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Summary

The construction sector is under increasing pressure to reduce CO2 emissions and transition towards

a more circular built environment. Within this context, timber is gaining importance as a renewable

structural material and is increasingly applied in mid- and high-rise buildings.

The increasing use of timber in mid- and high-rise buildings has created a need for better understanding

of the structural behaviour of hybrid systems in which timber floors and frames are combined with a

reinforced concrete core. In these buildings, cross-laminated timber (CLT) floor panels do not only carry

vertical loads, but also act as diaphragms that transfer horizontal loads from the timber frame to the

concrete core. At the same time, CLT is moisture-sensitive and undergoes shrinkage after installation,

which may lead to restrained deformations and additional forces in connections. Because the global

response of the building depends on diaphragm stiffness, which is governed by the connection stiffness

and detailing, and because these connections also govern the restraint against shrinkage, connection

detailing has consequences at both local and global level. This thesis therefore investigates how

connection stiffness and detailing choices in hybrid concrete core–timber frame buildings influence both

shrinkage-induced force development in CLT floor systems and the stability behaviour of the structure.

Figure 1: Hybrid concrete–core timber frame structure (left) and cross-laminated timber floor panel (right).

The study is structured into three parts and combines analytical and numerical methods. The first

part establishes the material-level basis for the subsequent analyses by examining moisture-driven

shrinkage and stress relaxation in CLT. Shrinkage development is evaluated as a function of the shrinkage

coefficient and installation moisture content, while a linear generalised Maxwell model is used to

describe stress relaxation, and the Boltzmann superposition principle is used to evaluate the resulting

stress development over time under time-dependent restrained shrinkage. The results show that the

predicted restrained stresses are highly sensitive to the assumed shrinkage coefficient and the installation

moisture content, and that viscoelasticity substantially reduces long-term restrained stress compared to

a purely elastic prediction.

Figure 2 illustrates this behaviour: while stresses increase rapidly after installation due to restrained

shrinkage, a significant portion of the stress relaxes over time due to the viscoelastic behaviour of timber.

The retained long-term stress level is governed mainly by the long-term modulus (𝐸 𝑓 𝑖𝑛) of the linear

generalised Maxwell model. Based on these findings, a reduced long-term stiffness is adopted in the

following parts of the thesis as a practical representation of long-term CLT behaviour.
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Figure 2: Comparison of stress development in CLT under restrained shrinkage with and without viscoelastic relaxation.

The second part examines how shrinkage deformations are translated into restraint forces in represen-

tative CLT connection situations. For this purpose, analytical 1D beam–spring models are developed

for several idealised restraint configurations that represent interfaces in hybrid core–frame buildings,

followed by parametric studies varying panel length and installation moisture content.

When shrinkage acts across the panel span, that is, perpendicular to the core, restraint forces develop

in the screw connections because the floor panel is restrained by the adjacent structure. These forces

increase with panel length and with a higher installation moisture content. As a result, higher installation

moisture contents require shorter panel lengths to keep the connection forces below the design shear

resistance of the screws. In this direction, slotted holes can be introduced as an effective mitigation

measure, since they allow slip without significantly reducing diaphragm action.

When shrinkage acts parallel to the core, restraint forces again develop in the screw connections, but their

distribution differs from the perpendicular case because the panel remains continuously restrained along

the core edge. As illustrated in Figure 3, the resulting screw forces are non-uniform along the interface:

they are highest near the ends of the restrained edge and decrease towards the centre of the panel. In

this direction, the length of the continuously restrained interface becomes the governing parameter.

Reducing this restrained length is therefore the most effective measure to limit high connection forces.

Figure 3: Analytical beam–spring model for restrained CLT edges and resulting screw force distribution along the restrained

interface.
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The third part investigates the structural implications of diaphragm connection stiffness in a numerical

RFEM model of a hybrid concrete core–timber frame case-study building. A set of floor variants is

analysed, differing in panel–core stiffness and panel–panel stiffness. The global response is evaluated in

both first- and second-order analysis with respect to stability, serviceability, connection demand, and

column buckling.

The results show that diaphragm stiffness has a direct influence on the global stability behaviour and on

the sensitivity of the structure to second-order effects. When the diaphragm stiffness is insufficient, the

frame–core system does not behave as a fully braced structure and global sway instability modes can

occur. In these cases, the structure exhibits lower critical load factors and increased drift amplification.

Figure 4 schematically illustrates the difference between global sway buckling and member-level column

buckling, highlighting the role of diaphragm stiffness in restraining lateral frame deformation.

Figure 4: Influence of diaphragm stiffness on global sway buckling and member-level column buckling behaviour.

In general, increasing diaphragm stiffness leads to reduced drift, higher stability margins, and lower

fastener demands. The analyses further show that grouting the panel–core interface improves the

in-plane diaphragm stiffness by restraining panel rotation about the screws and allowing forces to be

partly transferred through compression at the interface. As a result, the global response of the structure

becomes less sensitive to sway behaviour.

Taken together, the study shows that connection detailing affects hybrid core–frame buildings at two

related levels. At connection level, it influences the degree of restraint against shrinkage and therefore

the magnitude and distribution of shrinkage-induced forces. At structural-system level, it influences

the effective diaphragm stiffness and therefore the global stability response, deformation demand, and

sensitivity to second-order effects. The results indicate a clear design trade-off between these aspects.

Measures that reduce shrinkage-induced force build-up, such as shorter panels or lower connection

stiffness, may also reduce diaphragm stiffness. Conversely, measures that improve diaphragm action and

global stability, such as larger panels and stiffer connections, increase the shrinkage-induced connection

forces.

The thesis therefore highlights the need to consider both shrinkage restraint and diaphragm stiffness at

an early stage of the design process. In hybrid timber buildings, connection detailing should provide

sufficient in-plane stiffness for global stability while also limiting the build-up of shrinkage-induced

forces in restrained connections.
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𝐴𝑠 Effective shear area. mm
2

𝑏eff Effective restraint width. mm

𝑏eff,1–3 Effective width for Situations 1–3. mm

𝑏eff,4𝐴 Effective width for Situation 4A. mm

𝑏eff,4𝐵 Effective width for Situation 4B. mm

𝑒0 Initial bow imperfection. mm

𝐻 Total building height. mm

ℎ𝑖 Storey height. mm

𝐼 Second moment of area. mm
4

𝐿 Member length. mm

𝐿con Length of restrained connection. mm

𝐿core Length of floor–core interface. mm

𝐿𝑑 Panel depth perpendicular to restrained edge. mm

𝐿eff Effective buckling length. mm

𝐿𝑝 Panel length / restrained panel span. mm

𝐿𝑤 Length of continuously restrained edge. mm

xv
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𝑠 Fastener spacing. mm

𝑡 Thickness. mm

𝑇𝑖 Thickness of lamina 𝑖. mm

𝑇CLT Total CLT thickness. mm

𝑇𝑑,𝑖 Effective deforming thickness of lamina 𝑖. mm

𝑊lamina Width of a lamina. mm

𝑊𝑧 Section modulus about local 𝑧-axis. mm
3

𝑥 Coordinate in global or local 𝑥-direction. mm

𝑥𝑖 Position of screw 𝑖 along the connection. mm

𝑦 Coordinate in global or local 𝑦-direction. mm

𝑧 Coordinate in thickness / local 𝑧-direction. mm

Moisture, shrinkage and material properties
𝛽 Shrinkage coefficient. –

𝛽𝑖 Shrinkage coefficient of lamina 𝑖. –

𝛽𝑖 ,rad Radial shrinkage coefficient of lamina 𝑖. –

𝛽lon Longitudinal shrinkage coefficient. –

𝛽tan Tangential shrinkage coefficient. –

𝛽𝑥 Shrinkage coefficient in major panel direction. –

𝛽𝑦 Shrinkage coefficient in minor panel direction. –

𝛽𝑧 Shrinkage coefficient in thickness direction. –

Δ𝑀𝐶 Moisture content change. %

Δ𝜀sh Shrinkage strain increment. –

𝐸 Young’s modulus. N/mm
2

𝐸mean Mean elastic modulus. N/mm
2

𝐸fin Effective long-term modulus. N/mm
2

𝑓𝑐,0,𝑑 Design compressive strength parallel to grain. N/mm
2

𝑓𝑐,0,𝑘 Characteristic compressive strength parallel to grain. N/mm
2

𝑓𝑚,𝑧,𝑑 Design bending strength about local 𝑧-axis. N/mm
2

𝐺𝑥𝑦,mean Mean in-plane shear modulus. N/mm
2

𝑀𝐶(𝑡) Moisture content as a function of time. %

𝑀𝐶fin Final in-service moisture content. %

𝑀𝐶inst Moisture content at installation. %

𝑚dry Oven-dry mass. kg

𝑚𝑢 Mass at given moisture content. kg

𝜌mean Mean timber density. kg/m
3

𝜌1 Density of timber member 1. kg/m
3

𝜌2 Density of timber member 2. kg/m
3

𝜀sh Free shrinkage strain. –

Viscoelasticity and relaxation
𝑎(𝑡𝑖) Ageing factor. –

𝐸(𝑡) Relaxation modulus. N/mm
2

𝐸𝑖 Modulus of Maxwell element 𝑖. N/mm
2

𝑘def Deformation factor for long-term effects. –

𝑚 Ageing exponent. –

𝑁M Number of Maxwell elements. –

𝑠𝑣 Dummy time variable in convolution integral. days

𝑡ref Reference time for ageing model. days

𝑡𝑖 Time at which strain increment is applied. days

Δ𝑡 Time increment / time difference. days

𝜏 Relaxation time. days

𝜏𝑖 Relaxation time of Maxwell element 𝑖. days

𝜂 Viscosity. N day/mm
2

¤𝜀 Total strain rate. day
−1

¤𝜀𝑚 Mechanical strain rate. day
−1
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𝜀0 Imposed constant strain. –

𝜀𝑚 Mechanical strain. –

𝜀total Total strain. –

𝜎 Normal stress. N/mm
2

¤𝜎 Stress rate. N/mm
2
/day

𝜎max Maximum stress. N/mm
2

Connection stiffness, resistance and slip
𝑑1 Inner thread diameter of screw. mm

𝐷𝑠 Ductility factor. –

𝐹 Applied force. N

𝐹𝑣,𝐸𝑑 Design shear force in a fastener. N

𝐹𝑣,𝑅𝑑 Design lateral resistance per fastener per shear plane. N

𝐹𝑣,𝑅𝑑,PC Design shear resistance of panel–core fastener. N

𝐹𝑣,𝑅𝑑,PB Design shear resistance of panel–beam fastener. N

𝐹𝑣,𝑅𝑑,PP Design shear resistance of panel–panel fastener. N

𝐹𝑣,𝑅𝑘 Characteristic lateral resistance per fastener per shear

plane.

N

𝑔 Required slip allowance at support. mm

𝑘 Smeared stiffness per unit length. N/mm
2

𝑘line Line stiffness of a connection. N/mm
2

𝐾𝐴 Translational connection stiffness for sliding. N/mm

𝐾anchors Stiffness contribution of anchors. N/mm

𝐾CLT Stiffness contribution of CLT member. N/mm

𝐾fin Effective long-term connection stiffness. N/mm

𝐾mean Mean slip stiffness of a connection. N/mm

𝐾PB,fin Effective long-term stiffness of panel–beam connection. N/mm

𝐾PC,fin Effective long-term stiffness of panel–core connection. N/mm

𝐾plate Stiffness contribution of steel plate. N/mm

𝐾PP Rotational stiffness of panel–panel connection. Nmm/rad

𝐾𝑅 Rotational stiffness of connection rocking. Nmm/rad

𝐾𝑆𝐿𝑆 Serviceability slip modulus. N/mm

𝐾𝑆𝐿𝑆,𝑣,𝑖 Lateral slip modulus per fastener per shear plane. N/mm

𝐾𝑠𝑡
𝑆𝐿𝑆,𝑣,𝑖

Lateral slip modulus for steel-to-timber connection. N/mm

𝐾screws Stiffness contribution of screw group. N/mm

𝐾tot Total connection stiffness from component method. N/mm

𝑘mod Modification factor for load duration and moisture con-

dition.

–

𝛾𝑀 Partial safety factor. –

𝑢 Relative slip / displacement. mm

𝑢𝑢 Ultimate slip. mm

𝑢𝑦 Slip at onset of yielding. mm

Restraint-force models and diaphragm behaviour
𝐹ℎ Applied horizontal floor force. kN

𝑘floor Effective floor restraint stiffness. kN/mm

𝑘PC Distributed stiffness of panel–core connection. N/mm
2

𝑘PC,fin Distributed long-term line stiffness of panel–core con-

nection.

N/mm
2

𝑘req Required storey restraint stiffness for member buckling

to govern.

kN/mm

𝑘tot Equivalent stiffness of beam–spring series system. N/mm

𝜆 Foundation parameter. 1/mm

𝑀 Bending moment. Nmm

𝑁 Axial force. kN

𝑁(𝑥) Axial force distribution along restrained edge. kN
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𝑛PC Axial force per unit length in panel–core connection. kN/m

𝑛PC,max Maximum panel–core normal resultant per unit length. kN/m

𝑛PP Axial force per unit length in panel–panel connection. kN/m

𝑛PP,max Maximum panel–panel normal resultant per unit length. kN/m

𝑞 Line load. kN/m

𝑞𝑅 Distributed restraint reaction. kN/m

𝑞𝑅(𝑥) Distributed reaction force along restrained edge. kN/m

𝑄𝑚 Horizontal diaphragm force due to imperfections. kN

𝑅 Restraint reaction force. kN

𝑅𝐻 Horizontal restoring force from diaphragm. kN

𝑅𝑖 Force in screw 𝑖. kN

𝑅PB Reaction force at panel–beam support. kN

𝑅PC Reaction force at panel–core support. kN

𝑢(𝑥) Axial displacement along restrained edge. mm

𝑢𝐴 In-plane displacement due to connection sliding. mm

𝑢𝐵 In-plane displacement due to panel bending. mm

𝑢𝑅 In-plane displacement due to connection rocking. mm

𝑢𝑆 In-plane displacement due to panel shear. mm

𝑢𝑠,𝑖 Slip of individual screw 𝑖. mm

𝑢sh Free shrinkage shortening. mm

𝑢sh,global Global free shrinkage deformation of a floor panel. mm

𝑢tot Total in-plane diaphragm displacement. mm

𝑣𝑦 In-plane shear force per unit length. kN/m

𝑣𝑦,PC,max Maximum panel–core resultant perpendicular to the

interface.

kN/m

𝜃 Rotation angle. rad

𝜙 Imperfection angle. rad

Stability, analysis and verification
𝛼cr Critical load factor. –

𝐾𝐺 Geometric stiffness matrix. –

𝐾𝐿 Linear elastic stiffness matrix. –

𝑘𝑐 Buckling reduction factor. –

𝜆cr Buckling eigenvalue factor. –

𝜆cr,ns Critical load factor for non-sway member buckling. –

𝜆cr,sw Critical load factor for sway buckling. –

𝑀𝑧,𝐸𝑑 Design bending moment about local 𝑧-axis. kNm

𝑀𝑧,1,𝐸𝑑 First-order design bending moment about local 𝑧-axis. kNm

𝑀𝑧,2,𝐸𝑑 Second-order design bending moment about local 𝑧-axis. kNm

𝑁𝐸𝑑 Design axial force. kN

𝑁1,𝐸𝑑 Design axial force from first-order analysis. kN

𝑁2,𝐸𝑑 Design axial force from second-order analysis. kN

𝑁cr Elastic critical axial force. kN

𝑃ℎ Horizontal component of axial force. kN

𝑃cr Critical buckling load. kN

𝑃cr,E Euler critical load. kN

𝑃cr,ns Critical non-sway buckling load. kN

𝑃cr,sway Critical sway buckling load. kN

𝑢𝑖 Inter-storey displacement. mm

𝑢𝑖 ,max Maximum inter-storey displacement. mm

𝑢𝑖 ,max,1 Maximum inter-storey displacement from first-order

analysis.

mm

𝑢𝑖 ,max,2 Maximum inter-storey displacement from second-order

analysis.

mm

𝑢top Top displacement of the building. mm
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𝑢top,1 Top displacement from first-order analysis. mm

𝑢top,2 Top displacement from second-order analysis. mm

𝑢top,lim Limit value for top displacement. mm

𝑢𝑖 ,max,lim Limit value for inter-storey displacement. mm

𝑈𝐶 Utilisation ratio. –

𝝓𝒃 Buckling mode shape vector. –



1
Introduction

1.1. Societal relevance and context
The construction sector is one of the most environmentally impactful industries worldwide, largely due

to the extensive use of concrete and steel [2]. To meet climate targets, the Dutch government aims for a

fully circular built environment by 2050 [3]. This requires a strong reduction in CO2 emissions and a

shift towards renewable and low-carbon materials.

Timber is therefore increasingly used as a structural material. To create structural elements with

sufficient strength and stiffness, wood is processed into so-called engineered timber products. These

products consists of smaller timber boards (lamella) that are bonded together to form larger components.

A common example is glue-laminated timber (glulam), which is made by bonding timber lamellas

with the grain oriented in the same direction (Figure 1.1a). Glulam is commonly used for beams and

columns. It provides higher and more consistent strength and stiffness than sawn timber of comparable

dimensions. Its high strength-to-weight ratio enables long spans, and the manufacturing process allows

tailored cross-sections, including tapered and curved elements [4]. Another widely used product is

cross-laminated timber (CLT), which consists of multiple timber layers glued together with alternating

grain directions (Figure 1.1b). CLT is used as large surface panels for floors and walls. The large

cross-sections provide high load-bearing capacity and stiffness, both in-plane and out-of-plane. As a

result, CLT panels can also contribute to the global stability of the building [5].

(a) Glulam beams [6]. (b) CLT panels [7].

Figure 1.1: Engineered timber products, glulam beams (left) and CLT panels (right).

In mid- and high-rise buildings, engineered timber products are often used in hybrid structural systems,

where timber is combined with another primary material. A common layout is a timber frame with

timber floors connected to a concrete core (Figure 1.2). Timber is used to reduce environmental impact,

1
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while the concrete core provides the primary lateral stiffness, resists horizontal loads such as wind, and

ensures overall stability.

Figure 1.2: Concrete core with timber frame structure.

These hybrid buildings are already widely realised in practice. A global survey of timber buildings

of eight storeys and higher shows that concrete–timber hybrids form a substantial share of completed

projects, and that hybrid solutions become more common as building height increases (Figure 1.3).

Figure 1.3: Distribution of mass timber buildings worldwide (2022), by number of storeys and structural material combination [8].

The continued growth of concrete–timber hybrid construction increases the need for reliable design and

assessment methods. Although many projects have been completed, practical guidance is still evolving.

1.2. Research problem and gap
The hybrid core-frame system described in the previous section is a commonly used structural concept

for tall timber structures. In this configuration, a stiff reinforced concrete core provides the primary

lateral stability against horizontal loads such as wind, while a timber frame carries the vertical loads.

Besides carrying vertical loads, the CLT floors are part of the overall stabilising concept: they couple the

frame to the core and act as diaphragms that transfer horizontal actions from the timber system towards

the concrete core.

The hybrid timber system cannot be designed in the same way as a conventional concrete core–slab

building. The floor system differs fundamentally in both material behaviour and structural performance.

First, timber is moisture-sensitive and exhibits time-dependent deformations. After installation,

the moisture content of CLT elements reduces towards an indoor equilibrium. This reduction causes

shrinkage in the CLT panel, and can lead to progressive in-plane shortening over time. Such deformations

require explicit consideration in timber design.

Second, CLT floors are not monolithic. They are assembled from prefabricated panels connected on

site with mechanical fasteners. As a result, the in-plane deformation of a CLT floor is governed not
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only by the panel stiffness, but also by the stiffness of the present connections. Compared to cast-in-situ

concrete slabs, diaphragm behaviour is therefore more sensitive to connection detailing and can vary

significantly between design choices.

These characteristics lead to two uncertainties in hybrid core–frame buildings that are not yet well

addressed in an integrated way.

The first uncertainty concerns restrained shrinkage. When CLT panels shrink, their free movement may

be partly or fully restrained by connections. If shrinkage is restrained, internal stresses develop in the

floor panels and additional forces develop in the connection and in the element. In practice, it is not yet

well understood how large these shrinkage-induced forces can become, which parameters govern them,

and under what conditions they become critical for design and detailing.

The second uncertainty concerns the effective diaphragm stiffness and its influence on global stability.

The CLT floor couples the timber frame to the concrete core and therefore plays a key role in the

distribution of horizontal loads. A central question is how sensitive the global response is to the assumed

diaphragm stiffness. In particular, it must be assessed when the stiffness becomes sufficiently low to

affect the building’s stability, and whether a first-order analysis (analysis on the undeformed geometry)

remains adequate or a second-order analysis is required (analysis on the deformed geometry).

Finally, it has not yet been examined whether shrinkage-induced restraint forces and diaphragm stiffness

influence each other, and whether their combined effect governs connection demand or global behaviour.

This thesis addresses these issues by studying the development of shrinkage-induced forces due to

restraint in CLT floor systems and the interaction between diaphragm stiffness and the stability response

of a hybrid core–frame building, using a combined analytical and numerical approach.

1.3. Research aim and objectives
This thesis aims to improve the understanding and assessment of CLT floor systems in concrete

core–timber frame buildings. It focuses on shrinkage restraint and the resulting forces in connections,

and on how diaphragm stiffness affects global stability and the need for first- or second-order analysis.

To achieve this, the following objectives are pursued:

1. Describe the shrinkage behaviour of CLT over time and how stresses can reduce due to time-

dependent material behaviour (stress relaxation).

2. Develop analytical models that convert shrinkage deformation into restraint forces for representa-

tive floor restraint situations in hybrid core–frame buildings.

the parameters that govern shrinkage-induced force development and determine under which

conditions these forces become critical for detailing and design.

3. Evaluate how different connection stiffness configurations influence the global structural response

under SLS and ULS criteria, and determine the differences between first-order (linear) and

second-order (geometrically non-lineair) analysis outcomes.

4. Translate the findings into practical guidance on connection stiffness and detailing measures

to limit shrinkage-induced forces and conditions under which second-order analysis should be

considered.

1.4. Research questions
The main research question guiding this thesis is:

How do connection stiffness in CLT floor systems of hybrid concrete core–timber frame buildings
influence shrinkage-induced forces and the global stability behaviour of the structure?

To address this main question, the study is structured into three research parts (Figure 1.4). Each part is

associated with a set of sub-questions.
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Part I: Shrinkage and relaxation of CLT
1. How does moisture-driven shrinkage in CLT develop over time, and which material and environ-

mental parameters govern its magnitude and rate?

2. How does viscoelastic stress relaxation influence the evolution of stresses in CLT subjected to

restrained shrinkage, and how can this effect be represented in a practical long-term modelling

approach?

Part II: Shrinkage-induced forces in CLT connections
1. How do common CLT–core and CLT–timber connection configurations provide restraint against

shrinkage deformations, and which parameters govern the resulting restraint forces?

2. Under which geometric and moisture-related conditions do shrinkage-induced forces become

critical for connection utilisation, and what measures can be taken to keep the demand within

acceptable limits?

Part III: Influence of CLT connections on structural stability
1. How does the in-plane stiffness of the CLT floor diaphragm affect system response under SLS and

ULS criteria in first- and second-order analysis?

2. Under which conditions does first-order analysis no longer provide a reliable assessment of the

system response, and when is second-order analysis required to capture the governing response

of the structure?

1.5. Scope
This thesis focuses on the structural implications of CLT floor behaviour in a hybrid concrete core–timber

frame system, with particular emphasis on shrinkage-induced restraint forces and the role of diaphragm

stiffness in global system response.

In scope
• Analytical evaluation of shrinkage-induced restraint forces in CLT floor systems using a set of

idealised restraint situations representative for hybrid core–frame connections; one situation

matches the boundary conditions of the case-study building.

• Numerical analysis of the selected hybrid concrete core–timber frame case-study building in

RFEM to assess the influence of assumed CLT diaphragm stiffness on the global response under

governing SLS and ULS load combinations. SLS is assessed using global displacement limits

and interstorey drift limits, while ULS is assessed using connection force demand and column

buckling checks.

• Global stability evaluation of the case study based on first- and second-order analysis to quantify

the relevance of geometric non-linearity.

• Connection modelling using representative linear translational stiffness values: the study does

not model individual fasteners.

• Within the case study, the design variants are limited to connector spacing and the addition of

grout (same connection type and layout concept)

Out of scope
• Explicit modelling of shrinkage as an imposed deformation/load case in the global RFEM model.

• Fastener-level connection modelling and detailed capacity verification beyond the linear stiffness

representations used for analysis.

• Generalisation to other building geometries and layouts beyond the selected case study.

• Seismic response, dynamic loading and vibration-related behaviour.

• Building physics and non-structural performance aspects, including fire safety, acoustics and

thermal performance.
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1.6. Methodology
The methodology follows the three-part structure of the thesis (Figure 1.4), progressing from material

behaviour, to connection mechanics, and finally to structural system response in a case study.

Part I: Shrinkage and relaxation of CLT
A theoretical framework is established for moisture-driven shrinkage and time-dependent stress

development in CLT. Shrinkage is described using moisture-related input parameters and representative

shrinkage coefficients. Viscoelastic behaviour is incorporated to account for stress relaxation over time,

leading to a practical long-term representation of the material response in terms of an effective long-term

modulus. The resulting parameter set and long-term material representation form the basis for the

subsequent connection force assessment.

Part II: Shrinkage-induced forces in CLT connections
Analytical models are developed to translate shrinkage deformations into restraint forces in idealised

CLT floor restraint situations that represent typical interfaces in hybrid core–frame buildings. The

shrinkage input and time-dependent material representation established in Part I are adopted as model

input, enabling an estimation of long-term restraint forces. The governing parameters are evaluated

through parametric studies, which identify critical combinations of panel geometry and installation

moisture. Detailing measures are assessed to limit restraint forces.

Part III: Influence of CLT connections on structural stability
A numerical model of the case-study hybrid core–frame building is developed in RFEM to assess how

assumed diaphragm connection stiffness affects the global structural response. Connection stiffnesses

are represented by linear elastic translational springs derived from Part II. Both first-order (linear)

and second-order analyses are performed to evaluate sensitivity to geometric non-linearity across the

investigated configurations. The comparison focuses on global drift, internal forces, column stability,

and overall stability performance.

Discussion, conclusion and recommendations
The analytical and numerical results are combined to clarify the trade-offs between accommodating

restraint shrinkage forces and maintaining sufficient diaphragm restraint for stability and force transfer.

In addition, the study derives practical insights into the appropriate choice of analysis type by linking

connection stiffness and structural response to the need for second-order assessment. This forms the

basis for design recommendations on feasible connection stiffness levels and detailing strategies, as well

as guidance on when second-order analysis should be considered essential.

1.7. Reading guide
The thesis follows the structure shown in Figure 1.4. After introducing the societal context, research

problem, and guiding research questions in this chapter (Chapter 1), Chapter 2 presents the case-study

building, which serves as the reference example throughout the remainder of the thesis. Part I (Chapter 3-

4) establishes the material-level framework for moisture-driven shrinkage and time-dependent stress

development in CLT. Part II (Chapter 5-6) develops analytical models to quantify shrinkage-induced

restrained forces in representative connection situations and evaluates the role of key parameters and

detailing measures. Part III (Chapter 7-8) assesses the structural implications in the numerical case study,

including the influence of diaphragm connection assumptions and the need for first- and second-order

analysis. Chapter 9 interprets the results, discusses limitations, and outlines broader implications, while

Chapter 10 concludes the thesis and presents the main recommendations.
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Figure 1.4: Methodology flowchart



2
Case study

2.1. General description
To investigate the structural implications of CLT floor behaviour in hybrid core–frame buildings, a

residential project in Roosendaal, the Netherlands, is adopted as a case study. The project consists of

five building blocks: the analyses in this thesis focus on Block D (Figure 2.1a).

Block D comprises eleven storeys. In the realised project, the ground floor has a commercial function

and is constructed in reinforced concrete, while the storeys above are built in a prefabricated timber

system consisting of CLT floor panels supported by glulam beams and columns. Global lateral stability

is provided by a reinforced concrete core.

For modelling simplicity, the case-study model idealises the superstructure as a timber system over all

eleven storeys, so the lowest storey is also modelled as a timber storey. The reinforced concrete ground

floor is therefore not represented explicitly in the numerical model.

The selected case study is also structurally relevant for the topics addressed in this thesis. A substantial

length of the CLT floor panels is connected to the concrete core, which can lead to significant restraint of

moisture-driven shrinkage and corresponding force demand in the panel–core interface. Moreover, the

floor plan is asymmetric and the core is not located centrally. Horizontal loading can therefore induce a

torsional response, which increases sensitivity to instability mechanisms.

The case study serves two purposes in this thesis. First, it provides realistic boundary conditions for the

analytical restraint situations used to study shrinkage-induced force development. Second, it forms the

basis for a global numerical assessment in RFEM, in which diaphragm connection stiffness and analysis

type (first- and second-order) are evaluated.

Table 2.1 summarises general building parameters relevant for the design context and numerical

modelling.

Table 2.1: General building parameters for Block D.

Parameter Value

Function Residential

Number of storeys 11

Design service life class Class 3

Design service life 50 years

Reliability class RC2

Consequence class CC2b

Service class Class 1

Lateral stability system Concrete core

7
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(a) Project overview. (b) Materialisation of Block D.

Figure 2.1: Overview of the case study building.

2.2. Geometry and floor plan
Figure 2.2 shows the floor plan (left) and a cross section (right) of the case-study building as implemented

in the RFEM model. The plan measures approximately 19 m in the 𝑥-direction and 24 m in the 𝑦-direction.

The floor plan is asymmetric in the 𝑦-direction due to the position of the reinforced concrete core.

The CLT floor system is arranged such that the panels span in the 𝑥-direction. The panels are supported

by glulam beams, resulting in multiple support lines and a segmented floor layout with panel–panel

interfaces. The floor diaphragm is connected to the concrete core along the floor–core boundary.

Depending on the floor field, the core connection occurs either along the long edge of the panels or at

the short edge.

The cross section indicates eleven storeys with a typical storey height of 3.2 m, resulting in a total

structural height of approximately 35.2 m.

Figure 2.2: Floor plan (left) and cross section (right) of the case study building in RFEM.
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For acoustic reasons, the column line is split into two separate columns (2 × 240×400) instead of a single

400×400 column (marked as AC in Figure 2.2). Local coupling of the floors across the separation is

provided to maintain in-plane load transfer towards the concrete core.

2.3. Materials and members
The numerical model consists of a reinforced concrete core, glulam beams and columns, and CLT

floor slabs. All materials are modelled as linear elastic. Material grades and member dimensions are

summarised in Table 2.2 and Table 2.3. Detailed material properties adopted in the RFEM model are

provided in Appendix A.

Table 2.2: Material overview for the case-study model.

Material Grade / product Application

Concrete C30/37 Core walls

Glulam GL24h Beams and columns

CLT Stora Enso (5-layer) Floor panels

Table 2.3: Structural members and cross-sections used in the case-study model.

Member type Location / function Dimension

Columns Typical 400 × 400 mm

Columns Façade 400 × 240 mm

Columns At AC 240 × 400 mm

Beams Floor beams 360 × 360 mm

Concrete core Core walls 𝑡 = 300 mm

CLT floors Floor panels 𝑡 = 200 mm

CLT floor panels
The floor system consists of five-layer CLT panels with a total thickness of 200 mm. Each layer has a

thickness of 40 mm, resulting in the lay-up 0
◦
–90

◦
–0

◦
–90

◦
–0

◦
as shown in Figure 2.3. The CLT slabs are

modelled as orthotropic linear-elastic surface elements to represent the directional stiffness relevant for

diaphragm behaviour.

Figure 2.3: CLT lay-up used for the floor panels in the case study.

2.4. Use of the case-study model
The case-study model defined in this chapter is used as a reference framework throughout the thesis.

It provides representative geometry and boundary conditions for the analytical restraint situations

developed in Part I and Part II, and forms the basis for the global RFEM assessments in Part III.

Additional modelling details, including adopted material stiffness parameters, loads and imperfection

assumptions, are provided in Appendix A. The investigated connection typologies and stiffness

assumptions are introduced in chapter 5.



Part I

Shrinkage and relaxation in CLT
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3
Shrinkage and relaxation in CLT

This chapter provides the theoretical background required to understand the shrinkage and time-

dependent behaviour of CLT floor panels. It first introduces CLT as a structural product and explains

why moisture-related deformation is relevant in practice. The chapter then describes how changes in

moisture content lead to shrinkage strains and how these strains can generate stresses when deformation

is restrained. Finally, the time-dependent (viscoelastic) behaviour of timber and stress relaxation are

introduced, forming the basis for the analytical models developed in Part II.

Throughout this thesis, shrinkage- and time-dependent design parameters are taken from the draft
revision of Eurocode 5 (FprEN 1995-1-1:2025) [9], unless stated otherwise. The theoretical background

in this chapter is primarily based on the book Timber Engineering Prinsiples for Design by Blaß and

Sandhaas [10], complemented with CLT-specific guidance from the Swedish Wood CLT handbook [5].

3.1. Cross-laminated timber
This section gives insight into how CLT is produced and how moisture conditions may vary from

fabrication to installation. Understanding this process is necessary to define realistic shrinkage input

parameters.

3.1.1. Fabrication CLT
Cross-laminated timber (CLT) is a layered engineered wood product in which boards are stacked in

multiple layers with alternating grain orientation and bonded together using structural adhesives. This

crosswise arrangement changes the panel response compared to unidirectional timber products: CLT

behaves as a plate-like structural element capable of carrying loads both in-plane and out-of-plane,

making it suitable for floors, walls and diaphragms in multi-storey timber buildings.

CLT panels are manufactured from strength-graded boards that are finger-jointed to form continuous

lamellas and assembled into layers with alternating grain direction. Common configurations consist

of an odd number of layers (e.g. 3, 5 or 7), with typical lamella thicknesses in the range of 20–45 mm

[5]. Product requirements and declared properties are documented by the manufacturer (e.g. under

EN 16351 and/or European Technical Assessment, ETA).

11
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Figure 3.1: 3-layered cross laminated timber with finger joint.

Moisture content is a key production parameter because it affects both bond quality and subsequent

moisture-related movement. During manufacturing, boards are typically glued within a controlled

moisture range (approximately 8–15%), with limited variation between adjacent boards to ensure reliable

bonding and to reduce the risk of splitting during subsequent drying or moisture uptake [5]. After

production and packaging, CLT elements are commonly delivered at moisture contents in the order

of ≤16% [5]. These ranges provide a practical reference for the initial moisture state of panels before

transport, storage and installation, which is further discussed in the next subsection.

3.1.2. CLT at the construction site
Between delivery and enclosure of the building, CLT elements may be exposed to outdoor climate

conditions during transport, temporary storage and erection. Although panels are typically wrapped

for protection, the wrapping is not necessarily vapour-tight and may be damaged during handling. In

addition, once packages are opened and elements are installed, surfaces can be exposed to precipitation,

snow or condensation before the building envelope is closed. Figure 3.2 illustrates situations in which

CLT is stored outdoors under temporary cover and where floor panels experience direct exposure

during erection.

(a) CLT panels stored outdoors under temporary protection. (b) CLT floor panels during erection.

Figure 3.2: Examples of CLT exposure to outdoor conditions during construction.

Such exposure can increase the moisture content at or near the surfaces and may also lead to locally

elevated moisture levels at vulnerable regions such as end-grain surfaces and panel edges. Practical

guidance therefore emphasises minimising exposure time and prioritising rapid encasement or effective

temporary weather protection, combined with on-site acceptance checks of the moisture content [5]. For

the modelling in this thesis, these site conditions motivate treating the moisture content at installation

𝑀𝐶inst as a variable input rather than a fixed value.



3.2. Wood anatomy 13

3.2. Wood anatomy
Wood behaves differently from many common structural materials because it reacts to moisture and

because part of its mechanical response is time-dependent. Wood can absorb and release moisture from

the surrounding air (hygroscopic behaviour), which causes swelling and shrinkage. In addition, stresses

and deformations in wood can change gradually over time (viscoelastic behaviour). This section provides

background to interpret moisture-driven deformation in CLT (Section 3.3) and stress relaxation under

restrained shrinkage (Section 3.5). It introduces the hierarchical structure of wood and the principal

material directions used in the modelling approach of this thesis.

The anatomical structure of wood forms the basis for its mechanical behaviour. Wood has a hierarchical

structure, ranging from the macroscale of structural elements to annual growth rings, individual cells

and the molecular arrangement of the cell wall (Figure 3.3).

Figure 3.3: Hierarchical structure of wood [11]

On the macroscale, wood grows outward from the pith by forming annual growth rings consisting of

earlywood and latewood. Earlywood contains thin-walled, low-density cells, whereas latewood consists

of thicker-walled, denser cells. This growth pattern leads to variations in density and stiffness within a

single cross-section.

The growth structure gives rise to three principal material directions:

• Longitudinal: parallel to the fibres,

• Radial: perpendicular to the growth rings,

• Tangential: tangential to the growth rings.

Figure 3.4: Section planes in wood [12]

At the microscale, wood consists mainly of elongated tubular cells. The mechanical behaviour of these

cells is governed by the layered structure of the cell wall, consisting of the S1, S2 and S3 layers. The S2
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layer is the thickest and contains highly oriented cellulose microfibrils, which dominate stiffness and

strength parallel to the grain. The orientation of these microfibrils, often expressed by the microfibril

angle, strongly influences elastic properties, creep behaviour and shrinkage.

As a direct consequence of its anatomical structure, timber is commonly idealised as an orthotropic

material, meaning that its properties differ along three mutually perpendicular principal directions.

Stiffness and strength parallel to the grain are significantly higher than those perpendicular to the grain,

where stiffness is much lower and deformation behaviour is governed by the transverse directions.

For the remainder of this thesis, this orthotropic character is mainly relevant because moisture-induced

deformation differs strongly between the longitudinal, radial and tangential directions.

3.3. Moisture in CLT
Moisture content is the driving variable for shrinkage in timber. This section therefore defines moisture

content, introduces equilibrium moisture content (EMC) as the reference level for indoor service

conditions, and adopts a time-dependent moisture evolution model used in further analyses.

3.3.1. Moisture content
The moisture content 𝑀𝐶 of wood is defined as

𝑀𝐶 = 100 ·
𝑚𝑢 − 𝑚dry

𝑚dry

, (3.1)

where 𝑚𝑢 is the mass at moisture content 𝑀𝐶 and 𝑚dry is the oven-dry mass, obtained by drying at

105
◦
C until constant weight [13].

Moisture in wood exists in two forms. Free water is located in the cell cavities (lumina) and has

negligible influence on mechanical properties or dimensional changes. Bound water is held within the

cell wall by hydrogen bonds and governs hygroscopic behaviour, including swelling, shrinkage and

moisture-dependent mechanical properties.

Figure 3.5: Free and bound water in wood.

The point at which the cell walls are fully saturated with bound water is known as the fibre saturation
point (FSP), typically between 25–30% moisture content. Above the FSP, additional moisture exists only

as free water and does not lead to further swelling or changes in stiffness. Below the FSP, changes in

bound water content result directly in dimensional changes and variations in mechanical behaviour.

Because moisture-driven swelling and shrinkage are governed by changes in bound water content below

the FSP, moisture variations in this range are of primary importance for structural applications.

Equilibrium moisture content (EMC)
Wood exchanges moisture with the surrounding air until it approaches an equilibrium moisture content
(EMC), which depends mainly on the ambient relative humidity and temperature. If the indoor climate

were constant, the EMC would be the moisture level reached after a sufficiently long time. In this thesis,

this long-term indoor reference level is represented by the final in-service moisture content 𝑀𝐶fin used

in the moisture evolution model of Section 3.3.2.
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3.3.2. Moisture content development over time
Timber elements are delivered with a moisture content specified by the manufacturer. In practice,

the moisture content at installation may differ from this delivery value, as elements can be exposed

to ambient weather conditions between delivery and enclosure. After installation and closure of the

building envelope, the moisture content generally decreases as the timber adjusts to the indoor climate.

Figure 3.6: Schematic illustration of CLT moisture exposure during construction and subsequent indoor drying after enclosure.

In structural applications, the average moisture content evolution is often of interest, as it governs

shrinkage and moisture-related time-dependent effects. To obtain a realistic representation, the

experimental data reported by Xiong, Su and Sabri (2009), as analysed in the MSc thesis of Willebrands

(2017) [14], are adopted in this study. In that work, daily average relative humidity and temperature

were measured on the second and seventh storeys of a mid-rise timber building, and the corresponding

moisture content was derived from these measurements. The resulting time series showed a similar

trend on both storeys, characterised by an initial drying phase, followed by seasonal fluctuations driven

by changes in the indoor climate.

(a) Relative humidity and temperature on second and seventh floor. (b) Moisture content on the second and seventh floor.

Figure 3.7: Relative humidity and temperature measurements and corresponding moisture content by Xiong, Su and Sabri (2009)

[15].

For modelling purposes, Willebrands (2017) fitted a smooth trend curve to the calculated moisture

content data to represent the overall drying behaviour, rather than short-term seasonal variability. This

trend is approximated by an exponential decay from the moisture content at installation 𝑀𝐶inst toward

a final in-service value 𝑀𝐶fin:

𝑀𝐶(𝑡) = Δ𝑀𝐶 · e
−0.011𝑡 +𝑀𝐶fin , (3.2)

with Δ𝑀𝐶 = 𝑀𝐶inst −𝑀𝐶fin, where 𝑡 is time in days and the coefficient 0.011 represents an empirically

fitted drying rate.

In Willebrands’ regression, this trend describes a decrease from approximately 15% at installation

toward about 8% over time. The exponential form reflects typical timber drying behaviour, with a
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relatively rapid moisture decrease in the initial phase followed by a gradual convergence toward a

long-term mean level.

Equation (3.2) should be interpreted as a smoothed representation of the average moisture content

evolution. In reality, moisture content continues to fluctuate around this mean due to seasonal variations

in indoor climate.

Figure 3.8: Estimate of moisture content regression, based on data (Xiong, Su and Sabri (2009)) by Willebrands (2017) [14].

3.4. Shrinkage in CLT
Shrinkage in timber is expressed as a strain resulting from a change in moisture content below the fibre

saturation point. For a given material direction, the total free shrinkage strain associated with a moisture

change Δ𝑀𝐶 is written as

𝜀sh = 𝛽 · Δ𝑀𝐶, (3.3)

where 𝛽 is the shrinkage coefficient in the considered direction (in % strain per % moisture content).

Here, 𝜀sh denotes the total shrinkage strain corresponding to the total moisture change Δ𝑀𝐶.

Shrinkage of CLT can be estimated using Equation 3.3 together with the shrinkage coefficients provided

in Eurocode 5 (FprEN 1995-1-1:2025). For CLT, shrinkage coefficients are distinguished for the two

in-plane directions of the panel and for the thickness direction.

Figure 3.9: Principal directions CLT panel.

For in-plane directions, the recommended shrinkage coefficients are

𝛽𝑥 = 0.02 %/%, (3.4)

𝛽𝑦 = 0.04 %/%, (3.5)

where the 𝑥-direction denotes the major panel direction (outer lamellas oriented parallel to 𝑥) and the

𝑦-direction denotes the minor panel direction, as illustrated in Figure 3.9.

Shrinkage perpendicular to the panel plane, i.e. in the thickness direction (𝑧-direction), is significantly

larger and is given by

𝛽𝑧 = 0.24 %/%. (3.6)
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This approach treats CLT as a homogenised material with fixed shrinkage coefficients, independent

of wood species, number of layers, lamella thickness or layup configuration. While this provides a

practical first estimate, it does not explicitly reflect the layered nature of CLT.

In reality, CLT consists of individual lamellas with different fibre orientations that restrain each

other during moisture-induced deformation. Consequently, the shrinkage behaviour depends on the

properties and geometry of the individual layers. A prediction method based on lamina-level shrinkage

coefficients therefore allows a more accurate description of dimensional changes in CLT.

Pang and Jeong [16] demonstrated that the Eurocode-based approach may both overestimate and

underestimate shrinkage strains, depending on panel configuration. Based on experimental results,

they proposed a layer-based prediction method that explicitly accounts for lamina-level behaviour and

showed improved agreement with measured shrinkage strains.

3.4.1. Layer-based shrinkage model
The layer-based shrinkage model assumes that the shrinkage behaviour of CLT can be derived from the

shrinkage behaviour of its individual lamellas. The model accounts for the fibre orientation of each

lamina, the relative lamella thicknesses, the number of layers, and the restraint imposed by adjacent

layers. The resulting non-uniform shrinkage deformation is illustrated in Figure 3.10.

Figure 3.10: Schematic representation of shrinkage behaviour in CLT, showing the non-uniform deformation of individual layers.

All lamellas undergo moisture-induced shrinkage. Figure 3.10 illustrates that shrinkage within each

lamella is partially restrained near the glue lines by adjacent layers with a different fibre orientation,

while deformation can develop more freely toward exposed surfaces. The figure represents a CLT

configuration in which the joints between boards within a lamella are not edge-glued.

For in-plane directions, the effective CLT shrinkage coefficient is obtained by summing the layer

contributions:

𝛽𝑥,𝑦 =
𝑛∑
𝑖=1

(
𝛽𝑖

𝑇𝑑,𝑖

𝑊lamina,𝑖

𝑇𝑖

𝑇CLT

)
. (3.7)

where 𝛽𝑖 is the shrinkage coefficient of lamina 𝑖 in the relevant direction. Depending on the fibre

orientation, 𝛽𝑖 represents either longitudinal or tangential shrinkage. The term 𝑇𝑑,𝑖/𝑊lamina accounts for

the non-uniform shrinkage distribution within a lamina, reflecting reduced deformation near glue lines.

The ratio 𝑇𝑖/𝑇CLT describes the contribution of each lamina to the total panel deformation.

Example: 3-layer CLT panel. Consider a three-layer CLT panel in which the outer layers are oriented

parallel to the 𝑥-direction and the middle layer is oriented parallel to the 𝑦-direction (Figure 3.10). The
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effective shrinkage coefficient in the 𝑦-direction then follows from

𝛽𝑦 =

(
𝛽tan

𝑇𝑑,1

𝑊lamina

𝑇1

𝑇CLT

)
+

(
𝛽lon

𝑇𝑑,2

𝑊lamina

𝑇2

𝑇CLT

)
+

(
𝛽tan

𝑇𝑑,3

𝑊lamina

𝑇3

𝑇CLT

)
. (3.8)

In this configuration, the outer layers contribute with tangential (across-grain) shrinkage in the 𝑦-

direction, whereas the middle layer contributes with longitudinal (parallel-to-grain) shrinkage. For

the outer layers (𝑖 = 1, 3), the effective deforming width is taken equal to the full lamella thickness, i.e.

𝑇𝑑,1 = 𝑇1 and 𝑇𝑑,3 = 𝑇3, since one side is adjacent to a free surface. For the inner layer (𝑖 = 2), shrinkage is

restrained on both sides by adjacent layers, and therefore 𝑇𝑑,2 is taken as half the lamella thickness.

This example illustrates that the overall panel shrinkage differs between the 𝑥- and 𝑦-directions because

the relative share of layers contributing with tangential (across-grain) shrinkage differs between the two

directions.

The shrinkage coefficient perpendicular to the panel plane is governed by the radial direction of the

lamellas and is calculated as

𝛽𝑧 =
1

𝑛

𝑛∑
𝑖=1

𝛽𝑖 ,rad (3.9)

Compared to the Eurocode approach, the layer-based model allows the effective shrinkage behaviour of

CLT to vary with wood species, layup and panel geometry. The influence of the resulting shrinkage

coefficients on restrained stress levels is analysed in subsection 4.2.2.

3.4.2. Shrinkage development over time
The shrinkage strain defined in Equation 3.3 represents the total strain associated with a given change in

moisture content. In practice, however, moisture transport in timber is a gradual process, and shrinkage

therefore develops progressively in time.

The time-dependent moisture content is described using the exponential regression introduced in

Equation 3.2. By combining this relation with the shrinkage coefficient, the time-dependent shrinkage

strain follows as

Δ𝜀𝑠ℎ(𝑡) = 𝛽 · Δ𝑀𝐶(𝑡), Δ𝑀𝐶(𝑡) = 𝑀𝐶inst −𝑀𝐶(𝑡) (3.10)

Figure 3.11 illustrates the resulting shrinkage strain development over time, for a shrinkage coefficient

of 𝛽 = 0.0004. The strain increases rapidly during the initial drying phase, when the moisture gradient is

largest, and gradually converges toward an asymptotic value as the moisture content approaches its

final in-service level.

Figure 3.11: Shrinkage strain development over time.
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3.5. Restrained shrinkage and relaxation in CLT
Moisture-driven shrinkage causes CLT to shorten by a free shrinkage strain 𝜀sh. If the panel is allowed to

deform freely, this strain results only in a change in length and no stresses develop. In a structural floor

system, however, shrinkage is often restrained by connections to adjacent panels, beams or a concrete

core (Figure 3.12). In that case, part of the shrinkage deformation is prevented and internal stresses

arise.

Figure 3.12: Free versus restrained shrinkage of a CLT panel.

To illustrate the basic mechanism, consider the case of full restraint and an instantaneous linear-elastic

material response. Stress 𝜎 (force per unit area) is proportional to the mechanical strain 𝜀m through the

elastic modulus 𝐸mean (Young’s modulus):

𝜎 = 𝐸mean 𝜀m. (3.11)

The total strain can be written as the sum of mechanical and shrinkage strain,

𝜀total = 𝜀m + 𝜀sh.

Under full restraint, the total strain is zero, so the mechanical strain must counteract the shrinkage strain,

𝜀m = − 𝜀sh. (3.12)

Substituting gives

𝜎 = −𝐸mean 𝜀sh.

Timber, however, is not purely elastic. Due to time-dependent processes in the cell wall and the

movement of bound water, part of the imposed shrinkage deformation can be accommodated over time.

As a result, restrained shrinkage is not necessarily fully converted into stress, and the stress level can

decrease even if the deformation remains restrained (stress relaxation). To quantify this behaviour for

time-dependent shrinkage strains, a viscoelastic framework is introduced in the following sections.

In this part of the thesis, the fully restrained case is used as a reference to quantify how much viscoelastic

stress relaxation reduces the maximum shrinkage-induced stress over time. In Part II, this relaxation

framework is then used as material input when analysing more realistic, partly restrained connection

configurations.
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3.5.1. Visco-elasticity
As shown in the previous section, restrained shrinkage can convert an imposed shrinkage strain into

stress. This simple elastic interpretation, however, is not sufficient for timber. Besides an immediate

elastic response, timber shows time-dependent behaviour due to processes in the cell wall and the

interaction with bound water. As a result, stresses and deformations evolve with time.

In this thesis, timber is modelled as a linear viscoelastic material within the serviceability range. To

introduce this concept, the following section first explains the two idealised components that make up

viscoelastic behaviour: an elastic response and a viscous response.

Elastic and viscous components
The time-dependent behaviour of timber can be understood by considering two idealised material

responses: purely elastic and purely viscous behaviour. These ideal cases form the conceptual basis for

viscoelastic modelling.

A linear elastic material responds instantaneously to loading (Figure 3.13). Stress and mechanical strain

are related by Hooke’s law,

𝜎 = 𝐸mean 𝜀m , (3.13)

where 𝐸mean denotes the short-term (instantaneous) Young’s modulus. The deformation is fully

recoverable upon unloading. Elastic behaviour therefore represents an immediate, time-independent

response.

In contrast, a purely viscous (Newtonian) material exhibits a time-dependent response governed by

¤𝜀m =
𝜎
𝜂
, (3.14)

where 𝜂 denotes the viscosity and the dot above a symbol represents a time derivative (rate of change

with respect to time). Under constant stress, deformation increases continuously over time and does not

recover after unloading (Figure 3.13), reflecting irreversible flow.

Timber does not behave according to either idealisation alone. Instead, its mechanical response combines

instantaneous elastic deformation with delayed, time-dependent processes. Viscoelastic models are

therefore required to capture both the immediate stiffness and the gradual evolution of deformation

and stress.

Figure 3.13: Schematised linear elastic material and viscous material.
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3.5.2. Stress relaxation
The viscoelastic mechanisms described above become visible under different boundary conditions.

Under sustained stress, timber continues to deform over time (creep). Under sustained deformation, the

internal stress decreases over time (stress relaxation). Both responses originate from the same underlying

material behaviour.

In the context of restrained shrinkage, shrinkage acts as an imposed deformation. When this deformation

is restrained, the total strain is fixed and the material is forced to develop a mechanical strain that

generates stress. Due to viscoelastic processes in the cell wall, part of this stress is gradually redistributed,

leading to a reduction of stress over time.

Stress relaxation is defined as the decrease of stress under a sustained (imposed) mechanical strain. For

the case of a constant imposed strain 𝜀0, the stress response can be written as

𝜎(𝑡) = 𝐸(𝑡) 𝜀0 , (3.15)

where 𝐸(𝑡) is the relaxation modulus. This time-dependent modulus represents the effective stiffness

governing stress under constant strain. Immediately after imposing the strain, the stress equals 𝐸(0)𝜀0,

where 𝐸(0) = 𝐸mean corresponds to the instantaneous elastic modulus. As time progresses, 𝐸(𝑡)decreases

due to viscoelastic effects, resulting in a gradual reduction of stress (Figure 3.14).

Figure 3.14: Stress relaxation in timber under constant imposed strain.

In design practice, Eurocode 5 (FprEN 1995-1-1:2025) accounts for time-dependent behaviour through

the deformation factor 𝑘def, which depends on the service class and therefore reflects the moisture

environment during use. Typical values are summarised in Table 3.1. Higher service classes correspond

to higher average moisture levels and larger moisture fluctuations, which enhance viscoelastic and

mechano-sorptive processes in the cell wall. The use of 𝑘def is introduced in Eurocode 5 to estimate

long-term effects on effective material stiffness.

Accordingly, a practical final-state modulus can be defined as

𝐸fin =
𝐸mean

1 + 𝑘def

, (3.16)

where 𝐸mean is the mean elastic modulus and 𝐸fin represents the residual stiffness after long-term

viscoelastic effects.

The decrease of 𝐸(𝑡) does not imply a physical degradation of the material stiffness. It represents a

time-dependent effective modulus that governs the stress response under sustained deformation. For

short-duration loading, the appropriate instantaneous modulus 𝐸mean remains applicable.
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Table 3.1: Values of the deformation factor 𝑘
def

for selected timber products (FprEN 1995-1-1:2025).

Material SC1 SC2 SC3
Structural timber (ST) 0.60 0.80 2.00

Glued laminated timber (GL) 0.60 0.80 2.00

Cross-laminated timber (CLT) 0.80 1.00 –

LVL (parallel veneers) 0.60 0.80 2.00

Plywood (PW) 0.80 1.00 2.50

OSB/3, OSB/4 1.50 2.25 –

Fibreboard, hard (HB) 2.25 3.00 –

It is important to note that 𝐸fin represents a simplified end-state approximation and does not describe

the rate at which relaxation occurs. In contrast, the relaxation modulus 𝐸(𝑡) explicitly describes

the time-dependent decay of stress. For moisture-driven shrinkage, the imposed strain does not

occur instantaneously: shrinkage increases gradually during the drying process. As a result, stresses

accumulate while shrinkage develops, but simultaneously relax due to viscoelastic behaviour.

Capturing this interaction between increasing imposed strain and stress relaxation requires a time-

dependent formulation of 𝐸(𝑡) rather than a single end-state value. This motivates the use of Maxwell-

type viscoelastic models and the Boltzmann superposition principle introduced in the following

sections.

3.5.3. Linear relaxation models
The time-dependent behaviour of timber and engineered wood products has been studied in the

literature [17, 18, 19, 20, 21]. Experimental and numerical investigations have been performed on

solid wood, adhesives and CLT under a wide range of loading conditions, moisture states and time

scales. These studies consistently show that creep and stress relaxation are inherent features of timber

behaviour, while also demonstrating a strong dependence of the measured response on test conditions

and material state.

A common limitation of many experimental studies is the relatively short duration of tests. Creep and

relaxation experiments often span minutes to days, whereas structural applications require predictions

over months or years. Material models are therefore calibrated using short-term data and extrapolated

to longer time scales, which introduces uncertainty. As a result, no single constitutive model has been

shown to accurately describe timber behaviour for all materials, loading modes and environmental

conditions.

Despite this variability, linear viscoelastic formulations are widely adopted in both research and

engineering practice. In this context, linear implies that stress is proportional to strain and that the

material response is assumed to be independent of load magnitude, provided stress levels remain

within the serviceability range.

The principal advantage of linear viscoelastic models is their compatibility with the Boltzmann

superposition principle, which allows the response to a complex loading or deformation history to be

obtained by summing the contributions of individual strain increments. This property is essential for

structural analyses involving time-dependent imposed strains, such as moisture-induced shrinkage.

Linear viscoelastic models therefore provide a practical balance between physical realism and analytical

transparency.

In the present thesis, linear viscoelasticity is adopted as the governing framework for modelling stress

relaxation in CLT. This choice enables a transparent treatment of shrinkage-induced strain histories

while remaining consistent with commonly used design-oriented approaches. The Maxwell model and

its generalised extensions are introduced in the following section.

Maxwell and generalised maxwell
The idealised spring–dashpot models introduced earlier represent the two fundamental components of

viscoelastic behaviour: instantaneous elastic response and time-dependent viscous deformation. Timber

exhibits both mechanisms simultaneously, requiring models that combine elastic and viscous elements.



3.5. Restrained shrinkage and relaxation in CLT 23

A basic model capable of representing stress relaxation is the Maxwell model, consisting of a spring and

dashpot connected in series (Figure 3.15a). Since both elements carry the same stress and their strains

are additive, the constitutive relationship is given by

¤𝜀 =
¤𝜎
𝐸
+ 𝜎

𝜂
, (3.17)

where a dot denotes a time derivative ( ¤𝜀 = d𝜀/d𝑡 and ¤𝜎 = d𝜎/d𝑡), 𝐸 is the elastic modulus of the spring

and 𝜂 is the viscosity of the dashpot.

For a constant imposed strain 𝜀0 (i.e. ¤𝜀 = 0), the stress decays exponentially:

𝜎(𝑡) = 𝐸(𝑡) 𝜀0 , 𝐸(𝑡) = 𝐸 e
−𝑡/𝜏 , (3.18)

with the characteristic relaxation time

𝜏 =
𝜂

𝐸
.

Here, 𝐸(𝑡) represents the relaxation modulus, a time-dependent effective stiffness governing the stress

response under sustained deformation.

Although the Maxwell model captures the basic mechanism of stress relaxation, a single exponential

decay is insufficient to describe the behaviour of timber. Experimental relaxation curves typically exhibit

multiple phases, with an initial rapid stress reduction followed by progressively slower processes. These

phases are associated with different viscoelastic mechanisms acting on distinct time scales.

To account for this behaviour, timber is commonly modelled using a linear generalised Maxwell model, in

which multiple Maxwell elements are connected in parallel (Figure 3.15b). The relaxation modulus is

then expressed as

𝐸(𝑡) = 𝐸fin +
𝑁∑
𝑖=1

𝐸𝑖e
−𝑡/𝜏𝑖 , (3.19)

where 𝐸𝑖 and 𝜏𝑖 denote the modulus and relaxation time of the 𝑖-th Maxwell element, respectively.

The term 𝐸fin represents the long-term effective modulus, corresponding to the residual stiffness after

viscoelastic relaxation has taken place.

In this study, the long-term modulus 𝐸fin is defined in accordance with Equation 3.16.

(a) Maxwell model. (b) Generalised Maxwell model with N = 5.

Figure 3.15: Visualisation of the Maxwell and a generalised Maxwell model.
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3.5.4. Boltzman superposition principle
The spring–dashpot models introduced in the previous sections describe the response to idealised

loading cases, such as a sudden step in stress or strain. In structural applications, however, deformations

rarely occur as instantaneous inputs. Timber elements are subjected to time-dependent deformation

due to moisture-induced shrinkage, which evolve continuously over time. Consequently, the stress at

any moment depends on the entire history of the imposed strain rather than on a single loading event.

The Boltzmann superposition principle provides the framework for modelling such behaviour. It states

that the total response of a linear viscoelastic material can be obtained by summing the contributions of

all past strain increments, each weighted by the relaxation function that governs how its contribution

decays over time.

For stress relaxation problems, where the strain history is prescribed, the stress response is given by

𝜎(𝑡) =
∫ 𝑡

0

𝐸(𝑡 − 𝑠)d𝜀sh(𝑠), (3.20)

where 𝐸(𝑡) denotes the relaxation function. In this thesis, 𝐸(𝑡) is represented using a linear generalised

Maxwell model.

This principle is essential for modelling moisture-induced shrinkage in timber. The shrinkage strain

𝜀sh(𝑡) develops gradually: it is relatively rapid at early times when moisture transport is high and slows

down as the material approaches its equilibrium moisture content.

A key implication of the Boltzmann superposition principle is that relaxation must be applied to

individual strain increments, not to the total strain. Each incremental increase in shrinkage is treated as a

separate loading event, with its own relaxation history. The total stress can therefore be written as

𝜎(𝑡) =
𝑁∑
𝑖=1

𝐸(𝑡 − 𝑡𝑖)Δ𝜀sh(𝑡𝑖) (3.21)

where Δ𝜀sh(𝑡𝑖) denotes the incremental shrinkage introduced at time 𝑡𝑖 .

This procedure is illustrated in Figures 3.16 and 3.17. Figure 3.16 shows the discretisation of the

continuously evolving shrinkage strain 𝜀sh(𝑡) into a series of small strain increments Δ𝜀sh(𝑡𝑖). Each

increment represents a separate loading event in the Boltzmann superposition framework.

Figure 3.16: Discretisation of the shrinkage strain over time.

Figure 3.17 illustrates the corresponding stress response. Each coloured curve represents the stress

contribution generated by a single shrinkage increment, which initially increases and subsequently

relaxes over time according to the relaxation modulus. The blue curve shows the total stress, obtained

by summing all individual contributions at each time step.
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Figure 3.17: Discretisation of stress development over time using BSP.

During the shrinkage phase, stresses accumulate because new strain increments are added before earlier

contributions have fully relaxed. After shrinkage has ceased, no new increments are introduced and the

total stress gradually converges as the individual contributions continue to relax.

Age coefficient
Within the Boltzmann superposition framework adopted in this thesis, the total stress is obtained by

superposing the stress contributions associated with individual strain increments. In the standard

linear formulation, the material is assumed to be time-invariant, such that each strain increment relaxes

according to the same relaxation modulus 𝐸(Δ𝑡), independent of the time 𝑡𝑖 at which the increment

occurs.

Timber, however, exhibits ageing: as the material becomes older, its ability to creep or relax decreases.

Consequently, the relaxation behaviour is not strictly time-invariant, and the relaxation modulus

depends not only on the time since the strain increment Δ𝑡, but also on the age of the material at the

moment of loading 𝑡𝑖 .

A similar need to account for ageing arises in the viscoelastic analysis of concrete. In concrete mechanics,

ageing effects are commonly incorporated through so-called age-adjusted formulations (Trost–Bažant

approach), in which an age-adjusting coefficient modifies the effective time scale of the viscoelastic

response. Wang and Gong [22] describe this concept and introduce an explicit age-adjusting coefficient

to account for ageing in viscoelastic modulus formulations.

In the present thesis, this concept is adopted only in a simplified form: rather than using a full age-adjusted

formulation, ageing is represented by a pragmatic time-scaling factor applied to the relaxation function:

𝑎(𝑡𝑖) =
(
𝑡𝑖 + 𝑡ref

𝑡ref

)𝑚
, (3.22)

where 𝑡ref is a reference time introduced to avoid singular behaviour at 𝑡𝑖 = 0, and 𝑚 is an ageing

exponent controlling the strength of the effect. The age-dependent relaxation modulus is then evaluated

by time-scaling the generalised Maxwell relaxation function:

𝐸(Δ𝑡 , 𝑡𝑖) = 𝐸
(
Δ𝑡

𝑎(𝑡𝑖)

)
. (3.23)

Here, Δ𝑡 = 𝑡 − 𝑡𝑖 denotes the time elapsed since the strain increment introduced at time 𝑡𝑖 .

The influence of ageing on the relaxation behaviour is illustrated in Figure 3.18. The figure shows

relaxation curves corresponding to strain increments introduced at different moments in time. As 𝑡𝑖
increases, the relaxation curves decay more slowly and remain at higher modulus levels, indicating a

reduced relaxation capacity for later strain increments.
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Figure 3.18: Relaxation curves for strain increments introduced at different moments in time, illustrating the effect of material

ageing.

For𝑚 = 0, the ageing factor reduces to 𝑎(𝑡𝑖) = 1 and the standard time-invariant formulation is recovered.

For𝑚 > 0, 𝑎(𝑡𝑖) increases with 𝑡𝑖 , meaning that later strain increments are evaluated at a smaller effective

time increment Δ𝑡/𝑎(𝑡𝑖). As a result, these increments relax less and contribute to a higher retained

stress level.



4
Results

This chapter presents results for moisture-driven shrinkage and the associated stress development

in timber under complete displacement restraint. Under full restraint (Figure 3.12), shrinkage strain

development over time is prescribed as Δ𝜀sh(𝑡) = 𝛽 · Δ𝑀𝐶(𝑡), and stresses follow from either a purely

elastic relation 𝜎(𝑡) = 𝐸𝑚𝑒𝑎𝑛 𝜀sh(𝑡) or with a linear viscoelastic model that accounts for stress relaxation

using the Boltzmann superposition principle.

The results are organised as follows. First, the moisture content evolution is evaluated, focusing on

the influence of the installation moisture content. Next, the shrinkage coefficient 𝛽 is established

using a layer-based lay-up method for CLT and its influence on restrained stress is quantified. Finally,

viscoelastic relaxation is introduced using a generalised Maxwell model, including sensitivity analyses

for relaxation times, the interaction between shrinkage rate and relaxation rate, and the potential

influence of ageing. The chapter concludes with key observations that inform the subsequent parts of

the thesis.

4.1. Moisture content in CLT
In this section, the influence of moisture content on shrinkage-induced stress is analysed. Stress

relaxation is not considered, in order to isolate the effects of moisture-related input parameters. Two

key variables are examined: the moisture content at installation 𝑀𝐶inst and the shrinkage coefficient 𝛽.

When analysing the influence of the installation moisture content, the shrinkage coefficient is kept

constant at its upper bound given by Eurocode 5, 𝛽 = 0.0004.

4.1.1. Influence of installation moisture content
In this analysis, the installation moisture content is varied between 𝑀𝐶inst = 9–15%, while the final

moisture content is fixed at 𝑀𝐶fin = 8%. The moisture content development over time is computed

using Equation 3.2, and the corresponding stresses are obtained from the restrained shrinkage relation

given in Equation 3.10.

Figure 4.1 shows the moisture content evolution for different values of 𝑀𝐶inst. In all cases, the moisture

content decreases monotonically and converges towards the final value. Differences between the curves

are most pronounced at early times and gradually diminish. After approximately 300 days, all curves

are close to 𝑀𝐶fin = 8% and remain nearly constant thereafter.

27



4.1. Moisture content in CLT 28

Figure 4.1: Moisture content development over time for different installation moisture contents.

Figure 4.2 presents the corresponding stress development in a fully restrained element. For all installation

moisture contents, the stress starts from zero and increases over time towards an asymptotic value.

Higher installation moisture contents lead to higher stress levels throughout the entire time range.

Figure 4.2: Stress development in a fully restrained element for different installation moisture contents.

The maximum stress increases almost linearly with 𝑀𝐶inst, as summarised in Table 4.1. The peak stress

rises from 𝜎max = 4.40 N/mm
2

for 𝑀𝐶inst = 9% to 𝜎max = 30.79 N/mm
2

for 𝑀𝐶inst = 15%, highlighting

the strong sensitivity of restrained shrinkage stress to the moisture condition at installation.

Table 4.1: Maximum absolute stress for different initial moisture contents.

𝑀𝐶𝑖𝑛𝑠𝑡 [%] 𝜎max [N/mm
2
]

9 4.40

10 8.80

11 13.19

12 17.59

13 21.99

14 26.39

15 30.79
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4.2. Shrinkage in CLT
In this section, first, the effective panel-level coefficients are derived using a layer-based lay-up method

for a representative 5-layer CLT configuration (Section 4.2.1). Second, the influence of the shrinkage

coefficient on restrained stress is quantified by comparing the lay-up based coefficients with Eurocode

values (Section 4.2.2).

When analysing the influence of the shrinkage coefficient, the installation moisture content is kept

constant at 𝑀𝐶inst = 15% (unfavourable installation condition), while the final moisture content is fixed

at 𝑀𝐶fin = 8%. Stress relaxation is not considered.

4.2.1. Layer-based shrinkage model
The layer-based lay-up method (Section 3.4.1) is used to determine effective panel-level shrinkage

coefficients for the CLT floor panel in the case-study building (Chapter 2). The panel is modelled as

a five-layer lay-up with uniform lamella thickness 𝑇𝑖 = 40 mm, resulting in a total panel thickness of

𝑇CLT = 200 mm. Following the modelling assumption, the effective deforming thickness is taken as

𝑇𝑑,𝑖 = 𝑇𝑖 for the outer lamellas and 𝑇𝑑,𝑖 = 𝑇𝑖/2 for the inner lamellas.

The global panel coordinate system (𝑥, 𝑦, 𝑧) and the anatomical directions of a single lamella (longitudinal,

tangential and radial) are illustrated in Figure 4.3. The longitudinal direction is parallel to the grain,

the tangential direction is perpendicular to the grain within the lamella plane, and the radial direction

is oriented through the thickness of the lamella. The effective panel-level shrinkage coefficients 𝛽𝑥
and 𝛽𝑦 result from the combination of these anatomical shrinkage components depending on the fibre

orientation of each layer in the lay-up.

Figure 4.3: Global panel coordinate system (𝑥, 𝑦, 𝑧) and anatomical directions of a lamella (longitudinal, tangential and radial).

The wood species and strength grading of the lamellas in the case-study panel are not specified.

Therefore, lamella-level shrinkage properties are adopted from [16], which reports swelling and

shrinkage coefficients measured using digital image correlation (DIC) for commercially common lamella

grades of Korean larch (E12, E8) and Korean pine (E10, E6). Where E8 grade defines elastic modulus of

lumber between 8GPa and 8.9GPa.

Table 4.2: Lamella-level shrinkage coefficients adopted from [16]. Tangential and radial coefficients are evaluated at |Δ𝑀𝐶| = 7%.

Lamella type 𝛽tan [-] 𝛽rad [-] 𝛽lon [-]

Larch E12 0.000901 0.000865 −0.000008

Larch E8 0.001491 0.000426 0.000021

Pine E10 0.001077 0.000259 0.000131

Pine E6 0.000950 0.000735 0.000042

The coefficients in Table 4.2 serve as input to the lay-up calculation to obtain effective panel-level

coefficients. For each lamella property set (Larch E12, Larch E8, Pine E10 and Pine E6), the layer-based

method is applied to the full five-layer configuration, resulting in effective panel-level shrinkage
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coefficients in the global panel directions 𝛽𝑥 and 𝛽𝑦 , which are of interest in this thesis. Finally,

representative values 𝛽𝑥 and 𝛽𝑦 are obtained by averaging the resulting panel-level coefficients across

the four lamella property sets.

Table 4.3: Shrinkage coefficients with the lay-up method for different wood species and qualities.

Lamella type 𝛽𝑥 𝛽𝑦
Larch E12 0.000272 0.000684

Larch E8 0.000123 0.000300

Pine E10 0.000112 0.000226

Pine E6 0.000084 0.000193

Average 0.000148 0.000351

Figure 4.4 shows the restrained stress development obtained with the shrinkage coefficients derived

from the layer-based lay-up method. For all lamella property sets, the stress increases from zero as

shrinkage strain accumulates and converges towards an asymptotic value at long times. Larger effective

shrinkage coefficients lead to higher stress levels over the entire time range.

For each lamella property set, the stresses associated with 𝛽𝑦 are consistently higher than those

corresponding to 𝛽𝑥 . This reflects the larger effective shrinkage coefficient in the 𝑦-direction, which

results from the lay-up: in the 𝑦-direction a larger share of layers contributes with tangential (across-

grain) shrinkage, whereas in the 𝑥-direction a larger share of the deformation is governed by longitudinal

(along-grain) shrinkage.

Figure 4.4: Shrinkage stress development for different shrinkage coefficients obtained using the lay-up method.

4.2.2. Influence shrinkage coefficient
This subsection compares restrained stress development obtained with shrinkage coefficients from

Eurocode 5 and with the effective coefficients derived from the layer-based lay-up method. The

installation moisture content is kept constant at 𝑀𝐶inst = 15% and stress relaxation is not considered,

such that differences in stress response follow directly from the selected 𝛽-values.

Table 4.4 summarises the coefficients adopted for both approaches. The lay-up based coefficients are

slightly lower than the Eurocode values in both directions.

Table 4.4: Effective in-plane shrinkage coefficients used in the comparison of Eurocode 5 and the layer-based lay-up method.

Method 𝛽𝑥 [-] 𝛽𝑦 [-]

Eurocode 5 0.000200 0.000400

Lay-up method (average) 0.000148 0.000351
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Figure 4.5 compares the corresponding restrained stress development. For both approaches, the stress

evolution follows the same temporal trend because the moisture history is identical; however, the stress

magnitude is governed by the selected shrinkage coefficient. As expected, the Eurocode coefficients lead

to higher predicted stresses, while the lay-up based coefficients show lower stress levels throughout the

time range.

Figure 4.5: Comparison of restrained shrinkage stress development for Eurocode 5 coefficients and the average coefficients from

the layer-based lay-up method.

The resulting maximum stresses are summarised in Table 4.5. In the 𝑥-direction, using the lay-up based

coefficient reduces the peak stress from 15.39 N/mm
2

to 11.40 N/mm
2
. In the 𝑦-direction, the peak

stress reduces from 30.79 N/mm
2

(Eurocode) to 26.99 N/mm
2

(lay-up). This confirms that the choice of

shrinkage coefficient has a direct and significant influence on the predicted restrained stresses.

Table 4.5: Maximum absolute stress for shrinkage coefficients obtained from Eurocode 5 and from the average values of the

layer-based lay-up method.

Method Direction 𝛽 [-] 𝜎max [N/mm
2
]

Lay-up (average) 𝑥 0.000148 11.40

Lay-up (average) 𝑦 0.000351 26.99

Eurocode 5 𝑥 0.000200 15.39

Eurocode 5 𝑦 0.000400 30.79

4.3. Stress relaxation in CLT
To account for stress relaxation, timber is modelled as a linear viscoelastic material using a generalised

Maxwell model (Section 3.5.3). The stress response under time-varying shrinkage strain is evaluated

using the Boltzmann superposition principle, such that the contribution of successive shrinkage strain

increments is accumulated over time.

Given the variability in viscoelastic material models reported in the literature and the absence of models

calibrated for the present moisture-driven loading conditions, a simplified yet representative model is

adopted. A generalised Maxwell model with 𝑁 = 3 Maxwell elements is selected, providing a balance

between model complexity and interpretability. The relaxation times are chosen to represent fast,

intermediate and slow processes in wood: 𝜏1 = 5 days, 𝜏2 = 30 days and 𝜏3 = 200 days. The influence of

this choice is assessed through a sensitivity analysis in Section 4.3.2.

4.3.1. Effect of relaxation on restrained stress development
Figure 4.6 compares restrained stress development with and without viscoelastic relaxation for 𝛽 = 0.0004

and 𝑀𝐶inst = 15%.
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In both cases, stress increases from zero as shrinkage strain develops over time. Without relaxation,

stress continues to build up and converges towards a high asymptotic value governed by the elastic

modulus. When viscoelastic behaviour is included through the Boltzmann superposition principle, the

initial trend is similar, but the response approaches a substantially lower long-term stress level.

The difference between both responses becomes more pronounced with increasing time. While the

purely elastic response retains the full stress induced during shrinkage, the viscoelastic response

converges towards a value governed by the equilibrium modulus 𝐸fin of the generalised Maxwell model.

This illustrates the potential reduction in restrained shrinkage stress due to stress relaxation.

Figure 4.6: Restrained stress development with and without relaxation.

4.3.2. Sensitivity to relaxation times
To assess sensitivity to the assumed relaxation spectrum, the stress response is evaluated for modified

sets of relaxation times in which all 𝜏𝑖 are taken twice as fast and twice as slow compared to the base

case. The equilibrium modulus 𝐸fin is kept constant.

Figure 4.7 compares the resulting stress development. Varying the relaxation times mainly affects the

transient response: faster relaxation leads to a more gradual stress build-up and lower intermediate

stress levels, whereas slower relaxation results in a stiffer early-time response and slightly higher

transient stresses.

Figure 4.7: Influence of the assumed relaxation times in the generalised Maxwell model.



4.3. Stress relaxation in CLT 33

Despite differences during the early and intermediate stages, all curves converge towards the same

long-term stress level. This demonstrates that, as long as an equilibrium modulus is present, the

restrained stress at long times is governed by 𝐸fin and is relatively insensitive to the precise choice of

relaxation times. The relaxation times therefore primarily influence the transient evolution rather than

the final stress level.

4.3.3. Shrinkage rate versus relaxation rate
The interaction between the rate of shrinkage development and the rate of viscoelastic relaxation is

examined by comparing the base-case moisture evolution with an artificially accelerated shrinkage

process. When shrinkage develops rapidly, large increments of shrinkage strain are imposed over short

time intervals, leaving limited time for relaxation before additional shrinkage occurs.

Figure 4.8: Restrained stress development for gradual (base) versus accelerated shrinkage.

Figure 4.8 shows that accelerated shrinkage produces a pronounced transient stress peak, caused by

the accumulation of shrinkage strain before significant viscoelastic relaxation can take place. After

shrinkage has largely completed, relaxation progressively reduces the stress towards the long-term level

governed by 𝐸fin.

The accelerated case does not represent realistic timber behaviour; in practice, moisture-driven shrinkage

is governed by diffusion and environmental equilibration and develops gradually over extended periods.

The accelerated case is therefore included as a conceptual scenario to demonstrate that transient peaks

may occur when deformation develops faster than relaxation. For realistic shrinkage rates, the response

is expected to evolve more smoothly, with limited overshoot and a closer correspondence between peak

and long-term stress. This supports the use of 𝐸fin for estimating long-term restrained shrinkage stresses

when shrinkage develops gradually.

4.3.4. Influence of ageing
As discussed in Section 3.5.4, the age of timber affects its capacity to relax. This effect can be approximated

by introducing an age coefficient that reduces the relaxation capacity of strain increments occurring at

later ages.

Figure 4.9 compares stress development without ageing (𝑚 = 0) and with increasing ageing effects

(𝑚 = 0.25 and 𝑚 = 0.4). With increasing 𝑚, higher stress levels are observed both during the transient

phase and at long times.
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Figure 4.9: Influence of an age coefficient on restrained stress development.

This behaviour follows from the interaction between shrinkage strain development and relaxation. Each

incremental increase in shrinkage strain Δ𝜀sh generates an immediate stress contribution governed by

the relaxation modulus. When ageing is included, strain increments occurring later experience reduced

relaxation, such that a larger portion of the stress generated during the shrinkage phase is retained.

Consequently, both the transient response and the retained long-term stress increase, and the final stress

exceeds the value predicted using the equilibrium modulus 𝐸fin without ageing.

4.4. Key observations
The following observations are drawn from the analysis of moisture-driven restrained shrinkage in

timber under complete displacement restraint:

• Restrained shrinkage stresses are strongly governed by hygroscopic input parameters. In particular,

higher installation moisture contents 𝑀𝐶inst and larger shrinkage coefficients 𝛽 directly lead to

higher predicted stress levels.

• The selection of 𝛽 has a significant influence on the predicted stresses. Eurocode-based coefficients

show higher stresses than the effective coefficients obtained with the layer-based lay-up method

for the considered CLT configuration.

• Including viscoelasticity through a linear generalised Maxwell model and the Boltzmann superpo-

sition principle results in a substantial reduction of long-term restrained stresses compared to

purely elastic predictions.

• For long-term conditions, the retained stress level is governed by the equilibrium modulus 𝐸fin of

the Maxwell model. In the present formulation, the long-term stress scales with 𝐸fin/𝐸mean.

• The relaxation times mainly influence the transient stress evolution. Provided that an equilibrium

modulus is present, the final stress level is largely insensitive to the precise relaxation parameters.

• A mismatch between shrinkage rate and relaxation rate can generate transient stress peaks. For

realistic diffusion-controlled moisture evolution, the response is smoother and the peak stress

approaches the long-term level.

• Ageing reduces the relaxation capacity of strain increments occurring at later times, increasing

both transient and retained stresses. However, the effect depends on uncertain ageing parameters.

Therefore, ageing is not included in the subsequent analyses.

Based on these results, 𝐸fin is adopted in the subsequent chapters to represent long-term behaviour

when estimating shrinkage-induced forces in structural systems with compliant connections. This

choice provides a consistent and physically motivated basis for long-term assessment while avoiding

undue sensitivity to uncertain transient modelling assumptions.



Part II

Shrinkage-induced forces in CLT
connections
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5
Shrinkage-induced forces in CLT

connections

Connections are essential elements in a building structure. They join members into a coherent load-

bearing system by providing force transfer, alignment and continuity between structural components.

Their stiffness and strength influence how loads are distributed, how much relative deformation can

occur between members, and how the global structural response develops.

Unless stated otherwise, the background information, stiffness formulations and resistance models

presented in this chapter are based on the draft version of the new Eurocode 5 (FprEN 1995-1-1:2025).

This chapter describes the connection types in the case study and establishes representative stiffness and

resistance values for later modelling. Connection stiffness is introduced using the load–slip concept,

and screw resistance is evaluated using the European Yield Model. The resulting parameters are then

used in simplified restraint models to quantify shrinkage-induced forces for the considered support

configurations.

5.1. Connection types
Figure 5.1 shows the floor plan of the case study considered in this thesis. The case-study building is

described in Chapter 2. The connection types relevant to this thesis are indicated in the plan. Typical

connection details are presented in Figure 5.2, while additional screw characteristics are provided in

Appendix B. The connection types are described below.

Type 1: Panel-to-core connections
Panel-to-core connections transfer diaphragm forces from the CLT floor into the concrete core, which

provides the global lateral stability of the building. In the case study, the connection consists of a steel

angle bracket anchored to the concrete wall and connected to the CLT panel by self-drilling wood screws.

Two variants are considered:

• Type 1a: screwed steel angle connection without grout,

• Type 1b: screwed steel angle connection with grout at the interface.

Both variants provide the same global function, but the load-transfer mechanism differs. For the

ungrouted detail, forces are transferred mainly through slip in the fasteners. When grout is applied,

load transfer may additionally occur through compression and shear contact once the interface is closed,

which can increase the effective stiffness after contact is established.

Type 2: Panel-to-panel connections
Panel-to-panel connections provide continuity between adjacent CLT panels and enable diaphragm

action by transferring in-plane shear across panel joints. In the case study, a half-lap joint combined

with self-drilling wood screws is used at the panel interface.

36
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Types 3–4: Panel-to-beam connections
Types 3 and 4 denote the fastening details between the CLT panels and the supporting glulam beams.

They are included as boundary conditions that may provide translational restraint in the floor plane.

Two support situations are distinguished:

• Type 3: two adjacent floor panels on the same beam (green zones in Figure 5.1),

• Type 4: edge beam supporting a single panel (pink zones in Figure 5.1).

In addition to Types 3–4, the CLT panels are also fastened to the intermediate glulam beams within the

panel span. In the RFEM case-study model, these intermediate panel-to-beam fasteners are not explicity

modelled. Such that RFEM idealises these connections as fully tied connections. As a result, no relative

in-plane slip can occur between panel and beam at these locations, i.e. the beams are assumed to follow

the same in-plane displacements as the floor panels. This modelling simplification is adopted to reduce

model complexity.

Figure 5.1: Floor plan with demarcation of the connection types considered in the case study.
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Figure 5.2: Side and top view of connection details used in the case study.

5.2. Stiffness of connections
This section defines representative connection stiffness values for use in the analytical and numerical

models presented later in this thesis.
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5.2.1. Combined stiffness components
Connection stiffness can be evaluated using a component method, in which the total slip is decomposed

into the deformation of individual connection components. Each component is idealised as a linear

spring, and the total stiffness follows from a series arrangement:

1

𝐾tot

=
1

𝐾CLT

+ 1

𝐾screws

+ 1

𝐾plate

+ 1

𝐾anchors

. (5.1)

Feng et al. [23] applied this approach to CLT wall-to-foundation connections (hold-downs and angle

brackets) strengthened with self-tapping screws. Their model accounted for deformation of the CLT,

slip and rotation of the screw group, deformation of the steel plate, and deformation of the anchor bolts.

They demonstrated that, when the steel plate and anchorage are sufficiently stiff, the overall connection

slip is governed by the deformation of the screw group.

Based on these findings, this thesis focuses on the stiffness of the screwed connection as the governing

component for the floor–to–core restraint behaviour. Other sub-components are assumed sufficiently

stiff and are therefore not analysed.

5.2.2. Slip behaviour
The mechanical response of a timber connection is characterised by its load–slip relationship, the relation

between the applied force 𝐹 and the relative slip 𝑢 between the connected members.

The load–slip behaviour of dowel-type connections is inherently non-linear. At low load levels, relatively

large deformations may occur due to initial slip, for example caused by tolerances or hole clearance. With

increasing load, the response becomes approximately linear over an intermediate range, after which the

stiffness gradually decreases as plastic deformation develops in the fastener and the surrounding timber.

As a result, the stiffness of a connection is not a unique material property, but depends on the load

level at which it is evaluated. In this context, a distinction can be made between the tangential stiffness,
which is the local slope of the load–slip curve at a given point, and the secant stiffness, which is the

average slope between two load levels. In Eurocode 5, the serviceability stiffness is represented by the

slip modulus 𝐾SLS (often denoted 𝐾ser), which is taken as a secant stiffness in the serviceability range,

typically between 0.1𝐹max and 0.4𝐹max. Within this range, the behaviour may be approximated as linear

for design purposes.

Figure 5.3: Schematic load–deformation curve illustrating the definition of the ductility factor 𝐷𝑠 and stiffness 𝐾ser [24].

In addition to stiffness, the deformation capacity of the connection is of importance. This is commonly

expressed by the ductility factor 𝐷𝑠 , defined as the ratio between the ultimate slip 𝑢𝑢 and the slip at the

start of yielding 𝑢𝑦 :

𝐷𝑠 =
𝑢𝑢

𝑢𝑦
(5.2)
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As illustrated in Figure 5.3, ductile connections are able to undergo significant additional deformation

beyond the initial elastic range without a proportional increase in force. For dowel-type fasteners,

this behaviour is typically associated with plastic hinge formation in the fastener. The existence of

such post-yield deformation capacity is particularly relevant for displacement-driven problems, since

imposed deformations do not necessarily lead directly to connection failure once the elastic range is

exceeded.

5.2.3. Lateral slip modulus of a screw
In this thesis, the lateral slip modulus of a screw is determined using the formulation adopted in

Eurocode 5 (FprEN 1995-1-1:2025). The serviceability-level lateral slip modulus per fastener per shear

plane is given by:

𝐾SLS,𝑣,𝑖 = 60 𝑑1.7
1

(𝜌mean

420

)
1.1

, (5.3)

where 𝑑1 is the inner thread diameter of the screw and 𝜌mean is the mean density of the timber in kg/m
3
.

The expression shows that the slip stiffness increases with both timber density and screw diameter.

For steel-to-timber and concrete-to-timber connections, where the fastener is clamped against a rigid

non-timber member, Eurocode 5 recommends doubling the lateral slip modulus:

𝐾st

SLS,𝑣,𝑖
= 2𝐾SLS,𝑣,𝑖 . (5.4)

For timber-to-timber connections, the lateral slip modulus depends on the properties of both timber

members. An effective mean density is therefore adopted:

𝜌mean =
√
𝜌1 𝜌2 , (5.5)

where 𝜌1 and 𝜌2 are the mean densities of the connected timber members. This definition reflects the

contribution of both members to the embedment deformation governing the slip behaviour.

Smeared stiffness
The smeared stiffness 𝑘 is defined as the stiffness per unit length and is obtained by dividing the slip

modulus of a single fastener by the fastener spacing 𝑠:

𝑘 =
𝐾

𝑠
. (5.6)

5.3. Resistance of connections
This section describes the ultimate load-carrying behaviour of the connection types considered in this

thesis, focusing on laterally loaded self-drilling screws. For timber-to-timber joints, the resistance

models follow FprEN 1995-1-1:2025 [9], whereas for steel-to-timber joints EN 1995-1-1 [25] is adopted,

since steel-to-timber joint provisions are not explicitly provided in the draft. For clarity, the present

section discusses the underlying failure mechanisms only. The corresponding resistance expressions,

together with the adopted connection geometries and screw properties, are provided in Appendix B.

5.3.1. Failure mechanisms of steel-to-timber joints
In steel-to-timber joints, lateral forces are transferred through embedment deformation of the timber

member and bending of the screw. Depending on the thickness of the steel plate, different idealised

failure mechanisms may govern the ultimate resistance.

For thin steel plates, failure is typically governed by embedment of the timber, with limited or no plastic

deformation of the fastener. For thick steel plates, more ductile mechanisms may develop, characterised

by one or more plastic hinges in the screw. In these cases, axial tension in the screw may contribute to

the lateral resistance through the rope effect.

The failure mechanisms considered are illustrated in Figure 5.4. Each failure mode is associated with a

specific resistance expression. The characteristic lateral resistance of the connection is obtained as the

minimum resistance over all relevant failure modes.
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Figure 5.4: Failure mechanisms for a steel-to-timber joint loaded in shear.

The failure modes shown in Figure 5.4 represent the following physical mechanisms:

(a) Timber embedment failure with a thin steel plate, without plastic hinging of the fastener.

(b) Timber embedment failure combined with plastic hinging of the fastener for a thin steel plate.

(c) Timber embedment failure with a thick steel plate, without plastic hinging of the fastener.

(d) Timber embedment failure combined with a single plastic hinge in the fastener for a thick steel

plate.

(e) Fully ductile failure with plastic deformation of the fastener for a thick steel plate, characterised

by two plastic hinges.

5.3.2. Failure mechanisms of timber-to-timber joints
In timber-to-timber joints, lateral forces are transferred through embedment deformation of both

timber members and bending of the screw. The governing failure mechanism depends on the relative

embedment strengths and thicknesses of the connected members.

For single-shear connections, failure may occur through embedment of either timber member, through

combined embedment and plastic hinging of the fastener, or through fully ductile plastic hinging of the

screw.

The failure mechanisms considered are illustrated in Figure 5.5. As for steel-to-timber joints, each

failure mode corresponds to a specific resistance expression. The characteristic lateral resistance of the

connection is obtained as the minimum resistance over all applicable failure modes.

Figure 5.5: Failure mechanisms for a timber-to-timber joint loaded in single shear.
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The failure modes shown in Figure 5.5 represent the following physical mechanisms:

(a) Embedment failure in member 1, without plastic hinging of the fastener.

(b) Embedment failure in member 2, without plastic hinging of the fastener.

(c) Embedment failure in member 1 and 2 without plastic hinging of the fastener.

(d) Embedment failure in member 2 combined with plastic hinging of the fastener and embedment

deformation in member 1.

(e) Embedment failure in member 1 combined with plastic hinging of the fastener and embedment

deformation in member 2.

(f) Fully ductile failure with plastic deformation of the fastener, characterised by two plastic hinges.

The expressions given in Appendix B provide the characteristic lateral resistance 𝐹𝑣,𝑅𝑘 per fastener per

shear plane. The design lateral resistance per fastener per shear plane is:

𝐹𝑣,𝑅𝑑 =
𝑘mod

𝛾𝑀
𝐹𝑣,𝑅𝑘 . (5.7)

For CLT connections under permanent (shrinkage) loading, 𝑘mod = 0.6 and 𝛾𝑀 = 1.3, resulting in:

𝐹𝑣,𝑅𝑑 ≈ 0.46 𝐹𝑣,𝑅𝑘 . (5.8)

The design resistance 𝐹𝑣,𝑅𝑑 is used for ultimate limit state verification.
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5.4. Shrinkage induced restraint forces
Moisture-driven shrinkage causes a CLT floor panel to shorten in its plane. In Part I, this mechanism

was studied in its most extreme form: a fully restrained member, where shrinkage strain is directly

converted into axial stress. Real buildings, however, are rarely fully restrained. The detailing of floor

panel connections provides a finite restraint stiffness.

Figure 5.6 recalls the basic principle. Under free shrinkage, the panel would contract by a total amount

𝑢𝑠ℎ . If this contraction is partially or fully restrained, an axial normal force 𝑁 develops in the panel,

accompanied by reaction forces 𝑅 in the restraints. In this chapter, the focus therefore shifts from stress

(𝜎) to force resultants: the normal force in the panel (𝑁) and the associated support reactions (𝑅), which

are directly relevant for connection design and detailing.

Figure 5.6: Principle of shrinkage restraint.

In the following, shrinkage-induced restraint forces are analysed using simplified one-dimensional

beam–spring models. First, the material and shrinkage parameters used in the formulations are defined.

Subsequently, four restraint situations are considered in increasing order of structural complexity,

representing connection scenarios in hybrid core–frame buildings. Appendix C shows the analytical

derevations of the formulas and Appendix D presents a numerical verification for each situation from

RFEM.

5.4.1. Long-term stiffness
The development of shrinkage-induced restraint forces depends on the axial stiffness of the panel, the

stiffness of the connections, and the imposed shrinkage strain. As demonstrated in the previous chapter,

shrinkage-induced stresses evolve over time and reach their maximum in the final equilibrium state,

after stress relaxation has taken place. For this reason, effective long-term stiffness properties are used

in all restraint-force formulations presented in this section.

The effective long-term modulus of the timber is defined as:

𝐸fin =
𝐸mean

1 + 𝑘def

, (5.9)

where 𝐸mean is the mean elastic modulus and 𝑘def is the deformation factor accounting for the viscoelastic

deformation of timber under long-term loading.
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Similarly, the effective long-term connection stiffness is defined as:

𝐾fin =
𝐾mean

1 + 2 𝑘def

, (5.10)

where 𝐾mean is the mean slip stiffness of the connection. The factor 2 𝑘def reflects the more pronounced

time-dependent deformation in mechanical timber connections compared to the timber material itself.

This approach is consistent with experimental findings reported by Van de Kuilen (2008), who derived

deformation factors for mechanical timber joints for implementation in Eurocode 5, showing that

connections exhibit higher long-term deformation [26].

5.4.2. Situation 1: Fully restrained floor
The free shrinkage strain is defined as

Δ𝜀𝑠ℎ = 𝛽Δ𝑀𝐶, (5.11)

where 𝛽 is the shrinkage coefficient and Δ𝑀𝐶 = 𝑀𝐶fin − 𝑀𝐶inst is the change in moisture content

between the initial and final equilibrium state. In the absence of restraint, this results in a free shortening

𝑢𝑠ℎ = Δ𝜀𝑠ℎ𝐿, (5.12)

without inducing internal stresses.

The first configuration represents the limiting case of a fully restrained floor panel, as shown in Figure 5.6.

Since axial shortening is fully prevented, the free shrinkage strain is entirely converted into axial stress.

The resulting axial force follows directly from Hooke’s law:

𝑁 = −𝐸fin𝐴Δ𝜀𝑠ℎ , (5.13)

where 𝐴 = 𝑏eff𝑡 is the cross-sectional area of the considered strip. The support reactions are equal in

magnitude and opposite in sign, i.e. 𝑅 = −𝑁 .

5.4.3. Situation 2: Floor panel between two cores
The second configuration considers a floor panel located between two concrete cores, as shown in

Figure 5.7. The panel is supported along both edges by steel angles and connected to the cores by screws

(detail 1 in Figure 5.2). Shrinkage occurs perpendicular to the cores, along the span between the two

supports. The influence of the supporting beams is not considered.

Figure 5.7: 2D schematic representation of the floor panel between two cores.
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In contrast to the fully restrained case, the connections to the cores have finite stiffness. As a result,

shrinkage is only partially restrained and the developed axial force depends on both the panel stiffness

and the connection stiffness.

The system can be idealised as a one-dimensional beam subjected to uniform shrinkage and connected

at both ends to axial springs with equal stiffness 𝐾𝑃𝐶,fin, representing the effective long-term stiffness of

the panel–core connections (see Figure 5.8).

Figure 5.8: 1D beam–spring model of a CLT floor panel between two cores.

To determine the force in an individual screw, the panel is considered as a strip with an effective width

equal to the screw spacing. The cross-sectional area of this strip is defined as

𝐴 = 𝑏eff 𝑡 ,

where 𝑏eff equals the screw spacing and 𝑡 is the panel thickness.

Figure 5.9: Effective width for 1D beam–spring model of a CLT floor between two cores.

Following the derivation in Appendix C, the axial force in the panel is given by
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𝑁 = −
Δ𝜀𝑠ℎ𝐿𝑝

2

𝐾𝑃𝐶,fin

+
𝐿𝑝

𝐸fin𝐴

, (5.14)

where 𝐿𝑝 is the panel length between the two cores. The reaction force in each end spring is equal in

magnitude to the axial force, i.e. 𝑅 = −𝑁 .

This expression shows that the restraint force is governed by the relative stiffness of the panel and

the connections. It may also be interpreted using Hooke’s law, with the free shrinkage imposing a

shortening 𝑢 = Δ𝜀𝑠ℎ𝐿𝑝 on a series system consisting of the beam and the two end connections. The

equivalent stiffness of this system is

1

𝑘tot

=
1

𝐾𝑃𝐶,fin

+ 1

𝐾𝑃𝐶,fin

+
𝐿𝑝

𝐸fin𝐴
, (5.15)

so that the axial force follows directly as 𝑁 = 𝑘tot𝑢. The limiting cases illustrate the physical behaviour:

• As 𝐾𝑃𝐶,fin → ∞, the contribution of the end connections vanishes and the response approaches

the fully restrained case of Situation 1.

• As 𝐾𝑃𝐶,fin → 0, the system offers no restraint, the panel shortens freely, and no axial force develops.

5.4.4. Situation 3: Two floor panels between two cores
The third configuration considers two CLT floor panels located between two concrete cores, meeting

at a glulam beam positioned between the cores (see Figure 5.10). Each panel is connected to a core at

one end and supported by the glulam beam at the other (detail 3 in Figure 5.2). The influence of the

supporting beams is not considered.

If both panels have equal length and undergo the same shrinkage strain, the system is symmetric. In

that case, the glulam beam remains approximately stationary due to the opposing shrinkage forces from

the two panels. The behaviour of the system can therefore be analysed by considering one half of the

configuration.

Figure 5.10: 2D schematic representation of two floor panels between two cores.

For one panel, shrinkage occurs perpendicular to the cores, along the span between the core and the

glulam beam. In contrast to Situation 2, the panel is now restrained by two different supports: the

concrete core and the glulam beam. These restraints generally have different effective stiffnesses.

The system is idealised as a one-dimensional beam subjected to uniform shrinkage and connected at

its ends to two axial springs with stiffnesses 𝐾𝑃𝐶,fin and 𝐾𝑃𝐵,fin, representing the effective long-term

stiffness of the panel–core connection and the panel–beam connection, respectively (see Figure 5.11).
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The cross-sectional area of the considered strip is defined as

𝐴 = 𝑏eff 𝑡 ,

where 𝑏eff equals the screw spacing and 𝑡 is the panel thickness (Figure 5.9).

Following the derivation in Appendix C, the axial force in the panel is given by

𝑁 = −
Δ𝜀𝑠ℎ𝐿𝑝

1

𝐾𝑃𝐶,fin

+ 1

𝐾𝑃𝐵,fin

+
𝐿𝑝

𝐸fin𝐴

, (5.16)

where 𝐿𝑝 is the panel length between the core and the glulam beam. The reaction forces in the two

springs are equal in magnitude to the axial force, i.e. 𝑅𝑃𝐶 = 𝑅𝑃𝐵 = 𝑁 .

This expression shows that the restraint force depends on the relative stiffness of the panel and both

supports. As in Situation 2, the response may be interpreted in terms of a series system, now consisting

of the beam stiffness and two different connection stiffnesses.

Figure 5.11: 1D beam–spring model of two interacting CLT floor panels between two cores.

5.4.5. Situation 4: Floor panel with continuous restraint along the core
The fourth configuration considers shrinkage parallel to the core. Here, the panel edge along the core is

modelled as a continuous line connection, which represents a series of discrete steel-angle connections

with screws distributed along the core-side edge. Shrinkage develops parallel to this restrained edge,

either along the short or the long panel direction depending on the floor layout (see Figure 5.12).

In contrast to the previous situations, the restraint is not concentrated at discrete points but distributed

continuously along the edge. Consequently, the load-transfer mechanism differs from the end-spring

models considered in Situations 2 and 3.

The system is idealised as a one-dimensional beam subjected to uniform shrinkage and supported by a

continuous elastic foundation with effective line stiffness 𝑘𝑃𝐶,fin, representing the long-term stiffness of

the screw connection per unit length (see Figure 5.13).
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Figure 5.12: 2D schematic representation of a floor panel with continuous restraint along the core edge: (a) restraint along the

short side, (b) restraint along the long side.

The governing differential equation for a shrinking beam on an elastic foundation is

𝐸fin𝐴𝑢
′′(𝑥) − 𝑘𝑃𝐶,fin 𝑢(𝑥) = 0, (5.17)

where 𝑢(𝑥) denotes the axial displacement along the restrained edge. Similar load transfer mechanisms

occur in other engineering problems such as reinforcement bond in concrete, shear-lag in composite

members, and piles interacting with soil, all described by a differential equation governing the interaction

between an axially loaded member and a distributed elastic restraint [27].

With boundary conditions 𝑁(0) = 𝑁(𝐿𝑤) = 0 and

𝜆 =

√
𝑘𝑃𝐶,fin

𝐸fin𝐴
, (5.18)

the displacement field becomes (see Appendix C)

𝑢(𝑥) = Δ𝜀𝑠ℎ
𝜆

sinh

(
𝜆

(
𝐿𝑤
2
− 𝑥

))
cosh

(
𝜆𝐿𝑤

2

) . (5.19)

The corresponding distributed reaction force and axial force distribution are
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𝑞𝑅(𝑥) = 𝑘𝑃𝐶,fin

Δ𝜀𝑠ℎ
𝜆

sinh

(
𝜆

(
𝐿𝑤
2
− 𝑥

))
cosh

(
𝜆𝐿𝑤

2

) , (5.20)

𝑁(𝑥) = −𝐸fin𝐴Δ𝜀𝑠ℎ

1 −
cosh

(
𝜆

(
𝐿𝑤
2
− 𝑥

))
cosh

(
𝜆𝐿𝑤

2

)  . (5.21)

The axial force is zero at the ends of the restrained edge and reaches a maximum at midspan, while the

distributed reaction force is largest near the edges and decreases towards the centre.

To relate the continuous foundation model to the discrete screw connection, the distributed reaction

𝑞𝑅(𝑥) may be interpreted as the shear flow transferred into the steel angle. For a screw spacing 𝑠, the

force in a screw at position 𝑥𝑖 is approximated as

𝑅𝑖 ≈ 𝑞𝑅(𝑥𝑖) 𝑠. (5.22)

The largest screw forces therefore occur near the edges of the restrained length.

Figure 5.13: 1D beam-on-elastic-foundation model of a floor panel with continuous core restraint.

The determination of the effective width associated with this distributed load-transfer mechanism is

addressed separately in the following subsection.
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Effective width
In Situations 1–3, the effective width in the one-dimensional model was taken as the screw spacing. In

those cases, the axial force in the strip could be directly related to the force in an individual screw.

For shrinkage parallel to the core (Situation 4), the load-transfer mechanism is fundamentally different.

Although the connection to the core is continuous along its full length, the axial force that develops

in the panel is not confined to a strip of predefined width. Instead, due to the two-dimensional plate

behaviour, the force spreads into the panel. As a result, the width over which the axial stiffness should

be considered in the one-dimensional model is not known beforehand.

To determine a representative effective width for this configuration, numerical analyses were performed

in RFEM. The panel was connected to the concrete core along one edge by a continuous line spring,

while the remaining edges were free to shrink, consistent with the case study configuration (Figure 5.12).

Using the analytical expression for the distributed spring reaction (see Equation 5.19 and Equation 5.20),

an equivalent effective width was back-calculated. The effective width is defined here as the panel

width that reproduces the maximum line reaction obtained from the numerical model. It therefore

represents a calibrated one-dimensional approximation of the two-dimensional plate behaviour.

Figure 5.14: Effective width for a CLT floor panel with continuous restraint along the core.

Numerical results are provided in Appendix E. In this thesis, the effective widths obtained from the

RFEM analyses are used for the specific configurations considered and subsequently applied in the

analytical model to calculate the forces in the screws.
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Results

The analytical formulations derived in the previous chapter are applied to evaluate the forces in the

screw connections for varying panel geometries and moisture conditions.

In this thesis, the panel length 𝐿𝑝 and the installation moisture content 𝑀𝐶inst are treated as variable

parameters. The shrinkage coefficients 𝛽𝑥 and 𝛽𝑦 , the screw spacing, and the connection stiffness are

kept constant.

For each combination of panel length and installation moisture content, the resulting restraint force

in the connection is calculated and compared to the design shear capacity of the screw. This allows

identification of parameter combinations for which the connection force exceeds the screw capacity, as

well as combinations that remain within safe limits.

The results are presented separately for shrinkage acting perpendicular to the core (Situations 2 and 3)

and shrinkage acting parallel to the core (Situation 4).

6.1. Model parameters
Table 6.1 summarises the parameters that are kept constant throughout the parametric study.

Table 6.1: Fixed parameters used in the parametric study.

Category Parameter Value Unit

Geometry

Screw spacing 𝑠 100 mm

Panel thickness 𝑡 200 mm

Moisture & shrinkage

Final moisture content 𝑀𝐶fin 8 %

Shrinkage coefficients (𝛽𝑥 , 𝛽𝑦) (0.00015, 0.00035) –

Material & stiffness

Effective modulus 𝐸fin 6111 MPa

Connection stiffness (panel–core) 𝐾𝑃𝐶,fin 2313.2 N/mm

Connection stiffness (panel–beam) 𝐾𝑃𝐵,fin 1156.6 N/mm

Distributed line stiffness (panel-core) 𝑘𝑃𝐶,fin 23.13 N/mm
2

Effective width

Situations 1–3: 𝑏eff,1−3 100 (= 𝑠) mm

Situation 4A: 𝑏eff,4A 190 mm

Situation 4B: 𝑏eff,4B 655 mm

Screw capacities

Steel-to-timber shear capacity 𝐹𝑣,𝑅𝑑,𝑃𝐶 (mode e) 2645 N

Timber-to-timber shear capacity 𝐹𝑣,𝑅𝑑,𝑃𝐵 (mode f) 2819 N

6.2. Situation 2: Floor panel between two cores
This section presents the results for a CLT floor panel located between two concrete cores, corresponding

to Situation 2 defined in section 5.4. The results shown here concern shrinkage perpendicular to the

core, modelled using the spring-ends formulation with equal connection stiffness at both supports.

51
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Figure 6.1 shows the utilisation ratio

𝑈𝐶 =
𝐹𝑣,Ed

𝐹𝑣,Rd,PC

,

as a function of panel length 𝐿𝑝 and installation moisture content 𝑀𝐶inst, for the parameter set given in

Table 6.1. The red contour indicates the limit state𝑈𝐶 = 1. Combinations below this contour satisfy the

design requirement, whereas combinations above it lead to exceedance of the screw shear capacity.

Figure 6.1: Utilisation ratio for a floor panel between two cores (Situation 2) under shrinkage perpendicular to the core.

The contour plot shows that the utilisation ratio increases with both panel length and installation

moisture content. The red curve represents the design limit (UC = 1). Its downward slope indicates that

as panel length increases, the allowable installation moisture content decreases.

In practical terms, long panels require a low moisture content at installation to remain within design

limits. Conversely, if the installation moisture content is high, only shorter panel lengths remain feasible

without exceeding the utilisation limit.

6.3. Situation 3: Two floor panels between two cores
This section presents the results for two CLT floor panels located between two concrete cores and

meeting at a glulam beam, corresponding to Situation 3 defined in section 5.4. The results shown here

concern shrinkage perpendicular to the core. The system is modelled using the spring-ends formulation

with unequal support stiffnesses: a steel–timber connection at the core and a timber–timber connection

at the glulam beam.

Figure 6.2 shows the utilisation ratio

𝑈𝐶 =
𝐹𝑣,Ed

𝐹𝑣,Rd,PC

,

as a function of panel length 𝐿𝑝 and installation moisture content 𝑀𝐶inst, for the parameter set in

Table 6.1. The governing check is the panel–core connection for the considered parameter set.

The contour plot shows that utilisation increases with both panel length and installation moisture

content. The red curve indicates the design boundary (𝑈𝐶 = 1): its downward slope means that longer
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panels require a lower installation moisture content to remain within the design limit. Conversely, for

higher 𝑀𝐶inst, only shorter panel lengths remain feasible.

Compared to Situation 2, the presence of the glulam beam introduces a more compliant support at one

end. Because the timber–timber connection is less stiff than the panel–core connection (𝐾𝑃𝐵,fin < 𝐾𝑃𝐶,fin),

a larger share of the shrinkage deformation is accommodated by slip at the beam-side support. This

reduces the restraint force that develops for a given shrinkage strain (see Equation 5.16). As a result,

the𝑈𝐶 = 1 boundary shifts towards larger ranges of (𝐿𝑝 , 𝑀𝐶inst) compared to Situation 2, indicating

reduced demand in the governing panel–core connection.

Figure 6.2: Utilisation ratio for a floor panel between a steel angle and a glulam beam (Situation 3) under shrinkage perpendicular

to the core.

6.4. Situation 4: Floor panel with continuous restraint along the
core

This section presents the results for shrinkage parallel to the core in a configuration where the floor

panel remains continuously connected along the full length of the interface. In contrast to Situations 2

and 3, where the evaluated results concern restraint perpendicular to the core, the present case focuses

on restraint acting parallel to the core edge.

For this configuration, the governing behaviour is not characterised by a single support reaction, but by

a non-uniform distribution of restraint along the continuously connected edge. It is therefore more

informative to present the force distribution over the individual screws along the restrained interface

than to summarise the response by a single resultant force.

The results presented below correspond to a moisture change from 𝑀𝐶inst = 15% to 𝑀𝐶fin = 8%. For

Situation 4A, the shrinkage coefficient 𝛽𝑦 = 0.00035 is used, while for Situation 4B 𝛽𝑥 = 0.00015 is

applied. The effective widths adopted in the analytical model are obtained from the RFEM calibration

described in Appendix E.

For the case-study geometry, Situation 4A corresponds to a restrained width of 2 m, while Situation 4B

corresponds to a continuously restrained length of 8 m. Additional dimensions are shown to illustrate

the influence of restrained length on the force distribution.

The force distributions presented in this section follow from the linear elastic restrained-shrinkage
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model with distributed connection stiffness 𝑘𝑃𝐶,fin. The resulting variation in screw force therefore

reflects the non-uniform load transfer along the restrained edge. Nonlinear behaviour of the individual

screws is not included explicitly in the analytical model.

6.4.1. Situation 4A: Shrinkage along the short edge
Figure 6.3 shows the distribution of the shrinkage-induced force per screw along the connection for

Situation 4A. The horizontal axis represents the relative position 𝑥/𝐿, where 𝑥 is the distance measured

along the connection and 𝐿 is the total restrained length. Thus, 𝑥/𝐿 = 0 and 𝑥/𝐿 = 1 correspond to the

outermost screws, while 𝑥/𝐿 = 0.5 represents the midpoint.

A V-shaped force distribution is obtained: the screw force is zero at midspan and increases towards

the edges, reflecting the cumulative restraint effect of the distributed connection. The red dashed

line indicates the design shear resistance 𝐹𝑣,𝑅𝑑,𝑃𝐶 . Screws located above this line exceed their design

resistance, which indicates that the linear elastic representation is no longer expected to remain fully

valid at those locations.

Panel widths of 1 m, 2 m and 3 m are considered. The 2 m case corresponds to the case-study geometry.

With increasing restrained width, the maximum screw force increases and a larger number of outer

screws exceed 𝐹𝑣,𝑅𝑑,𝑃𝐶 , while the central screws remain only lightly loaded.

Figure 6.3: Screw force distribution for shrinkage along the short edge for different panel widths.

6.4.2. Situation 4B: Shrinkage along the long edge
Figure 6.4 presents the screw force distribution for shrinkage along the long edge of the panel. The same

V-shaped distribution is obtained, with zero force at midspan and maximum forces at the outermost

screws.

As in Situation 4A, the restraint force is therefore concentrated near the ends of the continuously

restrained interface, while the screws in the central region carry relatively little force. Direct comparison

of the absolute force levels between Situations 4A and 4B should be made with care, since the two cases

differ not only in restrained length and effective width, but also in the shrinkage coefficient used in the

analysis (𝛽𝑦 for Situation 4A and 𝛽𝑥 for Situation 4B).

The panel lengths shown in Figure 6.4 represent different structural layouts. The case 𝐿 = 8 m

corresponds to the case-study configuration, in which a single floor panel is continuously connected to
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the core along its full length. The additional cases 𝐿 = 4 m and 𝐿 = 3 m are shown to illustrate how

reducing the continuously restrained length decreases the shrinkage-induced screw forces.

Figure 6.4: Screw force distribution for shrinkage along the long edge for different panel lengths.

For increasing panel length, not only does the maximum force increase, but also the number of screws

exceeding the design resistance grows. In the most unfavourable case considered, a substantial part of

the outer screws exceeds 𝐹𝑣,𝑅𝑑,𝑃𝐶 , whereas the central screws remain below this level. Reducing the

continuous connection length along the core decreases the maximum shrinkage-induced screw force.

The increase in panel length not only raises the maximum screw force, but also the associated local

deformation demand. Using the adopted long-term connection stiffness, the slip in an individual screw

may be estimated as

𝑢𝑖 =
𝑅𝑖

𝐾 𝑓 𝑖𝑛
. (6.1)

For the case-study configuration with a continuously restrained length of 𝐿 = 8 m, the outermost screws

reach a slip of approximately 𝑢max ≈ 3.7 mm.

For comparison, the slip corresponding to the onset of yielding may be estimated as

𝑢𝑦 ≈
𝐹𝑣,𝑅𝑘

𝐾𝑆𝐿𝑆
≈ 0.95 mm. (6.2)

The calculated slip therefore clearly exceeds the initial elastic range of the connection, indicating that the

outer screws are expected to enter a non-linear response regime. This implies that the assumption of

purely linear-elastic connection behaviour is no longer appropriate for the most highly loaded screws.

This does not imply immediate connection failure. As discussed in subsection 5.2.2, screwed timber

connections can exhibit significant ductility and may accommodate additional imposed deformation

through plastic slip. Whether this deformation demand is still compatible with the ductile deformation

capacity of screwed connections is discussed further in Chapter 9, with reference to values reported in

the literature.
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6.5. Slip allowance
For shrinkage perpendicular to the core, slip allowance can be introduced without compromising the

intended diaphragm load transfer towards the core. This makes slotted holes a feasible mitigation

measure for the restraint considered in Situations 2 and 3.

For shrinkage parallel to the core, however, the same connection line is required to transfer in-plane

shear forces. In that direction, global slip allowance cannot be introduced without affecting the assumed

load path. As a result, slip allowance is not a viable measure to relieve restrained shrinkage parallel to

the core.

Figure 6.5: Schematic representation of slip allowance introduced by slotted holes.

Situation 2
For the restraint perpendicular to the core considered in Situation 2, slip allowance can be introduced at

both supports. This movement allowance permits part of the shrinkage deformation to occur before

axial restraint develops. Figure 6.6 shows the required slip allowance 𝑔 at both supports to ensure

𝑈𝐶 ≤ 1 for combinations of 𝐿𝑝 and 𝑀𝐶inst.

Figure 6.6: Required slip allowance at both supports to maintain𝑈𝐶 ≤ 1 for Situation 2.

For short panel lengths and low installation moisture contents, no additional slip allowance is required.

For increasing panel length and higher installation moisture content, however, the required slip
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allowance increases. This reflects the larger shrinkage deformation that must be accommodated before

critical restraint forces develop in the connection.

Situation 3
For the restraint perpendicular to the core considered in Situation 3, slip allowance is introduced at

the steel support only. No additional slip allowance is considered at the timber–timber connection.

Figure 6.7 shows the required slip allowance 𝑔 at the steel support to ensure that neither connection

exceeds its design resistance.

Figure 6.7: Required slip allowance at the steel support to maintain𝑈𝐶 ≤ 1 for Situation 3.

For short panel lengths and low installation moisture contents, no additional slip allowance is required.

With increasing 𝐿𝑝 and 𝑀𝐶inst, the required slip allowance increases.

6.6. Key observations
The following key observations are drawn from the parametric evaluation of shrinkage-induced restraint

forces in the screw connections:

• For the cases evaluated with shrinkage perpendicular to the core (Situations 2 and 3), the

utilisation increases with both panel length 𝐿𝑝 and installation moisture content 𝑀𝐶inst. The

𝑈𝐶 = 1 boundary illustrates a clear trade-off: longer panels require lower 𝑀𝐶inst to remain within

design limits, whereas higher 𝑀𝐶inst restricts the feasible panel length.

• Compared to Situation 2, Situation 3 develops lower restraint forces in the governing panel–core

connection. Because the panel–beam connection is less stiff than the panel–core connection

(𝐾𝑃𝐵,fin < 𝐾𝑃𝐶,fin), a larger share of the shrinkage deformation is accommodated at the beam-side

support, which shifts the𝑈𝐶 = 1 boundary to larger ranges of (𝐿𝑝 , 𝑀𝐶inst).
• For shrinkage perpendicular to the core, slip allowance is an effective mitigation measure. The

required slip allowance increases with increasing 𝐿𝑝 and 𝑀𝐶inst, because a larger free shrinkage

deformation must be accommodated before significant restraint forces develop.

• For the cases evaluated with shrinkage parallel to the core (Situation 4), the restraint forces are

distributed along the connection and show a V-shaped pattern: screw forces are lowest near

midspan and reach their maximum near the ends of the restrained length.

• Within both Situation 4A and Situation 4B, increasing the continuously restrained length increases

the peak screw force and the number of screws exceeding the design resistance. The additional

cases shown alongside the case-study geometries illustrate that reducing the restrained length is

an effective way to reduce shrinkage-induced force demand.
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• In Situation 4, part of the connection may exceed the elastic design resistance 𝐹𝑣,𝑅𝑑,𝑃𝐶 . This does

not imply an immediate loss of load transfer, but it does indicate increased slip and reduced

incremental stiffness in the affected fasteners. Plastic deformation is expected to initiate first in the

outer screws, while the central part of the connection remains elastic.

• For consistency, utilisation is evaluated against the elastic design resistance as a conservative

criterion. Post-yield redistribution and the associated stiffness degradation are not modelled in

this study.

These results show that the applicability of slip allowance depends on the direction of restrained

shrinkage relative to the diaphragm load path. For shrinkage perpendicular to the core, slip allowance

can be introduced without interfering with the required in-plane force transfer and therefore offers an

effective means of reducing restraint forces. For shrinkage parallel to the core, however, the connection

must continue to transfer diaphragm shear forces, so global slip allowance is not a viable solution. In

that direction, the most direct way to reduce shrinkage-induced connection forces is therefore to limit

the continuously restrained length along the core.
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7
CLT floor system in structural stability

This chapter provides the conceptual background for Part III of this thesis. Part III evaluates how

the stiffness of the CLT floor system influences the structural response of the case-study building. In

particular, the study focuses on the stiffness of panel–core and panel–panel connections, and investigates

how these choices affect global displacements and the force demand in the relevant interfaces. The

chapter also motivates why second-order effects are considered, and under which circumstances they

become important for the assessment.

The chapter is structured as follows: first the core–frame load path is introduced, followed by the

diaphragm deformation mechanisms that govern the in-plane displacement response. The resulting

effective diaphragm restraint is then linked to global stability mechanisms and second-order (P–Δ)

effects. Finally, the implications for column stability are formulated using the lateral buckling format of

Eurocode 5 (FprEN 1995-1-1:2025).

7.1. Core–frame lateral load path
The structural system considered in this thesis consists of a reinforced concrete core surrounded by a

timber post-and-beam frame. At each storey, the CLT floor panels act as horizontal diaphragms and are

connected to the stiff core, supporting the frame.

Under lateral actions (e.g. wind), the core provides the lateral resistance and behaves as a vertical

cantilever fixed at foundation level (Figure 7.1). Façade loads are collected by the perimeter frame,

transferred to the floor level, and transmitted to the core through in-plane diaphragm action. The core

then resists these forces through storey shear forces and overturning moments.

Figure 7.1: Cantilevering concrete core in a core–frame system under lateral actions.
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In the case-study building, the floor plan is asymmetric. As a result, lateral loads do not only induce an

in-plane translation of the floor diaphragm, but can also create torsion of the floor field around the core.

The diaphragm therefore needs to transfer a combination of in-plane shear and torsion into the core

through the floor–core interface. This makes the effectiveness of the panel–core coupling particularly

important: insufficient diaphragm stiffness can lead to increased deformations.

Figure 7.2: Schematic diaphragm action under wind.

The effectiveness of load transfer to the core depends on the in-plane stiffness of the floor diaphragm

and its connections. A more flexible diaphragm requires larger in-plane deformations to transfer the

same horizontal loads, which increases displacements and can change the lateral load path and internal

force distribution. The following section introduces the deformation mechanisms that contribute to

in-plane diaphragm displacements.

7.2. Diaphragm stiffness and deformation components
To quantify the influence of connection stiffness, the in-plane response is described in terms of in-plane

floor displacements 𝑢. This displacement governs both the global lateral drift of the building and

the forces in the connections, as larger in-plane deformations are required to transfer the same lateral

actions.

To obtain expressions for the displacement components, the case-study floor plan is simplified as a local

cantilevering segment connected to the core along one edge (Figure 7.3). For this simplified segment,

expressions can be derived for a monolithic diaphragm assumption. These expressions are used to

identify which mechanisms dominate the in-plane deformation and to support interpretation of the

numerical results for the full case study. In the full plan, panels may continue past the core boundary

and interlock with adjacent panels.
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Figure 7.3: Cantilevering segment used for analytical displacement estimates.

7.2.1. Deformation components
For the cantilever segment, the total in-plane displacement is decomposed into connection sliding,

connection rocking, panel bending and panel shear (Figure 7.4),

𝑢tot = 𝑢𝐴 + 𝑢𝑅 + 𝑢𝐵 + 𝑢𝑆 . (7.1)

Assuming a uniformly distributed in-plane line load 𝑞 acting over a segment length 𝐿𝑝 (with resultant

shear 𝐹 = 𝑞𝐿𝑝), the individual displacement components are

𝑢𝐴 =
𝐹

𝐾𝐴
=

𝑞𝐿𝑝

𝐾𝐴
, (7.2)

𝑢𝑅 = 𝜃𝐿𝑝 =
𝑀

𝐾𝑅
𝐿𝑝 =

𝑞𝐿3

𝑝

2𝐾𝑅
, (7.3)

𝑢𝐵 =
𝑞𝐿4

𝑝

8𝐸𝐼
, (7.4)

𝑢𝑆 =
𝑞𝐿2

𝑝

2𝐺𝑥𝑦,mean 𝐴𝑠
. (7.5)

Here, 𝑢𝐴, 𝑢𝑅, 𝑢𝐵 and 𝑢𝑆 represent the sliding, rocking, bending and shear displacement components,

respectively. 𝐸𝐼 denotes the bending stiffness of the diaphragm segment, 𝐺𝑥𝑦,mean the in-plane shear

modulus of the CLT, and 𝐴𝑠 the effective shear area.

For the monolithic idealisation, the rocking component can be related to the floor–core interface

behaviour by modelling the interface as a continuous line of translational springs with stiffness 𝑘𝑃𝐶
[N/mm

2
] distributed over the interface width 𝐿core. Assuming symmetric rocking about the mid-width,

the equivalent rotational stiffness becomes

𝐾𝑅 = 𝑘𝑃𝐶
𝐿3

core

12

. (7.6)

The analytical expressions above are evaluated for a monolithic diaphragm assumption in Appendix G.

That evaluation shows that rocking contributes a major share of the total in-plane displacement. This

indicates that the deformation of the cantilevering floor segment is governed primarily by rotation at

the floor–core interface, while bending and in-plane shear of the panel are of secondary importance.
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Figure 7.4: Deformation components of the cantilevering segment for a monolithic floor: sliding, rocking, bending and shear.

Monolithic versus segmented diaphragm behaviour
A monolithic floor idealisation assumes full in-plane compatibility between adjacent panels, such that

the diaphragm response is governed mainly by the elastic deformation of the floor and by deformation

at the floor–core interface. In contrast, a segmented floor introduces additional compliance through

the panel–panel joints, allowing relative slip and rotation between adjacent panels. As a result,

connection-related deformation becomes more important and the in-plane stiffness of the diaphragm

decreases.

This distinction is consistent with recent numerical studies on CLT diaphragms under in-plane loading.

Fakhrzarei et al. showed that diaphragm deformation is strongly influenced by connection behaviour

and panel layout, and that changes in panel installation pattern affect both stiffness and force distribution

when the load is applied perpendicular to the panel length [28]. Other numerical studies likewise show

that subdividing a monolithic CLT floor into smaller panels connected by panel–panel joints reduces

the in-plane stiffness and increases diaphragm deformation due to slip in the connections [29].

Rocking: effect of segmentation
A segmented diaphragm introduces an additional deformation mode that is absent in a monolithic floor:

relative rotation between adjacent panels. In the numerical model, this effect can be studied by varying the

rotational stiffness of the panel–panel line hinges, 𝐾𝑃𝑃 , see Appendix G. For 𝐾𝑃𝑃 → ∞ the floor behaves

monolithically and the deformation is dominated by one global rocking mode of the floor field. For

finite 𝐾𝑃𝑃 , adjacent panels are able to rotate relative to each other, which reduces the effective coupling

across the diaphragm and increases the overall rocking contribution to the in-plane displacement.

Segmentation therefore changes not only the magnitude of the displacement, but also the deformation

pattern. Instead of one global rocking mode, multiple local rotations may develop, depending on the

level of panel–panel rotational stiffness. This reduces the effective lever arm over which the diaphragm

can mobilise a restoring couple against rotation at the core.

Segmentation also changes how forces are transmitted through the diaphragm. When panel coupling is
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reduced, a larger part of the load transfer must be carried locally by the panel–panel connections rather

than being shared over a wider floor field. As a result, force concentrations in the line hinges increase as

𝐾𝑃𝑃 decreases. The associated deformation patterns and force concentrations are illustrated with RFEM

results in Appendix G.

Rocking restraint: effect of grout at the floor–core interface
The rocking idealisations described above assume sufficient clearance for the panel to rotate relative

to the concrete core, while the restoring action at the interface is governed primarily by fastener

deformation. This is representative for the ungrouted connection detail (Type 1a), see section 5.1. In that

case, rocking of the diaphragm is resisted mainly by deformation of the screws and by the associated

force couple in the mechanical connection.

When the gap between the panel and the concrete core is filled with grout (Type 1b), the interface

behaviour changes. Rotation of the floor relative to the core activates compression contact at the

interface, causing the panel edge to bear against the grout. A compression zone then forms along the

core boundary. This contact provides an additional and comparatively stiff restoring couple against

rotation, such that part of the rocking demand is transferred by direct compression rather than by

fastener deformation alone.

Grout therefore does not primarily change the global load path from diaphragm to core, but increases

the rotational restraint at the floor–core interface. Its main effect is to reduce rocking deformation of the

floor diaphragm and thereby to increase the effective diaphragm stiffness. RFEM results illustrating this

mechanism are provided in Appendix G.

7.3. Diaphragm restraint and stability behaviour
Besides transferring lateral loads to the core, the floor system provides lateral restraint to the columns.

The stability behaviour of the building therefore depends on how strongly the floor diaphragm restrains

storey translation. Numerical verification of the analytical models are given in Appendix F.

7.3.1. Column–spring model
Consider a pin-ended column of height 𝐿 that is laterally restrained at the storey level by the floor

diaphragm. The diaphragm restraint is idealised as a translational spring with stiffness 𝑘floor acting at

the column top. This simplified model captures how diaphragm stiffness influences column stability.

Two limiting buckling modes can be distinguished. If the diaphragm is infinitely stiff (𝑘floor → ∞),

storey translation is suppressed and the column exhibits classical member buckling between its end

restraints. For a pin-ended column, the corresponding Euler critical load is

𝑃cr,ns =
𝜋2𝐸𝐼

𝐿2

, (7.7)

where 𝐸𝐼 is the column bending stiffness about the relevant axis.

If the diaphragm has finite stiffness, storey translation is possible and the column–floor interaction may

instead be governed by a global sway buckling mode. For the column–spring model, the corresponding

critical load reads

𝑃cr,sw = 𝑘floor 𝐿, (7.8)

with derivation provided in Appendix F. Equations (7.7) and (7.8) therefore bound the stability

behaviour: for high 𝑘floor member buckling governs, whereas for low 𝑘floor sway buckling governs and

𝑃cr scales linearly with the available storey restraint.
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Figure 7.5: Column restrained by the floor diaphragm: (left) equivalent storey spring 𝑘
floor

, (middle) member (Euler) buckling for

𝑘
floor

→ ∞, (right) sway buckling for finite 𝑘
floor

.

The required storey restraint stiffness for member (Euler) buckling to govern follows from 𝑃cr,ns = 𝑃cr,sw,

and reads

𝑘req =
𝜋2𝐸𝐼

𝐿3

. (7.9)

For 𝑘floor ≳ 𝑘req member buckling governs, whereas for 𝑘floor < 𝑘req the stability margin is controlled by

sway buckling.

Figure 7.6: Critical load versus storey restraint stiffness for the column–spring model.

As illustrated in Figure 7.6, the column response transitions from sway-controlled to Euler-type buckling

when the available diaphragm stiffness exceeds 𝑘req. For lower stiffness values, the stability capacity is

directly governed by the diaphragm stiffness, with 𝑃cr scaling linearly with 𝑘floor.

This behaviour can be interpreted in terms of a cantilever: the floor spans from the core outwards, and

its deformation increases with distance from the core (Figure 7.4). As a result, columns located further

away from the core experience a lower effective lateral restraint, making the in-plane stiffness of the

diaphragm a governing parameter for their stability.
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7.3.2. Eigenvalue stability analysis in RFEM
The column–spring model provides a simplified interpretation of how diaphragm stiffness can influence

column stability. In the real building, however, the storey restraint is not provided by a single spring

acting on an individual column or column row. Instead, the lateral restraint emerges from the combined

response of the entire structural system, including the diaphragm, the panel connections, the concrete

core, and the interaction between multiple column lines.

In RFEM, stability is assessed using a global eigenvalue (linear buckling) analysis. First, the structural

response under the applied load combination is calculated, which determines the axial force distribution

in the columns. Based on this pre-stressed state, the software then evaluates which deformation pattern

would cause the structure to lose stability if the loads were increased.

This is formulated as an eigenvalue problem of the form [30]

[K𝐿 + 𝜆cr K𝐺]𝝓 = 0, (7.10)

where K𝐿 is the linear elastic stiffness matrix of the structure (core, diaphragm and connections), K𝐺 is

the geometric stiffness matrix generated by the axial force state, 𝜆cr is the critical load factor, and 𝝓 is

the corresponding buckling mode shape.

The mode shape 𝝓 can be interpreted as the deformation pattern that requires the least additional load

to trigger instability. The critical load factor 𝜆cr indicates by which factor the applied load combination

would have to be multiplied to reach the elastic buckling limit.

Although the simplified column–spring model cannot reproduce the exact critical load of the full system,

it helps to interpret trends in the RFEM results. In particular, reducing diaphragm stiffness lowers the

effective global lateral restraint (i.e. reduces K𝐿), which promotes global sway-buckling modes and

reduces the critical load factor. This implies lower member critical forces and therefore a larger effective

buckling length 𝐿eff. Moreover, the first mode often localises in the lower storeys because the geometric

stiffness contribution K𝐺 is governed by the axial force level, which is highest near the base of the

building.

7.4. Second-order effects
Second-order effects arise when structural deformations influence the internal force equilibrium. These

effects become important when axial forces interact with lateral displacements, which may lead to

amplification of both displacements and internal forces.

7.4.1. Classification
Eurocode 3 [31] and Eurocode 5 [25] provide criteria to assess whether second-order effects must be

considered in the structural analysis. A common indicator is the critical load factor 𝜆cr, obtained from

eigenvalue stability analysis. This factor represents the multiplier that would cause the structure to

reach its elastic buckling limit.

If the critical load factor is sufficiently large, the structure is considered stable against global buckling

and second-order effects may be neglected. However, when the stability margin becomes smaller,

geometric non-linear effects must be taken into account.

In practice, structures are classified according to the value of 𝜆cr. When

𝜆cr < 10 (7.11)

the structure is generally considered sway-sensitive, and second-order effects should be included in the

analysis.

7.4.2. First- and second-order analysis
In a first-order (linear) analysis, equilibrium is evaluated with respect to the initial (undeformed)

geometry of the structure. A lateral load produces a corresponding lateral displacement, and the

internal forces are determined from this displacement assuming that the geometry of the structure

does not change during the analysis. In other words, the effect of the deformation on the equilibrium

equations is neglected.
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In a second-order (geometrically non-linear) analysis, equilibrium is evaluated on the deformed

configuration of the structure. A lateral load first produces a lateral displacement, which causes

the columns to become inclined. Because the members carry axial forces, this inclination introduces

additional horizontal force components that further increase the lateral displacement. This interaction

between axial forces and lateral displacements is commonly referred to as the P–Δ effect, it is illustrated

in Figure 7.7.

Figure 7.7: Second-order (P–Δ) effect for a pin-ended column restrained by an equivalent diaphragm stiffness 𝑘
floor

.

The mechanism illustrated in Figure 7.7 uses a pin-ended column of height 𝐿 carrying an axial force 𝑃
and subjected to a lateral load 𝐹 at floor level. The floor diaphragm is represented by an equivalent

translational spring of stiffness 𝑘floor.

For a lateral displacement Δ, the diaphragm provides the restoring reaction

𝑅𝐻 = 𝑘floor Δ. (7.12)

For small rotations 𝜃 ≈ Δ/𝐿, the axial force introduces an additional horizontal component

𝑃ℎ ≈ 𝑃
Δ

𝐿
. (7.13)

Horizontal equilibrium gives

𝑘floor Δ = 𝐹 + 𝑃
Δ

𝐿
, (7.14)

and the amplified displacement follows as

Δ =
𝐹

𝑘floor − 𝑃/𝐿
. (7.15)

Equation (7.15) shows that second-order amplification increases as 𝑃/𝐿 approaches 𝑘floor. In the

limit, 𝑃 → 𝑃cr,sway = 𝑘floor𝐿, the denominator approaches zero and the displacement tends to infinity,

indicating loss of stability.

The equilibrium expressed by Eq. (7.14) can be solved iteratively by updating the displacement and

the corresponding horizontal force components. For load levels below the critical value 𝑃cr,sway, the

iterations converge to a finite displacement. At the critical load, however, the iterations no longer

converge, which reflects the onset of instability. This behaviour is illustrated in Figure 7.8.
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Figure 7.8: Iterative solution of the P–Δ equilibrium equation for a column restrained by a diaphragm spring.



8
Results

This chapter presents the results of Part III, which evaluates how the in-plane stiffness of the CLT floor

system influences the structural response of the case-study building.

A set of RFEM model variants is analysed in which the stiffness of the panel–core and panel–panel

connections is varied, and grout at the panel–core interface is either included or excluded. The results are

evaluated in terms of global stability, displacement response, connection forces, and column verification.

For each variant, both first-order and second-order results are reported in order to show the influence of

geometric non-linearity on the structural response. The chapter first defines the verification procedure

and load combinations, then introduces the investigated model variants, and finally presents the results

for the considered verification categories.

8.1. Verification
To define a consistent verification procedure, the analysis philosophy of Eurocode 3 [31], formulated for

steel frames, is adopted to distinguish between global sway instability and member buckling. In EC3,

this distinction is made through the elastic critical load factors for global sway buckling and non-sway

member buckling. These critical load factors indicate how sway-sensitive the structure is and, therefore,

how sensitive it is to second-order effects. They are used to determine the required analysis order and

the imposed imperfections.

The same distinction is used here to select the appropriate analysis route for the case-study building,

while the member verification itself is based on Eurocode 5. According to EC5, second-order effects may

either be accounted for implicitly by reduction factors or explicitly by including geometrical non-linearity

and imperfections in the analysis. In the present RFEM models, the explicit route is adopted for the

global system response. The response is therefore evaluated by means of first- and second-order analysis,

with imposed sway and bow imperfections of 𝜙 = 1/200 and 𝑒 = 1/1000, respectively.

A distinction is made between cases governed by member buckling and cases governed by global sway

buckling. When the governing instability mode corresponds to member buckling, the column is verified

as an individual compression member. In that case, the first-order axial force is used together with the

EC5 buckling format, including the buckling reduction factor 𝑘𝑐 and an effective buckling length equal

to the storey height. Since the columns are pinned and do not transfer end moments, this verification is

based on axial compression only.

When the governing instability mode corresponds to global sway buckling, the instability is not governed

by Euler buckling of an individual column, but by the sway deformation of the structural system. In

those cases, the columns remain approximately straight and participate in the global frame deformation.

Therefore, no separate buckling reduction factor 𝑘𝑐 or effective buckling length is introduced for the

column verification. Instead, the column check is based directly on the design internal forces obtained

from the selected global analysis, since the stability effects are already represented through the analysis

order and the imposed imperfections.

69
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The verification procedure is summarised in Figure 8.1. It starts with an eigenvalue stability analysis

under vertical loading only, from which the first buckling mode and the corresponding critical load

factor are obtained. Depending on whether the governing mode is identified as global sway buckling or

member buckling, the system is classified as sway-sensitive or non-sway. This classification is then used

to select the appropriate analysis order and imposed imperfections.

Figure 8.1: Verification procedure showing which analysis type, imperfections, and checks follow from the critical load factor and

governing instability mode.

For sway-sensitive variants, the critical load factor determines whether first-order analysis with sway

imperfections is sufficient or whether second-order (geometrically non-linear) analysis is required, with

sway imperfections only or with both sway and bow imperfections. Based on this classification, the
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corresponding analysis type and imperfections are applied in the RFEM model, after which a global

static analysis is carried out from which the design response quantities are obtained.

The resulting response is evaluated in three verification categories. Serviceability is assessed through the

overall top displacement and the inter-storey drift. At ultimate limit state, the diaphragm connections

are verified for the governing connection forces. The column verification is also carried out at ultimate

limit state, but depends on the governing instability mode. For member buckling cases, the column

is verified as an individual compression member using the first-order axial force 𝑁1,𝐸𝑑, the buckling

reduction factor 𝑘𝑐 , and an effective buckling length equal to the storey height. For sway-governed cases,

the column is verified directly from the internal forces obtained from the global analysis: using 𝑁1,𝐸𝑑

for first-order analysis with sway imperfection, 𝑁2,𝐸𝑑 for second-order analysis with sway imperfection,

and 𝑁2,𝐸𝑑 together with 𝑀2,𝐸𝑑 when both sway and bow imperfections are included.

Table 8.1: Overview of the verification checks adopted for the RFEM variants.

Check Load combination Verification
Global stability 𝐿𝐶1 + 𝐿𝐶2 + 𝐿𝐶3 𝜆cr ≥ 1

Displacements 𝐿𝐶1 + 𝐿𝐶2 + 𝐿𝐶5 + 0.40 𝐿𝐶3 Overall top displacement: 𝑢top ≤ 𝐻/500

Inter-storey displacement: 𝑢𝑖 ≤ ℎ𝑖/300

Connection resis-

tance

1.20 𝐿𝐶1 + 1.20 𝐿𝐶2 + 1.50 𝐿𝐶5 +
0.60 𝐿𝐶3

Panel–panel fasteners:

𝐹𝐸𝑑
𝐹𝑅𝑑,𝑃𝑃

≤ 1

Panel–core fasteners:

𝐹𝐸𝑑
𝐹𝑅𝑑,𝑃𝐶

≤ 1

Timber bearing:

𝜎𝑐,𝑡 ,𝐸𝑑
𝑓𝑐,𝑡 ,𝑑

≤ 1

Column buckling

resistance

1.20 𝐿𝐶1 + 1.20 𝐿𝐶2 + 1.50 𝐿𝐶5 +
0.60 𝐿𝐶3

Member buckling cases:

𝑁𝐸𝑑

𝑘𝑐 𝐴 𝑓𝑐,0,𝑑
≤ 1

Sway-governed cases without bow im-

perfection:

𝑁𝐸𝑑

𝐴 𝑓𝑐,0,𝑑
≤ 1

Sway-governed cases with bow imper-

fection:

𝑁𝐸𝑑

𝐴 𝑓𝑐,0,𝑑
+ 𝑀𝑧,𝐸𝑑

𝑊𝑧 𝑓𝑚,𝑧,𝑑
≤ 1

Note: LC = load case; LC1 = self-weight, LC2 = additional permanent load, LC3 = imposed load, and LC5 = wind load in

global 𝑌-direction. The governing SLS and ULS load combinations are based on the combination rules of EN 1990 [32].

8.2. Model variants
Material properties and member dimensions are taken from the case study description in Chapter 2.

The investigated variants differ only in the assumed in-plane stiffness of the floor connections that

couple the timber frame to the concrete core and connect adjacent CLT panels.

8.2.1. Connection stiffness input
Table 8.2 lists the connection stiffness values adopted in the RFEM model. For the panel–core connections,

two stiffness values are defined: 𝑘SLS and 𝑘fin. The value 𝑘SLS represents the connection stiffness before

shrinkage and relaxation have taken place, whereas 𝑘fin represents a reduced stiffness after these
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processes.

In the present case-study models, the panel–core connections are assigned the stiffness 𝑘fin. This was

done to represent a reduced connection stiffness after shrinkage has taken place. Due to shrinkage, the

fasteners may already have undergone some slip before lateral loading occurs. As a result, the stiffness

available for subsequent diaphragm action may be lower than the initial stiffness.

In the present modelling approach, this reduction is approximated using the long-term effective stiffness

based on 𝑘def. This should be regarded as a practical modelling assumption rather than as a directly

validated representation of the connection behaviour under short-term lateral loading after prior

shrinkage. Strictly speaking, for short-duration lateral actions such as wind, 𝑘SLS would be the more

appropriate stiffness parameter. However, it is currently uncertain to what extent prior shrinkage

reduces the effective connection stiffness in such a loading situation, and further research would be

required to establish a more realistic stiffness model for this post-shrinkage condition. The implications

of this assumption for the interpretation of the results are discussed further in Chapter 9.

The reduction to 𝑘fin is not applied to timber–timber interfaces, because these joints are not subjected to

shrinkage-induced restraint forces and therefore no comparable relaxation effect is considered.

Table 8.2: Connection stiffness input used in the RFEM model.

Connection Type Grout Spacing 𝑠 [m] 𝑘SLS [kN/m
2
] 𝑘fin [kN/m

2
]

PC0 Panel–core Yes – fixed fixed

PC1a Panel–core No 0.1 60142 23132

PC1b Panel–core Yes 0.1 60142 23132

PC2a Panel–core No 0.2 30071 11566

PC2b Panel–core Yes 0.2 30071 11566

PC3a Panel–core No 0.3 20047 7711

PC3b Panel–core Yes 0.3 20047 7711

PP0 Panel–panel n/a – fixed n/a

PP1 Panel–panel n/a 0.1 30071 n/a

PP2 Panel–panel n/a 0.2 15036 n/a

PP3 Panel–panel n/a 0.3 10024 n/a

PP4 Panel–panel n/a 0.4 7518 n/a

PB0 Panel–beam n/a - fixed n/a

PB1 Panel–beam n/a 0.1 30071 n/a

Figure 8.2: Connection layout for panel–core (PCa), panel–core + grout (PCb) and panel–panel (PP) connection types.
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8.2.2. Variant matrix
Table 8.3 summarises the analysed RFEM cases. Case C0 is a reference case with fixed connections. All

other cases represent segmented floor with connections with finite stiffness and combine a selected

panel–core connection type (PC1–PC3, with or without grout) with a panel–panel connection type

(PP1–PP4). The qualitative labels stiff, medium, weak and very weak describe the relative stiffness levels

within the investigated set.

Table 8.3: Analysed RFEM cases and connection combinations.

Variant Panel–core (PC) Panel–panel (PP) Description

C0 PC0 PP0 fixed connections

C1a1 PC1a PP1 stiff PC + stiff PP

C1b1 PC1b PP1 stiff PC + grout + stiff PP

C1a2 PC1a PP2 stiff PC + medium PP

C1b2 PC1b PP2 stiff PC + grout + medium PP

C1a3 PC1a PP3 stiff PC + weak PP

C1b3 PC1b PP3 stiff PC + grout + weak PP

C1a4 PC1a PP4 stiff PC + very weak PP

C1b4 PC1b PP4 stiff PC + grout + very weak PP

C2a1 PC2a PP1 medium PC + stiff PP

C2b1 PC2b PP1 medium PC + grout + stiff PP

C2a2 PC2a PP2 medium PC + medium PP

C2b2 PC2b PP2 medium PC + grout + medium PP

C2a3 PC2a PP3 medium PC + weak PP

C2b3 PC2b PP3 medium PC + grout + weak PP

C2a4 PC2a PP4 medium PC + very weak PP

C2b4 PC2b PP4 medium PC + grout + very weak PP

C3a1 PC3a PP1 weak PC + stiff PP

C3b1 PC3b PP1 weak PC + grout + stiff PP

C3a2 PC3a PP2 weak PC + medium PP

C3b2 PC3b PP2 weak PC + grout + medium PP

C3a3 PC3a PP3 weak PC + weak PP

C3b3 PC3b PP3 weak PC + grout + weak PP

C3a4 PC3a PP4 weak PC + very weak PP

C3b4 PC3b PP4 weak PC + grout + very weak PP

8.3. Results: global stability
This section presents the global stability results of the investigated variants. In line with the verification

procedure defined in Section 8.1, a distinction is made between critical load factors associated with

member buckling, denoted 𝜆cr,ns, and those associated with global sway buckling, denoted 𝜆cr,sw. The

objective is to identify how the floor diaphragm stiffness influences the governing instability mechanism,

the sway sensitivity of the system, and the resulting choice of analysis order and imposed imperfections.

A clear distinction is observed between the reference case C0 with fixed connections and the variants

with finite diaphragm stiffness. Only C0 shows a first mode governed by member buckling, as illustrated

in Figure 8.3. Its reported critical load factor is therefore 𝜆cr,ns = 5.959. In contrast, all other variants

exhibit a global sway first buckling mode, similar to that shown for C1a1 in Figure 8.4. For these

variants, the reported critical load factors are therefore interpreted as 𝜆cr,sw. This indicates that reducing

diaphragm stiffness shifts the governing instability mechanism from member buckling towards global

sway buckling.
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Figure 8.3: Variant C0: first buckling mode shape, 𝜆cr,ns = 5.959.

Figure 8.4: variant C1a1: first buckling mode shape, 𝜆cr,sw = 1.607.

The critical load factor must therefore be interpreted together with the corresponding mode shape. For

the variants with a global sway first mode, a low 𝜆cr,sw indicates a reduced global stability margin and a

strong sensitivity to second-order effects. For C0, by contrast, the first mode is governed by member

buckling rather than by storey sway, and its value of 𝜆cr,ns = 5.959 therefore reflects member instability

rather than global sway sensitivity.

The most flexible configurations show the lowest global stability reserve. Variants C2a2, C2a3, C2a4,

C3a1, C3a2, C3a3 and C3a4 have 𝜆cr,sw < 1, indicating that the applied load level exceeds the elastic

stability limit for the governing sway mode.

A consistent trend is observed between corresponding non-grouted (𝑎) and grouted (𝑏) variants. For

the same connection stiffnesses, the 𝑏-variants systematically show higher critical load factors than the

corresponding 𝑎-variants, indicating that grout increases the effective diaphragm stiffness and improves

the global stability margin. For example, 𝜆cr,sw increases from 1.607 for C1a1 to 3.049 for C1b1, from
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1.339 for C1a2 to 2.366 for C1b2, and from 0.869 for C3a1 to 2.591 for C3b1. In the investigated set, all

𝑏-variants have 𝜆cr,sw > 1, whereas several 𝑎-variants fall below the elastic stability limit.

The eigenvalue results therefore show that reduced diaphragm stiffness leads not only to lower critical

load factors, but also to a change in the governing instability mechanism from member buckling to

global sway buckling. This distinction directly affects the required analysis route. For all variants

with a global sway first mode, second-order analysis is required in combination with sway and bow

imperfections, in accordance with the adopted verification procedure.

Table 8.4: Critical load factors and governing first buckling mode for all investigated variants.

Variant First mode Critical load factor [-]

C0 Member buckling 𝜆cr,ns 5.959

C1a1 Global sway 𝜆cr,sw 1.607

C1b1 Global sway 𝜆cr,sw 3.049

C1a2 Global sway 𝜆cr,sw 1.339

C1b2 Global sway 𝜆cr,sw 2.366

C1a3 Global sway 𝜆cr,sw 1.174

C1b3 Global sway 𝜆cr,sw 1.985

C1a4 Global sway 𝜆cr,sw 1.059

C1b4 Global sway 𝜆cr,sw 1.761

C2a1 Global sway 𝜆cr,sw 1.106

C2b1 Global sway 𝜆cr,sw 2.743

C2a2 Global sway 𝜆cr,sw 0.965

C2b2 Global sway 𝜆cr,sw 2.153

C2a3 Global sway 𝜆cr,sw 0.870

C2b3 Global sway 𝜆cr,sw 1.833

C2a4 Global sway 𝜆cr,sw 0.800

C2b4 Global sway 𝜆cr,sw 1.622

C3a1 Global sway 𝜆cr,sw 0.869

C3b1 Global sway 𝜆cr,sw 2.591

C3a2 Global sway 𝜆cr,sw 0.776

C3b2 Global sway 𝜆cr,sw 2.045

C3a3 Global sway 𝜆cr,sw 0.712

C3b3 Global sway 𝜆cr,sw 1.747

C3a4 Global sway 𝜆cr,sw 0.662

C3b4 Global sway 𝜆cr,sw 1.551

8.4. Results: total drift and inter-storey drift
Following the global stability assessment in Section 8.1, this section evaluates the serviceability response

of the building under lateral loading. Whereas the eigenvalue analysis identified the sway sensitivity of

the variants, the present section examines how this sensitivity translates into actual deformations under

the governing SLS load combination.

The influence of diaphragm stiffness is quantified through the overall top displacement 𝑢top and the

maximum inter-storey drift 𝑢𝑖 ,max. Results are reported for both first- and second-order analyses. The

results are assessed against a total displacement limit of 𝐻/500 and an inter-storey drift limit of ℎ𝑖/300.

With a building height 𝐻 = 11 × 3200 = 35,200 mm, this gives 𝑢top,lim = 70.4 mm. With a storey height

ℎ𝑖 = 3200 mm, the drift limit becomes 𝑢𝑖 ,max,lim = 10.7 mm.

Table 8.5 reports 𝑢top and 𝑢𝑖 ,max for all variants. Cases for which no second-order result was available

are indicated by a dash. These correspond to variants for which the second-order analysis did not

converge, consistent with the instability sensitivity identified in the global stability assessment.
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Table 8.5: SLS checks per RFEM case for 1st- and 2nd-order analysis.

Variant 𝑢top,1 [mm] 𝑢𝑖 ,max,1 [mm] 𝑢top,2 [mm] 𝑢𝑖 ,max,2 [mm]

C0 6.8 0.7 6.9 0.7

C1a1 8.0 1.9 8.1 2.3

C1b1 7.5 1.5 7.6 1.6

C1a2 8.4 2.4 8.5 3.0

C1b2 7.9 1.8 8.0 2.1

C1a3 8.9 2.6 9.0 3.6

C1b3 8.3 2.1 8.4 2.4

C1a4 9.3 3.1 9.2 4.8

C1b4 8.5 2.4 8.5 3.0

C2a1 8.7 2.7 8.8 3.9

C2b1 7.9 1.8 7.9 2.0

C2a2 9.1 3.1 9.2 5.5

C2b2 8.2 2.1 8.3 2.6

C2a3 9.7 3.5 9.5 10.3

C2b3 8.5 2.5 8.6 3.1

C2a4 9.8 3.9 – –

C2b4 8.8 2.7 8.8 3.7

C3a1 9.3 3.3 9.3 9.7

C3b1 8.0 1.9 8.1 2.3

C3a2 9.7 3.8 – –

C3b2 8.4 2.3 8.5 2.9

C3a3 10.0 4.2 – –

C3b3 8.7 2.6 8.8 3.6

C3a4 10.4 4.4 – –

C3b4 9.0 3.0 9.0 4.3

Across all converged variants, both the overall top displacement and the inter-storey drift remain within

the specified limits. The top displacement is consistently small compared to the limit of 𝐻/500 and is

therefore not governing. The inter-storey drift is more sensitive to the diaphragm stiffness and to the

inclusion of second-order effects.

The influence of second-order effects is most pronounced in the weaker diaphragm configurations. In

these cases, a clear amplification of 𝑢𝑖 ,max is observed in second-order analysis. The maximum drift

occurs in the lowest storey, where the axial force level is highest and geometric non-linearity has the

largest influence.

Although all converged variants satisfy the drift limit of ℎ𝑖/300, two variants (C2a3 and C3a1) approach

this limit in second-order analysis, with 𝑢𝑖 ,max = 10.3 mm and 9.7 mm, respectively. This indicates that

these configurations are close to the serviceability boundary and are sensitive to further reductions in

diaphragm stiffness.

Several of the weakest variants (C2a4, C3a2, C3a3, and C3a4) do not converge in the second-order

analysis. This behaviour is consistent with the global stability assessment and indicates that these

configurations are governed by instability before reaching the SLS drift limit.

Comparing corresponding non-grouted (𝑎) and grouted (𝑏) variants shows a consistent reduction in

both 𝑢top and 𝑢𝑖 ,max when grout is present, indicating a stiffer floor–core coupling. Overall, the results

show that diaphragm stiffness primarily influences the serviceability response through inter-storey drift

and second-order amplification effects, rather than through absolute displacement levels.

Figure 8.5 shows the first-order deformed shape for case C2a3, which results in a relatively smooth drift

profile over the building height.
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Figure 8.5: First-order lateral displacements in global 𝑌 for case C2a3 under the governing SLS combination.

Figure 8.6 shows the corresponding second-order deformed shape. In second-order analysis, the

deformation becomes more concentrated in the lower storeys, leading to a clear amplification of the

inter-storey drift. This is consistent with the sway sensitivity identified in the eigenvalue analysis

and illustrates that reduced diaphragm restraint increases the sensitivity of the building response to

second-order effects.

Figure 8.6: Second-order lateral displacements in global 𝑌 for case C2a3 under the governing SLS combination.



8.5. Results: connection resistance 78

8.5. Results: connection resistance
Following the global stability and serviceability assessment, this section examines how diaphragm

stiffness and second-order effects influence the ULS force demand in the diaphragm connections. The

extracted quantities are the governing panel–core normal resultant per unit length, 𝑛PC,max, acting along

the panel–core interface, and the resultant perpendicular to this interface, 𝑣𝑦,PC,max. For the panel–panel

interface, the governing normal resultant per unit length is reported as 𝑛PP,max. These line resultants

are used as input for the fastener-level checks presented in Appendix H.

Figures 8.7 and 8.8 illustrate the extracted quantities. The quantity 𝑣𝑦,PC represents the resultant force

perpendicular to the panel–core interface obtained from the line hinge. In the grouted variants this

resultant becomes highly localised, reflecting the development of a compression contact zone at the

interface (see Appendix G).

Figure 8.7: Example of the normal-force resultants in local 𝑥 for C1a1. Left: panel–core normal force 𝑛
PC

and the location of

𝑛
PC,max

. Right: panel–panel normal force 𝑛PP and the location of 𝑛PP,max.

Figure 8.8: Example panel–core resultant in local 𝑦, 𝑣𝑦,PC
. Left: non-grouted case (C1a1). Right: grouted case (C1b1).

A dash in Table 8.6 indicates that no second-order result was available for that variant. This occurs

where the second-order ULS analysis did not converge.
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Table 8.6: Connection force demand in ULS per RFEM case for 1st- and 2nd-order analysis.

Variant 𝑛PC,max,1 [kN/m] 𝑣𝑦,PC,max,1 [kN/m] 𝑛PP,max,1 [kN/m] 𝑛PC,max,2 [kN/m] 𝑣𝑦,PC,max,2 [kN/m] 𝑛PP,max,2 [kN/m]

C0 -33.7 -56.2 10.1 -34.5 -56.3 10.1

C1a1 -10.5 -15.3 6.5 -13.0 -18.7 8.4

C1b1 -8.0 -821.8 5.4 -8.5 -821.8 6.4

C1a2 -10.0 -16.8 5.6 -13.7 -22.9 8.2

C1b2 -8.1 -1175.4 4.3 -9.3 -1177.8 5.4

C1a3 -9.7 -17.9 8.0 -15.7 -28.9 8.9

C1b3 -8.2 -1416.3 6.6 -10.0 -1423.8 8.2

C1a4 -9.5 -18.9 4.6 – – –

C1b4 -8.1 -1625.1 3.5 -11.1 -1635.7 5.2

C2a1 -10.3 -12.8 6.8 -27.2 -34.8 20.4

C2b1 -6.8 -853.3 5.0 -8.0 -853.3 6.4

C2a2 -10.0 -13.8 6.0 – – –

C2b2 -7.3 -1254.1 4.8 -9.3 -1254.1 7.0

C2a3 -9.7 -14.6 5.4 – – –

C2b3 -7.5 -1526.7 4.1 -10.8 -1531.2 6.4

C2a4 -9.6 -15.2 5.0 – – –

C2b4 -7.5 -1747.8 3.7 -13.0 -2095.7 7.1

C3a1 -10.0 -11.8 6.9 – – –

C3b1 -6.0 -857.5 5.0 -7.4 -857.4 6.8

C3a2 -9.9 -12.5 6.1 – – –

C3b2 -6.6 -1275.3 5.2 -9.3 -1275.3 6.9

C3a3 -9.8 -13.0 5.6 – – –

C3b3 -6.8 -1559.6 4.1 -12.0 -2227.3 8.8

C3a4 -9.6 -13.5 5.2 – – –

C3b4 -4.6 -1287.7 2.5 – – –

Table 8.6 shows two main trends. First, grout changes the load-transfer mechanism at the panel–core

interface. Compared with the non-grouted (𝑎) variants, the grouted (𝑏) variants generally show lower

panel–core normal-force resultants 𝑛PC,max, while the resultant perpendicular to the interface, 𝑣𝑦,PC,max,

becomes much larger due to a local compression contact peak.

Second, second-order analysis increases the connection force demand, particularly in the variants that

were already identified as sway-sensitive in the global stability assessment. This is most evident in the

more flexible non-grouted series. For example, in C2a1 the panel–core normal-force resultant increases

from −10.3 kN/m to −27.2 kN/m, the panel–core shear resultant from −12.8 kN/m to −34.8 kN/m, and

the panel–panel normal resultant from 6.8 kN/m to 20.4 kN/m. This confirms that reduced diaphragm

stiffness can substantially amplify diaphragm connection demand in second-order analysis.

The red values in Table 8.6 indicate where the corresponding fastener-level checks become non-compliant.

Because the design checks are performed per fastener, similar line resultants do not necessarily lead to

the same verification outcome: for larger fastener spacing, the force per fastener becomes higher. As a

result, weaker connection layouts may fail even when the global line resultants are of a similar order.

Three governing failure mechanisms can be distinguished. The first is insufficient panel–core normal-

force resistance, which becomes critical mainly for the weakest panel–core layouts and for cases

with strong second-order amplification. The second is insufficient panel–core shear resistance in the

non-grouted variants, which governs several medium and weak 𝑎-variants. The third is insufficient

panel–panel resistance, although this is less critical overall and becomes decisive only in isolated cases

such as C2b4.

Overall, the results show that reduced diaphragm stiffness does not only increase sway sensitivity at

global level, but also raises the ULS force demand in the diaphragm connections. The panel–panel

connection mainly affects the response indirectly through its influence on diaphragm stiffness, while the

panel–core connection is more directly involved in the governing ULS checks. Detailed fastener-level

derivations and utilisation ratios are given in Appendix H.

8.6. Results: column stability
This section evaluates the ULS stability verification of the timber frame columns using the design

approach defined earlier in this chapter, i.e. based on the governing member forces obtained from the
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imperfect global model with second-order analysis. In line with the adopted verification procedure,

sway imperfections and member bow imperfections are included in the ULS analysis.

To examine whether the diaphragm variants influence the member-level stability verification of the

timber frame, one representative governing column is considered across all variants. The selected

member is critical because it experiences the highest axial compression level and is therefore the most

relevant column for the combined compression and bending check.

Figure 8.9 shows the location of the selected column in the floor plan. The column has a cross-section of

240 × 400 mm.

Figure 8.9: Selected representative column used for the ULS stability verification.

8.6.1. Column stability results
For the selected column, RFEM gives essentially the same governing design forces for all sway-

governed variants that converge in the ULS second-order analysis. The first-order analysis gives

approximately 𝑁1,𝐸𝑑 = 800 kN and 𝑀𝑧,1,𝐸𝑑 = 2.56 kNm, while the second-order analysis with sway and

bow imperfections gives approximately 𝑁2,𝐸𝑑 = 801 kN and 𝑀𝑧,2,𝐸𝑑 = 3.28 kNm.

This limited variation between the converged variants indicates that the column verification is only

weakly affected by the diaphragm assumptions within the present study. In contrast to the global

stability assessment, where the variant-dependent sway sensitivity led to clear differences in critical load

factor and convergence behaviour, the ULS verification of the governing column for the sway-governed

variants is based directly on the internal forces from the imperfect global analysis. For all variants that

remain stable enough to converge, these forces are nearly identical.

The influence of second-order effects is limited. The axial force remains practically unchanged between

first- and second-order analysis, while the bending moment increases only slightly, from 2.56 kNm to

3.28 kNm. This indicates that P–Δ effects are relatively small for the governing column in the considered

configurations. As a result, the column verification is governed primarily by axial compression, with

bending providing only a minor additional contribution.

Accordingly, for all sway-governed variants that converge in the ULS second-order analysis, the

governing column check can be based on one representative set of design forces:

𝑈𝐶 =
𝑁2,𝐸𝑑

𝐴 𝑓𝑐,0,𝑑
+ 𝑀𝑧,2,𝐸𝑑

𝑊𝑧 𝑓𝑚,𝑧,𝑑
. (8.1)

Using these values results in a utilisation ratio of approximately 𝑈𝐶 ≈ 0.53, which is very similar to

the value obtained from the first-order analysis (𝑈𝐶 ≈ 0.52). This further confirms that the effect of

second-order behaviour on the column check is limited.
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Table 8.7: Governing design forces and utilisation ratio for the selected column.

Analysis type Axial force [kN] Bending moment [kNm] 𝑈𝐶 [-]

First-order 𝑁1,𝐸𝑑 = 800 𝑀𝑧,1,𝐸𝑑 = 2.56 0.52

Second-order 𝑁2,𝐸𝑑 = 801 𝑀𝑧,2,𝐸𝑑 = 3.28 0.53

Variant C0 is treated separately, since its governing instability mode corresponds to member buckling

rather than global sway buckling. For this variant, the column is verified as an individual compression

member using the first-order axial force 𝑁1,𝐸𝑑, the buckling reduction factor 𝑘𝑐 , and an effective buckling

length equal to the storey height, in accordance with the procedure described in Section 8.1. This results

in a comparable utilisation ratio (𝑈𝐶 ≈ 0.53), indicating that also in this case the column capacity is not

governing.

The main conclusion is therefore that column stability is not the governing mechanism by which

diaphragm stiffness affects the structural response in the sway-governed variants considered here.

The influence of diaphragm detailing is much more pronounced in the global stability behaviour, the

SLS drift response, and the ULS connection demand. Variants with insufficient diaphragm stiffness

tend to become critical in these aspects first, and in the weakest cases they do not converge in the

ULS second-order analysis at all. For the remaining converged sway-governed variants, the governing

column forces and corresponding utilisation remain nearly unchanged.

8.7. Verification overview
Table 8.8 summarises the governing verification outcome per variant. A check mark indicates compliance,

a cross indicates that the corresponding check was evaluated but not satisfied, and a dash indicates

that no meaningful result was available for that verification step, for example because the second-order

analysis did not converge.

A clear distinction exists between the reference case C0 and the segmented floor variants. Case C0

remains fully compliant and is the only variant for which the governing instability mode is member

buckling rather than global sway. Among the segmented floor variants, the grouted 𝑏-series performs

consistently better than the corresponding non-grouted 𝑎-series. All grouted variants remain globally

stable, whereas several of the more flexible non-grouted variants have 𝜆cr < 1 and therefore fail already

at the global stability level.

For the converged variants, serviceability is generally not critical. All converged cases satisfy the drift

limit of ℎ𝑖/300, although variants C2a3 and C3a1 approach this limit in second-order analysis. The SLS

response is therefore mainly useful as an indicator of sensitivity to second-order effects, rather than as

the decisive governing check.

At ULS, the governing checks are mainly found at the diaphragm connections. The panel–core connection

is the most critical interface, particularly in the more flexible variants and in cases where second-order

amplification increases the line resultants. The panel–panel connection is less often decisive and governs

only in isolated cases. By contrast, the column verification remains non-governing throughout the

investigated set: the utilisation ratio is about 0.53 both for the sway-governed variants and for the

member-buckling reference case C0.

Overall, the verification overview confirms that diaphragm detailing affects the structural response

primarily through global sway sensitivity, drift amplification, and ULS connection demand. Its influence

on the column verification is limited in the present case study.
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Table 8.8: Summary of compliance per variant for the governing verification categories.

Variant Global stability SLS drift ULS connections ULS column

C0 ✓ ✓ ✓ ✓
C1a1 ✓ ✓ ✓ ✓
C1b1 ✓ ✓ ✓ ✓
C1a2 ✓ ✓ ✓ ✓
C1b2 ✓ ✓ ✓ ✓
C1a3 ✓ ✓ ✗ ✓
C1b3 ✓ ✓ ✓ ✓
C1a4 ✓ ✓ – –

C1b4 ✓ ✓ ✓ ✓
C2a1 ✓ ✓ ✗ ✓
C2b1 ✓ ✓ ✓ ✓
C2a2 ✗ ✓ – –

C2b2 ✓ ✓ ✓ ✓
C2a3 ✗ ✓ – –

C2b3 ✓ ✓ ✓ ✓
C2a4 ✗ – – –

C2b4 ✓ ✓ ✗ ✓
C3a1 ✗ ✓ – –

C3b1 ✓ ✓ ✓ ✓
C3a2 ✗ – – –

C3b2 ✓ ✓ ✗ ✓
C3a3 ✗ – – –

C3b3 ✓ ✓ ✗ ✓
C3a4 ✗ – – –

C3b4 ✓ ✓ – –

8.8. Key observations
The following main observations can be drawn from the RFEM case study:

• All segmented diaphragm variants exhibit a global sway mode as the first instability mode,

whereas only the monolithic reference case C0 shows a member-buckling first mode.

• Reduced diaphragm stiffness lowers the global stability margin. Several of the more flexible

non-grouted 𝑎-variants have 𝜆cr < 1, indicating insufficient global sway stability.

• All converged variants satisfy the SLS drift limit of ℎ𝑖/300. However, variants C2a3 and C3a1

approach this limit in second-order analysis, showing increased sensitivity to reduced diaphragm

stiffness and second-order effects.

• Grouting the panel–core interface consistently improves the global response. Compared with the

corresponding non-grouted variants, the grouted 𝑏-series gives higher critical load factors and

lower drift values.

• The ULS connection checks are governed mainly by the panel–core interface. In the more flexible

variants, second-order effects can substantially increase the connection force demand.

• The panel–panel connection is less often decisive than the panel–core connection and governs

only in isolated cases.

• Column verification is not governing in the present case study. For the converged sway-governed

variants, the governing column forces are nearly identical and the utilisation remains low

(𝑈𝐶 ≈ 0.53). The reference case C0 gives a similar utilisation.

• Overall, the main influence of diaphragm detailing is found at system level and connection level:

it governs the global sway sensitivity, the drift response, and the ULS connection demand much

more strongly than the column verification.

Overall, the RFEM study shows that diaphragm stiffness is a governing parameter in the structural

behaviour of the case-study building. Its influence is expressed mainly at global and connection level,

through the sway stability, drift response, and connection force demand, whereas the column verification

remains non-governing in the present case.



9
Discussion

This chapter discusses the main findings of the thesis and places them in a broader design context. For

each part, the most relevant assumptions, uncertainties and implications are addressed, followed by

an overall discussion of the trade-off between shrinkage-induced restraint forces and the diaphragm

stiffness required for global stability.

9.1. Part I: Shrinkage and relaxation in CLT
Part I examined the prediction of moisture-driven shrinkage and the role of stress relaxation in

restrained CLT elements. The discussion below focuses on how the shrinkage demand is defined, how

representative the adopted moisture and viscoelastic assumptions are, and which uncertainties remain

when translating these simplified material-level models to practical design situations.

9.1.1. Real shrinkage behaviour and the role of the 𝛽-coefficient
An important modelling choice in this thesis is how the shrinkage demand is described through the

shrinkage coefficient 𝛽. In design standards such as Eurocode 5, 𝛽 is usually given as a general value for

a wide range of timber products and situations. This is practical and easy to use, but it does not account

for differences between CLT lay-ups, timber species, or the role of the individual lamellae.

In this study, a layer-based lay-up method is used to determine an effective shrinkage coefficient for

the specific CLT panel considered. This method takes into account the timber properties, the share of

lamellae in each direction, and the restraining effect of the glued interfaces. As a result, the effective 𝛽 is

expected to represent the in-plane shrinkage behaviour of the panel more realistically than one general

design value. The results of Part I also show that this choice has a clear influence on the predicted

restraint stresses.

At the same time, this approach is still a simplification. The layered CLT behaviour is reduced to

one effective shrinkage coefficient for each panel direction. This means that it does not describe how

moisture content and shrinkage vary through the thickness of the panel. Experimental studies have

shown that moisture content can develop differently near the surface than in the inner layers [33]. In

thicker timber elements, the inner zones usually react more slowly and less strongly to climate changes

than the outer zones. This can lead to moisture gradients and internal stresses, which are not captured

explicitly when a single effective shrinkage coefficient is used.

This mechanism is illustrated schematically in Figure 9.1, where a non-uniform moisture distribution

causes internal tensile stresses perpendicular to the grain and may lead to cracking.

In addition, using a shrinkage coefficient also assumes that shrinkage is uniform within the panel, not

only through the thickness but also along the panel length. Numerical and experimental studies show

that moisture diffusion does not always follow an ideal linear pattern, especially during drying [33].

The effective 𝛽 approach therefore gives a practical estimate of the overall panel shrinkage for a given

moisture change, but it does not describe local differences in shrinkage within the panel.
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Figure 9.1: Schematic illustration of non-uniform moisture distribution, resulting internal stresses perpendicular to the grain, and

potential crack formation (Franke et al., 2016) [33].

For design purposes, this simplification is often acceptable and useful, because it keeps the model clear

and manageable. However, if the aim is to study stresses in individual lamellae or local effects near

connections, a more detailed model would be needed in which moisture diffusion and the separate

layers are represented explicitly.

9.1.2. Moisture content at installation and practical controllability
A main outcome of the parametric evaluations is the strong sensitivity of restraint forces to the moisture

content at the time of installation 𝑀𝐶inst. This is physically intuitive: the larger the subsequent moisture

reduction, the larger the shrinkage strain demand, and therefore the larger the forces that develop

when shrinkage is restrained. In practice, however, 𝑀𝐶inst is not a “design choice” but the result of

production, transport, temporary storage, and on-site exposure. Even if elements leave the factory at a

controlled moisture level, moisture gradients can develop on site due to changing ambient conditions.

This makes it difficult to guarantee a single, well-defined installation moisture content for all panels and

all locations in a building.

This leads to two practical considerations for design practice. First, shrinkage-related checks should not

be based on a single value of 𝑀𝐶inst, but on a plausible range that reflects realistic exposure scenarios.

Second, where feasible, construction sequencing may offer a practical way to reduce shrinkage restraint:

the screws that provide strong in-plane restraint in the panel–core connection, especially the outer

screws, could be inserted and fully fastened only once they are structurally required. This would allow

the floor panels to partially adapt to indoor climate conditions before full restraint is introduced.

9.1.3. Ageing effects and uncertainty in long-term relaxation
This study uses a linear viscoelastic model to describe stress relaxation under restrained shrinkage. This

is suitable for studying how stresses develop over time, but one aspect is not included: ageing. Ageing

means that creep and relaxation depend on the age of the material when a strain increment occurs.

In ageing materials, strain increments that occur later in time usually relax less than those that occur

earlier. As a result, the remaining stress after a long period may be higher.

For concrete, ageing is a well-established topic and is included in commonly used prediction models

and design-oriented approaches. The concept of ageing creep has been developed in viscoelastic theory

and forms the basis of practical methods for predicting long-term behaviour [22]. This gives designers

guidance on how stresses and strains develop over time depending on the age at loading.

For timber and CLT, this knowledge base is still more limited. Time-dependent behaviour such as creep

and relaxation is recognised as important, but there is only limited long-term data that specifically

describes ageing effects in engineered wood products. For that reason, ageing is not included in this

thesis. Including it would require additional parameters that cannot be justified well enough for the

CLT product considered.

Neglecting ageing may lead to an underestimation of the long-term residual stress, because older

material is expected to relax less. The calculated long-term stresses should therefore be interpreted

with some caution. A useful topic for future work would be experimental research on ageing in CLT
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under representative moisture histories, so that ageing functions can be developed for specific products

and applications, similar to what already exists for concrete.

9.1.4. Viscoelastic model choice
In this thesis, stress relaxation is described with a linear generalised Maxwell model. This choice was

mainly practical. The model is commonly used, relatively easy to implement, and makes it possible to

describe relaxation with a limited number of stiffness values and relaxation times.

At the same time, the results depend on this model choice. The relaxation model used here was not

calibrated specifically for the CLT product, lay-up, and in-plane shrinkage case considered in this thesis.

If a different viscoelastic model had been used, the predicted stress development could also have been

different. For example, a pure Maxwell model would eventually relax to zero stress, whereas the present

model retains a remaining stress level through the equilibrium modulus. More generally, different linear

viscoelastic models can lead to differences in both the rate of relaxation and the final retained stress.

Within the model used here, the results show that the long-term stress is mainly controlled by the

equilibrium modulus 𝐸fin, while the relaxation times mainly affect how quickly that level is approached.

However, this conclusion applies only to the chosen model. Further research would be needed to

determine which viscoelastic model best represents the behaviour of CLT under moisture-driven

in-plane shrinkage, and how sensitive the results are to that choice.

9.2. Part II: Shrinkage-induced forces in CLT connections
Part II considered how shrinkage translates into force demand in restrained CLT connections. The

discussion focuses on the limitations of the analytical idealisation and on the interpretation of the

calculated screw slip under shrinkage, including its possible implications for the connection behaviour.

9.2.1. 1D idealisation and 2D floor behaviour
The analytical models in this thesis describe restrained shrinkage with a one-dimensional beam–spring

model. This is useful to identify the main trends, but it remains a simplification of the real behaviour of

a floor diaphragm. In reality, shrinkage and restraint develop in two dimensions. The forces are not

transferred through one line only, but through a plate with distributed stiffness, multiple boundaries,

and several connections. As a result, the restraint forces are not spread uniformly over the full panel

width.

This is especially important for shrinkage parallel to the core in the continuously restrained case

(Situation 4). The RFEM results show that not the full floor width contributes equally to the force

transfer into the core. Instead, most of the restrained deformation is concentrated in a zone close to

the restrained edge. In this thesis, this zone is described by an effective restraint width 𝑏eff. Within

this width, the plate contributes most strongly to the connection force demand, while the influence

decreases further away from the core. This is illustrated in Figure 9.2, where the response clearly decays

with distance from the restrained edge.

In the present study, 𝑏eff was not derived from plate theory. Instead, it was estimated from the RFEM

results and then used in the 1D beam–spring model. This gave a practical way to include the 2D plate

behaviour in a simplified analytical model.

The RFEM results also suggest that 𝑏eff is not a fixed geometric property. It appears to depend on the

relative stiffness of the connections, on the boundary conditions, and on the geometry of the floor. In

addition, it may vary with the shrinkage demand itself, for example through 𝛽 and 𝑀𝐶inst, and with the

ratio between restrained connection length and panel depth, 𝐿con/𝐿𝑑. This means that a single fixed

value of 𝑏eff can be useful for the present idealisation, but it should not automatically be assumed to

apply to other layouts or connection details.
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Figure 9.2: RFEM results illustrating the concept of an effective restraint width 𝑏
eff

for shrinkage parallel to the core (Situation 4).

9.2.2. Interpretation of shrinkage-induced screw slip
The results for Situation 4 show that the highest deformation demand occurs in the outermost screws

along a continuously restrained edge. For the case-study configuration with a restrained length of 8 m,

the calculated slip reaches approximately 3.7 mm. This clearly exceeds the initial linear-elastic range of

the connection and indicates that the response of these screws is expected to become non-linear.

As discussed in subsection 5.2.2, this does not necessarily imply immediate connection failure. Dowel-

type timber connections can exhibit significant ductility, allowing additional deformation beyond the

elastic range through plastic slip in the fastener and surrounding timber.

Insight into the magnitude of possible slip can be obtained from experimental studies. Mirra et al. [34]

investigated the load–slip behaviour of screwed timber connections in diaphragm systems and observed

that the peak load was reached at slip values of more than 10 mm, with further deformation occurring

before a significant loss of resistance. Although the connection configuration in that study differs from

the present steel–timber detail, the results indicate that several millimetres of slip do not necessarily

correspond to immediate failure.

The calculated slip demand of approximately 3.7 mm therefore indicates that the connection response is

likely to enter a ductile regime, rather than immediately reaching a brittle failure state. However, this

has important implications for the structural behaviour.

Plastic deformation in the outer screws may lead to a reduction in the effective connection stiffness. As

a result, the force distribution assumed in the linear model may no longer remain valid, and part of the

shrinkage-induced forces will be redistributed to adjacent screws or reduced due to additional slip.

9.3. Part III: CLT floor system in structural stability
Part III evaluated how diaphragm connection stiffness affects the global response of the case-study

building. The discussion below addresses the practical meaning of the required diaphragm stiffness,

possible alternative stiffening strategies, and the limitations of the numerical model due to the fact that

shrinkage was not included explicitly as an imposed deformation.
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9.3.1. Interstorey drift and imperfection modelling
In timber frame–core buildings, it is often assumed in design that the floor diaphragm provides sufficient

in-plane stiffness to transfer lateral loads to the core and to provide adequate lateral restraint to the

timber frame. The results of Part III show that this assumption should not be made without verification.

For the analysed case-study building, the presence of the concrete core keeps the overall lateral

displacement of the building well within acceptable limits. The main concern is therefore not the global

top displacement of the building, but the extent to which the floor diaphragm provides sufficient lateral

support to the timber columns.

As indicated by the first mode shape of the system, the governing instability behaviour is not a purely

local column buckling mode, but a global deformation mode in which the frame deforms laterally relative

to the core. In this mode, adjacent columns do not necessarily move in the same direction. Instead, the

response is characterised by relative horizontal movements between storeys. In combination with the

high vertical loads in the columns, this increases the sensitivity to second-order effects, particularly in

the lower storeys. For the present case study, the critical issue is therefore the interstorey drift rather

than the overall building drift.

If interstorey deformation and diaphragm action govern the response, the assumed imperfection pattern

also becomes important. In the RFEM model used in this thesis, the imperfections were applied

in a single direction over the full building height. This was adopted to represent an unfavourable

configuration for the global lateral displacement of the building under wind loading. However, this is

not the most unfavourable configuration for the force demand in the floor diaphragm itself.

Eurocode 3 gives a different imperfection configuration for the determination of horizontal forces in

floor diaphragms of a braced system. In that approach, adjacent storeys are displaced in opposite

directions, as illustrated in Figure 9.3. This results in local diaphragm forces associated with the axial

forces in the stabilised members, expressed through 𝑄𝑚 = 2𝜙𝑁𝐸𝑑.

Figure 9.3: Configuration of imperfections 𝜙 for horizontal forces on floor diaphragms according to EC3 [31].

Although this Eurocode approach is introduced for the evaluation of diaphragm forces rather than for

drift assessment, it is also relevant for the present study. The first instability mode obtained from the

RFEM analysis shows a deformation pattern in which the horizontal displacements change direction

over the building height, rather than developing as a uniform global sway. An alternating imperfection

pattern is therefore of particular interest, as it resembles the deformation pattern observed in the RFEM

analysis and may provide a more unfavourable loading pattern for the assessment of diaphragm forces,

connection forces, and interstorey deformations.

A useful extension of the present analysis would therefore be to repeat the analyses with alternating

storey imperfections, in order to evaluate how sensitive the diaphragm forces, connection forces, and

interstorey drifts are to the assumed imperfection shape.
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9.3.2. Stiffness of the panel–core connection in the RFEM model
A modelling question in Part III is which stiffness should be assigned to the panel–core connections in

the RFEM model when evaluating the building response under short-term lateral loading.

In principle, the appropriate stiffness for short-term loading would be 𝑘SLS, since this represents

the initial connection stiffness under service-type loading. From that perspective, the reduction of

shrinkage-induced forces due to relaxation does not imply that the initial stiffness under later short-term

loading should also be reduced.

In the present study, however, the reduced stiffness 𝑘fin was assigned to the panel–core connections.

This was intended as a modelling assumption to represent a possible reduction in effective stiffness due

to prior shrinkage-induced slip and local plastic deformation. Even so, this choice should be viewed

critically, because 𝑘fin does not directly represent the initial stiffness under subsequent short-term

loading.

At the same time, the use of 𝑘SLS is also questionable. Due to shrinkage-induced slip, the outer screws

may already have undergone plastic deformation before the building is subjected to short-term lateral

loading. In that case, additional slip may occur already at an early stage of reloading, meaning that a

reduced effective stiffness could be more representative than the original 𝑘SLS.

A brief comparison with models using 𝑘SLS showed, as expected, lower displacements, lower connection

forces, and higher critical load factors. However, the general structural behaviour remained the same:

the floor diaphragm still provided limited lateral support to the columns, and the governing instability

mode remained a global sway-type deformation mode in the lower storeys. The use of 𝑘fin therefore

appears to have made the results more unfavourable, without changing the main qualitative conclusion

of Part III.

The key uncertainty is therefore how much stiffness reduction is actually caused by shrinkage-induced

plastic deformation in the screws and surrounding timber. Further research is needed to determine

whether post-shrinkage connection behaviour under short-term lateral loading is better represented by

𝑘SLS, by a reduced stiffness, or by a different load–slip model altogether.

9.3.3. Explicit shrinkage effects in the RFEM model
In the RFEM case-study model, shrinkage is not included explicitly as an imposed deformation. A

possible next step would be to include it directly in the global model, for example as a prescribed strain.

Such an approach would provide direct insight into the structural response of the case-study building

under shrinkage. In particular, it would allow the evaluation of the force development in the connections

at locations where shrinkage is restrained, and the shortening of the floor where shrinkage can occur

freely. For the present case study, this shortening is especially relevant in the lowest storey, where

the column bases are restrained by the foundation and cannot follow the floor shortening. In that

case, shrinkage introduces an initial inclination of the first-storey columns, potentially increasing the

sensitivity to second-order effects (Figure 9.4).

Figure 9.4: Schematic illustration of first-storey column inclination caused by free shrinkage of the floor panel.
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To illustrate the order of magnitude, the free shrinkage deformation of an 11 m floor panel, from the

case study, for 𝛽 = 0.00015 and Δ𝑀𝐶 = 7% is approximately 11.6 mm.

Such a global analysis would still remain a simplification. If shrinkage is introduced explicitly in a

linear-elastic model, the resulting forces represent the force build-up caused by restrained shortening,

but stress relaxation is not included automatically. The results of Part I can then be used to give an

indication of how much these elastically predicted forces may reduce over time due to relaxation.

9.4. Design trade-off: restraint forces and diaphragm stiffness
The results from Part I–III show a clear trade-off between limiting shrinkage-induced restraint forces

and providing sufficient diaphragm stiffness for the global stability of a timber frame–core building.

If the aim is to reduce shrinkage-induced forces in the connections, this can be achieved by reducing

the degree of restraint, for example by limiting the continuously restrained length along the core or by

introducing more compliance in the connection layout where this is structurally possible. However,

such measures also reduce the effective diaphragm stiffness and therefore weaken the coupling between

core and frame.

If, on the other hand, the aim is to improve global stability, this generally requires a stiffer diaphragm

and a stronger connection between floor, frame, and core. This improves lateral load transfer and

reduces sensitivity to sway behaviour and second-order effects. At the same time, it also increases the

restraint against shrinkage and may therefore lead to higher force demand in the connections.

The trade-off is therefore between local shrinkage behaviour and global structural response. A detailing

choice that is favourable from the point of view of shrinkage may be unfavourable from the point of

view of stability, while a choice that improves global stability may lead to less favourable shrinkage

behaviour in the connections.

At the same time, some uncertainty remains regarding how unfavourable these higher shrinkage-induced

forces are in practice. Screwed timber connections can show ductile behaviour, which means that

exceeding the elastic range does not necessarily lead directly to a sudden loss of load transfer. Instead,

increased slip and a reduction in effective connection stiffness may occur. The exact influence of this

behaviour on the diaphragm response after shrinkage is still not fully clear, and this interaction requires

further research.

Even so, the results already provide clear design lessons. The analyses show that the restrained length

along the core and the overall diaphragm stiffness are key parameters. Where possible, it is therefore

sensible to keep the continuously restrained length along the core as small as possible, provided that

this does not lead to unfavourable effects on stability. At the same time, the floor diaphragm stiffness

should be considered explicitly in the stability design of the building, rather than being assumed

sufficient without verification. If the required floor stiffness cannot be achieved through the diaphragm

connections alone, this should already be recognised in the design stage. In that case, other ways of

increasing the stiffness of the system should also be considered, such as a stiffer diaphragm layout,

additional collectors, or a larger contribution of the timber frame itself to the overall stability of the

building.
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Conclusion

This chapter answers the research questions of this thesis, summarises the main findings, and reflects

on their scientific and practical relevance.

10.1. Research questions
Sub–research questions

How does moisture-driven shrinkage in CLT develop over time, and which material and environmental
parameters govern its magnitude and rate?

Moisture-driven shrinkage in CLT develops progressively as the moisture content decreases towards

the indoor equilibrium level. Its magnitude is governed primarily by the installation moisture content

𝑀𝐶inst and the shrinkage coefficient 𝛽: higher values of either parameter directly lead to larger shrinkage

strains and, under restraint, to higher stresses. For the studied CLT lay-up, the choice of 𝛽 proved

decisive. Eurocode-based shrinkage coefficients led to higher predicted stresses than the effective

coefficients obtained from the layer-based approach, showing that shrinkage assessment is highly

sensitive to the adopted parameterisation and is best represented using lay-up-specific parameters when

the lay-up is known.

How does viscoelastic stress relaxation influence the evolution of stresses in CLT subjected to restrained
shrinkage, and how can this effect be represented in a practical long-term modelling approach?

Viscoelastic stress relaxation substantially reduces restrained shrinkage stresses compared with purely

elastic predictions. In the adopted linear generalised Maxwell model, the retained long-term stress

is governed by the equilibrium modulus 𝐸fin, whereas the relaxation times adopted in the model

mainly affect the transient stress development. For realistic diffusion-controlled moisture changes,

this development is smooth and peak stresses remain close to the long-term level. On that basis, 𝐸fin

provides a practical and physically motivated parameter for representing long-term restraint effects in

subsequent analyses of shrinkage-induced connection forces.

How do common CLT–core and CLT–timber connection configurations provide restraint against shrinkage
deformations, and which parameters govern the resulting restraint forces?

The shrinkage-induced forces in the studied connection configurations are governed by the imposed

shrinkage deformation and by the relative stiffness of the surrounding restraints. For shrinkage acting

over the panel span between restrained supports, the force demand increases with panel length 𝐿𝑝 and

installation moisture content 𝑀𝐶inst, because both increase the free shrinkage deformation that must

be restrained. For shrinkage along the panel–core connection line, the restraint forces are distributed

non-uniformly along the connection line, with peak screw forces occurring near the ends of the restrained

length. In that case, the effective restrained length along the core is a key governing parameter.

Under which geometric and moisture-related conditions do shrinkage-induced forces become critical for
connection utilisation, and what measures can be taken to keep the demand within acceptable limits?

90
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Shrinkage-induced forces become critical for combinations of large panel lengths, high installation

moisture contents, and stiff or continuous restraint. For shrinkage across the panel span between

restrained edges, slip allowance is an effective mitigation measure, and the required allowance increases

with 𝐿𝑝 and 𝑀𝐶inst. For shrinkage along the panel–core connection line, however, global slip allowance

is generally not compatible with the diaphragm shear transfer that must be maintained at this interface.

In that direction, reducing the continuously restrained length is the most direct way to limit peak

connection forces. Although local exceedance of the elastic resistance does not necessarily imply

immediate loss of load transfer, it does indicate increased slip and reduced incremental stiffness, and

was therefore treated conservatively in this study.

How does the in-plane stiffness of the CLT floor diaphragm affect system response under SLS and ULS criteria
in first- and second-order analysis?

The RFEM case study shows that the in-plane stiffness of the CLT floor diaphragm has a direct

influence on the stability behaviour and overall feasibility of the building. Reduced diaphragm stiffness

lowers the global stability margin, increases sway sensitivity, and leads to larger interstorey drift and

higher diaphragm connection forces. Increasing the diaphragm stiffness, for example by grouting the

panel–core interface, consistently improves the structural response.

In the present case study, the influence of diaphragm stiffness is most significant at system level and

connection level. At SLS, the overall top displacement remains within acceptable limits in all converged

cases, while interstorey drift is the more relevant indicator of structural sensitivity. At ULS, the governing

checks are found mainly in the diaphragm connections, particularly at the panel–core interface. Column

verification remains non-governing in the analysed variants.

Under which conditions does first-order analysis no longer provide a reliable assessment of the system response,
and when is second-order analysis required to capture the governing response of the structure?

First-order analysis becomes insufficient when the in-plane stiffness of the floor diaphragm is insufficient

for the structural response to remain governed by member buckling rather than global sway buckling. In

such cases, reduced diaphragm stiffness lowers the critical load factor, increases sensitivity to geometric

non-linearity, and can substantially amplify interstorey drift and diaphragm connection demand. This

effect is most pronounced in the more flexible variants, for which several cases become critical or fail to

converge in geometrically non-linear second-order analysis.

Second-order analysis is therefore required for diaphragm configurations that provide only limited

lateral support to the timber frame. This is particularly important in the lower storeys, where axial

forces are highest and drift amplification is most pronounced. The results show that first-order analysis

alone may underestimate, or even fail to capture, the governing response of flexible diaphragm variants.

Main research question
How do connection stiffness in CLT floor systems of hybrid concrete core–timber frame buildings influence

shrinkage-induced forces and the global stability behaviour of the structure?

Connection stiffness and detailing choices govern both the degree of restraint against moisture-driven

shrinkage and the in-plane stiffness of the floor diaphragm required for global stability. As a result, the

same design choices influence both the magnitude of shrinkage-induced forces in the connections and

the global structural response of the building.

Measures that reduce shrinkage-induced forces, such as limiting the continuously restrained length

or introducing more compliant detailing, reduce the degree of restraint but also decrease diaphragm

stiffness and may adversely affect stability. Conversely, measures that improve diaphragm action and

increase stiffness enhance global stability but increase restraint against shrinkage and therefore lead to

higher connection force demand.

The influence of connection detailing on hybrid core–frame buildings is therefore characterised by a

fundamental design trade-off between shrinkage behaviour and structural stability. This means that

connection detailing should not be treated as a local design issue only, but as a system-level choice that

affects both connection behaviour and overall structural performance.
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10.2. Recommendations
The findings of this thesis lead to several recommendations for the assessment and design of hybrid

core–frame buildings in which shrinkage effects and diaphragm action interact.

First, shrinkage-induced forces in restrained CLT connections should be assessed explicitly rather

than neglected or represented only qualitatively. The framework developed in this thesis shows how

shrinkage strain, connection stiffness, and viscoelastic stress relaxation can be combined into one

consistent assessment approach. Although the numerical results presented here are based on specific

assumptions, the method itself can be adapted to project-specific material properties, geometries,

restraint situations, and relaxation models. It is therefore recommended to use this approach either

directly as an indicative assessment or as a basis for more refined project-specific analyses.

Second, viscoelastic stress relaxation should be considered when estimating long-term restraint forces.

The results show that relaxation can reduce a substantial part of the initially generated shrinkage-

induced forces. Ignoring this effect may lead to overly conservative estimates, while incorporating

it can provide a more realistic basis for structural assessment. At the same time, the magnitude of

this reduction remains dependent on modelling assumptions and available material data, and should

therefore be interpreted with appropriate caution. The viscoelastic behaviour of timber over time is

not yet sufficiently established to define this effect with high confidence, and additional long-term

experimental research is needed to improve its characterisation and application in structural modelling.

Third, the in-plane stiffness of the floor diaphragm should be verified explicitly in the stability design

of hybrid core–frame buildings. The case study shows that the timber frame cannot automatically

be assumed to be adequately braced by the floor system. Where diaphragm stiffness is insufficient,

the governing structural response may shift towards global sway buckling behaviour, and first-order

analysis may no longer provide a reliable verification. In such cases, geometrically non-linear analysis is

recommended.

Finally, particular care is needed when selecting the stiffness of panel–core connections in global models

after shrinkage has already occurred. The present study indicates that this stiffness may be reduced by

prior slip and local plastic deformation, but the extent of this reduction under subsequent short-term or

cyclic lateral loading remains uncertain. It is therefore recommended to treat post-shrinkage connection

stiffness as an important modelling uncertainty and to consider its influence explicitly when evaluating

global stability.

These recommendations form the basis for the practical design considerations presented below.

10.2.1. Practical design recommendations
Based on the findings of this thesis, a number of practical considerations can be formulated for the

design and execution of hybrid core–frame buildings. These considerations aim to support a balanced

assessment of shrinkage effects, diaphragm stiffness, and their interaction.

Design

• Check diaphragm stiffness early in design. Assess at an early stage whether the floor diaphragm

is likely to provide sufficient in-plane stiffness for the required lateral support of the timber frame.

If not, identify which design measures are needed to achieve adequate stiffness, such as a stiffer

diaphragm layout, stronger connection detailing, additional collectors, or a larger contribution of

the timber frame to the global stability system.

• Assess diaphragm stiffness explicitly. Do not assume that the floor system provides sufficient

lateral support to the timber frame. Where diaphragm stiffness is limited, the structural response

may become governed by global sway behaviour, and second-order effects may be critical,

particularly in the lower storeys.

• Panel orientation and layout. Consider panel orientation and segmentation such that critical

restrained lengths at the panel–core connection line are limited. Where feasible, aim for relatively

short restrained segments along this line while maintaining sufficient in-plane stiffness of the

diaphragm.
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• Panel–core stiffness. Ensure that the panel–core interface provides sufficient stiffness to achieve

the required global response, including drift and torsional control. At the same time, recognise

that higher stiffness increases restraint against shrinkage and therefore increases connection force

demand.

• Panel–panel stiffness. Provide sufficient panel–panel coupling to maintain diaphragm action and

to avoid weakly restrained configurations. Shrinkage-induced restraint forces are generally not

critical at these connections, since adjacent panels deform in the same overall shrinkage direction.

• Compare first- and second-order response. For diaphragm configurations where the global

response depends strongly on the in-plane stiffness of the floor diaphragm, first-order analysis

alone may be insufficient. Variants that appear acceptable in first-order analysis can become

governing when geometric non-linearity is included.

• Consider shrinkage in the stability assessment. Where relevant, account for the implications

of shrinkage, such as reduced effective stiffness at critical interfaces and potential additional

deformations or imperfections.

• Slip allowances. Where the load path allows it, slip allowance (e.g. slotted holes) can effectively

reduce shrinkage-induced restraint forces, particularly for shrinkage across the panel span between

restrained edges. For shrinkage along the panel–core connection line, however, slip allowances

are generally not compatible with the required diaphragm shear transfer and alternative strategies

are needed, such as limiting the continuously restrained length.

Execution

• Limit exposure and protect panels. Reduce on-site exposure time and apply protective measures

to limit moisture uptake during construction.

• Building sequence. Where feasible, install the most critical restraints (e.g. outer screws along the

panel–core connection line) as late as structurally permissible. This allows partial adaptation of

the panels to indoor conditions before full restraint is introduced.

• Monitor moisture content. Use moisture measurements to document installation conditions and

to support realistic assumptions for 𝑀𝐶inst in design verification and quality control.
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A
Case study details

A.1. Materials and members
The numerical model consists of a reinforced concrete core, glulam timber beams and columns, and

CLT floor slabs. All materials are modelled as linear elastic.

A.1.1. Materials
Table A.1 summarises the material properties adopted in the model. The concrete core is modelled

using a reduced elastic modulus to account for cracking effects in a simplified manner. Timber beams

and columns are modelled as isotropic material, whereas the CLT floors are modelled as orthotropic

surface elements.

Table A.1: Material properties used in the numerical model

Material Application 𝐸𝑚𝑒𝑎𝑛 [N/mm
2
] 𝐺𝑥,𝑦,𝑚𝑒𝑎𝑛 [N/mm

2
] 𝜈 [-] 𝛾 [kN/m

3
]

C30/37 Concrete core 15 000 5 769 0.20 25.0

GL24h Beams and columns 11 500 650 0.30 4.2

CLT (Stora Enso) Floor slabs 11 000 690 – 5.0

A.1.2. Structural members
Timber beams and columns are modelled using beam elements, while the CLT floors are modelled

using surface elements. The concrete core is modelled using vertical surface elements extending over

the full height of the building. An overview of the adopted member dimensions is given in Table A.2.

Table A.2: Structural members and cross-sections

Member type Location / function Cross-section [mm]

Columns Typical 400 × 400

Columns Facade 400 × 240

Columns Adjacent to acoustic cut 240 × 400

Beams All floor beams 360 × 360

Concrete core Core walls 𝑡 = 300

CLT floor panels
The floor system consists of five-layer CLT panels with a total thickness of 200 mm. Each layer has a

thickness of 40 mm, resulting in the lay-up:

0
◦ − 90

◦ − 0
◦ − 90

◦ − 0
◦
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Figure A.1: CLT lay-up

The CLT slabs are modelled as orthotropic linear elastic surface elements, allowing different stiffness

characteristics in the principal material directions. This modelling approach enables realistic diaphragm

behaviour and in-plane load transfer towards the concrete core.

A.2. Connections
Connections are idealised to represent the intended global behaviour of the hybrid system. Beam–

column and column base connections are modelled as pinned, such that the timber framing does not

develop significant frame action and the core remains the primary stabilising element. In-plane load

transfer within the floor system is represented by line hinges between CLT panels and along the CLT–core

interface. These line hinges use smeared stiffness properties (per unit length/area). The specific in-plane

connection details considered in this thesis are introduced and discussed in Chapter 5.

A.3. Imperfections
Geometric imperfections are included to account for both global sway effects and initial member

out-of-straightness. In accordance with EN 1995-1-1 [25], equivalent sway imperfections are introduced

as initial rotational imperfections applied per member.

The global imperfection angle 𝜙 is defined as

𝜙 = ± 1

200

(A.1)

which is applicable for member lengths and structural heights not exceeding 5 m. These imperfections are

applied in the global horizontal directions and included in the stability analysis to ensure a conservative

representation of second-order effects.

In addition, member bow imperfections are taken into account to represent initial local out-of-straightness

of the columns. The bow imperfection is defined as

𝑒0 =
𝐿

1000

(A.2)

where 𝐿 is the member length. This imperfection is included in the member verification to account for

the influence of initial curvature on column stability.

A.4. Loads
Permanent actions consist of the self-weight of all structural elements (included automatically based on

the assigned material densities) and additional permanent loads applied as idealised surface and line

loads. Variable actions are represented by imposed (live) loads on floors and roof. Wind actions are

determined according to EN 1991-1-4 [35] using global external pressure coefficients for rectangular

plan buildings. The peak velocity pressure is evaluated for the building height and the selected terrain
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category, after which equivalent wind line loads are applied along the floor edges to represent the

global wind effect on the diaphragm levels.

Table A.3: Summary of applied loads and wind parameters

Category Application / parameter Value

Permanent and imposed loads
Self-weight All structural elements Automatic

Permanent load 𝑔𝑘 Floors (surface load) 4.25 kN/m
2

Permanent load 𝑔𝑘 Roof (surface load) kN/m
2

Permanent load 𝑔𝑘 Facade (line load) 1.00 kN/m

Imposed load 𝑞𝑘 Floors (surface load) 2.25 kN/m
2

Imposed load 𝑞𝑘 Roof (surface load) kN/m
2

Wind (EN 1991-1-4)
Building height ℎ Parameter 40 m

Terrain category Parameter III

Storey height ℎstorey Parameter 3.2 m

Peak velocity pressure 𝑞𝑝(𝑧) Parameter 1.07 kN/m
2

Equivalent wind line load 𝑞𝑤 Pressure (windward) 2.739 kN/m

Equivalent wind line load 𝑞𝑤 Suction (leeward) 1.712 kN/m



B
Failure modes

B.1. Connection geometry and screw characteristics
This section summarises the geometric definitions and screw properties used for the resistance checks.

B.1.1. Connection layouts
Figure B.1 shows the connection configurations used in this thesis. The selected screw types and

connection geometries are based on the manufacturer specifications provided in the Rothoblaas technical

catalogue [36]. The member thicknesses 𝑡1 and 𝑡2 denote the embedment depths of the fastener in

member 1 and member 2, respectively, measured along the fastener axis projection normal to the shear

plane. For steel-to-timber joints, the steel plate thickness is denoted 𝑡𝑠 .

Figure B.1: Connection geometries and definition of embedment and withdrawal lengths used in the resistance checks.

Table B.1: Geometric input values for the resistance checks.

Connection 𝑑 [mm] 𝑡𝑠 [mm] 𝐿screw [mm] 𝑡1 [mm] 𝑡2 [mm] 𝑙𝑤 [mm]

Steel–CLT 10 10 120 110 – 60

CLT–glulam 10 – 380 200 180 100

CLT–CLT 10 – 160 100 60 60

B.2. Lateral resistance of dowel-type fasteners
This appendix presents the resistance expressions used to evaluate the ultimate capacity of laterally

loaded self-drilling screws. All formulations follow prEN 1995-1-1, except for steel-to-timber joints,

99
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which are assessed using EN 1995-1-1 since the steel-to-timber joint provisions are not explicitly provided

in the draft version of the revised Eurocode 5.

Embedment strength (not predrilled).
The characteristic embedment strength is taken as:

𝑓ℎ,𝜀,𝑘 =
0.082 𝜌𝑘 𝑑−0.3

2.5 cos
2 𝜀 + sin

2 𝜀
, (B.1)

where 𝜌𝑘 is the characteristic timber density, 𝑑 is the outer screw diameter, and 𝜀 is the angle between

load direction and grain.

Inner diameter and yield moment.
The inner diameter 𝑑1 is:

𝑑1 =


0.60𝑑, 3.5 ≤ 𝑑 ≤ 5.0 mm,

0.65𝑑, 5.0 < 𝑑 ≤ 10.0 mm,

0.60𝑑, 10.0 < 𝑑 ≤ 14.0 mm,

0.75𝑑, 𝑑 > 14.0 mm.

(B.2)

The characteristic yield moment is:

𝑀𝑦,𝑘 = 0.3 𝑓𝑢,𝑘 𝑑
2.6
1
, (B.3)

with 𝑓𝑢,𝑘 the characteristic tensile strength of the screw steel.

Withdrawal strength parameter and withdrawal resistance.
For rope effect, the characteristic axial resistance is obtained from the characteristic withdrawal resistance.

The withdrawal strength parameter is:

𝑓𝑤,𝑘 = 𝑘screw 𝑘𝑤 𝑘mat 𝑑
−0.33

( 𝜌𝑘
350

) 𝑘𝜌
, (B.4)

where 𝑘screw = 8.2 and:

𝑘𝑤 =


1.0, 30

◦ ≤ 𝜀 ≤ 90
◦ ,

0.3 + 0.7
𝜀

30
◦ , 0

◦ ≤ 𝜀 < 30
◦ ,

(B.5)

𝑘mat = min

(
1 +

ln(𝑛𝑝)
12

, 1.15

)
, (B.6)

and the density exponent 𝑘𝜌 is taken as:

𝑘𝜌 =


0.7, softwood and 𝜀 ≤ 5

◦ ,

1.1, softwood and 5
◦ < 𝜀 ≤ 90

◦ ,

1.6, hardwood and 0
◦ ≤ 𝜀 ≤ 90

◦.

(B.7)

The characteristic withdrawal resistance is then:

𝐹𝑤,𝑘 = 𝜋 𝑑 𝑙𝑤 𝑓𝑤,𝑘 . (B.8)

For rope effect, the characteristic axial resistance is taken as:

𝐹𝑎𝑥,𝑅𝑘 = 𝐹𝑤,𝑘 . (B.9)

Rope effect limitation.
If rope effect is allowed, its contribution is limited to:

𝐹rope ≤ 𝐹𝑎𝑥,𝑅𝑘

4

. (B.10)
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B.2.1. Steel-to-timber joints
A distinction is made between thin and thick steel plates:

• Thin steel plate: 𝑡𝑠 ≤ 0.5𝑑,

• Thick steel plate: 𝑡𝑠 ≥ 𝑑.

For intermediate plate thicknesses, linear interpolation is applied.

For a thin steel plate, the characteristic lateral resistance per fastener per shear plane is:

𝐹𝑣,𝑅𝑘 = min


0.4 𝑓ℎ,𝑘 𝑡1 𝑑, (a)

1.15

√
2𝑀𝑦,𝑘 𝑓ℎ,𝑘 𝑑 +

𝐹𝑎𝑥,𝑅𝑘

4

(b)

(B.11)

where 𝑡1 is the embedment depth in the timber member.

For a thick steel plate, the characteristic lateral resistance per fastener per shear plane is:

𝐹𝑣,𝑅𝑘 = min



𝑓ℎ,𝑘 𝑡1 𝑑, (c)

𝑓ℎ,𝑘 𝑡1 𝑑

[√
2 +

4𝑀𝑦,𝑘

𝑓ℎ,𝑘 𝑑 𝑡
2

1

− 1

]
+ 𝐹𝑎𝑥,𝑅𝑘

4

(d)

2.3
√
𝑀𝑦,𝑘 𝑓ℎ,𝑘 𝑑 +

𝐹𝑎𝑥,𝑅𝑘

4

(e)

(B.12)

B.2.2. Timber-to-timber joints
For timber-to-timber joints, the relative embedment strengths of the connected members are defined as:

𝛽 =
𝑓ℎ,2,𝑘

𝑓ℎ,1,𝑘
. (B.13)

For fasteners loaded in single shear, the characteristic lateral resistance per fastener per shear plane is

taken as the minimum value over the relevant failure modes:

𝐹𝑣,𝑅𝑘 = min



𝑓ℎ,1,𝑘 𝑡1 𝑑 (a)

𝑓ℎ,2,𝑘 𝑡2 𝑑 (b)

𝑓ℎ,1,𝑘 𝑡1 𝑑

1 + 𝛽


√√√
𝛽 + 2𝛽2

(
1 + 𝑡2

𝑡1
+

(
𝑡2

𝑡1

)
2

)
+ 𝛽3

(
𝑡2

𝑡1

)
2

− 𝛽

(
1 + 𝑡2

𝑡1

) +
𝐹𝑎𝑥,𝑅𝑘

4

(c)

1.05

𝑓ℎ,1,𝑘 𝑡1 𝑑

2 + 𝛽

[√
2𝛽(1 + 𝛽) +

4𝛽(2 + 𝛽)𝑀𝑦,𝑘

𝑓ℎ,1,𝑘 𝑑 𝑡
2

1

− 𝛽

]
+ 𝐹𝑎𝑥,𝑅𝑘

4

(d)

1.05

𝑓ℎ,1,𝑘 𝑡2 𝑑

1 + 2𝛽

[√
2𝛽2(1 + 𝛽) +

4𝛽(1 + 2𝛽)𝑀𝑦,𝑘

𝑓ℎ,1,𝑘 𝑑 𝑡
2

2

− 𝛽

]
+ 𝐹𝑎𝑥,𝑅𝑘

4

(e)

1.15

√
2𝛽

1 + 𝛽

√
2𝑀𝑦,𝑘 𝑓ℎ,1,𝑘 𝑑 +

𝐹𝑎𝑥,𝑅𝑘

4

(f)

(B.14)



C
Analytical derivation of restraint

forces in 1D beam models

This appendix derives the restraint-force expressions used in Section 5.4 for the simplified one-

dimensional beam models.

Throughout the derivations, 𝑁 is treated as the magnitude of the compressive axial force. In the final

compact expressions, a negative sign is introduced to match the sign convention adopted in the main

text, where compression is taken as negative.

C.1. Situation 2: Beam restrained by panel–core connections
Consider a beam of length 𝐿𝑝 subjected to a free shrinkage strain Δ𝜀𝑠ℎ . Both ends are connected to

axial springs with equal stiffness 𝐾𝑃𝐶,fin. Due to the finite spring stiffness, the beam is only partially

restrained and develops a compressive axial force 𝑁 .

If the beam were unrestrained, the free shrinkage would result in a total shortening

𝑢𝑠ℎ,free = Δ𝜀𝑠ℎ𝐿𝑝 . (C.1)

Because the shrinkage is restrained, the developed axial force produces an elastic strain in the beam

𝜀𝑒𝑙 =
𝑁

𝐸fin𝐴
, (C.2)

which corresponds to an elastic shortening

𝑢𝑒𝑙 = 𝜀𝑒𝑙𝐿𝑝 =
𝑁𝐿𝑝

𝐸fin𝐴
. (C.3)

The actual shortening of the beam therefore equals the free shrinkage shortening minus the elastic

shortening associated with the restraint force:

𝑢 = 𝑢𝑠ℎ,free − 𝑢𝑒𝑙 = 𝐿𝑝

(
Δ𝜀𝑠ℎ −

𝑁

𝐸fin𝐴

)
. (C.4)

Thus, the free shrinkage shortening is partly accommodated by elastic shortening of the beam and

partly by deformation of the end springs.

Because the system is symmetric, the total shortening is shared equally between the two springs. The

deformation of each spring is therefore

102
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𝑢𝑠 =
𝑢

2

. (C.5)

The reaction force in each spring follows as

𝑅 = 𝐾𝑃𝐶,fin 𝑢𝑠 . (C.6)

From axial equilibrium, the axial force in the beam must be equal in magnitude to the spring reaction:

𝑁 = 𝑅. (C.7)

Substituting 𝑢𝑠 = 𝑢/2 gives

𝑁 = 𝐾𝑃𝐶,fin

1

2

𝐿𝑝

(
Δ𝜀𝑠ℎ −

𝑁

𝐸fin𝐴

)
. (C.8)

Rearranging yields

𝑁 =
𝐾𝑃𝐶,fin𝐿𝑝

2

Δ𝜀𝑠ℎ −
𝐾𝑃𝐶,fin𝐿𝑝

2𝐸fin𝐴
𝑁, (C.9)

𝑁

(
1 +

𝐾𝑃𝐶,fin𝐿𝑝

2𝐸fin𝐴

)
=
𝐾𝑃𝐶,fin𝐿𝑝

2

Δ𝜀𝑠ℎ . (C.10)

Solving for 𝑁 gives

𝑁 =

𝐾𝑃𝐶,fin𝐿𝑝

2

Δ𝜀𝑠ℎ

1 +
𝐾𝑃𝐶,fin𝐿𝑝

2𝐸fin𝐴

. (C.11)

Equivalently,

𝑁 = −
Δ𝜀𝑠ℎ𝐿𝑝

2

𝐾𝑃𝐶,fin

+
𝐿𝑝

𝐸fin𝐴

, 𝑅 = 𝑁. (C.12)

The expression can be interpreted as the shrinkage strain multiplied by the equivalent stiffness of the

system, consisting of the axial stiffness of the beam and the stiffness of the two end connections acting

in series.

C.2. Situation 3: Beam restrained by panel–core and panel–beam
connections

This configuration follows the same mechanical reasoning as Situation 2, but the beam is now restrained

by two springs with different stiffnesses. The left end is connected to a spring with stiffness 𝐾𝑃𝐶,fin,

representing the panel–core connection, while the right end is connected to a spring with stiffness

𝐾𝑃𝐵,fin, representing the panel–beam connection.

If the beam were unrestrained, the free shrinkage would again produce a total shortening

𝑢𝑠ℎ,free = Δ𝜀𝑠ℎ𝐿𝑝 . (C.13)
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As in Situation 2, the restraint induces a compressive axial force 𝑁 , which produces an elastic strain

𝜀𝑒𝑙 =
𝑁

𝐸fin𝐴
, (C.14)

and an elastic shortening

𝑢𝑒𝑙 = 𝜀𝑒𝑙𝐿𝑝 =
𝑁𝐿𝑝

𝐸fin𝐴
. (C.15)

The actual shortening of the beam therefore becomes

𝑢 = 𝑢𝑠ℎ,free − 𝑢𝑒𝑙 = 𝐿𝑝

(
Δ𝜀𝑠ℎ −

𝑁

𝐸fin𝐴

)
. (C.16)

This shortening is accommodated by deformation of the two springs. Let 𝑢𝑃𝐶 and 𝑢𝑃𝐵 denote the

deformations of the panel–core and panel–beam springs, respectively. Compatibility requires

𝑢𝑃𝐶 + 𝑢𝑃𝐵 = 𝑢. (C.17)

The corresponding spring reactions are

𝑅𝑃𝐶 = 𝐾𝑃𝐶,fin𝑢𝑃𝐶 , 𝑅𝑃𝐵 = 𝐾𝑃𝐵,fin𝑢𝑃𝐵 . (C.18)

Since the beam carries a uniform axial force, equilibrium requires

𝑁 = 𝑅𝑃𝐶 = 𝑅𝑃𝐵 . (C.19)

The spring deformations can therefore be written as

𝑢𝑃𝐶 =
𝑁

𝐾𝑃𝐶,fin

, 𝑢𝑃𝐵 =
𝑁

𝐾𝑃𝐵,fin

. (C.20)

Substituting these expressions into the compatibility condition gives

𝑁

𝐾𝑃𝐶,fin

+ 𝑁

𝐾𝑃𝐵,fin

= 𝐿𝑝

(
Δ𝜀𝑠ℎ −

𝑁

𝐸fin𝐴

)
. (C.21)

Rearranging leads to

𝑁

(
1

𝐾𝑃𝐶,fin

+ 1

𝐾𝑃𝐵,fin

)
= 𝐿𝑝Δ𝜀𝑠ℎ −

𝐿𝑝

𝐸fin𝐴
𝑁, (C.22)

𝑁

(
1

𝐾𝑃𝐶,fin

+ 1

𝐾𝑃𝐵,fin

+
𝐿𝑝

𝐸fin𝐴

)
= 𝐿𝑝Δ𝜀𝑠ℎ . (C.23)

Hence

𝑁 =
𝐿𝑝Δ𝜀𝑠ℎ

1

𝐾𝑃𝐶,fin

+ 1

𝐾𝑃𝐵,fin

+
𝐿𝑝

𝐸fin𝐴

. (C.24)
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In compact form, this becomes

𝑁 = −
Δ𝜀𝑠ℎ𝐿𝑝

1

𝐾𝑃𝐶,fin

+ 1

𝐾𝑃𝐵,fin

+
𝐿𝑝

𝐸fin𝐴

, 𝑅𝑃𝐶 = 𝑅𝑃𝐵 = 𝑁. (C.25)

This expression again reflects a system of stiffnesses acting in series, consisting of the beam stiffness and

the stiffnesses of the two different connections.

C.3. Situation 4: Continuously restrained beam
Consider a beam of length 𝐿𝑤 subjected to a shrinkage strain Δ𝜀𝑠ℎ and continuously restrained by an

elastic foundation with stiffness 𝑘𝑃𝐶,fin. The restrained edge is modelled as a continuous line of axial

springs. Both beam ends are free, implying

𝑁(0) = 𝑁(𝐿𝑤) = 0.

Let 𝑢(𝑥) denote the axial displacement along the restrained edge. Axial equilibrium of an infinitesimal

beam segment requires

𝑁 ′(𝑥) + 𝑞𝑅(𝑥) = 0, (C.26)

where 𝑞𝑅(𝑥) is the distributed reaction force from the elastic foundation. Using a Winkler-type

foundation model, this reaction is proportional to the local displacement:

𝑞𝑅(𝑥) = −𝑘𝑃𝐶,fin 𝑢(𝑥). (C.27)

The axial force in the beam follows from

𝑁(𝑥) = 𝐸fin𝐴 [𝑢′(𝑥) − Δ𝜀𝑠ℎ] . (C.28)

Differentiating gives

𝑁 ′(𝑥) = 𝐸fin𝐴𝑢
′′(𝑥). (C.29)

Substituting into the equilibrium equation yields

𝐸fin𝐴𝑢
′′(𝑥) − 𝑘𝑃𝐶,fin 𝑢(𝑥) = 0. (C.30)

Introducing

𝜆 =

√
𝑘𝑃𝐶,fin

𝐸fin𝐴
, (C.31)

the equation becomes

𝑢′′(𝑥) − 𝜆2𝑢(𝑥) = 0. (C.32)

The general solution is

𝑢(𝑥) = 𝐶1 cosh(𝜆𝑥) + 𝐶2 sinh(𝜆𝑥). (C.33)
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Applying the boundary conditions 𝑁(0) = 𝑁(𝐿𝑤) = 0 leads to

𝑢′(0) = Δ𝜀𝑠ℎ , 𝑢′(𝐿𝑤) = Δ𝜀𝑠ℎ .

At 𝑥 = 0, this gives

𝜆𝐶2 = Δ𝜀𝑠ℎ , 𝐶2 =
Δ𝜀𝑠ℎ
𝜆

. (C.34)

At 𝑥 = 𝐿𝑤 , substitution gives

𝜆 [𝐶1 sinh(𝜆𝐿𝑤) + 𝐶2 cosh(𝜆𝐿𝑤)] = Δ𝜀𝑠ℎ . (C.35)

Using 𝐶2 = Δ𝜀𝑠ℎ/𝜆:

𝜆𝐶1 sinh(𝜆𝐿𝑤) = Δ𝜀𝑠ℎ [1 − cosh(𝜆𝐿𝑤)] . (C.36)

Hence

𝐶1 =
Δ𝜀𝑠ℎ
𝜆

1 − cosh(𝜆𝐿𝑤)
sinh(𝜆𝐿𝑤)

. (C.37)

Using the hyperbolic half-angle identities, this can be rewritten as

𝐶1 = −Δ𝜀𝑠ℎ
𝜆

sinh

(
𝜆𝐿𝑤

2

)
cosh

(
𝜆𝐿𝑤

2

) . (C.38)

Substitution into the general solution leads to the centred form

𝑢(𝑥) = Δ𝜀𝑠ℎ
𝜆

sinh

(
𝜆

(
𝐿𝑤
2
− 𝑥

))
cosh

(
𝜆𝐿𝑤

2

) . (C.39)

This expression makes the symmetry of the problem explicit, with 𝑢(𝐿𝑤/2) = 0.

The distributed reaction force then follows directly as

𝑞𝑅(𝑥) = 𝑘𝑃𝐶,fin

Δ𝜀𝑠ℎ
𝜆

sinh

(
𝜆

(
𝐿𝑤
2
− 𝑥

))
cosh

(
𝜆𝐿𝑤

2

) . (C.40)

To obtain the axial force distribution, the displacement field is differentiated:

𝑢′(𝑥) = −Δ𝜀𝑠ℎ
cosh

(
𝜆

(
𝐿𝑤
2
− 𝑥

))
cosh

(
𝜆𝐿𝑤

2

) . (C.41)

Substituting this into the axial-force relation gives
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𝑁(𝑥) = −𝐸fin𝐴Δ𝜀𝑠ℎ

1 −
cosh

(
𝜆

(
𝐿𝑤
2
− 𝑥

))
cosh

(
𝜆𝐿𝑤

2

)  . (C.42)

This shows that the axial force is zero at the free ends and reaches its maximum at midspan, while the

distributed reaction force is largest near the edges and decreases towards the centre.



D
Restrained forces verification

This appendix verifies the analytical expressions for shrinkage-induced restraint forces derived in

Appendix C against numerical results obtained with RFEM. To ensure a direct comparison, the RFEM

models are kept consistent with the analytical idealisations: a 1D axial member subjected to an imposed

shrinkage strain and restrained by either fixed end conditions, discrete axial springs representing

connection stiffness, or a continuous elastic foundation representing a distributed line connection.

All verification cases use the same shrinkage input, based on a moisture change Δ𝑀𝐶 = 7% and a

shrinkage coefficient 𝛽𝑥 = 0.00015, resulting in a free shrinkage strain

Δ𝜀𝑠ℎ = 𝛽𝑥 Δ𝑀𝐶.

In RFEM, the shrinkage is introduced as an equivalent axial strain 𝑒𝑥 ; the input value 𝑒𝑥 = −1.05 is

rounded by RFEM to 𝑒𝑥 = −1.1. The elastic modulus is taken as 𝐸 = 11,000 N/mm
2

for all models. Per

situation, the effective strip width is set to 𝑏eff = 100 mm and the relevant restraint parameters (member

length and spring stiffness) are defined as listed in the corresponding section.

For each situation, the analytical formula is evaluated using the above input, and the resulting restraint

force (and where applicable, its distribution) is compared to the RFEM output shown in the accompanying

figures.

D.1. Situation 1: Fully restrained beam.
This configuration represents the limiting case of a member that is fully prevented from axial shortening.

The imposed shrinkage strain is therefore fully converted into axial stress. For a linear-elastic material,

the axial force follows directly from Hooke’s law:

𝑁 = −𝐸 𝐴Δ𝜀𝑠ℎ , (D.1)

with 𝐴 = 𝑏eff𝑡 the cross-sectional area of the considered strip.

Input.
𝛽𝑥 = 0.00015, Δ𝑀𝐶 = 7%, Δ𝜀𝑠ℎ = 𝛽𝑥Δ𝑀𝐶 = 0.00015 · 7 = 1.05 × 10

−3.

RFEM rounds the imposed strain from 𝑒𝑥 = −1.05 × 10
−3

to 𝑒𝑥 = −1.10 × 10
−3

. The modulus is

𝐸 = 11,000 N/mm
2

and 𝑏eff = 100 mm. In the RFEM verification model, the strip thickness equals

𝑡 = 200 mm, hence

𝐴 = 𝑏eff𝑡 = 100 · 200 = 20,000 mm
2.
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Analytical result. Using the unrounded strain value:

𝑁 = −(11,000)(20,000)(1.05 × 10
−3) = −231,000 N = −231.0 kN.

Using the rounded RFEM input 𝑒𝑥 = −1.10 × 10
−3

:

𝑁 = −(11,000)(20,000)(1.10 × 10
−3) = −242,000 N = −242.0 kN.

Comparison with RFEM. RFEM reports a uniform axial force of 𝑁 = 242.0 kN (compression), see

Figure D.1. The analytical solution matches exactly when the same rounded strain value is used in the

calculation; the difference between 231 kN and 242 kN originates solely from the rounding of 𝑒𝑥 in

RFEM.

Figure D.1: RFEM check for fully restrained beam.

D.2. Situation 2: Beam restrained by panel–core connection.
In this configuration the beam is restrained by a panel–core connection at both ends, modelled as two

identical axial springs with stiffness 𝐾𝑃𝐶,fin. Because the restraint stiffness is finite, shrinkage is only

partially restrained and the axial force follows from the series deformation of (i) the two springs and (ii)

the axial stiffness of the beam strip.

The restrained axial force (equal to the reaction force in each end spring) is

𝑁 =
−Δ𝜀𝑠ℎ

2

𝐾𝑃𝐶,fin𝐿
+ 1

𝐸𝐴

. (D.2)

Input. The imposed shrinkage strain in RFEM is 𝑒𝑥 = −1.1 × 10
−3

. The modulus is 𝐸 = 11,000 N/mm
2
.

For the effective strip width 𝑏eff = 100 mm and strip thickness 𝑡 = 200 mm (same as Situation 1),

𝐴 = 𝑏eff𝑡 = 100 · 200 = 20,000 mm
2 , 𝐸𝐴 = 11,000 · 20,000 = 220 × 10

6

N = 220,000 kN.

The spring stiffness is taken from the RFEM support definition:

𝐾𝑃𝐶,fin = 2313.2 kN/m.

The member length in the RFEM verification model is 𝐿 = 11.0 m.
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Analytical result. Substitution into Equation D.2 gives

2

𝐾𝑃𝐶,fin𝐿
=

2

2313.2 · 11.0
= 7.861 × 10

−5

kN
−1 ,

1

𝐸𝐴
=

1

220,000

= 4.545 × 10
−6

kN
−1 ,

𝑁 =
−1.1 × 10

−3

(7.861 × 10
−5) + (4.545 × 10

−6) = −13.23 kN.

Comparison with RFEM. RFEM reports a uniform axial force of 𝑁 = 13.23 kN and nodal reactions

𝑃𝑥 = ±13.23 kN (see Figure D.2). The analytical result matches the RFEM output for identical input

parameters.

Figure D.2: RFEM check for beam on steel-to-timber connections.

D.3. Situation 3: Beam restrained by panel–core and panel-beam
connection.

In this configuration the beam is restrained by two different connections: a panel–core connection at

one end and a panel–beam connection at the other. These restraints are modelled as axial springs with

stiffness 𝐾𝑃𝐶,fin and 𝐾𝑃𝐵,fin, respectively. The restrained axial force follows from the compatibility of

deformations of the two springs and the axial deformation of the beam strip.

The axial force (equal to the reaction force in both springs) is

𝑁 =
−Δ𝜀𝑠ℎ

1

𝐾𝑃𝐶,fin𝐿
+ 1

𝐾𝑃𝐵,fin𝐿
+ 1

𝐸𝐴

. (D.3)

Input. The imposed shrinkage strain in RFEM is 𝑒𝑥 = −1.1 × 10
−3

. The modulus is 𝐸 = 11,000 N/mm
2
.

With 𝑏eff = 100 mm and 𝑡 = 200 mm,

𝐴 = 𝑏eff𝑡 = 100 · 200 = 20,000 mm
2 , 𝐸𝐴 = 11,000 · 20,000 = 220 × 10

6

N = 220,000 kN.

The member length is 𝐿 = 11.0 m. Spring stiffness values are taken from the RFEM support definitions:

𝐾𝑃𝐶,fin = 2313.2 kN/m, 𝐾𝑃𝐵,fin = 1156.6 kN/m.
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Analytical result. Substitution into Equation D.3 gives

1

𝐾𝑃𝐶,fin𝐿
=

1

2313.2 · 11.0
= 3.931 × 10

−5

kN
−1 ,

1

𝐾𝑃𝐵,fin𝐿
=

1

1156.6 · 11.0
= 7.861 × 10

−5

kN
−1 ,

1

𝐸𝐴
=

1

220,000

= 4.545 × 10
−6

kN
−1 ,

𝑁 =
−1.1 × 10

−3

(3.931 × 10
−5) + (7.861 × 10

−5) + (4.545 × 10
−6) = −8.98 kN.

Comparison with RFEM. RFEM reports a uniform axial force of 𝑁 = 8.98 kN and nodal reactions

𝑃𝑥 = ±8.98 kN (see Figure D.3). The analytical result matches the RFEM output for identical input

parameters.

Figure D.3: RFEM check for beam on steel-to-timber and timber-to-timber connection.

D.4. Situation 4: Continuously restrained beam.
This verification case considers shrinkage of a beam strip that is restrained continuously along its length

by a line connection. In RFEM this is modelled as a distributed elastic support (“continuous springs”)

with line stiffness 𝑘𝑃𝐶,fin in kN/m
2
. The purpose of this check is twofold: (i) verify the analytical

expressions for 𝑞(𝑥) and 𝑁(𝑥) for a beam on an elastic foundation, and (ii) verify that the continuous

support can be approximated by discretised nodal springs with a spacing of 100 mm.

Input.
𝐿 = 8.0 m, 𝑏eff = 100 mm, 𝑡 = 200 mm ⇒ 𝐴 = 𝑏eff𝑡 = 20,000 mm

2 ,

𝐸 = 11,000 N/mm
2 ⇒ 𝐸𝐴 = 220 × 10

6

N = 220,000 kN, Δ𝜀𝑠ℎ = |𝑒𝑥 | = 1.1 × 10
−3 ,

𝑘𝑃𝐶,fin = 23,132 kN/m
2.

For a shrinking member on a continuous elastic foundation, the characteristic parameter is

𝜆 =

√
𝑘𝑃𝐶,fin

𝐸𝐴
[𝜆] = m

−1. (D.4)
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With the above input:

𝜆 =

√
23,132

220,000

= 0.324 m
−1 ,

𝜆𝐿
2

= 0.324 · 4.0 = 1.297.

Using the closed-form solution (cf. Appendix C), the axial displacement field, distributed reaction

(shear flow), and axial force are

𝑢(𝑥) = Δ𝜀𝑠ℎ
𝜆

sinh

(
𝜆

(
𝐿
2
− 𝑥

) )
cosh

(
𝜆𝐿
2

) , 𝑞(𝑥) = 𝑘𝑃𝐶,fin 𝑢(𝑥), (D.5)

𝑁(𝑥) = −𝐸𝐴Δ𝜀𝑠ℎ

[
1 −

cosh

(
𝜆

(
𝐿
2
− 𝑥

) )
cosh

(
𝜆𝐿
2

) ]
. (D.6)

The peak distributed reaction occurs at the ends (𝑥 = 0 and 𝑥 = 𝐿):

𝑞max =
√
𝑘𝑃𝐶,fin 𝐸𝐴Δ𝜀𝑠ℎ tanh

(
𝜆𝐿
2

)
. (D.7)

Substitution gives

𝑞max =
√
(23,132)(220,000) (1.1 × 10

−3) tanh(1.297) = 67.6 kN/m.

The peak axial force occurs at midspan (𝑥 = 𝐿/2):

𝑁max = 𝐸𝐴Δ𝜀𝑠ℎ

(
1 − 1

cosh

(
𝜆𝐿
2

) ) , (D.8)

which yields

𝑁max = 220,000 (1.1 × 10
−3)

(
1 − 1

cosh(1.297)

)
= 119 kN.

Comparison with RFEM. RFEM shows the characteristic distributions and peak values of 𝑞(𝑥) and

𝑁(𝑥) for the continuous support model (see Figure D.4). The analytical results closely reproduce the

RFEM response for identical input parameters.

Figure D.4: RFEM check for beam on distributed springs.
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To verify discretisation, the continuous foundation is replaced by nodal springs with spacing 𝑠 = 100 mm

(= 0.10 m). The equivalent nodal spring stiffness 𝐾𝑃𝐶,fin = 2313.2 is used.

The force in a discrete spring at position 𝑥𝑖 is approximated by integrating the distributed reaction over

the tributary length. With uniform spacing this reduces to

𝑅𝑖 ≈ 𝑞(𝑥𝑖) 𝑠. (D.9)

Using the peak reaction:

𝑅max ≈ 𝑞max𝑠 = 67.6 × 0.10 = 6.76 kN.

Comparison with RFEM. In the discretised RFEM model the nodal reactions reach approximately

𝑃𝑥,max ≈ 6.66 kN (see Figure D.5), which is in close agreement with 𝑅max ≈ 6.76 kN from the analytical

approximation.

Figure D.5: RFEM check for beam on distributed springs, discretized.



E
Effective width distributed spring

model

In this appendix, the effective widths determined from the RFEM analyses are verified using the

analytical beam–spring formulation presented in Section ??.

For a beam on a distributed elastic foundation, the maximum line reaction at the restrained edge is

given by:

𝑞max = 𝑘line

𝜀
𝜆

tanh

(
𝜆𝐿
2

)
, (E.1)

with

𝜆 =

√
𝑘line

𝐸 𝐴
, 𝐴 = 𝑏eff 𝑡. (E.2)

Here:

• 𝑘line is the line stiffness of the connection,

• 𝐸 is the Young’s modulus of the CLT panel,

• 𝑡 is the panel thickness,

• 𝑏eff is the calibrated effective width,

• 𝐿 is the length of the restrained edge,

• 𝜀 is the imposed shrinkage strain.

The following two cases are verified.

E.1. Situation 4a: short edge
• 𝐿 = 2000 mm

• 𝛽𝑦 = 0.00035

• 𝑏eff = 190 mm

• 𝑡 = 200 mm

• 𝑞RFEM = 45.140 N/mm
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The axial stiffness becomes:

𝐴 = 𝑏eff𝑡 = 190 × 200 = 38,000 mm
2. (E.3)

The parameter 𝜆 is:

𝜆 =

√
𝑘line

𝐸𝐴
. (E.4)

Substitution into the expression for 𝑞max yields:

𝑞max = 𝑘line

𝜀
𝜆

tanh

(
𝜆𝐿
2

)
= 45.15 N/mm, (E.5)

which matches the RFEM result.

Figure E.1: Effective width for shrinkage along the short edge (situation 4a).

E.2. Situation 4b: long edge
• 𝐿 = 8000 mm

• 𝛽𝑥 = 0.00015

• 𝑏eff = 455 mm

• 𝑡 = 200 mm

• 𝑞RFEM = 70.809 N/mm

The axial stiffness becomes:

𝐴 = 𝑏eff𝑡 = 455 × 200 = 91,000 mm
2. (E.6)

The parameter 𝜆 is:
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𝜆 =

√
𝑘line

𝐸𝐴
. (E.7)

Substitution into the analytical expression results in:

𝑞max = 𝑘line

𝜀
𝜆

tanh

(
𝜆𝐿
2

)
= 70.79 N/mm, (E.8)

which is in agreement with the RFEM analysis.

Figure E.2: Effective width for shrinkage along the long edge (situation 4b).



F
Critical load spring supported column

This appendix derives the critical axial load 𝑃cr for a (nearly) rigid column of length 𝐿 with a pinned

base and a lateral translational spring of stiffness 𝑘 at the top. The result is compared with the RFEM

linear eigenvalue buckling analysis.

F.1. Analytical derivation
Figure F.1 shows the idealised model. The column is pinned at the base and loaded in compression

by 𝑃 at the top. The top node is laterally restrained by a linear spring with stiffness 𝑘. The column is

assumed very stiff in bending, so the deformed shape is approximated as a rigid rotation by a small

angle 𝜑 (limiting case 𝐸𝐼 → ∞). The stability problem then has one degree of freedom: the rotation 𝜑.

Figure F.1: Spring-supported column idealisation.

For a small rotation 𝜑, the lateral displacement at the top is

𝑢 = 𝜑𝐿. (F.1)

The spring force follows as

𝐹 = 𝑘𝑢 = 𝑘𝜑𝐿. (F.2)

Taking moments about the base gives:

𝑀𝑘 = 𝐹𝐿 = 𝑘𝜑𝐿2 , (F.3)

𝑀𝑃 = 𝑃𝑢 = 𝑃𝜑𝐿. (F.4)
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At neutral equilibrium the net moment is zero:

𝑀𝑘 −𝑀𝑃 = 0 ⇒ 𝑘𝜑𝐿2 − 𝑃𝜑𝐿 = 0. (F.5)

For 𝜑 ≠ 0, the critical load is

𝑃cr = 𝑘𝐿. (F.6)

This expression applies to the rigid-rotation limit. For finite bending stiffness 𝐸𝐼, the critical load also

depends on 𝐸𝐼 and approaches classical Euler-type behaviour.

F.2. Numerical verification column-spring model
Figure F.2 shows the first eigenmode from RFEM for the same system. The column cross-section is

400 × 400 mm and the material stiffness is taken as

𝐸 = 11,500 N/mm
2 , (F.7)

corresponding to GL24c. In RFEM, a reference load 𝑃ref = 100 kN is applied and the software reports a

critical load factor 𝜆cr:

𝑃cr,RFEM = 𝜆cr𝑃ref. (F.8)

For the RFEM model:

𝑘 = 1000 kN/m, 𝐿 = 3.2 m, 𝑃ref = 100 kN. (F.9)

The analytical result gives

𝑃cr = 𝑘𝐿 = 1000 · 3.2 = 3200 kN, (F.10)

so the expected eigenvalue factor is

𝜆cr =
𝑃cr

𝑃ref

=
3200

100

= 32. (F.11)

This matches the first eigenvalue factor reported by RFEM (Mode Shape No. 1: 𝜆cr = 32.000), confirming

consistency with 𝑃cr = 𝑘𝐿 for this idealisation.

Figure F.2: RFEM linear eigenvalue buckling analysis of the spring-supported column.



G
Diaphragm deformation mechanisms:

rocking, segmentation and grout

This appendix supports subsection 7.2.1 by combining an analytical breakdown of the monolithic

cantilever-segment displacement into mechanism contributions and RFEM illustrations of how rocking

behaviour changes with floor segmentation and grout at the floor–core interface.

The figures show the in-plane displacement field 𝑢 of the segment (contours, in mm) and the line force

resultants 𝑣𝑦 along the floor–core interface and the panel–panel line hinges (in kN/m). The black

markers (RC) indicate the rotation centre(s) identified from the displacement field.

G.1. Deformation components
This section evaluates the displacement components from Eqs. (7.1)–(7.5) for the monolithic cantilever

segment. The goal is to quantify the displacement contribution of each mechanism and to compare the

analytical total displacement to the RFEM result for the same segment. The input parameters are:

𝐿𝑝 = 11000 mm, 𝐿core = 8000 mm, 𝑡 = 200 mm,

𝐸 = 11000 N/mm
2 , 𝐺𝑥𝑦,mean = 690 N/mm

2 ,

𝑞 = 4.451 N/mm, 𝑠𝑐 = 100 mm, 𝐾𝑐 = 1892.7 N/mm.

The section properties are taken as

𝐼 =
1

12

𝑡 𝐿3

core
, 𝐸𝐼 = 𝐸𝐼, 𝐴𝑠 = 𝐿core 𝑡.

For the monolithic floor–core interface, the translational and rotational stiffnesses are

𝑘𝑐 =
𝐾𝑐,ser

𝑠𝑐
[N/mm

2], 𝐾𝐴 = 𝐿core 𝑘𝑐 [N/mm], 𝐾𝑅 = 𝑘𝑐
𝐿3

core

12

[N mm].
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The displacement contributions are:

𝑢𝐴 =
𝑞𝐿𝑝

𝐾𝐴
= 0.32 mm,

𝑢𝑅 =
𝑞𝐿3

𝑝

2𝐾𝑅
= 3.67 mm,

𝑢𝐵 =
𝑞𝐿4

𝑝

8𝐸𝐼
= 0.09 mm,

𝑢𝑆 =
𝑞𝐿2

𝑝

2𝐺𝑥𝑦,mean 𝐴𝑠
= 0.24 mm.

This gives a total displacement

𝑢tot = 𝑢𝐴 + 𝑢𝑅 + 𝑢𝐵 + 𝑢𝑆 = 4.32 mm.

Rocking is the dominant contribution (𝑢𝑅 ≈ 85% of 𝑢tot), rocking governs the in-plane deformation

for the monolithic segment. The analytical result 𝑢tot = 4.32 mm is of the same order as the RFEM

displacement for the monolithic segment, 𝑢𝑌 = 4.4 mm.

G.2. Effect of panel–panel rotational coupling
Figure G.1 compares a monolithic floor to a segmented floor with rigid panel–panel coupling (𝐾𝑝 → ∞).

Both cases show an almost identical deformation pattern: one global rocking mode with a rotation

centre near the mid-width of the segment. In this configuration, the rocking moment is resisted with a

relatively large lever arm, which limits both displacements and interface demands. For the monolithic

reference, 𝑢max = 4.7 mm and max(𝑣𝑦) = 25.46 kN/m. The segmented case with 𝐾𝑝 → ∞ shows

essentially the same displacement field.

Figure G.1: In-plane displacement 𝑢 (mm) for (left) a monolithic floor and (right) a segmented floor with rigid panel–panel

coupling.

Figure G.2 shows the effect of reducing the panel–panel rotational stiffness. For 𝐾𝑝 = 0, panels are

uncoupled in rotation and moment transfer across the panel interfaces vanishes. The global rocking

mode disappears and each panel rocks more independently, leading to multiple rotation centres. As the

effective lever arm to mobilise a resisting couple reduces, both displacements and interface demands

increase strongly. Here, 𝑢max = 56.0 mm and max(𝑣𝑦) = 89.53 kN/m.

For finite stiffness (𝐾𝑝 = 12000 kN/m
2
), panels are partly coupled and the response becomes intermediate.

Panels rotate in groups, resulting in multiple rotation centres depending on the value of 𝐾𝑝 (ranging
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from several centres at low 𝐾𝑝 to one centre for 𝐾𝑝 → ∞). Relative panel rotation remains visible as

kinks in the displacement field and as local jumps in 𝑣𝑦 along the panel–panel hinges. In this case,

𝑢max = 6.2 mm and max(𝑣𝑦) = 28.04 kN/m.

Figure G.2: Segmented floors with (left) 𝐾𝑃𝑃 and (right) 𝐾𝑃𝑃 = 12000 kN/m
2
. Contours show in-plane displacement 𝑢 (mm).

G.3. Effect of grout at the floor–core interface
Figure G.3 shows the effect of grout in the floor–core gap. With grout, rocking tends to activate contact

at the interface. A compression zone forms along the core boundary and provides a stiff restoring

couple, which reduces the rocking displacement.

For the monolithic floor with grout, 𝑢max = 2.2 mm. The interface response becomes compression-

dominated, with 𝑣min

𝑦 = −81.93 kN/m and 𝑣max

𝑦 = 15.66 kN/m. This indicates that the rocking couple is

carried primarily through compression transfer at the contact zone, while the fasteners on the opposite

side carry a smaller share.

For the segmented floor with grout, 𝑢max = 3.5 mm, with 𝑣min

𝑦 = −114.72 kN/m and 𝑣max

𝑦 = 18.36 kN/m.

Segmentation still influences the kinematics and local force concentrations, although the grout contact

reduces the overall rocking deformation compared to the ungrouted configuration.

Figure G.3: Effect of grout at the floor–core interface: (left) monolithic floor with grout and (right) segmented floor with grout.

Contours show in-plane displacement 𝑢 (mm).



H
ULS connection checks

This appendix reports the detailed ULS checks for the diaphragm connections in Part III. RFEM

line-hinge resultants are reported per unit length [kN/m] and are converted to fastener-level design

forces using the fastener spacing of each variant. Results are shown for both first- and second-order

analyses; variants labelled as unstable did not converge in second-order analysis.

Fastener-level conversion and utilisation
For fastener checks, the governing RFEM normal-force line resultant is converted to a design force per

fastener as

𝐹𝐸𝑑 = |𝑛𝐸𝑑 | 𝑠, (H.1)

where 𝑛𝐸𝑑 is the relevant line resultant [kN/m] and 𝑠 is the fastener spacing [m]. The utilisation ratio is

evaluated as

𝜂 =
𝐹𝐸𝑑
𝐹𝑅𝑑

. (H.2)

Panel–core fastener checks
For all variants, the panel–core fastener demand is reported using the peak normal-force line resultant

𝑛PC,max:

𝐹𝐸𝑑,PC = |𝑛PC,max| 𝑠PC. (H.3)

The derived fastener-level forces and utilisation ratios are reported in Table H.1.

Panel–panel fastener checks
For the panel–panel connections, the demand is governed by the peak normal-force line resultant

𝑛PP,max:

𝐹𝐸𝑑,PP = |𝑛PP,max| 𝑠PP. (H.4)

The derived fastener-level forces and utilisation ratios are reported in Table H.2.
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Table H.1: Derived fastener-level ULS checks for the panel–core (PC) connection (a- and b-series), based on the peak

normal-force line resultant 𝑛
PC,max

.

Case 𝑠
PC

[m] |𝑛
PC,max,1| [kN/m] 𝐹𝐸𝑑,1 [N] 𝜂1 |𝑛

PC,max,2| [kN/m] 𝐹𝐸𝑑,2 [N] 𝜂2

C0 fixed – – – – – –

C1a1 0.10 10.5 1050 0.40 13.0 1300 0.49

C1b1 0.10 8.0 800 0.30 8.5 850 0.32

C1a2 0.10 10.0 1000 0.38 13.7 1370 0.52

C1b2 0.10 8.1 810 0.31 9.3 930 0.35

C1a3 0.10 9.7 970 0.37 15.7 1570 0.59

C1b3 0.10 8.2 820 0.31 10.0 1000 0.38

C1a4 0.10 9.5 950 0.36 unstable – –

C1b4 0.10 8.1 810 0.31 11.1 1110 0.42

C2a1 0.20 10.3 2060 0.78 27.2 5440 2.06

C2b1 0.20 6.8 1360 0.51 8.0 1600 0.60

C2a2 0.20 10.0 2000 0.76 unstable – –

C2b2 0.20 7.3 1460 0.55 9.3 1860 0.70

C2a3 0.20 9.7 1940 0.73 unstable – –

C2b3 0.20 7.5 1500 0.57 10.8 2160 0.82

C2a4 0.20 9.6 1920 0.73 unstable – –

C2b4 0.20 7.5 1500 0.57 13.0 2600 0.98

C3a1 0.30 10.0 3000 1.13 unstable – –

C3b1 0.30 6.0 1800 0.68 7.4 2220 0.84

C3a2 0.30 9.9 2970 1.12 unstable – –

C3b2 0.30 6.6 1980 0.75 9.3 2790 1.05

C3a3 0.30 9.8 2940 1.11 unstable – –

C3b3 0.30 6.8 2040 0.77 12.0 3600 1.36

C3a4 0.30 9.6 2880 1.09 unstable – –

C3b4 0.30 4.6 1380 0.52 unstable – –

Table H.2: Derived fastener-level ULS checks for the panel–panel (PP) connection, based on the peak normal-force line resultant

𝑛PP,max.

Case 𝑠PP [m] |𝑛PP,max,1| [kN/m] 𝐹𝐸𝑑,1 [N] 𝜂1 |𝑛PP,max,2| [kN/m] 𝐹𝐸𝑑,2 [N] 𝜂2

C0 fixed – – – – – –

C1a1 0.10 6.5 650 0.23 8.4 840 0.30

C1b1 0.10 5.4 540 0.19 6.4 640 0.23

C1a2 0.20 5.6 1120 0.40 8.2 1640 0.58

C1b2 0.20 4.3 860 0.31 5.4 1080 0.38

C1a3 0.30 8.0 2400 0.85 8.9 2670 0.95

C1b3 0.30 6.6 1980 0.70 8.2 2460 0.87

C1a4 0.40 4.6 1840 0.65 unstable – –

C1b4 0.40 3.5 1400 0.50 5.2 2080 0.74

C2a1 0.10 6.8 680 0.24 20.4 2040 0.72

C2b1 0.10 5.0 500 0.18 6.4 640 0.23

C2a2 0.20 6.0 1200 0.43 unstable – –

C2b2 0.20 4.8 960 0.34 7.0 1400 0.50

C2a3 0.30 5.4 1620 0.57 unstable – –

C2b3 0.30 4.1 1230 0.44 6.4 1920 0.68

C2a4 0.40 5.0 2000 0.71 unstable – –

C2b4 0.40 3.7 1480 0.53 7.1 2840 1.01

C3a1 0.10 6.9 690 0.24 unstable – –

C3b1 0.10 5.0 500 0.18 6.8 680 0.24

C3a2 0.20 6.1 1220 0.43 unstable – –

C3b2 0.20 5.2 1040 0.37 6.9 1380 0.49

C3a3 0.30 5.6 1680 0.60 unstable – –

C3b3 0.30 4.1 1230 0.44 8.8 2640 0.94

C3a4 0.40 5.2 2080 0.74 unstable – –

C3b4 0.40 2.5 1000 0.35 unstable – –



124

Table H.3: Derived fastener-level ULS checks for the panel–core (PC) shear connection (a-series), based on the peak shear-force

line resultant 𝑣𝑦,PC,max
.

Case 𝑠
PC

[m] |𝑣𝑦,PC,max,1| [kN/m] 𝐹𝐸𝑑,1 [N] 𝜂1 |𝑣𝑦,PC,max,2| [kN/m] 𝐹𝐸𝑑,2 [N] 𝜂2

C0 fixed – – – – – –

C1a1 0.10 15.3 1530 0.58 18.7 1870 0.71

C1a2 0.10 16.8 1680 0.64 22.9 2290 0.87

C1a3 0.10 17.9 1790 0.68 28.9 2890 1.09

C1a4 0.10 18.9 1890 0.71 unstable – –

C2a1 0.20 12.8 2560 0.97 34.8 6960 2.63

C2a2 0.20 13.8 2760 1.04 unstable – –

C2a3 0.20 14.6 2920 1.10 unstable – –

C2a4 0.20 15.2 3040 1.15 unstable – –

C3a1 0.30 11.8 3540 1.34 unstable – –

C3a2 0.30 12.5 3750 1.42 unstable – –

C3a3 0.30 13.0 3900 1.47 unstable – –

C3a4 0.30 13.5 4050 1.53 unstable – –

Timber bearing check for grouted panel–core interfaces
For the grouted variants (b-series), rocking activates local contact at the panel–core interface and a

compression zone forms. The RFEM shear resultant 𝑣𝑦,PC becomes highly localised near the contact

region (see Fig. 8.8 and Appendix G). To obtain a conservative estimate of the timber bearing stress, the

peak shear resultant is converted to a compressive stress using an effective bearing width 𝑏eff = 0.25 m:

𝜎𝑐,𝑡 ,𝐸𝑑 =
|𝑣𝑦,PC,Ed|
𝑏eff

. (H.5)

The utilisation is evaluated as

𝜂𝜎 =
𝜎𝑐,𝑡 ,𝐸𝑑
𝑓𝑐,𝑡 ,𝑘

, (H.6)

with 𝑓𝑐,𝑡 ,𝑘 = 21 MPa. The derived stresses and utilisations are reported in Table H.4.

Table H.4: Derived timber bearing stress for grouted panel–core variants (b-series), based on the peak panel–core shear resultant

𝑣𝑦,PC,max
from RFEM.

Case 𝑣𝑦,PC,max,1 [kN/m] 𝜎𝑐,𝑡 ,𝐸𝑑,1 [MPa] 𝜂𝜎,1 [-] 𝑣𝑦,PC,max,2 [kN/m] 𝜎𝑐,𝑡 ,𝐸𝑑,2 [MPa] 𝜂𝜎,2 [-]

C1b1 -821.8 3.29 0.16 -821.8 3.29 0.16

C1b2 -1175.4 4.70 0.22 -1177.8 4.71 0.22

C1b3 -1416.3 5.67 0.27 -1423.8 5.70 0.27

C1b4 -1625.1 6.50 0.31 -1635.7 6.54 0.31

C2b1 -853.3 3.41 0.16 -853.3 3.41 0.16

C2b2 -1254.1 5.02 0.24 -1254.1 5.02 0.24

C2b3 -1526.7 6.11 0.29 -1531.2 6.12 0.29

C2b4 -1747.8 6.99 0.33 -2095.7 8.38 0.40

C3b1 -857.5 3.43 0.16 -857.4 3.43 0.16

C3b2 -1275.3 5.10 0.24 -1275.3 5.10 0.24

C3b3 -1559.6 6.24 0.30 -2227.3 8.91 0.42

C3b4 -1287.7 5.15 0.25 unstable – –



I
RFEM case study model verification

I.1. Model verification strategy
This appendix documents the verification checks performed on the baseline RFEM model (Case C0:

monolithic floor, PC0+PP0+PB0). The aim is not to reproduce all results by hand, but to demonstrate

that the model is representative of the structural problem and that the global mechanisms and load

paths are understood. Checks are performed risk-driven and in increasing order of model complexity,

starting from individual load cases in a first-order linear-elastic analysis.

Unless stated otherwise, checks are first carried out for the individual load cases (𝐿𝐶1, 𝐿𝐶2, 𝐿𝐶3, 𝐿𝐶5)

using a 1st-order static analysis. Only after the individual load cases are validated are the governing

load combinations for result extraction evaluated in both 1st- and 2nd-order analysis (CO15/CO8 for

SLS and CO14/CO4 for ULS).

I.2. Global equilibrium checks
kĳken hier naar het hele gebouw.

I.2.1. Global vertical equilibrium
Table I.1: Verification check: global vertical equilibrium.

Load case 𝐿𝐶1 + 𝐿𝐶2 + 𝐿𝐶3

RFEM output Sum of vertical support reactions,

∑
𝑅𝑧

Expected outcome

∑
𝑅𝑧 matches total applied vertical load

Purpose Confirms vertical load magnitudes and load transfer to supports

Hand calculation:
The gross floor area is 𝐴 = 19 · 24 − 8 · 8 = 392 m

2
. For 10 typical floors, 𝑞𝐿𝐶2 = 4.25 kN/m

2
and

𝑞𝐿𝐶3 = 2.25 kN/m
2

are applied. For the roof (1 floor), reduced loads 𝑞𝐿𝐶2,roof = 1.5 kN/m
2

and

𝑞𝐿𝐶3,roof = 1.9 kN/m
2

are used. A facade line load of 1.0 kN/m over 42 m is included at each of the 11

levels.

Self-weight per storey is estimated from one CLT floor (𝑡 = 0.20 m), 30 glulam beams (0.36 × 0.36 m,

𝐿 = 4 m), (iii) 40 column segments (0.40 × 0.40 m, ℎ = 3.2 m), 8 concrete core wall segments (𝐿 = 4 m,

ℎ = 3.2 m, 𝑡 = 0.30 m), and one concrete core slab (8 × 8 × 0.30 m). Using 𝛾CLT = 5 kN/m
3
, 𝛾glulam = 4.2

kN/m
3
, and 𝛾conc = 25 kN/m

3
, this gives𝑊𝐿𝐶1,1 ≈ 1791 kN per storey, hence𝑊𝐿𝐶1,tot ≈ 11 · 1791 = 19.7

MN.

The applied surface loads sum to𝑊𝐿𝐶2+𝐿𝐶3 = 10 · 𝐴 · (4.25 + 2.25) + 𝐴 · (1.5 + 1.9) + 11 · (1.0 · 42) ≈ 27.3
MN. Therefore,𝑊tot,hand ≈ 47.0 MN.

125



I.2. Global equilibrium checks 126

RFEM reports𝑊tot,RFEM = 46.83 MN, i.e. the hand estimate differs by approximately 0.33%, confirming

global vertical equilibrium and correct load implementation.

Figure I.1: RFEM: sum of loads and sum of support forces in 𝑍.

I.2.2. Horizontal equilibrium under wind loading
Table I.2: Verification check: horizontal equilibrium under wind loading.

Load case 𝐿𝐶5 (wind in global 𝑌)

RFEM output Sum of applied loads in𝑌 and sum of horizontal support reactions in𝑌,

∑
𝑅𝑦

Expected outcome

∑
𝑅𝑦 equals the applied wind resultant in 𝑌 (global equilibrium)

Purpose Verifies wind load input, sign convention and global lateral equilibrium

Hand calculation:
Wind is applied as a line load along the facade edges. From the load input, the wind line loads are

𝑤1 = 2.739 kN/m and 𝑤2 = 1.712 kN/m acting over a characteristic facade length of 𝐿 = 19 m. The total

wind resultant per level is therefore estimated as:

𝐹𝑦,level ≈ (𝑤1 + 𝑤2) 𝐿 = (2.739 + 1.712) · 19 = 84.6 kN. (I.1)
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For 11 levels, this gives:

𝐹𝑦,tot ≈ 11 · 84.6 = 931 kN. (I.2)

RFEM reports

∑
loads in 𝑌 = 930.26 kN and

∑
support forces in 𝑌 = 930.26 kN (deviation 0.00%),

which agrees well with the hand estimate.

Observed behaviour (Figure I.2):
The horizontal support reactions are concentrated primarily at the core supports, indicating that lateral

wind loads are transferred through the floor diaphragms to the concrete core as the main stability

system. Only minor horizontal reactions occur at the column supports under wind-only loading.

Figure I.2: RFEM: wind in global 𝑌 (LC5) and corresponding support reactions in 𝑌.

The distribution of core support reactions is non-uniform and shows local concentrations near core

corners. This is expected, because the core resists wind through a combination of base shear, overturning

and torsional effects, which produce shear-flow transfer around the corner. As a result, noticeable 𝑟𝑦
components may also occur in the wall segment perpendicular to the wind direction at locations where

it is coupled to the wind-parallel wall.
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I.3. Load path and reaction distribution
To obtain clear figures, the reactions are shown for the first floor level only. Therefore, nodal support

reactions appear at the core nodes at this level, whereas in the full-building model the reactions are all

transferred to the base supports at foundation level.

I.3.1. Wind load transfer to the stability system
Table I.3: Verification check: wind load transfer to the core.

Load case 𝐿𝐶5 (wind in global 𝑌)

RFEM output Horizontal support reactions at core and column supports (𝑅𝑥 , 𝑅𝑦); resultant

support moment about 𝑍, 𝑀𝑧

Expected outcome Majority of base shear carried by the core; negligible horizontal reactions at

column supports; non-zero torsional moment 𝑀𝑧 due to plan asymmetry

Purpose Confirms load path “wind → diaphragm → core” and verifies torsional

response due to plan asymmetry

Observed behaviour:
For wind-only loading, horizontal reactions in the wind direction are concentrated at the core, while the

column supports exhibit negligible nodal reactions. This confirms that the floor diaphragm transfers the

lateral wind load primarily to the concrete core as the stability system. In addition, the core reactions

exhibit a resultant moment about the global 𝑍-axis, which is consistent with torsional response caused

by plan asymmetry (i.e. an eccentricity between the wind resultant and the model reference point).

Figure I.3: RFEM: core support reactions in 𝑋 and 𝑌 under 𝐿𝐶5, showing a torsional moment about the global 𝑍-axis.
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Hand calculation:
RFEM reports a resultant support moment about the global 𝑍-axis of 𝑀𝑧,RFEM = 341.79 kNm for the first

floor level. The wind resultant on the same level is 𝐹𝑦,level = 84.57 kN. An effective torsional eccentricity

(with respect to the RFEM reference point used for the reported resultant moment) follows as:

𝑒eff =
𝑀𝑧,RFEM

𝐹𝑦,level

=
341.79

84.57

= 4.04 m. (I.3)

This indicates that the line of action of the wind resultant is offset by approximately 4 m in the direction

perpendicular to the wind, which is consistent with the observed torsional response.

Figure I.4: Wind resultant on the first floor level and corresponding torsional moment about the global 𝑍-axis.

I.3.2. Verification of pinned column behaviour
Table I.4: Verification check: pinned column behaviour.

Load case 𝐿𝐶1 + 𝐿𝐶2 + 𝐿𝐶5

RFEM output Column end moments and column bending moments (𝑀𝑥 , 𝑀𝑦)

Expected outcome Column end moments are negligible (hinged behaviour)

Purpose Confirms that pendulum columns and releases are modelled correctly

Observed behaviour:
The plotted moment distribution shows bending carried primarily by the beams, while the columns do

not develop bending moments under the combined gravity and wind loading, which is consistent with

the intended hinged column behaviour.
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Figure I.5: RFEM: example moment distribution for 𝐿𝐶1 + 𝐿𝐶2 + 𝐿𝐶5 (visual check of pinned column behaviour).

I.4. Deformed shape inspection
I.4.1. Global displacements

Table I.5: Verification check: deformed shape under wind (direction and torsion).

Load case 𝐿𝐶5 (wind in global 𝑌)

RFEM output Deformed shape and displacement magnitude |𝑢|
Expected outcome Global drift in the wind direction with a torsional component due to plan

asymmetry

Purpose Confirms correct wind direction and checks for unintended restraints or

modelling artefacts

Observed behaviour:
The global deformed shape under 𝐿𝐶5 shows lateral drift in the wind direction. The displacement

field is not uniform across the plan, indicating a torsional response of the floor diaphragms, which is

consistent with plan asymmetry and an eccentric load path to the core.
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Figure I.6: RFEM: global deformed shape and displacement magnitude under wind in global 𝑌 (𝐿𝐶5).

Figure I.7: RFEM: plan view of the displacement magnitude under 𝐿𝐶5, illustrating non-uniform deformation across the floor

and thus torsion.
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I.4.2. Floor out-of-plane deflection
Table I.6: Verification check: floor out-of-plane deflection under gravity.

Load case 𝐿𝐶1 + 𝐿𝐶2 + 𝐿𝐶3

RFEM output Floor vertical displacement field 𝑢𝑧
Expected outcome Small displacements near supports; largest deflections in spans; smooth field

for the monolithic baseline (no spurious jumps)

Purpose Validates slab behaviour, support modelling and continuity of the floor

system

Observed behaviour:
The deformed shape shows maximum downward deflection in the most flexible regions of the floor

(largest spans), while displacements remain small in the vicinity of column supports and along the

core boundary. The deformation pattern is symmetric, which is consistent with the symmetric gravity

loading and indicates that the loads are applied correctly.

Figure I.8: RFEM: floor out-of-plane deflection under gravity loading (𝐿𝐶1 + 𝐿𝐶2 + 𝐿𝐶3).
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I.4.3. Member–surface compatibility
Table I.7: Verification check: member–surface compatibility (beam–floor coupling).

Load case 𝐿𝐶1 + 𝐿𝐶2 + 𝐿𝐶3

RFEM output Vertical displacement 𝑢𝑧 along a beam line and at an adjacent floor surface

point

Expected outcome Compatible deflections where beams are connected to the floor surface (no

offsets or gaps)

Purpose Detects incorrect coupling, rigid links or unintended releases between mem-

bers and surfaces

Observed behaviour:
At a representative location, the displacement extracted on the beam line matches the displacement at

the adjacent floor grid point (both 5.3 mm), indicating that the member–surface coupling is consistent

and that no unintended release exists in the vertical direction.

Figure I.9: RFEM: example check of member–surface compatibility showing matching vertical displacements on a beam and the

connected floor surface.

I.5. Diaphragm action
To keep interpretation clear, line-hinge checks are evaluated on the bottom floor diaphragm. The

baseline case C0 uses fully rigid in-plane connections at the panel–core and panel–panel interfaces;

therefore, relative slip should be minimal and results should primarily reflect global equilibrium and

load path.
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I.5.1. Diaphragm shear transfer under wind
Table I.8: Verification check: diaphragm shear transfer to the core (line-hinge forces).

Load case 𝐿𝐶5 (wind in global 𝑌)

RFEM output Line-hinge resultants along the panel–core interface (bottom floor): in-plane

shear 𝑣𝑦 and in-plane normal force 𝑁 [kN/m]

Expected outcome The panel–core interface carries the majority of the diaphragm shear required

to transfer wind to the core; non-uniform 𝑣𝑦 and non-zero 𝑁 may occur due

to torsion and force redirection around core corners

Purpose Verifies intended load transfer mechanism and confirms torsional load effects

at the floor–core interface

Observed behaviour:
Figures I.10–I.11 show the in-plane normal forces 𝑛 in the line hinges along the floor–core interface.

Although the applied wind acts in global 𝑌, the diaphragm load path is not a pure shear transfer: due

to plan asymmetry and the core geometry, the shear flow in the diaphragm is redirected around core

corners. This produces local axial forces along parts of the interface, which appear as non-zero 𝑛 in the

line hinges. The largest magnitudes occur near corners and at locations where force flow turns or where

collector beams connect to the diaphragm.

Figure I.10: RFEM: in-plane normal forces 𝑁 in the panel–core line hinges on the bottom floor under 𝐿𝐶5.
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Figure I.11: RFEM: close-up of in-plane normal forces 𝑁 near the core interface, highlighting local peaks near

corners/discontinuities.

Figure I.12 shows that the shear transfer along the panel–core interface is not uniform, which reflects

the torsional diaphragm response. Along the upper core wall, a small zone of tension (left) is followed

by predominantly compression along the remainder of the interface. Along the core wall parallel to

the wind direction, the sign change and gradual variation in 𝑣𝑦 indicate that the diaphragm rotates

approximately about a point near the centre of the floor plan (consistent with the eccentricity-based

torsion check presented earlier). At the lower core wall, the pattern reverses: a dominant tension zone

develops on the right side, with only a small compression region on the left. Overall, the opposite

sign patterns at the upper and lower interfaces, combined with the varying distribution along the

wind-parallel wall, are consistent with a torsional shear flow around the core.

Figure I.12: RFEM: in-plane shear forces 𝑣𝑦 along the panel–core line hinges on the bottom floor under 𝐿𝐶5. The non-uniform

distribution and sign changes indicate torsional diaphragm action.
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I.6. Second-order analysis
After the above checks are satisfied for the individual load cases in a 1st-order linear-elastic analysis, the

governing SLS and ULS combinations are evaluated using both 1st-order and 2nd-order (P–Δ) static

analysis settings: CO15/CO8 (SLS) and CO14/CO4 (ULS).

For the baseline case C0, the in-plane stiffness is high and global displacements are small; consequently,

the difference between 1st- and 2nd-order results is limited. To verify that the 2nd-order analysis settings

are applied correctly and to assess sensitivity to geometric non-linearity, the comparison is therefore

illustrated using a more flexible connection configuration (PC1a+PP1, with PB1), for which P–Δ effects

are expected to be more pronounced.

I.6.1. Second-order displacements
Table I.9: Verification check: second-order displacement amplification.

Load combinations CO15 (1st order) vs CO8 (2nd order)

RFEM output Global displacement component in wind direction, 𝑢𝑦
Expected outcome 𝑢𝑦,2 ≥ 𝑢𝑦,1 due to P–Δ amplification; largest differences in lower storeys

Purpose Confirms correct implementation of 2nd-order analysis settings and provides

a sensitivity check for geometric non-linearity

Observed behaviour:
Figures I.13 and I.14 show the global displacement field 𝑢𝑦 for the governing SLS combination in

1st- and 2nd-order analysis, respectively. The overall displacement pattern remains similar, while the

2nd-order results show a small increase in lateral displacements, most noticeable in the lower storeys.

This behaviour is consistent with modest P–Δ effects under serviceability loading.

Figure I.13: RFEM: 𝑢𝑦 displacements for SLS CO15 (1st-order analysis) for the flexible configuration (PC1a+PP1, PB1).
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Figure I.14: RFEM: 𝑢𝑦 displacements for SLS CO8 (2nd-order analysis) for the flexible configuration (PC1a+PP1, PB1).

I.6.2. Second-order forces
Table I.10: Verification check: second-order amplification of diaphragm interface forces.

Load combinations CO14 (1st order) vs CO4 (2nd order)

RFEM output Line-hinge resultants in diaphragm interfaces (panel–core and panel–panel):

in-plane normal force 𝑁 and in-plane shear 𝑣𝑦 [kN/m]

Expected outcome Second-order analysis yields equal or larger interface demands due to P–Δ

amplification; differences most pronounced in lower storeys

Purpose Confirms correct implementation of 2nd-order analysis settings and verifies

that force amplification follows the expected global behaviour under ULS

loading

In-plane normal forces in panel–core
The maximum compressive normal force in the panel–core interface increases in 2nd-order analysis,

from 𝑁PC,min = −10.50 kN/m (CO14) to 𝑁PC,min = −12.98 kN/m (CO4). The amplification is primarily

visible in the lower storeys, consistent with P–Δ effects.
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Figure I.15: RFEM: panel–core line-hinge normal forces 𝑁 for ULS CO14 (1st order).

Figure I.16: RFEM: panel–core line-hinge normal forces 𝑁 for ULS CO4 (2nd order).
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In-plane normal forces in panel–panel
The maximum panel–panel normal force increases in 2nd-order analysis from 𝑁PP,max = 6.47 kN/m

(CO14) to 𝑁PP,max = 8.39 kN/m (CO4), again with the largest differences occurring in the lower storeys.

Figure I.17: RFEM: panel–panel line-hinge normal forces 𝑁 for ULS CO14 (1st order).

Figure I.18: RFEM: panel–panel line-hinge normal forces 𝑁 for ULS CO4 (2nd order).
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In-plane shear forces 𝑉𝑦 in panel–core
The shear force distribution along the core interface reflects the combined diaphragm shear transfer

and torsional effects. In 2nd-order analysis, the extreme values increase from 𝑉𝑦,min = −15.32 kN/m

(CO14) to 𝑉𝑦,min = −18.67 kN/m (CO4), with differences most apparent in the lower storeys. This trend

is consistent with P–Δ amplification of lateral response and associated connection demands.

Figure I.19: RFEM: panel–core line-hinge shear forces 𝑉𝑦 for ULS CO14 (1st order).

Figure I.20: RFEM: panel–core line-hinge shear forces 𝑉𝑦 for ULS CO4 (2nd order).
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