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Summary

In order to achieve high aerodynamic performance, the trailing edge of wind turbine
blades is designed to be very thin. One major drawback is that it makes this region
susceptible to buckling which in turn often leads to failure due to debonding. There is high
interest in the industry to investigate the buckling behavior of the trailing edge section of
wind turbine blades in order to reduce failure in this region. A promising experimental
technique, called sub-component testing, aims at testing critical regions of the blades,
such as the trailing edge. Sub-component testing of cut-out trailing edge sections is quite
challenging, however, because it is difficult to accurately load the specimen such as to
mimic the loading seen by the full-blade and to obtain results that are not influenced
by boundary effects. So far, no clear solutions has been found to solve these problems.
This research project aims to find solutions to solve these two problems by performing
numerical simulations using the finite-element software Abaqus.

A numerical model was first created to replicate a preliminary buckling experiment done
on a 3 m cut-out section of a 34 m SSP blade. This model was then used for three other
3 m blade sections coming from different radial distances along the full blade. The goal
was to understand how to best cut their cross-sections such that the applied loading would
closely match that of the full-scale. Buckling simulations were then performed on these
sections to try to predict how they would naturally buckle. The sections were inspected to
understand why some would buckle close to the boundaries while others would not. The
buckling location was determined to be affected mainly by a variation in panel flexural
stiffness along the specimen length due to some panels having different core thicknesses,
and from a lesser extent to the difference in distance between the panels from one end of
the blade section to the other. These findings reveal that solutions to shift the buckling
wave towards the center of the specimen should be directed towards making the panels
have relatively constant flexural rigidity. This flexural rigidity is proposed to be tuned by
either applying over-lamination and/or implementing a slim cut in the specimen. This
thesis provides a wealth of results that sets the stage for further developments of this
promising testing procedure.
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Chapter 1

Introduction

Trailing edge failure of wind turbine blades accounts for 35 percent of wind turbine rotor
failure and leads to increased downtime and operating costs [1]. It is therefore a critical
area to investigate for failure analysis. This region is highly complex due to its cross-
sectional curvature, the transition from sandwich to pure laminate and the transfer of
loads from the caps/box girder to the trailing edge giving a complex load field. Addi-
tionally, the presence of adhesive joints at the trailing edge increases the complexity of
the section. While higher aerodynamic performance is achieved when the trailing edge is
thin, it has the drawback of making the region prone to buckling. This instability induced
failure mode is often the critical parameter for wind turbine blade failure as it often leads
to debonding of the trailing edge [2] [3].

The standard approach to verify the integrity of the blades, including the trailing edge
region, is by performing full-scale tests. Both static and dynamic tests are done following
the IEC 61400-23 [4] standard on full-scale testing. While this test method is very realistic,
it is very expensive and time consuming. The cost of the blade to be tested to failure is
very high, and the dynamic test can take several months to complete.

An alternative approach is to determine the structural response and load bearing capacity
of selected parts or sections. This testing method, called sub-component testing, while
being relatively new to the wind energy industry, shows great potential to become a much
faster and cheaper method to certify blade designs and is of high interest for the industry.

Numerical and experimental investigations of cut-out trailing edge sections via sub-
component testing could therefore help understand the structural response in this region
and lead to improved designs. For example, it could be used to evaluate trailing edge
adhesive thicknesses or assess trailing edge adhesive manufacturing techniques. However,
testing of cut-out trailing edge specimen under compressive loading, which is the load con-
figuration that leads to the dominant failure mode of trailing edge panel buckling, is very
challenging and no significant work has been done on this topic. The challenges mainly
arise from the complexity of the trailing edge section coupled with the challenges brought
by the sub-component testing methodology. These extra challenges are more specifically
to accurately load the specimen such as to mimic the loading seen by the full-blade and
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2 Introduction

to obtain results that are not influenced by boundary effects. So far, no clear solutions
has been found to solve these problems.

As a matter of fact, the Technical University of Denmark (DTU) recently developed a
test rig for compression of trailing edge panels and found from a preliminary test that
a crack initiated at the boundary and clearly influenced the failure of the specimen [3].
The study concluded that more analysis is needed to move the buckling wave towards the
middle of the specimen in order to reduce the influence of the boundaries.

The thesis project aims to solve the problems associated with sub-component testing with
specific application to wind turbine blade trailing edge sections. More specifically, the
aim is to mitigate boundary condition effects during static compression loading such that
the buckling behavior of the blade piece from testing correctly mimics the condition seen
by the blade in full-size testing and in the field. This would be achieved by analyzing
different solutions with the help of numerical and experimental methods in order to move
the buckling wave toward the center of the specimen. The setup should also mimic the
internal loading of the full-blade that is subjected to edgewise loading. The thesis project
is a direct continuation of the preliminary study on trailing edge sub-component testing
at DTU.

Solving these problems could benefit wind turbine manufacturers in successfully imple-
menting state of the art sub-component testing in their testing procedures, with the end
goal of increasing the reliability of the blades and reduce development cost and time of
new blade designs.

The thesis report is organized as follows. An in-depth literature review is provided in
Chapter 2 on sub-component testing, buckling theory, buckling of wind turbine blades
and buckling in aerospace structures. This is then followed by the research questions and
objectives of the thesis project. Chapter 3 is about creating the model and simulating
the first buckling experiment performed at DTU. In Chapter 4, the full-scale blade model
is loaded such that the trailing edge sees a compressive loading and the longitudinal
strain distribution is then extracted at selected cross-sections. Chapter 5 is about loading
three different blade sections with the numerical model that was created and modify
these sections in order to try to match the longitudinal strain on these sections with the
longitudinal strain found from the full-scale simulation. In Chapter 6, buckling analyses
are performed on the three sections and their responses are investigated to detect any
trends. In Chapter 7, the geometry and composite details of these sections are inspected
to find explanations for the results in Chapter 6. Finally, the knowledge gained is then
applied in Chapter 8 to test and suggest different solutions to solve the boundary effect
and loading distribution problems of trailing edge sub-component testing.



Chapter 2

Literature Review

With the aim of the thesis being to address some of the main challenges of trailing edge
sub-component testing, namely boundary condition effects and accurate load introduction,
the literature study aims to provide a review of past buckling experiments of wind turbine
blades and of similar-sized composite specimens as trailing edge sub-components in the
research project in order to grasp industry best practices in experimental and numerical
work. The review starts by giving a thorough introduction of sub-component testing
methodology. Then, since the project involves looking into the buckling behavior of the
structure, the concept of buckling is explained in detail. This is followed by an overview
of industry guidelines on buckling analysis of wind turbine blades, full-scale buckling
tests from prior studies and numerical buckling analysis of blade sections. The review
then goes over relevant sub-components buckling experiments from aerospace engineering
since it contains a lot more information on this type of study, being a more mature field
than wind energy. Special attention is put on methods taken by previous projects to
address boundary effects, numerical modeling approaches, measurement techniques and
obtained results. This information is then evaluated and analyzed in order to provide a
solid knowledge foundation for the present thesis project.

2.1 Sub-Component Testing

This section aims to deliver an understanding of current industry practices with regards
to testing procedures, with particular attention to the concept of sub-component testing.

3



4 Literature Review

Figure 2.1: Illustration of the test pyramid.

The design of wind turbine blades includes tests of different scales and are often broken
down by the levels shown in Figure 2.1. The traditional practice is for the material
properties to be determined via small coupon tests, while in a later stage, full-scale blade
tests are to be performed to verify the results predicted by the numerical model of the
blades. Often no intermediate stage tests are done between coupon and full-scale tests.

At the coupon level, small specimens made out of the basic materials used in the blade are
tested in order to determine their materials properties for both tensile and fatigue limit
states. Since the specimens are relatively inexpensive to manufacture and because testing
time is relatively quick, many repetitions can be performed. This in turn minimizes the
statistical uncertainty of the results. The material properties are then fed as inputs in
the numerical model of the blade.

At the full-scale level, full-scale prototypes of the blades are tested both statically and
dynamically according to the IEC 61400-23 [4] standard on full-scale tests. These tests
are done at the end of the design process to ensure that the numerical model correctly
predicted the load-carrying capability of the blades. While the full-scale test is very
realistic in that the final structure is tested in its whole and that it can capture some
failure modes not seen in other test, it does have important disadvantages [3].

• The tests are very expensive and time-consuming. The cost of the blade to be failed
is very high and the fact that the fatigue test requires several months to complete
also induces costs due to greater time to market.

• They are usually performed at the end of the design process as a last verification
step. Design iterations at this stage based on the results are therefore highly un-
practical and could further increase cost and time-to-market.

• Only one blade is tested. The results are therefore prone to blade-to-blade variations
which are then accounted for in conservative safety factors which then leads to more
conservative and expensive designs.

• Fatigue testing approaches do not represent reality very well because the blades are
made to constantly oscillate at their first natural frequency (while they are designed
to operate away from their natural frequencies) and at higher loadings than seen in
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the field. This is done in order to minimize the energy required to run the test and
to lower the number of cycles needed.

One possibility that can resolve some of these problems is to perform down-scaled tests.
In this way, the costs are much lower, a larger number of tests can be performed and these
tests could appear earlier in the design process. However, it has many disadvantages that
make these methods not ready to become a useful tool in the industry and to be accepted
by certifying companies. It is not clear how well the down-scaled blade represents the
real blade, how to down-scale a composite layup, how the manufacturing errors in the
down-scaled blade are representative of the manufacturing errors in full-scale blades and
new moulds would have to be made for the down-scaled blades [3]. A lot more research
is needed before it can be useful for the wind energy industry and it is not clear whether
it is a direction to move into.

Another experimental test method, called sub-component testing, is the testing of selected
parts or sections of the full structure. Sub-component testing aims at only testing the
structural response and load bearing capacity of the most complex and critical regions
of the blade and to verify the numerical models for critical details. They lie at an inter-
mediate level between coupon tests and full-scale tests in terms of complexity, number
of tests performed, statistical uncertainty and model uncertainty as illustrated in Figure
2.1. Thus, its complexity lying between coupons and full-scale means that a few tests are
performed for each sub-component.

Sub-component testing plays a very important role in experimental research but are still
in its infancy in the wind energy field. It offers the advantage of cost and time savings
compared with the costs of full-scale tests. This then makes it much easier to test radically
new designs because less money and time is lost if the design does not work. Unlike down-
scaled testing, they do not suffer from size effects which are particularly problematic in
the area of fracture mechanics since material plasticity does not scale with size, and that
fracture location and fracture modes might differ significantly [3]. This means that it is
important that the sub-component has similar size like that of the full-scale. However, the
challenge with sub-component testing is to correctly mimic the force and displacement
boundary conditions on the edges of the specimen such that it realistically represents
full-scale loading. The application of the boundary conditions should also not influence
the results. For example, a crack forming at the edge is an indication that the boundary
condition could have reduced the strength from a stress concentration.

Sub-component specimens can be made in the laboratory specifically for testing or be
cut-out from actual produced blades. There are advantages and disadvantages in both
methods. In general, specimens produced in the laboratory will differ from the manu-
factured product. The laboratory specimen may be more perfect than the manufactured
product because only a few specimens are created and they receive careful attention, or
the opposite may be true where the automation has been fine-tuned and variance between
specimens is lower. The manufacturing process of wind turbine blades tend not to be as
automated as some other industries and so the laboratory specimens tend to be seen as
more perfect than the manufactured product. In other words, the accuracy of tolerance is
higher and there is less variance present. This means that the results deviate less and it
is also easier to compare the results with analytical models. This means however that the
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lower scatter of data can lead to results that are non-conservative. Some failure modes
might also be missed out [3].

As for the specimens made from cut-out pieces from full-scale blades, the testing will give
a more accurate representation of the actual strength of the joint, however, it may lead to
a higher scatter of data which ultimately lowers the characteristic strength. Comparison
with analytical models might also be more difficult considering that more failure modes
can be present [3].

While sub-component testing has been developed by the automotive industry and is also
present in civil and aerospace engineering applications, it is relatively new to the wind
energy field. Some wind turbine manufacturers have started doing a few laboratory-made
specimens. For example, LM Wind Power has made a few specimens in the laboratory to
represent the trailing edge of their blades and investigates the effect of different laminate
and adhesive thickness on moment applied to failure as well mode I fracture toughness [3].
While these can be seen as relatively small studies and do not form a large part of the
design process yet, the situation is likely to change very fast. There is strong interest
from the industry to implement sub-component testing on a large scale because it could
accelerate the certification process and be cheaper than full-scale testing. Progress is
being made not only from the industry side but also from the certification side which will
likely accelerate its development very quickly. In December 2015, DNV-GL released their
first wind turbine blade standard, named DNV-GL-ST-0379 [5], and it is quite significant
because it marks the first time that guidelines on how to do sub-component testing are
included in a wind energy standard. The standard states that sub-component testing
can be used as part of the design verification process in addition to coupon and full-scale
tests or can be used as partial substitute for full-scale blade testing. It also specifically
mentions that it should be performed on a few critical regions, like the trailing edge.
Other important guidelines given by the standard are:

• “The [sub-component] test specimens shall be representative of the actual blade in
terms of materials, structural design, manufacturing processes and quality control

• The specimens shall be built to a geometrical scale of 1:1, unless justification as per
section [2.2.6] is provided.

• The size of specimens shall be chosen such that the boundaries do not interfere with
the structural response of the area (or a design feature) under investigation.

• The test loads shall be defined such that the local loading conditions of the area (or
design feature) under investigation are equivalent to the actual blade structure.”

and that the testing should be accompanied by structural analysis (FEA or analytical
methods) to have correspondence in results between the test specimen and the full blade.
More specifically, the standard asks for the following comparisons:

• “Predictions from the specimen model compared to the intermediate level test re-
sults (such as strain readings).

• Predictions from the actual blade model compared to the full scale blade test results.

• Predictions from the specimen model compared to predictions from the actual blade
model.”
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Note: The words specimen and intermediate level test refers to the sub-component while
the actual blade and full-scale blade test refers to the full-scale blade.

Sub-component testing of wind turbine blades is currently mainly aimed at testing the
strength of adhesive bonds and the strength of the root inserts [6]. With the exception
of one notable manufacturer, adhesive joints are used to link the bottom and top shells
of the wind turbine blades along the whole length of the blade at the leading and trailing
edges as well as connecting the spar cap to the shear web. The blades are simply more
likely to fail in the joints than in the composite material sections due to abrupt changes
in geometry in these sections, creating local stress singularities. The behavior of adhesive
joints is very complex and there is a lack of knowledge about them in industry and
academia. According to [3], the behavior of adhesive joints are complex because they are
affected by:

non-uniform cross-sections struggling with each other caused by taper and
twist, cross-sectional curvature of panels associated with ovalization effects
(i.e. in-plane cross-section deformations caused by geometric nonlinearity),
local buckling effects, and material anisotropy associated with Poisson ratio
effects. Furthermore, adhesive joints are affected by adhesive properties, bi-
material interface properties (e.g. fiber bridging capabilities), local joint geom-
etry (stiffness) all of which are affected by different manufacturing techniques
themselves affecting the presence of flaws and imperfections in the bondline.
The complexity is even more increased by the fact that the blades are sub-
ject to aero-elastic loads which depend on many factors bearing high levels
of uncertainty (e.g. turbulence levels, yaw direction, controller performance,
etc.).

In addition to the modeling complexities, the manufacturing also poses issues in that
the final product is often not built as it was specifically designed. For example, a small
difference in bondline thickness due to not so exact blade dimensions can create large
difference on strength compared with what was originally predicted. To remedy these
problems, wind turbine manufacturers at best include partial safety factors in order to
accommodate the uncertainties from the adhesive joints. The outcome are blades that
are heavier and overdesigned without a clear grasp of the issue [3].

In 2015, a national study from the Technical University of Denmark (DTU) found that
statically loading a full 34 meter blade (manufactured by SSP Technologies) to failure
at its most critical angle created buckling at the trailing edge and led to adhesive bond
failure [3]. This occurred on all three blades tested. This clearly showed that adhesive
debonding at the trailing occurring from large local buckling waves is an important failure
mode that should be studied more thoroughly.

The same study goes into more detail on specific information about trailing edge sub-
component made out of cut-out sections. The edge of the sub-component panel is said
to be subject to complex 3D stress that varies linearly along the cut. This is because the
shells experience out-of-plane and in-plane deformations that involves all six components
of the forces in the local shell section along the cut. These boundary conditions are dif-
ficult to realise. Another issue is that boundary affects appear near the introduction of
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the load and so the region needs to be reinforced so that failure does not happen at the
boundary. But adding reinforcements changes the stiffness of the specimen. Also, the
boundary effects can alter the real stress and strain state quite far from the boundary.
This means that a larger specimen would be needed but it compromises the advantages
of sub-component testing. These difficulties means that a compromise is needed between
identifying important damage modes and simplifying the sub-component testing method-
ology.

Also part of the study was a first attempt at performing a sub-component trailing edge
test. A test rig has been developed and constructed at DTU Wind Energy for sub-
component testing of trailing edge panels cut-out from full scale blades. The cut-out
sections to be tested include the trailing edge panels, the shear web closest to the trailing
edge and part of the caps, as shown in Figure 2.2 and Figure 2.3a. The test set-up can fit
specimens of different sections of the blade but they should be 3 meters long. The loading
is applied by using a spindle and the use of an actuator which forces vertical frames at
each end to apply a linear varying compressive displacement on the blade piece. The
compressive displacement is zero at the hinge and maximum at the trailing edge. This
is meant to simulate edgewise bending on the section. The load history is monitored via
a load cell. The purpose was to check the compressive strength under simplified loading
which is currently more practical and realistic than applying more complicated intelligent
boundary conditions.

Figure 2.2: The test rig at DTU for testing of sub-component trailing edge panels. Blade
specimens from different lengthwise blade sections can be used. [3]

One test was done on a 3 m cut-out section of one of the SSP 34 m blades and the
test showed buckling waves similar to the ones seen on the full-scale tests. These were
observed along the trailing edge. The results overall mean that the principle of the sub-
component test works. However, as Figure 2.3b demonstrates, a crack initiated at one of
the boundary and it clearly influenced the failure of the specimen. The conclusion is that
more analysis is needed to find solutions to move the buckling more towards the middle
part of the specimen. This is precisely the aim of the present research project and is
a direct continuation of the study done by DTU. The following sections aim to provide
in-depth information on buckling analysis.
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(a) (b)

Figure 2.3: (a) A trailing edge specimen cut from an SSP 34m blade installed in the test rig,
section from 26 to 29 meters along the blade length. (b) Buckling and failure
of the trailing edge during the first test. [3]

2.2 Buckling: Concept and Definition

Buckling describes an instability applicable to thin structures that is defined by a nonlin-
ear increase in out of plane deflection with a change in compressive load [4]. It happens
when a structure converts membrane strain energy to bending strain energy at a given
load [7]. It leads to failure at a compressive stress that is lower than the ultimate com-
pressive stresses that the material can withstand and so buckling is the dominant failure
mode of thin structures under compressive loading. This phenomenon involves important
changes in the shape of the structure with geometric nonlinear effects.

An important keyword in the definition of buckling is the word instability. According
to [8], “structural stability can be informally defined as the power to recover equilib-
rium”. Thus, a structure is deemed to be stable at an equilibrium position if it is able to
return to that position after being disturbed by a perturbation. Mathematically speak-
ing, the transition from stability to instability happens at critical points. When these
critical points are reached, the structure might collapse, depending on post-critical be-
haviors. There exist two types of critical points; bifurcation points and limit points.
These conveniently corresponds to the two different forms of buckling observed which are
bifurcation buckling (also known as Euler buckling) and limit point buckling (also known
as snap-through buckling).

The concepts mentioned can be well illustrated on load vs. end-displacement graphs
(see Figure 2.4a, for example). On these graphs, the curves represent the equilibrium
paths. The section of the equilibrium path prior to reaching a critical point is called the
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primary path (or prebuckling state) while the equilibrium path after the reaching the
critical point is called the secondary path (or post-buckling state). Additionally, the term
reference state is used to express the state of zero deflection and zero load.

(a) (b)

Figure 2.4: (a) Bifurcation buckling and its post-buckling behavior. (b) Ball analogy show-
ing that equilibrium does not imply stability.

Bifurcation buckling comes from the word bifurcation which means that there is more
than one solution possible. In effect, equilibrium is satisfied by more than one solution at
this critical point, hence it coincides with the intersection of multiple equilibrium paths.
Figure 2.4a shows that while increasing the applied load initially induces mainly axial
or in-plane deformation, a new mode of out of plane bending deformation occurs at the
bifurcation point. This can result in three types of post-buckling behaviors, unstable,
neutral and stable post-buckling. Unstable post-buckling behavior comes from brittle
materials and is characterized by large deflections suddenly developed with no increase
in applied load. Neutral post-buckling behavior comes from plastic type failure and large
deflections occurs with small increase in load. Finally, stable post-buckling behavior is
common for ductile type of failure where the out-of-plane deflection develops gradually
in a stable manner as the load is further increased [9]. Thus, the structure may still
bear additional load in a post-buckling state given that is is stable. While more than
one branch satisfies equilibrium, the structure will have to select one path and it will do
so based on the one where energy is minimized. A common analogy used to represent
this concept are balls tending towards points of lower potential energy when acted by
gravity, as shown in Figure 2.4b. It is also important to note that the load that is applied
when the bifurcation point is reached (i.e the critical load) is the solution of an eigenvalue
problem where the elastic buckling load is the eigenvalue and the corresponding buckling
mode deformation is the eigenvector [10]. This concept is explained in more details in the
section on numerical analysis of buckling. Finally, structural engineers commonly refer
to bifurcation buckling simply as buckling.

Limit point buckling occurs when the the stiffness of the structure decreases with in-
creasing load until the stiffness eventually reaches zero (i.e the stiffness matrix becomes
singular) at a certain load called the limit load (Figure 2.5b). This critical point is there-
fore at the local maxima on the load-displacement curve since the slope is zero at this
location. Thus, very large displacements can occur with no increase in load. Failure of the
structure is usually dramatic and almost instantaneous therefore indicating the collapse
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of the structure [7]. For arches, caps and cones, or even a simple two-bar truss as shown in
Figure 2.5a, this highly non-linear process then typically results in an unstable dynamic
process called snap-through where the structure suddenly jumps from A to B (as seen
in Figure 2.5b) by following the dotted line to a new state that resembles the inverted
form of the initial structure. For this reason, structural engineers commonly refer to limit
point buckling as snapping.

(a) (b)

Figure 2.5: (a) Two bar truss, before and after snap-through. (b) Load-displacement curve
of the center node showing the full equilibrium path (solid line) and real path
taken from the snap-through dynamic process (dashed line)

.

Complex structures typically have a mixture of limit points and bifurcation points and
so one question that immediately arises is: which of the critical point should be chosen
to determine the safety factor against buckling? According to [8], while most textbooks
simply say to pick the lowest critical load, it is not the preferred method if post-buckling
behavior is also taken into consideration. This is because there could be a situation,
although uncommon, in which the lowest critical load occurs at a critical point that is
not the first one observed in the loading process (as illustrated in Figure 2.6b). A better
method, as claimed by [8], is to select the critical load that is “located on the primary
path that is nearest to the reference state”. For clarification, the primary path is the path
that goes through the reference state. Therefore, the critical load to select is the load
corresponding to the bifurcation point of Figure 2.6a, and of the limit point of Figure
2.6b.
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(a) (b)

Figure 2.6: (a) Equilibrium path where bifurcation buckling occurs before limit-point buck-
ling (b) Equilibrium path where limit point buckling occurs before bifurcation
buckling.

An extremely important point to understand is that bifurcation is a mathematical concept
and, although useful, differ from what is seen in practice. True bifurcation buckling does
not actually exist because it is a feature that essentially comes from “geometrically perfect
structures”, which are structures idealized as having no imperfections [10]. In real life,
all structures contain unavoidable imperfections. These can be geometrical imperfections
like out-of-straightness or out-of-roundness coming from manufacturing, load imperfection
since the compressive load cannot be perfectly centered and support imperfections like
connection eccentricities and moving foundations. These cause the real structure to follow
a different fundamental path where the instability arises by limit-point buckling and in
which the critical load is lower than for the ideal case (see Figure 2.7). In fact, it follows the
bifurcation path as an asymptote, with greater imperfection leading to lower critical loads
[11]. In summary, the structure already contains imperfections and so the structure will
simply amplify these initial imperfections when loaded therefore decreasing the stiffness
and following the limit load curve instead of a sharp sudden change as predicted by
bifurcation theory. Although true bifurcation buckling is not real, the bifurcation model
is still very useful because it often leads to a good approximation of the failure load and
mode [7].
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Figure 2.7: Load-displacement diagram showing equilibrium paths for idealized perfect
structures and real imperfect structures.

Buckling may occur in different scales. When buckling is said to occur at the global
level, the deformation occurs for either the entire structure, or for a complete structural
member. When it occurs at the local level, the deformation is prescribed at only a specific
region of the member (e.g. local buckling of an I-beam flange) [9].

Finally, buckling may trigger other failure modes in composites like fibre failure, matrix
cracking or adhesive bond failure. The presence of damage in the composite or the
adhesive may also affect the buckling behavior significantly. As an example, buckling in
wind turbine blades can occur from what is known as buckling-driven delamination. It
is a progressive failure mechanism in composite plates which arises from delamination
(i.e areas of poor or no bonding between plies) already present in the structure [12].
This delamination effectively splits the structure into two sub-laminates and the critical
buckling load of these sub-laminates may be much lower than the critical buckling load
of the original structure. Buckling may therefore occur much earlier than expected.

2.3 Buckling Numerical Analysis

Buckling analysis can be modeled quite effectively in finite-element software. Two types
of analysis are generally performed; a linear eigenvalue buckling analysis and nonlinear
static analysis.

One limitation of buckling analysis using finite-element analysis (FEA) is the inherent
use of geometrically perfect structures (unless imperfections are added manually in the
case of the nonlinear static analysis). The supports are also modelled as being perfect.
This means that if the structure is also symmetric (the loading therefore being centered
everywhere and thus not being a source of imperfection), in theory buckling will only
be triggered if a geometrical imperfection or trigger load is implemented. While theory
states that no buckling would take place under this ideal condition free of imperfections,
buckling will in fact still happen in the FEA model but from discretization errors. A more
thorough explanation of each analysis type now follows.
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2.3.1 Linear Eigenvalue Buckling Analysis

The easiest way to carry out a buckling analysis numerically is by doing a linear eigenvalue
buckling analysis. This analysis is used to compute the bifurcation load by solving an
eigenvalue problem. The eigenvalue is the bifurcation load while the eigenvector is the
mode shape. This is often the first and at times the only analysis done because the
structural engineer might only be interested in ensuring the safety against attaining the
buckling load. It is important, however, to understand the limitations of this method
which are [13] [14] [15]:

1. It only considers the undeformed structure in the analysis and so it assumes small
geometric changes and linear elastic material response in the prebuckling region
(i.e stiff structure). Some structures show significant non-linearity before buckling
occurs and so this assumptions is not always appropriate.

2. It does not take into account the imperfections present in real structures. The
theoretical buckling load from this approach may therefore be significantly higher
that what would be found in practice.

3. It does not show any post-buckling behavior. It can therefore not be known whether
the structure will collapse or retain its load-bearing capacity.

4. Only the buckling shape is outputted, not the actual deformation magnitude.

The way this analysis works is by a linear perturbation, meaning that set of loads are
applied until a wanted state occurs. The desired state is buckling and this happens when
the stiffness matrix becomes singular. According to [16], the formulation works as follows.
The buckling loads, which we call Pc, is a multiplication of the applied set of loads, P0,
with by a scalar multiplier, λ, which is called the critical load factor. The equation is
then Pc = λP0. The total stiffness matrix of the geometrically nonlinear problem, K, is
expressed as:

K = KL + KNL(P) (2.1)

where KL is the ordinary stiffness matrix from the linear problem and KNL is the non-
linear stiffness matrix addition which is dependent on the load.

For the linear approximation, KNL is proportional to the load, meaning that:

K = KL + λKNL(P0) (2.2)

The singularity of the stiffness matrix occurs when its determinant is zero. Therefore,
this forms the eigenvalue problem:

(KL + λKNL(P0))u = 0 (2.3)

where the lowest eigenvalue, λ, is the critical load factor, and u is the corresponding
eigenmode showing the buckling shape. The user can also select to output any number of
modes as higher order modes might also be of interest. Sometimes, negative eigenvalue
are reported and this simply means that the structure would buckle if it was loaded in
the opposite direction. In general, the linear eigenvalue buckling approach is very similar
to a modal analysis which calculates the natural frequency and gives the modal shapes,
but the actual magnitude of displacements.
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2.3.2 Nonlinear Static Analysis

The nonlinear static analysis is a much more elaborate and accurate method for predict-
ing the buckling behavior. While the linear buckling analysis could only predict, in a
nonconservative way, the bifurcation load and buckling shape, the nonlinear static anal-
ysis predicts the complete prebuckling and postbuckling behavior of the structure. This
means that the displacement magnitude and stresses is fully computed during its load-
displacement response (i.e its equilibrium path) even when the structure shows a negative
stiffness (i.e past the limit point). While being much more computationally intensive, it
does not have the limitations of the linear eigenvalue buckling analysis. In summary, its
advantages are as follows [13] [14] [15]:

1. As opposed to the linear analysis, it is able to captures the geometric and material
nonlinearity seen in most structures during the prebuckling and postbuckling phases.

2. It can take into account the imperfections present in real structures (after they have
been manually entered). It therefore allows to investigate imperfection sensitivity,
which is extremely important. The theoretical buckling load from this approach
may therefore also be much closer to what is seen in practice as compared with the
linear buckling analysis.

3. It captures the full post-buckling behavior. It therefore allows to predict whether
the structure will collapse or retain its load-bearing capacity.

4. The full nodal displacement history is outputted at the correct magnitude. This
means that it also outputs the full stress and strain history.

The nonlinear analysis works by gradually applying the load in multiple steps as opposed
to a linear analysis in which the load is applied in one step. At each load increment,
the structure changes shape and this then changes the stiffness matrix. The stiffness
matrix is therefore updated at each increment. An iterative process is also performed
at each increment in order to find the equilibrium solution, which is a balance between
the internal forces in the structure and the external forces applied to the structure. The
iteration terminates when the difference in forces, called the residual, fall below a small
prescribed value such that the solution is deemed to have converged. The full non-linear
displacement path is then recovered.

Two different nonlinear algorithms are typically used to perform this analysis. The most
common general nonlinear solver is the Newton-Raphson method shown in Figure 2.8a.
The procedure essentially follows what was explained in the previous paragraph with
the additional specification that the load increment is constant. While this algorithm is
generally quite effective, it diverges near limit points due to the stiffness matrix becoming
ill-conditioned (i.e becomes zero) or from the load step being greater than the limit load.
This limitation led to the development of the arc-length algorithm (known as the Riks
method in Abaqus). This method is similar to the Newton-Raphson method, the main
difference being that in addition to the displacements, the load level also varies during
the iterations. This is in effect regulated by an arc constraint that is centered at the last
solution point and it has the effect of making the load level decrease slightly with each
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iteration. This is clearly seen in Figure 2.8b which shows the iterative process that is part
of one increment. It should first be noted that in this example, the arc radius ∆L (which
is a predefined value and essentially acts as a load increment) has been made unreasonably
large in order to show the capability of the algorithm to recover the equilibrium path past
a limit point. The iteration works as follows: The stiffness matrix of the last solution
point, called point 1, is used in the first iteration to compute the displacement at point
A which is when the path crosses the arc. Equilibrium is out of balance and so a new
iteration is performed starting at point a and by using the updated stiffness matrix the
displacement at point B is found. Unlike the Newton-Raphson method, this corresponds
to a load level that is lower than point A. This iterative process continues up until finding
the equilibrium solution called point 2. The full equilibrium path would be recovered by
using a sufficiently small arc radius. The arc-length algorithm is therefore the preferred
method for nonlinear buckling analysis in which negative stiffness or snap-through might
be present. More thorough information on nonlinear numerical methods can be found
in [17] and [18].

(a) (b)

Figure 2.8: (a) The Newton-Raphson method. (b) The arc-length method.

2.3.3 Dynamic Implicit Analysis

The dynamic implicit solver is another analysis type that can be used to solve nonlinear
problems such as buckling. It has the potential of performing better than the nonlinear
static analysis if complicated interactions are present in the model, such as contacts. This
type of analysis can be used for dynamic problems or quasi-static problems. Quasi-static
means that dynamic effects do not appear or can be neglected [19]. If the dynamic solver
is used for a buckling problem, then it would be modeled as quasi-static since the loading
on the structure is applied slowly (i.e it does not involve any impact). To ensure that
dynamic effects are small enough such that a quasi-static state is observed, the kinematic
energy should be verified to be less than 5 % of the strain energy [19].

While a static structural analysis follows the system of equation,

KD = R (2.4)
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where K is the global stiffness matrix, D is the displacement vector of all nodes and R is
the nodal force vector, the dynamic formulation follows the second-order time-dependent
differential equation:

KDn + CḊn +MD̈n = Rn (2.5)

where,

Rn = Known time-dependent forcing function

D = Displacement

Ḋ = Velocity

D̈ = Acceleration

K = Stiffness

C = Damping

M = Mass

For a quasi-static simulation, the velocity and acceleration terms are extremely small,
therefore making the formulation look ”almost” static. The very small velocity term is
quite important, however, because the term CḊn provides the slight damping that helps
maintain solution equilibrium and thus makes this solver more robust than the static
solver in solving highly nonlinear problems.

2.4 Buckling Analysis of Wind Turbine Blades

Buckling is a structural nonlinear instability that is very important to consider during
the design of wind turbine blades [12]. In fact, while static failure of a wind turbine blade
typically arises from exceeding the material strength or buckling of the structure, buckling
is often the critical parameter [2]. This failure mode arises primarily from the fact that
wind turbine blade cross-sections are made of thin shells, in order to minimize material
use to achieve lightweight cost-effective structures, and are subjected to large flap-wise
bending moments [20]. While buckling of the surface panels near the blade root are
particularly prone to this instability, the trailing edge of the blades must also be checked
since this region is very sensitive to stability effects which are caused by small geometrical
imperfections [21]. These arise from manufacturing deviations such as fibre misalignment
or trailing edge shape. Secondly, this region must now especially be checked for buckling
since blades have increased in size considerably in recent years, therefore increasing the
edgewise fatigue loads induced by gravity acting on the trailing edge [12].

2.4.1 Industry Guidelines

Industry standards are very beneficial for wind turbine blade designers as it sets a standard
on the level of analysis that should be performed and lays-out detailed guidelines to follow.
The information presented in these standards gives a great general overview of industry
best practices with regards to buckling analysis. The main standards currently used by
industry for the design of wind turbine blades are the DNV-DS-J102 standard released
by the company Det Norske Veritas (DNV) in 2010 [10], the standard on offshore wind
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turbines by the company Germanischer Lloyd (GL) in 2012 [22] and the newly released
standard DNVGL-ST-0376 which is the first standard on wind turbine blades after the
merger of the two companies DNV and GL in 2013 [5].

These standards reveal a few key points that are useful for the current research project.
DNVGL-ST-0376 states that all parts of the blades shall be verified for buckling like spar
caps, shells, ribs, and shear webs and that the buckling analysis may be done using two
approaches, by analyzing individual components of a simple shape like beams, plates and
shells, tubular sections and/or analyzing the entire structure or complex component [5].
The simple shapes could be analyzed for buckling via analytical methods, however, this
method is so general that a very high partial reduction factor (e.g. a safety factor) of 1.5
shall be used [10]. The standard by GL further specifies that analytical methods shall be
mainly restricted to geometrically perfect structures except for simple structural members
with imperfections of simple shapes. It further states that simple analytical formulas for
buckling of flat and curved orthotropic plates are useful to check whether the buckling
will change the strain distribution of the blade or if the strain distribution for extreme
loads necessitates more analysis [22].

When analyzing complex structures for buckling, often no closed-form equation describing
the physical process exist. These complex structures, like wind turbine blades, are instead
analyzed numerically via finite-element analysis (FEA). Different numerical analysis types
yields different levels of uncertainty and this uncertainty is often expressed by partial
safety (or reduction) factors. The greater the value, the greater the uncertainty. The
partial reduction factors to use according to DNVGL-ST-0376 ranges between 1.0 and
1.4 depending on the numerical model type chosen. The factors to use are prescribed by
DNV-GL as: 1.0 if the nonlinear FEA is validated by full scale tests; 1.05 if a nonlinear
FEA is performed; 1.25 if a linear FEA is performed modelling the full blade; 1.4 if a linear
FEA is performed analyzing selected cross sections [5]. Therefore, these certifying bodies
recommend the use of nonlinear analysis for more accurate results. The nonlinearity in
this case is a geometrical nonlinearity due to large displacements as opposed to material
nonlinearity.

A linear analysis, which is the linear eigenvalue buckling analysis mentioned earlier, is
typically the first analysis performed. The undeformed structure is used along with ini-
tial (non-degraded) laminate elastic properties. The structure is also modelled as being
geometrically perfect (i.e no imperfections). The GL standard states that a mesh con-
vergence shall be performed for the linear FEA analysis and that a sufficiently accurate
mesh is obtained when the buckling eigenvalue does not change by more than 5% when
the number of element is doubled [22].

A nonlinear analysis is then usually performed but with imperfections included. The
addition of imperfections in the numerical model is necessary if the structure is originally
modelled as being perfect and symmetric because it would not buckle otherwise. In
practice, the structure can never be perfect and symmetric and so buckling occurs due to
slight imperfections. According to DNV-DS-J102, it is recommended to do a study on the
size and shape of the initial geometrical imperfections in order to evaluate its influence
on the buckling behavior [10]. The most critical initial imperfection is typically a shape
close to the first eigenmode itself and so DNVGL-ST-0376 recommends to apply the 1st
linear eigenmode shape to the structure as an initial imperfection [5]. The GL standard
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adds that as a general rule of thumb, the global scaling of this 1st eigenmode should make
the maximum height of the global buckle to be 1/400 of its wavelength [22].

Another important recommendations by the standards for the nonlinear FEA analysis is
to use at least 10 load increments (also known as time steps) to ensure proper results.
The steps are part of typical nonlinear algorithms such as the Newton-Raphson method
explained earlier.

Additionally, when analyzing the results of the nonlinear FEA, fibre failure, delamination
between sandwich core and laminate, and peeling force at adhesive bonds should be
checked since these failure modes can arise from the large out-of-plane deformation from
buckling [5].

Finally, each of these blade standards mention to put special attention on the definition
of the boundary conditions since they are known to greatly affect the results.

2.4.2 Buckling in Full-Scale Tests

Full-scale static testing of wind turbine blades has been performed in many research
studies to investigate common failure modes, and they have provided great insights on the
buckling failure of these structures. These studies are particularly helpful for the present
thesis because they include both numerical and experimental work and thus valuable
information can be obtained about how the results matched and which techniques were
successful and which needed more work. The DTU Risø laboratory has recently tested
three 34m SSP blades to static failure for a national study (Figure 2.9). A few relevant
papers came out of this large study, namely Eder et al. [3], Haselbach and Branner [23],
and Haselbach et al. [21]. An interesting and relatively new device called a fiber optical
strain gauge was used to measure the longitudinal and transversal surface strains along the
trailing edge of the whole blade and revealed buckling waves quite early in the loading
process, more so than in the simulation. The failure modes observed were consistent
and matched well with the numerical simulation. In all cases, the blade started forming
highly nonlinear buckling waves at the trailing edge between 50-60% of the ultimate
failure load. This was followed by core shear failure which reduced the stiffness in the
sandwich panel and therefore led to more pronounce buckling waves. A wide variety of
failure modes then appeared at the trailing edge (such as adhesive debonding as seen
in Figure 2.10a) depending on the location along the blade, and this ultimately led to
complete blade collapse [3] [23]. Overall, the simulation correctly predicted the blade
response before failure and also correctly predicted that the failure mechanism would be
core shear failure [23].
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Figure 2.9: Model of the full-scale test experiment performed at DTU where the blade is
loaded in combined flapwise and edgewise loading (-30 degrees). [3]

While the numerical and experimental work matched quite well, Haselbach and Bran-
ner [23] go in more details about the slight differences observed. They mention that while
the position of the buckling wave agreed well at low load level, the buckling wave pre-
dicted from the numerical simulation moved towards the blade tip at high loads, while
the opposite happened in the experiment. Additionally, the buckling wave magnitude
observed in the experiment was lower than expected. The buckling of the trailing edge
created a local kink on the pressure side at about 0.58 meters from the trailing edge
(Figure 2.10b). This damage reduced the stiffness in the section and is said to be the rea-
son for the difference in buckling wave amplitude. The numerical model did not include
what is known as progressive damage and failure theory and so the stiffness degradation
from the failed composite sandwich could not be captured. The authors mention that
including stiffness degradation in the model by using Hashin’s progressive damage and
failure theory improved the numerical results. They further state that while it is com-
putationally expensive, they recommend using this modelling approach in other designs
to predict failure [23]. Furthermore, they state that running geometrical nonlinear sim-
ulation is paramount in revealing the trailing edge deformation and corresponding series
of events because simplified linear elastic simulations will not show the full picture [23].
The progressive damage observed in this study is in line with what has been observed
in similar studies such as in [24] and [25]. In these two studies the critical buckling load
triggered delamination at the inflection of the buckling wave and it lead to progressive
collapse of the wind turbine blade.
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(a) (b)

Figure 2.10: (a) Ultimate failure from debonding induced by local buckling waves [3]. (b)
Trailing edge deformation before attaining the ultimate load. A kink appeared
on the top surface (pressure side) [23]

.

Haselbach et al. [21] say that almost all the simulations were run using the Newton-
Raphson solver in Abaqus with the exception of very high loads where the implicit
dynamic solver was chosen instead. This was done in order to overcome convergence
problems stemming from large nonlinear wave formations which made it difficult for the
standard solver to reach equilibrium [21].

This study also has a different outlook on the use of imperfections in comparison with
the industry standards. Eder et al. [3] mention that no imperfections was added to the
model because imperfections coming from a linear eigenvalue buckling analysis can lead
to arbitrary results [3]. Moreover, the researchers add that eigenmodes calculated early
on during the loading process might turn out to be very different from the ones occur-
ring near failure. This technique might also lead to wrong results of failure mode and
load. Haselbach and Branner [23] also mention that buckling results are so sensitive to
imperfections that a small imperfection of 1 mm was enough to move the buckling wave
such that both numerical and experimental results matched perfectly [23]. Another im-
portant finding on the implementation of imperfections comes from the work of Jørgensen
et al [24]. In their study, they concluded that the geometrical imperfections do not affect
the buckling shape, but that the imperfection magnitude is linearly dependent with local
strain measured at the peak of the buckling wave.

2.4.3 Buckling in Sub-Components

Sub-component testing is quite new to the wind turbine industry and no experimental
work on compression of blade sections are known to be available in literature. However,
a few numerical studies have been done on compression of blade sections. Investigating
these studies is quite helpful for the present thesis specifically in order to understand
how the boundary conditions and loading are typically implemented during compression
analysis of blade sections.

Relevant studies include the work by Eder and Bitsche [26], Eder et al. [27] , Haselbach
et al. [28] and Gaudern and Symons [20]. Eder and Bitsche [26], and Haselbach et al. [28]
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used blade sections from the DTU 10 MW reference turbine model. These sections were
11 m and 8.65 m long, respectively, and were taken at a radial distance approximately
midway through the full length of the blade. On the other hand, Eder et al. [27] and
Gaudern and Symons [20] used a particular cross-section and extruded it to a length of
20 m. Taper and twist was therefore assumed to be negligible.

The boundary conditions were defined in all these studies by using kinematic coupling
constraints. This modeling technique links the nodes of the cross-section to a master node,
thereby creating a connection analogous to a rigid plate (Figure 2.11a). The boundary
conditions are then applied only to the master node and the ends move like a rigid body.
According to [27], this ensures that the area of interest will not be affected by stress states
coming from the applied boundary conditions.

The four studies also agree in that one of the cross-section edge is fully constrained. This
means that all three displacement degrees of freedom and all three rotational degrees of
freedoms are fixed. The alternate method is to use a simply-supported boundary condition
which restricts displacement but allows rotation. Both [28] and [20] suggest that simply-
supported boundary conditions are better suited for buckling analysis of either flat or
curved panels, a methodology that is often used to represent the blade panels in the
initial design phase.

While the load was applied at the other cross-section edge on the master node in each
studies, the type of compressive load applied differed slightly. Eder and Bitsche [26]
applied a pure bending moment incrementally at 210 degrees from the global x axis
of their model, corresponding to a combined flapwise and edgewise bending [26]. This
induced a predominantly compressive strain on the suction side shell. A snapshot of
their model which includes both their buckling result and the loading axis is shown in
Figure 2.11b. Haselbach et al. [28] produced a similar outcome but by instead apply
three moments of different magnitude instead of changing the axis angle at which one
resultant moment is applied. Note that an important difference is the inclusion of a slight
torsional moment in addition to the bending moments. Thus, the three moments, Mx=-
16.4e6 Nm, My = 2.4e6 Nm and Mz = 0.32e6 Nm were applied at the master node located
at the cross-section center, such that it would be a realistic design load under normal
operation (e.g dominated by flapwise bending) [28]. The other two studies considered
more than one load case. In Eder et al. [27] the applied cross-sectional load came from
the aerolastic simulation of the National Renewable Energy Laboratory (NREL) 5MW
turbine using the aeroelastic simulation software HAWC2. The maximum absolute value
from the time history was used for 5 different load cases applied at the master node located
at the shear center. The loads considered were a) concentrated load in the chord direction
(edgewise shear) b) concentrated load perpendicular to chord direction (flapwise shear),
d) pure edgewise bending moment d) pure flapwise bending moment and e) torsional
moment [27]. Meanwhile, Gaudern and Symons [20] applied three different load cases.
The first one was a pure flapwise moment loaded at the master node specifically located
at the leading edge tip. This gave a uniform moment and thus uniform compression
on side of the blade surface panel, over the blade length. The second load case was a
concentrated force in the flapwise direction again applied at the leading edge tip. This
generated a linearly-varying moment. Finally, a uniformly-distributed load was applied
on the whole length of the blade to give a quadratic moment distribution, aimed to mimic
storm loading in parked conditions. The load distribution used was found to significantly
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affect the buckling results [20].

(a) (b)

Figure 2.11: (a) Kinematic coupling constraint from [28] (b) Blade section model from [26]
demonstrating local buckling wave along with the boundary conditions applied.
The arrow shows the axis about which the pure bending moment was applied.

In terms of the type of analysis performed, Eder and Bitsche [26] followed the buckling
analysis guidelines from the standards in which a linear eigenvalue buckling analysis is
performed and the eigenmode is then added as imperfection to a nonlinear static anal-
ysis. The imperfection was scaled such that its maximum height was 5 mm [26]. They
used a dynamic analysis (with inertia effects) with implicit time integration instead of the
standard Newton-Raphson method to prevent convergence issues. However, they mention
that the loads were applied so slowly that inertia effects had negligible influence on the
results and hence the same results would have been obtained from standard static proce-
dure [26]. Gaudern and Symons only performed a linear eigenvalue buckling analysis, and
outputted the first mode only [20], while Haselbach et al. only performed a quasi-static
nonlinear analysis using the Abaqus/explicit solver with a time integration [28]. This was
chosen for it efficiency in solving large models and its suitability for the particular model
containing cohesive elements which are elements used in fracture analysis. Finally, Eder
et al. [27] performed an entirely different analysis based on fracture mechanics.

2.5 Buckling Analysis of Aerospace Structures

By far the most widely extensive source of information on buckling experiment and anal-
ysis of sub-components comes from the aerospace industry. The most common sub-
component structures tested in this industry are stiffened panels, cylinders (tubes) or
beams (channels). These have been traditionally made out of steel or aluminum but
recent focus has been put on composite materials for their superior properties like high
specific strength and stiffness. The most direct benefit in investigating these studies for
the current thesis is to get an overview of not only numerical but also experimental meth-
ods and outcomes on buckling analysis of sub-components. Specific information sought
that were not available from the literature search on buckling of full-scale blades and of
blade sub-components are for example, how the boundary conditions have been applied
and what approaches have been done to resolve boundary effects if any, what measuring
devices are typically used and finally which results are typically measured and compared
with the numerical results. Over 30 research papers were analyzed.

The predominant method in applying the boundary conditions to the sub-component has
been found to be with the use of grips or specifically designed fixtures [29] [30] [31] [32] [33]
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[34] [35]. This imposes fixed boundary conditions. In a few of these studies, the ends are
strengthened for a certain distance on the structure such as the grips in [32] designed to
prevent local stress concentrations and the panel end tabs used in [33] (See Figure 2.12a).
Moreover, a similar outcome has been done by an interesting capping system designed
and used in [34] for a buckling analysis of columns (Figure 2.12b). The column ends were
put in an unsaturated polyester resin which has the advantage to harden rapidly, have
high strength and has high energy absorption. A similar resin is used in [36]. Overall,
the studies demonstrated that boundary effects has not been seen to be problematic.
The experiments carried out successfully with the buckling waves occurring away from
the boundaries. It is believed that the main reason for this outcome is due to the sub-
component structures having a relatively simple geometry and being highly symmetric.

(a) (b)

Figure 2.12: (a) Grips designed and manufactured in [32] (b) Capping made out of unsat-
urated polyester resin [34].

.

The typical measuring devices used for the buckling analysis of sub-components are (as
seen in the above references): 3D optical measurement system, like Digital Image Cor-
relation (DIC), which are used to measure out-of-plane displacement fields and therefore
buckling shapes. Thorough explanation of how DIC works can be found in [35]; local
strain gauges, which are placed in regions of interest (buckling wave) as predicted from
the numerical simulations; ultrasonic scans, which are often performed to get the initial
imperfections and then imported in the numerical model; and a load cell, to measure the
load history.

The most common results that are measured and used for validation with numerical
simulations are: out-of-plane displacement and longitudinal strain fields from DIC, in a
color map format. This makes it easy to compare with the numerical results. It is often
shown at the buckling load; local strain in selected regions where high strain is predicted.
It is mainly used to verify loading and for validation purposes; load vs. axial displacement
graph (i.e end shortening); and buckling load.

It is also found that the common procedure for the numerical simulation is to perform
a linear eigenvalue buckling analysis and output a linear combination of eigenmodes dis-
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placements in a nonlinear static analysis, like was explained in the wind turbine standards.
The study also revealed the occasional use of the Riks method which is an alternate non-
linear solver available in Abaqus.

2.6 Final Remarks

The knowledge gathered from this literature review provides a great starting point on
how to perform the numerical analysis, but also key practical aspects to look for on the
experimental side of the project.This knowledge will be directly applied to the thesis
project on how to perform the numerical modeling of the trailing edge section in order
to then investigate how to best solve the boundary effects and accurate load introduction
on the sub-component. The research project will clearly add to this body of knowledge
since a study including both numerical and experimental compression testing of a cut-out
trailing edge section of a wind turbine blade has not been done before.

The recommended analysis type for the research project, according to the standards and
past studies, is a linear eigenvalue buckling analysis followed by a nonlinear static analysis.
According to the study, the Riks method is preferred over the Newton-Raphson for the
nonlinear analysis. The literature suggests to be very careful with how imperfections
are included and so a short study on imperfections will be carried out. Moreover, it is
important to understand that due to the asymmetry present in the blade sections, the
addition of imperfections is not required for the simulation to run successfully. The other
analysis type such as the implicit dynamic solver will also be investigated. This can help
confirm that the results are not too sensitive from the analysis type chosen. It is clear
that Hashin’s progressive damage and failure theory can radically improve the results and
so the use of this analysis will be considered. Kinematic coupling constraints also appear
to be quite a common approach in defining the boundary conditions and this method
will be considered as well. The current blade section modelled is different from many of
these studies on plates and big takeaway is to use fixed boundary conditions for the blade
structure as opposed to simple-supports.

In terms of the loading types, it is interesting to see that many researchers have different
takes on what are realistic loading situations. The research project only considers pure
edgewise bending for simplicity reason but it would be interesting to carry the experiment
further by loading the blade section in a combined flapwise and edgewise bending, such
as to potentially mimic the loading seen by the blade during operation more closely.

Finally, another big finding was how boundary effects was not found to be quite a large
problem as initially believed on the survey of buckling analysis in aerospace structures.
It is likely to be due to the fact that these structures have a simple geometry and are
perfectly symmetric. Therefore, cutting the blade section such that it becomes more
symmetric could be effective in mitigating the boundary condition effects. The use of
resin the strengthen the ends of the structure was also quite interesting and its suitability
for the thesis project will be assessed.
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2.7 Research Questions, Objective and Sub-Goals

The research questions for this project are divided into a main research question followed
by multiple sub-questions which will provide answers that will help answering the main
question. The research questions are as follows:

Main research question: What is the best solution or set of solutions for moving the
buckling wave towards the center of trailing edge sub-component specimens so as to solve
boundary effect problems while keeping a load distribution that is representative of what
is seen in the trailing edge region of full-scale blade when this region is under compression.

Research sub-questions:

1. Which modeling methods and settings are recommended for successfully simulating
the buckling test?

2. How well can the sub-component set-up mimic the load distribution acting on the
trailing edge region of full-scale blades? What arrangement should be taken to
ensure a good match?

3. How does the buckling response vary between blade sections from different radial
locations?

4. What makes the buckling wave occur near the section boundary? Or in a more
general sense, what are the main factors that determine where the buckling wave
will be located?

The objective of the research project is to make a recommendation on how to improve sub-
component testing methods used to determine the buckling behavior at the trailing edge
by analyzing different solutions with the help of numerical and experimental methods.
More precisely, the aim is to mitigate boundary condition effects during static compression
loading such that the loading of the blade piece from testing correctly mimics the condition
seen by the blade in full-size testing and in the field (i.e blade failure should not start at
the boundaries). Sub-goals falling under this objective are:

1. Gain background knowledge on relevant subjects like testing procedures, certifica-
tion, sub-component testing, trailing edge failure, buckling, and boundary condition
effects and solutions (Chapter 2).

2. Learn to use the finite-element software Abaqus with focus on buckling analysis,
and simulation of fibre-reinforced composites.

3. Become familiar with the full-scale blade model.

4. Using Abaqus, create a sub-component model of the section that was first tested
(namely between 26 m and 29 m of the full-blade) from the full-scale model. Model
the test-set up and perform a buckling analysis on the cut-out specimen. Compare
the results with the experimental test to validate the numerical model (Chapter 3).

5. Simulate the full-scale blade such that the trailing edge is under compressive loading
to get an idea of the strain distribution in this region (Chapter 4).
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6. Implement this loading condition on the three blade sections that DTU has (Chapter
5) and perform buckling tests using the model and methods previously devised
(Chapter 6). See how the results vary between the sections.

7. Try to understand what makes the wave buckle in specific locations (Chapter 7).

8. Use this knowledge to implement different solutions to shift the buckling wave to-
wards the center of the blade section. Try to maintain a strain distribution that
resembles the one seen in full-scale tests. Evaluate which solutions are most promis-
ing and provide a recommendation (Chapter 8).

9. If time allows:

(a) Apply the solution(s) to actual sub-component tests using the DTU test rig.

(b) Evaluate the results and see how well the numerical results match the experi-
mental results.

(c) Assess whether a solution or a combination of solutions successfully solve(s)
the b.c. problem.
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Chapter 3

Validation of Numerical Model with
Previous Experiment

Before investigating the outcome of different solutions in addressing the boundary effect
problems in the sub-component test, it is first necessary to create a numerical model
representing the sub-component test. It is also very important to validate the model in
order to ensure that its results closely represent what is seen in practice. Fortunately, as
mentioned at the end of Section 2.1, a test rig was built at DTU and a first sub-component
test was performed. The experiment can therefore be replicated numerically in order to
validate the model. Once the numerical model is validated, different studies can be done
on this model to predict solutions that can later be applied to future experiments.

The chapter starts by covering important details of the first experiment that was con-
ducted and describes the test set-up thoroughly. The numerical model assumptions and
different modelling approaches are subsequently covered. The results are then presented
and analyzed. The chapter ends with two short studies that were performed. The first
one is about analyzing the effect of implementing geometrical imperfections in the model
while the second one looks at the effect of changing the angle that the blade is loaded in
the set-up.

3.1 Test Specifications

While Section 2.1 described the general test procedure, this section deals with specific
information regarding the test setup.

The blade section tested originates from one of the three 34 m SSP blades that were tested
to failure by DTU. The particular section comes from a region of the blade relatively close
to the tip, as shown in Figure 3.1, far from where the blades collapsed, which was at around
14 m down the blade from the root [3]). While no damage of the blade piece is apparent
from visual inspection, it is still important to note that it is in a ”used” state to start with.
The blade section is said to be 3 m long, ranging from blade radius of approximately 26 m

29
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Figure 3.1: Profile of the SSP 34 m blade. The blade section used in the first experiment is
highlighted in red.

Figure 3.2: Cross-section of the SSP 34 m blade. The blade section used in the first exper-
iment is highlighted in red.

to 29 m and includes the first shear web (See Figure 3.2). This section will be referred to
as the 27.5 section.

The blade section was hand cut and so cutting errors have to be considered as a source of
error. Manual measurement of the blade confirms that the blade is slightly shorter than
3 m, at 287 cm. Furthermore, measurements showed that the cut is located 19 cm past
the shear web on the root side and 17.5 cm on the tip side.

The test rig was built according to the technical drawings shown in Figure 3.3. The
plates are forced towards each other by means of a spindle, 2 m above the hinges (Figure
3.4a). Since the blade section was cut slightly shorter than anticipated, extra wood plies
were placed between the blade and the steel columns. This left a distance of 12.5 cm
between the steel columns (right above the hinges) and the blade edges (Figure 3.4c).
Wooden plies were placed around the trailing edge to ensure that the piece would not
move sideways (Figure 3.4d). A dent can also be seen in the back wooden ply from when
the blade was loaded in compression. Figure 3.4d also shows that the blade section was
oriented such that its trailing edge tip is aligned with the load (i.e at the center of the
column). Two steel pieces were placed at the bottom middle section on both sides of the
blade sub-component to limit large sideways displacement. The blade was also laid on
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Figure 3.3: Detailed drawings of the test rig built at DTU. Drawn by Peter Berring from
DTU Wind Energy.

top of wooden blocks. This was helpful in orienting the blade at the proper angle. The
steel pieces and wood blocks can be seen in Figure 3.4a.

When the blade was loaded a pronounced local buckling wave developed near the edge of
the section on the tip side (i.e the side with the smaller cross-section) as shown in Figure
3.5. A crack started developing at the boundary on the tip side and grew to the size
shown in Figure 3.4b. The location of the crack is 10 cm below the trailing edge, which
is right below the adhesive bondline. This region turns out to be the thinnest part of the
cross-section and so it makes sense that a crack would form there. It also makes sense
that the buckling and crack formed on the tip side as opposed to the root side because
the cross-sectional area of the tip side is smaller and so the load is more concentrated in
this region. The stress is therefore higher in this local region. Another alternate way to
think about it is the fact that the internal resisting bending moment of the blade on the
tip side is lower than on the root side due to the smaller cross-sectional and so it fails
first given an equal externally applied moment.
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(a) (b)

(c) (d)

Figure 3.4: a) Complete test rig. b) Crack that initiated at the boundary of the pressure
side. c) Gap between blade end and hinge. d) Support near the blade tip and
dent created during compression (circled). Note: T stands for tip side and R
for root side.
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Figure 3.5: Figure 2.3b included here for convenience. Buckling and failure of the trailing
edge during the first test. [3]

Unfortunately, no data was recorded during the preliminary test. Devices to record buck-
ling load, load vs displacement history and out-out-plane displacement which are typical
data recorded for buckling experiment were not installed. Mostly quantitative data can
be compared with the results from the numerical model. More precisely, the approximate
shape, size and location of the buckling wave as inferred from Figure 3.5, and the crack
location from Figure 3.4b.

3.2 Modelling Approach

The numerical work was done using the finite-element software Abaqus 6.14. This software
was chosen because it is the primary software used by the research group and because a
full scale-model of the blade had already been created with it. The general idea is to start
with the full-scale blade model and cut away unwanted regions so that what remains is
the desired blade section.

3.2.1 Full-Scale Blade Model

A full-scale model of an SSP 34 m blade was provided by the authors of [23]. Please note
that the modeling decisions taken in making the full-scale blade model described in this
section (Section 3.2.1) were made by the creator of the blade model, not from the author
of the thesis report. All other sections of the thesis report features modeling decisions
made by the author of the present thesis report. More in-depth information about this
blade model can be found in [23].
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The panel and box girder is made of 6.7e4 8-node doubly curved thick shell elements with
reduced integration (Abaqus type S8R). This element type is used because it models quite
well the composite details found in the blade. In order to model the adhesive sections,
4 layers of 2.75e5 8-node linear brick (solid) incompatible mode elements (Abaqus type
C3D8I). This was shown to give better results compared with modeling the adhesive with
shell elements. These element types are explained in more details in Section 3.2.5. The
composite shell elements and the adhesive solid elements were joined via tie-constraints.
These are so-called multi-point constraints (MPC) where the translational motion is con-
strained at each slave nodes (solid elements) and a moment will be applied to the relevant
nodes on the master surface (shell elements) because of the existing offset between the
reference surface of the shell and the solid elements. According to the Abaqus manual, the
surface-based constraint will behave correctly under rigid body rotation regardless of the
amount of offset [37]. The blade also features surface-to-surface interaction between the
pressure side and suction side panels in order to prevent penetration of the two surfaces
during large deformation.

The material properties and the composite lay-up were defined for their respective sections
throughout the blade (see Figure 3.6). Information on material properties, composite
layups, and thicknesses is confidential and so it cannot be included in this report.

Figure 3.6: Full-scale blade model with color-coded composite sections.

The model has been shown to be very representative of the real blade. According to [23],
global displacements were measured at four radial locations along the blade during a full-
scale static test under combined flapwise and edgewise loading (see Figure 2.9) and the
most pronounced deviation between numerical and experimental results, at any load up
to failure, was less than 4%. It also correctly predicted that the failure mechanism would
be core shear failure [23].

3.2.2 Blade Section

Even though the cut-out section of the blade ended up being slightly shorter than 3 m in
length, at 2.87 m, and that it was only known to be cut at approximately 26 m to 29 m
radius, it was decided that the section between exactly 26 m and 29 m would be chosen
to be modelled, making it exactly 3 m long. It was decided to move forward in this way
to keep the model simple and because the later blade sections tested would most likely
be cut more carefully such that it is 3 m in length and thus it would be important to
stay consistent. As mentioned in the previous section, the length between the shear web
closest to the trailing edge and the cut was measured, using a measuring tape, to be 17.5
cm on the tip side and 19 cm on the root side. For simplification purposes, the blade
model was cut 18 cm away from the shear web along its whole length. Figure 3.7a shows
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the blade section as seen on the full-scale model, Figure 3.7b displays the section only
(the thickness of the shell elements is not displayed), while Figure 3.7c shows the trailing
edge section with the composite shell elements shown with their representative thickness
(in blue) and the solid adhesive elements (in green). Note that the thickest shell elements
represent a composite sandwich construction with a core in the center as opposed to the
skin only.

(a)

(b) (c)

Figure 3.7: a) Full-blade model showing the blade section shown in blue. b) The blade
section made of shell elements (thickness not shown). c) Trailing edge showing
the composite shell elements in blue and the solid adhesive elements in green.

3.2.3 Plates and Assembly

The two steel columns were modeled with 3D solid elements and assumed to be infinitely
stiff (the actual Young’s modulus entered was 1.0E18). The columns, which we will refer
to as plates in the model, are 2 m tall, 0.8 m wide and 0.2 m thick. The thickness and
width differs from the real column since it is not of importance for the simulation. What
is necessary is the width to be larger than the blade piece width and the plate to be
extremely stiff to account for the column thickness.

The plates were placed on both ends of the blade as shown in Figure 3.8a. The bottom
center of the blade cross-section was aligned with the bottom center of the plates, it was
then rotated such that the trailing edge is positioned at the center of the plate (Figure 3.8c)
and then translate upward slightly so that no blade piece extends below the plate (Figure
3.8b). This assembly closely follows the test set-up. One important difference, however,
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is the lack of extra material between the hinge line and the blade section as was shown
in Figure 3.4c. The combination of the longer blade modeled (3 m instead of 2.87 m) and
the relatively small distance that it is compared to the lengths of the whole set-up means
that this difference can be assumed to be negligible. The percent difference between the
two lengths is only 4.4% to be exact, from the calculation 100 ∗ (3− 2.87)/((3 + 2.87)/2).

(a)

(b) (c)

Figure 3.8: a) Side view of the assembly. b) Bottom section of the assembly. c) Top view
of the assembly.

The nodes along the cross sections of both blade edges were joined to the plates via tie
constraints, therefore fixing the blade section to the plates (Figure 3.9). This assumption
considers that the interface between the blade section and the wooden planks is quite
strong and stable, therefore preventing any sliding. As mentioned earlier, the blade even
left a dent in the wooden planks set on the column surface (Figure 3.4d) and so this
assumption is quite reasonable since no sliding occurred.
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Figure 3.9: Tie constraints defined between the blade end (in purple) and the plate surface
(outlined in red).

While the original full-blade model had tie constraints joining the glue solid elements
to the composite shell elements, cutting the blade section automatically removed these
constraints and so they had to be redefined. They were defined in the same way as was
done by the creator of the full-blade model. The tie constraints rigidly connects the nodes
of the top sections of the blade to the nodes of the glue (as shown in Figure 3.10a on the
pressure side) with a position tolerance of 5 cm in order to account for the gap due to the
shell thickness. Tie constraints are also placed between the bottom and top glue parts,
with 0.01 position tolerance (Figure 3.10b).

(a) (b)

Figure 3.10: a) Figure showing the surfaces selected for fixing the pressure side panel (in
red) to the glue (in purple), via tie constraints, accounting for the offset. b)
Tie constraints joining the bottom and top glue parts (outlined in purple).

The surface-to-surface interaction that is implemented between the the pressure side and
suction side panels also had to be specified again after the blade was cut (Figure 3.11).
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While interactions properties are also typically defined (such as contact conditions), defin-
ing this property is not needed in order for the interaction to prevent penetration of the
panels. Not redefining this interaction after cutting the blade can lead to completely
erroneous results (as was found from the author of the thesis report) and so care must be
taken to verify that it is in fact included in the model.

Figure 3.11: Surface-to-surface interactions defined between the pressure side and suction
side panels to prevent penetration. The panel thickness is also accounted for
by default.

3.2.4 Boundary Conditions

The boundary conditions defined on the model are shown in Figure 4.3. Concentrated
loads were placed at the top center of the plates, where the steel bar is located in the
test set-up. The plates are only allowed to rotate about the y-axis direction in order to
represent the hinge at this location. Vertical motion of the blade is restricted along the
two bottom edges and sideways motion is restricted at the middle point of these edges.
This was done to prevent rigid body motion but is also quite representative of the test
set up since the steel plates limited sideways motion and the wood blocks limited vertical
motion.
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Figure 3.12: Boundary conditions applied to the model.

3.2.5 Elements and Meshes

The composite sections of the blade are made of shell elements, more precisely the element
type called S8R from Abaqus terminology which is an 8 node doubly curved thick shell
element with reduced integration. Reduced integration means that less Gaussian points
are used in the integration done inside the element and this has the effect of reducing the
stiffness of the element. This can improve the approximation of real-life behavior since
full integration always over-estimates the stiffness matrix. This second-order interpolation
element type was chosen by the authors of [23] because it is very suitable for the analysis
of composite shells and because it takes into account transverse shear flexibility. This can
be important for the modelling of the sandwich construction used in the wind turbine
blade because the sandwich core is made of softer material.

It was decided from the authors of [23] that the adhesive sections of the blade would be
composed of solid elements of type C3D8I which are 8 node linear brick elements with
incompatible modes. Incompatible mode elements are enhanced elements which uses the
incompatible model to capture bending more accurately and are therefore quite effective
when large bending is present [38]. This element also has shear locking and hourglass
control.

Finally, the plates were modeled with solid elements of type C3D8I. The simple reason was
to stay consistent with the solid element type chosen for the adhesive. The element type
chosen is not important for the plates because the results in the plates are not of interest
and because the plates are modeled as being stiff so no strain is expected throughout.

The original mesh of the full-blade has a characteristic element size of 5 cm for the com-
posite shell elements and of 1 cm for the adhesive solid elements. This mesh density was
said to be suitable for this large model and for the scope of the analysis. The modeling
of only a short section of the blade allows the possibility of increasing the mesh density
while keeping a reasonable number of total elements.



40 Validation of Numerical Model with Previous Experiment

Table 3.1: Details of the five meshes created. The number of elements and nodes shown
comprises the composite and adhesive elements. These statistics are with shell
elements of type S8R.

Characteristic Element Size - Shell [cm] Number of Elements Number of Nodes

5 7,680 19,693
4 9,225 24,380
3 12,225 33,460
2 21,064 60,147
1 67,200 199,053

Hence, a short mesh convergence study was carried out to make sure that the results
were not overly dependent on the mesh details. A total of five mesh were created for
the model, with different levels of discretization as seen in Table 3.1. The discretization
level was modified by changing the approximate characteristic length of the composite
shell elements, starting from the characteristic element length of the full-blade model. The
characteristic length of the adhesive solid elements was kept at 1 cm for this analysis since
it is more simple to analyze the results from changing one parameter only and because
the adhesive section is relatively small. The adhesive contains 4,800 elements and 10,836
nodes. The number of elements shown in Table 3.1 are for the blade section only (i.e
composite and adhesive) since the plates are simply there to introduce the loads and are
not part of the buckling analysis. The mesh of the plates were also left relatively coarse
at an approximate characteristic element size of 5 cm because discretizing it further will
increase solving time and not change the results since the plates are assumed infinitely
stiff. A quick test was done with a very small meshes sizes and it confirmed this point.
Each plate is composed of 2,560 elements and 3,485 nodes.

3.2.6 Analysis Types

From what was learned in the literature study, three important analysis methods that
should be attempted for this buckling problem. These are the linear eigenvalue buckling
analysis, the nonlinear static analysis and the dynamic implicit analysis.

For the linear eigenvalue buckling analysis, the first 10 eigenvalues and eigenmodes were
requested, the max number of iterations was set to 10,000 and the number of vectors was
set to 50.

For the nonlinear static analysis, both the Newton-Raphson and Riks methods were used
to verify that the results were consistent using different numerical algorithms. For both
methods, the nonlinear capability of the solver was turned on, the time period was set to
1 s, the max number of increments was set to 10,000, the initial increment size to 0.1 s,
the minimum increment size to 1E-05 s and the maximum increment size to 0.1 s.

For the dynamic implicit analysis, the nonlinear capability of the solver was turned on, the
time period was set to 10 s, the max number of increments to 10,000, the initial increment
size to 0.1 s, the minimum increment size to 1E-5 s and the maximum increment size to
0.1 s. Additionally, the loading was set to a load amplitude increasing linearly from 0 to
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200 kN over 10 seconds, in order to simulate a quasi-static condition in which the load is
applied slowly instead of instantaneously.

3.3 Results

3.3.1 Results of Mesh Refinement Study

The mesh refinement study was done by following the guidelines from the standards of
Section 2.4.1. A linear eigenvalue buckling analysis was performed on the five meshes
and the buckling load of the first mode was retrieved. Figure 3.13a shows the results vs.
characteristic element size of the shell elements while Figure 3.13a shows the results vs.
number of elements in the blade section. Also shown in the plots are the results from
using the element type S4, which is a linear four-noded general purpose shell element. The
results confirm that the S8R element type is superior to the S4 element since convergence
can be reached with much fewer elements using this element type. Using a second-order
element with 8 nodes has the advantage to represent curved geometries better.

(a) (b)

Figure 3.13: a) Buckling load of mode 1 from linear eigenvalue analysis vs. characteristic
element size of the shell elements. b) Buckling load of mode 1 from linear
eigenvalue analysis vs. number of elements in the blade section.

The results show that the mesh with the shell elements having characteristic lengths of
4 cm with S8R elements has sufficiently converged from the rule of thumb specifying that
convergence is reached when the buckling load does not change by more than 5% when
the number of element is doubled. It therefore appears that the 4 cm characteristic is
sufficient. This convergence study up until now assumes that the results from the linear
eigenvalue buckling analysis are correct. It was decided that the buckling load would
also be calculated from a different analysis type to reaffirm that the results have in fact
converged with a mesh size of 4 cm.
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As will later be discussed, the dynamic implicit solver was quite effective in modelling the
buckling of the blade section. From the results of this analysis, the displacement history
in the z-direction was extracted at the end node on the tip side of the blade, as shown
in Figure 3.14. The load-displacement curves were then created for the different mesh
densities, displayed in Figure 3.15. Figure 3.15a shows a clear drop in stiffness at around
70 kN which coincides with the buckling of the blade section. This is higher than the
prediction from the linear eigenvalue buckling analysis, therefore showing the difference
in results between the different analysis. When zooming in on the region of interest
(Figure 3.15b), the difference in results between the different mesh densities become more
apparent. The curve for the 5 cm characteristic length appears slightly off from the other
curves, while the others match quite well. The simulation using the finest mesh is also
seen to end sooner than the others, probably due to instability issues. The buckling load
appears to lie between 68 and 70 kN. Overall, this analysis shows that using the mesh
with approximate characteristic length of the shell elements of 4 cm fares quite well, and
further confirms that the mesh has converged sufficiently at this mesh density. This mesh
is therefore selected and is used for the remainder of the chapter.

Figure 3.14: Location of node (in red) at which displacement in the z-direction (aka 3-
direction) is calculated for the load-displacement diagram.
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(a) (b)

Figure 3.15: a) Load-displacement diagram from the displacement of the end node on the
tip side, for different mesh densities. b) Close-up around the buckling region.

While the mesh refinement study appears straightforward, it is important to clarify one
important weakness of the methodology employed. That is, even though the element size
is smaller, the model’s accuracy is still limited by the number of sections that are used.
Figure 3.7c, clearly illustrates this concept. If the model is to become much more precise,
then more sections should be used such that the composite thickness more closely follows
the actual distribution in the blade. In other words, since it is simply taking an average
thickness over a certain area, reducing the area per section would overall help achieve a
more accurate thickness profile. Refining the sections is very time consuming and much
more work than needed for this preliminary assessment and so it was decided that this
strategy would not be pursued. The results to compare with the experiment are mostly
qualitative after all and so this level of detail is not necessary.

3.3.2 Linear Eigenvalue Buckling Analysis Results

The lowest eigenmode gives a buckling load of 56.3 kN, and this is therefore the critical
buckling load (i.e the load of the first bifurcation point) according to this analysis type.
The associated displacement field is shown in Figure 3.16a and was automatically scaled
by the software such that the maximum displacement is 1 m. The buckling wave is located
on the tip side and suction side of the blade section, like was seen in the experiment (see
Figure 3.5). The second mode might also be of interest since its buckling load is quite
close to mode 1. The buckling load of mode 2 is 60.6 kN and its mode shape is seen in
Figure 3.16b. The next 8 eigenmodes outputted were shown as spikes and so they are
clearly affected by some form of numerical error (see Figure 3.16c).
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(a)

(b) (c)

Figure 3.16: a) Mode 1 displacement field from linear buckling analysis. b) Mode 2 dis-
placement field from linear buckling analysis. c) Example of spikes observed
for the displacement field results of Mode 3 to Mode 10. Mode 5 is shown
here. The legend is applicable to all three figures.

3.3.3 Nonlinear Analysis Results

Three nonlinear analyses were performed, nonlinear static analyses under Newton-Raphson
and Riks formulation and nonlinear dynamic implicit analysis under a quasi-static state.
For the dynamic analysis, kinetic energy was found to be much lower than strain energy
and so the simulation results do show the quasi-static condition.

Load-displacement graphs of all three analyses were created using the displacement of
the node from Figure 3.14 and the results are shown in Figure 3.17. Note that since
the Riks method updates both the load and displacement at each increment, it is not as
straightforward to calculate the load at any given increment. To still obtain useful results,
the maximum displacement of the node (at the last recorded time step) was recorded and
the load at this time step was assumed to be in line with the other two methods.

The load-displacement diagram reveals that the Riks analysis crashes much earlier from
equilibrium divergence than the other two analysis, in fact right before buckling occurs.
The nonlinear static analysis covers a considerably longer time history while the dynamic
implicit analysis is able to retain stability in the solution far longer. There is a good match
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in load-displacement history between at least the nonlinear static with Newton-Raphson
and nonlinear dynamic implicit analysis.

Figure 3.17: Location of node at which displacement in the z-direction (aka 3-direction) is
calculated for the load-displacement diagram.

The displacement field at the last recorded load step of each analysis is seen in Figure 3.18.
The solution from the Riks analysis clearly did not fully develop before divergence. The
displacement field from Newton-Raphson and dynamic analysis are quite similar, with the
deformation being even more pronounced with the dynamic analysis. Of course, the last
two displacement fields are not expected to be real because material failure would likely
occur before then. This is verified shortly. The buckling wave direction and location is
consistent between the different analysis, being located on the tip side and the wave being
towards the pressure side, opposite to the linear buckling analysis and the experiment.
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(a)

(b) (c)

Figure 3.18: Displacement field of last recorded load step. a) From static analysis using
Riks method. b) From static analysis using Newton-Raphson method. c)
From dynamic implicit analysis using.

Finally, the displacement field at a load of 72.45 kN, which is right after buckling oc-
curs, is displayed in Figure 3.19 from the Newton-Raphson and dynamic analysis. The
displacement field is almost identical and so along with the matching load history, it can
be inferred that the solution history is the same between the two methods. The dynamic
implicit solver however has the advantage of being more robust and it also by default
outputs results at many more load steps. This analysis type is found to be the most con-
venient for this modeling problem and is the preferred solution strategy for the remainder
of the thesis project.
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(a) (b)

Figure 3.19: a) Displacement field from static analysis using Newton-Raphson method at a
load of 72.5 kN. b) Displacement field from dynamic implicit analysis at a load
of 72.4 kN

Another important analysis which can be done is to look into composite material failure.
Analyzing failure for composite materials is much more involved than for metals. For
example, a laminate that is acted under a certain longitudinal strain (therefore making
each individual lamina deform by the same amount since they are essentially ”glued”
together) will have its different plies see different stresses because they each have different
stiffness (which can come from using different materials or from their fibers being an-
gled differently) and each different ply will also have different maximum stress limits (i.e
strength). When analyzing failure in a composite laminate, we typically try to determine
the first ply that will fail because it is the start of progressive failure and there is uncer-
tainty as to how much extra load it can take, if at all. Therefore, the comparison of the
stress or strain state of the on-axis lamina is compared to its strengths to assess whether
it will fail and this is done by the use of failure criterions. While most experimental
strength measurements are based on uniaxial stress states, the use of failure criterions
allows the consideration of multiaxial state of stress, which is more representative of the
stress states found in structures. There exist many failure criterions, each having their
own strengths and weaknesses. Four well known failure criterons for composite materials
are the Maximum stress, Maximum Strain, Tsai-Hill and Tsai-Wu.

The Tsai-Wu failure criterion is especially widely used because it has the advantage over
the Maximum Stress and Maximum Strain criterion to consider biaxial stress states.
While the Tsai-Hill failure criterion also considers biaxial stress states, the Tsai-Wu
criteron has the additional advantage to account for the difference between tensile and
compressive strengths [39]. It is also mathematically simple because it follows normal
tensor transformation equations and it is easy to incorporate in a computer software.
The Tsai-Wu failure criterion requires that:

F1σ1 + F2σ2 + F11σ
2
1 + F22σ

2
2 + F66τ12

2 + 2F12σ1σ2 < 1 (3.1)
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where,
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and where,

σ̂1t = Longitudinal tensile strength

σ̂1c = Longitudinal compressive strength

σ̂2t = Transverse tensile strength

σ̂2c = Transverse compressive strength

ˆτ12 = In-plane shear strength

The strength values were given by the manufacturer of the SSP 34 m blade for each lamina
type and they were inputted in the Abaqus model.

The parameter, F12, requires a combined stress, or biaxial load case to be applied to
the material. This test is difficult to perform experimentally, and so the need of this
parameter is a main disadvantage of the Tsai-Wu formulation. If the equibiaxial stress at
failure, σbiax, is found from an experimental test on the lamina and is entered in Abaqus,
then,
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(3.2)

otherwise,

F12 = f∗
√
F11F22 (3.3)

where, −1 <= f∗ <= 1. By default, Abaqus defines f∗ to be equal to zero [40]. The
equibiaxial stress at failure was not provided and the default settings from Abaqus were
used. For most cases, the F12 coefficient is not critical and it is often simply approximated
[39]. More extensive information on composite failure theory can be found in [39].

The Tsai-Wu field showing the failure envelope through all plies in the laminate is illus-
trated in Figure 3.20. This means that the maximum absolute Tsai-Wu across all plies is
shown in the diagram. The limit on the contour plot was set to 1 and so failure is expected
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for regions show in grey. Failure is seen to occur right after buckling, at a load of 72.4 kN,
on the pressure side of the blade. A stress concentration is seen at the top boundary. This
shows that the boundary on this end of the blade creates high local stress which likely
results in failure in the region. Failure is also expected right below the adhesive section.
These two failed regions are consistent with the location of where the crack started form-
ing and propagated during the first experiment. Figure 3.20, shows the critical ply to
be ply-5 and that ply-5 is the innermost ply in the laminate and is made of the material
YE900. The main driver for this failure is found to be high transverse compressive stress,
as shown in Figure 3.22a. The maximum transverse compressive stress at this load level
is -1.248e+08 Pa which is very close to the transverse compressive strength of this lamina
which is -1.271e+08 Pa. The reason why failure is said to occur even though the stress
limit has not been reached is simply due to the nature of what a stress criterion like the
Tsai-Wu criterion signifies. It considers the combination of stress from multiple direction
all together. The results simply show that the main contribution to this failure is the
transverse compressive stress.

Another predicted failure mechanism is core shear failure. Figure 3.22b, shows the out-
plane shear stress on ply-4 (which is the core for most of the section apart from the
trailing edge tip). The shear strength of the core is 1.1e+06 Pa and this was implemented
as limits in the colored diagram. The region in grey (apart from the trailing edge tip, since
other material is used there as a 4th ply), shows the failed region under core shear. This
failure occurs at a load of 70.4 kN. Core shear failure was determined to be the primary
failure mechanism on the full-scale blade buckling tests performed by DTU on this SSP
34 m blade and so it is good to see that the sub-component testing also predicts this same
failure mode. One last note is that failure from ply-5 and from the core is expected to
occur simultaneously right after the buckling wave forms. This is because in practice,
manufacturing uncertainty can be expected to make these failures occur at the same load
or time.
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Figure 3.20: Tsai-Wu failure criterion field at load of 70.9 kN. Failed regions are shown in
grey.

Figure 3.21: On the left, Tsai-Wu criterion field with annotation of which ply fail first (ply-
5). On the right, laminate in the failed region showing the material and orien-
tation of the failed ply (ply-5). The reference plane where the ply numbering
starts is shown in grey.
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(a) (b)

Figure 3.22: a) Transverse stress in ply 5 at material failure load. b) Out of plane shear
stress demonstrating core shear failure at similar failure load.

3.4 Side Study #1: Effect of Imperfections

As was learned from the literature study, imperfections are part of every structure and
can significantly affect the buckling analysis results. Even though this specific struc-
ture is asymmetric and therefore does not require imperfections to successfully run the
simulation, it is wise to do a short imperfection study to verify its effect on the results.

Method: The method employed follows quite closely the guidelines from Section 2.4.1.
The first eigenmode shape (e.g the buckling wave of Figure 3.16a) was included as an im-
perfection in the nonlinear analysis using the dynamic solver. Since the displacement was
scaled in the eigenvalue analysis such that the maximum amplitude is 1 m, the displace-
ment field had to be multiplied by a new scaling factor in order to obtain the imperfection
magnitude. Since the maximum amplitude is 1 m then the scaling factor is simply the
value of imperfection at the apex of the wave, in meters. There are two rule of thumbs
that can be used to estimate the imperfection magnitude that should be applied. The first
one is the guideline from GL which is that the imperfection magnitude should be 1/400
of the wavelength of the buckling wave [22]. The wavelength was measured in the model
to be 0.75 m and so the imperfection magnitude (and therefore also the scaling factor to
use) is 0.001875. The other rule of thumb says that the imperfection magnitude should
be 10% of the shell thickness [41]. The shell thickness of the main section of the blade
where the buckle occurs is 0.012104 m and so the recommended imperfection magnitude
and scaling factor is 0.0012104. Both of these values are surprisingly close and it makes
it quite clear that an imperfection of around 0.001 m should be used. It was decided that
imperfections of 0.01 m, 0.001 m and 0.0001 m would be attempted.

Results: The imperfection magnitude of 0.01 m was large enough to keep the buckling
wave on the same side as the buckling wave from the eigenvalue buckling analysis (see
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Figure 3.23a). This was not the case for the smaller imperfections implemented, as Fig-
ure 3.23b and Figure 3.23c shows with imperfection magnitude of 0.001 m and 0.0001 m,
respectively. Additionally, the displacement field was compared with the case of no imper-
fections added (Figure 3.23d), at the same load level (arbitrarily chosen), and the results
show that adding the imperfections of 0.001 m and 0.0001 m have next to no effect on the
response. This therefore shows that the buckling wave direction is not very sensitive to
imperfections and that only an excessively large imperfection of 0.1 m, which is 10 times
the recommended imperfection to be applied, affected the results meaningfully. The pro-
nounced asymmetry of the blade section therefore provides significant stability and the
response is not readily affected by slight imperfections.

(a) (b)

(c) (d)

Figure 3.23: Displacement field (in m) at load level 88.52 kN after an initial imperfection
with the shape of the first buckling mode with a factor (and imperfection
magnitude) of a) 0.01 m b) 0.001 m c) 0.0001 m d) No imperfections.

3.5 Side study #2: Effect of Blade Angle

The angle at which the blade is loaded was investigated in a short study to see whether
it would change the buckling load and the corresponding displacement field.
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Method: The blade was rotated about the bottom center of the plates by angles of 20
degrees towards the pressure side (Figure 3.24a), 20 degrees towards the suction side
(Figure 3.24b). The angle is defined as being between a vertical line lying in the center
of the front surface of the plate and between a line passing through the trailing edge tip
and the center point of the piece bottom two corners. For simplicity, the blade was not
displaced upwards and so some parts of the blade extends slightly below the plates.

(a) (b)

Figure 3.24: a) Rotation of 20 degrees towards the pressure side. b) Rotation of 20 degrees
towards the suction side.

Results: A comparison of the displacement field is shown in Figure 3.25 between the
section which has not be rotated, the section rotated 20 degrees towards the pressure side
and the section rotated 20 degrees towards the suction side. This comparison is done at
the same load level of 73.9 kN, which is slightly after buckling occurs. The results show
that rotating the blade by this amount does not change the buckling wave location or
direction. However, the buckling wave magnitude is found to be higher for the blade
sections that have been rotated. It is also interesting to see that the displacement field is
almost identical between the rotated sections.
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(a)

(b) (c)

Figure 3.25: Displacement field (in m) at load level 73.9 kN for a) Default blade arrangement
with tip in the center (i.e no applied rotation) b) Rotation of 20 degrees towards
the pressure side c) Rotation of 20 degrees towards the suction side.

Load-displacement curves were generated in the same way as was explained in Section
3.3.1. Buckling occurs from a sudden large displacement with little or no increase in load.
To determine exactly when buckling occurs, the slope between each successive points on
the load-displacement graph was calculated. The largest sudden negative difference in
slope from a time step of 0, was chosen as the point when buckling occurs (shown in by
the orange dot in Figure 3.26). The load applied on the plates at this moment in time is
the buckling load, and it was calculated to be 68 kN for the default section with tip lying
in the plate center, 60 kN for the blade rotated towards the suction side and 59 kN for
the blade rotated towards the pressure side. The lower buckling load from the rotated
sections was the expected result because the tip of these sections lie at a location on the
plate and so there is less internal resisting bending moment from the lower ”moment arm”
(vertical distance from the hinge line to the blade tip. Finally, the results again show that
there is not much difference in rotating the blade towards one side or the other, by the
same amount, as the results end up closely matching between the two configurations.
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Figure 3.26: Load-displacement diagram for the default blade arrangement with tip in the
center (i.e no applied rotation), rotated blade 20 degrees towards the pressure
side and rotated blade towards the suction side. In this order, the buckling
load was found to be 68 kN, 59 kN and 60 kN.

3.6 Analysis and Discussion

Generally good agreement was observed between the numerical results and the experi-
mental results. The buckling wave location in the numerical model matches very well with
what was seen in the experiment. The buckling wave appears very close to the end of the
blade section on the tip side. The Tsai-Wu failure criterion predicts failure to occur on
the pressure side of the blade, slightly below the adhesive bondline and at the boundary.
This agrees very well with the experiment because it corresponds with where the crack
initiated and propagated.

While the buckling wave in the eigenvalue buckling analysis was in the same direction as
the experiment, namely towards the suction side, the buckling wave was in the opposite
direction in the nonlinear static and dynamic analysis.

The convergence study showed that a characteristic length of 4 cm should be used for the
shell elements in order for the mesh to have sufficient accuracy while ensuring the model
to not be too computationally expensive. The dynamic implicit analysis was also found
to perform better than the other nonlinear analysis types. While the linear eigenvalue
buckling analysis was helpful for the convergence study, the complexity of the blade
section favors the use of a nonlinear analysis such as the dynamic implicit analysis in
quasi-static state. Other findings include the insensitivity of mesh density in the plates,
the high sensitivity of element type chosen in the blade section (S8R fares much better
than than the default S4 element), the insensitivity of the buckling location and shape
from small blade rotation, and the fact that the imperfections implemented need a very
high magnitude, at least 10 times greater than the common rule of thumbs, in order to
have an impact on the results of this model.
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Overall, the model appears to be good enough to be used in further investigations, namely
to move the buckling wave closer to the center of the blade section.



Chapter 4

Simulation of Full-Scale Blade Model
under LTT Loading

One important requirement of sub-component testing is to ensure that the local loading
condition of the area under investigation is equivalent to what is seen in the actual blade
structure (See DNV-GL guidelines in Section 2.1). Because sub-component testing of the
trailing edge is aimed as a partial substitute to full-scale testing, the loading introduced on
the sub-component section should therefore resemble the loading seen by the same region
during full-scale testing. According to [12], the blades are typically tested under two
flapwise and two edgewise load cases (see Figure 4.1). The particular load case relevant
to the current study of trailing edge buckling is the leading towards trailing edge (LTT)
load case since it is the load case that exhibits the highest level of compression loading at
the trailing edge. In this chapter, a finite-element simulation of the full-scale blade model
acting under LTT loading is performed. This simulation allows the comparison between
the longitudinal strain of the full-scale model, at any cross-sections, with the longitudinal
strain results from the sub-component simulation to verify that the loading condition of
the sub-component is equivalent to the loading condition of the full-scale test under the
LTT load case. This comparison is done in Chapter 5.

57
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Figure 4.1: Load case types and directions. The load case relevant to this study, the LTT,
is highlighted in blue.

4.1 Simulation Setup

The same full-scale blade model presented in Section 3.2 was used for this simulation.

The blade root was modeled as fixed, such as to follow the directions specified by the IEC
standard for full-scale testing of wind turbine blades. A node constrained in all degrees
of freedom was inserted at the root center and joined to the nodes making up the root
via a kinematic coupling constraint. Fully fixed boundary condition was then applied on
this node to effectively fix the whole blade root. The kinematic coupling constraint at the
root is shown in yellow in Figure 4.2 while the fully fixed boundary condition is shown in
Figure 4.3.

To apply the loads, nodes at the elastic center of 5 cross-sections along the blade were
inserted with fully constrained degrees of freedom and then joined to the blade skin via a
uniform structural distribution coupling. This is shown for one of the nodes by the orange
lines in Figure 4.2. The applied load locations and final magnitudes are shown in Table
4.1. All loads are linearly increasing with time in the simulation and they point towards
the trailing edge, more precisely the -x direction of the global blade coordinate defined at
the root, as shown by the yellow arrows in Figure 4.3. The location and final magnitudes
of the applied loads come from the LTT design load case provided by the manufacturer of
this blade. Finally, the structural distribution coupling represent the actuator locations
for the applied load.
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Figure 4.2: The kinematic coupling constraint used to link the central node to the root node
is shown in yellow while the uniform structural distribution coupling constraint
connecting the central node at z=13.12m to the blade skin is shown in orange.

Figure 4.3: The boundary conditions applied to the model. The central node at the root
is fully constrained while five point loads are applied on nodes located at cross-
section centers.

Table 4.1: Applied point loads for LTT load case.

Point Load # Distance from root (z coord.) [m] Magnitude [N]

1 13.12 32,010
2 18.60 25,340
3 25.04 28,640
4 30.51 11,430
5 33.09 2,890

Finally, a nonlinear static analysis was performed following the Newton-Raphson method.

4.2 Method for Obtaining Longitudinal Strain

The longitudinal strain is the result primarily sought for from this simulation. This is
because from this load case, the longitudinal strain is much higher in magnitude than
transverse strain and so it is less prone to subtle deviations coming from slight out of
plane displacement. The longitudinal strain on the skin can easily be compared between
full-scale and sub-component specimens at selected cross-sections. The method used to
obtain the longitudinal strain was quite involved and so the steps employed are carefully
explained in this section.
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A path was first created by individually selecting the nodes at a particular cross-section.
The path starts from the trailing edge node on the suction, goes all around the cross-
section and ends on the trailing edge node on the pressure side, as shown in Figure 4.4
for z=14 m. It was decided that enough nodes would be included in the path by only
selecting the nodes at the element corners as opposed to also selecting the nodes at the
mid-edges. The node ID’s from the selected nodes were automatically put in a list by
Abaqus. Then, since the input file generated by Abaqus lists all nodes in the model on
individual rows, and each row contains the node ID, the global x, global y and global
z coordinate of that node, the global coordinates of the nodes on the path were simply
found by scanning through (using the VLOOKUP function in Excel) the input file of the
simulation for the desired node ID’s and extracting their global coordinates.

Figure 4.4: Path at z=14 m.

The longitudinal strain on the outside surface of the cross-section was selected to be ex-
tracted for all nodes along the path. More specifically, this is the strain for the integration
point located at the bottom of ply 1, in the 1-direction. Figures 4.5 and 4.6 can help show
exactly why this specific strain was chosen. Figure 4.5 shows that the cross-section is com-
posed of many different sections each having its own composite properties. For all these
sections, the (positive) material direction 3 consistently points towards the inside of the
cross-section, as shown by the red material axis in Figure 4.6 (left). As shown from the
composite stack up of the indicated section, the reference plane is on the outside surface
of the cross-section. This is clear from matching the corresponding material axis 3. Ply 1
is therefore on the outside surface of the cross-section and the bottom integration point
is the outermost location where strain is computed. The strain in the 1-direction is com-
puted since it corresponds to the longitudinal strain. The specific strain chosen is not so
important as long as the same strain is extracted for the sub-component. One advantage
of choosing the outermost strain, however, is that selecting layer-1 bottom is consistently
the outermost strain across all sections and so it prevents any potential mismatch. Fi-
nally, the strain at load level 20% of the full magnitude was chosen to be extracted for
comparison with the strain distribution from the sub-component. This is chosen because
the assessment of the load distribution between full-scale and sub-component is better
done at low load levels (in the linear response) in order to prevent any geometric nonlinear
effects.
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Figure 4.5: Cross-section between z=14 m and z=14.2 m colored by sections (each having
different layup and materials defined).

Figure 4.6: On the left, cross-section between z=14 m and z=14.2 m showing the material
axis definition. On the right, the lay-up for the top section as shown from the
arrow. The reference plane is shown by the grey surface and the blue points are
the integration points (3 per ply).

It is worth mentioning how strain is computed at the nodes following the path. It is
well known that in the finite-element method, displacement is computed at each node
while strain is computed at Gaussian points within the element. The strains found at
the nodes making up the path are therefore extrapolated from the values at the Gaussian
points. This situation is slightly more complex when a node falls at the intersection of
two or more sections (with different composite properties and therefore stiffness values).
By default, Abaqus extrapolates the strains to a central node that intersects two or more
sections, separately, as shown in Figure 4.7a [42]. It therefore takes the average across
elements but only if they fall under the same section. This results in two or more different
strains values for the central node in this example. When the option called “Use Section
Boundaries” is turned off (see Figure 4.7b), Abaqus also takes the average across different
sections and so it can be thought of as taking the average of those multiple strain values
at the central node. This gives one final strain result at that node.
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(a) (b)

Figure 4.7: a) Four 8-noded elements in which two elements are from one section while the
other two are from another section. The nodes are represented by the blue dots
while the Gaussian points are represented by the Green dots. a) The default
case in which the strains are extrapolated to the central node separately in both
sections, giving two different strain values at the central node. b) The case in
which the option section boundary is turned off. This allows the strain value
of the central node to be averaged between the strains computed at Gaussian
points from different sections, therefore resulting in one strain value at the
central node.

Whether the Section Boundary is turned on or off can have quite a large outcome on the
raw results extracted from Abaqus. For example, Figure 4.8 shows the difference in strain
results with this option turned on or off. This is taken at Z=14 m which is an example of
a worst case scenario since nodes on the path are surrounded by elements of 4 different
sections (Figure 4.9).

(a) (b)

Figure 4.8: a) Longitudinal strain at 20% load along the path at z=14 m vs. x-location,
with section boundary turned ON. b) Longitudinal strain at 20% load along the
path at z=14 m vs. x-location, with section boundary turned OFF.
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Figure 4.9: Pressure side of the blade showing the different sections. Each sections has its
own layup and material defined. The transition shown in the z direction occurs
at z=14 m.

While turning the “Section Boundary” option OFF appears like an adequate method
to obtain averaged strain results, the strains were also manually averaged to verify that
Abaqus processed the results as expected. For the cross-sections that do not appear right
in between two different sections in the z-direction, so cases other than the situation at
z=14 m for example, the two strains obtained at single nodes were manually averaged.
When the cross-section does happen to be at the intersection of different sections along
the blade length, then the strains were found at paths 0.05 m before and 0.05 m after the
intended cross-section, and the results were then averaged to find the strains between the
two paths (and this is done after averaging the averaging the two strain results appearing
at some of the single nodes in each individual path). For example, the strains were found
at z=13.95 m and at z=14.05 m, and when two strains were given at a particular node
then these were first averaged. The strains at on those two paths were then averaged in
order to find the strains at z=14 m.

4.3 Results

4.3.1 Global Deformation and Longitudinal Strain Field.

The deformation field under 100% load is shown in Figure 4.10 while its associated lon-
gitudinal strain on the outermost ply is shown in Figure 4.11. Both figures also display
the undeformed shape, in grey. The deformation field looks quite reasonable. The strain
is in tension at the leading edge and in compression on the trailing edge, with the highest
magnitude being close to the root, as expected.
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Figure 4.10: Deformation field under 100% LTT loading. The undeformed blade is shown
in grey.

Figure 4.11: The longitudinal strain field (E11) on the outermost ply and outermost inte-
gration point (Ply-1 bottom) under 100% LTT loading. The undeformed blade
is shown in grey.

4.3.2 Results Between Automatic and Manual Averaging of Strain

As mentioned in Section 4.2, the longitudinal strain values at nodes intersecting one
or more sections was either averaged automatically within Abaqus by turning off the
Section Boundary option or the more than one strain values extracted at those nodes
were manually averaged. The results from both methods are compared at cross-sections
14 m, 18 m and 24 m in Figure 4.12, Figure 4.13 and Figure 4.14, respectively. The results
show that there is an extremely good match in strains between the two methods at
z=14 m. However, the results between the two methods at z=18 m and z=24 m appear to
differ slightly at the trailing edge. A few points from the automatic method appears to
be slightly off. For example, there appears to be a discontinuity on Figure 4.13, near the
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trailing edge because when following the path starting at the trailing edge on the suction
side, the strain goes down and up again (see 3rd data point). This very unexpected
dip suggests that the automatic averaging by Abaqus seems less robust than manual
averaging. It is worth pointing out that these three cross-sections happen to be between
different sections in the z-directions (as was represented in Figure 4.9), hence it can be
seen as a worst case scenario since the averaging is done over the most strain results.
A comparison done at three cross-sections that do not fall between two sections in the
z-direction actually showed a perfect math between the two methods up to 5 significant
figures. One likely cause for the difference in strain results between the two methods at
14 m, 18 m and 24 m is that for those sections, the strains were manually averaged from
paths 5 cm before and after this cross-section and so the averaging was done over different
nodes for these cross-sections while Abaqus automatically averages the strain from the
Gaussian points that fall right around the intended cross-section. For other paths that
do not fall at the intersection of different sections in the z-direction, the strains that are
manually averaged only come from the Gaussian points around the desired points, hence
this is probably the reason why the match is much better.

In conclusion, the automatic averaging method (from surrounding Gaussian points) per-
forms more poorly than manually averaging (from surrounding nodes) in instance where
the nodes fall between 4 different sections. No difference can be seen when nodes fall
between 2 sections only because, in this case, the manual averaging also only considers
nearby Gaussian points and so the method is essentially the same. Since the results of
this section are from paths in which certain nodes fall between 4 different sections, the
manually averaged strain results are used for the remaining of the section. It is still im-
portant to note how small the differences are in retrospect. The worst case difference is
at around 1.5% difference and so choosing the strains from one method over the other do
not drastically change the upcoming analyses.
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(a) (b)

Figure 4.12: a) Longitudinal strain at 20% load along the path at z=14 m vs. x-coordinate.
b) Longitudinal strain at 20% load along the path at z=14 m vs. y-coordinate.

(a) (b)

Figure 4.13: a) Longitudinal strain at 20% load along the path at z=18 m vs. x-coordinate.
b) Longitudinal strain at 20% load along the path at z=18 m vs. y-coordinate.
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(a) (b)

Figure 4.14: a) Longitudinal strain at 20% load along the path at z=24 m vs. x-coordinate.
b) Longitudinal strain at 20% load along the path at z=24 m vs. y-coordinate.

4.3.3 Longitudinal Strain vs. Z-Location

Figure 4.15, demonstrates the strains results at the three cross-sections analyzed in a
single plot. Two important behaviors can be assessed from this figure. First, there is
a clear decrease in strain magnitude as the cross-sections is taken farther out to the
tip. This is in agreement with the strain contour plot shown in Figure 4.11 and what is
expected from this load case. Second, there is a clear transition from a purely edgewise
load case to a combined edgewise and flapwise load case as the cross-section is taken
closer to the blade tip. This can be clearly seen in plot b) where the chordline becomes
oriented away from the y-axis and also in plot a) from the ovalisation that occurs for the
smaller cross-sections. The ovalisation effectively shows that the strains on the pressure
side and suction sides are different, therefore indicating that a flapwise bending moment
is also exerted on the section. The observation of combined loading can be attributed
to exerting the external forces on the blade purely in the -x global direction on a blade
that has a small amount of twist. This has the consequence of pointing the trailing edge
increasingly away from the -x global direction from root to tip.
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(a) (b)

Figure 4.15: a) Manually averaged longitudinal strain at 20% load along the paths at
z=14 m, z=18 m, z=24 m vs. x-coordinate. b) Manually averaged longitu-
dinal strain at 20% load along the paths at z=14 m, z=18 m, z=24 m vs.
y-coordinate.

4.3.4 Longitudinal Strain vs. Load Levels

The analysis in this section considers the strain output under 20% of the full LTT load in
order to prevent any nonlinear effects such as buckling or the Brazier Effect for example.
Figure 4.16 shows a comparison of the longitudinal strain at z=14 m between 20% load
and 100% load. The strain magnitude is seen to be much greater under 100% load,
however, it is difficult to assess the difference in distribution. For better comparison, the
strain magnitude of the 100% loading was scaled down by a factor of 5. The outcome is
portrayed in Figure 4.17. The strain distribution is seen to be slightly out of shape under
100% loading, especially at the trailing edge on the suction side where a small kink is
located. This observation demonstrates that using a smaller load like 20% LTT is a more
sound approach than using a higher load in order to factor out any nonlinear effect in the
upcoming comparison of load distribution with the sub-component approach.
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(a) (b)

Figure 4.16: a) Automatically averaged longitudinal strain along the path at cross-section
z=14 m, under 20% and 100% LTT loading vs. x-coordinate. b) Automatically
averaged longitudinal strain along the path at cross-section z=14 m, under 20%
and 100% LTT loading vs. y-coordinate.
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(a) (b)

Figure 4.17: a) Automatically averaged longitudinal strain along the path at cross-section
z=14 m, under 20% and scaled-down 100% LTT loading vs. x-coordinate.
b) Automatically averaged longitudinal strain along the path at cross-section
z=14 m, under 20% and scaled-down 100% LTT loading vs. y-coordinate.

4.3.5 Verification of Results With a Different Model

The strain results were compared with the results obtained by another model of the same
blade. This model was created by a researcher from IWES Fraunhofer, Malo Rosemeier,
with the finite-element package ANSYS. The comparison was made at cross-sections of
z=14 m, z=18 m and z=24 m and can be seen in Figure 4.18, Figure 4.19 and Figure 4.20,
respectively. Note that the results from ANSYS come from a fully linear simulation and
the results shown are simply the strain results under 100% load divided by 5. The results
are seen to match very well. The small differences are likely due to minor differences in
the modeling of the blade. Hence, this comparison provides an increased assurance that
the results are not affected by significant simulation mistake by the author the present
work or from any weaknesses in the Abaqus model.
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(a) (b)

Figure 4.18: a) Automatically averaged longitudinal strain along the path at cross-section
z=14 m, under 20% LTT load, from ANSYS and ABAQUS vs. x-coordinate.
b) Automatically averaged longitudinal strain along the path at cross-section
z=14 m, under 20% LTT load, from ANSYS and ABAQUS vs. y-coordinate.
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(a) (b)

Figure 4.19: a) Automatically averaged longitudinal strain along the path at cross-section
z=18 m, under 20% LTT load, from ANSYS and ABAQUS vs. x-coordinate.
b) Automatically averaged longitudinal strain along the path at cross-section
z=18 m, under 20% LTT load, from ANSYS and ABAQUS vs. y-coordinate.
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(a) (b)

Figure 4.20: a) Automatically averaged longitudinal strain along the path at cross-section
z=24 m, under 20% LTT load, from ANSYS and ABAQUS vs. x-coordinate.
b) Automatically averaged longitudinal strain along the path at cross-section
z=24 m, under 20% LTT load, from ANSYS and ABAQUS vs. y-coordinate.
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Chapter 5

Comparison of Local Loading
Between Full-Scale and

Sub-Component

In this chapter, the sub-component modelling methodology from Chapter 3 is applied to
three blade sections that are to be tested experimentally with the sub-component test rig
at DTU. The longitudinal strain on the cross-section located at the middle of the specimen
is compared with the longitudinal strain field at the same cross-section on the full-scale
blade, as was demonstrated in Chapter 4. This is to verify that the load introduction in
the sub-component is similar to what is seen in the full-scale model.

5.1 Description of the Blade Sections

DTU obtained blade sections of 3 m in length from SSP 34 m blades at three locations
along the blade to be tested experimentally in its sub-component test rig. These locations,
as displayed in Figure 5.1, are from 13 to 16 meters, 19.25 to 22.25 meters and 17.9 to
20.9 meters. For convenience, theses sections will be referred to in the remaining of
the report by their mid cross-section location of 14.5 m, 19.4 m and 20.75 m. These are
also the locations where strain will be compared between full-scale and sub-component.
Unlike the specimen presented in Chapter 3, these specimens have not been cut in the
transversal direction yet. The optimal location of the cut within the cross-section needs
to be determined, see Figure 5.2.

75
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Figure 5.1: The 3 blade sections to be tested experimentally and numerically.

Figure 5.2: Example of one of the blade sections. The transverse cut location needs to be
decided.

5.2 Methodology of the Transverse Cut

The test rig built by DTU is meant to apply compressive loads only because it is more
simple than apply both compressive and tensile loads on a cross-section boundary. The
compressive load starts from zero at the hinge line and grows linearly up to the top of
the plate. The idea then is to cut the specimen in such a way that its expected zero
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strain axis from full-scale LTT loading aligns with the bottom of the test set-up where
the compressive strain is zero.

In order to predict where the zero strain axis lies for these sections, the longitudinal
strain was extracted at cross-sections located at z=14.5 m, 19.4 m and 20.75 m in the full-
scale model under LTT loading, following the same methodology explained in Section 4.2.
Both manual averaging and automatic averaging of the strains were done. The results
were found to be almost identical, matching up to 4 significant figures. Figure 5.3, Figure
5.4, and Figure 5.5 shows the longitudinal strain from automatic averaging vs. x and y
coordinates at z=14.5 m, 19.4 m and 20.75 m. The strain vs. x coordinate plots shows
where in the cross-section the strain becomes zero, and the closest data point to this zero
strain location is indicated in red, on both pressure and suction sides. The coordinates
of those (red) nodes are shown in Table 5.1. The coordinates were then rounded to the
nearest centimeter for practicality reasons since the blades will be manually cut.

(a) (b)

Figure 5.3: a) Longitudinal strain at 20% load along the path at z=14.5 m vs. x-coordinate.
The closest points to zero strain on the pressure and suction sides are shown
in red. b) Longitudinal strain at 20% load along the path at z=14.5 m vs.
y-coordinate.
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(a) (b)

Figure 5.4: a) Longitudinal strain at 20% load along the path at z=19.4 m vs. x-coordinate.
The closest points to zero strain on the pressure and suction sides are shown
in red. b) Longitudinal strain at 20% load along the path at z=19.4 m vs.
y-coordinate.
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(a) (b)

Figure 5.5: a) Longitudinal strain at 20% load along the path at z=20.75 m vs. x-coordinate.
The closest points to zero strain on the pressure and suction sides are shown
in red. b) Longitudinal strain at 20% load along the path at z=20.75 m vs.
y-coordinate.

Table 5.1: Coordinate of the closest points to strain of zero and rounded values later used
in the model.

Section Pressure Side Suction Side

x-coordinate [cm]; longitudinal strain [-]
Real Approximation Real Approximation

14.5 -11.16; 2.23E-06 -11; 0 -7.10; 2.98E-06 -7; 0
19.4 -13.10; -3.52E-07 -13; 0 4.70; 8.37E-07 5; 0
20.75 -13.55; 3.69E-07 -13.5; 0 7.36; 1.48E-06 7; 0

The blade section models were cut at their respective (rounded) x-coordinate specified in
Table 5.1 on the pressure and suction sides through the whole length of the specimen. The
cut specimens can be seen in Figure 5.6, Figure 5.7 and Figure 5.8. One big assumption
from this method is that it assumes that the computed zero strain location in the middle
of the section also hold true along the whole length of the sub-component section. The
appropriateness of this assumption was verified by computing the zero strain x-location
at z=13 m and z=16 m. The difference was found to be very minor, being less than 1 cm,
and is not very significant compared to the accuracy at which the specimens can be cut.



80 Comparison of Local Loading Between Full-Scale and Sub-Component

Figure 5.6: Cut 14.5 m section.

Figure 5.7: Cut 19.4 m section.

Figure 5.8: Cut 20.75 m section.

5.3 Simulation Set-Up

The analysis followed the same modelling approach as explained in Section 3.2, with the
exception of the following details:

1. A choice had to be made regarding the characteristic length to use for the shell
elements of the sub-component sections. The question is whether it is better to use
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a characteristic element size of 4 cm since the mesh convergence study in Chapter
3 showed this element size to give converged results, or if it is better to use a
characteristic length of 5 cm so that the strain comparison is done with the full-
scale and sub-component models having the same mesh density. The analysis was
done using both mesh densities to see how it would affect the results and it turns
out that the strain results match up to 3 significant figures. The reason why the
results match here but differed slightly in the mesh convergence study is probably
because the strains are extracted at a very light load, much lower than the buckling
load used in the convergence study. Hence, it was found that it does not matter
whether 4 cm or 5 cm characteristic length is used for the strain comparison analysis
but it does matter for buckling analyses. Since in this chapter, using 4 or 5 cm does
change the results, shell elements having characteristic lengths of 5 cm were chosen
in order for the sub-component and full scale models to have the same mesh density.

2. The plate characteristic lengths were kept at 5 cm to be on the same scale as the
blade mesh density such as to minimize any interface problems that could arise
from having low and high mesh density parts in contact with each other. To reduce
computation time, an attempt was made at using rigid shell elements as opposed to
3D hexahedron solid elements in the plates. However, it led to many solver errors
or even unwanted displacement at the bottom of the plate. The simulation had to
move on and so the 3D solid elements were kept.

3. The way the blade was cut in relation to the already present partitions made it
impossible to mesh the whole part with only quadrilateral elements. The Abaqus
mesh settings were changed such that it can use triangular elements when necessary.

4. Due to how the blade sections are cut, aligning the plates with the transversal cut
leads to the plates not being parallel to each other. This was fixed by making one of
the plate be parallel to the other plate. The compromise is that a slight portion of
the blade goes past the bottom of the plates. As shown in Figure 5.9, the difference
is extremely small however and such small rotation should not affect the results in
any significant way since it is much smaller than the angle used in the study of of
Section 3.5.

5. The plate width was adjusted in order to fully capture the blade sections closer to the
tip. A larger width is necessary due to the blade sections being significantly slanted
which is a direct causation of how it was cut (See Figure 5.9). The plate widths are
0.8 m, 1.2 m and 1.4 m for the 14.5, 19.4 and 20.75 sections, respectively. Changing
the plate width has no direct consequence on the model other than increasing the
number of elements in the plate, therefore resulting in slightly longer solving time.

6. The boundary condition at the bottom of the blade sections restricting the x and
y motion were removed. A first simulation attempt did include these boundary
conditions but it was found to severely affect the strain distribution in the middle
section of the specimen near the cut. Hence, it affected the strain comparison
negatively and it was deemed unnecessary to keep them. An improved version of
the DTU test rig will not feature any contact other than the two large plates inducing
the bending moment and so it is adequate to remove these boundary conditions.
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7. The applied maximum load on the plates were set to 400 KN for the 14.5 section
and 200 kN for both the 19.4 and 20.75 sections. The specific value chosen does not
matter so much as long as it is greater than the failure load of the specimen by some
margin to capture the full load-displacement history. The same maximum loads are
used for the strain comparison analysis and buckling analyses of these sections.

Figure 5.9: X-Y view (i.e side view) of the blade section positioning in-between the two
plates.

The mesh properties of the three sections are shown in Table 5.2. The element type
STRI65 is a 6-noded triangular shell element and is automatically used by Abaqus as it
sees fit in order to obtain a satisfactory mesh.
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Table 5.2: Mesh details of the 3 blade section assemblies for the strain comparison analysis.

Section Part Element Type Char. Element Size [m] # Elements # Nodes

14.5 Composite S8R 0.05 4,956 15,159
STRI65 0.05 2

Glue C3D8I 0.01 4,800 10,836
Plates C3D8I 0.05 5,120 6,970

Total: 14,878 32,965

19.4 Composite S8R 0.05 4,278 13,099
Glue C3D8I 0.01 4,800 10,836

Plates C3D8I 0.05 7,680 10,250
Total: 16,758 34,185

20.75 Composite S8R 0.05 4,020 12,315
Glue C3D8I 0.01 4,800 10,836

Plates C3D8I 0.05 8,960 11,890
Total: 17,780 35,041

The nonlinear static analysis following the Newton-Raphson method was used to compute
the strains in this chapter. Since the results are taken at such low load increment, the
robustness of the dynamic solver is not needed. The solving time and results file size are
therefore minimized. The settings for nonlinear static analysis is the same as presented
in Section 3.2.

5.4 Results

The longitudinal strain results of the sub-component was extracted on a path located
in the center of the specimen. This was done in the same way as the extraction of the
longitudinal strain of the full-scale blade (Section 4.2). With the aim of comparing the
strain distribution between the full-scale blade and the sub-component, the strain from
the sub-component should be extracted at a load level that will yield strain results of the
same magnitude as with the full-scale blade magnitude. This load level is not known in
advance and so the following method was created and used to approximate this load:

1. Extract the strain at two load percentages of the full load, one that yields strain
results with higher magnitude than the strain from the full-scale blade at 20% loading
and the other with lower magnitude. Since strain is extracted at every 10% of the full
load, the two load levels should follow (i.e 20% and 30%). Use the automatic averaging
from Abaqus.

2. Define a scaling factor that makes the average strain between the two trailing edge
points (one at the pressure side tip, the other on the suction side tip) be equal between
the full-scale and sub-component. It can be expressed in equation form as:

Scaling Factor =

[
1
2(E11,sstip + E11,pstip)

]
Sub-Component[

1
2(E11,sstip + E11,pstip)

]
Full-Scale

(5.1)
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3. By using Equation 5.1, find the scaling factors from the lower load level and the higher
load level on the sub-component.

4. Multiply the longitudinal strain from each load level by their respective safety factors.

It turns out that for the three sections, the load level percentages 10% and 20% should
be used. For the 14.5 section, the maximum applied load is 400 kN and so the two load
levels to use are 40 kN and 80 kN. For the other two sections, the maximum applied load
on the plates are 200 kN and so the strain is extracted at load levels of 20 kN and 40 kN.

The longitudinal strain from the sub-component were also matched with the strains from
the full-scale blade under 10% LTT load, in order to see whether the match is better at
a lower load level.

A comparison of the scaled longitudinal strain results for the 14.5 section and full-scale
blade is shown in Figure 5.10 for 10% LTT load and in Figure 5.11 for 20% LTT load.
The results show that scaling from the lower or high load level turns out not to influence
the results. This suggests that the response of the sub-component structure under these
low load levels is highly linear. The match is almost identical at 10% and 20% LTT load
for this section. The fit is generally quite close, with the strain magnitudes being slightly
lower than the strain on the full-scale blade on the pressure side and slightly higher on
the suction side. It is interesting to note that the sub-component sees some slight tension
at the zero strain axis from the bending of the specimen.

In order to quantify the strain difference, a spline curve fit was applied through the strain
data from both sub-component and full-scale. The strain difference in this analysis was
decided to be computed for 20% LTT and for the sub-component strain at 80 kN. The
difference between the results from 10% LTT and 20% LTT, and 40 kN and 80 kN is so
small that it does not matter which is chosen. The fit through the data point is shown
in Figure 5.12a for the 14.5 section where longitudinal strain is plotted against distance
along the path starting on the suction side tip and ending on the pressure side tip. The
strain was then extracted at 2 cm intervals on both curve fits, as shown in Figure 5.12b.
This then allows the comparison of the strain results at identical distances along the path.
The absolute difference is shown in Figure 5.13a. A negative absolute difference means
that the sub-component strain is more negative (therefore more compressive) than the
full-scale strain. The location along the path where no comparison can be made is left
blank. The relative difference was then calculated using the formula

Rel. diff. [%] =
E11,sub − E11,full

E11,full
(5.2)

along the path. This gives the curve shown in Figure 5.13b for the 14.5 section. This
formulation has the weakness of having the relative difference go up dramatically when
the denominator is very small, meaning that the strain values are very small. To mitigate
this problem, the relative difference was calculated once more in what we call the adjusted
relative difference from the formula:

Adj. Rel. diff. [%] =
E11,sub − E11,full

[E11,full]high
(5.3)
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where [E11,full]high is a high magnitude strain value that is used for the relative difference
calculation along the the whole path. For the 14.5 section, the most compressive strain
along the path was used (i.e at 0.28 m). This means that the relative difference at 0.28 m
is the same on both the original and the adjusted relative different diagram. A positive
relative difference means that the sub-component strain has higher magnitude than full-
scale strain. Figure 5.13c shows that the relative strain difference along the path for the
14.5 section stays below 6.5% suggesting a very good match.

14.5 Section

(a) (b)

Figure 5.10: a) Longitudinal strain at 10% load along the path at z=14.5 m vs. x-coordinate
for full-scale blade and sub-component section, the latter scaled from both
40 kN and 80 kN. b) Same strain results vs. y-coordinate.
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(a) (b)

Figure 5.11: a) Longitudinal strain at 20% load along the path at z=14.5 m vs. x-coordinate
for full-scale blade and sub-component section, the latter scaled from both
40 kN and 80 kN. b) Same strain results vs. y-coordinate.
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Figure 5.12: a) Spline fit through longitudinal strain data points at 20% load along the path
at z=14.5 m for full-scale blade and sub-component section scaled from 80 kN
b) Points generated on the curve fit at constant interval of 2 cm.



5.4 Results 87

0 1 2 3 4 5

Path Distance [m]

-3

-2

-1

0

1

2

3
A

b
s

o
lu

te
 D

if
fe

re
n

c
e

, 
E

1
1
 [

-]
×10

-5

(a)

0 1 2 3 4 5

Path Distance [m]

-100

-80

-60

-40

-20

0

20

40

R
e

la
ti

v
e

 D
if

fe
re

n
c

e
, 

E
1
1
 [

%
]

(b)

0 1 2 3 4 5

Path Distance [m]

-8

-6

-4

-2

0

2

4

6

8

A
d

ju
s

te
d

 R
e

la
ti

v
e

 D
if

fe
re

n
c

e
, 

E
1

1
 [

%
]

(c)

Figure 5.13: The results are for the path at z=14.5 m a) Absolute longitudinal strain dif-
ference between full-scale blade and sub-component. b) Relative difference
between longitudinal strain of full-scale blade and sub-component. c) Ad-
justed relative difference between longitudinal strain of full-scale blade and
sub-component.

19.4 Section

The strain results for the 19.4 sub-component section is shown here. A comparison of
Figure 5.14 and Figure 5.15 shows that the match is better under 20% LTT loading.
The results in Figures 5.16 and 5.17 were therefore calculated for 20% LTT. The scaled
sub-component strain from 20 kN and 40 kN also appear identical and the one from 40 kN
was chosen for the relative difference analysis. The adjusted relative difference graph was
made based on the maximum strain at 0.64 m. The relative difference for this section is
below 10% and this suggests a good match.
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(a) (b)

Figure 5.14: a) Longitudinal strain at 10% load along the path at z=19.4 m vs. x-coordinate
for full-scale blade and sub-component section, the latter scaled from both
20 kN and 40 kN. b) Same strain results vs. y-coordinate.

(a) (b)

Figure 5.15: a) Longitudinal strain at 20% load along the path at z=19.4 m vs. x-coordinate
for full-scale blade and sub-component section, the latter scaled from both
20 kN and 40 kN. b) Same strain results vs. y-coordinate.



5.4 Results 89

0 0.5 1 1.5 2 2.5 3 3.5 4

Path Distance [m]

-4

-3

-2

-1

0

1

2

3
E

1
1
 [

-]
×10-4

Full-Scale Fit

Full-Scale Points

Sub-Component Fit

Sub-Component Points

(a)

0 0.5 1 1.5 2 2.5 3 3.5 4

Path Distance [m]

-4

-3

-2

-1

0

1

2

3

E
1
1
 [

-]

×10-4

Full-Scale Fit

Sub-Component Fit

(b)

Figure 5.16: a) Spline fit through longitudinal strain data points at 20% load along the path
at z=19.4 m for full-scale blade and sub-component section scaled from 40 kN
b) Points generated on the curve fit at constant interval of 2 cm.
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Figure 5.17: The results are for the path at z=19.4 m a) Absolute longitudinal strain dif-
ference between full-scale blade and sub-component. b) Relative difference
between longitudinal strain of full-scale blade and sub-component. c) Ad-
justed relative difference between longitudinal strain of full-scale blade and
sub-component.

20.75 Section

The strain results for the 20.75 section is shown in this section. A comparison of Figure
5.18 and Figure 5.19 shows that the match is better under 20% LTT loading. The results
in Figures 5.20 and 5.21 were therefore calculated for 20% LTT. The scaled sub-component
strain from 20 kN and 40 kN also appear identical and the one from 40 kN was chosen for
the relative difference analysis. The adjusted relative difference graph was made based
on the maximum strain at 0.4 m. The relative difference for this section is below 5% and
again shows a very good match in strain.
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(a) (b)

Figure 5.18: a) Longitudinal strain at 10% load along the path at z=20.75 m vs. x-
coordinate for full-scale blade and sub-component section, the latter scaled
from both 20 kN and 40 kN. b) Same strain results vs. y-coordinate.

(a) (b)

Figure 5.19: a) Longitudinal strain at 20% load along the path at z=20.75 m vs. x-
coordinate for full-scale blade and sub-component section, the latter scaled
from both 20 kN and 40 kN. b) Same strain results vs. y-coordinate.
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Figure 5.20: a) Spline fit through longitudinal strain data points at 20% load along the
path at z=20.75 m for full-scale blade and sub-component section scaled from
40 kN b) Points generated on the curve fit at constant interval of 2 cm.
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Figure 5.21: The results are for the path at z=20.75 m a) Absolute longitudinal strain dif-
ference between full-scale blade and sub-component. b) Relative difference
between longitudinal strain of full-scale blade and sub-component. c) Ad-
justed relative difference between longitudinal strain of full-scale blade and
sub-component.

5.5 Discussion

The results show that the longitudinal strain distribution on the specimens is very close
to the strain distribution seen by the blade under LTT loading. The sub-component test
set-up is therefore able to quite closely generate a loading distribution similar to a full-
scale test. The difference in strain, while small, may be caused by the simplification of
the applied moment on the sub-component specimen. Before demonstrating why that is,
Figure 5.22 should first be well understood.

The illustration of Figure 5.22 provides a detailed pictorial description of the difference in
loading acting on a given blade section between the full-scale LTT methodology and the
sub-component methodology. First, the root x and y-axis are the global axis of the blade
and are oriented as shown. As mentioned, the LTT loading condition consists of shear
forces acting in the -x direction. This in turn results in the bending moment denoted as
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MLTT about the y-axis. Because wind turbine blades are slightly twisted when going from
root to tip in order to more efficiently capture the energy from the wind, MLTT acts at an
angle with respect to the cross-section of the blade at a certain radial distance from the
root. Blade cross-sections have principal axis (which are axis at which the strain would be
zero along that axis if a moment was taken about that axis) that are generally oriented
as shown for an airfoil geometry [43]. Interesting fact, if this was a symmetric airfoil,
then the principal axis would be aligned with the chordline. This is because if an area
has an axis of symmetry, then that axis and an axis perpendicular to it would create a
set of principal axes [44]. The MLTT moment can then be broken down into components
in both principal axis. We call these Medge and Mflap. When bending occurs on an
unsymmetric cross-section at an angle from the principal axes, the neutral axis (which
means that strain is zero along that axis) is offset at an angle from both the bending
moment and the axis of symmetry. This is because the strain coming from Medge cancels
out with the strain from Mflap along this line. The derivation for the governing formulas
are shown in Section 6.5 of [44]. This explains why the neutral axis is more slanted from
the root y-axis and therefore also the principal axis when taking a cross-section farther
away from the root.

The sub-component test rig is designed such that the hinge should be aligned with the
neutral axis of the blade cross-section. The force acting on the plates creates a moment,
called Msub which is in the direction of the neutral axis and creates a triangular loading
as shown in Figure 5.22. The slight problem is that in this section, we are comparing
the strain results from MLTT and Msub but these are slightly offset from each other.
They are in fact off by a slight moment called, M , which is about the root x-axis. This
moment component does not affect the sub-component strain but does play part of the
full-scale strain. Perhaps this small moment M is contributing to a slight difference in
the sub-component strain and full-scale strain.

What is certain, however, is that the slight tensile strain at the bottom of the blade section
(i.e close to the neutral axis of the full-scale cross-section) that was found on all strain
comparison figures is attributed to resultant forces acting at a distance from the elastic
axis of the cut blade section. This is well explained by Figure 5.23. The resulting strain
distribution from the contribution of both moments gives a strain distribution that is
slightly tensile at the bottom of the section, while the upper portion is under compressive
loading.

Overall, there does not appear to be any clear trend in the location at which the strain
difference is higher between the sections. Other observations includes the fact that scaling
the sub-component strain from slightly lower or higher load levels does not affect the
results since the response is very linear at this load level. This is not true for the response
difference of the full-scale blade between 10% and 20% LTT load. While the distribution
appears very similar at 14.5, there are important differences in the response at 19.4 and
20.75. The strain matched better at 20% LTT over 10% maybe because of less potential
noise coming from a very low load and/or less initial response from when the load is
applied (i.e transient effects). In any case, it also preferable in the experiment for the
strain to not be measured at too low loading in order for the sensors to not see too much
noise, and also not to have the results be influenced by an initial response.
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Figure 5.22: Schematic showing a comparison of the moment acting acting on the section
under the full-scale LTT load case vs. the simplified moment acting on the
sub-component specimen.
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Figure 5.23: Schematic illustrating that the forces on the sub-component create two resul-
tant bending moments, one above and the other below the principal axis of
the blade. The contribution of each of these moments give the total strain
distribution shown.



Chapter 6

Buckling Analysis of the Three
Sections

In this chapter, buckling analyses are done on the 14.5, 19.4 and 20.75 sections by using
the numerical models from Chapter 5 and applying the knowledge gained from Chapter
3 in performing buckling analyses. The results will help predict the buckling behavior
of those sections but also allow determining which cases are prone to boundary effect
problems. This information will set the stage for analyzing how to shift the buckling
wave towards to middle of the specimen.

In Chapter 3, it was determined that using a characteristic length of 4 cm for the shell
elements give results that have sufficiently converged for the buckling analysis of the 27.5
section. This mesh density is applied to the three blade section and the mesh details are
found in Table 6.1.

Table 6.1: Mesh details of the 3 blade section assemblies for buckling analyses.

Section Part Element Type Char. Element Size [m] # Elements # Nodes

14.5 Composite S8R 0.04 7,441 22,678
STRI65 0.05 2

Glue C3D8I 0.01 4,800 10,836
Plates C3D8I 0.05 5,120 6,970

Total: 14,878 32,965

19.4 Composite S8R 0.04 6,080 18,555
Glue C3D8I 0.01 4,800 10,836

Plates C3D8I 0.05 7,680 10,250
Total: 16,758 34,185

20.75 Composite S8R 0.04 5,850 17,857
Glue C3D8I 0.01 4,800 10,836

Plates C3D8I 0.05 8,960 11,890
Total: 17,780 35,041
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6.1 14.5 Section

A buckling analysis was performed on the 14.5 section using the implicit dynamic solver.
The displacement history in the z-direction was extracted at two end nodes, one on the
tip side and the other on the root side, in order to calculate the end-displacement. See
Figure 6.1a for the location of the node on the tip side, in red. A load displacement
graph was then created from the displacement of the two end nodes, as shown in Figure
6.1b. The overlap of the curves indicate that both top ends of the section deform equally.
The buckling load was found to be 246 kN and was found using the method described in
Section 3.5.

(a) (b)

Figure 6.1: a) Location of node at which displacement is calculated for the load-
displacement diagram, in this case on the tip side. b) Load-displacement dia-
gram of the 14.5 section. The end-displacement is calculated in the z-direction.

The displacement field of the 14.5 section is shown in Figure 6.2, at three different times in
the load history. Figure 6.2a shows the displacement field at the buckling load of 245 kN,
the displacement field at the failure load of 246 kN (which is described soon) is shown in
Figure 6.2b and the displacement field at the final recorded instance (247 kN) is shown
in Figure 6.2c. The results show that the buckling wave develops approximately in the
middle of the specimen for this section.
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(a) (b)

(c)

Figure 6.2: These results are for the 14.5 section. a) Displacement field at buckling load. b)
Displacement field at failure load. c) Displacement field at last recorded step.

The Tsai-Wu criterion field in Figure 6.3a shows that material failure might occur first at
a load of 241 kN in the top region of the boundaries in grey. This is however likely a stress
concentration in the numerical model. Since the high stress concentration occurs in one
element, it would be wise to refine the mesh to assess whether it is simply a numerical
error from the interpolation within the element.

At a load of 247 kN, the material failure is shown to occur on both the suction side (Figure
6.3b) and pressure side (Figure 6.3c) right under the adhesive bondline at the buckling
wave location.
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(a) (b)

(c)

Figure 6.3: These results are for the 14.5 section. a) Example of stress concentration at
boundaries. b) Tsai-Wu failure criterion field at failure on suction side. c)
Tsai-Wu failure criterion field at failure on pressure side.

A closer look at the predicted failure on the pressure side suggests that transverse com-
pressive stress on ply-9 (the innermost ply) is the predominant stress on the pressure side
since the maximum transverse compressive stress at this load level is -1.412e+08 Pa which
exceeds the transverse compressive strength of -1.271e+08 Pa for the YE900 composite
material that makes this lamina (Figure 6.4a). On the suction side, the main driver for
failure is transverse tensile stress on ply-6. As shown in Figure 6.4b, the maximum trans-
verse tensile stress is 4.556e+07 Pa and this exceeds the transverse tensile strength of the
material EGL1600 which makes up this ply with a strength of 4.214e+07 Pa.
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(a) (b)

Figure 6.4: a) Transverse stress on pressure side of 19.4 section, showing compressive failure.
b) Transverse stress on suction side of 19.4 section, showing tensile failure.

An evaluation of the out-of plane shear stress was also performed in order to assess the
possibility of core shear failure on the specimen. This failure type turned out to be the
failure mode observed during full-scale LTT testing of the three SSP blades in the DTU
study. Figure 6.5 demonstrates that core shear failure does occur on the pressure side
of the blade, shown in red, from the out-of plane shear stress exceeding the core shear
strength of 1.1e6 Pa also at 247 kN.

Figure 6.5: Out of plane shear stress field of the 14.5 section at which core shear failure
initiates, in red.
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6.2 19.4 Section

Figure 6.6 demonstrates the load-displacement diagram for the 19.4 section. Both ends
of the section have a different load history curve, and it illustrates that the tip side has
a higher displacement than the root side. The buckling load was found to be equal to
117 kN, using the same method as for the 14.5 section.

Figure 6.6: Load-displacement diagram of the 19.4 section.

The displacement fields for the 19.4 section at buckling load (117 kN), failure load (119.5 kN)
and final recorded step (149.5 kN) are shown in Figure 6.7. The results show that the
buckling wave forms towards the pressure side, closer to the tip end of the section.
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(a) (b)

(c)

Figure 6.7: These results are for the 19.4 section. a) Displacement field at buckling load. b)
Displacement field at failure load. c) Displacement field at last recorded step.

Looking at the Tsai-Wu failure criterion shows that as for the 19.4 section, there is a
stress concentration near at the top boundary (See Figure 6.8a). The figure also shows
that material failure will occur on the pressure side of the buckling wave, below the
bondline, at 119.5 kN. After careful investigation, this failure is caused by high transverse
compression on the innermost ply of this region. Figure 6.8b demonstrates that the
maximum compressive stress in the transverse direction of this ply is -1.374e+08 Pa, which
is higher than the compressive strength in the transverse direction of -1.271e+08 Pa for
the YE900 composite lamina of this ply.



104 Buckling Analysis of the Three Sections

(a) (b)

Figure 6.8: a) Tsai-Wu failure criterion field at failure on the pressure side of the 19.4
section. b) Transverse stress on the pressure side of the 19.4 section, showing
compressive failure.

Core shear failure is expected on the pressure side of the buckling wave, shown in grey
on Figure 6.9, at a load of 120 kN.

Figure 6.9: Out of plane shear stress field of the 19.4 section at which core shear failure
initiates, in grey.
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6.3 20.75 Section

The load vs. displacement of both ends of the 20.75 section is presented in Figure 6.10.
Buckling is found to occur when the plates are loaded at 103 kN. The solver has more
difficulty finding equilibrium on this section, hence why there is a slight back and forth
movement of the plates.

Figure 6.10: Load-displacement diagram of the 20.75 section.

Figure 6.11, shows the displacement field of the 20.75 section at buckling load (103 kN),
at Tsai-Wu criterion material failure load (104 kN) and last recorded step (111 kN). The
buckling wave therefore appears in the middle of the specimen but then shifts towards
the tip side of the speciment as the load is increased.
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(a) (b)

(c)

Figure 6.11: These results are for the 20.75 section. a) Displacement field at buckling load.
b) Displacement field at failure load. c) Displacement field at last recorded
step.

The Tsai-Wu Failure criterion field shows failure on the top edge of the tip side and
slightly below the adhesive section on the pressure side of the buckling wave, as seen in
Figure 6.12a. Figure 6.12b, shows that like the 19.4 section, transverse compressive stress
is the driver for failure and this occurs in the innermost ply. Again, the ply that fails is
composed of the material YE900.
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(a) (b)

Figure 6.12: a) Tsai-Wu failure criterion field at failure on the pressure side of 20.75 section.
b) Transverse stress on the pressure side of 20.75 section, showing compressive
failure.

Core shear failure is expected on the pressure side of the buckling wave, shown in grey
on Figure 6.13, at a load of 104 kN.

Figure 6.13: Load-displacement diagram of the 20.75 section.

6.4 Discussion

A few general observations can be made based on the buckling results of the three speci-
mens.

1. The buckling wave points towards the pressure side of the blade for all three sections.
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2. As Figure 6.14a demonstrates, there appears to be a general trend that the location
of the wave center lies closer to the tip boundary edge as the section taken is closer
to the tip. However, the buckling wave location of the 20.75 section when a mesh of
4 cm is used does not follow this trend as it lies approximately in the center of the
blade section. It is quite surprising that this data point does not follow the trend.
Finer meshes of 3 cm and 2 cm were used to verify this observation and it showed
the same behavior. When a 5 cm mesh was used, it seemed like the buckle would
appear in the center up until it finally emerged on the tip side (see Figure 6.15). This
preliminary small deformation in one location and the buckling wave appearing in
another was only seen on the 20.75 section, suggesting that the buckling wave is not
so predictable for this section and the equilibrium struggles between two solutions.
The reason why it turns out to appear in the center of the section is not so clear but
one idea is that it might be influenced by the composite section distribution in this
blade sub-component. In any case, it does converge towards the other solution as
the load is increased. This interesting response is revisited later in this discussion
section.

3. Figure 6.14b shows that the buckling load goes down as the section taken lies closer
to the tip. This is because the section ”height” with respect to the plate is smaller
and so less force is needed to buckle the blade section due to less reaction moment.
These results are from using a 4 cm mesh for the shell elements, and using a 5 cm
do not change the results. It is therefore interesting to note that the buckling load
for the 20.75 section is the same between using a 4 cm mesh compared to a 5 cm
while the buckling location is completely different.

4. Ply failure according to the Tsai-Wu criterion and core shear failure are expected to
occur simultaneously right when the section buckles. This failure is expected on the
pressure side of the blade behind the buckling wave, right under the adhesive bond
line, for all three section. Ply failure occurs from compression in the transverse
direction to the fibers, in the innermost ply of the region. The results show that
failure might also occur at the top corner of the specimen from stress concentrations
but this might only be a numerical result from a mesh that is too coarse. Mesh
refinement is recommended to assess its effect on the results.

5. The blade section retains load bearing capacity after buckling, as seen on load-
displacement graphs, while the stiffness of the section goes down considerably. This
is as expected because the load normally taken on by the failed region is then covered
by other regions of the sections that can still carry some load.
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(a) (b)

Figure 6.14: a) Buckling wave location per section location. b) Buckling load per section
location. Note that the 27.5 section results (shown by a square) have also
been included even though it was cut differently from the other sections.

(a) (b)

Figure 6.15: Displacement field of the 20.75 blade section using a mesh with characteristic
lengths of 5 cm. a) Results at time step 5.181 b) Results at time step 5.199.
There is a sudden shift in maximum displacement location.

This analysis showed that there appears to be a trend where the buckling wave is off-
centered, and prone to boundary effects, for sections of the blade lying closer to the tip
of the blade, starting somewhere at a z-location of the middle of the section somewhere
between z=14.5 and z=19.4. However, the results from the 20.75 section are not so easy
to interpret because the solver appears to struggle in finding equilibrium between two
solutions. With the converged mesh, it initially picked the solution not following the
trend but later converged to the solution supporting the observed trend (Figure 6.11).
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What is clear, however, is that it is best to take the 19.4 section for upcoming analyses on
shifting the buckling wave towards the center. The results show that the 14.5 section is
known to already buckle in the center of the section, away from the ends, while the results
of the 20.75 section appear unpredictable due to the struggle between two solutions and
so it would not be a good choice for further analysis. The 19.4 section is therefore selected
for the analysis of Chapter 8.

It is not clear at this point what influences the buckle location. Knowing this information
might help in clarifying which solution is most likely to succeed in shifting the buckling
wave location and so an attempt at understanding the main factors that influences the
buckling location is investigated in great depth in the following chapter.



Chapter 7

Factors Affecting Buckling Wave
Location

Before trying to move the buckling wave towards the middle, it would be wise to first
try to understand what factors influence where the buckling wave will appear on a given
section. This would in turn provide great insights in determining which strategies should
be employed in shifting the wave. The buckling wave location could be attributed to
the geometry and/or the composite design of the section since these govern the blade
stiffness. The geometry and composite details are now investigated individually in order
to pinpoint any specific factor that greatly impacts the buckling wave location.

7.1 Inspection of the Blade Section Geometries

The results in the last chapter showed that the buckling wave is generated in some in-
stances in the center of the blade section (the 14.5 and one solution of the 20.75 section)
or close to the blade section boundary (the 19.4 section and one of the solutions of the
20.75 section). If it is believed that the trend from Figure 6.14a, is correct, then one
idea for why this trend occurs is the chord distribution. Perhaps, the chord distribution
along the blade section varies more for sections closer to the tip of the blade and so the
pronounced lower cross-sectional area on one side of the blade section means that it is less
stiff in this region, hence why it would be prone to buckle. On a similar note, perhaps it
is due to the difference in the distance between the suction side panel and the pressure
side panels of the blade cross-section between the two ends. Blades are designed more or
less as I beams and so a thicker profile means a larger moment of inertia and consequently
a greater bending stiffness (as covered in undergraduate mechanics of material courses).
The stiffer it is in bending, the less likely it would be triggered to buckle there. Thought
the other way around, buckling would most likely occur in a region with lower distance
between the plates, which we will also refer to as“thickness”. The thickness at a given
z-location is a function of both the chord length and of the profile (i.e shape) of the airfoil
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at that location. In order to verify these ideas, the blade cross-sections were plotted at
each ends of the three blade sections (Figure 7.1). For example, Figure 7.1a shows the
cross-section at both ends of the 14.5 blade section, namely at z=13 m and z=16 m.

(a) (b)

(c) (d)

Figure 7.1: a) Cross-section coordinates at the ends of the 14.5 section. b) Cross-section
coordinates at the ends of the 19.4 section. c) Cross-section coordinates at the
ends of the 20.75 section. d) Cross-section coordinates at the ends of the 27.5
section.

At first glance, Figure 7.1 demonstrates that the difference in either chord length, cross-
sectional area or even twist between the ends of each sections appears quite consistent
across the three sections. Figure 7.1a is also quite revealing because it shows that the
buckling wave occurred in the middle of the section even though the cross-sectional area
between the different ends of the 14.5 sections are very different. Here we assume that
the transition in cross-section from one end to the other end is quite linear. Blades are
typically created by lofting surfaces between different cross-sections spaced at a few meters
interval and so the transition is very linear. This particular blade was modeled this way
as well.

Figures might sometime be misleading, especially from scaling, so a more quantitative
approach is employed next. One factor to be specifically verified is the chord length
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difference. However, since only the trailing edge region of the cross-section is used in the
buckling test, a rough alternative is to compare the x-direction distance of the trailing
edge tip between the two end cross-sections (∆x in Figure 7.2), or look at the difference
in height (on the plates) where the trailing edge tip is located between the two ends of
the blade section (∆h in Figure 7.3). For the latter measurement, the point lying at the
center of the adhesive trailing edge tip is used (i.e same node as in Figure 6.1a). The
difference in distance between the pressure and suction side panels at both cross-section
ends was also computed for each section. For this rough calculation, this difference was
decided to be consistently computed at the mid-height of the root side (0.5hroot) as shown
in Figure 7.3.

The results are shown in Table 7.1. The relative difference of the measured dimensions
between the section ends are shown in Figure 7.4 against the section location. The results
show that as the section lies closer to the tip, there is a greater drop in what is analogous
to the chord length for these cut sections. Note also that the difference in results between
the x-coordinate and heights on plates methodologies for the 19.4 and 20.75 sections are
due to how the blade sections are slanted with respect to the plates. The reduction in
what is analogous to the thickness of the airfoil is much more drastic since it is both a
function of chord length and airfoil profile (which gets thinner towards the tip). While
the 14.5, 19.4 and 20.75 sections have similar thickness drop at around 30-35%, the 27.5
section has a much steeper drop in thickness from one end to the other. It sees a decrease
of around 50% in thickness. As explained earlier, this could have significant influence on
the bending stiffness distribution of the blade section.

While these results provide great information, they do not appear to give any clues as
to why for example the 14.5 section buckles in the middle while the 19.4 does not. The
results of the geometry found for the first 3 sections are not so different and so it is hard
to imagine that it would alone have such large effect on the buckling wave location. The
composite details from these sections should therefore also be checked and this is done
next.

Figure 7.2: Dimensions used in determining the absolute and relative differences in x-
coordinates. The 19.4 section is used for this example.
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Figure 7.3: Dimensions used in determining the absolute and relative difference in height on
the plates and distance between the panels. The 19.4 section is shown for this
example.

Figure 7.4: The percent decrease in trailing edge tip x-coord, trailing tip height on plate and
distance between the pressure and suction side panels at half the height on the
plate of the largest cross-section of the section, between the two cross-section
ends of the plate. The results for all 4 blade sections are shown.
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7.2 Inspection of the Composite Design

The blade is made out of different composite sections, each having specific number of
plies, types of materials and thicknesses. The trailing edge section is modeled as shown
in Figure 7.5.

Figure 7.5: Cross-section of the numerical model showing the six composite sandwich sec-
tions in the trailing edge region.

The two closest sections to the tip, on both pressure and suction panels, are composed of a
laminate construction and the next three sections are made out of a sandwich construction,
as indicated in Figure 7.5. A composite sandwich is the build-up from inserting a soft core
material in between two laminates (which are called faces when talking about sandwich
construction) in order to increase the moment of inertia of the structure, and hence its
bending stiffness (also called flexural rigidity). This is because the flexural rigidity, D, is
the product of the elastic modulus, E, and the moment of inertia, I. According to [45],
if one assumes a symmetrical lay-up of the faces (i.e both faces have the same thickness,
tf , and are made of the same materials and so both faces have the same elastic modulus,
Ef ), then the expression for the flexural rigidity of a sandwich with thin faces (tf << tc)
and weak core (Ec << Et) is approximately:

D =
Ef tfd

2

2
(7.1)

where d is the sum of the core thickness, tc, and the face thickness, tf . Most ordinary
engineering materials used in sandwich construction have a core/face thickness ratio lying
between 10 to 50 and a face/core modulus ratio between 50 to 1000, hence why the thin
face and weak core assumption is appropriate [45]. Expression 7.1 reveals that the flexural
rigidity is most dependent on the core thickness since it scales with a factor of two with
d and the core thickness makes up most of that value.

A high flexural rigidity means an increase in resistance of out of plane displacement,
therefore increasing the resistance to buckling. It is thus a good idea to examine the
sandwich construction of the 4 blade sections, especially core thickness as was found from
Equation 7.1. Figure 7.6 to Figure 7.9 depicts the composite sections of the 4 blade pieces.
The core thickness of the sandwich sections are indicated with colored labels. When going
towards the tip direction, the addition or removal of plies in the face is also indicated.
Note that by “one ply”, it means one ply in one face only, not in both faces.
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Figure 7.6 shows that the 14.5 section has a constant core thickness along the z-direction
in both pressure and suction side panels. This means that the flexural rigidity of the sand-
wich sections are quite constant throughout and so it supports the finding in the previous
chapter of the buckling wave occurring in the center of the section. This is reasonable
because the buckling wave would naturally stay away from the blade ends because the
fixed boundary conditions prevents out-of-plane deformation at those locations.

Figure 7.6: Core thickness of the sandwich sections on both sides of the 14.5 blade section.

On the other hand, it was found that the pressure side of the 19.4 section sees a drop
in core thickness of 33% about 1 m from the tip boundary (Figure 7.7). This is quite
a considerable difference. A simple calculation using Equation 7.1, demonstrates that
it equates to an approximate reduction in flexural rigidity of 56%. It therefore strongly
insinuates why the simulation showed the blade to buckle at this location.

Figure 7.7: Core thickness of the sandwich sections on both sides of the 19.4 blade section.

Interestingly, the 20.75 section has a 33% drop in stiffness on both pressure and suction
side panels, at different z-locations (as seen in Figure 7.8). This is in great accordance
with the previous finding of this blade section having two buckling wave solutions. The
location of these buckling waves also roughly match with where the relatively thinner
sandwich panels are located.
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Figure 7.8: Core thickness of the sandwich sections on both sides of the 20.75 blade section.

Finally, Figure 7.9 demonstrates that there is a region on the suction side panel near the
tip side that has a core thickness 33% lower than the rest of that panel. Again, this agrees
very well with where the blade section buckled in the simulations.

Figure 7.9: Core thickness of the sandwich sections on both sides of the 27.5 blade section.

In order to more confidently assess that the varying core thickness indeed changes the
buckling wave location, an extra test was performed. The idea is that if the core thickness
is made to be constant with respect to the z-direction in the 19.4, 20.75 and 27.5 sections,
then the buckling wave would be expected to shift and potentially lie in the center, such as
for the 14.5 section. For this test, the core thickness of the pressure side panel of the 19.4
section was made constant at [7.5mm, 15mm, 7.5mm], the core thickness of the suction
side panel of the 20.75 section was made constant at [10mm, 20mm, 10mm] and for the
pressure side panel at thickness [5mm, 10mm, 5mm] and finally, the suction side panel of
the 27.5 piece was made to have a core thickness of [7.5mm, 15mm, 7.5mm]. To conclude,
when there was a difference in core thickness on a given panel, the core thickness of the
smaller area was changed such that it matched the core thickness of the largest area of
that panel.
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(a) (b)

Figure 7.10: a) Displacement field of the 19.4 section with uniform core thickness on each
panels, right after buckling. b) Displacement field of the 20.75 section with
uniform core thickness on each panels, right after buckling.

Figure 7.10 reveals that the 19.4 and 20.75 sections do in fact buckle relatively close to
the center when their core thickness is constant. This is not true for the 27.5 section,
however, although the buckling wave did shift slightly towards the center (Figure 7.11a
and Figure 7.11b). Since the tip end also saw a ply drop of 0.867 mm, therefore lowering
Ef another test was done with this ply being added such that the face thickness is also
constant across the panel. Figure 7.11c shows that this further shifted the wave towards
the center. It demonstrates that the face thickness can also have an important influence
on the buckling wave location. This becomes more important when the core thickness is
lower, which is exactly the case here.
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(a) (b)

(c)

Figure 7.11: Displacement field of the 27.5 section at buckling load a) Original blade sec-
tion without modifications of the composite sandwich. b) Blade section with
uniform core thickness on each panels c) Blade section with uniform core and
face of the composite sandwich of both panels.

7.3 Discussion

We can conclude that since the buckling wave location of the 27.5 section does not lie
in the center of the blade section after making all sandwich constructions be invariant
with respect to the z-direction, geometrical effects do also play a role and is especially
prominent for this specific section. Looking back at Figure 7.4 does show the distance
between panels to go down significantly more from one end to the other for the 27.5
section compared with the other blade sections. It is believed to be the reason why the
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buckling wave location of the 27.5 section still lies closer to the tip after the composite
property differences are ruled out, while it does not happen for the other sections. It also
seem to confirm why the buckling wave of the 27.5 section was so close to the tip end in
the first place. This would be due to seeing significant effects from both the geometry
and composite design.

A very important point to talk about is the comparison of the core thickness distribution
seen in the model vs. in a real blade. While the model showed a very significant step
change in core thickness at certain locations along the z-direction, this is not how it looks
in a real blade. Typically, core sheets of constant thickness are separated by smaller
transition core pieces that linearly go from one thickness to the other. The tapering of
these transition sections are suggested to fall in between 1:3 to 1:10 according to [46]. The
abrupt jump in core thickness in the model used is not ideal and could significantly affect
any analysis to precisely shift the buckling wave. This model was fine for simulations
involving the entire blade but is not recommended for analysis on a small section of
the blade. It is recommended that the model be updated so as to have more steps in
the transition regions or to instead use tapered shell elements or solid elements in these
regions.

On a side note, the pressure side panel was found to always have a lower core thickness
than the suction side panel. This, along with the curvature of the blade section, might
explain why the blade sections always buckle towards the pressure side.

The main concluding remarks of this chapter are:

• Core thickness distribution greatly influences where the blade will buckle. This
is because it is the variable that most affects the flexural rigidity of sandwich con-
structions and the majority of the pressure and suction panels are made of sandwich
constructions.

• Face thickness and modulus also has an impact on flexural rigidity of sandwich
structures but it is more relevant when the core thickness is smaller, such as for
blade regions closer to the blade tip (i.e farther in the z-direction).

• Geometrical effects also play a role in influencing the buckling wave location but
was seen to have a significant role only closer to the blade tip. This is likely because
the distance between the trailing edge panel decreases at a faster rate when going
from root to tip. This is explained from a reduction in chord length but also from
a steeper reduction in airfoil thickness to chord ratio towards the blade tip.

• It would be preferable to use a blade model that does not have such abrupt change
in thickness. While this blade model was appropriate for simulations involving the
entire blade, it is not so appropriate for the level of detail required in analyzing
relatively small sections of the full blade. The model could be improved by having
more composite sections, or to use tapered shell or solid elements when needed.

In the next chapter, an attempt is made at shifting the buckling wave towards the center
of the blade section.
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Chapter 8

Solutions to Translate the Buckling
Wave

In this chapter, a first attempt is made at shifting the buckling wave towards the center of
the section. The knowledge gained from this attempt, along with the information gained
in the last chapter are then used to devise and discuss future solutions that appear
promising.

8.1 Cutting Away a Section of the Blade

One idea to shift the buckling wave towards the center of the specimen is to reduce the
flexural rigidity of an intended region by cutting away a section of the blade. This method
was attempted on the 19.4 section since the buckling wave of this section is clearly near
one of the boundaries and because it was cut to have a strain distribution that matches
that of the full-scale blade under LTT loading. As was discovered in the last chapter, the
pressure side panel of the 19.4 has a region of approximately 1 m in length towards the
tip side that has considerably lower flexural rigidity due to a core thickness that is 33%
lower than the rest of the panel. The idea is then to cut away part of the region that
has higher flexural rigidity in order for the overall flexural rigidity to be more balanced
along the blade piece. The blade section was cut with the goal of having the buckling
wave as close as possible to the middle of the section while keeping the cut as far away as
possible from the trailing edge tip. After many iterations, a final design for the cut was
obtained (Figure 8.1). The cut was done in the z-x plane and cuts through both panels.
It is in the form of a trapezoid shape in order to minimize the amount of material taken
out close to the trailing edge tip and prevent a stress singularity that would have arisen
from a triangular cut. Fillets of 1 cm radius was also used at the the top two edges to
make the surface smoother and potentially alleviate stress concentrations.

123



124 Solutions to Translate the Buckling Wave

Figure 8.1: Location and dimension of the trapezoid cut in the 19.4 section. The cut was
done in the z-x plane.

Figure 8.2a demonstrates that the cut was able to make the blade buckle right in the
center of the section! The red dot is exactly at the middle and so this shows how well in
the center the buckling wave is. It is also worth mentioning the findings of similar cuts on
the buckling wave. If the cut is slightly shorter with a height of 95 cm, the buckling wave
hardly moves (Figure 8.2b). Cuts lower than 95 cm therefore also do not appear to have
any significant effect on the buckling wave location. Another finding is how the buckling
wave follows the cut when the cut is moved along the z-direction (Figure 8.2c).
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(a)

(b) (c)

Figure 8.2: a) Displacement field of the 19.4 section with final cut, at the buckling load of
99.0 kN. b) Displacement field with cut that has a height of 95 cm c) Displace-
ment field with cut of 100 cm height and shifted to the right by 75 cm. This cut
is slightly different with a base width of 50 cm and tip width of 5 cm.

The load-displacement diagram of Figure 8.3 shows that the buckling load for the specimen
with the cut is slightly lower than without the cut, at 99 kN instead of 117 kN. This
behavior is expected because the cut weakened the specimen.
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Figure 8.3: Load-displacement diagram of the 19.4 section with and without cut.

One potential drawback of this method is the likelihood of a stress concentration at the
cut tip. Figure 8.4 shows that the blade section would in fact be expected to fail at the
cut tip. This would happen right before the blade buckles, at a load of 97.6 kN. The main
problem here is that failure would not happen like it would if no cut was present. It is
not how the blade would fail in full-scale testing and in the field and so it defeats the
purpose of doing a sub-component test.

Figure 8.4: Tsai-Wu field for the 19.4 section with final cut, at a failure load of 97.6 kN.

Finally, the longitudinal strain was extracted at the middle cross-section and compared
with the longitudinal strain without the cut at a load of 20 kN. Figure 8.5 shows that the
section above the cut sees most of the load while the bottom section hardly sees any load.
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Scaling the strain with the full-scale LTT strains shows that the strain distribution from
the specimen with the cut is very off from the strain distribution of the full-scale LTT
(Figure 8.6).

(a) (b)

Figure 8.5: a) Comparison of longitudinal strain at 20 kN load along the path at z=19.4 m
vs. x-coordinate between cut and uncut specimen b) Same strain results vs.
y-coordinate.
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(a) (b)

Figure 8.6: a) Longitudinal strain at 20% load along the path at z=19.4 m vs. x-coordinate
for full-scale blade and sub-component section with cut, the latter scaled from
both 20 kN. b) Same strain results vs. y-coordinate.

The results clearly demonstrate that this cut is not a viable option. First, failure would
occur at a load slightly lower than the buckling load and second, the load distribution
on the section is not representative of what is seen during a full-scale test under LTT
loading. Perhaps only cutting a section of the pressure side panel would work better but
it appears like this method still has major problems. This cut shows that a gradual drop
in flexural rigidity would most likely work better than a sudden drop in flexural rigidity.
This would ensure that the load would not be concentrated in a particular region.

On a last note, this analysis might have been affected to a certain extent by the steep
transition in core thickness. This quite possibly made it harder for the buckling wave to
move past this boundary when cuts at 95 cm or lower were attempted. It is recommended
that this method be tried again with a more satisfactory model to see if better results
can be obtained.

8.2 Recommended Solutions to Attempt Next

Before attempting any new solutions, it is first recommended to update the numerical
model so that changes in thickness do not occur in one step. This would be done by
breaking the step change in multiple steps or using tapered shell or solid elements. Only
then will the model be able to reach the required level of preciseness to correctly evaluate
the upcoming proposed solutions.
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The findings from the previous chapter revealed that the buckling wave location was
greatly affected by an imbalance in flexural rigidity. To successfully move the buckling
wave towards the center, it would be good to balance this flexural rigidity. Now this
was done fictitiously, by increasing or decreasing the core thickness in the model. This is
however not a possible solution to apply on the physical blade sections. There are other
ways to increase the flexural rigidity. Equation 7.1 tells us that the face modulus and
thickness also affects flexural rigidity. One solution could be to apply over-lamination,
which is the addition fabric (i.e plies), on the sandwich panels that have lower core
thickness. This would physically be done via the method of hand lay-up. It would
be difficult in practice to over-laminate the inside of the blade and so a first numerical
simulation would look at over-laminating the exterior surface only. In the numerical
model, plies would be added until the simulation shows the buckling wave to lay at the
center of the section.

An alternate proposed solution to try would be to cut the specimen once again but in an
extended horizontal fashion at about the mid-panel height. This cut would be located on
the composite section having greater core thickness than the rest of the panel in order to
reduce its flexural rigidity. The height of the cut would be the main optimized variable in
order to effectively tune the flexural rigidity so that it becomes leveled along the specimen.
For example, the cut could look like shown in Figure 8.7 on the pressure side of the 19.4
section. The figure also shows where over-lamination would be applied.

Figure 8.7: Example of proposed solutions to try on the pressure side panel of the 19.4
section.

Both methods would inherently account for any geometrical influence as well since the
end goal is for the tuning to make the wave lie in the center. The great advantage from
this methods is that it employs a fine tuning process that smoothly changes the flexural
rigidity along the plate instead of implementing a drastic change such as shown by the cut
attempted earlier in this chapter. This would make the longitudinal strain distribution
likely remain quite close to the distribution from the full-scale blade under LTT loading.
A combination of both methods could even be attempted.

Finally, perhaps future blade sections for sub-component testing of the trailing edge under
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compression loads could be chosen more carefully such that they do not include any vari-
ation in core thickness, such as the 14.5 section in this analysis. This would automatically
remove the highest factor in making the buckling wave lie away from the center. If it is
not already predicted to be at the center, then it would still be easier to shift than if a
varying core thickness was present.

To summarize, the two proposed solutions are:

• Over-lamination of areas that have lower core thickness.

• Horizontal cut at about the mid-height of the blade section in the region of higher
core thickness.
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Conclusion

This research project uncovered many different findings that could be beneficial to the
development of sub-component testing for cut-out wind turbine blade trailing edge sec-
tions. An attempt is made at listing the most important findings in an organized manner
by first explicitly answering the sub-questions that were formulated at the end of Chapter
2, and then by answering the main research question of this research project.

Research sub-questions:

1. Which modeling methods and settings are recommended for successfully simulating
the buckling test?

(a) Out of the linear eigenvalue buckling analysis, the non-linear static with Newton-
Raphson formulation, the nonlinear static analysis with Riks formulation and
the quasi-static analysis using the dynamic solver, the dynamic solver per-
formed best. The small damping terms in its formulation provides greater
stability.

(b) A mesh convergence study showed elements with characteristic element size of
4 cm to give results that have sufficiently converged.

(c) While technically not the most efficient method, applying the load distribution
on the sub-component by modeling stiff plates worked quite well and made
it easier to visualize the simulation. This set-up involved preventing nodal
displacements where the hinges are located, applying a force at the top center
of each plates and fixing the plates to the blade section via tie constraints.

(d) Defining surface-to-surface interaction between the blade panels was found to
be extremely important because it prevented penetration of the panels.

(e) It was shown that S8R shell elements performed much better than S4 elements
and so this element type was chosen.

(f) The boundary conditions that were applied at the bottom of the blade section
were found not to be necessary.
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(g) Using the node at the glue center at the blade section boundary worked very
well to display the load-displacement history and finding the buckling loads.

(h) The Tsai-Wu failure criterion was effective in determining where failure would
occur. Further tricks in Abaqus allowed to find which ply would fail first, and
also determine core shear failure.

(i) These simulation strategies allowed obtaining results that matched relatively
well with what was seen in the first experiment. The Tsai-Wu failure criterion
showed that the pressure side panel would be expected to fail right below
the adhesive bondline, which is exactly where failure initiated during the first
experiment. The model also predicts core shear failure, and this failure mode
was also observed when DTU tested 34 m SSP blades to failure.

2. How well can the sub-component set-up mimic the load distribution acting on the
trailing edge region of full-scale blades? What arrangement should be taken to
ensure a good match?

(a) The longitudinal strain at the center cross-section of the blade section models
was found to match very well with the longitudinal strain from simulating the
full-scale blade model under LTT loading. For the three blade sections tested,
the relative difference between these strains was found to be almost always less
than 6%.

(b) In order to ensure a good match the blade section suction side and trailing
edge panels should be cut at the neutral axis of the full-blade when it is acted
under LTT loading.

(c) Slight tension was observed at the bottom of the sub-component sections, which
is not seen in the full blade simulation. This is due to a bending moment that
arises from loading the blade section above its elastic center.

3. How does the buckling response vary between blade sections from different radial
locations?

(a) The buckling load decreases when the blade section is taken farther towards
the tip of the full blade. This is because the section is smaller and so less
reaction moment counters the force acting on the plate. It can also be due to
the composite sandwich panels having lower flexural rigidity in these sections.

(b) The buckling wave location was shown to vary. This is explained in the next
sub-question.

(c) The buckling wave direction does not vary. It always buckled towards the
pressure side. This is probably due to the curvature of the blade and the lower
core thickness of the pressure side panel.

4. What makes the buckling wave occur near the section boundary? Or in a more
general sense, what are the main factors that determine where the buckling wave
will be located?

(a) The largest factor that was found to determine the buckling wave location was
the flexural rigidity distribution of the sandwich panels along the z-direction.



133

This is affected by both the core thickness and the facing thickness and mod-
ulus, with the former accounting for most of the difference in flexural rigidity.
Some of the blade panels were found to have areas with 33% lower core thick-
ness compared with the remaining areas of that panel. This in turn accounts
for a drop of approximately 56% in flexural rigidity. This highly influenced
were the blade buckled in the section.

(b) The geometry of the blade sections was also found to have an effect on the
buckling wave location. The main geometrical factor affecting the wave loca-
tion is the change in distance between the pressure and suction side panels
from one end of the blade section to the other. This difference was found to be
especially high on the 27.5 m which in turn can explain why the buckling wave
occurred closer to the tip end. It can therefore be assumed that geometrical
effects play a larger role when sections are taken closer to the blade tip.

Main research question: What is the best solution or set of solutions for moving the
buckling wave towards the center of trailing edge sub-component specimens so as to solve
boundary effect problems while keeping a load distribution that is representative of what
is seen in the trailing edge region of full-scale blade when this region is under compression.

First, for the load distribution to match with the full blade, the blade section needs to
be cut where the neutral axis lies on the full-scale blade when loaded under LTT loading.
This by defaults provides a very good match in longitudinal strain which is an indicator
that the load distribution is approximately the same. When strategies are employed the
shift the buckling wave, the stiffness of the blade inherently has to change and if this
change is too abrupt, then the strain distribution will be off. This was shown in Chapter
9 by cutting out a significant portion of the blade. The change in stiffness, or flexural
rigidity, should therefore be relatively smooth.

Since a varying flexural rigidity of the sandwich construction, which makes up most
of the trailing edge panels, along the z-direction significantly affects the buckling wave
location, the solution should try to balance this flexural rigidity on the panel that sees the
variation. This can be done two ways; by reducing the flexural rigidity where it is higher
and/or increasing the flexural rigidity where it is lower. One recommended solution to
increase this flexural rigidity is by applying more plies on the region (i.e over-lamination).
Alternatively, the flexural rigidity could be reduced by cutting a small horizontal slab at
about the mid-height of the specimen.

To perform these extra studies, it is recommended that that the numerical model be
improved by having a more gradual (and representative) thickness transition between
regions. This could be done by stepping up the thickness incrementally from simply
having more composite sections or by using tapered or solid shell elements.

It is hoped that this thesis provided valuable insights on the buckling behavior of trailing
edge sub-component sections and the findings will fuel further research in this area.
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[40] Dassault Systèmes, “22.2.3 Plane stress orthotropic failure measures.”

[41] Y. SudhirSastry, P. R. Budarapu, N. Madhavi, and Y. Krishna, “Buckling analysis
of thin wall stiffened composite panels,” Computational Materials Science, vol. 96,
no. JANUARY, pp. 459–471, 2015.
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