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A Non-Collocated Method to Quantify Plastic
Deformation Caused by Impact Pile Driving

P.C. Meijers®*, A. Tsouvalas®, A.V. Metrikine*

% Delft University of Technology, Faculty of Civil Engineering, Stevinweg 1, 2628CN Delft,
The Netherlands

Abstract

The use of bolted connections between the tower and a support structure of
an offshore wind turbine has created the need for a method to detect whether
a monopile foundation plastically deforms during the installation procedure.
Small permanent deformations are undesirable, not only because they can ac-
celerate fatigue of the structure; but also because they can lead to misalignment
between the tower and the foundation. Since direct measurements at the pile
head are difficult to perform, a method based on non-collocated strain mea-
surements is highly desirable. This paper proposes such a method. First, a
physically non-linear one-dimensional model is proposed, which accounts for
wave dispersion, effects that are relevant for large-diameter piles currently used
by the industry. The proposed model, combined with an energy balance prin-
ciple, gives an upper bound for the amount of plastic deformation caused by
an impact load based on simple strain measurements. This is verified by a
lab-scale experiment with a uni-axial stress state. Second, measurement data
collected during pile driving of a large-diameter pile show that the proposed
one-dimensional model, while able to predict the peak stresses, fails to accu-
rately predict the full time history of the measured stress state. In contrast,
an advanced model based on shell membrane theory is able to do that, showing
that a bi-axial stress state is needed for these type of structures. This requires

an extension of the theory for plasticity quantification presented in this paper.
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1. Introduction

Steel monopiles are widely used in the offshore industry as a foundation
structure for wind turbines. As a result of the rapid growth of the offshore wind
market over the past decades, monopiles now range up to eight meters in diam-
eter in order to support the latest generation of wind turbines [I]. Currently,
hydraulic impact hammers are the preferred choice to drive these thin-walled
cylindrical structures into the seabed. Each hammer blow generates a compres-
sive stress wave, which propagates down the pile; the latter helps the pile to
progress into the seabed. To overcome the increasing soil resistance at greater
penetration depths, the input energy of the hammer is increased accordingly.
For high energy impacts, the amplitude of the induced stress waves can cause
stresses close to the yield limit of the material, increasing the risk of plastic
deformations at the pile head.

Until recently, these permanent deformations were of little concern, since the
pile head did not contribute to the bearing capacity of the pile due to the use of
a grouted connection between the monopile and the superstructure. However,
to reduce the cost of offshore wind energy, bolted connections have become more
popular in recent years, since they require less steel [1]. This type of connection
asks for a perfect alignment between the pile head and the superstructure; and
any plastic deformation of the pile head can potentially disturb this delicate
alignment. Furthermore, plastic deformation is unfavourable for the remaining
service life of the whole structure, since it fatigues the material. A method to
infer whether plastic deformation has occurred is therefore needed.

The high stresses generated by a hammer blow can cause damage not only
to the pile itself, but also to the sensors, making strain or acceleration measure-
ments directly at the pile head unfeasible during the pile process. A workable
method should thus rely on non-collocated measurements, i.e. measurements

at another location than where the plastic deformation occurs. Fortunately, it
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is current practice to monitor the stress levels in the pile during installation.
From these measurements, which are taken a few meters below the pile head,
and with a wave propagation model similar to the one proposed by Smith [2],
the pile driving process is monitored [3]. Smith’s model is based on the classical
one-dimensional wave equation, which is non-dispersive. Due to its low compu-
tational cost, it is widely used in industry, even though more advanced models
have been developed over the years; each model addresses different aspects of
pile driving, e.g. sound radiation [4l 5], and soil modelling [6].

To quantify plastic deformation at the pile head from non-collocated mea-
surements, this paper augments the one-dimensional model of the pile installa-
tion process with two features: wave dispersion caused by the geometry of the
structure and non-linear material behaviour. The former is needed to correctly
model the stress wave propagation in the pile, since dispersion cannot be ne-
glected for large-diameter monopiles [7]. The latter is included to account for
the physical non-linearity that is necessary to quantify plasticity.

The propagation of elasto-plastic stress waves in solid metal cylinders has
been studied already from the 1940s onwards; validated against high velocity
impact experiments, rate-independent theories based on the classical wave equa-
tion were developed [8],[@9]. More advanced models included lateral inertia of the
cross-section [I0] and rate-dependency of the material [II]. Using these models,
the dynamic properties of metals can be determined from experimental data
[12]. More recently, an energy-based approach to study these impact tests was
reported [13].

Similar axial impact tests have been performed on hollow cylindrical shells
[14] [15]. These thin-walled structures are used in the automotive industry as
energy absorption devices, since the dynamic buckling of the cylinders remove
energy from the system. Lepik [I6] and Karagiozova et al. [I7], [I8] showed that
the type of dynamic buckling and thus the deformed state of the cylinder after
impact depends on the axial stress wave propagation. Moreover, Karagiozova et
al. [I9] reported that for low-velocity (drop hammer) impacts, which resemble

impact pile driving, most of the permanent deformation is concentrated in a



60

65

70

75

80

85

small region at the impacted end of the cylinder. However, the use of non-
collocated strain sensors mounted on the structure itself to quantify the amount
of plastic deformation during the pile driving process, as proposed in this paper,
has not been found in literature so far.

By eliminating terms from a shell theory based on justified assumptions,
Section [2] derives the governing equations for elasto-plastic waves propagating
in a monopile, resulting in a more accurate description of the behaviour of these
waves, which is also valid for the large-diameter monopiles currently used by the
offshore wind industry. Subsequently, Section [3| proposes a method to quantify
plastic deformation based on non-collocated strain measurements and an energy
balance. The proposed method is then validated against two experiments: Sec-
tion presents a lab-scale experiment of a copper bullet hitting a solid rod [12],
and Section [9| discusses a full-scale experiment of a foundation pile installed for
offshore wind. The former experiment allows one to validate the concept of the
energy balance in a well controlled environment. The latter experiment allows
one to validate the wave propagation model including wave dispersion effects in
a more realistic setting. Finally, conclusions are drawn in Section[6} The authors
believe that these two amendments to the classical model of Smith [2] set the
basis for the next generation models to be included in studies of the drivability

of piles and detection of plastic deformation for offshore wind applications.

2. Governing equations

A schematic representation of the pile-hammer-soil system is shown in Fig-
ure together with the chosen cylindrical coordinate system that is used
throughout this paper; the axial, tangential, and radial direction are denoted
by x, 6 and r, respectively. The monopile has outer radius R, wall thickness
h, and length L. In the next section, strain levels for the detection method
will be considered at the cross-section located at x = a. First, different models
describing the propagation of elastic waves are compared to correctly capture

the effect of wave dispersion. Second, material non-linearity is included in order
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to quantify plasticity.

2.1. Governing equations for azially symmetric deformations of a cylindrically

symmetric shell

The natural starting point for deriving the governing equations is a thin
cylindrical shell theory, which is justified by the assumption that the pile’s
radius and length, and the exited wavelengths in the structure due to impact
piling are large compared to the wall thickness.

By comparing exact theory and approximate thin shell theory, Greenspon
showed that the latter is adequate for predicting the dynamical characteristics of
a cylindrical shell structure with a diameter to wall thickness ratio comparable
to that of a monopile [20]. Although there are many thin shell theories—each
with their own complexity and range of applicability—they can be written in

the operator form presented by Leissa [21]:
(,CDfM + ﬁﬁmod) ua=0. (1)

In this expression, 1 is a vector containing the three displacement components
u, v, w: the axial, tangential, and radial displacements, respectively, which are
all functions of z, #, and t. To make them dimensionless, each component is
divided by the radius, e.g. & = u/R; bars indicate a non-dimensional quantity.
The Donnell-Mushtari operator, Lp_y, is the basis for all theories; other theories
emerge by adding the modification operator L,,q. The thickness over radius
ratio 8 = h?/12R? determines the influence of this additional operator on the
resulting theory. For a monopile, this ratio is much smaller than one, and the
frequencies of interest are relatively low. Thus, the modification term can be
discarded at this point.

The nine components of the Donnel-Mushtari operator can be found in [21].
Since the wave propagation caused by the hammer forcing is assumed to be
purely symmetric, the operator can be further simplified. By setting all tan-

gential derivatives to zero, i.e. % = 0, the components of the axi-symmetric
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Figure 1: Left, schematic of the pile-hammer-soil system; right, overview of the thin-walled

cylindrical shell structure used to derive the governing equations.
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The off-diagonal zeros in this operator, e.g. £,2. = 0, indicate that the torsional
motions are now uncoupled from the radial and axial motions. Since the axial
motions are of the major importance for pile driving, the two coupled equations
are combined by eliminating the radial displacement, resulting in
o*u  0*u O d%u <a4a 0%u ) 3

R —_— — J— J— 2 R PR
ord + or?2 0s20712 <1 v ) 0s2 +8 0s? + 0s40712

(3)

In the above expressions, the non-dimensional axial coordinate is defined as

s = x/R, and the dimensionless time is 7 = w,t, with

wr =¢p/R
the ring frequency. At this frequency, the breathing resonance of a ring with
that radius occurs [22]. The plate velocity is

N 2
p(l—v2)’

and it contains the linear elastic material properties: Young’s modulus E, Pois-

Cp:

son’s ratio v, and density p. Eq. can be further simplified by analysing
the effect of the higher-order derivatives on the dispersion characteristics as

discussed below.

2.2. Dispersion characteristics of cylindrical shells
The dispersion characteristics of the governing equation are expressed in

terms of the dimensionless frequency 2 = w/w, and the dimensionless wavenum-
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Figure 2: Dispersion curves for the considered theories computed with v = 0.3 and § =
4.80-1075.

ber £ = kR. In these expressions, w and k designate the frequency and wavenum-
ber, respectively. Each further simplification of the equation of motion restricts
the range of applicability in terms of these dimensionless quantities. Figure 2]
shows the dispersion curves, which are computed with common values for steel
monopiles: v = 0.3 and 3 = 4.80 - 107°.

As aresult of the fourth-order time derivative, the dispersion curve of the axi-
symmetric shell, Eq. , has two branches. For & close to zero, i.e. large wave-
lengths, structural motions are mainly axial, since tangential motions counteract
any radial motion. However, when the ring frequency (2 = 1) is approached,
the tangential component disappears, since the energy needed for in-surface
shearing decreases. As a result, radial motions start to dominate [23]. When
the wavenumber increases even further, axial bending energy eventually domi-
nates the dispersion characteristics, causing the curve to bend back towards the

infinite flat plate curve [22].
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Given that the lower branch only bends slightly upward in the frequency
range of interest, the first simplification is to neglect the bending behaviour
in the shell theory. By discarding the [S-terms in the shell equations, an axi-
symmetric membrane theory emerges:

4 25 4= 2

%+%—%41fﬂ)%:0. (4)
As a result of this simplification, the motions in the structure are assumed to
be inextensional. The two branches of the dispersion relation of the membrane
theory are indistinguishable from the shell theory for 0 < £ < 6. The axi-
symmetric membrane theory is thus a good approximation of the shell theory
for small wavenumbers. This observation holds for a wider selection of properties
than the ones considered in this paper.

Since the second branch only appears at frequencies above the ring frequency,
an approximation of the lower branch would suffice to describe wave propagation
in a monopile for waves that contain frequencies below this critical value, i.e.
Q0 = 1. One obtains this approximation by omitting the fourth-order time
derivate in the shell membrane equations, Eq. , resulting in

2 4 2

%—%—(1—%)%:0. (5)
Since higher frequencies cannot propagate in this approximate theory, its range
of applicability is limited to 0 < ¢ < 6 and 0 < 2 < 1 — v2. This expression for
the approximate lower branch resembles the Rayleigh-Love rod theory, see [24],
although the coefficient of the mixed time-space derivative is adjusted here to
approach the exact dispersion curves obtained with the shell theory. Therefore,
this approximate theory is referred to as the corrected rod theory from here on.

As a reference, Figure [2] also shows the dispersion curve for the classic non-
dispersive rod theory, which is the basis for Smith’s pile driving model [2] com-
monly used in practice. The equation of motion in this case simplifies further
to

0*u 9\ 0%
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For low frequencies and wavenumbers (0 < ¢ < 0.5 and 0 < © < 0.5), the
lower branch of the axi-symmetric shell theories coincides with the one obtained
from the non-dispersive theory, showing the validity of Smith’s pile driving
model when the frequency content of the hammer forcing is well below the
ring frequency. However, when the forcing contains frequencies around the ring
frequency, the effect of stress wave dispersion can no longer be neglected. This

simple fact is very often overlooked in practice.

2.8. Inclusion of physical non-linearity

So far, all presented expressions are derived on the basis of a linear elastic
constitutive law. To incorporate plastic deformations, the stress components of
the plane stress state of the axi-symmetric membrane theory, Eq. , are consid-
ered. By dividing each component by the Young’s modulus F, the dimensionless

version of the stress tensor is obtained, i.e.

(1-v*)a5, = % + v, (7a)
o
(1= a0 =0 +v, (7b)
100
(1=1") 5w =35 = 0. (7¢)

in which 75, 69 and 59 are the axial, hoop and membrane shear stress, respec-
tively. The shear stress vanishes due to the assumption that the pile driving
process causes no torsional motions in the structure, leaving only two non-zero
stress components.

The relative importance of these components is frequency dependent. By
expressing the displacements in Eq. in terms of the dimensionless frequency

and wavenumber, the ratio between the axial and the hoop stress is

s Q- (1-v?%) s)
or’) o )2 '

Figure[3|shows a graph of this ratio for v = 0.3 as a function of the dimensionless
frequency. Since 75/ tends to minus infinity when 2 approaches zero, the axial

stress dominates the hoop stress for low frequencies (2 < 0.5). Therefore, it

10
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Figure 3: Ratio between the axial and the hoop stress per frequency for v = 0.3. The ratio

approaches —oo as 2 approaches zero. The dashed lines indicate when 75/59 = +1.

is reasonable to assume a uni-axial stress state at this low frequency range.
However, when the ring frequency is approached, the hoop stress is no longer
negligible compared to the axial component, and a bi-axial state needs to be
considered. For simplicity, a uni-axial stress state will be used in the following,
therefore restricting the applicability of the model to © < 0.5.

The membrane equations are split into three expressions relating the

axial displacement, @, the total axial strain, ¢, and the axial stress 7, yielding:

0%u 05
gz = (1=7) 5o (92)
ou
£ = %, (gb)
_ %6, 0%
os =¢+ 9.2 9.2 (9¢)

These three relations are the equilibrium, kinematic and constitutive equations
for a linear elastic axi-symmetric membrane, respectively. By discarding the
time derivative in the latter expression, the corrected rod theory, i.e. Eq. 7 is
retrieved. Moreover, the total axial strain is split into an elastic and a plastic

part: € = €. + €p. After inserting this expression and transforming back to

11
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dimensional quantities, the equations for the corrected rod, including physically

non-linear behaviour, read

v do
Porz = oz (10a)
€= %, (10Db)
82
oc=FE(c—¢p)+ RQ(T;, (10c)
———

Correction
in which o denotes the axial stress. This set of equations closely resembles the
model equations presented in the paper by DeVault [10] based on the Rayleigh-
Love rod theory. For a solid cylindrical rod with radius R, the expression for

the axial stress becomes:

1, ,0%
U:E(E_gp)+§VR@~ (11)
—_—

RL correction
It is important to note that the stress state in the Rayleigh-Love rod theory is
always uni-axial, i.e. independent of frequency, whereas the stress state for the
corrected rod is essentially bi-axial for 2 > 0.5.
Since the system of equations is not yet complete, auxiliary relations
for the plastic axial strain, €,(z,t), are needed. Assuming uni-axial plasticity

with linear isotropic hardening, one obtains [25]:

%o ysign(o), (122)

%{Z . (12b)

flo,a) = |o| = (0, + Ka), (12c)

v>0, f(o,0) <0, ~f(o,a)=0, (12d)
7% =0 if f(o,0) =0, (12e)

where ~ is the magnitude of the plastic flow rate, o the hardening parameter,
K the plastic modulus, f(o, «) the yield function, and o, the yield stress of the

material. This set of equations forms the basis for the discussion in Section

12
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2.4. Hammer force

To represent the hammer impact, an axial force F(t) is introduced at the
pile head positioned at x = 0. This force can be measured during an exper-
iment or modelled using a hammer-pile model, e.g. the model of Deeks and
Randolph [26]. At x = L, the boundary condition is dependent on the soil
characteristics. In this paper, however, the main interest lies in the shape of the
stress wave as it first passes the measurement location, since this information
is sufficient to conclude whether plastic deformation occurred at the pile head.
Thus, a simulation stops before the stress wave reflected by the soil reaches the
sensor. Therefore, the boundary condition at = L is of no importance for the

discussion hereafter, and zero displacement, i.e. uw = 0, is prescribed.

3. Method to quantify plastic deformation

When plastic deformations are considered, stress above the local yield limit
can no longer propagate, affecting the shape of the original stress pulse. Due
to this limit, a plateau in the stress signal appears. Furthermore, a part of the
energy contained in the stress wave is used to permanently deform the structure.
These two aspects are the basis for the method to detect and quantify plastic
deformation in this paper.

The effect of the non-linear material behaviour on the shape of the stress
wave is elaborated by considering simulated time signals of the axial strain in a
small-diameter pile. Table[I] presents the considered parameters; and a sketch of
the pile is shown in Figure[I] An elastic and an elasto-plastic simulation of the
wave propagation in the pile are performed with the same force signal applied
at x = 0, which is presented in the inset graph in Figure

Figure[4 shows the strain signals at = 3.0 m resulting from the two simula-
tions. In the elastic case, the shape of the signal is identical to that of the force
signal. However, in the elasto-plastic case, a plateau in the strain is visible,
indicating that plastic deformation has occurred. Thus, by comparing the mea-

sured strain signal with the expected strain computed on the basis of the elastic

13



Table 1: Parameters for the simulations of a small-diameter steel monopile.

Parameter Value

R 0.25 m

h 0.010 m

L 50 m

a 3.0 m

E 210 GPa

K 4.2 GPa

v 0.3

P 7750 kg/m3
o, 235 MPa

x1074

U\) 1
0 0 5 10 15
T t [ms]
NG
————— Elastic ———— Elasto-plastic |
-15 : : '
0 5 10 15
t [ms]

Figure 4: Strain signals at x = 3.0 m for an elastic and an elasto-plastic simulation of a

small-diameter pile; the inset graph shows the force signal used in both cases.

14
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model of the structure, one can reach some preliminary conclusions regarding
the possible development of plastic deformation at the pile head caused by the
hammer impact.

To quantify this deformation, the following elementary energy balance is
considered:

EO = Ew + Ep + EIOSSa (13)

in which Fy denotes the input energy of the hammer, E,, the energy associated
with the wave energy flux through the considered cross-section, £, the energy
lost in work to plastically deform the material, and FEj.ss the remaining losses,
e.g. losses in sound radiation and attenuation. Each contribution to the energy
balance is elaborated below.

The input energy FEj is determined by a hammer model or by scaling the
linear response of a low energy impact. The energy F,, that passed through
a cross-section is defined as the integral of the energy flux over a given time
interval from ¢t = tg to t = t1:

t=t1
E, = / Fodt. (14)
t=to
Using the relations F = Ao, 0 = Ee and v = o/+/Ep, this integral can be

rewritten in terms of the axial strain e, as follows:

AE? [t=h
= — e
VEp Ji—t,

in which A is the area of the cross-section.

E, 2dt, (15)

The plastic work E, is equal to the integral over time of the mechanical
dissipation as defined in [25]:
t=t, r=a a a
B, = /Dmech dt= A / <a€” - Kaa> dedt.  (16)
t=tg =0 at at
Using the auxiliary equations and the fact that o sign (o) = |o|, the plastic
work is rewritten as
t=t,

E,=A / (vllo| — oy — Ka] + vo,) dzdt. (17)
=0

t=to

15
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Since the term between square brackets is the yield function f(o,«a) and the

auxiliary relations require that v f (o, «) = 0, the expression reduces to

t=t, r=a
E, = Aoy/ / v da dt. (18)
t z=0

The double integral of the plastic flow rate is an indicator of the amount of
plastic deformation between the impact and sensor location; and it is henceforth
referred to as a single quantity u,: the permanent axial displacement. With this

new quantity defined, the expression for the plastic work reduces to
E, = Aoyu,. (19)

Of the remaining losses in the pile, Foss, the discussion in [27] showed that
the energy in the acoustic radiation is negligibly for sensors positioned above
the seabed. Therefore, provided that the other loss mechanisms are also small,
F)oss can be altogether neglected for the first-order estimation of the amount of
plasticity. By reordering the energy balance, u, is expressed as

EO — Ew

Uy = ———. 20
P AUy ( )
Eq. gives a simple relation to quantify the plastic deformation caused by an
impact load based on a single strain measurement at a certain distance from the

impact point. Naturally, this expression will give an upper bound estimation of

the expected plastic strain as Fjugs is assumed equal to zero.

4. Lab-scale experiment

As an example, the proposed method is applied to the lab experiments of
Kolsky and Douch [12]. In their paper, a solid cylindrical copper specimen of
length Lo with initial velocity vy impacts a stationary solid cylindrical copper
rod with length L;. The experiment was repeated with increasing initial ve-
locities to show the effect of the yield limit on the shape of the induced stress
pulse in the rod. Figure [5| shows a schematic of the experimental set-up. Both
the specimen and the rod have the same radius R; it is listed in Table [2} to-

gether with the other dimensions and material properties. In this specific set-up,

16
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Figure 5: The modelled set-up of the lab-scale experiment of Kolsky and Douch [12].

the initial energy Fy follows directly from the initial velocity vy = 14.02 m/s
(=46 ft/s). It reads Ey = 1/2mv = 36.8 J, in which m is the specimen’s mass
computed with the density and its volume.

In the original paper, only the oscillograph traces of the stress pulses were
reported (see Figure @ Since these traces lack a scale to quantify the actual
stress levels, the measured wave energy F,, is computed by comparing the signals
for two different impact velocities. Using the response of the low velocity impact,
vo = 8.53 m/s (= 28 ft/s), which causes no plastic deformation in the rod,
the wave energy for the impact of interest (vg = 46 ft/s) is equal to F,, =
24.6 + 3.8 J. The uncertainty in the value results from the digitalisation of the
oscillograph traces. By combining these two energies in Eq. , the permanent
axial deformation is estimated at u, = 0.20 £ 0.06 mm. Note that the entire
difference between the input energy and the measured wave energy is contributed
to plastic deformation, as all other losses are assumed to be negligible.

To check whether this estimate is accurate, the high speed impact is also
simulated using the stress wave propagation model introduced in Section [2.3
However, because these experiments concern a solid cylinder rather than a thin-

walled cylindrical shell, the Rayleigh-Love correction term in the stress definition

17



Table 2: Parameters of the experiment of Kolsky and Douch [I2] on copper specimens.

Parameter Value

Ly 0.1524 m
Ly 1.2192 m
R 9.525 mm
a 0.548 m

E 129.8 GPa
K 1.298 GPa
v 0.34

P 8960 kg/m3
oy 210 MPa

6! FT/SEC 71FT[SEC 74 FT/SEC

Q 190 200 MSEC

Figure 6: Oscillograph traces of copper on copper impacts—reprint of Fig. 19 from [12], with

permission from Elsevier.

18
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Figure 7: Simulated total strain signals at x = 0.548 m for the elastic and the elasto-plastic

rod after impact with vg = 14.02 m/s (= 46 ft/s).

is used, i.e. Eq. . Two simulations will be compared: a linear elastic sim-
ulation, which ignores the yield limit, and a elastic-plastic deformation, which
enforces the yield limit. Only the latter simulation includes a loss mechanism,
i.e. the plastic deformation; other loss mechanisms are not considered. From
the elasto-plastic simulation, it is possible to determine the amount of plastic
deformation in the rod, which is then compared to the estimate obtained from
the measurements.

For the simulations, the model equations are spatially discretised with
the Finite Element Method in FEniCS [2§], and an explicit Newmark scheme [29]
is used for the time integration. The spatial resolution and time step are Ax =
2.74-1073 m and At = 1.0-1077 s, respectively. A return mapping algorithm [25]
ensures that the auxiliary constitutive equations are all satisfied.

Figure [7] shows the time traces of the total axial strain at the sensor location
(z = 0.548 m) for the two simulations, while the axial plastic strain along the
rod axis of the rod for the elasto-plastic simulation is presented in Figure[§] The

latter figure shows that the plastic strain is zero at the sensor location, which
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actually means that the total strain in Figure [7] is equal to the elastic strain.
In line with the observations by Kolsky and Douch[I2], the stress wave at the
sensor displays a plateau and a tail for the elasto-plastic case as result of the
yield limit. The shape of the tail, however, differs from the experimental one.
This difference can attributed to the simple hardening law used in the presented
model; in reality, the material response is more complex.

The observed changes in the stress wave’s shape indicate that plastic de-
formation occurred, which is also clear from the plastic strain profile presented
in Figure 8l With the simulated data, the permanent deformation can be com-
puted in two different ways; either by applying Eq. to the strain signal read
from Figure [7] or by integrating the plastic strain along the length of the rod

up to the location of the sensor. The latter approach yields:
Up = /Ep dz = 0.131 mm. (21)

Since no other loss mechanisms are considered in the simulations, the former
approach is equivalent to the latter and results in the same value of u,. How-
ever, if one would consider these extra loss mechanisms in the simulations, the
predicted strains at the location of the sensor for the elasto-plastic case would
have been lower, resulting in a higher value for u, when Eq. is applied.
The plastic strain profile, however, would remain unaffected by these additional
loss mechanisms. Given this reasoning and the fact that the predicted plastic
deformation u, is lower than the measured one, it can be concluded that the
other loss mechanisms in the experiment are non-negligible. The permanent
deformation predicted by the model, however, does confirm that the estimate
by the experimental data is an accurate upper bound for the amount of plastic

deformation in the rod.

5. Measurements during impact pile driving

Before the same principles can be applied to a large-diameter monopile, the

propagation of linear elastic waves in these type of structures is considered more
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Figure 8: Plastic axial strain from the elasto-plastic simulation along the length of the rod.

The shaded grey area is the length of the impacting bullet Lg.

closely. To this end, data recorded during the installation process of a monopile
is analysed. The investigated pile has a radius R of 2.5 m; however, piles with
even larger diameters are currently commissioned [I]. Figure [1| shows a sketch
of the situation. The pile’s dimensions and material properties are listed in
Table 3} with these quantities, the ring frequency is computed as: f, = 347
Hz. During the driving of the pile, strain levels have been monitored with four
sensors placed on a ring along the pile’s circumference located 9.0 m below the
pile head. The measured data will first be compared to the results of two linear
elastic simulations to determine which model is the most accurate for predicting
the stress levels at the sensor location.

As an input for the simulations, the stress signal caused by a hammer impact
is used; it is shown in Figure [J] with its amplitude spectrum. The frequency
content reveals that the hammer signal contains some energy at frequencies
above the ring frequency of the shell. Therefore, it is expected that the corrected
rod theory, Eq. , will not accurately reproduce the measured signals. The
simulations are performed with a finite element discretisation and an explicit
Newmark scheme; the spatial resolution and time step are Az = 67.8- 1072 m

and At = 1.0- 1075 s, respectively.
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Table 3: Parameters for the installation process of a large-diameter steel monopile.

Parameter Value

R 25 m
h 0.050 m
L 33.9m
a 9.0 m
E 210 GPa
v 0.3
p 7750 kg/m3
0 0.6
— w’
g 50 g 0.4
b . 0.2
-100
0
0 ) 10 0 500 1000
t [ms] f [Hz]

Figure 9: Left, time signal of the stress level induced by the hammer force computed from

measurements on the hammer casing; right, amplitude spectrum of this stress signal.
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Figure [10| shows the measured stress levels, computed as an average of the
four measured strain signals, together with the results from a linear elastic
simulation using the membrane theory, i.e. Eq. (4), and the corrected rod
theory, i.e. Eq.. The measured stress signal is relatively smooth for the first
5 ms, after which oscillations become more pronounced. This behaviour can be
attributed to a number of factors. First, the input force itself is non-smooth
due to the internal structure of the impact hammer. Stress pulses exerted by
hammers are characterized by a relatively smooth ascending branch followed
by several high-frequency oscillations that are caused by the dropping of the
various smaller internal masses of the hammer on the top of the pile. Second,
the shell itself is dispersive and, therefore, the excited waves carrying energy at
different frequencies arrive at the location of the sensors at different moments in
time. Thus, even in the ideal case in which the input force is smooth, dispersion
effects will tend to distort the original shape of the stress pulse. Third, the pile
is never positioned totally vertically during installation, and the hammer-pile
contact is, therefore, non-ideal, resulting in bending of the pile. Waves excited
due to bending of the pile arrive at the location of the sensor at later moments
in time.

As expected from the frequency restriction of the corrected rod theory, 0 <
Q < 1 — 12, the high-frequent oscillations (higher than fiax = (1 — V2) fr =
315 Hz) did not propagate, smoothing the signal considerably; nonetheless, the
model can predict the peak stress. The results obtained with the membrane
theory, however, correctly capture the main features of the measured stress
pulse, showing the importance of the upper branch of the dispersion relation for
the stress wave propagation in large-diameter monopiles. For high frequencies
(€2 > 0.5), the stress ratio, Eq. , shows that the hoop stress level has the same
order of magnitude as the axial stress component. From this observation, one
may safely conclude that a bi-axial stress state is present in a large-diameter
monopile during pile driving; therefore, the presented method to quantify the
plastic deformation cannot be applied in that case. An extension of the method

that includes the bi-axial stress state is needed.
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Figure 10: Stress levels at the sensor location (z = 9.0 m) for the large-diameter monopile.
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Although the pile analysed here can be categorised as large-diameter, cur-
rently, piles with even larger diameters are being installed. As the ring frequency
decreases linearly with increasing radius, one can expect that the hammer im-
pact introduces more energy in the frequency range around the pile’s ring fre-
quency, demonstrating the importance of including the effect of wave dispersion
in impact driving models for large-diameter monopiles. For piles with small
diameters (up to R = 0.25 m), however, the energy introduced in the structure
by an impact hammer is well below the ring frequency, generating a uni-axial
stress state; and the proposed method could readily be applied.

In this specific case, the sensors are positioned relatively far from the pile
head; therefore, reflections from the seabed and the pile toe, i.e. stress waves
travelling back up the pile, can contaminate the measured strain signal, ob-
scuring the information about plastic deformation contained in the signal. This
problem could be resolved by installing the sensors closer to the impact loca-
tion; or by using strain gauges located at different cross-sections along the pile,
enabling one to deduce in which direction different wave components travel.
Furthermore, measurements from sensors at multiple levels can be used to lo-
calise zones of plastic deformation based on the same principles as the proposed

method.

6. Conclusions

This study has shown that plastic deformations at the top of a foundation
pile can be detected and quantified using non-collocated strain measurements.
With an elementary energy balance, an upper bound for the amount of plastic
deformation sustained between the impact and sensor location is found by com-
paring the energy contained in the measured strain pulse to the expected strain
signal, which is computed with a linear elastic model of the structure. This
paper derives a one-dimensional wave propagation model from thin shell theory
to correctly account for stress wave dispersion, since this effect cannot be ne-

glected when the hammer impact introduces energy around the ring frequency
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of the shell.

The proposed method to quantify plastic deformation is based on a uni-axial
stress state, and it gives an adequate estimation when it is applied to a lab-scale
experiment, where this stress state is valid. However, data of the installation
a large-diameter monopile clearly showed that only the full membrane theory
was able to reproduce the measurements, meaning that a bi-axial stress state is
developed in the shell. The proposed quantification method can therefore not
be applied directly to this situation, although generalising it for a bi-axial stress
state is quite straightforward. In contrast, impact driving generates a uni-axial
stress state in small-diameter piles, allowing the use of the method during the
installation of these piles.

A potential problem for the method are the stress waves reflected from the
seabed, since they contaminated the measured strain signal. This can be re-
solved either by using strain sensors at more locations further down the pile,
providing sufficient information to compensate for this effect, or by ensuring
that the sensor is as close as possible to the pile head. As the method is based
on routine strain measurements, applying it during the driving process of small-
diameter monopiles is simple; and it can give a valuable insight into the state

of the support structure after installation.
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