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SUMMARY

T HE accurate and reliable prediction of the aerodynamic noise sources of open ro-
tors and ducted-fans in electric Vertical Take-Off and Landing (eVTOL) and non-

conventional aircraft configurations is a challenging task from a computational perspec-
tive. Indeed, such propulsive systems can often operate in highly distorted and non-
homogeneous flows, with the rotating blades interacting with strongly non-uniform and
turbulent flows; and/or experience phenomena related to low Reynolds numbers and
boundary-layer transition, due to the relatively small diameters and blade tip speeds.
While analytical, semi-empirical and low-fidelity numerical models can provide quick
and computationally inexpensive predictions, their results are often not fully reliable
and their state-of-the-art requires a further development step to properly address the
problem of rotor noise prediction in non-conventional aircraft and rotorcraft. On the
other hand, Navier-Stokes based scale-resolving approaches such as Large Eddy Simula-
tion (LES) have the capability to capture most of the aforementioned phenomena, but at
a prohibitive computational cost for a routine employment in the design stages of such
innovative vehicles. In view of this, high-fidelity scale-resolving lattice-Boltzmann nu-
merical simulations, coupled with the Ffowcs Williams & Hawkings’ acoustic analogy,
are extensively performed and validated in this thesis with the aim of identifying, char-
acterizing and predicting the primary sources of aerodynamic noise associated to open
rotors/propellers and ducted-fans in eVTOL and novel aircraft configurations.

First, the problem of broadband rotor trailing-edge and its reduction is addressed
at airfoil level for a cambered profile operating at moderate Reynolds numbers and un-
dergoing natural boundary-layer transition, by considering both a straight trailing-edge
and serrated trailing-edges at different flap angles. For the straight trailing-edge cases,
the numerical results compare favorably against the experimental data. The numerical
results reveal that the serration flap angle primarily affects the trailing-edge noise re-
duction through a modification of: the effective angle at which the turbulent structures
are convected over the serrated edge; the convection velocity and spanwise coherence
length along the serration; the intensity of the hydrodynamic wall-pressure fluctuations
that are scattered along the serrated edge; with the first and last phenomena playing
the most significant role on the far-field noise reduction. The best-suited orientation of
the add-on in terms of turbulent boundary-layer trailing-edge noise reduction turns out
to be that for which the serration is oriented as the mean streamlines deviation angle
with respect to the tangent to the mean camber line. Finally, the destructive interference
mechanism among noise sources along the serrated edge is found to be largely reduced
when a serration is at incidence, compared to zero incidence cases.

Then, the prediction of broadband trailing-edge noise, along with that of tonal noise
and performances, is extended to a complete propeller geometry operating at low-
Reynolds numbers. Specifically, a computational approach based on the use of a zig-zag
transition trip applied on the propeller blades is adopted in the numerical simulations
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to drive the numerical scheme from modeled to scale-resolving turbulence mode, and
trigger the formation of vortical structures with scales able to emulate the complexity of
a low-Reynolds number boundary-layer on the blade. Two different tripping strategies
are attempted by placing the trip along the blade quarter-chord and expected turbulent
boundary-layer transition lines, respectively. It is observed that the trip chordwise po-
sition marginally affects the thrust prediction and to a slightly larger extent the torque
one. Moreover, tonal noise at the blade-passing frequencies results to be insensitive to
the trip position, while broadband noise is found to be slightly more influenced by it, es-
pecially at high advance ratios at which the boundary-layer transition is expected to oc-
cur closer to the blade trailing-edge. Finally, the low sensitivity of the numerical results
to the trip location, as well as their good agreement with loads and noise experimental
data, demonstrates the robustness of the proposed approach for industrial applications.

The same approach is then used to address the impact of angular inflows, due to
non-zero propeller angles of attack or yaw angles, on the tonal and broadband noise ra-
diated by a low blade-tip speed propeller. The numerical noise predictions are found
to be in a very good agreement with the experimental measurements, with the zig-zag
based approach being able to reproduce the strong tonal noise directivity change, as
well as the minor variation of the broadband noise levels observed in the experimental
data. The numerical results confirmed that the presence of an angular inflow is respon-
sible for a radiation of tonal loading noise along the propeller axis; and for an incre-
ment/reduction of the sound pressure level in the region from/to which the propeller is
tilted away/towards. However, in contrast to propellers operating at high blade-tip Mach
numbers, the noise directivity change is found to be governed only by the rise of periodic
unsteady loadings, with the modulation of the strength of the noise sources on the blade
- due to the periodic variation of the observer-source relative Mach number (in the rotat-
ing frame) - being negligible. Finally, both thickness noise and turbulent boundary-layer
trailing-edge noise are not significantly altered when the propeller is yawed with respect
to the free-stream.

Next, the problem of tonal noise generated by a rotorcraft experiencing strong blade-
vortex interaction conditions is considered. The numerical simulations are performed
by considering a rigid blade motion, but a computational approach is employed to ac-
count for the steady and unsteady aerodynamic effects associated to the blade elastic
deformations, through the application of a transpiration velocity boundary condition, a
fluid body-force field and the steady deformed blade shape. The predictions of both un-
steady loading and far-field noise result to be in a satisfactory agreement with the experi-
mental data, although some intrinsic inaccuracies in the numerical results are observed,
primarily due to the lack of a proper simulation of the rotor blade elastic deformations.
However, it is shown that the modeling of the aerodynamic effects associated to the elas-
tic deformation of the rotor blade leads to more accurate predictions of trim settings,
unsteady airloads and noise footprint.

Finally, the lattice-Boltzmann method is applied to the analysis of the noise gener-
ation mechanisms and to the quantification of the related tonal and broadband noise
emissions of a boundary-layer ingesting ducted-fan/OGV (outlet guide vane) embedded
propulsion system. The analysis is performed by considering a modified version of the
Low-Noise NASA SDT fan-stage integrated into the ONERA NOVA fuselage. Installation
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effects due to the boundary-layer ingestion are quantified by comparison with an iso-
lated configuration of the modified Low-Noise SDT fan-stage at the same operating con-
dition, namely a take-off with power cut-back. It is found that the boundary-layer ingest-
ing fan/OGV stage is characterized by strong azimuthal fan blade loading unsteadiness,
less axisymmetric and coherent rotor wake tangential velocity variations and higher lev-
els of in-plane velocity fluctuations compared to the isolated engine. This results in no
distinct tonal components and higher broadband levels up to 20 dB in the far-field noise
spectra, as well as in an increment of the cumulative noise levels up to 18 EPNdB.





SAMENVATTING

D E nauwkeurige en betrouwbare voorspelling van de aerodynamische geluidsbron-
nen van open en geïsoleerde rotoren voor elektrisch gemotoriseerde verticale start

en landing (eVTOL) configuraties alsmede niet-conventionele vliegtuigconfiguraties is
een uitdagende taak. Dit vanwege het feit dat deze voortstuwingssystemen vaak in
sterk vervormde en niet-homogene stromingen aanwezig zijn, waar de rotorbladen in
wisselwerking staan met sterke en vaak niet-uniforme en turbulente stromingen, en in
combinatie met verschijnselen die verband houden met lage Reynoldsgetallen en grens-
laagovergangen door de relatief kleine diameters en bladpuntsnelheden van de rotoren.
Hoewel analytische, semi-empirische en versimpelde numerieke modellen vaak snelle
en rekenkundig goedkope voorspellingen kunnen bieden, zijn de resultaten niet altijd
volledig betrouwbaar en zijn er nieuwe technieken vereist voor een verdere ontwikkeling
om het probleem van de voorspelling van rotor geluid goed aan te pakken. Aan de andere
kant hebben Navier-Stokes gebaseerde benaderingen zoals een Large Eddy Simulation
(LES) de mogelijkheid om het meeste van bovengenoemde fysica vast te leggen, maar
vaak tegen een onbetaalbare rekenkracht voor routinematig gebruik, wat natuurlijk no-
dig is in de ontwerpfasen van dergelijke innovatieve voertuigen. Vandaar dat in dit proef-
schrift de nadruk ligt op het uitvoeren van zeer betrouwbare, accurate, schaaloplossende
stromingssimulaties door middel van de Lattice-Boltzmann vergelijkingen, gekoppeld
met een akoestische analogie op basis van de van Ffowcs Williams Hawkings vergelij-
king, met als doel het identificeren, karakteriseren en voorspellen van de primaire bron-
nen van aerodynamisch geluid geassocieerd met open rotors, propellers en geïsoleerde
ventilatoren in eVTOLs en nieuwe, niet-conventionele, vliegtuigconfiguraties.

Allereerst wordt het probleem van geluidsoverlast van een rotor, komend van de
achterrand van het rotorprofiel bekeken, en wordt vervolgens de reductie ervan aan-
gepakt voor een gewelfd profiel met een natuurlijke grenslaagovergang bij een gematigd
Reynolds-getal, voor zowel een rechte als getande achterrand bij verschillende flap hoe-
ken. Voor de rechte achterrand steken de numerieke resultaten gunstig af tegen de expe-
rimentele gegevens. De numerieke resultaten laten zien dat, wanneer de achterrand ge-
karteld is, de hoek van de gekartelde achterrand voornamelijk de geluidsonderdrukking
beïnvloedt door een wijziging van: de effectieve hoek waaronder de turbulente structu-
ren over de gekartelde rand worden verplaatst; de convectiesnelheid en coherentielengte
langs de karteling; de intensiteit van de hydrodynamische wanddrukfluctuaties die ver-
spreid zijn langs de gekartelde rand. Hierbij spelen het eerste en laatste fenomeen de
belangrijkste rol bij de geluidsonderdrukking in het verre veld. De meest geschikte in-
valshoek van de getande achterrand, waarbij de meest efficiënte geluidsonderdrukking
van achterrand geluid optreed, blijkt te liggen rond de gemiddelde stromingslijn ten op-
zichte van de raaklijn aan de gemiddelde camberlijn. Ten slotte blijkt het destructieve
interferentiemechanisme tussen geluidsbronnen langs de getande rand grotendeels ver-
minderd te zijn wanneer een vertanding optreedt onder een invalshoek.
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Vervolgens wordt de voorspelling van breedband achterrand geluid, samen met die
van tonale ruis en aerodynamische karakteristieken, uitgebreid tot een analyse van een
complete propellergeometrie die roteert onder lage Reynolds-getallen. In deze nume-
rieke simulaties wordt met name een benadering voor de grenslaagovergang gebruikt
in de vorm van een transitie strip op de propellerbladen, om zo het numerieke schema
van gemodelleerd naar schaaloplossend te sturen en de vorming van wervel structuren
op te schalen om zo de complexiteit van een grenslaag met een laag Reynoldsgetal op
het rotorblad na te bootsen. Er worden twee verschillende tripstrategieën getest door
middel van de trip respectievelijk of op de 25% lijn langs het blad te plaatsen, of op de
verwachte turbulente grenslaagovergangslijn te plaatsen. Opgemerkt wordt dat de po-
sitie van de trip de stuwkrachtvoorspelling nauwelijks beïnvloedt, en in marginale mate
de torsie aanpast. Bovendien blijkt de tonale component van het geluid bij de karakte-
ristieke rotor frequenties vrijwel ongevoelig te zijn voor de trippositie, terwijl het breed-
band achterrand geluid er iets meer door wordt beïnvloed. Dit is vooral het geval bij
hoge voorwaartse verhoudingen waarbij de grenslaagovergang naar verwachting dich-
ter bij de achterrand van het blad gepositioneerd is. Ten slotte demonstreert de nume-
rieke resultaten een lage gevoeligheid voor de locatie van de transitie strip. Daarnaast
laat de goede overeenstemming tussen de numerieke en experimentele resultaten zien
dat de robuustheid van de voorgestelde aanpak uitermate geschikt is voor industriële
toepassingen.

Dezelfde benadering kan vervolgens worden gebruikt bij een propeller met lage tip
snelheden om de impact van de stromingshoek als gevolg van de incidentie en de gier-
hoek van de rotorbladen op tonaal en breedband geproduceerd geluid te bepalen. De
numerieke geluidsvoorspellingen blijken zeer goed overeen te komen met de experi-
mentele metingen, waarbij de op transitie strip gebaseerde berekening in staat is om
sterke richtingsveranderingen van tonaal geluid te reproduceren, en de kleine varia-
ties van de breedbandgeluidsniveaus uit de experimentele gegevens. De numerieke re-
sultaten bevestigden dat de aanwezigheid van een stromingshoek verantwoordelijk is
voor de straling van tonaal laadgeluid langs de propelleras; alsmede voor een verho-
ging/verlaging van het geluidsdrukniveau in het gebied van/naar de propeller waarin het
vandaan/naartoe wordt gekanteld. In tegenstelling tot propellers die werken met hoge
tip snelheden blijkt de verandering in de richting van het geluid nu alleen te worden
bepaald door de toename van periodieke onstabiele belastingen, waarin de modulatie
van de sterkte van de geluidsbronnen op het blad als gevolg van de periodieke variatie
van het waarnemer-bron relatieve Mach-getal (in het roterende frame) verwaarloosbaar
zijn. Ten slotte wordt zowel het verplaatsingsgeluid alsmede het achterrand geluid niet
significant gewijzigd wanner de propeller onder een gierhoek wordt geplaatst.

Vervolgens wordt het probleem van tonaal geluid van een helikopter onder sterke
blad-vortex-interactiecondities bekeken. De numerieke simulaties worden uitgevoerd
door rekening te houden met een starre bladbeweging, maar er wordt tevens een nu-
merieke benadering gebruikt om rekening te houden met de constante en onstabiele
aerodynamische effecten die verband houden met de elastische vervormingen van het
blad die door de toepassing van een grensvoorwaarde voor de transpiratiesnelheid een
vloeistoflichaam-krachtveld en een vervormde bladvorm genereren. De voorspellingen
van zowel onstabiele belasting als verre veld geluid komen overeen met de experimen-
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tele gegevens, hoewel enkele intrinsieke onnauwkeurigheden in de numerieke resulta-
ten worden waargenomen. Deze zijn voornamelijk het gevolg van het ontbreken van
de elastische vervormingen van het rotorblad in de simulatie. Het is echter aangetoond
dat de modellering van de aerodynamische effecten die samenhangen met de elastische
vervorming van het rotorblad, leidt tot nauwkeurigere voorspellingen van de triminstel-
lingen, onstabiele belastingen alsook de geluidsemissie.

Ten slotte wordt de Lattice-Boltzmann methode toegepast voor de analyse van de
verschillende geluidsmechanismen, alsmede de kwantificering van de gerelateerde to-
nale en breedbandgeluidsemissies van een in de grenslaag opgenomen omringde ro-
terende voortstuwingssysteem. De analyse wordt uitgevoerd door een aangepaste ver-
sie van de geluidsarme NASA SDT motor te gebruiken, die vervolgens geïntegreerd is
in de ONERA NOVA-romp. Installatie-effecten als gevolg van opname van de motor in
de lokale grenslaag worden gekwantificeerd door vergelijking met een geïsoleerde con-
figuratie van de gemodificeerde stille SDT ventilator onder dezelfde stromingsomstan-
digheden, te weten een start onder stroomuitval. Het is aangetoond dat de grenslaag-
innemende rotor wordt gekenmerkt door een sterke onstabiele hoek verdraaiende be-
lasting van de ventilatorbladen, alsmede minder asymmetrische en coherente tangenti-
ële snelheidsvariaties en hogere niveaus van snelheidsfluctuaties in het zog van de rotor
in vergelijking met de geïsoleerde motor. Dit resulteert in geen extreme tonale compo-
nenten, maar wel in een hogere breedbandniveau tot 20 dB in het verre-veld geluid, en
daarnaast ook in een toename van het cumulatieve geluidsniveau tot 18 EPNdB.
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1
INTRODUCTION

Considerate la vostra semenza:
fatti non foste a viver come bruti,

ma per seguir virtute e canoscenza.

Inferno XXVI 118-120, Divina Commedia, Dante Alighieri

Consider your origin:
you were not born to live like brutes,
but to follow virtue and knowledge.

Hell XXVI 118-120, The Divine Comedy, Dante Alighieri

This chapter provides some background on the growth of the civil aviation, the conse-
quent development of novel aircraft/propulsion integration concepts aimed at reducing
gas emissions and improving the propulsive efficiency, as well as on the emergence of a
new class of air transport vehicles for Urban Air Mobility. These aspects are connected to
the problem of community noise, the need to develop and assess new computational ap-
proaches for the prediction of the noise radiation associated to the propulsive systems of
novel aircraft configurations, as well as the design of quieter flying vehicles. This is fol-
lowed by the definition of the objectives and outline of this thesis.

1
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1.1. AVIATION AND NOISE NUISANCE

N OWADAYS, aviation represents a key contributor to the world socio-economic
growth by connecting people, businesses and places across the world. People rely

on aviation as a fast long-range mean of transport for personal, tourism and business
travels. Air transport also promotes foreign investment and international trade, by fa-
cilitating goods export from one country to another, and generates direct and indirect
employment. A recent analysis of the International Civil Aviation Organization (ICAO)
showed that almost 12 million passengers and USD 18 billion worth of goods are cur-
rently transported by more than 100000 flights daily, and that about 90% of business-to-
consumer e-commerce parcels are carried by air transportation [1]. From an historical
point of view, civil aviation is in continuous expansion, experiencing a growth rate of ap-
proximately 100% every fifteen years [1]. Forecasts predict that air passenger and freight
traffics will double in the next two decades, with yearly growths of 4.1% and 3.6%, re-
spectively [2].

Although several social and economic benefits can be ascribed to air transportation,
aviation is also associated with a number of dangerous consequences for both climate
and human health. Aircraft emit particles and gases primarily in the form of carbon diox-
ide (CO2), nitrogen oxides (NOx), sulfur oxides (SOx), water vapor (H2O) and soot [3].
Such emissions overall contribute to the climate change and have an important influ-
ence on the quality of air and human health [4]. The Intergovernmental Panel on Cli-
mate Change (IPCC) estimated that air transport contribution to the total radiative forc-
ing accounts for 3.5% of the total anthropogenic agents [4]. Although aviation does not
represent the main driver of the climate change, its contribution to the global warm-
ing remains remarkable and is required to be reduced. The minimization of carbon and
other gases emissions becomes even more significant when considering that future sce-
narios of air transportation pollution for 2050 foresee an increase of radiative forcing
associated with aviation by more than a factor of 3 over the early 2000s.

NOVEL PROPULSION CONCEPTS IN CIVIL AVIATION

A set of ambitious climate action goals have been defined by all the aviation stakehold-
ers for the short-, medium- and long-term, respectively: improving of fuel efficiency
by 1.5% per year between 2009 and 2020; achieving net carbon neutral increase from
2020; reducing global net aviation carbon emission by 50% with respect to 2005 by the
year 2050 [5]. On the one hand, researchers and industries in the aerospace field have
recently proposed innovative airframe concepts aimed at improving the aerodynamic
efficiency to achieve these goals, such as strut-braced wing, blended-wing body, box-
wing and double-bubble fuselage aircraft [5]. On the other hand, electric/hybrid-electric
powered aircraft and novel propulsion technologies have also been proposed to further
reduce carbon emissions through an increased propulsive and/or aero-propulsive effi-
ciency [5]. Among these new propulsion concepts, the most promising one for medium-
haul aircraft are represented by Distributed Electric Propulsion (DEP), Boundary-Layer
Ingestion (BLI) and Contra-Rotating Open Rotors (CROR) [5]. Examples of these innova-
tive propulsive systems are provided in Fig. 1.1, which depicts the DRAGON1 DEP con-

1Distributed fans Research Aircraft with electric Generators by ONERA (DRAGON)
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cept [6], the NOVA2 BLI configuration [7], the full-electric DEP NASA X-57 aircraft [8] and
the Safran Engine CROR demonstrator [9], respectively.

(a) ONERA DRAGON DEP [6] (b) ONERA NOVA BLI [7]

(c) NASA X-57 [8] (d) Safran Aircraft Engine CROR [9]

Figure 1.1: Example of novel propulsion concepts for propulsive efficiency increment and fuel consumption
reduction.

URBAN AIR MOBILITY

On a parallel development path, the future of aviation is going to be shaped by the
emerging Urban Air Mobility (UAM) market. In fact, the current road traffic situation is
expected to become unsustainable in the near future, as a result of the rapid increase of
populations in densely populated areas. In response to this scenario, the combined us-
age of passenger-carrying air-taxis and small-package delivery drones has the potential
to improve people’s mobility and parcels delivery, with a positive impact on society and
environment [10]. In this context, several companies are already developing and pro-
totyping electric Vertical Take-Off and Landing (eVTOL) concepts. These fully electric
vehicles, in addition to alleviate road traffic congestion, will also generate zero in-flight
gas emissions, thus providing a contribution towards considerably lower fuel fossil emis-
sions [10]. Typical design targets for UAM vehicles are to accommodate up to six passen-
gers or up to 3500 kg of payload, to perform missions up to 180 km of range at maxi-
mum altitude and cruise speed of 900 m and 100 m/s, respectively [11]. Moreover, they
combine VTOL capabilities and distributed electric propulsion in different ways, each
of them having advantages and drawbacks in terms of cruise efficiency, hover power re-
quirements, vehicle control, design simplicity, costs and payload [10]. The most promis-

2NextGen ONERA Versatile Aircraft (NOVA)
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ing approaches are represented by multi-rotor3, vectored thrust4 and "lift+cruise"5 con-
figurations [10]. An extensive, yet not exhaustive, example of recent Urban Air Mobility
eVTOL concepts embodying this approaches is depicted in Fig. 1.2.

AIRCRAFT NOISE POLLUTION

While the aforementioned novel aircraft/propulsion concepts can bring benefits to cli-
mate change, human health and people’s mobility, they also need to be made acousti-
cally friendly before being accepted by the community. Aircraft noise pollution is an-
other important cause of concern associated to civil aviation. Aircraft noise is not only
a source of disturbance for those who live around airports, but it also represents a se-
rious danger for the human health and wildlife. According to an analysis conducted by
the World Health Organization (WHO) [20], a number of different human diseases and
illnesses can be related to noise exposure, such as hearing impairment and pain, stress
and sleep disturbance, cardiovascular and psycho-endocrine effects, task performance
and productivity reduction, deficits in reading acquisition6. Such concerns can limit the
expansion of existing airports or the construction of new ones [21], the increment of the
number of flights per day and the change in take-off and approach flight paths from
and to airports [22]. Concerning UAM, eVTOL vehicles are expected to operate directly
overhead and in close proximity to populated areas. Hence, it is as important - if not
more than for traditional aviation - that eVTOLs noise do not negatively influence urban
communities. If flights for safety and/or medical reasons over urban areas are tolerated
by people nowadays, any other high-volume usage of inter-city flights is expected to be
disputed because of noise annoyance [10].

Aircraft pollution and noise emissions are regulated through standards to ensure the
environment and public health protection [23, 24]. Such standards, applied when an
aircraft is acquiring its airworthiness certification and becoming increasingly stringent,
require that both the aircraft and its engines meet or fall below designated noise and
pollutant emissions levels [25]. Therefore, it is essential that the aforementioned novel
airframe/propulsion concepts are sustainable not only in terms of air pollution, but also
for what concerns noise emissions, especially in view of the expected growth of aviation.
Regarding Urban Air Mobility, well-defined and codified noise regulations do not exist
yet, due to the fact that this is a relatively new growing field. However, a preliminary
analysis conducted by Uber Elevate sets 62 dB LAmax (maximum A-weighted sound pres-
sure level) at 500 ft altitude [10] as noise threshold for eVTOLs operating in proximity of
vertiports, which corresponds to about one-fourth of the noise emitted by a four-seat he-
licopter currently on the market. From these considerations, it is evident that low-noise
emissions represent one of the enabling factors for the widespread usage of eVTOL air-
craft in the upcoming years.

3Multiple rotors used to generate lift and thrust force components simultaneously.
4Same tilting thrusters used both for hover and cruise conditions.
5Separate thrusters used for cruise and hover, respectively, without any thrust vectoring.
6Some of these disturbances require a long term exposure over several years (e.g living in close proximity of an

airports); others, such as sleep disturbance, can be caused by the occurrence of one single event.
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(a) Airbus CityAirbus [12] (b) Volocopter VoloCity [13]

(c) Lift HEXA [14] (d) Lilium Jet [15]

(e) Airbus A3 Vahana [16] (f) Bell Nexus 6HX [17]

(g) Uber eCRM-003 [18] (h) Aurora Pegasus PAV [19]

Figure 1.2: Recent multi-copter (a)-(c), vectored thrust (d)-(f) and "lift+cruise" (g)-(h) eVTOL concepts for
Urban Air Mobility.

1.2. MOTIVATION AND OBJECTIVES
Aircraft noise is a very broad field, which spans from propulsion noise [26] and airframe
noise [27], to noise control and management [28]. The first two areas respectively deal
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with the study of the noise generated aerodynamically by propulsive and non-propulsive
aircraft components, while the latter involves the definition of low-noise flight proce-
dures, as well as air spatial and ground management. Due to the wideness of this field,
the area of interest of this research needs to be necessarily narrowed. Therefore, the
focus of this thesis is restricted to the aeroacoustics of rotors in novel aircraft configura-
tions. More specifically, this research aims to analyze and predict the primary sources of
noise associated with two propulsive systems that can be found in eVTOLs and novel air-
craft, namely open rotors/propellers and Boundary-Layer Ingestion (BLI) ducted-fans.
Due to the unconventional integration of such propulsive systems with the airframe, and
the possible different mission profiles characterizing these novel aircraft concepts, the
acoustic signature associated to them might substantially differ from that generated by
the same systems in traditional helicopters and general aviation aircraft [11]. A plethora
of prediction tools and methods have been developed over the past years to compute
the noise radiated by conventional aircraft. Although these can still be useful tools for
the prediction of the noise associated to the next generation of eVTOLs and aircraft, yet
new computational approaches and methods are required to be developed and assessed
for the prediction of the noise impact of these innovative aircraft configurations [11].
Hence, the understanding of the change of the aerodynamic noise generation mecha-
nisms associated to the above mentioned propulsion systems, as well as the availability
of computational tools to accurately predict the related noise emissions, represents an
essential ingredient to quantify their acoustic impact on society, and to drive the devel-
opment of quieter flying vehicles.

The accurate prediction of open rotors/propellers and BLI ducted-fans aeroacous-
tics in eVTOLs and novel aircraft configurations is a quite challenging task, due to the
fact that such rotors typically operate in highly distorted and non-homogeneous flows,
with the rotating blades interacting with strongly non-uniform and turbulent flows. On
the one hand, since eVTOLs are generally equipped with small-scale low blade-tip speed
propellers/rotors7, the prediction and simulation of phenomena related to low-Reynolds
number flows and boundary-layer transition, such as laminar boundary-layer instability
noise and turbulent boundary-layer trailing-edge noise, represent an additional chal-
lenge compared to large-scale high-speed rotors (such as turboprops, propfans or those
used in conventional helicopter) [11]. On the other hand, intra-rotor and/or inter-rotor
(tonal) blade-vortex interaction noise, as well as the impingement of the turbulence
generated by upstream rotors and/or airframe components onto the propellers/rotors
(responsible for broadband noise generation), are expected to be further relevant con-
tributors to the overall noise emissions for the aforementioned novel aircraft configura-
tion [11]. While analytical, semi-empirical and low-fidelity numerical models can pro-
vide quick and computationally inexpensive predictions that are suited for fast trend
parameters identification, optimization and mission-level analysis purposes, their re-
sults may not be always reliable or poorly predictive for rotors and ducted-fans in un-
conventional aircraft layouts, due to the inadequacy of such models to fully account for
the above mentioned complex flow phenomena. Moreover, additional development of
such approaches is needed for UAM and unconventional aircraft vehicles [11]. On the
other hand, scale-resolving high-fidelity Computational Fluid Dynamics (CFD) simula-

7With radius below 0.5 m and blade-tip Mach number ≈ 0.2−0.5.
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tions, such as Large Eddy Simulation (LES) [29], have the capability to capture most of
the phenomena of interest, although at an often prohibitive computational cost for in-
dustrial applications, making their employment not possible in the early stages of the
aircraft design.

In recent years, the Lattice-Boltzmann/Very-Large Eddy Simulation (LB/VLES)
method [30–33], coupled with the Ffowcs Williams & Hawkings’ (FW-H) acoustic anal-
ogy [34], has emerged as a faster scale-resolving alternative to LES for numerical simu-
lations of unsteady turbulent flows of industrial relevance. Due to the fact that LB/VLES
approach is low dissipative, compressible and provides an unsteady flow solution, it is
intrinsically suited for aeroacoustic simulations, and for the prediction of both tonal and
broadband noise generated by eVTOLs and unconventional aircraft layout propulsive
systems. Hence, the development of relatively fast8, accurate and reliable high-fidelity
numerical models based on the LB/VLES approach can help to fully identify the noise
sources associated to open rotors and ducted-fans in novel aircraft configurations, to
predict the related noise emissions and to assess their acoustic nuisance on the commu-
nity, thus guiding the development of quieter aircraft from the earlier design stages. In
view of this, the main aim of this work is:

to develop and validate numerical methodologies based on the Lattice-
Boltzmann/Very-Large Eddy Simulation approach for the identification,
characterization and prediction of the primary sources of open ro-
tors/propellers and ducted-fans noise in non-conventional aircraft configu-
rations.

As mentioned, due to the large number of new aircraft concepts that have been recently
proposed, the field of the present work is restricted to two classes of propulsive sys-
tems, namely eVTOL open rotors and Boundary-Layer Ingestion (BLI) ducted-fan sys-
tems. The first four studies of the present thesis concern with the development and as-
sessment of numerical models based on the LB/VLES method to predict, analyze and/or
reduce the main sources of noise of open rotors in eVTOL configurations. Specifically,

• the first sub-goal is the development and validation of a computational model to
predict free-transition turbulent boundary-layer trailing-edge noise at airfoil level,
and investigate the impact of the serration flap angle upon add-ons noise reduc-
tion effectiveness;

• the second and third sub-goals pertain the development and validation of a
LB/VLES computational approach to predict tonal and broadband noise for low-
speed open rotors/propellers, with emphasis on the Reynolds number and angu-
lar inflow effects;

• the fourth sub-goal deals with the assessment of the LB/VLES numerical method
to predict rotor blade-vortex interaction noise, with and without the inclusion of
the aerodynamic effects associated to the blade elastic deformations.

On a parallel research path to the study of eVTOL open rotors systems,

8With respect to the level of fidelity provided by the method.
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• the fifth and final sub-goal of this thesis is represented by the analysis, character-
ization and quantification of the noise generation mechanisms in boundary-layer
ingestion turbofan systems by means of the LB/VLES approach.

1.3. OUTLINE OF THE THESIS
After having discussed the research topic, motivations and research objectives in the
present introductory chapter, the rest of this thesis is organized into eight additional
chapters. Chapter 2 serves as a comprehensive description of the noise sources in open
rotors and ducted-fans that are considered in this work, whereas Chapter 3 provides
a thorough description of the computational approach used throughout this research
project, namely the LB/VLES method coupled with the FW-H acoustic analogy. Chap-
ters 4 to 8, which represent the original contribution of this work, are based on journal
articles and conference papers published by the author throughout the PhD research
activity. A graphical outline of the these chapters is shown in Fig. 1.3.

Figure 1.3: Graphical outline of the thesis.

In particular, Chapter 4 focuses on the analysis and prediction of the turbulent
boundary-layer trailing-edge noise for a cambered airfoil operating at a moderate
Reynolds number and undergoing natural boundary-layer transition, as well as to its
reduction by means of serrations retrofitted to the airfoil section at different flap angles.
Then, in Chapter 5, the focus is enlarged to prediction of both tonal and broadband noise
for a complete propeller geometry operating at low-Reynolds numbers. Next, Chapter 6
addresses the impact of the most elementary source type of inflow distortion, namely
the propeller angle of attack or yaw angle, on the physics behind the tonal and broad-
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band acoustic signatures generated by a low blade-tip speed propeller. Chapter 7 deals
with noise associated with a more complex type of inflow non uniformity, which is that
related to the velocity field induced by the blade tip-vortices, when the rotor/propeller
blades interact or pass in close proximity to the tip-vortices released by other blades or
by the blade itself (blade-vortex interaction noise). Then, Chapter 8 presents the inves-
tigation of the noise generation mechanisms and the quantification of the related noise
emissions in a boundary-layer ingesting ducted-fan/OGV (outlet guide vane) embedded
propulsion systems. Finally, the main findings of this work are briefly summarized in
Chapter 9, along with future perspectives and recommendations related to the present
research.





2
SOURCES OF NOISE IN OPEN

ROTORS AND TURBOFANS

Shall I refuse my dinner because I do not
fully understand the process of digestion?

Oliver Heaviside

Chapter 1 introduced the problem of aircraft noise pollution, as well as the importance of
developing accurate and reliable computational models to predict the associated acous-
tic impact on the community. This chapter provides a general description of the main
sources of noise that characterize the propulsive systems considered throughout this the-
sis, namely open rotors and turbofans. The chapter is structured as follows. First, the
main sources of broadband and tonal noise for open rotors/propellers are described in
Sec. 2.1, with emphasis on rotor self-noise, blade-vortex and turbulence interaction noise,
and the haystacking of the broadband noise. Then, Sec. 2.2 briefly addresses the addi-
tional noise generation and radiation mechanisms, such as in-duct noise propagation
and rotor-stator interaction noise, that primarily characterize and differentiate turbofan
engines from open rotors.

11
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2.1. NOISE SOURCES IN OPEN ROTORS

P ROPELLERS, rotors and fans are open or shrouded rotating blade devices designed
to produce an area of low pressure on the suction side of the blades and high

pressure on the pressure one, resulting in the generation of thrust for propulsion pur-
poses [26]. In spite of the several aspects that can differentiate between propellers,
rotors and fans (i.e. number of blades, blade planform and airfoil shapes, solidity, ra-
dius and/or characteristic rotational Mach number), the aerodynamic noise generation
mechanisms are nearly the same for all of them. However, the noise sources that are
generated and dominate over others depend on the particular application and operat-
ing condition [35]. The far-field noise spectrum associated to a rotating blade typically
contains both tonal/harmonic and broadband contributions. The former is related to
all the periodic and deterministic interactions between the blades and the flow, which
typically result in the appearance of tones at discrete frequencies multiple of the blade-
passing frequency, while the latter is generally due to random and stochastic interac-
tions with the turbulent flow developing over the blades and/or impinging on them [35].
In some specific situations, the noise signature generated by a rotor/propeller may be
quasi-periodic (i.e. it does not repeat exactly with time) and the resulting noise spectrum
is characterized by narrow-band noise components with energy content spreading out
around discrete frequencies [26]. A typical far-field noise spectrum of a rotor is sketched
in Fig. 2.1.

Figure 2.1: Example of a rotor far-field noise spectrum showing both tones at the harmonics of the blade-
passing frequency and broadband noise.

The interaction of the blades with the turbulence in the incoming flow (leading-edge
or turbulence impingement noise) and/or with their self-generated turbulence (self-
noise) are typically recognized as the most relevant mechanisms of rotor broadband
noise [36, 37]. Conversely, the turbulence mixing occurring in the rotor wake does not
significantly contribute to the broadband noise generation [35]. Regarding the tonal
component, steady and unsteady blade aerodynamic loadings (in the blade-fixed ref-
erence frame) represent the main sources of noise at relatively low blade-tip Mach num-
bers [35]. The steady loading noise is associated to the blade pressure distribution com-
ponent that is steady in the blade-fixed reference frame, which results in a force that
periodically varies direction and generates sound for a far-field observer as the blade ro-
tates [35]. For propellers/rotors operating at low blade-tip Mach numbers, this can be
a relatively weak source of noise in the presence of the unsteady loading noise, which
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arises when the propeller operates in a non-uniform distorted flow. Examples of de-
terministic unsteady loading noise are the blade-vortex interaction noise or the noise
generated by a propeller/rotor when it operates at an angle of attack with respect to the
free-stream [35]. In addition to loading noise, another important source of tonal noise,
especially from moderate to high blade-tip Mach numbers, is represented by the thick-
ness noise, which arises from the periodic displacement of fluid due to the volume of
the passing blade [26]. Finally, at transonic or supersonic blade-tip speeds, shocks arise
in the volume surrounding blade. Due to the blade rotation, these shocks apparently
change for a far-field observer and thus generate sound. In the above, the most relevant
rotor/propeller noise generation mechanisms have been briefly outlined. In the follow-
ing sections, the above mentioned sources of propeller/rotor noise are discussed more
in detail, with emphasis on those that are concerned in this thesis.

2.1.1. AIRFOIL BLADE SELF-NOISE

For a rotor operating in a homogeneous non-turbulent flow, Brooks et al. [37] iden-
tified five airfoil blade self-noise generation mechanisms associated to the interac-
tion between the rotor blade with its self-generated boundary-layer and near-wake:
laminar boundary-layer instability noise, turbulent boundary-layer trailing-edge noise,
boundary-layer separation/stall noise, trailing-edge bluntness vortex shedding noise
and blade tip-vortex noise. The first two mechanisms are relevant to the studies pre-
sented in this thesis, while the latter are not directly addressed and are, therefore, only
briefly described. A sketch of the above mentioned airfoil self-noise mechanisms is pro-
vided in Fig. 2.2.

Figure 2.2: Different mechanisms of airfoil blade self-noise: (a) laminar boundary-layer instability noise, (b)
turbulent boundary-layer trailing-edge noise, (c) boundary-layer separation and (d) stall noise, (e) trailing-
edge bluntness vortex shedding noise and (f) tip-vortex noise. Adapted from Brooks et al. [37].
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LAMINAR BOUNDARY-LAYER INSTABILITY NOISE

At low-to-moderate chord-based Reynolds numbers (i.e., 5 · 104 < Rec < 5 · 105; Rec =
Uc/ν with U being the free-stream velocity, c the airfoil chord and ν the fluid kine-
matic viscosity), airfoils can emit both tonal and broadband noise signatures [38]. Such
a flow condition is characteristic of many rotary-wing applications, such as small wind
turbines, cooling fans, compressors and rotors of drones/small-size urban air mobility
vehicles. Several hypotheses have been proposed by different authors to explain the ori-
gin of the tonal noise, which can exceed the broadband noise levels up to 30 dB. Most of
those theories invoke an amplification of the sound at certain frequencies, through an
aeroacoustic feedback loop, as possible explanation for the tonal noise emissions [39–
44].

In the above mentioned Reynolds number regime, the boundary-layer can remain
laminar for a relatively large extension of the airfoil chord and possibly separates. The
resulting separated shear-layer, depending on the airfoil angle of attack, Reynolds num-
ber, airfoil characteristics and incoming flow conditions, can reattach as either a lami-
nar or turbulent boundary-layer and lead to the formation of a laminar separation bub-
ble [43, 45], as depicted in Fig. 2.2(a). The hydrodynamic instabilities (i.e. the Tollmien-
Schlichting waves [46]) within the laminar boundary-layer are amplified coherently in
the laminar separation bubble and/or separated shear-layer and scattered as sound as
they pass a surface discontinuity such as the airfoil trailing-edge. Then, the resulting
acoustic disturbances can travel upstream and trigger the generation of further flow in-
stabilities, which reinforce the sound radiation. Hence, an aeroacoustic feedback loop
between the hydrodynamic and acoustic waves can be closed at those frequencies at
which the phase of the upstream-traveling acoustic waves matches the phase of the hy-
drodynamic waves convected downstream. This can lead to a significant noise incre-
ment when the laminar separation bubble is sufficiently close to the trailing-edge [47],
with narrowband tones over a broadband hump featuring the corresponding far-field
noise spectrum for bi-dimensional airfoils [38]. In particular, the broadband noise is at-
tributed to the scattering of incoherent eddies of different sizes and strengths, whereas
the tonal noise emissions are related to the scattering of relatively coherent and strong
vortical disturbances amplified through the feedback loop [38]. However, no definitive
consensus on the position, length and physics of the activation of the aeroacoustic feed-
back loop has been reached yet.

For rotor operating at low-Reynolds numbers, the rotation of the blades introduces
an additional modulation of the actual frequencies related the laminar boundary-layer
instability noise radiation. Moreover, spanwise variable flow conditions experienced by
the propeller blade can play against the effective establishment of an aeroacoustic feed-
back loop. In fact, a high frequency broadband hump has been reported in the far-field
noise spectrum in the presence of a laminar separation bubble on the blade surface
in previous experimental studies involving rotating blades, with [47] and without [47–
49] the emergence of a strong tonal content strictly ascribable to the acoustic feedback
loop. The presence of a broadband hump with no tonal contribution was associated to
the mere trailing-edge scattering of instability waves without the occurrence of a proper
acoustic feedback [47].
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TURBULENT BOUNDARY-LAYER TRAILING-EDGE NOISE

At higher chord-based Reynolds numbers (Rec > 5 · 105), the boundary-layer over the
rotor blades completely transitions from a laminar into a turbulent state, as illustrated
in Fig. 2.2(b). Hence, the boundary-layer is no longer characterized by periodic coher-
ent vortical structures, but rather by a broader distribution of eddies of different sizes
and strengths compared to the previous mechanism. Similarly to the laminar boundary-
layer instability noise, the pressure fluctuations within the turbulent boundary-layer are
scattered as sound when they pass the trailing-edge [37], because of the Kutta’s condi-
tion.1 However, since the boundary-layer is now fully developed and characterized by
a random and chaotic distribution of vortices, the resulting far-field noise spectrum is
broadband in nature. Turbulent boundary-layer trailing-edge noise is recognized as the
most important aerodynamic noise source for large wind-turbines, and as one of the
most relevant broadband noise contributors for propellers and rotors operating in a ho-
mogeneous stationary flow [37, 50].

The scaling law of the turbulent boundary-layer trailing-edge noise can be shown
by following the approach of Ffowcs Williams & Hall [51]. They idealized the airfoil
trailing-edge noise problem considering a uniform turbulent flow interacting with a
semi-infinite plate of zero thickness, as depicted in Fig. 2.3. The semi-infinite approx-
imation holds as long as the airfoil chord is much larger than the wavelength of the ra-
diated acoustic waves. In Fig. 2.3, U is the mean velocity of the flow which passes the
trailing-edge with a sweep angle γ, y and x are the source and observer positions, b is the
flat-plate span, while ϕ and θ are the angles of the observer measured from the trailing-
edge and chord-line, respectively.

y U 

x 

� 
� 

γ 
b 

Figure 2.3: Idealization of the turbulent boundary-layer trailing-edge noise problem through the semi-infinite
flat plate approximation. Adapted from Glegg and Devenport [35].

Ffowcs Williams & Hall characterized the acoustic pressure p ′ associated to scatter-
ing process of the turbulent fluctuations at the trailing-edge in terms of Fourier trans-
formed solution of the Lighthill’s equation, and used a tailored Green’s function to fulfill
the rigid wall boundary condition on the semi-infinite plate [35]:

p̃ ′(x,ω) =
�

V

∂2G̃T (x|y,ω)

∂yi y j
T̃i j (y,ω)dy, (2.1)

where GT is Green’s function of the semi-infinite flat-plate problem, Ti j is the Lighthill’s
stress tensor, V is the volume of integration surrounding the turbulent flow around the

1Due to the Kutta’s condition at the traling-edge, a very localized pressure disturbance convecting over the
trailing-edge needs to the balanced by another pressure fluctuation, which ultimately propagates as sound,
in such a way that their net sum is equal to zero.
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semi-infinite flat plate, the tilde sign indicates a Fourier transform, whileω is the angular
frequency. By introducing far-field and low-Mach number assumptions, they obtained
that the far-field noise spectrum Spp approximately scales as [35, 51]:

Spp (x,ω)~
ρ2

0U 3u2Lb sin(ϕ)cos2(θ/2)cos2(γ)

|x|2c∞
S(ω), (2.2)

where S(ω) is the normalized spectral shape function, ρ0 is the undisturbed fluid density,
u represents the velocity scale of the turbulent fluctuations (which scales as U ), while L
is the length scale of the turbulence (that is typically the boundary layer displacement
thickness at the trailing-edge, δ∗).

Equation (2.2) highlights different features of the turbulent boundary-layer trailing-
edge noise. First, trailing-edge noise is inversely proportional to the square of the ob-
server distance |x| from the edge, and linearly proportional to the airfoil span b and tur-
bulent length scale L. Moreover, it scales with the fifth power of the flow velocity: the
presence of a geometrical singularity such as the blade trailing-edge enhances the ef-
ficiency of the noise radiated by the turbulence, which would otherwise scale with the
eighth power for unbounded flows2 [53]. Another important characteristic reveled by
Eq. (2.2) is that the trailing-edge noise manifests a cardiod directivity on a plane nor-
mal to the airfoil span (ϕ = 90◦), as highlighted by the cos2(θ/2) term and depicted in
Fig. 2.4(a). Hence, the noise radiation is maximum upstream, weak downstream and
negligible along the airfoil wake. It is worth mentioning that, since the sound emitted
by the suction side is in anti-phase with respect to that emitted by the pressure one, a
destructive interference actually takes place upstream the airfoil leading-edge in practi-
cal applications for airfoils of finite chord [54]. Since the boundary-layer developing on
the suction side is typically characterized by larger turbulent length scales than on the
pressure one, the former contributes more at lower frequencies, while the pressure side
contribution tends to dominate the broadband noise radiation at higher frequencies, as
qualitatively sketched in Fig. 2.4(b).
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Figure 2.4: Cardiod trailing-edge noise directivity for an observer in a plane normal to the trailing-edge (a);
adapted from Glegg and Devenport [35]. Sketch of a typical trailing-edge far-field noise spectrum with relative
contributions from the suction and pressure sides (b); adapted from Pröbsting [55].

A final relevant result from the Ffowcs Williams & Hall’s analysis is that the far-field
noise is proportional to a cos2(γ) term, which indicates that the turbulent pressure fluc-

2To be rigorous, trailing-edge noise scales as U 4M , while unbounded turbulence as U 4M4 (where M is the
flow Mach number) [35]. Therefore, the noise generated by an eddy scattered at the trailing-edge is O (M−3)
larger than that associated to the same eddy away from the edge [52].
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tuations are scattered more efficiently when the convected eddy passes the trailing-edge
perpendicularly to it (i.e. γ = 0◦). Hence, a possible way through which trailing-edge
noise can be reduced is by sweeping the trailing-edge with respect to the flow, namely
by means of serrations [56], as illustrated in Fig. 2.5. Trailing-edge serrations are widely
adopted for broadband noise reduction of wind turbines nowadays [56], and they are
recently spreading to low-speed propeller applications as well [57, 58]. However, their
benefit might be partially counteracted by the increment of the length of the serrated-
edge compared to the straight one [35].

Figure 2.5: Example trailing-edge serrations applied to a propeller blade. Adapted from van der Velden [54].

BOUNDARY-LAYER SEPARATION AND STALL NOISE

In the previous two airfoil self-noise mechanisms, the boundary-layer is assumed to re-
main attached to the airfoil surface when approaching the blade trailing-edge. However,
at relatively high values of the airfoil incidence, the flow can separate upstream of the
trailing-edge on the suction-side and lead to the shedding of vortices, Fig. 2.4(c). The
associated (boundary-layer separation) noise signature is quasi-tonal and characterized
by a spectral hump at mid-to-high frequencies, due to the scattering of relatively small
and coherent vortices separating from the airfoil surface [37]. If the angle of attack is
further increased, the local airfoil section can experience a deep stall condition, with
large-scale vortical structures separating from the airfoil surface, Fig. 2.4(d). As a result,
low-frequency stall noise is radiated by the airfoil as a whole [37]. This source of noise
can be mitigated by operating the blade at conditions away from the stall or through
blade pitch control strategies.

TRAILING-EDGE BLUNTNESS VORTEX SHEDDING NOISE

When the ratio t/δ∗ between the trailing-edge thickness, t , and the boundary-layer dis-
placement thickness, δ∗, exceeds the critical value of 3.3, a von Kármán vortex shedding
from a blunt trailing edge can take place [59], as shown in Fig. 2.4(e). The blunt trailing-
edge promotes a large scale vortex shedding within the near wake that is limited to a
narrow range of frequencies, since the dominant turbulent length scale is determined
by the trailing-edge thickness. As a consequence, the resulting far-field noise spectrum
is tonal or quasi-tonal, depending on the t/δ∗ ratio [59]. Due to the large spanwise co-
herence of the vortices being shed from the blunt trailing-edge, the resulting noise can
dominate over the turbulent boundary-layer trailing-edge noise. However, this source
of noise can be reduced by designing a blade trailing-edge such that t/δ∗ is below 3.3
under the expected blade operating conditions.
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TIP-VORTEX NOISE

A final mechanism of airfoil self-noise is that related to the tip-vortex, which is gener-
ated due to the pressure difference between the suction and pressure sides at the tip
of a blade. The tip-vortex, characterized by a thick viscous turbulent core, wraps-up
around the blade tip, and the associated turbulent structures are scattered at the trailing-
edge of the blade tip in a similar manner to the turbulent boundary-layer trailing-edge
noise [37], as illustrated in Fig. 2.4(f). This source of noise may be reduced by limiting the
interaction between the suction and pressure sides at the blade tip by means of optimal
tip shapes or winglets.

2.1.2. LEADING-EDGE/TURBULENCE-IMPINGEMENT NOISE
Another broadband noise generation mechanism that involves the interaction of a rotor
blade with the upstream generated inflow turbulence is the so called leading-edge noise
or turbulence-impingement noise. This is an important source of noise in several aero-
nautical applications, such as turbofan engines and rotorcraft configurations undergo-
ing blade-wake interactions. Although the radiated noise is largely dependent upon the
characteristics of the incoming turbulent flow interacting with the leading-edge and the
blade geometry, still some relevant results can be extracted from the theory under the
assumption of a thin-plate immersed in a homogeneous turbulent flow. Following Glegg
and Devenport [35], the spectral density of the far-field acoustic pressure radiated from
a flat-plate airfoil of large span can be expressed as:

Spp (x,ω) ≈
(
πωx2

c∞r 2
e

)2 SF F

(
ω,k(o)

1 ,k(o)
3

)
(2π)4 , (2.3)

where ω is the angular frequency, c∞ is the free-stream speed of sound, re is observer
distance with Prandtl-Glauert correction and x2 is the observer coordinate in the direc-
tion normal to the blade (positive upwards and referred to the leading-edge, Fig. 2.6).
Moreover, SF F is the wavenumber-frequency spectrum of the unsteady blade loading
produced by the airfoil, and k(o)

1 and k(o)
3 are the streamwise and spanwise acoustic wave

number with Prandtl-Glauert correction.
Considering the von Kármán turbulence model for the planar wavenumber spec-

trum within the definition of SF F and an observer in the mid-span plane, Eq. (2.3) can
be written as [35]:

Spp (x,ω) ≈ 4

9π

(
ρ2

0U u2bM

πk2
e r 2

e (1+M)

)(
(ω/keU )2[

1+ (ω/keU )2
]7/3

)
cos2(θe /2), (2.4)

where b is the blade span, M is the Mach number, u2 and ke are the velocity variance
and wavenumber scale of the largest eddies, respectively, and θe = tan−1

(
x2β/x1

)
, with

x1 being the streamwise observer coordinate (positive downstream and referred to the

leading-edge, Fig. 2.6) andβ=
p

1−M 2. Since u2 scales as U 2, the spectral density scales
at the forth power of the flow velocity. If the spectral level is considered in place of the
spectral density, a term keU (related to the frequency bandwidth) would appear on the
right hand side of Eq. (2.4), revealing that the turbulence-impingement noise scales



2.1. NOISE SOURCES IN OPEN ROTORS

2

19

with the fifth power of the flow speed. Moreover, under the assumption of semi-infinite
plate, the noise radiation follows a cardiod directivity with the maximum and minimum
noise radiation achieved respectively downstream and upstream the airfoil, as sketched
in Fig. 2.6. These two results represent two significant differences with respect to the
typical dipole scaling law and directivity for an acoustically compact surface (i.e. for
vortical disturbances that are much larger than the chord of the blade), according to
which the associated noise scales with the sixth power of the flow velocity and is radi-
ated as sin2(θe ). Finally, the spectral level (i.e. with bandwidth correction) further scales
as b/ke ~bL f , where L f is an integral length scale of turbulence. Hence, the leading-edge
noise can be generally reduced by reducing the turbulence integral length scale. How-
ever, as pointed out in Ref. [35], this would also modify the shape of the far-field noise
spectrum, with an effective reduction of the noise levels taking place at low frequency
and a general increment of the spectral content at high frequencies.

U 

cos2( e/2) 

 
e 

x2 

x1 x3 

Figure 2.6: Sketch of leading-edge/turbulence impingement noise problem and directivity for a semi-infinite
plate.

2.1.3. LOADING NOISE

As previously mentioned, the loading noise is generated by the steady and unsteady
pressure on the surface of a rotating blade. For an external observer, a force that is
steady in the blade-fixed reference frame has a time-varying component projected in
the direction of the observer, which is perceived as noise. In addition, a time variation
of the loading in the blade-based reference is also a source of unsteadiness and, thus,
of noise, regardless the fact that the observer is inside or outside the rotating reference
frame. For propellers/rotors operating a low blade-tip Mach numbers, the loading noise
represents the major contributor to the overall noise emissions [35]. Broadly speaking,
all the aforementioned airfoil noise generation mechanisms, which involve the interac-
tion of the blade surface with self-generated or ingested turbulence, are responsible for
the generation of unsteady surface pressure fluctuations in the reference frame rigidly
connected with the blade. Therefore, they can be generically considered as broadband
loading noise sources. However, in this subsection, loading noise is strictly intended as
the tonal noise associated to steady forces and/or unsteady loadings, with the latter asso-
ciated to rotors operating at an angle of attack, in non-uniform distorted inflows and/or
undergoing blade-vortex interactions.

In order to draw interesting considerations on the tonal loading noise of rotors op-
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erating at subsonic blade-tip speeds, it is useful to consider the case of a rotating force,
as depicted in Fig. 2.7, and refer to the analytical frequency-domain expression of the
far-field noise from a compact rotating dipole. In Fig. 2.7, a periodic force of magnitude
F (t ) is generated by a blade element at the radial position r and tilted by an angle γwith
respect to the rotor axis ez . The observer position, x, is defined by its distance R from
the origin and by the angles θ and ϕ, while Mc0 represents the tangential velocity of the
source, where M =Ωr /c0 is the tangential Mach number, Ω the angular velocity of the
source and c0 the undisturbed speed of sound.
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Figure 2.7: Problem definition for far-field tonal loading noise. Adapted from Roger and Moreau [60].

Under the assumptions of compact source, far-field observer and B equally spaced
blades, the complex-valued sound pressure amplitude at the m-th harmonic of the an-
gular Blade-Passing Frequency (mBΩ) read as3 [61]:

PmB (x) = i mB 2Ω

4πc0R

∞∑
s=−∞

Fs (r )e−i (mB−s) π2 e i (mB−s)[ϕ−Ωs R/c0]

× JmB−s (mB M sin(θ))

[
−mB − s

mB

sin(γ)

M
+cos(θ)cos(γ)

]
, (2.5)

where Ωs = mBΩ/(mB − s), Fs (r ) are the complex-valued coefficients of the Fourier se-
ries of the periodic force, while JmB−s are the Bessel’s functions of the first kind of order
mB − s. Equation (2.5) is characterized by several properties [61]. First, it shows that a
periodic blade force produces a discrete-frequency noise at the blade-passing frequency
(BΩ/2π) and its harmonics, where each tone is the sum of free-field radiation modes.
Moreover, the magnitude of each mode is proportional to the blade-harmonic loading
Fs weighted by the Bessel’s function JmB−s , as a consequence of the Doppler effect intro-
duced by the source motion with respect to the observer. Each radiation mode rotates

3Considering a rotor with B equally spaced blades, only the harmonics of the blade-passing frequency survive
in the far-field, due to constructive-destructive interference between the acoustic signatures generated by
the different blades. Each blade generates noise at harmonics multiple of the rotational frequency. However,
if the blades are evenly spaced and the associated force is periodic, the contributions at the harmonics not
multiple of the blade-passing frequency are canceled out.
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with an equivalent speed Ωs . For s 6= mB , the mode is called spinning mode and has no
contribution on the rotor axis and for angles such that the quantity in the square brack-
ets is zero. For s = mB , the mode is called symmetric mode and it is the most efficient
one due to the favorably weighting of the Bessel’s function J0. Symmetric modes radiate
along the rotor axis and are characterized by a vanishing directivity in the rotor plane.
The case s = 0 (steady-loading noise) corresponds to the noise radiated by the steady
component of the force and is the only contribution related to the thrust generated by
the rotor. The steady-loading noise is typically smaller than the unsteady loading one
for significant values of unsteady loading harmonics, since the Bessel’s function corre-
sponding to the steady loading component can assume much lower values compared to
that modulating the unsteady loading harmonics. Indeed, the steady force F0 is weighted
by n Jn(nX ), with n 6= 0 and X = M sin(θ), while the first order blade-loading harmonics
F±1, for instance, are weighted by the factors n Jn±1(nX ) [60]. These efficiency factors are
shown in Fig. 2.8 as functions of n and for five different values of X = 0.1,0.3,0.5,0.7,0.9.
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Figure 2.8: Weighting factors of the steady-loading noise (left) and of the first order blade-loading hamonics -
s =−1 (center) and s =+1 (right) - of the unsteady-loading noise. Adapted from Roger and Moreau [60].

From Fig. 2.8 it can be inferred that, except for the inefficient s = +1 case, the effi-
ciency associated to the unsteady loading noise (s =−1) is larger than that of the steady
loading noise (s = 0), especially at low Mach numbers (i.e. for low values of X ). Hence,
the steady loading noise is a very efficient noise generation mechanism mainly at high
blade-tip Mach numbers or in absence of significant blade unsteady loadings. More-
over, the rotor-locked noise has a zero radiation on the rotor axis, |Jn(0)| = 0 for n > 0,
and in the area in front of the rotor for angles such that cos(θ) = tan(γ)/M . Therefore,
in the case that significant loading noise levels are perceived along the rotor axis, these
are certainly related to the presence of unsteady forces. Finally, as a result of the Doppler
effects, a given loading noise harmonic of order s contributes to the noise at the m-th
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blade-passing harmonic such that s/(1+M |sin(θ)|) ≤ mB ≤ s/(1−M |sin(θ)|). Hence, as
the rotational Mach number increases, the transfer of energy between frequencies of the
blade loading and far-field noise farther apart from each other is possible.

2.1.4. BLADE-VORTEX INTERACTION NOISE

A particular case of deterministic/tonal unsteady loading noise is represented by the
blade-vortex interaction (BVI) noise. When a rotor blade passes through or in close
proximity of a blade tip-vortex, the blade experiences a rapid change of the local an-
gle of attack and an impulsive change of the aerodynamic loading [62]. Blade-vortex
interaction primarily occurs during descent flights or maneuvers at low advance ratios,
during which the rotor wake is washed back into the plane of the rotor itself or can be
ingested by neighboring rotors (e.g. in multi-rotor electric Vertical Take-Off and Landing
- eVTOL - vehicles). BVI generates a loud thumping sound that is very impulsive and
annoying. Thus, this type of noise is responsible for a significant disturbance towards
the community and is one of the primary causes limiting the use of rotorcraft in urban
environments [63].

A simple analytical model that highlights the most important aspects concerning BVI
noise can be derived by considering the idealized situation sketched in Fig. 2.9, in which
a three-dimensional vortex line of length L, circulation Γ, and convected with velocity U
in the y1 direction, interacts with the leading-edge of the blade at an angle Φv and with
a vertical displacement or blade-vortex miss-distance h.

Vortex core 
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Figure 2.9: Sketch of a blade-vortex interaction. Adapted from Glegg and Devenport [35].

Following Glegg and Devenport [35], the Fourier transformed acoustic pressure from a
leading-edge interaction can be approximately written as:

p̃(x,ω) ≈
(
− iωπx2e i ko re−i ko M x1

c∞r 2
e

)
1

2
ρ0c ˜̃w2

(
k(o)

1 ,k(o)
3

)
Λ

(
k(o)

1 ,k(o)
3 ,ω, M

)
, (2.6)

where ko is the acoustic wavenumber with Prandtl-Glauert scaling, c is the blade chord,
Λ is the non-dimensional blade acoustic response function for the acoustic far-field,
while ˜̃w2 is the upwash velocity spectrum. All the remaining quantities have been de-
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fined in the above. For a blade-vortex interaction, ˜̃w2 can be expressed as [35]:

˜̃w2(k(o)
1 ,k(o)

3 ) =
iΓL

(
k(o)

3 sinΦv −k(o)
1 cosΦv

)
e−k(o)

13 h

(2π)22k(o)
13

×
sin

(
(k(o)

1 sinΦv +k(o)
3 cosΦv )L/2

)
(k(o)

1 sinΦv +k(o)
3 cosΦv )L/2

 , (2.7)

with k(o)
13 =

√
k(o)2

1 +k(o)2
3 .

From the previous equation, it is possible to derive a condition on the angle Φv for
which blade-vortex interaction noise is significant, namely tanΦv < βM . If the interac-
tion angle do not fulfill this conditions, the vortex interaction with the blade leading-
edge would move subsonically along the blade and no significant noise is radiated [35].
Hence, BVI noise can be reduced by increasing Φv . This explains why the most severe
blade-vortex interaction condition in terms of noise radiation occurs when the tip-vortex
axis is nearly parallel to the blade leading-edge [63]. Conversely, when the axes of the
tip-vortex and blade are perpendicular and lying on parallel planes, the blade-vortex
interaction is significantly less intense and impulsive, and the resulting noise is charac-
terized by a broadband content due to continuous interaction between the blade and
the turbulent viscous core of the vortex [64]. Moreover, from Eqs. (2.6)-(2.7), it can be
further deduced that the reduction of the vortex strength Γ and the increment of the
blade-vortex miss-distance h both play in favor of a decrement of the noise associated
to a blade-vortex interaction [35].

For traditional helicopter configurations, the above mentioned aspects may be
achieved through a proper modification of the blade tip geometry and/or the imple-
mentation of blade loading control strategies (e.g. higher-harmonic control, individual
blade control, active control flap or active twist rotor) to favorably alter the strength and
the trajectory of the tip vortices with respect to the rotor blades [63, 65, 66]. For novel
multi-rotor eVTOL vehicles, in which the blade-vortex interaction can occur between a
certain rotor and the tip-vortices released by the neighboring rotors, a possible BVI noise
mitigation strategy is to adopt specific flight trajectories such that the ingestion of a rotor
wake by another one is minimized [67].

2.1.5. HAYSTACKING OF BROADBAND NOISE
For a propeller/rotor operating in turbulent inflow, the impingement of the incoming
turbulence on the blade leading-edge can be a considerably source of noise, as dis-
cussed in Sec. 2.1.2. When the scales of turbulence are sufficiently small, so that the
resulting pressure fluctuations on the blades are uncorrelated and characterized by the
same statistics, the resulting noise spectrum is broadband. However, if the length scale
of turbulence is sufficiently large and the vortical structures are elongated in the stream-
wise direction, it is possible that the same structure is cut multiple times by successive
blades. This can result in blade-to-blade unsteady loading correlation that generates a
quasi-periodic acoustic signature and a noise spectrum with broadband peaks in prox-
imity of multiples of the blade-passing frequency [35]. This phenomenon is referred to
as haystacking of broadband noise. In particular, the condition for the haystacking is
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that the blade-passing frequency ΩB is much higher than axial velocity Ua divided by
the axial length scale of the turbulence La , namely ΩBLa/Ua À 1 [35].

Figure 2.10 illustrate the pressure signal and the corresponding noise spectrum for a
rotor interacting with a small or large vortical structure, respectively. The case reported
in Fig. 2.10(a) is representative of a situation in which the time scale of the interaction
is relatively short, due to the small axial length scale and high axial flow velocity com-
pared to the rotational speed of the rotor. As a result, some of the blades chop the eddy
producing a pressure signature characterized by few pulses with intensity modulated
by the varying strength of the eddy [35]. The resulting spectrum is quasi-broadband.
Conversely, if the flow speed is sufficiently slow and the axial length scale of the eddy is
large enough, compared to the rotational frequency, more blades can interact with the
same vortical structure. This leads to the generation of a quasi-periodic pressure signal,
with several pulses spaced by the blade-passing interval, whose spectrum is character-
ized by narrower peaks around the blade-passing frequency (BPF) [35], as depicted in
Fig. 2.10(b).

Figure 2.10: Example of pressure signal and spectrum from rotor blades interactions with a single small (a) and
large (b) vortical structures. Adapted from Glegg and Devenport [35].

2.1.6. THICKNESS NOISE

When a rotor blade rotates, its volume generates a fluid displacement that is unsteady
for an external observer and, thus, is perceived as noise. The resulting acoustic signature
is a distinct pulse as the blade moves towards the listener. This source of tonal noise is
referred to as thickness noise, since it is related to the thickness of the blade as it is shown
in the following. A convenient way to highlight this aspect is to consider the thickness
noise term from the Ffowcs Williams & Hawkings’s (FW-H) equation [35]. Anticipating a
result that will be introduced in Chapter 3, the thickness noise from the FW-H equation
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for an impermeable moving surface reads as:

p ′
T (x, t ) = ∂

∂t

�
S

[
ρ0v · n̂

4πr (1−Mr )

]
ret

dS(y), (2.8)

where x is the observer position, y is the source position on the integration surface S
moving at the velocity v, n̂ is the outward directed normal to the surface, Mr is the source
Mach number projected in the direction of the observer and r = |x−y|. The subscript r et
denotes that the integral needs to be computed at the retarded time τ= t − ∣∣x−y(τ)

∣∣/c0,
with t being the observer time and c0 the undisturbed speed of sound. For thin blades,
the integral over the blade surface S can be replaced by the integral over the blade plan-
form Σ on the rotor plane, as follows [35]:

p ′
T (x, t ) =− ∂

∂t

�
Σ

[
ρ0v ·∇h

4πr (1−Mr )

]
ret

dΣ(y), (2.9)

where ∇h = ∇y+−∇y−, with y+ and y− respectively denoting the upper and lower co-
ordinates of the blade such that the blade thickness is defined as h = y+− y−. Equation
(2.9) clearly highlights the dependence of the contribution of the blade thickness to the
magnitude of the thickness noise source [35].

The acoustic efficiency of the thickness noise is larger than that of loading noise. In-
deed, thickness noise scales as the fourth power of the flow velocity, against the sixth
power scaling for the loading noise for acoustically compact sources [35]. Thickness
noise is typically important at high blade-tip Mach numbers (i.e. above 0.7). Moreover,
it is primarily directed along the rotor plane and can become significant for a rotor with
a high number of blades for which the load of each blade can be relatively low. How-
ever, thickness noise is also often negligible for highly loaded rotors and/or in presence
of highly efficient unsteady loading noise sources, and can be generally decreased by
reducing the thickness/volume of the blades in the tip region [35] (thickness noise is
reduced by 6 dB for every halving of the blade thickness).

2.2. NOISE SOURCES IN TURBOFANS
The previous section focused on the description of the primarily sources of aerody-
namic noise in open rotors. However, in some aeronautical applications, such as high
bypass-ratio turbofan engines, the previous sources of rotor noise can take place in a
ducted environment. The main difference with respect to open rotors is that, for ducted
fans/rotors, the propagation of the aeroacoustic sources is significantly modified by the
presence of the duct. The duct causes a reorganization of the acoustic field of the rotor
sources through successive reflections on the duct walls and generates particular guided
waves [68]. Hence, these waves propagates outside the ducted environment in the far-
field undergoing a diffraction process at the duct exit [68]. Moreover, in a turbofan con-
figuration a stator is always positioned in the bypass duct downstream the fan in order to
convert the kinetic energy in the swirling flow in the fan wake into additional thrust. The
interaction of the fan blade wakes with the downstream stator (or Outlet Guide Vanes,
OGV) represents an additional source of noise.

Figure 2.11 depicts the primarily sources of noise in the bypass duct of a turbofan
engine. Note that additional noise sources are present when considering a complete
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turbofan engine, such as compressor and turbine noise, jet noise and combustion noise.
However, the description of these sources is left out from the present discussion since
they are not considered in this thesis. The first source of noise in a turbofan engine is
represented by the fan self-noise. As for open rotors, the fan of a turbofan engine gen-
erates both tonal and broadband noise via several mechanisms, such as [35]: loading
and thickness noise; unsteady loading noise and leading-edge noise through the in-
teraction with the inflow/boundary-layer turbulence, respectively; tip flow noise due
to the interaction of the fan blade tip with the flow between the tip and the duct wall;
trailing-edge noise associated to the scattering of the turbulent boundary-layer devel-
oping over the fan blades; and quadrupole noise due to the appearance of shocks on the
rotor blade at transonic blade-tip Mach numbers. Moreover, the interaction of the fan
blade wakes with the downstream stator vanes is another source (typically the dominant
one) of tonal and broadband noise for high bypass-ratio turbofan engines. However,
due to the presence of the duct, only some acoustic modes at certain frequencies can
propagate through the duct and radiate to the far-field outside the engine.

Figure 2.11: Sketch of a high bypass-ratio turbofan engine and primarily aerodynamic noise sources. Adapted
from Moreau [69]

Before discussing the above mentioned noise sources for a turbofan engine, it is use-
ful to briefly introduce some theoretical aspects related to the in-duct noise propagation
and to the rotor-stator interaction noise, the latter representing an additional source of
noise for turbofan engines with respect to those discussed in Section 2.1.

2.2.1. IN-DUCT NOISE PROPAGATION
As mentioned above, the presence of a duct alters the acoustic propagation of the aero-
dynamic noise sources inside the duct. How much the duct influences the noise propa-
gation depends on the relative values of the acoustic wavelength and duct length. When
the acoustic wavelength associated to a given noise source is small with respect to the
characteristic lengths of the duct, the corresponding noise propagation is significantly
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modified by the duct. Conversely when a duct is relatively short compared to the wave-
length, its effect becomes negligible [68]. Considering an infinite annular duct4 with
hard walls of outer and inner radii a and b, respectively, and homogeneous axial flow of
constant velocity U , as sketched in Fig. 2.12, the acoustic pressure inside the duct can be
determined as solution of the convected Helmholtz equation with rigid-wall boundary
conditions and periodicity condition of period 2π on the azimuthal coordinateϕ as [70]:

Figure 2.12: Cylindrical duct of radius a with center body of radius b.

p ′
ω(z,ϕ,r, t ) = e−iωt

∞∑
m=−∞

∞∑
j=0

Pn j (r )

[
ε+n j e

i
(
mϕ+k+

n j z
)
+ε−n j e

i
(
mϕ+k−

n j z
)]

, (2.10)

where n = |m|, ω is the angular frequency, t the time, and z,ϕ,r denote the streamwise,
azimuthal and radial duct coordinates. Moreover, ε±n j are the modal coefficients depend-

ing on the noise source distribution5, while Pn j (r )e
i (mϕ+k±

n j z)
are the acoustic modes of

propagation in the duct, where:

Pn j (r ) = fn j (r )

[� a

b
r f 2

n j (r )dr

]−1/2

with fn j (r ) = Jn(Kn j r )+ An j Yn(Kn j r ),(2.11)

with Jn and Yn being the Bessel’s function of the first and second kind of order n, whereas
An j and Kn j are constants to be determined by solving the boundary condition equation
for fn j [70]. The quantity k±

n j in Eq. (2.10) represents the axial wavenumber that defines

whether a given mode can propagate or decays along the duct [70]:

k±
n j =−kM

β2 ± k̄n j =−kM

β2 ± 1

β2

√
k2 −β2K 2

n j , (2.12)

where M =U /c0 is the Mach number, k = ω/c0 and β2 = 1−M 2. Each mode is defined
by the two indices n and j , which represents the number of azimuthal lobes and radial

4An annular duct, namely a cylindrical duct with a center body, can be used to approximately represent the
bypass duct of a turbofan engine, while a simple cylindrical duct without a center body can be associated to
the duct upstream the fan.

5All the quantities in Eq. (2.10) are determined by the duct geometry, while the modal coefficients ε±n j are

related to the noise sources inside the duct [70].
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nodes, respectively, while the amplitude of a certain mode along the radial coordinate is
given by Pn j (r ). The case n = 0 correspond to a symmetric mode with no azimuthal de-
pendence, while for n 6= 0 the mode is called spinning and is characterized by an equiv-
alent rotation speed ω/m.

A very important result that follows from Eqs. (2.10) and (2.12) is that a mode can
propagate along the duct only if k̄i j is a real number, namely for k > βKi j . On the other
hand, for k < βKi j , k±

n j has an imaginary part and the corresponding solution must be

an exponentially decaying wave so that the amplitude can remain finite [68]. Hence, the
mode does not propagate. The frequencyω such that k >βKi j is called cut-off frequency
of the mode (n, j ) and is an increasing function of the mode order. Modes that can prop-
agate are called "cut-on" modes, while those which cannot are named "cut-off" [35]. The
particular case n = j = 0 (where An j and Kn j are both zero) corresponds to the planar-
wave mode that always propagate since its cut-off frequency is zero. How quickly a cut-
off mode decays depends on the cut-off ratio χn j = βKn j /k. For χn j À 1 the mode de-
cays rapidly within a fraction of the acoustic wavelength, while for χn j slightly above one
decays only very slowly [35]. The decay of cut-off modes is a relevant property of duct
acoustics, since it can be exploited in the design of a turbofan so that some of the acous-
tic modes that are excited by the noise source are cut-off and do not radiate outside the
duct, resulting in lower far-field noise emissions [70].

In the case of a duct without a center body (i.e. b = 0), due to the properties of the
Bessel functions, it results that a mode propagates only if ka >βKm1a >βm [35]. More-
over, another important characteristic of a cut-on mode is that it has a supersonic speed
at the outer duct wall. This implies that a fan blade at subsonic tip speed does not excite
propagating acoustic modes [35].

It is worth mentioning that the above mentioned cut-off reduction mechanisms does
not apply to non-periodic noise sources, such as the noise due to the interaction of the
fan blades with the inflow turbulence or the duct wall boundary-layer, or the noise due
to the impingement of the turbulent fan blade wakes on the stator [71]. Moreover, real-
istic turbofan configurations do not simply involve constant annular and circular duct
cross-sections with uniform mean flow, but they are typically characterized by a varia-
tion of the duct cross-section, as well as by the presence of the non-uniform and swirling
flows, which are responsible for a complex re-organization and modification of acoustic
modes [70].

Finally, the acoustic modes propagating through the duct are subjected to a complex
diffraction process at the duct exit [35], which results in the reflection of part of the in-
cident sound (which is then propagated backwards in the duct) and in the radiation of
part of the incident wave outside the duct. The sound field that is radiated outside is
characterized by dominant lobes that represent the continuation of the oblique waves
traveling inside the duct [70]. The modes that are quite beyond the cut-off frequency are
efficiently transmitted, while those slightly above it are strongly reflected [70].

2.2.2. ROTOR-STATOR INTERACTION NOISE

The dominant noise source of a typical turbofan engine is due to the interaction between
the turbulent wakes generated by the fan blades with the downstream stator vanes [72],
as sketched in Fig. 2.11. Tonal and broadband noise are generated as a result of such
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an interaction, which propagates both upstream towards the turbofan inlet and down-
stream towards the bypass duct exit. During the upstream radiation, the acoustic waves
can be partially impeded by the rotor and are subjected to some level transmission
loss [73]. The broadband component is originated by the impingement of the blade
wakes turbulent flow (uncorrelated from wake to wake and characterized by small time
scales compared to the fan rotation frequency) on the stator vanes [73]. Since this is a
modulated turbulent flow impinging on the stator vanes, the resulting broadband spec-
trum can be peaked around the blade-passing frequency when the modulation is signifi-
cant [35]. Moreover, the overall broadband levels are related to both the length scale and
intensity of the turbulence impinging on the stator vanes leading-edges [35].

The tonal noise is caused by the interaction between the coherent part (i.e. mean
velocity deficit) of the fan wake with the stator vanes. Since this source of noise is sub-
jected to the cut-on/cut-off mechanism described in the previous subsection, it is con-
venient to refer to the frequency-domain expression of the far-field acoustic pressure
from a rotor-stator interaction noise (in free-space) for a rotor with B blades and a stator
of V vanes. Specifically, if FmB denotes the loading harmonic of order mB on a compact
vane element, and γ is the stagger angle and α0 is the azimuthal angle of the first vane
(as sketched in Fig. 2.13), the far-field acoustic pressure for an acoustically compact vane
segment can be written as [68]:

PmB (x) = i mBVΩ

4πc0R
FmB (r )

∞∑
s=−∞

e−i (mB−sV )( π2 +α0)e i (mB−sV )[ϕ−ΩsV R/c0]

× JmB−sV (mB M sin(θ))

[
mB − sV

mB

sin(γ)

M
+cos(θ)cos(γ)

]
, (2.13)

where ΩsV = mBΩ/(mB − sV ) and M is the Mach number associated to the flow ex-
perienced by each vane. Again, JmB−sV is the Bessel function of the first kind of order
mB − sV and c0 is the undisturbed speed of sound. Note that since the B rotor blade
wakes rotate at the rotor angular velocity Ω, the resulting tonal noise is at the blade-
passing harmonics ω= mBΩ of the rotor. Moreover, no Doppler effect takes place since
the stator vanes are stationary. As a result, a given harmonic of the far-field noise spec-
trum is fed by the corresponding harmonic of the stator vane loadings.

Equation (2.13) shows that for a rotor of B blades operating with a stator of V vanes,
the excited azimuthal modes at the blade-passing frequency harmonic m have the num-
ber of lobes n = mB ± sV and phase speedΩn = mBΩ/(mB ± sV ). Moreover, for a rotor-
stator configuration in a duct (under the assumptions made in the previous subsection),
the mode (n, j ) is cut-on if mBΩ> c0βKn j , namely:

mB

β

Ωa

c0
> Kn j a (2.14)

where Ωa/c0 is the blade-tip tangential Mach number and Ki j a are tabulated eigenval-
ues [70]. Equation (2.14) is of fundamental importance, since it shows that the number
of stator vanes V can be chosen with respect to the number of blades B in such a way
that the lowest possible n is sufficiently high for the harmonic of interest to be evanes-
cent6 [71].

6Typically only the first harmonic can be effectively reduced following this rule [71].
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Figure 2.13: Problem definition for free-space far-field rotor-stator interaction noise. Adapted from Roger [68].

Finally, another source of noise introduced by the presence of a stator is the so called
potential interaction-noise according to which the aerodynamic solution on the up-
stream rotor blades is influenced by the potential flow field around the stator vanes [68].
This mechanism generates unsteady periodic loadings on the fan blades, due to the rel-
ative motion between fan blades and stator vanes. As a result, the corresponding noise
occurs at the blade-passing frequency and harmonics. In general, the rotor and the sta-
tor are placed at a distance sufficiently far from each other to minimize this source of
tonal noise, but maintaining the propulsion benefit of a rotor-stator configuration.

2.2.3. FAN NOISE
Concerning the thickness noise generated by the fan blades, it can be shown that the re-
sulting field in the duct is composed by harmonics of the blade-passing frequency j BΩ
with a certain mode amplitude [35], where j is the harmonic count integer, B the num-
ber of blades and Ω the fan angular velocity. However, such modes can propagate out-
side the duct only if the corresponding wavenumber k is such that ka/β > m, where
m = j B is the mode order, a is the outer radius of the duct (i.e. of the turbofan intake)
and β=

p
1−M 2, with M being the flow Mach number. Since k = | j BΩ/c0| (with c0 be-

ing the undisturbed speed of sound), the cut-on condition for a duct mode excited by the
thickness noise to propagate outside the duct is that (Ωa)/(βc0) > 1, which does not take
place if the blade tip speed is subsonic and/or the axial flow is subsonic enough [35].
Hence, thickness noise does not propagate outside the duct unless the fan operates at
transonic conditions or the duct is short enough so that the cut-off modes are not suffi-
ciently decayed before escaping the engine intake.

Similarly, also the steady loading noise produced by the fan blades couples with
propagating duct modes only when the blade tip speed reaches transonic conditions.
However, in contrast to thickness noise, the loading noise at each harmonic of the
blade-passing frequency is the superposition of multiple azimuthal modes. Not all of
these modes can propagate outside the duct, but only those that satisfies the condition
ka/β > m, where m = j B −p is the mode order (with p an integer number ranging be-
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tween ±∞). Since the frequency associated to a certain mode is j BΩ, it follows that
the duct modes excited by the unsteady loading noise propagates for any p such that
(Ωa)/(βc0) > | j B −p|/| j B | [35]. Hence, only a few modes for which |p| is approximately
equal to | j B | can propagate outside the duct at subsonic blade tip Mach numbers. How-
ever, for (Ωa)/(βc0) approaching one, a larger number of modes becomes cut-on [35].

The fan blades are also sources of broadband self-noise through the scattering at the
trailing-edge of the turbulent pressure fluctuations developing over that blades. Trailing-
edge noise from the fan blades can propagate both upstream and downstream, and can
be an important contributor to the far-field noise at high-frequencies. Since the fan
blades experience a flow speed higher than that of the stator vanes, trailing-edge noise
from the fan typically overcomes that associated to the stator [35]. In addition, the fan-
blades can generate broadband noise also due to the interaction with the inflow tur-
bulence, the tip flow between the blade tip and the nacelle wall, and/or the turbulent
boundary-layer developing over the hub and intake walls. In particular, the first mech-
anism can be a significant source of broadband noise for highly integrated turbofans,
such as the boundary-layer ingesting ones, in which the engine can be partially buried
into the aircraft airframe [7, 74], or rear-mounted to it [75], and the fan blades can ingest
the turbulent boundary-layer developing over the airframe itself. For such configura-
tions, a considerably amount of unsteady loading noise can be also generated by the fan
blades, due to the fact that the mean flow approaching the fan disk is not circumferen-
tially uniform [76].

Finally, at supersonic blade-tip conditions, shocks occur on the fan blades and radi-
ate along the duct to the far-field. This sound, which propagates only in the upstream
direction, is called Buzz-saw or multiple pure tones noise, and the resulting spectrum is
rich of harmonics of the shaft rotational frequency [77]. Since the shocks are extremely
sensitive to small variations of the blade geometry, blade-to-blade stagger angle varia-
tion is the main causes of the multiple pure tones occurrence [73].
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COMPUTATIONAL METHODOLOGY

Science is facts; just as houses are made of stone,
so is science made of facts; but a pile of stones is not a house,

and a collection of facts is not necessarily science.

Jules Henri Poincaré

Chapter 2 provided a general description of the noise sources in open rotor and turbofan
propulsive systems, with a particular attention to those that are addressed in thesis. The
present chapter extensively describes the hybrid computational aeroacoustic approach
that is used in this work, which is based on the coupling between the lattice-Boltzmann
method and the Ffowcs Williams & Hawkings’ acoustic analogy. After a brief introduc-
tion on computational aeroacoustics (Sec. 3.1), Sec. 3.2 illustrates the lattice-Boltzmann
method, namely the numerical approach that is employed to compute the aerodynamic
and aeroacoustic near-fields. Its derivation from the continuous Boltzmann equation to
the discrete lattice-Boltzmann equation is outlined, along with a discussion on the in-
clusion of the turbulence modeling and the extension to high Mach number flows. Then,
the Ffowcs Williams & Hawkings’ acoustic analogy, which is used to compute far-field
noise radiation from the flow solution provided by the lattice-Boltzmann method, is de-
scribed in Sec. 3.3. A description of the Farassat’s formulation 1A integral solution of the
Ffowcs Williams & Hawkings’ equation, as well as of the solid/permeable approaches and
retarded/advanced time solutions, is presented.
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3.1. INTRODUCTION

A EROACOUSTICS is that branch of the fluid mechanics that studies the generation and
propagation of the aerodynamic sound produced by turbulent flows and/or moving

bodies in a fluid medium. For a long time, research in aeroacoustics has been primar-
ily conducted by experimental, semi-empirical and/or analytical methods in order to
understand and predict the noise radiation associated to new technical products [29].
However, the enormous advances experienced by the computer technology in the past
three decades has enabled numerical methods as feasible and quite accurate approaches
to study the sound generation and propagation mechanisms associated to aeroacous-
tic problems involving complex geometrical configurations, inhomogeneous flows and
flow-induced noise radiation [29].

All those numerical methods that describe the noise generation and/or radiation re-
lated to aerodynamic phenomena go under the name of Computational Aero-Acoustics
(CAA). It is a vast discipline of research that includes, among others, acoustic trans-
port methods such as the Lighthill’s and Ffowcs Williams & Hawkings’ acoustic analo-
gies [34, 53], or the Kirchhoff method [78]; the Linearized Euler Equations (LEE) ap-
proach [29]; methods based on the Acoustic Perturbation Equations (APE) [79]; scale-
resolving compressible Computational Fluid Dynamics (CFD) simulations, such as Di-
rect Numerical Simulation (DNS), Large Eddy Simulation (LES), Detached Eddy Simu-
lation (DES), Lattice-Boltzmann Method (LBM), hybrid RANS/LES [29, 80, 81], or their
combination with integral methods [29]; Reynolds Averaged Navier-Stokes (RANS) equa-
tions coupled to semi-empirical statistical models or Stochastic Noise Generation and
Radiation (SNGR) methods [82, 83]. All these approaches can be gathered under two
broad categories, namely direct and hybrid methods. These are concisely summarized
in the following, while for an extensive and systematic review on computational aeroa-
coustic approaches the reader may refer to Refs. [84–86].

DIRECT METHODS FOR NOISE PREDICTION

Direct methods aim at computing both the unsteady turbulent flow and the acoustic
radiation together by solving a set of compressible flow equations, and are considered
as the most exact prediction tools from a CAA perspective [29]. In a direct method, the
computational domain includes the flow region where the noise is generated down to
the far-field region where the observer is placed. Example of direct noise methods are
compressible DNS, LES, DES, hybrid RANS/LES and LBM, in which an adequate com-
putational grid must be employed to capture the noise generation mechanisms of in-
terest, as well as the resulting acoustic propagation up to the far-field observer. These
methods do not generally suffer from any modeling approximation of the noise sources,
besides the possible usage of turbulence modeling [29]. Obviously, if turbulence model-
ing is used, only a range of energy-containing eddies is resolved, and the resulting sound
field is only that associated to the flow dynamics that has been captured [84], provided
that other issues of numerical nature have not affected the noise generation and propa-
gation. Since the computational grid needs to fulfill strict requirements in terms of mesh
quality and resolution, so that both the noise generation and propagation mechanisms
can be properly captured [84], these kind of computations are generally very demanding
in terms of computational cost, and only simple flow configurations can be concretely
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afforded by direct noise extraction methods. For this reason, hybrid methods are gener-
ally preferred to direct ones, especially for aeroacoustic problems of industrial relevance
for which the latter are not still feasible nowadays.

HYBRID METHODS FOR NOISE PREDICTION

In order to alleviate the issue related to direct methods, the computation of the aero-
dynamic noise sources can be decoupled from the acoustic propagation to the far-
field [29]. This is the idea behind the definition of an hybrid method. In such ap-
proaches, the sound sources are computed directly through a given scale-resolving CFD
method (e.g. DNS, LES, DES, hybrid RANS/LES or LBM), on the body surface or in a near-
field volume region, in order to provide the relevant flow data to an acoustic method for
far-field noise extraction. Alternatively, they can be computed through semi-empirical
models or SNGR methods, using information about turbulent time and length scales
from RANS simulations and translating them into sound-source data to be used in ana-
lytical transport methods and acoustic analogies [29]. Hence, the radiation of the sound
sources in the aerodynamic near-field can be carried out by computational or analytical
transport/acoustic analogies approaches.

In a computational transport, some kind of partial differential equations are solved
from the boundary of the noise-source region up to the far-field observer. In contrast
to direct methods, only the acoustics (i.e. pressure disturbances propagation) is solved
within the transport domain, with the full aerodynamic field no longer being simulated.
Examples of computational transport methods are the numerical solution of the Lin-
earized Euler Equations (LEE) [87], the Acoustic Perturbation Equations (APE) [79], the
Perturbed Compressible Equations (PCE) [88] or simply the acoustic wave equation, in
which the CFD data is used as boundary condition for the CAA simulation. The turn-
around times of an hybrid method with computational transport is certainly reduced
compared to direct approaches, yet it can be considerable since the whole domain be-
tween the aerodynamic near-field and the observer needs to be solved for. However, the
computational cost associated to these approaches does not grow with the number of
far-field observers, and their use is preferred over analytical transport methods when is
required to compute the noise propagation in an extended far-field region [29].

A more computational efficient alternative is to use analytical transport (or inte-
gral) methods, such as the Lighthill’s and Ffowcs Williams & Hawkings’ (FW-H) acoustic
analogies [34, 53], or the Kirchhoff’s method [78], which allows to propagate a near-field
information down to the far-field at a computational cost that is not related to the radi-
ation distance, but only to the number of observers [89]. In these methods, the acoustic
pressure at a location in the far-field is computed by integrating surface and/or volume
source terms, depending on the particular method and formulation. The coupling be-
tween the CFD and CAA simulations is much easier compared to computational trans-
port approaches, and their accuracy mainly rely on the proper representation of the
noise sources by the CFD computation. However, due to the finite speed of the sound
and the deterministic relationship between emission and observer times of a pressure
signal, an interpolation of the source data at the retarded time, or of the pressure signals
at the reception time, is needed [29, 89].

Figure 3.1 provides an overview of the noise prediction methods in CAA as discussed
above.
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Figure 3.1: Overview of the noise prediction methods in CAA.

The main challenges and difficulties faced by CFD/CAA methods can be summarized
as follows [29, 84, 85]:

• the fact that CFD methods need to deal with turbulence modeling (except
for DNS), and/or complex phenomena such as laminar-to-turbulent transition
and separation, may have an important impact on the correct representation
of the physical noise sources and, in turn, on the resulting acoustic propaga-
tion/transport;

• the necessity for accurately propagating the near-field acoustic disturbances gen-
erated by the CFD simulation requires direct noise or computational transport
methods with low-dissipation (error on the wave amplitude) and low-dispersion
(error on the wave propagation speed and phase) properties;

• since there are several orders of magnitude between acoustic and hydrodynamic
fluctuations, Pa/Ph ≈ 10−4M 5 (with M being the characteristic Mach number),
the numerical simulation and computational grid should introduce as little nu-
merical errors and artificial noise sources as possible, to avoid that the physical
sound sources are overwhelmed by spurious ones;

• the coupling between a CFD method to a computational transport approach
should guarantee a certain continuity and conservation of the flow quantities at
the boundaries of the CFD/CAA domains, as well as avoid the generation of spuri-
ous noise sources at the interface;

• in direct methods or computational transport methods, the backwards reflection
of outward going acoustic waves needs to be minimized through non-reflecting
boundary conditions or sponge/buffer zones to avoid contamination of the phys-
ical noise solution;
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• when dealing with integral/analytical transport methods, the non-linear source
and propagation effects should be properly addressed by properly placing the in-
tegration surface and/or including volume contributions.

All the numerical simulations performed in this thesis are based on the use of one
of the above mentioned hybrid CFD/CAA approaches, namely the lattice-Boltzmann
method coupled to the Ffowcs Williams & Hawkings’ acoustic analogy (highlighted in
red in Fig. 3.1), where the former is used to extract the unsteady and compressible aero-
dynamic near-field, whereas the latter is used to compute the resulting far-field noise
radiation. These two computational methods are discussed in the following.

3.2. THE LATTICE-BOLTZMANN METHOD
The mathematical description of the fluid dynamics can be carried out at different levels:
macroscopic, mesoscopic and microscopic [81]. In the former, the fluid is described at
fully-continuum level directly through macroscopic fluid quantities such as density, ve-
locity and temperature. Macroscopic systems are governed by the compressible Navier-
Stokes equation for viscous flows. In contrast, the microscopic description of a fluid is
that in which the fluid is described at molecular level, by tracking and tracing the be-
havior of individual molecules whose dynamics obeys to the Newton’s laws of motion.
In between the previous two fluid representations lies the mesoscopic one. Instead of
considering the behavior of the single molecules, the mesoscopic description tracks the
dynamics of distributions or representative collections of molecules through the kinetic
theory [81]. The LBM is based on the mesoscopic fluid description by means of the parti-
cle density distribution functions, with the macroscopic flow properties being the result
of the moments of these particle distribution functions [30–32].

In recent years, the Lattice-Boltzmann Method (LBM) has been developed as an al-
ternative CFD method for numerical simulations of unsteady turbulent flows. The key
advantages of LBM, compared to Navier-Stokes based methods, are: the highly efficient
parallelization (due to its explicit and local character), the ease of modeling various com-
plex fluids, and the more straightforward handling of complex geometries and boundary
conditions [31–33]. Moreover, due to the fact that LBM is low dissipative, compressible
and provides an unsteady solution, it is intrinsically suited for aeroacoustic simulations.
This has enabled the LBM as a very promising CFD method for large scale computations
of complex industrial problems such as fixed-wing aircraft, both at component [90, 91]
and full aircraft [92, 93] level, jet noise [94] and turbofan aeroacoustics [95, 96].

The following subsections provide a general, yet not exhaustive, description of the
LBM as implemented in the commercial code SIMULIA PowerFLOW®, which is the LBM
flow solver used throughout this thesis. Providing an in-depth description of the LBM is
out of the scope of the present work, and the interested reader may refer to Refs. [81, 97,
98] for a thorough discussion of the theory underlying the lattice-Boltzmann method.

3.2.1. THE PROBABILITY DENSITY DISTRIBUTION FUNCTION
In the mesoscopic scale description, the behavior of collection of molecules can be rep-
resented through a particle distribution function fη(ξ,x, t ) so that dη = fη(ξ,x, t )dξdx
represents the number of molecules in the mesoscopic volume dx, located around the
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spatial position x and in the infinitesimal time interval (t ,t +dt ), with microscopic ve-
locity in the interval (ξ,ξ+dξ). Considering all the particles to have the same molecular
mass m, it is possible to define a probability density distribution function f (ξ,x, t ) =
m fη(ξ,x, t ), which allows to retrieve the macroscopic fluid local density ρ, momentum
density ρu and total energy density ρE , as zeroth-, first- and second-order statistical
moments of f , respectively [81, 98]:

ρ(x, t ) =
�

f (ξ,x, t )dξ, (3.1)

ρu(x, t ) =
�
ξ f (ξ,x, t )dξ, (3.2)

ρE(x, t ) =
� |ξ|2

2
f (ξ,x, t )dξ. (3.3)

Assuming elastic collisions between particles (monoatomic gas), the total energy density
of the fluid is the sum of the internal energy and kinetic energy densities [81, 98]:

ρE(x, t ) = ρe + 1

2
ρ|u(x, t ) |2 with ρe(x, t ) =

� |ξ−u|2
2

f (ξ,x, t )dξ, (3.4)

while the thermodynamic temperature of the fluid can be computed as [81]:

T (x, t ) = e(x, t )/cv , (3.5)

where cv = R(D/2) is the heat capacity at constant volume (with D denoting the number
of spatial dimensions) and R = kB /m the gas specific constant with kB being the Boltz-
mann constant.

By explicitly introducing the intrinsic velocity c = ξ−u1, the full second and third
moments of the distribution function can be computed as follows [98]:

Pi j (x, t ) =
�

f (ξ,x, t )ci c j dξ, (3.6)

Qi j k (x, t ) =
�

f (ξ,x, t )ci c j ck dξ, (3.7)

with i , j ,k denoting the Cartesian components. Pi j and Qi j k have an important physical
significance. The former represents the rate of momentum transfer from the i-direction
into the j-direction, while the contracted third component of the latter represents the
heat flux due to molecular motion:

qi (x, t ) =Qi i i (x, t ) =
�

f (ξ,x, t )c2ci dξ. (3.8)

Moreover, the macroscopic pressure p(x, t ) can be computed as the trace of Eq.
(3.6), namely p(x, t ) = Pi i (x, t )/D = 2ρ(x, t )e(x, t )/D and, considering the temperature-
internal energy relation for a monoatomic ideal gas, e(x, t ) = DRT (x, t )/2, the ideal-gas
equation of state can be recovered: p(x, t ) = ρ(x, t )RT (x, t ). Finally, the stress tensor σ is
defined as σi j = Pi j −pδi j , where δi j is the Kronecker’s delta.

1It is more convenient to refer the full second and third moments of f to the reference frame moving with the
bulk of the fluid flow.
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3.2.2. THE BOLTZMANN-BGK EQUATION
The evolution in space and time of the particle density distribution function is described
by the Boltzmann equation [98]:

∂ f

∂t
+ξ · ∂ f

∂x
+b · ∂ f

∂ξ
=Ω( f ), (3.9)

where the left-hand side is a transport term, the right-hand side is a collision source
term, while b represents the acceleration from an external body-force. The dot symbol
in Eq. (3.9) denotes a scalar product. The collision term, also called collision operator,
describes the variation of f due to the particles collisions and, thus, governs the evo-
lution of the fluid towards a thermodynamic equilibrium. Since the collisions between
particles conserve mass, momentum and energy for a monoatomic gas, the collision op-
erator must fulfill these conservation constraints, which can be expressed as [81]:

�
Ω( f )ϕ(ξ)dξ= 0, (3.10)

with ϕ(ξ) = 1, ξ and |||ξ|2/2 for the mass, momentum and total energy conservation, re-
spectively. A relatively simple collision operator that satisfies the aforementioned con-
straints is the so-called Bhatnagar–Gross–Krook (BGK) operator2, which is given by [101]:

Ω( f ) =−1

τ
( f − f eq ) (3.11)

where τ is the relaxation time parameter, which determines the speed at which the
system of particles evolves towards the equilibrium, while f eq is the local3 Maxwell-
Boltzmann equilibrium distribution function in a reference frame moving with the bulk
of the flow [98]:

f eq = ρ

(2πRT )D/2
exp

(
−|ξ−u|2

2RT

)
. (3.12)

Introducing the BGK collision operator (Eq. (3.11)) into the Boltzmann’s equation (Eq.
(3.9)) leads to the Boltzmann-BGK equation:

∂ f

∂t
+ξ · ∂ f

∂x
+b · ∂ f

∂ξ
=−1

τ
( f − f eq ). (3.13)

It can be demonstrated that the mass, momentum and total energy conservation equa-
tions can be retrieved by respectively taking the zeroth- and first-order moments, and
the trace of the second-order moments of the Boltzmann-BGK equation [98]. However,

2The original collision operator proposed by Boltzmann is in the form of a cumbersome double integral over
the velocity space. The BGK collision operator is therefore often used for its simplicity and computational
efficiency. However, the use of the BGK operator implies some repercussions on the conservation laws when
applying the Chapman-Enskog to the equilibrium function f [99]. PowerFLOW® implements a regularized
collision operator which results in a significantly higher numerical stability and accuracy compared to the
classical BGK collision operator [100].

3The equilibrium distribution function is completely determined by local values of the macroscopic density,
velocity and temperature.
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the resulting macroscopic fluid mechanics equations thus obtained are not closed due
to the appearance of high-order moments (i.e. Pi j and qi ), which are known only after
f is known, in the equations for lower-order moments (i.e. momentum and total energy
equations) [98]. A possible closure of the conservation equations can be obtained by
considering the Chapman-Enskog expansion of the distribution function f in powers of
the Knudsen number4 ε around the equilibrium (or zeroth-order) distribution function
f (0) = f eq [102]:

f = f (0) +ε f (1) +ε2 f (2) + ... =
∞∑

j=0
ε j f ( j ), (3.14)

and considering a similar expansion in ε for the time and spatial derivative opera-
tors [98]. It can be shown that by substituting Eq. (3.14) into Eq. (3.13) and retaining
only the zeroth ( f ≈ f (0)) and first-order ( f ≈ f (0) + ε f (1)) approximations of f , the Eu-
ler and Navier-Stokes equations can be respectively recovered from the Boltzmann-BGK
equation under the constraints of small Knudsen numbers (i.e. ε < 0.01) and unitary
Prandtl number5. For more details on the recovery of the macroscopic flow governing
equations from the Boltzmann-BGK equation with Chapman-Enskog expansion of f the
reader may refer to Refs. [81, 98].

3.2.3. THE LATTICE-BOLTZMANN EQUATION
The Boltzmann equation, Eq. (3.13), can be solved numerically by first performing a dis-
cretization in the velocity ξ-space along a set of discrete velocities ξi through a method
based on Hermite polynomials and Gauss-Hermite quadrature [98]. The velocity-space
discretization of the Boltzmann equation allows to reduce the continuous velocity space
to only a certain number of discrete velocities without compromising the recovery of
the flow governing equations at macroscopic level [81]. The so-called lattice-Boltzmann
equation can be obtained by performing an additional discretization in the physical
space and time of the discrete-velocity Boltzmann equation by means of the Characteris-
tic Method [81]. Before going into the velocity, space and time discretization of the Boltz-
mann equation, it is convenient to express Eqs. (3.13) and (3.12) in non-dimensional
form by scaling all velocities with respect to c0 =

p
RT 6 and considering l0 and t0 = l0/c0

as characteristic length and time scales, such that x̃ = x/l0 and t̃ = tc0/l0 [81]:

∂ f̃

∂t̃
+ ξ̃ · ∂ f̃

∂x̃
+ b̃ · ∂ f̃

∂ξ̃
=−1

τ̃
( f̃ − f̃ eq ), (3.15)

f̃ eq = ρ̃

(2πT̃ )D/2
exp

(
−|ξ̃− ũ|2

2T̃

)
, (3.16)

4The Knudsen number ε is the ratio between the molecular mean free path `m f p and a characteristic length `
of the physical problem. For ε< 0.01 the flow is considered continuum, while for ε> 1 is considered molecu-
lar.

5The Prandtl number, Pr , is the ratio between viscosity and thermal conduction. The BGK collision operation
predicts a wrong Pr equal to 1, while Boltzmann’s original collision operator predicts the correct physical
Pr = 2/3 for monoatomic gases [81]. Hence, the BGK collision operator is not appropriate for a accurate ther-
mal simulations and other approaches, based on hybrid finite-difference/LBM models, double distribution
functions or multiple relaxation time collision operators, are preferred [99].

6Note that c0 denotes the speed of sound except for the square root of heat capacity ratio γ.
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where:

∂

∂t̃
= l0

c0

∂

∂t
,

∂

∂x̃
= l0

∂

∂x
,

∂

∂ξ̃
= c0

∂

∂ξ
, (3.17)

f̃ = f cD
0 /ρ0, b̃ = bl0/c2

0 , ρ̃ = ρ/ρ0, T̃ = RT /c2
0 , τ̃= τ/τ0. (3.18)

with ρ0 being a reference density and τ0 = εt0 a reference relaxation time in which
the Knudsen number is introduced [99]. For the sake of convenience, the tilde sign is
dropped from Eqs. (3.15) and (3.16) from now on, and all the quantities are to be in-
tended dimensionless.

VELOCITY DISCRETIZATION OF THE BOLTZMANN EQUATION

Following Shan et al. [98], the distribution function f (ξ,x, t ) can be expanded in Hermite
ortho-normal polynomials in the ξ-space as follows:

f (ξ,x, t ) =ω(ξ)
∞∑

n=0

1

n!
a(n)(x, t ) : H (n)(ξ), (3.19)

where a(n) and H (n) are the dimensionless expansion coefficients and Hermite polyno-
mials, both tensors of rank n, respectively defined as:

a(n)(x, t ) =
�

f (ξ,x, t )H (n)(ξ)dξ and H (n)(ξ) = (−1)n

ω(ξ)
∇(n)ω(ξ), (3.20)

with ∇(n)ω(ξ) representing the nth-order gradient tensor obtained by n-consecutive
derivations with respect to ξ and ω(ξ) being the weighting function of the Hermite poly-
nomials:

ω(ξ) = 1

(2π)D/2
exp

(
−ξ

2

2

)
, (3.21)

where ξ = ξ ·ξ. Note that the weighting function has the same form of the distribution
equilibrium function f eq in Eqs. (3.12) and (3.16). Moreover, the product between a(n)

and H (n) in Eq. (3.19) is to be intended as a full contraction (i.e. summation over all the
possible indices).

By substituting the Hermite polynomials into the first four expansion coefficients
and sorting the resulting equations, the relevant thermodynamic variables can be ex-
pressed in terms of low-order Hermite expansion coefficients [98]:

ρ = a(0), (3.22)

ρu = a(1), (3.23)

P = a(2) −ρ(u2 −δ), (3.24)

Q = a(3) −ua(2) + (D −1)ρu3, (3.25)

ρe = 1

2
[a(2)

i i −ρ(u2 −D)], (3.26)
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where P = {
Pi j

}
, Q = {

Qi j k
}

and δ= {
δi j

}
, while the power of the vector denotes vector

products (e.g. u3 = uuu) and u2 = |u|2. Hence, the macroscopic density (ρ), velocity (u),
temperature (T = 2e/D) and momentum flux tensor (P ) and the stress tensor (σ) can
be recovered through the first three Hermite expansion coefficients, while for the heat
flux q the fourth expansion coefficient is necessary. Hence, for N = 4 the full Navier-
Stokes Fourier equations are recovered7, while for N = 3 errors in the energy equation
are introduced and the Navier-Stokes equations are recovered only under the isothermal
hypothesis. Finally, for N = 2 further errors are introduced in the energy equation (the
isothermal hypothesis becomes compulsory), and an error term of order O (M 3), with M
being the Mach number, appears in the viscous stress tensor [99]8.

Thanks to the orthogonality of the Hermite polynomials, the Hermite expansion of f
can be truncated at an order N without affecting the N lower-order Hermite moments
of the distribution function (i.e. expansion coefficients), namely [98]:

f (ξ,x, t ) ≈ f N (ξ,x, t ) =ω(ξ)
N∑

n=0

1

n!
a(n)(x, t ) : H (n)(ξ), (3.27)

thus ensuring that f N (ξ,x, t ) has the same velocity moments of the complete distribu-
tion function f (ξ,x, t ). In a similar manner, the distribution function at equilibrium f eq

must be expanded in Hermite polynomials according to Eq. (3.27) as:

f eq (ξ,x, t ) ≈ f eq,N (ξ,x, t ) =ω(ξ)
N∑

n=0

1

n!
a(n)

eq (x, t ) : H (n)(ξ), (3.28)

with:

a(n)
eq (x, t ) =

�
f eq,N (ξ,x, t )H (n)(ξ)dξ, (3.29)

as well as the body-force term on the left-hand side of the Boltzmann equation [98]:

F (ξ) ≈ F N (ξ) =ω(ξ)
N∑

n=1

1

n!
ba(n−1)(x, t ) : H (n)(ξ) where F (ξ) =−b · ∂ f

∂ξ
. (3.30)

For the sake of compactness, the subscript N in f N , f eq,N and F N is omitted in the
following, implying that such quantities are to be intended as truncated to the order N
of the Hermite polynomial expansion.

At this point, it is possible to discretize the Boltzmann equation in the ξ-space by
applying the Gauss-Hermite quadrature rule, namely to evaluate the integral in the Her-
mite coefficients expansion as a discrete sum over the polynomial evaluated at specific
V abscissae ξi , e.g. for Eq. (3.20) [81]:

a(n)(x, t ) =
�

f (ξ,x, t )H (n)(ξ)dξ=
V −1∑
i=0

wi

ω(ξi )
f (ξi ,x, t )H (n)(ξi ), (3.31)

7Some authors have pointed out that including higher expansion coefficients can be beneficial for the sake of
accuracy and numerical stability [81].

8This type of truncation of the Hermite expansion is related to the well-known weakly compressibility limit of
the LBM under isothermal hypothesis.
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where wi are the weights of the Gauss-Hermite quadrature and ξi the quadrature point
in the ξ velocity space [98]. The choice of the discrete velocity set for the discretization of
the Hermite expansion coefficients (i.e. the V abscissae ξi ), also called velocity lattices,
must ensure that the polynomials with the highest degree can be properly integrated
in order to fulfill all the relevant flow governing equations. Hence, if N is the order of
the polynomial, at least n ≥ (N +1)/2 abscissae, given by the roots of H (n)(ξi ) = 0, are
needed to accurately evaluate the corresponding integral [81]. By applying the Gauss-
Hermite quadrature one obtains the discrete-velocity Boltzmann equation (for more de-
tails the reader may refer to Ref. [98]):

∂ fi

∂t
+ξi · ∂ fi

∂x
=−1

τ
( fi − f eq

i )+Fi with (i = 1, ...,V ), (3.32)

where fi (x, t ) = wi f (ξi ,x, t )/ω(ξi ) and:

f eq
i ≡ wi

ω(ξi )
f eq (ξi ) = wiρ

{
1+ ξi ·u︸ ︷︷ ︸

1st or der

+ 1

2
[(ξi ·u)2 −u2 + (T −1)(ξ2

i −D)]︸ ︷︷ ︸
2nd or der

+ ξi ·u

6
[(ξi ·u)2 −3u2 +3(T −1)(ξ2

i −D −2)]︸ ︷︷ ︸
3r d or der

+...

}
, (3.33)

Fi ≡ wi

ω(ξi )
F (ξi ) = wiρ

{
ξi ·b︸ ︷︷ ︸

1st or der

+ (ξi ·b)(ξi ·u)−b ·u︸ ︷︷ ︸
2nd or der

+ 1

2ρ
a(2) : [(ξi ·b)H (2)(ξi )−2ξi b]︸ ︷︷ ︸

3r d or der

+...

}
. (3.34)

Hence, the (dimensionless) macroscopic hydrodynamic quantities can be computed
as finite sums of fi rather than through a continuous integration (Eqs. (3.1)-(3.4)),
namely [98]:

ρ =
V −1∑
i=0

fi (3.35)

ρu =
V −1∑
i=0

fiξi (3.36)

P +ρuu =
V −1∑
i=0

fiξiξi (3.37)

ρ(DT +u2) =
V −1∑
i=0

fiξ
2
i (3.38)

Different velocity lattices can be defined depending the flow physics that is required to
be recovered. A LBM lattice is typically denoted with the DDQV nomenclature, where
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D is the number of spatial dimensions and V is the number of discrete velocities ξi .
For three-dimensional cases, two different lattices are used in PowerFLOW®, namely
the D3Q19 and D3Q39 models, which are respectively employed for the simulation of
low-/high-subsonic and transonic/supersonic flows. The D3Q19 and D3Q39 models
are sketched in Fig. 3.2, while more details on the weighting parameters wi and discrete
velocities ξi can be found in Shan et al. [98]. For low-subsonic flows (isothermal and
weakly compressible, M < 0.5), the D3Q19 model is used with a second-order Hermite
expansion of the distribution function. For high-subsonic flows (0.5 < M < 0.95), the
D3Q19 model with a distribution equilibrium function approximated by a third-order
Hermite expansion is coupled to an entropy equation to take into account the flow heat-
ing due to compression work and viscous dissipation9 [103]. Finally, for transonic and
supersonic flows, the D3Q39 model with a modified fifth-order Hermite expansion of
the equilibrium distribution function is coupled to an entropy equation, and the ca-
pability to simulate flows up to M ≈ 2 is achieved by introducing an interaction force
in the lattice-Boltzmann scheme through which the speed of sound is artificially re-
duced10 [103].
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Figure 3.2: Sketches of the D3Q19 (left) and D3Q39 (right) models showing the discrete velocities ξi (adapted
from Ref. [104]).

9Lattice-Boltzmann approaches with full energy conservation can suffer from numerical instability issues un-
less high-order Hermite expansion and Gauss-Hermite quadrature are used. To overcome these issues, a
solution is to solve an additional scalar equation (e.g. for entropy or total energy) and to compute the tem-
perature through it, rather than as a moment of the distribution function. This method allows to increase the
dynamic range of the D3Q19 model to almost sonic conditions (M < 0.95).

10The full Navier-Stokes Fourier equations for a monoatomic gas can be completely recovered by a D3Q121
lattice-Boltzmann model. However, by increasing the number of velocity states from 39 to 121, the com-
putational cost of the LBM scheme growths dramatically and its computational advantage with respect to
Navier-Stokes based approached is largely reduced. Thus, to retain the computational efficiency of the LBM,
coupling the D3Q39 model to an entropy/total energy equation is preferred, along with the introduction of
an artificial interaction force to artificially reduce the speed of sound and increase the maximum Mach num-
ber that can be simulated [103].
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SPACE AND TIME DISCRETIZATION: THE LATTICE-BOLTZMANN EQUATION

The discrete-velocity Boltzmann equation, Eq. (3.32), is a hyperbolic partial differential
equation in the physical space and time. Hence, the method of characteristics can be
used to integrate Eq. (3.32) along the i th characteristic line (x+ξi s, t + s), namely [81]:

� ∆t

0

(
∂ fi

∂t
+ξi · ∂ fi

∂x

)
ds =

� ∆t

0

(
−1

τ
( fi − f eq

i )+Fi

)
ds, (3.39)

where fi , f eq
i and Fi are to be intended as functions of the parameter s through the

independent variables (x(s), t (s)), and s is such that dt/ds = 1 and dx/ds = ξi . The left
hand side of Eq. (3.39) can be integrated exactly [81]:

� ∆t

0

(
∂ fi

∂t
+ξi · ∂ fi

∂x

)
ds =

� ∆t

0

(
∂ fi

∂t

dt

ds
+ ∂ fi

∂x
· dx

ds

)
ds =

� ∆t

0

d fi

ds
ds = fi (x+ξi∆t , t +∆t )− fi (x, t ), (3.40)

while the right-hand side of Eq. (3.39) can be computed through the trapezoidal
rule [81]:

� ∆t

0

(
−1

τ
( fi − f eq

i )+Fi

)
ds =

−∆t

2τ

(
fi (x+ξi∆t , t +∆t )− f eq

i (x+ξi∆t , t +∆t )+ fi (x, t )− f eq
i (x, t )

)+
∆t

2
(Fi (x+ξi∆t , t +∆t )+Fi (x, t ))+O (∆t 3), (3.41)

which results in a second-order accuracy time-implicit scheme. However, the scheme
can be made explicit by introducing a "corrected" distribution function [81]:

f̂i (x, t ) = fi (x, t )+ ∆t

2τ

(
fi (x, t )− f eq

i (x, t )
)− ∆t

2
Fi (x, t ), (3.42)

which finally leads to the lattice-Boltzmann equation with BGK collision operator and a
body-force term (combining Eqs. (3.40)-(3.42)):

f̂i (x+ξi∆t , t +∆t ) = f̂i (x, t )− ∆t

τ+∆t/2

(
f̂i (x, t )− f eq

i (x, t )−τFi (x, t )
)

. (3.43)

where the relaxation time τ is related to the fluid kinematic viscosity ν and temperature
T through ν= (τ−∆t/2)T [105]. In Eq. (3.43) the left-hand side is associated to the inte-
gration along characteristics, while the right hand side is related to the local collision op-
erator. Therefore, the lattice-Boltzmann equation can be interpreted as a streaming (or
propagation) and collision algorithm [81]. In the collision step, f eq

i and Fi are computed
(respectively through Eqs. (3.33) and (3.34) with an appropriate order of truncation N ),
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at time t and in a point x of the Cartesian grid, in order to evaluate the distribution func-
tion f̂ ∗

i after collisions:

f̂ ∗
i (x, t ) = f̂i (x, t )− ∆t

τ+∆t/2

(
f̂i (x, t )− f eq

i (x, t )−τFi (x, t )
)

for i = 0, ...,V −1. (3.44)

Then, in the propagation step, the resulting distribution functions f̂ ∗
i are streamed to

the neighboring Cartesian grid nodes according to [81]:

f̂i (x+ξi∆t , t +∆t ) = f̂ ∗
i (x, t ) for i = 0, ...,V −1. (3.45)

LBM ALGORITHM

In view of the above, the LBM algorithm can be summarized in the following steps:

1. Computation of external body-forces (if needed);

2. Evaluation of the macroscopic hydrodynamic quantities from Eqs. (3.35)-(3.38)
based on the new variable f̂i [81], with correction of the macroscopic velocity and
temperature in the presence of body-forces according to u∗ = u +∆tb/2 and T ∗ =
T +∆t 2|b|2/(4D) (if needed) [106];

3. Calculation of f eq
i and Fi through Eqs. (3.33) and (3.34), respectively;

4. Collision step (Eq. (3.44));

5. Streaming step (Eq. (3.45));

6. Application of boundary conditions;

7. Time step update and repetition from step 1 until the last time step.

As mentioned, the LBM scheme is solved on a Cartesian mesh composed of cubic vol-
umetric elements (voxels). Different Variable Resolution (VR) regions can be defined
within the fluid domain in order to increase the volume discretization in regions of in-
terest or where high flow gradients are expected. Because a Cartesian mesh is employed
by the solver, a variable grid resolution by a factor of two is allowed between two adja-
cent VRs. Moreover, because the solver uses an explicit time-marching scheme based on
a unitary Courant-Friedrichs-Lewy condition (i.e. CFL = |ξi∆t |/|∆xi | = 1), the time step
is also varied by a factor of two between two adjacent VRs, with the solution in coarser
VRs updated at a lower rate compared to finer VRs. Therefore, a balanced domain de-
composition based on the equivalent number of voxels updated at every time step (i.e.
Fine Equivalent Voxels, FEVoxels) allows for an efficient speed-up of the transient flow
simulation.

The surface of solid bodies is automatically facetized within each voxel intersecting
the wall geometry using planar surface elements (surfels). Therefore, complex arbitrary
geometries can be treated automatically by the LBM solver, simplifying the cumber-
some manual work typically associated with the volume meshing step using body-fitted
CFD approaches. Moreover, in PowerFLOW®, boundary conditions are implemented



3.2. THE LATTICE-BOLTZMANN METHOD

3

47

through a particle reflection process, in which the changes in the momentum compo-
nents perpendicular and tangential to a surfel correspond to pressure and friction (wall
shear stress) forces, respectively. In particular, a boundary scheme based on a particle
bounce-back process (in which both the normal and tangential components of fi are
inverted) and a specular reflection process (in which only the normal component of fi is
inverted, while the tangential one is unchanged) is respectively implemented to impose
no-slip and slip wall boundary conditions at each surfel [31], as illustrated in Fig. 3.3 for
a generic surfel aligned with the lattice. For surfels that are not aligned with the lattice,
a more general volumetric boundary scheme is adopted. The interested reader can refer
to Ref. [31] for further details.

Normal momentum component inverted

Tangential momentum component unchanged

Normal momentum component inverted

Tangential momentum component inverted

fi
IN fi

OUT fi
IN fi

OUT

Bounce-back Condition (no slip BC) Specular Reflection (slip BC)

Lattice aligned surfel Lattice aligned surfel

Figure 3.3: Implementation of boundary conditions in LBM for a lattice aligned surfel.

SIMULATION OF ROTATING GEOMETRIES

For simulations with a rotating geometry in time around a fixed axis, the computa-
tional domain is decomposed into an outer “ground-fixed” reference frame and an inner
“body-fixed” Local Reference Frame (LRF). The latter is characterized by an axisymmet-
ric volume grid which rigidly rotates with the rotating geometry in such a way that no
relative motion between the LRF grid and the enclosed geometry occurs. Outside the
LRF the fluid flow is solved using Eq. (3.43) without the body-force term, whereas the
full Eq. (3.43) is used inside it, with the external body-force acceleration b correspond-
ing to the inertial force related to the non-inertial rotating LRF [107]:

b(x, t ) =−Ω(t )× (
Ω(t )× r (x, t )

)−2Ω(t )×u∗(x, t )− dΩ(t )

dt
× r (x, t ), (3.46)

where Ω(t ) is the angular velocity of the LRF, r is the radial vector from the center of
rotation to the local voxel and u∗ is the pre-collide fluid velocity u corrected by ∆tb/2,
namely u∗ = u +∆tb/2. A surface treatment scheme is used between the boundaries
of the outer and inner reference frames in such a way that the conservation laws are
fulfilled across the LRF interface [107].

LBM-VLES TURBULENCE MODELING

The solution of the lattice-Boltzmann equation (Eq. (3.43)) is equivalent to perform a
Direct Numerical Simulation (DNS) of the Navier-Stokes equations in the limit of the dy-
namic range (i.e. Mach number) that can be accurately covered by the lattice velocities
ξi and of the grid resolution required to resolve the smallest scales of turbulence. How-
ever, for high Reynolds number flows, the computational cost associated to LBM-DNS
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simulations is prohibitively expensive, and the use of turbulence modeling is required.
The LBM can be generally coupled to different turbulence modeling methods, such as
one- or two-equation turbulence models, hybrid approaches or LES sub-grid scale mod-
els, through which evaluating a turbulent relaxation time (τtur b) that is added to the
viscous/laminar one (τ). Note that for a LBM-DNS or LBM-ILES11 simulations such a
turbulent relaxation time is zero.

In PowerFLOW®, turbulence modeling is incorporated into the LBM scheme [32] by
applying a modified two-equation k − ε model, based on the re-normalization group
(RNG) formulation [109, 110], on the unresolved scales [111], which are selected through
a model based on the local flow swirl [112]. This approach is referred to as LBM-Very
Large Eddy Simulation (LBM-VLES) and is conceptually similar to non-zonal hybrid
RANS/LES, DES or Scale Adaptive Simulations approaches [80]. In particular, the two-
equation RNG k − ε model, which is modified to incorporate a swirl correction and is
solved on the same LBM grid with a second order time-explicit finite-difference scheme,
is used to compute a turbulent relaxation time that is added to the viscous relaxation
time, i.e. τ→ τe f f :

τe f f = τ+τtur b = τ+Cµ
k2/ε

T (1+ η̃2)1/2
, (3.47)

where Cµ = 0.09, k and ε are the turbulent kinetic energy and dissipation, respectively,
and η̃ is a function of a local strain parameter ηs = k|Si j |/ε, a local vorticity ηω = k|Ωi j |/ε
parameter and a local helicity parameter. The swirl correction incorporated into the
modified RNG k − ε model is employed to reduce impact of the modeled eddy viscosity
in regions of high vorticity, in order to locally resolve large anisotropic vortical structures
where the underlying computational grid is fine enough [113]. It should be pointed out
that the above mentioned approach is not equivalent to use a RNG k − ε model as in
a RANS method. In the present method, there is no explicit modification of the eddy
viscosity in the sense that the modeled Reynolds stresses are not explicitly added to the
governing equations, as in RANS approach. Instead, the RNG k − ε model is used to
modify the evolution of the system of particles towards the thermodynamic equilibrium
(through a variation of the relaxation time), in a way that is consistent with the charac-
teristic time scales of a turbulent flow, leading to Reynolds stresses that are the result of
the LBM computation and not of a semi-empirical modeling [33, 67].

WALL MODELING

Since the LBM employs a Cartesian mesh, different volume cell sizes along the three (or
two) spatial dimensions, as well as a stretch of the grid only in the wall normal direc-
tion, is not possible. As a consequence, the resolution of the boundary layer down to
the no-slip wall, which would require a wall-normal distance in viscous units (y+) less
than 1 [29], is prohibitively expensive in high Reynolds number applications. Therefore,
a wall function approach is used in PowerFLOW® to model boundary layers on solid sur-
faces. The wall function model is an extension of the standard law-of-the-wall formula-

11In an Implicit Large Eddy Simulation (ILES) the inviscid energy cascade through the inertial range is captured
by the numerical scheme and the inherent numerical dissipation acts as a sub-grid model [108].
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tion [114], which includes the effects of favorable and adverse pressure gradients [111]:

u+ =
{

y+ if y+ ≤ 5
1
κ ln

( y+
A

)+B otherwise,
(3.48)

where u+ = us /uτ and y+ = yuτ/ν (with uτ =
√
τw /ρ and τw = 1

2ρC f u2
s being the fric-

tion velocity and the wall shear-stress) are the well-known dimensionless velocity and
wall-distance coordinate, respectively. κ and B are empirically determined constants
equal to 0.41 and 5 in the logarithmic region (30 ≤ y+ ≤ 300). In the buffer region
(5 < y+ < 30), their values are adjusted to provide continuity between the equations used
in the viscous sub-layer and logarithmic regions. The model takes into account the fact
that the velocity profile slows down and expands due to an adverse pressure gradient
through a function A. The expression of the scaling function A is given by:

A =
{

1+`
∣∣∣ dp

ds̃

∣∣∣/τw if ûs · dp
ds̃ > 0

1 otherwise,
(3.49)

where dp/ds̃ is the streamwise pressure gradient, ûs is the unit vector of the local slip
velocity us and ` is a length-scale of the same order of the unresolved near-wall region.
Equation (3.48) and τw = ρu2

τ = 1
2ρC f u2

s represent a system of two equations in the two
unknowns C f and uτ, which is solved to specify a wall-shear stress for the wall boundary
condition in the LBM scheme consistent with the law-of-the-wall [111]. The wall model
is also used to provide the boundary conditions for the modified RNG k − ε turbulence
model, namely k = u2

τ/
√

Cµ and ε= u3
τ/(k y), where y is the wall-normal distance of the

"slip" surface from the wall [111].

ACOUSTIC PROPERTIES OF THE LBM
As previously mentioned, the LBM is inherently unsteady and compressible, thus al-
lowing the possibility to perform direct noise extraction from the CFD simulations.
Brès et al. [115] have analyzed the acoustic properties of the LBM implemented in
PowerFLOW® by considering the temporal decay of a standing planar wave in a peri-
odic fluid domain, as well as the spatial decay of a propagating planar Gaussian acoustic
pulse, both across a uniform computational grid. By comparison with theoretical predic-
tions, they showed the low dispersive and dissipative errors12 of the LBM, and hence the
fact that the LBM can be used, in principle, for simulating acoustic propagation in the
time-domain. Moreover, they performed both LBM-DNS and LBM-VLES simulations
and pointed out that turbulence modeling, while does not introduce additional disper-
sion into the LBM scheme, increases the numerical dissipation inversely to the grid res-
olution or number of points per acoustic wavelength (Nppw ). Finally, they calculated the
loss in dB, both per wavelength and per cell of propagation, in order to provide guide-
lines to estimate the resolution requirements for industrial applications. The showed
that the former has an approximate 1/Nppw dependency, while a 1/N 2

ppw scaling was
found for the latter. Moreover, they estimated a loss of about 0.068 dB per wavelength

12An error introduced by a numerical scheme on the amplitude of a propagating wave is called dissipation
error, whereas the dispersion error is related to acoustic waves of different wavelengths propagating at dif-
ferent speeds.
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for Nppw = 12−16 and of 0.0046 dB per cell of propagation at Nppw = 14, both resulting
in an attenuation of less than 1 dB at 5kHz and 1 m distance from the acoustic source.

However, for cases of industrial relevance, the coupling of the LBM with a Ffowcs
Williams & Hawkings’ acoustic analogy is typically necessary in order to relax the far-
field grid resolution requirements and compute the noise in the acoustic far-field at an
acceptable computational cost. Therefore, although direct noise computation is the-
oretically possible with the lattice-Boltzmann method, a hybrid LBM/FW-H approach
is generally preferred. All the far-field noise computations performed throughout this
thesis are based on this hybrid methodology, in which the LBM is used to accurately
compute the near-field unsteady and compressible flow solution, and the FW-H acous-
tic analogy is used for computing the resulting far-field noise radiation. The following
section presents a brief derivation and description of the FW-H acoustic analogy.

3.3. FFOWCS WILLIAMS & HAWKINGS’ ACOUSTIC ANALOGY
This section describes the acoustic analogy that is used throughout this thesis to com-
pute the sound generated aerodynamically by moving surfaces, with the flow data on the
surface provided by transient and compressible LBM computations. It is based on the
source-time dominant [89] solution of the formulation 1A proposed by Farassat [116] as
solution of the Ffowcs Williams & Hawkings’ (FW-H) equation [34]. Two different FW-H
solvers are used in this thesis. The first is part of the post-processing software SIMU-
LIA PowerACOUSTICS®, while the second, Opty∂B-PFNOISESCAN , is part of the SIMULIA
Opty∂B toolkit. In this section, the FW-H equation is introduced first. Then, Farassat’s
formulation 1A of the FW-H equation is described. The retarded (observer-time) and ad-
vanced (source-time) time solutions of the FW-H equation are discussed along with the
differences between solid and permeable formulations.

3.3.1. THE FFOWCS WILLIAMS & HAWKINGS’ EQUATION

The Ffowcs Williams & Hawkings’ equation [34, 117] represents an extension of the
Lighthill’s acoustic analogy [53] from an arbitrary region of turbulence surrounded by
a quiescent unbounded fluid to flows confined by surfaces in arbitrary motion. The FW-
H equation is an exact rearrangement of the Navier-Stokes’ equations into an inhomo-
geneous wave equation that includes the effects of surfaces in arbitrary motion on the
right-hand side. The key idea of an acoustic analogy is to separate the flow into a region
of non-zero equivalent noise sources and an acoustic propagation region of quiescent
fluid with vanishing sources. Another assumption behind the concept of acoustic anal-
ogy is that there is no flow-acoustic coupling occurs, namely the acoustic field does not
influence the noise source.

The starting point of the FW-H acoustic analogy is the definition of a control surface
S described by a function f (x, t ) = 0, which moves with velocity v(x, t ), with x and t being
the observer position and (reception) time, respectively. The function f is such that is
smaller than zero in the flow portion enclosed by the surface and larger than zero outside
it, as depicted in Fig. 3.4.

In Fig. 3.4, n̂ is the normal unit vector to the surface S pointing in the outward direc-
tion, such that ∇ f = n̂. In addition, u and v are the flow and integration surface velocity
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f > 0

𝐯 𝐫 = 𝐱 − 𝐲

𝐱𝐯𝐨

𝐮

f < 0𝐲

Integration 

volume: V

Source region

Observer

ෝ𝐧

Integration surface: S
f = 0

Figure 3.4: Problem definition of the FW-H acoustic analogy, adapted from Casalino [89].

vectors, while y denotes the position of the source. The observer moves at velocity vo. It
is assumed that the inner volume of the control surface is replaced with fluid at rest (ρ0,
p0 and ui = 0), where ρ, p and ui are the flow density, pressure and velocity. To preserve
the conservative character of the field a distribution of mass and momentum sources is
imposed on the control surface. This can be expressed in term of generalized continuity
and momentum equations making use of the Dirac δ( f ) and Heaviside H( f ) generalized
function as follows:

∂

∂t

[(
ρ−ρ0

)
H

(
f
)]+ ∂

∂xi

[
ρui H

(
f
)]=Q δ

(
f
)

with (3.50)

Q = ρ0 Ui n̂i and Ui =
(
1− ρ

ρ0

)
vi + ρui

ρ0
, (3.51)

and

∂

∂t

[
ρui H

(
f
)]+ ∂

∂x j

[(
ρui u j +Pi j

)
H

(
f
)]= Li δ

(
f
)

with (3.52)

Li = Pi j n̂ j +ρui (un − vn) and Pi j =
(
p −p0

)
δi j −τi j , (3.53)

where
∂H

(
f
)

∂t
= δ(

f
) ∂ f

∂t
=−δ(

f
)

vn and
∂H

(
f
)

∂xi
= δ(

f
) ∂ f

∂xi
= δ(

f
)

n̂, (3.54)

denote generalized derivatives, while the terms on right-hand side of Eqs. (3.50) and
(3.52) represent the mass and momentum source distributions on the integration sur-
face S, respectively. In Eqs. (3.53), Pi j and τi j are the compressive and viscous stress
tensors, while δi j indicates the well-known Kronecher’s delta. Note that the presence of
the Heaviside function H( f ) on the left-hand side terms of Eqs. (3.50) and (3.52) restores
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quiescent conditions inside the integration surface (H( f ) = 0 inside S and H( f ) = 1 out-
side it).

Equations (3.50) and (3.52) can be rearranged into an inhomogeneous wave equa-
tion, which includes the effects of surfaces in arbitrary motion on the right-hand side
as source terms, by subtracting the divergence of Eq. (3.52) to the time derivative of Eq.
(3.50), namely:

�2 {
p ′ H

(
f
)}= ∂

∂t

{
Q δ

(
f
)}− ∂

∂xi

{
Li δ

(
f
)}+ ∂2

∂xi∂x j

{
Ti j H

(
f
)}

, (3.55)

which represents the FW-H equation for the acoustic pressure p ′ in differential form13,
where �2 is the wave or D’Alembertian operator in three dimensional space (with gener-
alized differential operators) and Ti j = ρui u j+

(
p ′− c2

0ρ
′)δi j−τi j being the perturbation

form of the Lighthill’s stress tensor. It follows from Eq. (3.55) that the pressure fluctua-
tions in the fluid outside S are the same as those associated to an equivalent quiescent
acoustic medium forced by three source terms. The first two terms on the right-hand
side of Eq. (3.55), which have the mathematical form of monopole and dipole terms14,
respectively, represent surface source term distributions, as suggested by the presence
of the Dirac function δ( f ). On the other hand, the third term, known as quadrupole
source, is a volume distribution due to the presence of the Heaviside function H( f ). For
a control surface S coinciding with a solid (i.e. impenetrable) surface, all the three source
terms have a physical meaning. In particular, the monopole (or thickness) term repre-
sents the fluid displacement effects generated by the movement of the body, while the
dipole (or loading) term accounts for the unsteady loading applied by the surface on
the surrounding fluid. Finally, the quadrupole term includes all physical sources and
non-linear effects (e.g. shocks, turbulence/vorticity, non-linear propagation, etc.) in the
volume outside the integration surface S ( f > 0).

3.3.2. FARASSAT’S FORMULATION 1A OF THE FW-H EQUATION

An integral representation of the FW-H equation can be derived by convoluting Eq. (3.55)
with the free-space Green’s function, defined as G = δ(g )/(4πr ), with g = t − τ− r /c0,
r = |x−y| and τ representing the source (emission) time, and by using the Heaviside and

13Equation (3.55) is derived under the hypothesis of isentropic flow (reasonably valid for the typical source-
observer distances commonly encountered in applications of practical interest), for which the density fluc-
tuations are small and the pressure-density relationship can be approximated as:

p ≈ p0 +
∂p

∂ρ

∣∣∣∣
s

(ρ−ρ0) → p ′ = c2
0ρ

′, (3.56)

where ρ′ = (ρ−ρ0) and p ′ = (p −p0) are the density and pressure fluctuations, while c2
0 = ∂p

∂ρ

∣∣∣
s

is the isen-

tropic speed of sound in the quiescent flow. Note that p ′ can be conceived as acoustic pressure only if
ρ′/ρ0 << 1.

14These are often referred to as thickness and loading terms, respectively. However, such a terminology is not
appropriate for permeable surfaces, as they correspond to thickness and loading terms only if un = vn on
the surface f = 0 (namely for impermeable surfaces).
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Dirac functions properties:

4πp ′(x, t ) = ∂2

∂xi∂x j

� t

−∞

�
f >0

δ(t −τ− r /c0)

r
Ti j dV (y) dτ

− ∂

∂xi

� t

−∞

�
f =0

δ(t −τ− r /c0)

r
Li dS(y) dτ

+ ∂

∂t

� t

−∞

�
f =0

δ(t −τ− r /c0)

r
Q dS(y) dτ. (3.57)

In the previous equation, the integration variable can be changed by considering
that [89]:

� t

−∞
F (τ) δ

(
g (τ)

)
dτ=

N∑
n=1

F∣∣∂g /∂τ
∣∣ (τ∗n)

and
∂g

∂τ
=−1+Mr , (3.58)

where the summation is to be taken over the zeros τ∗n of the retarded time equation15,
g = t −τ− r /c0 = 0, and Mr = Mi r̂i is the projection of the source Mach number vector
M = U/c0 (with U = {Ui }) in the direction of the observer, defined by the unit vector
r̂i = (xi − yi )/r . The absolute value of the source-time derivative of the retarded time
equation, |1−Mr | is the Jacobian of transformation from the τ variable to the g variable
in Eq. (3.58), which represents the Doppler effects, namely the dilatation/contraction of
the observer time scale with reference to the source time one, when the source moves
away from/towards the listener. Hence, for a subsonically moving surface16, Eq. (3.57)
can be rewritten as:

4πp ′(x, t ) = ∂2

∂xi∂x j

�
f >0

[
Ti j

r (1−Mr )

]
ret

dV (y)

− ∂

∂xi

�
f =0

[
Li

r (1−Mr )

]
ret

dS(y)

+ ∂

∂t

�
f =0

[
Q

r (1−Mr )

]
ret

dS(y), (3.59)

where the subscript r et denotes that the integrals are computed at the retarded time
τ = t − ∣∣x(t )−y(τ)

∣∣/c0. By transforming space derivatives into time derivatives, moving
the latter inside the integrals (for more details the interested reader may refer to Refs. [89,
116, 117]) and neglecting the quadrupole term p ′

Q (x, t ) (which implies that all the linear
sources outside the integration surface will be discarded), Eq. (3.59) can be rewritten as

15For a subsonically moving source there is only one solution of the retarded time equation for a given τ, while
up to three zeros can exists for the case of a supersonically rotating source.

16The absolute value sign for |1−Mr | can be dropped for subsonic moving sources since 1−Mr < 1 always.
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p ′(x, t ) = p ′
T (x, t )+p ′

L(x, t ), where:

4πp ′
T (x, t ) =

�
f =0

[
ρ0

(
U̇n +Uṅ

)
r (1−Mr )2

]
ret

dS(y)

+
�

f =0

[
ρ0 Un

(
r Ṁr + c0

(
Mr −M 2

))
r 2 (1−Mr )3

]
ret

dS(y), (3.60)

4πp ′
L(x, t ) = 1

c0

�
f =0

[
L̇r

r (1−Mr )2

]
ret

dS(y)+
�

f =0

[
Lr −LM

r 2 (1−Mr )2

]
ret

dS(y)

+ 1

c0

�
f =0

[
Lr

(
r Ṁr + c0

(
Mr −M 2

))
r 2 (1−Mr )3

]
ret

dS(y), (3.61)

which represents the Farassat’s formulation 1A used throughout this thesis. For an im-
permeable surface (un = vn) Eqs. (3.60) and (3.61) assume the physical meaning of thick-
ness and loading noise, respectively. In the above equations, dots on quantities denote
time derivatives with respect to the source time τ (differing from the observer time t )
observed in a reference frame fixed with undisturbed medium, the subscripts r and n
denote the projections along the radiation and surface normal directions, respectively,
while Uṅ = Ui ˙̂ni and LM = Li Mi . All the other quantities have been previously intro-
duced.

RETARDED AND ADVANCED TIME SOLUTIONS OF THE FW-H EQUATION

Two different methods can be used to compute the integral solution of the FW-H equa-
tion (Eqs. (3.60) and (3.61)), which are referred to as retarded-time and advanced-time
approaches [89].

In the retarded-time algorithm, the computational time considered is that of the ob-
server, i.e. the reception time t . The acoustic disturbances that contribute to the acoustic
signal perceived by the observer at the time t are generated at different retarded times τ
and cover different distances |x(t )−y(τ)|/c0, depending on the specific source on the in-
tegration surface. This approach requires the evaluation of the roots17 τ of the retarded-
time equation, t−τ−|x(t )−y(τ)|/c0 = 0, as well as the interpolation of the original discrete
time-varying flow data at the time τ for each integration surface mesh element. For sim-
ple source motions, an analytical expression can be derived to determine the roots of the
retarded-time equation. In general, for complex source motions an iterative scheme is
usually required.

In the advanced-time approach, the computational time considered is that of the
source, i.e. τ. For each integration surface element, the acoustic disturbance and the
time at which it will reach the observer, namely t = τ+ |x(t )− y(τ)|/c0, are computed.
Then, since t is not equally spaced for all the source elements because of Doppler ef-
fects, an interpolation of the acoustic disturbance time histories on an equally spaced
reception time vector must be performed, prior to summing up all the contributions
from the different surface elements. If the observer is stationary and/or moves at con-
stant velocity, the observer time t can be computed explicitly [89].

17There might exist more than one solution for supersonically moving sources.
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As previously mentioned, both the two FW-H solvers used in this thesis are based
on the advanced-time solution of the FW-H equation. A first advantage of this formula-
tion over the retarded-time one is its higher computational efficiency (i.e. fewer floating
point operation required) for a large number of elements on the integration surface, for
a large number of time steps in the observer time history and/or when the number of
coordinate transformations to be computed is high [118]. Moreover, the advanced-time
algorithm allows to compute the integrands in Eqs. (3.60) and (3.61) at those time in-
stants that are already available in the flow data solution, without the need for time in-
terpolation of the original discrete transient flow data at the retarded time. Hence, the
advanced-time method needs to access to the integration surface data at just one source
time step at a time, while retarded-time approaches call for continual access to a large
portion of information regarding the integration surface (since the acoustic signal for
a single observer is the sum of contributions from surface elements emitted at different
source times) [119]. This makes advanced-time approaches more memory efficient than
retarded-time ones [119]. Finally, another advantage of the advanced-time approach is
the possibility to perform an on-the-fly aeroacoustic computation in parallel to the CFD
simulation, without the need to store large amount of aerodynamic data [89].

SOLID AND PERMEABLE FW-H APPROACHES

In deriving the FW-H equation, Eq. (3.55), a generic permeable or porous integration
surface S has been considered, not necessarily corresponding to the surface of a body.
For an integration surface coinciding with a physical body, the velocity of the flow on a
point on the surface is equal to that of a surface itself, namely ui = vi , and the FW-H
approach is referred to as solid or impenetrable. In such a case, the terms:

Q = ρ0Un and Li = (p −p0)δi j n̂ j −τi j n̂ j +ρui (un − vn), (3.62)

in Eq. (3.55) respectively reduce to:

Q = ρ0vn and Li = (p −p0)δi j n̂ j −τi j n̂ j , (3.63)

and the thickness and loading noise terms recover their physical meaning as previously
pointed out.

Several solutions of the FW-H equation, such as the formulation 1A by Farassat that
is used in this thesis, neglect the quadrupole term p ′

Q (x, t ), due to the fact that its compu-
tation involves a volume integration that is time consuming and not straightforward to
be performed. As previously mentioned, the quadrupole term accounts for all the noise
sources in the volume V outside the integration surface: shocks, turbulence and non-
linear propagation. Hence, adopting a solid FW-H approach without the volume term
might result in erroneous computations whenever the quadrupole effects are relevant
(e.g. for jets or rotors at transonic blade-tip Mach numbers). To overcome this problem,
a permeable FW-H approach can be employed following the idea that all the quadrupole
sources that provide a non-negligible contribution to the acoustic signature are included
inside the porous integration surface [78, 117, 120].

As firstly shown by di Francescantonio for a helicopter rotor in hover condition [120],
placing the integration surface away from the physical surface of the body allows to re-
trieve the quadrupole contributions within the surface through the surface source terms,
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namely Eqs. (3.60) and (3.61). Nevertheless, neglecting the volume integral in a perme-
able FW-H approach can lead to the generation of so-called spurious noise signals when
all the relevant quadrupole sources are not completely included inside the integration
surface [121]. In such a case, the assumption that all the quadrupoles are surrounded
by the surface is no longer valid, and the choice of neglecting the volume integral can
be questioned. Since the FW-H equation is an exact rearrangement of the continuity
and momentum equations, it accounts for both hydrodynamic and acoustic phenom-
ena. Moreover, the integral solution of the FW-H equation is based on the use of the
free-space Green’s function. Hence, vortical structures passing through the porous inte-
gration surface would radiate as (non-physical) sound [122]. This spurious noise would
be canceled by the contribution associated to the volume integration of the quadrupole
sources outside the integration surface. Thus, the spurious noise is a consequence of
the fact that only the quadrupole sources inside the integration surface are accounted
for, while those outside it are discarded [122].

When employing a permeable FW-H approach, the integration surface should be
ideally placed in a region of high resolution of the CFD grid to ensure a proper simu-
lation of turbulence-related phenomena (when concerned) and of the acoustic propa-
gation up to the integration surface. This generally correspond to the near-body volume
region. Placing the FW-H surface in too close proximity to the body, which would be
beneficial in terms of computational cost, might be critical from the point of view of the
spurious noise, as previously discussed. However, different strategies can be adopted to
limit the generation of spurious noise for a permeable FW-H acoustic analogy. The most
relevant ones from an industrial perspective are briefly summarized in the following.

The most simple approach is to use an open integration surface to exclude that sur-
face portion contaminated by the hydrodynamic structures from the noise computa-
tion [122]. The main drawback of this method is that also the (physical) acoustic contri-
bution from the same removed surface is discarded from the computation, thus intro-
ducing potential errors in the noise directivity, especially for observer angles perpendic-
ular to the omitted surface.

Another possible solution is the definition of a departure region, in which the porous
integration surface is extended far enough away from the body and a gradual coarsen-
ing of the underlying CFD mesh is carried out. The philosophy behind this approach is
to let the simulation completely or partially dissipate, through numerical dissipation or
subgrid-scale modeling, the small-scale turbulence before it crosses the permeable in-
tegration surface [123]. However, the definition of such a departure region is not trivial,
since starting it too close from the body might influence the aerodynamic solution of the
solid body itself. Moreover, it introduces a non-physical damping of the turbulent struc-
tures, which might result in accurately computing the noise associated to non-physical
quadrupole sources.

A quite often employed and effective strategy is that based on the use of multi-
ple porous surfaces with different downstream end-caps in which the noise evaluated
from each surface is averaged in the time- or frequency-domain to filter the hydrody-
namic spurious content out from the acoustic signature [124]. The idea behind this cap-
averaging approach is that the noise signature computed with the FW-H equation col-
lects the surface source contributions that travels towards the observer at the speed of
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sound. Hence, the contribution of a relatively large eddy on a certain end-cap, which
generates spurious noise through the surface integrals of the FW-H equation and travels
at the convective velocity, is substantially reduced by the averaging process that is car-
ried out with the other end-caps, which do not simultaneously perceive the same vortical
structure and thus do not emit the same spurious acoustic waves [123].

Finally, more complex methods based on approximate corrections under the as-
sumption of frozen turbulence passing through the end-caps have been proposed by
several authors [125–127]. However, although these approaches have been attempted
with some success in the past years, their application remains challenging and imprac-
tical for cases of industrial relevance.





4
AIRFOIL BLADE TRAILING-EDGE

NOISE & REDUCTION

We see only what we know.

Johann Wolfgang von Goethe

Chapter 3 introduced the computational aeroacoustic methodology that is used through-
out this thesis, namely the hybrid Lattice-Boltzmann/Ffowcs Williams & Hawkings ap-
proach. This method is used in the present chapter to predict the most elementary, yet
dominant, source of broadband noise for a rotating blade in a homogeneous stationary
flow, namely the turbulent boundary-layer trailing-edge noise. Emphasis is given to its
prediction for a cambered airfoil operating at a moderate Reynolds number and undergo-
ing natural boundary-layer transition, as well as to its reduction by means of serrations
retrofitted to the airfoil section at different flap angles. The aim of this chapter is to provide
insights in the impact of the serration flap angle on the effectiveness of sawtooth serrations
into reducing noise. Three different serration flap angles are considered. It is found that
the serration flap angle primarily affects the trailing-edge noise reduction through a mod-
ification of: (i) the effective angle at which the turbulent structures are convected over the
serrated edge; (ii) the convection velocity and spanwise coherence length along the serra-
tion; (iii) the intensity of the hydrodynamic wall-pressure fluctuations that are scattered
along the serrated edge. The first and last phenomena are expected to play the most im-
portant role on the far-field noise reduction.

Parts of this chapter have been published in the AIAA journal (2021) [128].
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4.1. INTRODUCTION

A IRFOIL blade self-noise, caused by the airfoil interaction with the self-generated
flow disturbances, is widely considered as one of the most important sources of

aerodynamic noise for applications involving rotating blades, such as helicopter ro-
tors [129, 130], aircraft propellers [26, 35], low-speed fans [50, 131] and wind tur-
bines [132, 133]. Among the different aerodynamic noise mechanisms that can be as-
cribed to airfoil self-noise [37], the turbulent boundary-layer trailing-edge noise is of
primary interest, being the dominant broadband noise contributor for a rotating blade
in a homogeneous stationary flow [37, 50]. As discussed in Sec. 2.1.1, trailing-edge noise
is the sound associated to the scattering of the turbulent boundary-layer pressure fluc-
tuations at the airfoil trailing-edge. When the boundary-layer pressure waves encounter
a surface discontinuity, such as the airfoil trailing-edge, the hydrodynamic turbulent en-
ergy is converted into acoustic energy and radiated into the far-field [35, 37].

The rapid expansion of small rotary-wing Unmanned Aerial Vehicles (UAVs) for com-
mercial, scientific or recreational applications, as well as the emergent aviation market of
propeller-driven Personal Aerial Vehicles (PAVs) for on-demand aviation services, has re-
cently renewed the interest in accurately predicting and reducing the acoustic signature
associated to this type of airfoil self-noise mechanism. For such low-speed rotary-wing
configurations, trailing-edge noise can be a significant source of acoustic annoyance,
due to the efficient scattering mechanism of the turbulent boundary-layer fluctuations
at low Mach numbers [51].

Starting from Howe’s analytical studies on serrated trailing-edges [134, 135], several
passive noise-mitigation solutions devoted to reducing the scattering efficiency (and
thus eventually the trailing-edge noise) by means of diffraction effects, have been pro-
posed and tested by various authors in the past years [56, 136–142]. Among them, saw-
tooth trailing-edge serrations represent the most popular ones due to their good com-
promise in terms of noise reduction and ease of manufacturing. Serrations are widely
used for broadband noise reduction of wind turbines nowadays [56] and they are starting
to spread to low-speed propeller applications as well [57, 58]. The mechanisms behind
the trailing-edge noise mitigation have been extensively investigated and well under-
stood for serrations at zero flap angle mounted on symmetric airfoils [143–145]. How-
ever, its aeroacoustic behavior has been poorly addressed for lifting airfoils retrofitted
with serrations at incidence with respect to the incoming flow.

Vathylakis et al. [146] performed an experimental sensitivity study on airfoil self-
noise reduction for different serration flap angles. They retrofitted a NACA 65(12)-10
airfoil with sawtooth serrations mounted at several flap angles, and measured the re-
sulting far-field noise reduction with respect to the straight-edge case. They found that a
flap-up position is generally more favorable for broadband trailing-edge noise reduction
than a flap-down position.

The mean flow topology, the turbulence statistics and the noise emissions of a NACA
0018 airfoil with sawtooth serrations have been experimentally investigated by Arce-
León et al. [142] for different combinations of flap angles and angles of attack. They
found that the degree of serration-flow misalignment significantly affects the level of
noise reduction provided by serrations. However, they observed discrepancies between
experimental data and a simplified Howe’s [135] model (corrected with the maximum
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local streamline angle deflection) at zero flap angle and angle of attack. Therefore, they
concluded that the level of flow-misalignment could not fully explain the efficiency at
which serrations reduce noise.

In a complementary experimental study, Arce-León et al. [147] further analyzed the
effect of the trailing-edge serration-flow misalignment - due to the airfoil incidence and
serration flap angle - on the noise levels. They confirmed the previous finding of Gru-
ber et al. [148] that a serrated airfoil is typically noisier than a baseline airfoil beyond a
Strouhal number, based on the boundary-layer thickness and free-stream velocity, ap-
proximately equal to 1. Moreover, they proposed a new Strouhal scaling based on the
boundary-layer thickness and edge velocity, and noticed that the resulting crossover fre-
quency exhibits a linear modification with changes in the angle of attack, while slightly
varying with the free-stream velocity.

Although a few experimental studies have been conducted in the past on the impact
of the serration flap angle on the noise reduction effectiveness of serrated trailing-edges,
no further insights between the hydrodynamic near-field and noise emissions have been
proposed. Therefore, a deeper understanding of the flow physics and noise generation
mechanisms associated with serrated trailing-edges at incidence is needed. This situ-
ation is relevant for industrial applications where serrations retrofitted to wind turbine
or propeller blades might be at incidence with respect to the incoming flow. Hence, the
scope of the present study is to provide further connections between the hydrodynamic
flow features and the resulting far-field noise for a serrated trailing-edge by means of
high-fidelity CFD/CAA simulations. For this purpose, numerical simulations are more
suitable than experiments due to their intrinsic capability to extract features of the hy-
drodynamic near-field without affecting the flow itself, and their better repeatability.

In this study, a detailed analysis of the unsteady flow properties in proximity of the
straight trailing-edge of a free boundary-layer transition lifting NACA 64-618 airfoil is
presented first. Then, the impact of the serration flap angle on the mean and the un-
steady flows, and its connection with the radiated noise, is addressed. Cases 6 and 7 of
the AIAA workshop on Benchmark Problems for Airframe Noise Computations (BANC-
V) Category 1 are considered as reference for the straight trailing-edge cases. The nu-
merical results are validated against the measurements made available in the framework
of the workshop [149]. The Lattice-Boltzmann Method (LBM) based solver SIMULIA
PowerFLOW® is used to obtain the numerical flow solution. The aerodynamic noise gen-
erated by the scattering of the hydrodynamic pressure fluctuations at the airfoil trailing-
edge is further estimated by using an acoustic analogy based on Farassat’s formulation
1A of the Ffowcs Williams & Hawkings’ (FW-H) equation applied to the airfoil surface.

The rest of the chapter is organized as follows. In Sec. 4.2, the test case and com-
putational setup are described. The numerical results are analyzed next. First, a vali-
dation of the numerical method for a straight-edge airfoil undergoing natural transition
in provided in Sec. 4.3. Then, in Sec. 4.4, the impact of the flap angle upon the serration
noise reduction effectiveness is discussed. Finally, the main conclusions of this study are
drawn in Sec. 4.5.
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4.2. TEST-CASES AND COMPUTATIONAL SETUP
In this study, a NACA 64-618 airfoil with a chord c = 0.6 m, a span s = 0.1c = 0.06 m and
straight trailing-edge is investigated. Cases 6 and 7 from the AIAA BANC-V Workshop
Category 1, are considered as experimental benchmark. They correspond to shallow
negative and positive angle of attack conditions, respectively. A summary of the flow
conditions for each case is reported in Tab. 4.1. In addition, for each airfoil angle of at-
tack, the airfoil is retrofitted with sawtooth serrations mounted at different flap angles.
The serration flap angle β is defined as the angle between the serration and the airfoil
chord, positive clockwise. Three serration flap angles are considered, namely: β = 0.0◦
(Serr-chord), β = 6.6◦ (Serr-mid) and β = 13.2◦ (Serr-camber). A sketch of the geome-
tries, as well as of the employed Cartesian coordinate systems, is depicted in Fig. 4.1.
The origin of the airfoil coordinate system (x, y, z) is set at the leading-edge midpoint.
The x-axis is aligned with the airfoil chord, the y-axis is perpendicular to the former and
directed upwards, whereas the z-axis coincides with the airfoil leading-edge with direc-
tion defined by the right-hand rule. The local serration coordinate system (xs , ys , zs ) has
origin on the mid-point at the serration root. The x-axis is aligned with the serration
chord, the y-axis is perpendicular to it and the z-axis aligns with the serration span. The
sawtooth serration has a thickness ts = 0.001 m, length h = 0.1c = 0.06 m and wavelength
λ= 0.5h = 0.03 m, resulting in an aspect ratio of h/λ= 2. Overall 2 serrations are present
along the span.

Figure 4.1: NACA 64-618 airfoil and serration geometries.

The computational domain consists of a box - of length equal to 100c in both stream-
wise and wall-normal directions - centered around the airfoil trailing-edge. Static pres-
sure and free-stream velocity are prescribed at the outer boundary of the domain, and an
acoustic sponge approach is used to damp the out-going acoustic waves, so that back-
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U∞ [m/s] M [-] Re [-] T∞ [K] ρ∞ [kg/m3] p∞ [Pa] α [deg]
Case 6 45.03 0.126 1.43 ·106 317.6 1.018 92180 −0.88
Case 7 44.98 0.126 1.43 ·106 317.3 1.019 92180 4.62

Table 4.1: Flow conditions for cases 6 and 7 from AIAA BANC-V Workshop Category 1.
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Figure 4.2: Sketch of the computational setup (a) and grid (b).

ward reflections from the outer boundary are minimized (Fig. 4.2(a)). Periodic bound-
ary conditions1 are applied at the side walls of the computational domain (2.5D simu-
lation). The free-stream turbulence intensity is set to 0.1%. No transition trips are used
to enforce the laminar-to-turbulent boundary-layer transition. Three different compu-
tational grids are investigated, hereinafter referred to as coarse, medium and fine. For
each computational grid, the finest Variable Resolution (VR) region is set around the ex-
pected turbulent boundary-layer regions as defined by XFOIL [150] free-transition com-
putations. The rest of the near-body volume around the airfoil is discretized a level
coarser (Fig. 4.2(b)). A total of 8, 9 and 10 VRs are used to fill the fluid domain for the
coarse, medium and fine grids, respectively. For each mesh, Tab. 4.2 shows the voxel
size ∆x in the finest VR, the corresponding physical time step (ts), the y+ in proxim-
ity of the trailing-edge, the total number of voxels and the computational cost per flow
passage (on Intel Xeon E5-2690 2.90 GHz platform of 360 cores). It is worth recalling
that, for 5 ≤ y+ ≤ 30, the coefficients κ and B of the logarithmic law-of-the-wall are ad-
justed to provide continuity between the viscous sub-layer and logarithmic regions (see
Sec. 3.2.3). Hence, for the medium resolution grid, a y+ ≈ 5.5 implies that k and B are
adapted in such a way that the wall function is still a close approximation of the linear
law-of-the-wall, namely u+ = ln(y+/A)/κ+B ≈ y+. A similar computational setup and
near-wall resolution (in terms of y+) returned a good agreement with experimental re-
sults in previous investigations of Avallone et al. [145] and Ragni et al. [151], where the
LBM had been used to analyze the hydrodynamic flow around combed-sawtooth and

1With periodic boundary conditions, the flow entering or leaving one bounding face of the computational
domain is equal to the flow leaving or entering the opposite bounding face of the domain.
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slitted serrations.
In this study, simulations are performed by using an Implicit Large Eddy Simulation

(ILES) approach, where the inviscid energy cascade through the inertial range is cap-
tured by the numerical scheme and the inherent numerical dissipation acts as a sub-grid
model [108], in order to reduce the eddy viscosity and promote the natural transition of
the boundary-layer from a laminar to a turbulent state (see Sec. 3.2.3). The low-subsonic
version of the LBM implemented in SIMULIA PowerFLOW® 6-2019-R4 is used for com-
puting the numerical flow solution (see Sec. 3.2). Moreover, the noise radiation is com-
puted by using a FW-H analogy applied to a surface mesh fitted to the airfoil surface
wall. The flow is sampled after 10 initial flow passes (0.13 sec of physical time) that con-
stitute the transient phase of the simulation. The unsteady pressure on the airfoil surface
is sampled at 84 kHz for a total of 8 flow passes (0.10 sec). Fourier transformed data is
obtained with 50% overlap and Hanning windowing to further smooth the spectra.

Resolution # VR ∆x [mm] y+ [-] ts [s] # Voxels CPUh/flow pass
Coarse 8 0.234 10.8 3.71 ·10−7 48.3 ·106 350
Medium 9 0.117 5.5 1.86 ·10−7 14.2 ·107 2100
Fine 10 0.059 2.6 9.28 ·10−8 50.8 ·107 15600

Table 4.2: Mesh resolution, grid size and computational cost.

4.3. STRAIGHT-EDGE: ANALYSIS AND SETUP VALIDATION
In this section, the numerical results for the straight trailing-edge airfoil are discussed
and compared to the experimental data from the AIAA BANC-V Workshop Category 1
(cases 6 and 7). The quality of the numerical results is assessed in terms of surface pres-
sure distribution, boundary-layer characteristics, wall-pressure spectrum, far-field noise
and spanwise coherence length. In addition, a mesh resolution study is performed on
both aerodynamic and aeroacoustic quantities in order to verify the grid independence
of the numerical results.

4.3.1. PRESSURE DISTRIBUTION AND BOUNDARY-LAYER PROFILES
Figure 4.3 shows the mean pressure distribution against the experimental measure-
ments. For both cases 6 and 7, the numerical results are in a very good agreement
with the experimental data, except for x/c ≈ 0.6 (case 6) and x/c ≈ 0.5 (case 7), where
the numerical results do not show the presence of the laminar-separation bubble oc-
curring in the experiments. Preliminary simulations with turbulent intensity equal to
0.05%, comparable to that measured during the experiments [149], have also been at-
tempted without showing any significant impact on the pressure-coefficient distribu-
tion and boundary-layer transition. Therefore, it is believed that the discrepancies ob-
served on the pressure-coefficient distributions are primarily ascribable to artifacts of
the numerical method. Overall, the pressure coefficient does not appear to be particu-
larly sensitive to the three different grid resolutions considered, as expected due to the
relatively low y+ values. Only a minor difference between the coarse mesh and the finer
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ones around x/c = 0.6 on the suction side of the airfoil is observed. This result suggests
that the coarse mesh could be used for purely aerodynamic calculations.
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Figure 4.3: Time-average pressure coefficient distribution over the airfoil surface. Experimental results from
Fischer [149].

The time-averaged streamwise velocity profiles 〈u〉 at x/c = 0.975 on the suction side
are shown in Fig. 4.4. A satisfactory agreement is found between numerical results and
hot-wire anemometer measurements for each case and resolution level, especially for
α = −0.88◦ (case 6) and the inner part of the boundary-layer. Overall, the predicted
boundary-layer edge velocity results to be relatively higher than the one measured for
cases 6 and 7. The medium and fine resolution levels show a satisfactory convergence
trend, while a much thicker boundary-layer is observed in the coarse grid.
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Figure 4.4: Mean streamwise velocity profile at x/c = 0.975 on the suction side. Experimental results from
Fischer [149].

The time-averaged Reynolds stress profiles 〈u′u′〉, 〈v ′v ′〉 and 〈u′v ′〉 at x/c = 0.975
on the suction side are depicted in Fig. 4.5. u′ and v ′ represent the streamwise and
wall-normal velocity fluctuation components, respectively. For both cases 6 and 7, the
streamwise fluctuations 〈u′u′〉 are predicted with a satisfactory level of accuracy, with
the numerical profiles correctly approaching the non-dimensional value of 0 outside the
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boundary-layer. Experimental data not fully converging to zero might be a result of the
hot-wire calibration and averaging. A similar behavior can be also noticed for the wall-
normal 〈v ′v ′〉 and shear 〈u′v ′〉 components. The discrepancies observed between the
numerical and experimental results could be related to the use of hot-wire anemome-
ters, which might have resulted in erroneous velocity data due to the additional heat
losses in proximity of the wall [152], as well as to the slightly delayed prediction of the
boundary-layer transition process in the numerical simulation (as it will be shown in
Sec. 4.3.2). Overall, a good level of grid convergence is observed between the medium
and fine computational meshes, with only variations in the prediction of the maximum
values of the boundary-layer velocity fluctuation profiles, especially for α = 4.62◦ (case
7).

(a) Case 6, α=−0.88◦

(b) Case 7, α= 4.62◦

Figure 4.5: Time-averaged Reynolds stress profiles at x/c = 0.975 on the suction side. Experimental results
from Fischer [149].

4.3.2. LAMINAR-TO-TURBULENT BOUNDARY-LAYER TRANSITION

As introduced in Sec. 4.2, the free transition cases 6 and 7 of the AIAA BANC-V Workshop
Category 1 are simulated in this study without enforcing the development of the turbu-
lent boundary-layer by means of transition trips. Figure 4.6 qualitatively illustrates, for
the medium resolution case, the natural laminar-to-turbulent boundary-layer transition
process occurring on the suction and pressure sides of the airfoil for the two cases, by
means of an instantaneous snapshot of the λ2 [153] iso-surfaces colored by the velocity
magnitude. To quantitatively assess the laminar-to-turbulent boundary-layer transition
process, Tab. 4.3 shows the comparison between the measured transition locations and
the numerical ones. Since the transition on the pressure side was not measured during
the experimental campaign [149], the predictions from viscous XFOIL [150] simulations
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are also reported. In Tab. 4.3, the experimental and XFOIL results represent the effective
transition points (i.e. the position where the boundary-layer is fully turbulent), whereas
the numerical ones are provided in terms of initial and final locations of the transition
process, which are based on the minimum and maximum chordwise values of the sur-
face skin friction coefficient, respectively.

(a) Case 6, α=−0.88◦

(b) Case 7, α= 4.62◦

Figure 4.6: λ2 =−1 ·107 1/s2 iso-surfaces of the instantaneous flow around airfoil colored by the flow velocity
magnitude for the medium resolution case; velocity magnitude limits: blue (0.0U∞) - red (1.5U∞).

Case 6 Experiment XFOIL Coarse Medium Fine
Suction side 0.65 0.62 0.62÷0.80 0.63÷0.75 0.62÷0.73
Pressure side − 0.58 0.60÷0.82 0.58÷0.70 0.58÷0.68

Case 7 Experiment XFOIL Coarse Medium Fine
Suction side 0.56 0.52 0.56÷0.71 0.54÷0.64 0.52÷0.61
Pressure side − 0.69 0.74÷0.90 0.69÷0.79 0.67÷0.74

Table 4.3: Laminar-to-turbulent boundary-layer transition location in percentage of chord (x/c). Experimental
results from Fischer [149].

For the suction side, the chordwise position where the boundary-layer is fully turbulent
is delayed from 15%, for the coarse grid and both angles of attack, to 8% (α = −0.88◦)
and 5% (α= 4.62◦) for the finer mesh. Regarding the pressure side, no experimental data
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is available, but the same level of transition delay is expected by comparing numerical
and XFOIL results, and considering how the latter correlates with the experiments on the
suction side. However, a good convergence trend can be noted between the medium and
fine meshes, for which the boundary-layer transition process takes place within roughly
the same chordwise extension. The slightly delayed prediction of the end of the laminar-
to-turbulent transition might be another cause for the slight over-prediction of the wall-
normal 〈v ′v ′〉 and shear 〈u′v ′〉 Reynolds stress peak values observed in Fig. 4.5.

4.3.3. WALL-PRESSURE FLUCTUATION SPECTRUM

Figure 4.7 shows the comparison between the numerical and experimental wall-pressure
power spectral densities Φpp at x/c = 97.5% and x/c = 95% on the suction and pres-
sure sides. In Fig. 4.7, Φpp is plotted as a function of the non-dimensional frequency
expressed in terms of Strouhal number Stc = f c/U∞, based on the airfoil chord c and
free-stream velocity U∞.
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(a) Suction side at x/c = 0.975, case 6, α=−0.88◦
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(b) Suction side at x/c = 0.975, case 7, α= 4.62◦
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(c) Pressure side at x/c = 0.95, case 6, α=−0.88◦
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(d) Pressure side at x/c = 0.95, case 7, α= 4.62◦

Figure 4.7: Power spectral density of the wall-pressure Φpp in proximity of the trailing-edge. Experimental
results from Fischer [149]. Semi-empirical results from Schlinker & Amiet’s [129], Rozenberg [154], Kamruzza-
man’s [155] and Lee’s [156] models.

A good convergence trend is found between the medium and fine computational
grids in the frequency of interest for turbulent boundary-layer trailing-edge noise (4 <
Stc < 100) [132], with only small differences observed at low frequency on the pressure
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side (Figs. 4.7(c) and 4.7(d)), whereas the coarse mesh presents larger pressure fluctua-
tions at low and mid frequencies. As expected, the numerical wall-pressure spectra show
higher fluctuations as the resolution increases at very high frequencies (Stc > 100), due
to capability of the computational mesh to capture smaller scales of turbulence. For
each angle of attack, the numerical setup is able to reproduce the general shape and
trend of the experimental wall-pressure fluctuation spectra, as well as the fact that the
suction side (Figs. 4.7(a) and 4.7(b)) is more energetic than the pressure one (Figs. 4.7(c)
and 4.7(d)). A power decay ~ f −1 typical of a fully developed turbulent boundary-layer
is found at mid-to-high frequencies, while at very high frequency the spectra show a
slope ~ f −5 as a consequence of the viscous dissipation [59]. Besides this, a large over-
prediction up to 10 dB/Hz is observed in the numerical predictions compared to the
measurements. To better clarify this aspect, the wall-pressure spectra computed with
four different semi-empirical models are also compared to the numerical and exper-
imental results in Fig. 4.7. The semi-empirical models are Schlinker & Amiet’s [129],
Rozenberg’s [154], Kamruzzaman’s [155] and Lee’s [156] (see Appendix A), which are
fed with boundary-layer parameters extracted from XFOIL computations (reported in
Tab. 4.4).

Suction side at x/c = 0.975 Case 6 Case 7
Edge velocity Ue [m/s] 42.32 43.33
Boundary-layer thickness δ [m] 0.0134 0.0133
Displacement thickness δ∗ [m] 0.0031 0.0055
Momentum thickness Θ [m] 0.0021 0.0022
Wall shear stress τw [N/m2] 4.87 1.59
Pressure gradient dp/dx [Pa/m] 1629.0 2045.7

Pressure side at x/c = 0.95 Case 6 Case 7
Edge velocity Ue [m/s] 36.05 35.15
Boundary-layer thickness δ [m] 0.0155 0.0114
Displacement thickness δ∗ [m] 0.0034 0.0032
Momentum thickness Θ [m] 0.0023 0.0016
Wall shear stress τw [N/m2] 3.76 2.25
Pressure gradient dp/dx [Pa/m] -633.9 -967.4

Table 4.4: Boundary-layer parameters extracted from XFOIL computations used in semi-empirical wall-
pressure spectrum model [129, 154–156] and semi-analytical trailing-edge noise model [50].

As expected, the four different semi-empirical models show a certain sensitivity to
the input data. The semi-empirical results tend to generally over-predict the amplitude
of the wall-pressure spectrum with respect to both numerical and experimental data at
high frequency (except for the Rozenberg’s model on the pressure side for α = 4.62◦).
However, they compare more favorably with the numerical predictions compared to
the experiments, except for the Schlinker-Amiet’s model on the suction side for both
α = −0.88◦ and α = 4.62◦, and for the Kamruzzaman’s model on the suction side for
α = 4.62◦. On the one hand, these results suggest that the experimental wall-pressure
spectra might be affected by some measurement errors. On the other hand, having per-
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formed a wall-modeled implicit large eddy simulation (ILES) does not guarantee that
the numerical wall-pressure spectra correspond to those extracted from a fully resolved
direct numerical simulation (DNS). A companion far-field noise analysis by means of
Roger & Moreau’s [50] semi-analytic trailing-edge model, fed with the experimental wall-
pressure spectra, is performed in the next subsection for further clarification of such
discrepancies.

4.3.4. FAR-FIELD NOISE
In Fig. 4.8, far-field noise computations carried out using the FW-H acoustic analogy,
Eqs. (3.60) and (3.61), applied to the airfoil surface are validated against the experimen-
tal beamforming data. The far-field noise is obtained by approximating the experimental
beamforming array [149] using a line of 11 streamwise microphones centered on the ex-
perimental array center (x = 0.19 m, y = 1.62 m, z = 0 m) and averaging over them. This
(overhead) numerical microphone array is depicted in blue in Fig. 4.2(a). The far-field
sound pressure level in 1/3-octave band is normalized for a reference observer distance
Rr = 1 m and span length sr = 1 m in order to allow for comparison with the experiments,
where a span of 0.6 m resulting from the beamforming integration region is used. The
following formula is used for scaling [59]:

Φaa =Φraw
aa +20log10(R/Rr )−10log10(s/sr ) (4.1)

where Φaa represents the normalized sound pressure level and Φraw
aa is the raw com-

puted/measured sound pressure level for a generic observer radius R and span s. To
shed more light on the discrepancies observed between the numerical and measured
wall-pressure spectra (Fig. 4.7), the far-field noise predictions computed with Roger &
Moreau’s semi-analytical trailing-edge noise model [50] (see Appendix B), fed with the
experimental wall-pressure spectra at the trailing-edge, are also shown in Fig. 4.8. In
addition to the wall-pressure spectra at the trailing-edge, Roger & Moreau’s model also
requires the spanwise coherence length lz as input. In this study, the spanwise coher-
ence length supplied to the analytical trailing-edge model is estimated with the Corcos’
model [157], namely:

lz ( f ) = bc uc

2π f
, (4.2)

where bc is a constant, typically chosen between 1.2 and 1.7 [158], while uc is the convec-
tion velocity. uc is computed as uc = ζUe , where Ue is the edge velocity and ζ a param-
eter usually taken between 0.6 and 0.8. To account for the influence of such parameters
on the far-field noise predicted by Roger & Moreau’s trailing-edge noise model, which
is proportional to bc and ζ through the Corcos’s model, the semi-analytical results are
computed for (bc = 1.2,ζ = 0.6) and (bc = 1.7,ζ = 0.8). This allows to identify the range
between the lowest and highest far-field noise levels predictable by Roger & Moreau’s
model fed with the available experimental wall-pressure spectra.

For case 6 (Fig. 4.8(a)), a good agreement is found between numerical and experi-
mental results, with only 1-2 dB over-estimation for the medium and fine grids. Regard-
ing case 7 (Fig. 4.8(b)), the FW-H prediction fits the experimental data up to Stc = 20,
whereas for higher frequencies a certain over-prediction can be observed. It is worth
mentioning that a similar over-prediction at high frequency was also found by Lee
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Figure 4.8: Far-field sound pressure level in 1/3-octave band Φaa at (x = 0.19 m, y = 1.62 m, z = 0 m). Ex-
perimental results from Fischer [149]. Roger & Moreau’s trailing-edge model [50] fed with the experimental
wall-pressure spectra.

et al. [159] by using Howe’s trailing-edge model [160] fed with empirical wall-pressure
spectra [156] for the same benchmark case. Overall, a good convergence trend is ob-
served between the medium and fine cases for both the angles of attack, with only a
minor scatter of the numerical predictions within 1 dB throughout the frequencies of in-
terest. Regarding the results from Roger & Moreau’s trailing-edge model fed with exper-
imental wall-pressure spectra, a certain under-estimation of the far-field noise levels is
observed for (bc = 1.2,ζ= 0.6), while a good agreement with the experiments is found for
(bc = 1.7,ζ= 0.8), especially for case 6. Interestingly, both numerical and semi-analytical
predictions show similar sound pressure level slopes, which differ from the experimen-
tal one in the range 20 < Stc < 30, for case 7. The fact that the numerical far-field noise
is overall higher than the measured one might be a consequence of the over-prediction
of the numerical wall-pressure spectra in proximity of the trailing-edge (Fig. 4.7). On the
other hand, the semi-analytical predictions falling on average below the experimental
far-field noise results might be associated to the relatively low values of the experimental
wall-pressure spectra shown in Fig. 4.7. In view of the above, the discrepancies observed
in the wall-pressure spectra and far-field noise results could be ascribable to a combi-
nation of factors in both simulations and experiments. Future studies based on wall-
resolved LES or DNS computations, as well as independent measurements for similar
flow configurations, might help to resolve the origin of the aforementioned differences.

4.3.5. WALL-PRESSURE SPANWISE COHERENCE AND COHERENCE LENGTH

The straight-edge analysis and validation are concluded by focusing on the spanwise
turbulent flow statistics, which is known to play a relevant role for trailing-edge noise,
as the scattering process is related to the properties of the vortical field in proximity of
the trailing-edge [50]. In this sense, an important parameter to track is the spanwise
coherence length lz , as the far-field noise spectrum is proportional to lz according to
Howe’s trailing-edge noise theory [160]. This parameter can be conceived as the length
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of a source term scattering at the trailing-edge and is a function of the frequency f :

lz ( f ) = lim
L→∞

� L

0

√
γ2( f ,η)dη, (4.3)

where γ2( f ,η) is the squared coherence function of the wall-pressure signals between
two points spaced by η along the spanwise direction z. The squared coherence function
γ2 is in turn defined as the squared magnitude of the cross-spectrum C( f , z1, z2) of the
two signals, sampled at two points z1 and z2 = z1 +η along the spanwise coordinate z,
divided by the auto-spectrum of both signals at each frequency, namely:

γ2( f ,η) = |C( f , z1, z2)|2
|C( f , z1, z1)||C( f , z2, z2)| . (4.4)

In order to compare the numerical coherence length to the experimental one, the
squared coherence function has to be evaluated first. Figure 4.9 depicts the contours of
the spanwise squared coherence function at x/c = 0.975 on the suction side.

(a) Case 6, α=−0.88◦

(b) Case 7, α= 4.62◦

Figure 4.9: Magnitude of the spanwise squared coherence function γ2 at x/c = 0.975 on suction side. Spanwise
separation distance η normalized by the simulated airfoil span s.

For both cases 6 and 7, a peak around Stc = 10 is observed, after which γ2 decays
as the frequency increases, as expected for turbulent flows. In addition, the spanwise
squared coherence drops down to relatively low values for separation distances within
10% of the airfoil span. This implies that the simulated span is large enough to include
source regions that radiate noise independently from the neighboring ones in a statisti-
cal sense [161]. For a given frequency, a more rapid decay of γ2 is observed as the reso-
lution increases. This suggests that a refinement of the computational mesh, especially
from the coarse grid to medium one, leads to the prediction of less coherent turbulent
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structures for larger spanwise separation distances. Overall, a good convergence trend is
observed between medium and fine resolutions, especially in the mid to high frequency
range.

In Fig. 4.10, the comparison between the experimental coherence length lz at x/c =
0.975 on the suction side and the numerical ones is shown. It should be pointed out
that the numerical coherence length is not rigorously computed by using Eq. (4.3), as
the squared coherence function does not approach zero for large separation distances η,
thus leading to convergence issues of the direct integration of γ [162]. To overcome this
issue, the spanwise coherence length lz is evaluated by means of a curve fitting approach
based on an exponential function [163, 164] and performed on the spanwise coherence
γ( f ,η) for each discrete frequency, namely:

γ( f ,η) = e−|η|/lz ( f ). (4.5)

For each discrete frequency, the exponential fitting is performed by neglecting those sep-
aration distances for which the coherence function γ does not show a convergent trend
towards 0 [128]. For case 6 (Fig. 4.10(a)), the agreement between the measured and nu-
merical spanwise coherence length is satisfactory for all the frequencies. The only dis-
crepancy is observed around Stc = 6, where the sharp peak of the measured coherence
length is not reproduced in the numerical ones. This might be a consequence of the
larger bandwidth used in the numerical results. For case 7 (Fig. 4.10(b)), the numerical
results also match the experiments in a quite satisfactory way, although a slight over-
prediction is found below Stc = 6. Again, the medium and fine resolution meshes show
a quite good convergence trend.
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Figure 4.10: Spanwise coherence length lz normalized by the simulated airfoil span s at x/c = 0.975 on the
suction side. Experimental results from Fischer [149].

Overall, the medium resolution setup provided quite similar flow statistics in prox-
imity of the trailing-edge and noise predictions compared to the fine one, with a com-
putational time almost one order of magnitude lower (Tab. 4.2). Therefore, in order to
keep the computational cost relatively low without significantly affecting the numerical
results, the medium resolution grid is used in what follows to investigate the effect of the
serration flap angle on the hydrodynamic near-field and acoustic far-field.
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4.4. SERRATED-EDGE: ANALYSIS OF FLAP ANGLE EFFECTS
In this section, the effect of the flap angle upon the aerodynamic and acoustic behav-
ior of the serrated edge is numerically investigated. For each airfoil angle of attack, the
NACA 64-618 profile is retrofitted with sawtooth serrations mounted at three different
flap angles: β= 0.0◦, β= 6.6◦ and β= 13.2◦. The former corresponds to a condition such
that the serration is aligned with the airfoil chord (Serr-chord), whereas the latter with
the local tangent to the suction side at x/c = 0.99 (Serr-camber). The β= 6.6◦ case repre-
sents an intermediate condition to the previous ones (Serr-mid). No experimental data
is available for such serrated cases. Therefore, only numerical results are shown, ob-
tained using the computational setup validated in Sec. 4.3. Although not shown for the
sake of conciseness, it is verified that for the cases under examination the presence of
the serrations and their flap angle do not significantly affect the natural boundary-layer
transition process, the wall-pressure fluctuations spectrum, integral boundary-layer pa-
rameters and spanwise pressure coherence length upstream the trailing-edge. Finally, it
should be recalled that the typical coherence length at the frequencies of interest for
the present study (where significant noise reduction due the serration can occur, i.e.
4 < Stc < 32 as it will be shown in Sec. 4.4.2) must be substantially smaller than the span-
wise extent of the computational domain for the results to be reliable. This requirement
is satisfied by the employed computational setup, as observed in Fig. 4.10, which shows
that for both cases the coherence length in the range 4 < Stc < 32 is considerably lower
than the simulated airfoil span extension.

4.4.1. PRESSURE DISTRIBUTION

Figure 4.11 shows the influence of the serration flap angle on the time-average pressure
coefficient distribution over the airfoil surface for α = −0.88◦ and α = 4.62◦. The pres-
sure coefficient distributions are extracted on a longitudinal plane passing through the
serration tip. Although not shown for the sake of brevity, it is observed that the time-
average pressure distribution is independent from the spanwise position of the plane of
extraction for 0 ≤ x/c ≤ 1. Table 4.5 shows the impact of the flap angle on the sectional
lift and drag coefficients for both α=−0.88◦ and α= 4.62◦.

(a) Case 6, α=−0.88◦ (b) Case 7, α= 4.62◦

Figure 4.11: Time-average pressure coefficient distribution over the airfoil and serration surfaces.
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For both angles of attack, the serration being at incidence with respect to the upcoming
flow results in a change of the circulation and, in turn, of the loading of the airfoil. On
the one hand, the chord-aligned serration (β = 0.0◦) induces a reduction of the lift gen-
erated by the airfoil compared to the straight edge configuration, as well as a favorable
pressure gradient going from the suction to the pressure side of the serration. On the
other hand, the camber-aligned serration (β= 13.2◦) yields to an increment of the airfoil
lift with respect to the non-serrated case and to the generation of an adverse pressure
gradient between the suction and pressure sides of the add-on. A more neutral behav-
ior is exhibited by the intermediate serration case (β= 6.6◦) for which, being the add-on
more aligned with the mean-flow streamlines leaving the airfoil trailing-edge (as it will
be shown in Sec. 4.4.5), there is no evident variation of the airfoil lift and only a weak ad-
verse pressure gradient is generated across the serration tooth, moving from the suction
to the pressure side.

Case 6 (α=−0.88◦) CL [-] CD [-]
Straight edge 0.419 0.007
Serr-chord - β= 0.0◦ 0.328 0.006
Serr-mid - β= 6.6◦ 0.411 0.007
Serr-camber - β= 13.2◦ 0.508 0.008

Case 7 (α= 4.62◦) CL [-] CD [-]
Straight edge 1.060 0.009
Serr-chord - β= 0.0◦ 0.982 0.010
Serr-mid - β= 6.6◦ 1.066 0.011
Serr-camber - β= 13.2◦ 1.179 0.012

Table 4.5: Effect of serration flap angle on sectional lift and drag coefficients.

Serration flap angles that increase the overall blade loading might impose additional
challenges from a structural viewpoint and require the addition of additional mass and
stiffness to the retrofitted blade, especially for wind turbine rotors. In terms of noise radi-
ation, the change in the steady airloads can affect both the steady loading noise and tur-
bulent boundary-layer trailing-edge noise generation. First, a serrated blade generating
more/less lift would eventually produce more/less steady loading noise at blade-passing
frequencies falling in the frequency range where turbulent boundary-layer trailing-edge
noise reduction due to serrations may occur. Second, a more loaded blade might cause
an earlier laminar-to-turbulent boundary-layer transition and yield to higher turbulent
pressure fluctuations approaching the serrated trailing-edge. This can have an impact
on the turbulent boundary-layer trailing-edge noise generation, in addition to that asso-
ciate to the local changes of the hydrodynamic field induced by a certain serration flap
angle. In view of this, the potential benefits on trailing-edge noise reduction given by a
specific serration flap angle, should be evaluated in conjunction with its impact on rotor
performances, aerodynamic loading, steady tonal noise and boundary-layer transition.
As mentioned earlier, for the configurations examined in this study, the serrations and
their flap angle do not significantly influence the boundary-layer transition process and
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the pressure statistics of the flow approaching the serrated trailing-edge. Therefore, it is
expected that the turbulent boundary-layer trailing-edge noise variations with respect to
the straight edge (Secs. 4.4.2 and 4.4.3) are primarily due to local flow changes induced
by the serration itself.

4.4.2. FAR-FIELD NOISE REDUCTION

The effect of the serration flap angle on the far-field trailing-edge noise reduction with
respect to the straight trailing-edge is analyzed in this subsection. For the three different
flap angles, Fig. 4.12 depicts the 1/3-octave band sound pressure level reduction with
respect to the straight trailing-edge, ∆Φaa = Φstr

aa −Φserr
aa (where Φstr

aa and Φserr
aa are the

far-field noise spectra of the straight and serrated edge, respectively), at the center of
the overhead microphone array (x = 0.19 m, y = 1.62 m, z = 0 m) for α = −0.88◦ and
α = 4.62◦. The normalized frequency range examined here is 4 < Stc < 32, which cor-
responds to a dimensional frequency ranging from 300 Hz to 2400 Hz. As expected, for
each case the noise reduction varies with the frequency, but different trends are observed
between the three different flap angles. The intermediate serration flap angle (β= 6.6◦)
shows the best noise suppression behavior among the three examined serration config-
urations, except for α = −0.88◦ and Stc < 7. For this configuration, a noise reduction is
observed throughout the frequency range of interest, with a maximum noise attenuation
of 4 dB at low and mid frequencies, forα=−0.88◦ (Figure 4.12(a)), and 6 dB at Stc ≈ 6, for
α = 4.62◦ (Figure 4.12(b)). On the contrary, the serrations aligned with the airfoil chord
and camber do not exhibit consistent trends as the airfoil angle of attack varies. Specifi-
cally, forα=−0.88◦ the camber-aligned serration outperforms the chord-aligned one by
providing a noise reduction up to Stc ≈ 13, after which an increment of the sound levels
is observed. A lower noise reduction is found for the latter. The opposite is observed
for the positive angle of attack case (α = 4.62◦), for which the chord-aligned serration
provides noise reduction up to Stc ≈ 20, with the highest attenuation of 5 dB at Stc ≈ 8,
whereas the camber-aligned one reduces noise only up to Stc ≈ 13, with the maximum
reduction of 5.5 dB at low frequency.
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Figure 4.12: Far-field noise reduction in 1/3-octave band ∆Φaa at (x = 0.19 m, y = 1.62 m, z = 0 m). A positive
value of ∆Φaa has the meaning of noise reduction with respect to the straight trailing-edge.
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These results are in line with earlier observations from Vathylakis et al. [146] for a
NACA 65(12)-10 airfoil. They experimentally observed that flap-up positions of the serra-
tion (with respect to a camber-aligned configuration) are more favorable for broadband
noise reduction, with the maximum noise reduction achieved for flap angles around 5◦.
Such a flap angle is similar to the β= 6.6◦ cases of the present study, which also showed
the best turbulent boundary-layer trailing-edge noise suppression behavior among the
three examined flap angles. As previously shown in Fig. 4.11 and Tab. 4.5, the interme-
diate flap angle case (β = 6.6◦) has only a negligible effect on the airfoil lift and drag
generation. Hence, in a serrated rotor/propeller configuration, it is not expected to con-
siderably affect the rotor performances and steady loading noise radiation, contrarily to
the chord- and camber-aligned cases.

4.4.3. FAR-FIELD NOISE DIRECTIVITY

To investigate the serration flap angle influence on the far-field noise pattern, Fig. 4.13
depicts the directivity plots of prms(θ)/prms for the straight and serrated cases and
for three different non-dimensional frequency ranges: 4 < Stc < 8, 8 < Stc < 16 and
16 < Stc < 32. They are obtained by evaluating the acoustic pressure through a FW-H
approach at 72 equally spaced microphones placed over a circular array of radius R = 1
m centered around the airfoil trailing-edge (Fig. 4.2(a)). The far-field noise levels are
reported in terms of the root mean square of the acoustic pressure prms(θ) normalized
by the mean value prms along the circular array of the straight edge case (where θ is
the trailing-edge observation angle: θ = 0◦ denotes the downstream aligned direction,
whereas θ = 90◦ denotes the suction side chord-normal view towards the trailing-edge).

For all cases and frequency ranges examined, a non-compact dipolar pattern is ob-
served, as expected by the value of Helmholtz number based on the airfoil chord, which
is higher than 0.5 for the lowest frequency band. As the frequency increases, the non-
compact behavior becomes more significant: the dipolar pattern tends to become asym-
metric with respect to the streamwise flow direction and secondary lobes are visible. For
each case, most of the noise is radiated along the chord-normal and upstream directions,
as known from the trailing-edge noise theory in the non-compact regime [37]. Moreover,
the lobe on the pressure side results to be generally more significant than that on the
suction side one for the cases examined here. Similar to what observed for the overhead
microphone array, the intermediate flap angle (β= 6.6◦) provides the highest noise sup-
pression for both positive and negative angles of attack and all the frequency ranges con-
sidered, except for 4 < Stc < 8. Moreover, for α = −0.88◦, the camber-aligned serration
shows noise reduction for all directions only at low frequency (4 < Stc < 8), whereas the
chord-aligned one also reduces noise in the mid frequency range (8 < Stc < 16) for some
directivity angles (195◦−270◦). At high frequency (16 < Stc < 32), both the chord- and
camber-aligned serrations increase the noise levels compared to the straight trailing-
edge for most of the observer angles. Forα= 4.62◦, the camber-aligned serration reduces
noise at low frequency (4 < Stc < 8), while increases it at high frequency (16 < Stc < 32)
for all directions. A similar far-field noise directivity to that of the straight edge is ob-
served at mid-frequency (8 < Stc < 16). A better noise suppression behavior is shown
by the chord-aligned serration, which manifests noise reduction also at mid frequency
for all directions, and at high frequency for some directivity angles (180◦−270◦). Finally,
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(a) Case 6, α=−0.88◦

(b) Case 7, α= 4.62◦

Figure 4.13: Far-field noise directivity patterns for three non-dimensional frequency ranges: 4 < Stc < 8, 8 <
Stc < 16 and 16 < Stc < 32. Straight edge (—), Serr-chord - β = 0.0◦ (—), Serr-mid - β = 6.6◦ (—) and Serr-
camber - β= 13.2◦ (—).

it is interesting to note that the serration flap angle not only alters the amount of noise
reduction or increment, but also the overall orientation of the non-compact dipole, with
the two lobes that tend to be tilted along the direction perpendicular to the serration
chord.

4.4.4. SERRATED TRAILING-EDGE SCATTERING

In this subsection, the effect of serration flap angle on the serrated trailing-edge scat-
tering is analyzed. This analysis follows that proposed by Avallone et al. [145] for the
analysis of the scattering of sawtooth and combed-sawtooth serrations retrofitted to a
NACA 0018 under zero lift conditions. The serration region, which extends from the last
2.5% of the airfoil surface up to the serration tip, is split into 10 strips, each of which
is independently used to compute the acoustic signature p ′(t ) in the far-field (x = 0.19
m, y = 1.62 m, z = 0 m) by means of the FW-H acoustic analogy. The strips are num-
bered from 1 to 10 and the strip 0 is used to account for the entire serration region, as
depicted in Fig. 4.14. The acoustic signature from each strip is used to compute the
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Figure 4.14: Sketch of the serration surface partition for scattering analysis.

Fourier transform of the cross-correlation between strips, i.e the cross-spectral density
Cij( f ), in order to highlight constructive and/or destructive interference of noise sources
distributed along the serration edge:

Cij( f ) =
� ∞

−∞

[� ∞

−∞
p ′

i(t )p ′
j(t +τ)dτ

]
e j 2π f t dt . (4.6)

The results from the cross-spectral density analysis are further integrated over the
three frequency bands considered so far and presented in Fig. 4.15 and Fig. 4.16 for
α = −0.88◦ and α = 4.62◦, respectively. In Figs. 4.15 and 4.16, the colored inner ma-
trix shows the magnitude of the cross-spectral density |Cij| between the i-th and j-th
strips normalized by the magnitude of the auto-spectral density of the entire serration
region |C00|. This matrix is symmetric by definition. Therefore, its main diagonal repre-
sents the magnitude of the auto-spectral density of the contribution from the i-th strip.
The outer grey matrix represents the values of cos(φi0), where φi0 is the phase angle of
the cross-spectral density Ci0 between the i-th strip and the entire serration region. If
cos(φi0) is close to 1, the contribution of the i-th strip is in phase with that of the over-
all serration, thus leading to constructive interference. The opposite situation occurs
for cos(φi0) close to -1. It should be pointed out that this analysis would, in principle,
neglect the constructive and/or destructive interference between the different serration
teeth. However, as previously mentioned, it has been verified that the spanwise coher-
ence length upstream the serrated trailing-edge is not significantly affected by the pres-
ence of the serration. Therefore, considering Fig. 4.10 and that s = 2λ, it can be inferred
that the pressure coherence length is smaller than the serration wavelength λ and no
coherent interference is expected between the different serrations. The spanwise coher-
ence length averaged along the serration will be shown in Sec. 4.4.6 to further support
this point. Finally, it is worth mentioning that each serration strip might contain scat-
tered noise from the other strips due to the compressible nature of the LBM scheme.
However, its contribution to the far-field noise is expected to be a small compared to
that associated to the hydrodynamic pressure fluctuations.

The magnitude of the cross-spectral density shows that, regardless of the flap an-
gle and airfoil incidence, the dominant sources of noise are mainly located at the root
of the serration. However, whilst at low frequency the main noise sources are confined
to the very beginning of the serration, they are much more distributed along the ser-
rated edge as the frequency increases. This is consistent with the findings of Avallone
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(a) Serr-chord - β= 0.0◦

(b) Serr-mid - β= 6.6◦

(c) Serr-camber - β= 13.2◦

Figure 4.15: Normalized cross-spectral density matrix (colored scale) between the different serration strips and
phase information (grey scale) with respect to the overall serration region, case 6 (α=−0.88◦).

et al. [145] for a symmetric airfoil retrofitted with sawtooth serrations at zero flap an-
gle and angle of attack. On the other hand, the phase angle results of the cross-spectral
density tend to partially differ from those of the above mentioned study. Indeed, they
found that the scattered waves at the central part of the serration destructively con-
tribute to the low-frequency far-field noise radiated by the entire serration region [145].
In the present study, none of the strips shows a strong out-of-phase noise radiation (i.e.
cos(φi 0) <−0.5) and only some moderate phase differences between the scattered waves
are found. This aspect is observed for all the angles of attack and flap angles examined
here. These findings suggest that, as the serration is at incidence with respect to the flow,
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(a) Serr-chord - β= 0.0◦

(b) Serr-mid - β= 6.6◦

(c) Serr-camber - β= 13.2◦

Figure 4.16: Normalized cross-spectral density matrix (colored scale) between the different serration strips and
phase information (grey scale) with respect to the overall serration region, case 7 (α= 4.62◦).

a lower destructive interference among the noise sources distributed along the serrated
edge is promoted compared to zero incidence serrations, thus resulting in a lower noise
suppression effectiveness of the serration itself. Interestingly, for the shallow negative
angle of attack case (α = −0.88◦), the mid-aligned serration (Fig. 4.15(b)) shows more
uniform values of the auto-spectral density, as well as larger phase differences between
the waves scattered from the noisiest strips and the overall serration region compared
to the chord- and camber-aligned ones (Figs. 4.15(a) and 4.15(c), respectively). These
aspects are responsible of a larger noise reduction [145, 165]. Similar results are ob-
served for α= 4.62◦ (Fig. 4.16), although, for this angle of attack, also the chord-aligned
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serration shows quite distributed noise sources along the serrated edge (Fig. 4.16(a)) and
some phase differences between the acoustic signatures radiated from the noisiest strips
and the overall serration.

4.4.5. MEAN FLOW AROUND THE SERRATED TRAILING-EDGE
The far-field noise analysis showed that for both the angles of attack considered in this
study, the serration mounted at an intermediate flap angle between the chord- and
camber-aligned configurations manifested the highest noise reduction. Moreover, the
analysis of the scattering behavior of the serration showed that, although the noise
sources are mainly localized at the serration root for each flap angle, they are more
distributed along the serrated edge for the β = 6.6◦ case. This might be caused by a
modification of the mean flow organization for different serration flap angles. Earlier
studies conducted by Howe [134], Chong & Vathylakis [140], Arce-León et al. [147] and
Avallone et al. [145] indicated that the flow alignment with respect to the serrated edge
represents one of the driving mechanisms that positively contributes to the noise reduc-
tion. In order to verify this finding, Figs. 4.17 and 4.18 depict the time-averaged flow
deflection angle ϕ over the serration, extracted at the closest voxels layer to the add-
on surface, with near-wall streamlines superimposed. The angle ϕ represents the de-
flection angle between the undisturbed and actual (local) streamlines, and is defined
as ϕ = tan−1(〈w〉/〈u〉), where 〈u〉 and 〈w〉 are the wall-parallel (i.e. directed as xs ) and
spanwise (i.e. directed as zs ) time-averaged flow velocity components, respectively. One
can note that a modification of the deflection angle ϕ results in a change of the effective
angle (i.e. the angle between the serrated edge and the local streamline) at which the
turbulent structures are convected over the slanted edge.

Suction side

Pressure side

Suction side

Pressure side

Suction side

Pressure side

Serr-chord – β = 0.0° Serr-mid – β = 6.6° Serr-camber – β = 13.2°

φ [deg] φ [deg]φ [deg]

φ [deg] φ [deg]φ [deg]

Figure 4.17: Contours of time-averaged near-wall flow deflection ϕ = tan−1(〈w〉/〈u〉) and streamlines, case 6
(α=−0.88◦).

For the shallow negative angle of attack case (Fig. 4.17) and flap angle β = 0.0◦, the
flow exhibits a pronounced outward motion (i.e. from the centerline of the serration
towards the serration edge) on the suction side at the root of the serration. On the pres-
sure side, a weaker inward motion (i.e. from the serration edges towards the centerline
of the serration) is visible. The opposite situation occurs for the camber-aligned serra-
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Suction side

Pressure side

Suction side

Pressure side

Suction side

Pressure side

Serr-chord – β = 0.0° Serr-mid – β = 6.6° Serr-camber – β = 13.2°

φ [deg] φ [deg]φ [deg]

φ [deg] φ [deg]φ [deg]

Figure 4.18: Contours of time-averaged near-wall flow deflection ϕ = tan−1(〈w〉/〈u〉) and streamlines, case 7
(α= 4.62◦).

tion (β= 13.2◦), whereas the β= 6.6◦ case shows an intermediate condition with respect
to the chord- and camber-aligned configurations, with the near-wall streamlines mostly
aligned with the streamwise direction. These aspects can be related to the overall noise
reduction performance of the intermediate configuration: the outward flow motion en-
hances the efficiency of the noise scattering of the sources on the serrated edge, as the
streamlines are more perpendicular to the local edge (i.e. larger effective angle). More-
over, for the chord and camber aligned cases, the large outward flow motion near the
root, on the suction side for β = 0.0◦ and on the pressure side for β = 13.2◦, might ex-
plain why the strongest noise sources are more localized towards the root for these an-
gles, whereas are more distributed along the edge for β = 6.6◦. Similar considerations
can be argued for the positive angle of attack case (Fig. 4.18). However, although the
level of misalignment between the local streamline and the serrated edge considerably
influences the efficiency of the noise radiation, it cannot be used to completely explain
the noise reduction, as pointed out by Arce-León et al. [142]. This might explain why the
camber-align serration (β = 13.2◦) performs similarly to (for α = 4.62◦) or even better
then (for α=−0.88◦) the intermediate one (β= 6.6◦) at low frequency, despite the large
flow deflection of the former on the pressure side.

Figure 4.19 depicts the time-averaged streamwise vorticity component 〈ωx〉 for var-
ious combinations of angles of attack and flap angles at five different uniformly spaced
cross-flow planes, spanning from the root to the tip of the serration. In addition, mean-
flow streamlines around the serration tooth are also shown. Streamwise contra-rotating
vortices generated around the slanted edges are visible for each case. The circulation as-
sociated to these horseshoe vortices tends to be more affected by the serration flap angle
than the airfoil angle of attack, as expected, due to the larger values of the former com-
pared to the latter. For the chord-aligned serration, these vortex pairs reveal a downwash
motion between the serrations and an upwash motion on the tooth itself. This effect oc-
curs for both α = −0.88◦ and α = 4.62◦, but it is more significant for the former. The
opposite situation takes place for the mid- and camber-aligned serrations, although it
turns out to be much more evident for the positive angle of attack case (α= 4.62◦). This
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transverse flow motion is induced by the pressure difference generated between upper
and lower sides of the serrations, being the serration at incidence with respect to the in-
coming flow, as previously shown in Fig. 4.11. It is interesting to note that the intensity of
the above mentioned streamwise vortices, which is more pronounced at the root of the
serration, is directly correlated with the level of flow misalignment with respect to the
streamwise direction observed in Figs. 4.17 and 4.18. A similar flow behavior was exper-
imentally observed by Arce-León et al. [142] for a NACA 0018 airfoil retrofitted with saw-
tooth serrations for different combinations of flap angles and angles of attack. Moreover,
it is interesting to note that the configurations that simultaneously show the larger horse-
shoe vortex intensity and its closer proximity to the serration tooth (Serr-chord/camber
for α = −0.88◦ and Serr-camber for α = 4.62◦) are also characterized by the lower lev-
els of far-field noise reduction. Presumably, the more intense three-dimensional vortex
dynamics leads to additional sound generation by interacting with the surfaces, thus re-
ducing the benefit of the serrations. From the far-field noise results (Fig. 4.12) and the
mean-flow streamlines around the serration (Fig. 4.19), it can be argued that the best-
suited orientation of the add-on in terms of turbulent boundary-layer trailing-edge noise
reduction is that for which the serration is oriented as the mean streamlines deviation
angle with respect to the tangent to the camber line.

Serr-chord – β = 0.0° Serr-mid – β = 6.6° Serr-camber – β = 13.2°

<ωx>/U∞c [-] <ωx>/U∞c [-] <ωx>/U∞c [-] x

y

z

(a) Case 6, α=−0.88◦

Serr-chord – β = 0.0° Serr-mid – β = 6.6° Serr-camber – β = 13.2°

x

y

z
<ωx>/U∞c [-] <ωx>/U∞c [-] <ωx>/U∞c [-]

(b) Case 7, α= 4.62◦

Figure 4.19: Contours of time-averaged normalized streamwise vorticity component with fluid streamlines
around the serrated trailing-edge (values −10 < 〈ωx 〉/U∞c < 10 not shown).

4.4.6. WALL-PRESSURE STATISTICS ALONG THE SERRATED EDGE
As already mentioned in Sec. 4.4.5, it is known that the level of serration-flow mis-
alignment plays a relevant role upon the efficiency of the noise scattering of a serrated
trailing-edge. However, it may not be sufficient to fully explain the resulting far-field
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noise [142]. Therefore, the pressure over the serrated edge is further investigated in terms
of power spectral density, spanwise coherence length and convection velocity, in order to
correlate the wall-pressure statistics to the radiated sound. These quantities are consid-
ered as they are those used in Amiet’s trailing-edge analytical model [166]. According to
this theory, higher wall-pressure spectrum, spanwise coherence length and convection
velocity lead to higher far-field noise radiation for a straight trailing-edge.

Figures 4.20 and 4.21 show the wall-pressure power spectral density Φpp for α =
−0.88◦ and α = 4.62◦, respectively. The wall-pressure spectra, directly obtained from
the LBM simulation, are computed along the slanted edge at three different streamwise
locations (xs /h = 0.2, xs /h = 0.5 and xs /h = 0.8) on both suction and pressure sides. For
each case presented, the magnitude of the wall-pressure fluctuations tends to generally
decrease from the root to the tip of the serration, confirming the observation that the
intensity of the noise sources is higher in proximity of the root. Low frequencies tend to
dominate the wall-pressure spectrum at the root of the serration, whereas a richer high
frequency content is observed in proximity of the tip. These results are in line with the
findings of Avallone et al. [145]. In addition, for both angles of attack, the mid-aligned
serration shows a much more uniform wall-pressure spectrum implying a more uni-
form distribution of the noise sources along the serrated edge compared to the other two
flap angles. These results are consistent with the previous cross-spectral density analy-
sis shown in Sec. 4.4.4. For β= 6.6◦, the wall-pressure fluctuations are generally smaller
than (or comparable to) those of the chord- and camber aligned serrations. This suggests
that another possible cause for the better noise suppression behavior of the mid-aligned
serration can be ascribable to the overall lower intensity of the pressure fluctuations scat-
tered at the serrated edge, which is related to the way the turbulent structures convect
over the serrated edge as a consequence of the specific serration flap incidence.

Figure 4.20: Wall-pressure spectra Φpp along the serrated edge for three streamwise locations (xs /h = 0.2,
xs /h = 0.5, xs /h = 0.8) on the suction and pressure sides, case 6 (α=−0.88◦).

Since the serration flap angle might alter the way the turbulent structures are con-
vected and distributed over the serrated edge, Figs. 4.22 and 4.23 show the spanwise
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Figure 4.21: Wall-pressure spectra Φpp along the serrated edge for three streamwise locations (xs /h = 0.2,
xs /h = 0.5, xs /h = 0.8) on the suction and pressure sides, case 7 (α= 4.62◦).

coherence length lz , the convection velocity uc and their product uc lz for α = −0.88◦
andα= 4.62◦, respectively. For both suction and pressure sides, the spanwise coherence
length lz is evaluated using Eq. (4.5) on the coherence function γ computed at three dif-
ferent streamwise locations on the serration (i.e. xs /h = 0.2, xs /h = 0.5 and xs /h = 0.8)
and averaging among them. Correspondingly, the convection velocity uc is calculated
along the serrated edge at the same streamwise locations on both suction and pressure
sides, using the spectral approach proposed by Romano [167] and adopted by Chong &
Vathylakis [140]:

uc ( f ) = 2πη
[∂φ
∂ f

]−1
, (4.7)

where φ is the phase calculated from the cross-spectral density of the wall-pressure sig-
nals between two points spaced by η along the local flow direction (i.e. the local stream-
line). Then, uc is further averaged over the three streamwise locations for suction and
pressure sides, respectively. This simplification of averaging lz and uc is carried out in
order to retrieve single frequency-dependent curves to be used for comparisons among
the different serration flap angles, similarly to [145]. Although not shown for the sake of
conciseness, it is noted that the spanwise coherence length lz generally decreases from
the root to the tip of the serration, for each angle of attack and serration flap angle ex-
amined. For each case, it is observed that the convection velocity uc tends to increase
from the root to the tip of the serration, in agreement with previous experimental evi-
dences [144, 147].

For a given side of the serration, similar trends of the spanwise coherence length
lz and convection velocity uc are found for the three different flap angles between
α = −0.88◦ and α = 4.62◦. For each case examined, lz decreases as the frequency in-
creases, showing a different decay rate depending on the flap angle and angle of attack
considered. For the mid- and camber-aligned serrations, lz generally shows higher val-
ues compared to the chord-aligned one on the suction side, while on the pressure side
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Figure 4.22: Spanwise coherence length lz (left), convection velocity uc (center) and their product uc lz (right)
on the suction (top) and pressure (bottom) sides, case 6 (α=−0.88◦).

Figure 4.23: Spanwise coherence length lz (left), convection velocity uc (center) and their product uc lz (right)
on the suction (top) and pressure (bottom) sides, case 7 (α= 4.62◦).

the chord- and mid-aligned cases show an overall larger spanwise coherence length than
the camber-aligned one. This is observed for both angles of attack and is more significant
for α= 4.62◦. Interestingly, for each flap angle, the different lz curves tend to collapse on
each other for Stc > 20. This is in agreement with previous findings obtained by Jones &
Sandberg [168] and Avallone et al. [145], who observed that serrations do not affect the
flow characteristics for high non-dimensional frequencies. A larger flow outward motion
along the serrated edge results in a smaller spanwise coherence length at low frequency
(and vice-versa), as shown in Figs. 4.17 and 4.22, and Figs. 4.18 and 4.23.

Regarding the convection velocity, rather constant curves of uc with respect to fre-
quency are found, with larger values observable on the pressure side of the serration.
While on the suction side the three flap angles show very similar values of uc , a larger
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scatter of the data is observed on the pressure side, with the mid- and camber-aligned
serrations showing the largest and the lowest values of uc , respectively. The larger con-
vection velocity for the mid- and chord-aligned cases might be associated to the pres-
ence of a more uniform flow over the serration compared to the camber aligned one, as
previously highlighted in Figs. 4.17 and 4.18. Note that the non-dimensional uc curves
fall within the commonly expected values of 0.5 and 0.8 [158].

According to the straight trailing-edge noise theory [166], larger values of uc and lz

would result in higher far-field noise levels. In contrast, for a serrated edge at zero inci-
dence, while an increment of uc might still result in a larger noise radiation, a higher
lz could be beneficial for noise reduction, due to the fact that it might promote de-
structive interference effects among scattered pressure waves within one correlation
length [145, 165]. The results shown in Figs. 4.15 and 4.16 indicated that, for each an-
gle of attack and serration flap angle, the noise sources distributed along the slanted
edge are characterized by only small or moderate phase differences. This suggests that
a larger spanwise coherence length would still result in a penalty in terms of noise re-
duction for the examined serrated cases, as for the convection velocity. For this reason,
it is worth assessing the combined effect of uc and lz on the effectiveness of sawtooth
serrations at incidence in reducing noise, by considering their product uc lz . As depicted
in Figs. 4.22 and 4.23, the three different flap angles show quite similar uc lz on the suc-
tion side for both angles of attack. Conversely, on the pressure side, the camber-aligned
serration shows a smaller uc lz at low frequency compared to the mid- and chord-aligned
serrations. This aspect might explain why, at low frequencies, the camber-aligned serra-
tion showed a noise reduction higher than that associated to the other two flap angles
(Figs. 4.12 and 4.13), despite the more pronounced outer motion of the flow convecting
over it compared to the mid- and chord-aligned cases (as shown in Figs. 4.17 and 4.18).

In view of the above, one could conclude that the primary mechanisms by which
the serration flap angle affects the trailing-edge noise reduction effectiveness of saw-
tooth serrations are by means of a variation of: (i) the effective angle at which the tur-
bulent structures are convected over the trailing-edge; (ii) the convection velocity and
spanwise coherence length along the serration; (iii) the intensity of the hydrodynamic
wall-pressure fluctuations that are scattered along the slanted edge. Among them, the
variation of the hydrodynamic wall-pressure fluctuations and the flow effective angle
are believed to be the most essential mechanisms through which the serration flap angle
influences the way a sawtooth serration reduces noise. This is suggested by the larger
level of correlation with the far-field noise reduction showed by the modification of the
aforementioned flow quantities compared to the variation of both spanwise coherence
length and convection velocity.

4.5. CONCLUSIONS
The flow field around a NACA 64-618 airfoil with and without serrations and its result-
ing turbulent boundary-layer trailing-edge noise were investigated at different airfoil an-
gles of attack and serrations flap angles. The natural boundary-layer transition cases of
the AIAA BANC-V Workshop Category 1 (cases 6 and 7) were considered as benchmark
for the validation of the computational setup for the straight trailing-edge cases. The
numerical flow solution was obtained by using the fully explicit, transient and com-
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pressible lattice-Boltzmann equation implemented in the CFD/CAA solver SIMULIA
PowerFLOW®. The aerodynamic noise generated by the scattering of the hydrodynamic
pressure fluctuations at the airfoil trailing-edge was estimated by using an acoustic anal-
ogy based on Farassat’s formulation 1A of the FW-H equation applied to the airfoil sur-
face.

A grid convergence study was conducted for the straight trailing-edge cases to verify
the independence of the numerical results from the computational mesh. It was carried
out in terms of mean pressure distribution, turbulent boundary-layer pressure and ve-
locity statistics in proximity of the trailing-edge and far-field noise radiation for three dif-
ferent computational grids. It showed a good level of grid convergence for the medium
resolution grid, which was consequently used for the analysis of the serration flap angle
effects. Overall, the numerical results compared satisfactorily against the experimental
data in terms of airfoil pressure distribution, boundary-layer profiles, far-field noise radi-
ation and spanwise coherence length. A large over-prediction of the wall-pressure spec-
trum in proximity of the straight trailing-edge was observed for both cases 6 and 7. How-
ever, semi-empirical wall-pressure spectrum predictions were found to compare more
favorably with the numerical results. A cross comparison between numerical results, ex-
periments, and semi-analytical far-field noise predictions (fed with experimental wall-
pressure spectra) suggested that the discrepancies observed between the numerical and
experimental results could be due to a combination of factors in both simulations and
experiments.

After the assessment of the computational setup for the straight trailing-edge cases,
the influence of the serration flap angle on their noise reduction effectiveness was in-
vestigated. The NACA 64-618 airfoil was retrofitted with sawtooth serrations mounted at
three different flap angles for both cases 6 and 7. Chord- and camber-aligned serrations,
as well as an intermediate flap angle configuration, were considered for each airfoil an-
gle of attack. The analysis was carried out in terms of mean airfoil pressure distribution,
far-field noise radiation, serration scattering and near-wall hydrodynamic flow topol-
ogy and statistics. For the angles of attack considered, the mid-aligned serration was
found to have a minimal impact on the airfoil pressure distribution and to generate only
a low pressure gradient across the serration, implying that this configuration should not
considerably affect the performances and steady loading noise when retrofitted to a ro-
tor/propeller blade. Moreover, it manifested the overall best noise suppression behavior
for each angle of attack examined, except at very low frequencies, while the chord- and
camber-aligned ones showed opposite noise reduction behaviors depending on the spe-
cific airfoil angle of attack. The analysis of the add-ons scattering effects showed that, for
all the angles of attack and flap angles considered, no large phase differences between
the acoustic waves scattered by each serration strip and the overall serration occur. This
suggested that no (or only minimal) destructive interference among noise sources dis-
tributed along the serrated edge is promoted when a serration is at incidence, compared
to zero incidence cases. For each case examined, it was observed that most of the noise
was generated at the root of the serration, although the mid-aligned one showed a more
uniform distribution of the noise sources along the slanted edge compared to the two
other configurations.

The serration flap angle was found to affect the far-field noise emission primarily
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through a modification of: (i) the effective angle at which the turbulent structures are
convected over the serrated edge; (ii) the convection velocity and spanwise coherence
length along the serration; (iii) the intensity of the hydrodynamic wall-pressure fluctu-
ations that are scattered along the serrated edge. Among them, the first and last phe-
nomena are expected to play the most important role upon the far-field noise reduction,
while the combined variation of the convection velocity and spanwise coherence length
is found to influence the noise mitigation mainly at low frequency.



5
PROPELLER NOISE I: TRIP EFFECTS

ON PERFORMANCE AND NOISE

PREDICTIONS

Against that positivism which stops before phenomena, saying "there are only facts",
I should say: "no, it is precisely facts that do not exist, only interpretations".

Notebooks (Summer 1886 – Fall 1887), Friedrich Wilhelm Nietzsche

Chapter 4 presented the prediction and investigation of airfoil broadband trailing-edge
noise for a blade segment at incidence, with and without serration, and undergoing nat-
ural laminar-to-turbulent boundary-layer transition. In the present chapter, the focus is
enlarged to a complete propeller geometry operating at low-Reynolds numbers. Broad-
band self-noise prediction of low-Reynolds number propellers is particularly challenging,
due to the requirement for the employed computational method to emulate the complex-
ity of the laminar/turbulent boundary-layer behavior on the blade. A zig-zag transition
trip on the propeller blades is used in the numerical setup to reproduce resolved turbulent
pressure fluctuations in the boundary-layer for broadband noise computation at engi-
neering level and relatively low computational cost. The effect of using a transition trip
to simulate low-Reynolds number propellers, as well as the impact of its chordwise posi-
tion on the calculation of performances and radiated noise, is outlined. The trip position
marginally affects the thrust and to a slightly larger extent the torque prediction. Tonal
noise at the blade-passing frequencies does not show a relevant sensitivity to it, whereas
broadband noise is found to be slightly more influenced by the chordwise position of the
trip, especially at high advance ratios. The low sensitivity of the numerical results to the
trip location, as well as their good agreement with loads and noise measurements carried
out in the A-Tunnel of TU-Delft, demonstrates the robustness of the proposed approach
for industrial applications.

Parts of this chapter have been published in the AESCTE journal (2021) [169].
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5.1. INTRODUCTION

I N recent years, the aeroacoustics associated to low-Reynolds number propellers
(Rec < 1 ·105 based on the chord at 75% of the blade radius) has significantly gained

the attention in the aerospace community [170–174], due to the rapid expansion of small
rotary-wing UAVs1 for commercial, scientific or recreational applications, as well as to
the emergent market of propeller-driven PAVs2 for on-demand urban air transport [10].
Since these are full-electric and battery-powered vehicles that are expected to operate
in densely populated areas, high propulsive efficiency and low-acoustic footprint repre-
sent essential target of their design process, with the aim of increasing endurance and
limiting noise nuisance towards the community [10].

Due to the lower blade tip velocity of small-scale propellers compared to tradi-
tional helicopter rotors, broadband self-noise - in the form of turbulent boundary-layer
trailing-edge noise - becomes a relevant contributor to the far-field acoustics in addition
to steady/unsteady loading and thickness noise [11]. Turbulent boundary-layer trailing-
edge noise is associated to the scattering of the hydrodynamic pressure fluctuations,
within the turbulent boundary-layer developing over the blade surface, when they pass
a geometrical singularity such as a sharp trailing-edge [35], as discussed in Sec. 2.1.1.
Moreover, the performance and noise signature of propellers operating at low-Reynolds
numbers can be significantly affected by the behavior of the boundary-layer developing
over the blades. In the low-Reynolds number regime, the boundary-layer remains lami-
nar for a relatively large extension of the blade chord and possibly separates. The result-
ing separated shear layer, depending on the local angle of attack, Reynolds number, air-
foil characteristics and incoming flow conditions, can reattach as either a laminar or tur-
bulent boundary-layer and lead to the formation of a laminar separation bubble [43, 45].
The position and length of the laminar separation bubble are mainly influenced by the
local airfoil angle of attack and Reynolds number [45], and can have a detrimental im-
pact on both propeller performances [175] and noise emissions [48].

The presence of a laminar separation bubble can significantly alter the airfoil pres-
sure distribution, resulting in an increment of the drag generated by the local blade sec-
tion [176]. Furthermore, a feedback loop between hydrodynamic instability waves in the
boundary-layer and acoustic waves, associated to the scattering of such instabilities at
the trailing-edge, can lead to a significant noise increment when the laminar separation
bubble is sufficiently close to the trailing-edge [47], with narrowband tones over a broad-
band hump featuring the corresponding far-field noise spectrum for 2D airfoils [38], as
discussed in Sec. 2.1.1. In rotor applications, a high frequency broadband hump was
reported in the far-field noise spectrum in the presence of a laminar separation bub-
ble on the blade surface in previous experimental studies, with [47] and without [47–
49] the emergence of a strong tonal content strictly ascribable to the acoustic feedback
loop. The presence of a broadband hump with no tonal contribution was associated to
the mere trailing-edge scattering of instability waves without the occurrence of a proper
acoustic feedback [47].

The accurate prediction of low-Reynolds number propellers aerodynamics and
aeroacoustics is a quite challenging topic from a computational perspective. Low-

1Unmanned Aerial Vehicles.
2Personal Aerial Vehicles.
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fidelity approaches such as BEMT3-2D viscous panel methods for propeller loading
computation (in which 2D viscous panel method computations are used to provide
the sectional force coefficients for the BEMT calculation) [49] coupled with compact
monopole/dipole FW-H formulations for far-field noise radiation [177], can provide
very good forces prediction [49], as well as tonal noise estimation within 2-5 dB accu-
racy [49, 171], at a negligible computational cost. However, the accuracy of such ap-
proaches is limited as far as turbulent boundary-layer trailing-edge noise prediction is
also concerned, due to the relatively low predictive capability of the semi-empirical wall-
pressure spectrum models that are often used in their semi-analytical trailing-edge noise
models [11, 49]. A recent benchmark study on a small-scale propeller aeroacoustics con-
ducted by Casalino et al. [49] showed a large sensitivity of broadband noise to the partic-
ular wall-pressure spectrum model employed, with a scatter of broadband noise predic-
tions within 30 dB among the different models.

Higher fidelity scale-resolving methods, such as DES4 [29], hybrid RANS/LES5 [29] or
LBM/VLES, represent more accurate approaches to compute both tonal and broadband
rotor/propeller noise at computational cost that is lower than that required by LES and
complies with industrial turnaround times. Nevertheless, these hybrid CFD methods
may suffer in accurately predicting flows characterized by shallow regions of boundary-
layer separation and re-attachment [80]. Moreover, they typically rely on the presence of
a sufficiently high level of flow instabilities in the numerical solution to switch from mod-
eled to scale-resolving turbulence mode, and thus to generate an unsteady resolved tur-
bulent content [178], which is essential for the sake of turbulent boundary-layer trailing-
edge noise prediction. Such shortcomings make capturing laminar separation bubbles
and laminar-to-turbulent boundary-layer transition, as well as the associated trailing-
edge noise radiation, quite challenging problems to be addressed with these hybrid CFD
methods.

In this chapter, the commercial CFD/CAA solver SIMULIA PowerFLOW®, based on
a Lattice-Boltzmann Method hybridized with a Very Large Eddy Simulation (LBM-VLES)
model for turbulence, is employed with a computational approach to emulate the flow
complexity of low-Reynolds number propellers and predict the resulting far-field noise
radiation. The aerodynamic noise generated by the propeller is evaluated by using an
acoustic analogy based on Farassat’s formulation 1A of the Ffowcs Williams & Hawk-
ings’ (FW-H) equation applied to the propeller surface. Similarly to DES or global hy-
brid RANS-LES approaches, the LB-VLES method used in this work relies on the pres-
ence of some instabilities in the numerical flow solution to force the VLES turbulence
model to enter into the scale-resolving mode. This paper proposes a computational ap-
proach based on the usage of a low-intrusive zig-zag transition trip to address this as-
pect. The zig-zag trip constitutes a geometric imperfection on the blade surface that
guides the VLES turbulence model towards a scale-resolving mode and triggers the for-
mation of vortical structures, with scales able to emulate the complexity of the low-
Reynolds boundary-layer on the blade, which is required for turbulent boundary-layer
trailing-edge noise computation. The validation of such an approach is accomplished

3Blade Element Momentum Theory.
4Detached Eddy Simulation.
5Reynolds-Averaged Navier-Stokes/Large Eddy Simulation.
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by comparison with forces and noise measurements carried out in the A-Tunnel of TU-
Delft. Two different tripping approaches are considered by placing the trip arbitrarily
on the quarter-chord line of the blade, and along the expected turbulent boundary-layer
transition line, as predicted by a BEMT code coupled with a 2D viscous panel method.
With this regard, the present study is aimed at: (i) assessing the proposed computational
approach to predict the performances and noise radiation associated to low-Reynolds
number propellers; (ii) analyzing the impact and limitations of using a transition trip for
low-Reynolds number propeller simulation, as well as to investigate the effect of the trip
line location on the propeller loads and noise radiation.

The rest of the chapter is organized as follows. Section 5.2 describes the propeller
geometry, operating conditions and computational setup that are used in this study. The
numerical results are presented and discussed in Sec. 5.3. Finally, the main conclusions
of this work are summarized in Sec. 5.4.

5.2. TEST-CASE AND COMPUTATIONAL SETUP
The geometry used in this study (shown in Fig. 5.1(a)) is a two-bladed propeller designed
at TU-Delft and derived from an APC 9x6 propeller. It is characterized by a radius R
of 0.15 m and NACA 4412 airfoil sections, which are merged with the propeller hub by
elliptical sections (for r < 0.01 m). The airfoil chord and twist spanwise distributions are
shown Fig. 5.1(b).
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Figure 5.1: Propeller geometry, coordinate systems, airfoil chord and twist spanwise distributions.

The propeller hub radius is 1.25 cm and connected to a nacelle of 5 cm diameter and 52
cm length. The propeller geometry under examination has been experimentally tested
in the A-Tunnel of TU-Delft and used for low-Reynolds number propeller benchmark-
ing. A detailed description of the propeller geometry and experiment that is used as
benchmark in this work can be found in Refs. [49, 179]. Figure 5.1(a) shows the free-
stream (x f , y f , z f ) and blade coordinate (xb , yb , zb) systems that are used in this study.
The former is rigidly connected to a ground-fixed reference frame, whereas the latter
rigidly rotates with the blade geometry. The free-stream velocity V∞ is directed along
the x-axis of the free-stream coordinate system. The propeller is operated at fixed an-
gular velocity (n = 83.33 rps, i.e. ω = 523.6 rad/s) and five different advance ratios
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J = 0.0,0.24,0.4,0.6,0.8 (where J = V∞/(nD), with n denoting the revolutions per sec-
ond (rps) and D the propeller diameter), by varying the free-stream velocity from 0 to 20
m/s. The resulting tip Mach number is 0.23 and the Reynolds number based on the local
airfoil chord and velocity ranges between 5 · 104 and 1 · 105 across the different section
and axial velocity conditions. The free-stream static pressure and temperature consid-
ered are p∞ = 99000 Pa and T∞ = 293.15 K, respectively.

Figure 5.2(a) depicts the computational setup used in this study. The computational
fluid domain is a spherical volume of 325D radius centered around the propeller. Free-
stream static pressure and velocity, and turbulence intensity of 0.1% of the free-stream
velocity are prescribed on its outer boundary. The experimental wind tunnel geometry
is not modeled in the computational setup. An acoustic sponge is used to dissipate the
out-going acoustic waves and minimize the backward reflection from the outer bound-
ary and reproduce a full anechoic digital environment. The acoustic sponge is defined
by two concentric spheres of radius 15D and 55D , respectively, centered around the pro-
peller. The fluid kinematic viscosity is gradually increased starting from its physical value
within the inner sphere, up to an artificial value two orders of magnitude higher outside
the outer one.

(a) Computational setup (b) Near body mesh

(c) Trip line distributions: Opty∂B-BEMT trips (red) and x/c = 0.25 trip (blue)

Figure 5.2: Sketch of (a) computational setup (not drawn to scale), (b) near body mesh and (c) trip line distri-
butions on the blade suction side.

Since one of the goals of the present study is to predict trailing-edge noise of low-
Reynolds number propellers, with turnaround times feasible for industrial applications,
it is necessary to resolve part of the energy spectrum associated to the turbulent pres-
sure fluctuations in the simulated boundary-layer. Hence, a zig-zag transition trip of
0.17 mm thickness, 0.9 mm amplitude and wavelength is used on the suction side of the
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blade (for r /R > 0.2) to drive the LBM-VLES scheme from turbulence modeling to scale-
resolving behavior and trigger the formation of vortical structures, with scales capable of
emulating the complexity of a low-Reynolds number boundary-layer at a relatively low
computational cost. The zig-zag topology is preferred to other trip shapes due to its high
efficiency and low critical roughness height-based Reynolds number in initiating tran-
sition [180]. The height of 0.17 mm, corresponding to three finest voxels, is selected to
ensure that the flow volume surrounding the trip is sufficiently discretized, according to
the employed computational mesh, and that the trip is able to initiate transition regard-
less its chordwise position for the sake of industrial robustness. Indeed, the blade suc-
tion side is tripped considering two different strategies: (i) trip line arbitrary positioned
at 25% of the chord; (ii) trip distributed along the expected boundary-layer transition
line (i.e. at the end of the laminar separation bubble) as predicted by Opty∂B-BEMT , a
BEMT code coupled with a 2D viscous panel method developed by Dassault Systèmes.
The former is a modeling choice that might be followed in absence of any information
on the boundary-layer transition process, while the latter represents an approach more
consistent with the physics of the problem, according to which transition is likely to oc-
cur across the laminar separation bubble reattachment line. For both cases, no trip is
placed on the blade pressure side, since no laminar-to-turbulent boundary layer tran-
sition is expected to occur by the BEMT/2D-viscous panel method code. Figure 5.2(c)
shows the trip line positions predicted by the BEMT model for the different advance ra-
tios considered, as well as the configuration with trip located at 25% of the blade chord.
Portions of the trip line above the 80% of the chord were omitted from the generation of
the zig-zag trip to avoid placing the trip excessively close to the blade trailing-edge and
promoting an undesired flow separation.

Figure 5.2(b) shows the details of the computational setup and mesh in proximity of
the propeller geometry. The propeller and hub are encompassed by a volume of revo-
lution that defines the Local Reference Frame (LRF), namely the rotating sliding mesh
domain used to reproduce the propeller rotation. The solid FW-H integration surface
used to compute the far-field noise radiation coincides with the propeller, hub and na-
celle surfaces. A total of 16 Variable Resolution (VR) regions are used to discretize the
whole fluid domain, with the finest resolution level (VR15) placed around the blade trip
and trailing-edge. A resolution of 200 voxels along the mean chord (22.85 mm) is used in
the second finest resolution level (VR14), resulting in a smallest voxel size of 0.06 mm, a
mean y+≈ 5 on the blade surface and an overall mesh size of 107 million voxels. Simula-
tions are performed using the low-subsonic LBM/VLES solver implemented in SIMULIA
PowerFLOW® 6-2019-R4 (see Sec. 3.2). The computational cost is 840 CPUh/rev on a 430
cores cluster with Intel Xeon CPU E5-2697 2.6 GHz. The whole fluid domain is initialized
with the instantaneous flow solution from a statistically converged coarser simulation.
Hence, after a settling time corresponding to 2 propeller revolutions, the sampling of
relevant flow data is started for 10 additional revolutions. Acoustic data is sampled at
365 kHz with spatial averaging of 0.5 mm on the solid FW-H integration surface. Fourier
transformed data is obtained with 2 Welch blocks, 50% overlap and Hanning windowing,
corresponding to a bandwidth of 16.6 Hz (BPF6= 0.1).

6Blade-Passing Frequency.
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5.3. NUMERICAL RESULTS
In this section, the LBM-VLES results, obtained by tripping the blade suction side at
x/c = 0.25 and along the boundary-layer transition line location predicted by Opty∂B-
BEMT , are presented. The numerical results are compared against the measurements car-
ried out in the A-Tunnel of TU-Delft to assess the capability of the employed computa-
tional approach to predict the performances and aeroacoustics of low-Reynolds number
propellers at engineering level. No transition trip was employed in the experimental data
reported in the following. Since no acoustic data was measured at V∞ = 20 m/s, due to
the relatively high background noise in the experimental setup, the aeroacoustic analysis
is limited to only J between 0.0 and 0.6. Hence, results for J = 0.8 are presented only in
terms of thrust and torque coefficients. The grid independence of the numerical results
was verified in a previous study carried out by the author [49].

5.3.1. MEAN THRUST, TORQUE AND PROPULSIVE EFFICIENCY
Figure 5.3 shows the comparison between the experimental and numerical thrust (CT )
and torque (CQ ) coefficients, and propulsive efficiency (η) at different advance ratios,
which are computed as follows:

CT = T

ρn2D4 , CQ = Q

ρn2D5 and η= JCT

2πCQ
, (5.1)

with T and Q being the mean propeller thrust and torque, n the number of revolutions
per second and D the diameter.
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Figure 5.3: Thrust (left), torque (center) and propulsive efficiency (right) coefficients at different advance ratios
ranging between J = 0.0 and J = 0.8. Comparison between measurements and numerical solutions obtained
with the x/c = 0.25 and Opty∂B-BEMT trips.

As shown in Fig. 5.3, the thrust coefficient is predicted in a satisfactory way. The CT is
quite insensitive to the two different ways of tripping the blade suction side between
J = 0.0 and J = 0.6, where the two CT curves, obtained by tripping the blade at x/c = 0.25
and along the expected boundary-layer transition line, provide almost identical thrust
values. Contrarily, a small difference is observed between the two numerical solutions
at J = 0.8, as no zig-zag trip is applied on the blade suction side for the Opty∂B-BEMT trip
case at this advance ratio (since the BEMT-trip line position completely exceeded the
80% of the chord for the entire blade span, see Fig. 5.2(c)). Overall, the numerical results
tend to slightly underestimate the thrust generated by the propeller, except at J = 0.8 for
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the untripped numerical solution (Opty∂B-BEMT trip case). Although not shown for the
sake of conciseness, it is observed that at J = 0.8 the presence of the trip causes a slightly
reduction of the suction peak at the leading-edge, thus yielding to a certain thrust de-
crease, compared to the untripped case (i.e. Opty∂B-BEMT ). This trip effect on the pres-
sure coefficient distribution will be briefly illustrated in Sec. 5.3.6, while discussing the
sensitivity of the numerical results to the reduction of the trip thickness for J = 0.0.

Regarding the torque coefficient, the numerical predictions are in a good agreement
with the experimental results for low and high values of the advance ratio, although the
numerical CQ does not show the slope sign inversion around J = 0.24 observed in the
measurements. For intermediate J , the agreement between numerical and experimen-
tal results decreases, with the former generally showing lower values compared to the
latter. A transition trip is known to provide a local increment of the skin friction across
the trip itself, in addition to that associated to an earlier transition, and thus to provide
some drag increment of the local airfoil section compared to an untripped case [181].
However, as previously mentioned, the trip is also responsible for a certain attenuation
of the suction effect at the leading-edge in the current computations, which in turn is
associated to a lower local airfoil drag generation. In addition, due to the presence of
the trip, no laminar separation bubbles occur in the numerical simulations, which are
known to increase the local airfoil drag [182] and thus the overall propeller torque. These
aspects might represent the causes of the torque under-prediction in the numerical re-
sults despite the use of a transition trip.

Finally, the propulsive efficiency of the propeller is predicted in a very satisfactory
way, except at J = 0.8 for the computational setup with trip at 25% of the chord. However,
it should be recalled that the propulsive efficiency becomes very sensitive to even small
discrepancies in the prediction of CT and CQ at nearly non-thrusting advance ratios,
such as J = 0.8 in the present study, due to the relatively low values of both thrust and
torque at such conditions. Interestingly, the thrust and torque discrepancies at low-to-
intermediate J tend to cancel out in the computation of η. The fact that thrust, torque
and propulsive efficiency are weakly sensitive to the trip chordwise location highlights
the industrial robustness of the proposed approach, which can be used with sufficient
confidence for the sake of low-Reynolds number propeller performance prediction.

5.3.2. FAR-FIELD NOISE

Figure 5.5 shows, for J between 0.0 and 0.6, the comparison between numerical and
experimental far-field noise power spectral densities Φaa against the frequency f nor-
malized by the Blade-Passing Frequency (BPF = 167 Hz). Two different microphones in
the free-stream coordinate system are considered: Mic. 7 (0.0 m, 1.2 m, 0.0 m) and Mic.
11 (-0.75 m, 1.2 m , 0.0 m), respectively located in and out of the propeller plane, as de-
picted in Fig. 5.4. For each microphone and advance ratio, the unloaded (i.e. without
the propeller) electric motor noise (in orange) and the background noise (in green) of
the wind tunnel are reported to further support the discussion. To support the analysis
of the numerical results, it is worth mentioning that the main sources of uncertainty in
the experimental spectra are represented by: (i) the background noise below the wind
tunnel cut-off frequency (∼200 Hz), which is responsible for the large broadband noise
levels at low frequencies; (ii) the loaded electric motor noise and the non-perfect bal-
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ance of the blades that cause the rise of low-frequency tones at harmonics of the shaft
frequency (BPF 0.5, 1, 1.5, etc.); and (iii) the unloaded electric motor noise, which gener-
ally adds mid-frequency tonal contributions (approximately between BPF 5 to 25) to the
far-field noise spectrum [49, 179].
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Figure 5.4: Sketch of the microphone array used of far-field noise computation (drawn not to scale).

As shown in Fig. 5.5, the position of the transition trip on the blade suction side does
not significantly affect the tonal noise component generated by propeller, even at high
advance ratios where the x/c = 0.25 and Opty∂B-BEMT trip lines are distributed in a rather
different way. For J = 0.0, the amplitude of the tone at BPF 1 is nearly the same for both
the x/c = 0.25 and Opty∂B-BEMT trip cases. For increasing advance ratios, the tone at
BPF 1, for the solution with trip at 25% of the chord, tends to be slightly larger than that
with the BEMT trip, up to a maximum difference of about 1 dB at J = 0.6. This aspect is
consistent with the thrust results presented in the previous section, which showed that
the different trip position has a negligible impact on the thrust generation. Overall, the
prediction of the BPF 1 tone is quite satisfactory compared to the measurements for all
the operation conditions considered. However, while for the microphone upstream the
propeller (Mic. 11), the value of the tone at BPF 1 is predicted within 1 dB difference
with respect to the measurements, its prediction worsen up to an under-prediction of
3-4 dB for in-plane observer positions. Such a directional increase of the BPF 1 tone
mismatch, that was also observed when comparing the measurements against BEMT-
compact dipole/monopole FW-H noise computations [49], cannot be solely attributed
to the lower thrust prediction observed in Fig. 5.3, whose impact on the radiated tonal
noise is expected to be about 1.5 dB according to BEMT-compact monopole/dipole FW-
H computations [49]. It might be also related to the experimental imperfect balance of
the blade loading that leads to the generation of harmonics of the shaft frequency, as
well as the wind-tunnel acoustic confinement effect at low frequency (i.e. test room not
fully anechoic below 200 Hz).
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Figure 5.5: Far-field noise power spectral densityΦaa for in-plane (Mic. 7) and out-of-plane (Mic. 11) observer
positions. Comparison between measurements and numerical solutions obtained with x/c = 0.25 and Opty∂B-
BEMT trips. Unloaded electric motor noise (−) and facility background noise (−) reported for reference.
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As expected, the numerical results do not show the multitude of tones at the har-
monics of the shaft frequency, not strictly related to the BPF, that characterize the exper-
imental data. As previously mentioned, such tones are associated to some imperfections
of the experimental setup and, in particular, to the loaded electric motor noise and the
non-perfect balance of the blades (below BPF 5), and to the unloaded electric motor
noise (approximately between BPF 5 to 25).

Contrarily to the tonal component of the noise, broadband noise is more influenced
by the chordwise distribution of the trip line. Since the BEMT-predicted trip lines are
distributed similarly to the x/c = 0.25 case at low advance ratios than at high ones, it is
reasonable to expect that similar boundary-layer development and turbulent boundary-
layer trailing-edge noise emissions take place at low J in the numerical simulations, and
that opposite situation occurs at large advance ratios. This aspect begins to be noticeable
at J = 0.4, although it is more clearly visible at J = 0.6. For intermediate advance ratios
(J = 0.24−0.4), the agreement between measurements and numerical solutions is fairly
good. On the other hand, in hover (J = 0.0) and at high advance ratio (J = 0.6), the nu-
merical results show a certain over-prediction and under-estimation of the broadband
noise levels, respectively.

For J = 0.0, the larger broadband noise might be attributed to excessively high turbu-
lent pressure fluctuations generated in the boundary-layer, promoted by the presence of
a transition trip in combination with high blade loading conditions. Under such condi-
tions, the flow experiences a higher local acceleration on the blade suction side, which
would in principle require a lower trip height to initiate transition compared to higher
advance ratio cases and/or more downstream trip placements, according to considera-
tions based on the critical roughness height-based Reynolds number [181]. Hence, it is
reasonable to expect that the same zig-zag trip height can lead to the development of
higher turbulent fluctuations in boundary-layer under higher blade loading, as it will be
qualitatively illustrated in Sec. 5.3.3. A sensitivity study of the numerical results to the
trip thickness for J = 0.0 will be presented in Sec. 5.3.6 to further discuss - in the limit
of the employed near-wall resolution - the boundary-layer over-tripping and the broad-
band noise over-prediction in hover.

Regarding the under-prediction of broadband noise for J = 0.6, it can be attributed
to the absence of the laminar separation bubble and the associated acoustic feedback
mechanism in the numerical solution. Such phenomena, which were observed to be the
cause for the high frequency noise increment and broadband hump in the experimental
data [49], are not captured in the present numerical results. This is due to the usage of
a transition trip to force the turbulence model to enter into scale-resolving mode and
initiate transition. However, it is worth mentioning that even in absence of the tripping
device, the laminar separation bubble would be unlikely captured in the numerical so-
lution, due to the intrinsic difficulties of the employed numerical method in capturing
shallow regions of boundary-layer separation and reattachment. This aspect motivates
once more the choice of using a zig-zag trip for such low-Reynolds number cases for the
sake of broadband noise prediction at engineering level.

This subsection concludes the validation of the proposed computational approach,
which is aimed at providing an industrial solution for the prediction of performances
and tonal/broadband noise of propellers operated at low-Reynolds numbers. The fol-
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lowing subsections provide some insights on the numerical results to further support
the discussion on the effect of using a transition trip to simulate low-Reynolds number
propellers, as well as the impact of its chordwise position on performances and radiated
noise.

5.3.3. MEAN AND TURBULENT VELOCITY FIELDS

Figures 5.6 and 5.7 respectively show the contours of the time-averaged velocity magni-
tude (Vr , expressed in the non-inertial reference frame rotating at the propeller angular
velocityω) and of the root-mean-square (Vr ms ) for the two numerical solutions obtained
with trip at x/c = 0.25 and along the BEMT-predicted transition line for J = 0.0−0.6. The
airfoil section considered is that at 70% of the blade span, which is expected to be repre-
sentative of the overall aerodynamic behavior of the blade. The time-averaged velocity
magnitude and the rms values are then normalized by the free-stream velocity experi-
enced by the airfoil section in the body-fixed reference frame rigidly rotating with the

blade, i.e. Vr∞ =
√

V 2∞+ (ωr )2.
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Figure 5.6: Time-averaged velocity magnitude contours for the blade section at r /R = 0.7. Comparison be-
tween x/c = 0.25 (top) and Opty∂B-BEMT (bottom) trip computational setups.

Interestingly, the time-averaged velocity magnitude fields (Fig. 5.6) show the more in-
trusive nature of the trip located at x/c = 0.25 compared to the trip distributed along
the expected laminar-separation bubble reattachment line, which leads to a less pro-
nounced flow acceleration around the blade leading-edge, a higher flow acceleration
around the trip and the growth of a thicker boundary-layer downstream it. Although not
reported for the sake of brevity, the inspection of the pressure coefficient distributions
on the airfoil at r /R = 0.7 showed that the trip at 25% of the chord is responsible for a
certain reduction of the suction effect at the leading-edge of the blade compared to the
BEMT-predicted trip cases. However, this effect is found to be balanced out by a larger
low-pressure area generated downstream the trip, which is consistent with the rather
similar CT predictions between the two different tripping strategies observed in Fig. 5.3.
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Figure 5.7: Root-mean-square velocity contours for the blade section at r /R = 0.7. Comparison between x/c =
0.25 (top) and Opty∂B-BEMT (bottom) trip computational setups.

For all the numerical solutions with trip located at 25% of the blade chord, a similar
rms velocity pattern is found, although the level of the velocity fluctuations tends to de-
crease as the advance ratio increases. As J increases, the local blade angle of attack and
flow acceleration on the suction side decrease (Fig. 5.6). As a result, the same trip line ex-
periences a slower incoming flow for increasing J and lead to the generation of lower tur-
bulence levels in the boundary-layer downstream it (Fig. 5.7). Interestingly, for increas-
ing J , the decreasing rms velocity correlates with the slight reduction of the broadband
noise shown in Fig. 5.5, which is associated to the scattering of the turbulent boundary-
layer pressure fluctuations at the blade trailing-edge. Similarly to the cases with trip at
25% of the chord, higher advance ratio conditions correspond to a more intense velocity
fluctuations in the boundary-layer also for the BEMT-predicted trip simulations. How-
ever, in such cases, the rms velocity levels decrease more rapidly as the advance ratio
increases. Since the BEMT trip lines move towards the blade trailing-edge as J increases,
the trip is subjected to a lower relative velocity and thicker incoming boundary-layer (as
shown in Fig. 5.6). As a consequence, both the perturbation of the incoming flow and
the generation of the fully turbulent boundary-layer by the trip are gradually mitigated
for increasing J .

5.3.4. WALL-PRESSURE SPECTRUM AT THE TRAILING-EDGE
According to Amiet’s trailing-edge noise theory [166], turbulent boundary-layer trailing-
edge noise is proportional - among other quantities - to the level of wall-pressure fluc-
tuations in proximity of the trailing-edge. Hence, the numerical wall-pressure power
spectral densities Φpp on the suction side at 95% of the chord for different spanwise
sections ranging between 50% and 95% of the blade radius are analyzed in this subsec-
tion (Fig. 5.8). It can be noted that when the blade is tripped at 25% of the chord, the
boundary-layer reaches a fully-turbulent state in proximity of the trailing-edge for all
the advance ratios considered, at least above r /R = 0.5. This can be inferred from the
shape of the power spectra densities, which exhibit the typical power decay laws of a



5

104 5. PROPELLER NOISE I: TRIP EFFECTS ON PERFORMANCE AND NOISE PREDICTIONS

fully-developed turbulent boundary-layer, respectively proportional to f −7/3 and f −5 in
mid-high and very high frequency ranges [59]. In contrast, the simulations with trip line
predicted by Opty∂B-BEMT show that a fully turbulent boundary-layer is generated only at
low advance ratios (J = 0.0−0.24). For J = 0.4 and J = 0.6, only the last 30% of the blade
span exhibits significant levels of wall-pressure fluctuations. These results are consistent
with the rms velocity contours shown in Fig. 5.7 and with the broadband noise content
in the far-field noise spectra shown in Fig. 5.5. In particular, it can be appreciated the
correlation between the wall-pressure spectrum levels at the trailing-edge on the suc-
tion side and the broadband noise levels in the far-field noise computations, with the
Opty∂B-BEMT trip case generally showing broadband noise levels higher (J = 0.0) or lower
(J ≥ 0.4) than those of the x/c = 0.25 trip case in correspondence of higher or lower
resolved wall-pressure fluctuations generated at the trailing-edge, respectively. These
results suggest, once more, the importance of using a transition trip in the present com-
putational setup, without which not enough resolved turbulent pressure fluctuations in
the boundary-layer would be generated in the numerical solution for the sake of trailing-
edge noise prediction.
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Figure 5.8: Wall-pressure power spectral densityΦpp on the blade suction side at x/c = 0.95 for different span-
wise sections. Comparison between x/c = 0.25 and Opty∂B-BEMT trip computational setups.
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5.3.5. BEAMFORMING NOISE SOURCE LOCALIZATION

The comparison between Clean-SC [183] beamforming noise maps on the blade suction
side for the two different computational setups is shown in Fig. 5.10, for J = 0.0− 0.6.
The digital beamforming analysis is performed to ensure that the dominant source of
broadband noise in the numerical results is due to turbulent boundary-layer trailing-
edge noise and that spurious broadband noise sources, such as those potentially intro-
duced by the usage of the trip, do not sensibly affect the far-field noise spectrum. The
noise maps are computed from FW-H acoustic signals evaluated from a single blade on
a spiral array of 226 microphones of 60R radius, which is defined in a reference frame
rigidly rotating with the propeller for broadband noise source localization. The array,
shown in Fig. 5.9, is centered around the propeller hub and located at 4R distance from it
in the upstream direction. The beamforming antenna resolution at the minimum (BPF
10 = 1666 Hz) and maximum (BPF 100 = 16666 Hz) frequencies of interest is approx-
imately equal to 30% and 3% of the mean chord, respectively. The employed Clean-SC
deconvolution algorithm is implemented in the beamforming code Opty∂B-BF developed
by Dassault Systèmes.
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Figure 5.9: Microphone array used for the beamforming noise source localization: full array (left) and array
close-up view (right).

For both setups, the main broadband noise contributor between BPF 10-100 is the
blade trailing-edge, through the scattering of the pressure fluctuations within the turbu-
lent boundary-layer developing on the blade suction side, with no relevant contribution
to the far-field noise clearly ascribable to the zig-zag transition trip. Both cases show that
the noisiest trailing-edge region is that in proximity of the blade tip, due to higher Mach
number and efficiency of the scattering process. However, while for the propeller tripped
at 25% of the chord the broadband noise sources at the trailing-edge are quite uniformly
distributed along the span, these are more clustered in the outer part of the blade for
the BEMT-trip cases, especially as J increases. Moreover, the x/c = 0.25 trip configura-
tions exhibit rather similar acoustic source images across the different advance ratios
considered, with only a minor variation of their intensity and locations as J increases.
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The opposite situation occurs for the numerical results with trip line distribution com-
puted by Opty∂B-BEMT . Overall, for all the cases examined, the beamforming noise maps
magnitude variation for increasing J correlates quite well with the broadband noise re-
duction observed in the far-field noise spectra presented in Fig. 5.5. As a final remark, it
is worth pointing out the presence of broadband noise sources between 80-90% of the
radius on the leading-edge for the blade tripped at x/c = 0.25, in hover conditions. Such
sources, which are not detected by the beamforming algorithm in the numerical simula-
tions with BEMT-predicted trip, are related to the impingement of secondary turbulent
structures braking down from the blade tip-vortex of the preceding blade. This break-
down phenomenon, which was observed to be more pronounced for the x/c = 0.25 case,
is expected to be related to the occurrence of a different boundary-layer/tip-vortex in-
teraction due to the different chordwise trip location at the tip of the blade.
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Figure 5.10: Clean-SC beamforming noise maps on the blade suction side between BPF 10-100 (1666-16666
Hz) for J = 0.0, J = 0.24, J = 0.4 and J = 0.6 from top to bottom. Values below 55 dB are not shown. Comparison
between x/c = 0.25 and Opty∂B-BEMT trip computational setups.
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5.3.6. LOADS AND NOISE SENSITIVITY TO TRIP THICKNESS IN HOVER
Figure 5.5(a) showed a certain broadband noise over-prediction for J = 0.0 for both the
trip strategies adopted, from 5 dB for observers in the propeller plane up to 10 dB for
out-of-plane positions. It was conjectured that this could be related to the excessively
large boundary-layer fluctuations and boundary-layer thickness promoted by a trip of
0.17 mm thickness under high blade loading conditions, compared to those that would
be experienced by the blade for a fully natural transitional case. Hence, a study on the
sensitivity of the numerical results to the trip thickness is presented in this subsection for
J = 0.0 and the computational setup with trip located at 25% of the chord, with the aim
of shedding more light on the cause of the aforementioned discrepancies. As part of this
analysis, also the sensitivity of thrust and torque to the trip height is investigated. Two
additional zig-zag trips of thickness respectively equal to 0.11 mm and 0.06 mm (corre-
sponding to a height of 2 voxels and 1 voxel, respectively), are considered in addition to
the trip of 0.17 mm (3 voxels) that was considered in the previous subsections. It is worth
recalling that the 0.06 mm trip thickness (corresponding to 1 finest voxel) represents the
lowest trip height that can be achieved with the current computational grid.

Table 5.1 reports the variation of the thrust and torque coefficients with respect to
the trip height. It can be observed that the reduction of the trip thickness leads to an
improvement of the CT prediction, from a under-estimation of −6% for the thicker trip,
to an under-prediction of about −3% for the thinner one. Conversely, the torque coeffi-
cient shows a lower sensitivity to the trip height, with a minor over-prediction increment
by 1%, most likely consequence of the increased induced drag due to the increased lift
distribution generated along the span.

Case CT [-] CT rel. err. CQ [-] CQ rel. err.
Experiment 0.117 - 0.00756 -
x/c = 0.25 trip (3 vox.) 0.110 −6.2% 0.00839 +10.4%
x/c = 0.25 trip (2 vox.) 0.113 −3.5% 0.00839 +10.4%
x/c = 0.25 trip (1 vox.) 0.114 −2.6% 0.00851 +11.8%

Table 5.1: Thrust and torque coefficients sensitivity to the trip thickness for J = 0.0 and trip located at x/c =
0.25.

Figure 5.11 depicts the pressure coefficient, time-averaged velocity magnitude and
root-mean-square contours for the blade section at 70% of the radial coordinate. As for
the time-averaged velocity magnitude and root-mean-square, also the Cp is normalized
considering the dynamic pressure based on the local free-stream velocity experienced by
the airfoil. The pressure coefficient contours show that a larger low-pressure area is gen-
erated around the blade leading-edge on the suction side as the trip height is reduced.
At the same time, the region downstream the trip is characterized by a slower recovery
of the free-stream pressure for the smaller trip height. These aspects are consistent with
the larger thrust generation observed in Tab. 5.1. The Cp contours also show the trivial
consideration that a thinner trip exert a less intrusive action on the surrounding flow.
This aspect is also clearly noticeable from the time-averaged velocity magnitude con-
tours, which further illustrates that a progressively lower flow acceleration is established
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around the trip as the trip height is reduced. Furthermore, a reduced trip thickness leads
to the generation of a higher flow acceleration around the blade leading-edge, which
is consistent with the increment of the pressure suction effect described above. Con-
cerning the root-mean-square of the velocity, the trip thickness is seen to play a major
role on the turbulent development right downstream the trip (i.e. bypass transition pro-
cess [184]) rather than on the ultimate levels of fluctuations that are achieved in proxim-
ity of the blade trailing-edge.
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Figure 5.11: Pressure coefficient (top), time-averaged velocity magnitude (center) and root-mean-square ve-
locity (bottom) contours for the blade section at r /R = 0.7. Comparison between three trip thicknesses for the
computational setup with trip at x/c = 0.25.

Finally, Fig. 5.12 shows the far-field noise sound pressure level Lp(1/3) plotted in 1/3-
octave frequency bands to better discern high-frequency broadband noise variations for
the three different trip heights considered. The two microphone positions are the same
as in Sec. 5.3.2. Similarly to what has been previously observed regarding the trip chord-
wise position, it can be noted that also trip thickness has no influence on the tonal com-
ponent of the noise, at least for the three trip heights analyzed in this study, for which no
flow separation is induced by the trip itself. Moreover, also the broadband component
of the noise shows a very minor sensitivity to the three trip thicknesses considered, for a
zig-zag trip placed at 25% of the chord and under hover conditions. Although this aspect
is to some extent surprising, it could have been expected based on the root-mean-square
velocity contours shown in Fig. 5.11, which qualitatively showed comparable turbulence
levels in proximity of the trailing-edge, thus suggesting similar turbulent boundary-layer
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trailing-edge noise radiations. Surprisingly, the smallest trip height generates slightly
higher broadband noise emissions for frequencies above BPF 100 compared to the two
other trip thicknesses. This might be the consequence of smaller scales of turbulence
being triggered by a smaller trip within the transition process taking place downstream
it.
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Figure 5.12: Sound pressure level in 1/3-octave band Lp(1/3) for in-plane (Mic. 7) and out-of-plane (Mic. 11)
observer positions. Comparison between measurements and numerical solutions obtained with x/c = 0.25
and three different trip thicknesses. Unloaded electric motor noise (−) and wind tunnel background noise (−)
reported for reference.

Figure 5.12 shows that for the two additional trip heights of 0.11 mm and 0.05
mm broadband noise is also over-estimated from 5 to 10 dB for J = 0.0. For three-
dimensional tripping devices, Van Rooij and Timmer [185] proposed a critical rough-
ness height-based Reynolds number Rek = 200 (where Rek = uk/ν, with u being the
local flow velocity and ν the kinematic viscosity) to define a minimum trip thickness k
to trigger transition. Based on this criterion, and considering a local velocity of the flow
approaching the trip u ≈ 1.4Vr∞ (see Fig. 5.11) a critical trip thickness of approximately
0.04 mm can be determined for r /R = 0.70 for initiating transition in hover. With this
regard, all the three trip thickness considered would lead to an over-tripped boundary-
layer above 70% of the blade span, which might explain the origin of the broadband
noise over-prediction for J = 0.0. Nevertheless, the low sensitivity of loads and broad-
band noise radiation to the trip thickness, in addition to that to the trip chordwise po-
sition discussed above, plays in favor of the robustness of the proposed approach for
industrial applications.

5.4. CONCLUSIONS
This chapter presented a computational approach based on the LB/VLES method to pre-
dict the performances and noise signature associated to a two-bladed propeller oper-
ated at low Reynolds numbers. The numerical flow solution was obtained by solving
the explicit, transient and compressible lattice-Boltzmann equation implemented in the
CFD/CAA solver SIMULIA PowerFLOW®. The aerodynamic noise generated by the pro-
peller was computed by using an acoustic analogy based on Farassat’s formulation 1A
of the FW-H equation applied to the propeller/nacelle surfaces. A transition trip was in-
cluded in the computational setup to force the numerical scheme to switch from mod-
eled to scale-resolving turbulence, and to trigger the formation of vortical structures with
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scales able to emulate the complexity of the low-Reynolds number boundary-layer on
the blade. Two different tripping strategies were attempted by positioning the trip along
the quarter-chord and the expected turbulent boundary-layer transition lines, respec-
tively.

Numerical results were compared against loads and noise measurements carried out
in the A-Tunnel of TU-Delft. Overall, thrust and torque predictions were found to be in a
satisfactory agreement with respect to the experimental results, although some discrep-
ancies were observed for the former at low and middle advance ratios, and at intermedi-
ate ones for the latter. The trip position marginally affected the thrust, and to a slightly
greater extent the torque predictions. Both tonal and broadband prediction compared
favorably against the experimental data, especially for intermediate advance ratios. A
certain over-prediction of the broadband noise levels were found for the hover case, due
to excessively high levels of turbulence generated by the trip under high blade loading
conditions. Contrarily, at J = 0.6 the numerical results did not show the measured high-
frequency broadband hump associated to the laminar bubble separation noise, with
both the computational setups predicting lower broadband noise. Tonal noise did not
show a significant sensitivity to the trip chordwise position, whereas broadband noise
levels were found to be affected to a slightly larger extent by the chordwise position of
the trip.

A further investigation of the rms velocity fields and wall-pressure spectra at the
trailing-edge on the blade suction side revealed that the formation of a fully-turbulent
boundary-layer is achieved for most of the blade span for the blade tripped at 25% of
the chord. Contrarily, the simulations with trip derived from BEMT calculations exhib-
ited a lower spanwise extension of high turbulent activity regions as the advance ratio
increases. These results were confirmed by Clean-SC beamforming noise maps calcu-
lations, which showed that broadband noise sources generated at the trailing-edge are
more uniformly distributed along the span for the propeller tripped at 25% of the chord,
in contrast to the BEMT-trip cases, especially for increasing advance ratios. The beam-
forming results further showed that the trip did not contribute in a tangible way to the
broadband noise levels.

The satisfactory agreement of thrust, torque and tonal/broadband noise numerical
results with respect to the experimental measurements validated the proposed approach
for the prediction of performances and noise radiation associated to low-Reynolds num-
ber propellers at engineering level. Moreover, the robustness of the proposed method for
industrial studies was corroborated by the low sensitivity of the trip chordwise location
and height.
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PROPELLER NOISE II: ANGULAR

INFLOW EFFECTS

It would be possible to describe everything scientifically,
but it would make no sense;

it would be without meaning,
as if you described a Beethoven symphony

as a variation of wave pressure.

Albert Einstein

Chapter 5 presented a computational approach based on the use of a zig-zag transition
trip to predict the performance and tonal/broadband noise radiation of a two-bladed pro-
peller operating at low Reynolds numbers and axial inflow conditions. In the present
chapter, the same approach is used to address the impact of a non-axial inflow on the
aeroacoustics of propellers operating at low blade-tip speed conditions. It is found that the
presence of an angular inflow is responsible for: (i) a radiation of tonal loading noise along
the propeller axis; (ii) an increment (reduction) of the sound pressure level in the region
from (to) which the propeller is tilted away (towards). However, contrarily to propellers
operating at high blade-tip Mach numbers, the noise directivity change is found to be gov-
erned only by the rise of periodic unsteady loadings, with the modulation of the strength of
the noise sources on the blade, associated to the periodic variation of the observer-source
relative Mach number (in the blade reference frame), being negligible. Moreover, thickness
noise and turbulent boundary-layer trailing-edge noise are not significantly altered when
the propeller is yawed with respect to the free-stream.

Parts of this chapter have been published in the AESCTE journal (2021) [186].
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6.1. INTRODUCTION

T HE use of small-to-medium size fully-electric flying vehicles in large metropolitan
areas, from drones and Unmanned Aerial Vehicles (UAVs) for goods delivery to Per-

sonal Aerial Vehicles (PAVs) for people mobility, is envisaged in the near future as a
solution to roads congestion [10, 67]. A number of different electrically propelled Ver-
tical Take-Off and Landing (eVTOL) vehicles have been recently prototyped by several
companies and research centers [14, 16, 187–189]. Most of them feature a common key
characteristic, namely distributed electric propulsion systems consisting of low-speed
thrust vectoring rotors/propellers, with radius below 0.5 m and blade-tip Mach number
≈ 0.2− 0.5. However, several aspects need to be addressed in order to make possible
the implementation of this new technology in the upcoming years. In particular, those
related to noise pollution play a primary role upon the public acceptance of Urban Air
Mobility/Advanced Air Mobility (UAM/AAM), as this emerging class of flying vehicles
aims at operating in close proximity of densely populated areas, where noise annoyance
towards the community needs to be contained [190]. Since such vehicles are supposed
to fly at relatively low forward flight velocities for which airframe self-noise is not a pri-
marily concern [26], rotors/propellers self and installation noise are expected to be the
most dominant sources of acoustic nuisance [26].

It is well known that propellers generate both broadband and tonal (harmonic)
acoustic signatures [26]. The interaction of the blades with the turbulence in the in-
coming flow, the potential separation of the flow on the blade and the scattering of the
turbulent flow at the trailing-edge of the blade are typically recognized as the most rel-
evant mechanisms of broadband noise [36, 37] (see Sec. 2.1.1). Concerning the tonal
component, steady and unsteady blade aerodynamic loadings (in the blade-fixed ref-
erence frame) represent the main sources of noise at the relatively low blade-tip Mach
numbers [35] (see Secs. 2.1.3 and 2.1.6). The steady loading noise is associated to the
steady (in the blade-fixed reference frame) blade pressure distribution, which results in
a force that periodically varies direction and generates sound for an observer in an in-
ertial reference frame as the blade rotates [35]. For propellers operating at low blade-tip
Mach numbers, this may be a relatively weak source of noise in the presence of unsteady
loading noise. The latter takes place when the propeller operates in a non-uniform in-
flow or is set at a yaw angle, which results in a periodic and/or impulsive change of the
local blade angle of attack. Examples of unsteady loading noise are the blade-vortex
interaction noise or the noise generated by a propeller when it operates with the axis
misaligned with respect to the free-stream direction [35]. The focus of the present study
is on this last noise generation mechanism for propeller operating at low blade-tip Mach
numbers.

During the takeoff, landing and conversion stages of the profile mission, when eV-
TOLs/drones generally fly in closer proximity to the ground, a propeller can operate with
its shaft at a non-zero yaw angle. Under such conditions, the acoustic field radiated by
the propeller may significantly differ from that of the same propeller at zero yaw angle,
with a general noise increase (reduction) in the region with respect to which the pro-
peller is tilted away (towards), resulting in a non-axisymmetric directivity pattern [191–
194]. Previous computational studies on high-speed propellers attributed this asymme-
try of the noise field to a periodic variation of the blade incidence, which gives rise to
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unsteady loading components and alters the rate of momentum injection at the blade
surface, and to an in-plane convective effect, for which the efficiency of a generic acous-
tic source on the blade periodically varies along the azimuth [195]. The most relevant
research (to the author’s knowledge) on the modeling, prediction and characterization
of the aeroacoustics of propeller at incidence is outlined in the following.

A method for rotating steady line sources (acoustically compact), accurate to the first
order in the in-plane Mach number, was formulated by Mani [194]. He included, in a fre-
quency domain far-field method, the effect of the propeller yaw angle on the radiation
of both the steady loading and thickness noise, in addition to that of the unsteady load-
ing. He was the first to point out that, for highly-loaded high-speed propellers with large
number of blades, the change in the azimuthal asymmetry of the noise was more af-
fected by a non-axisymmetric modulation of the steady loading/thickness noise due to
the in-plane velocity component than by the once-per-rev unsteady loading variation.

An extension of Mani’s work to high yaw angles was carried out by Krejsa [196]. He
demonstrated that modeling additional yaw angle effects, such as the source motion
along the free-stream velocity vector direction and the blade loading direction varia-
tion, in addition to the blade loading magnitude variation, significantly improved the
comparison with the experimental data. In addition, he showed that the inclusion of
higher order effects of the yaw angle (i.e. higher modes in the frequency domain far-field
method as a way to remove the small yaw angle limitation of Mani’s approach) changed
the predicted noise at far forward and aft angles, while it had a small impact near the
propeller plane.

Envia [197] proposed a frequency domain formulation based on a moving-medium
variant of the Ffowcs Williams & Hawkings’ equation to predict the noise from a prop-
fan operating at incidence. His approach involved the use of the Airy’s function and
its derivatives, as alternative to numerical integration, and incorporated both in-plane
convective effects and loading unsteadiness with no limitations on the source chordwise
compactness, showing a rather favorable agreement with the experimental data.

Hanson [198] developed far-field noise formulas by applying the free-space Green’s
function for the convected wave equation to loading noise point sources for a propeller
tilted at any angle to the flight direction. He showed that the inflow angle influences
the noise through the rise of efficient radiation modes associated to the unsteady load-
ing, and introduced the concept of wobbling modes, according to which the radiation
efficiency of the modes changes during the rotation due to the variation of the Mach
number of the sources relative to the observer.

The noise generated by a propeller in an angular inflow was numerically computed
by Frota et al. [199] by using a time-domain Ffowcs Williams & Hawkings’ acoustic anal-
ogy applied to unsteady blade pressure measurements, who confirmed once again the
role of both the unsteady loadings and kinematic/acoustic sources strength amplifica-
tion on the variation of the noise radiated by a high-speed propeller at incidence.

More recently, Roger and Moreau [60] proposed an analytical model for loading noise
based on the free-space Green’s function and an expansion of the fluctuating forces on
the blades as circular distributions of acoustic dipoles, and computed airframe installa-
tion and propeller disk angle of attack effects on the tonal noise of a quadrotor. By con-
siderations based on the Bessel’s functions, they stressed that, for low blade-tip Mach
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numbers and low number of blades, unsteady-loading noise can potentially exceed that
associated to the steady lift, due to the considerably higher efficiency of the 1/rev blade
loading harmonics compared to that of the steady loading, even at relatively low levels
of angular inflow.

Although a number of computational and experimental aeroacoustic studies have
been conducted by several authors in the past on angular inflow installation effects, most
of those were focused on high-speed propellers. On the one hand, experimental cam-
paigns did not provide a thorough understanding of the change of the noise mechanisms
when a propeller is operated at incidence with respect to the free-stream. On the other
hand, previous computational aeroacoustic studies (mostly based on analytical mod-
els or acoustic analogies) focused only on the investigation of deterministic phenomena
(i.e. periodic unsteady loadings and in-plane convective effects), and did not include
in the analysis the potential change of stochastic noise generation mechanisms such as
turbulent boundary-layer trailing-edge noise. Moreover, for propellers operated at low
blade-tip Mach numbers, the kinematic/acoustic source strength modulation might not
play a role as relevant as for high-speed propellers, due to the relatively low in-plane
velocity periodic variation typically experienced by their blades compared to propellers
operated at higher blade-tip Mach numbers. Hence, previous research can only be con-
sidered as a first step towards a better understanding of the noise radiation mechanisms
of low-speed propellers at non-zero yaw angles, which is essential to drive the design of
quieter UAM/AAM vehicles and satisfy noise certification regulations and environmen-
tal concerns [190].

In view of the above, the present work aims at numerically investigating the impact of
non-axial inflow conditions on the tonal and broadband noise radiated by a low blade-
tip Mach number propeller, as well as at providing differences of the underlying physics
with respect to high-speed propellers. The Lattice-Boltzmann/Very-Large Eddy Simula-
tion (LB/VLES) method is employed to simulate flow around a two-bladed drone pro-
peller. The aerodynamic noise generated by the propeller is then estimated by using an
acoustic analogy based on Farassat’s formulation 1A of the Ffowcs Williams & Hawkings’
(FW-H) equation applied to the propeller surface. The numerical findings are supported
by the validation of the numerical setup against loads and noise measurements carried
out at Delft University of Technology (TU-Delft).

The rest of the chapter is organized as follows. In Sec. 6.2, the propeller geometry
and computational setup used in this study are described. The validation of the compu-
tational setup is briefly outlined in Sec. 6.3, while the discussion on angular inflow effects
on the aerodynamics and aeroacoustics of low blade-tip speed propellers is reported in
Sec. 6.4. The main findings and conclusions of this work are summarized in Sec. 6.5.

6.2. TEST-CASE AND COMPUTATIONAL SETUP
The same propeller geometry presented in Chapter 5 is considered in this study. It is
a two-bladed propeller designed at TU-Delft and derived from an APC 9x6 propeller
(Fig. 6.1(a))) and characterized by a radius R of 0.15 m and NACA 4412 airfoil sections,
which are merged with the propeller hub by elliptical sections (for r < 0.01 m). The
airfoil chord and twist spanwise distributions are shown Fig. 6.1(b). The propeller hub
radius is 1.25 cm and connected to a nacelle of 5 cm diameter and 52 cm length. Fig-
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ure 6.1(a) shows the free-stream (x f , y f , z f ) and the ground-fixed (xg , yg , zg ) reference
frames. The propeller axis coincides with the x-axis of the ground-fixed reference frame
(xg ), while the azimuthal position of the blade ψ is referred to its z-axis (zg ). The free-
stream reference frame is rotated by the propeller yaw angle α around the y-axis (yg ) of
the ground-fixed one. The free-stream velocity V∞ is directed along the x-axis of the for-
mer in such a way that the free-stream velocity vector is decomposed into axial Vx∞ and
in-plane Vz∞ velocity components in the ground-fixed coordinate system, respectively.
The propeller is operated at fixed angular velocity (n = 83.33 rps, i.e. ω= 523.6 rad/s) and
free-stream velocity of 10 m/s, resulting in an advance ratio J = 0.4 (where J =V∞/(nD),
with n denoting the revolution per seconds and D the propeller diameter). The result-
ing tip Mach number is 0.23 and the Reynolds number based on the chord at 75% of the
radius is about 9 ·104. Two different values of the propeller yaw angle are considered to
investigate the effects of an angular inflow, namelyα= 0◦ and 15◦. The free-stream static
pressure and temperature considered are p∞ = 99000 Pa and T∞ = 293.15 K, respectively.
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Figure 6.1: Propeller geometry, coordinate systems, airfoil chord and twist spanwise distributions.

Figure 6.2(a) illustrates the computational setup used in this study. The computa-
tional fluid domain is a spherical volume of 325D radius centered around the propeller.
Free-stream static pressure and velocity, and turbulence intensity of 0.1% of the free-
stream velocity are prescribed on its outer boundary. The experimental wind tunnel
geometry is not modeled in the computational setup. An acoustic sponge is used to
dissipate the out-going acoustic waves and minimize the backward reflection from the
outer boundary and reproduce a digital anechoic environment. The acoustic sponge is
defined by two concentric spheres of radius 15D and 55D , respectively, centered around
the propeller. The fluid kinematic viscosity is gradually increased starting from its physi-
cal value within the inner sphere, up to an artificial value two orders of magnitude higher
outside the outer one. A zig-zag transition trip is employed on the suction side of the
blade to drive the LBM/VLES scheme switching from turbulence modeling to a scale-
resolving behavior, thus allowing the formation of resolved turbulent structures within
the boundary-layer for the sake of turbulent boundary-layer trailing-edge noise broad-
band calculation. The zig-zag trip is characterized by a thickness of 0.17 mm, amplitude
and wavelength of 0.9 mm, and is placed at 25% of the chord on the suction side of the
blade for r /R > 0.2 (Fig. 6.2(b)). No trip is placed on the blade pressure side, since no
laminar-to-turbulent boundary layer transition is expected to occur based on BEMT/2D
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viscous panel method computations. This approach has been presented and success-
fully validated for axial flow conditions in Chapter 5 and in previous studies [49, 169].

Vz∞
Vx∞

zf
Ψ=0° Ψ=180°

(a) Computational setup (b) Near body mesh

Figure 6.2: Sketch of (a) computational setup (not drawn to scale) and (b) near body mesh.

Figure 6.2(b) shows the details of the computational setup and mesh in proximity of
the propeller geometry. The propeller and hub are encompassed by a volume of revo-
lution that defines the Local Reference Frame (LRF), namely the rotating sliding mesh
domain used to reproduce the propeller rotation. The solid FW-H integration surface
used to compute the far-field noise radiation coincides with the propeller, hub and na-
celle surfaces. A total of 16 Variable Resolution (VR) regions are used to discretize the
whole fluid domain, with the finest resolution level (VR15) placed around the blade trip
and trailing-edge. A resolution of 200 voxels along the mean chord (22.85 mm) is used in
the second finest resolution level (VR14), resulting in a smallest voxel size of 0.06 mm, a
mean y+≈ 5 on the blade surface and an overall mesh size of 107 million voxels. Simula-
tions are performed using the low-subsonic LBM/VLES solver implemented in SIMULIA
PowerFLOW® 6-2019-R4 (see Sec. 3.2). The computational cost is 840 CPUh/rev on a 430
cores cluster with Intel Xeon CPU E5-2697 2.6 GHz. The whole fluid domain is initialized
with the instantaneous flow solution from a statistically converged coarser simulation.
Hence, after a settling time corresponding to 2 propeller revolutions, the sampling of
relevant flow data is started for 10 additional revolutions. Acoustic data is sampled at
365 kHz with spatial averaging of 0.5 mm on the solid FW-H integration surface. Fourier
transformed data is obtained with 2 Welch blocks, 50% overlap and Hanning windowing,
corresponding to a bandwidth of 16.6 Hz (BPF1 = 0.1).

6.3. NUMERICAL SETUP VALIDATION
The validation of the numerical setup under axial inflow conditions has been carried
out in Chapter 5. In this section, the numerical results are compared against forces and
noise measurements carried out in the A-Tunnel of TU-Delft to validate the employed
computational setup for angular inflow cases. No transition trip was employed in the

1Blade-Passing Frequency
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experimental data reported. A more detailed discussion on the yaw effects on propeller
loads and noise will follow in Sec. 6.4.

6.3.1. MEAN THRUST, TORQUE AND PROPULSIVE EFFICIENCY COEFFICIENTS
The comparison between the experimental and numerical time-averaged thrust (CT )
and torque (CQ ) coefficients, and propulsive efficiency (η) at the two different propeller
yaw angles (α= 0◦ and 15◦) is shown in Fig. 6.3. CT , CQ and η are computed as follows,
respectively:

CT = T

ρn2D4 , CQ = Q

ρn2D5 and η= JCT

2πCQ
, (6.1)

where T and Q are the mean propeller thrust and torque, n is the number of revolutions
per second and D is the propeller diameter. From Fig. 6.3, a certain under-prediction
of thrust and torque coefficients can be observed for both axial (α = 0◦) and angular
(α = 15◦) inflow conditions. As pointed out in Chapter 5, for the same propeller oper-
ating at zero incidence with respect to the free-stream, the presence of the trip (which
is used to generate resolved turbulent pressure fluctuations in the boundary-layer for
trailing-edge noise generation) can be the cause for such discrepancies. Conversely, the
propulsive efficiency results to be predicted in a more satisfactory way, as the aforemen-
tioned under-prediction of CT and CQ tend to cancel out in the computation of η. Inter-
estingly, the increase of thrust, torque and efficiency coefficients with the increase of the
propeller yaw angle is also captured by the numerical simulations, although to a lower
extent with respect to the experimental data variation.
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Figure 6.3: Thrust (left), torque (center) and propulsive efficiency (right) coefficients variation with the pro-
peller yaw angle α.

6.3.2. FAR-FIELD NOISE SPECTRA
After the assessment of the thrust and torque predictions, the capability of the numer-
ical setup to capture the effect of the propeller yaw angle on both its tonal and broad-
band acoustic signatures is hereinafter analyzed. Two different microphones in the free-
stream coordinate system are considered: Mic. 7 (0.0 m, 1.2 m, 0.0 m) and Mic. 11 (-0.75
m, 1.2 m , 0.0 m), respectively located in and out of the propeller plane (for α = 0◦), as
depicted in Fig. 6.4. The corresponding far-field noise spectra are reported in Figs. 6.5
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and 6.6, respectively. Results are reported in 1/12-octave band sound pressure spectrum
Lp(1/12) versus the frequency f normalized by the Blade-Passing Frequency (BPF = n f B
= 167 Hz, with n f the shaft frequency in Hz and B the number of blades). In each figure,
two different microphones array positions are considered, namely array 1 and array 2,
away from and towards which the propeller is respectively tilted for a non-zero α. For
each microphone, the unloaded (i.e. without the propeller) electric motor noise (orange
curve) and the background noise (green curve) of the wind tunnel are reported to further
support the discussion. Note that the background noise always refers to the α= 0◦ con-
dition and that the same numerical and experimental spectra are shown on arrays 1 and
2 for the axial flow conditions, due to the axial symmetry of noise radiation. Moreover, it
is worth mentioning that the main sources of experimental uncertainty are represented
by: (i) the background noise below wind tunnel cut-off frequency (∼200 Hz), which is
responsible for the large broadband noise levels at low frequency; (ii) the loaded electric
motor noise and the non-perfect balance of the blades that cause the rise of harmonics
of the shaft frequency (BPF 0.5, 1, 1.5, etc.); and (iii) the unloaded electric motor noise,
which generally adds mid-frequency tonal contributions (approximately between BPF 5
to 25) to the far-field noise spectrum [49, 179].
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Figure 6.4: Sketch of the microphone array used of far-field noise computation (drawn not to scale).

The prediction of tonal and broadband noise is quite satisfactory for both axial
(α= 0◦) and angular (α= 15◦) inflow conditions. For what concerns harmonic noise, the
tone at BPF 1 is quite well predicted within 2-3 dB of under-prediction depending on the
observer position considered. Such a moderate mismatch of the BPF 1 tone, might be at-
tributed to the lower thrust and torque predictions observed in the numerical prediction
(Fig. 6.3), whose impact is estimated to be around 1.5 dB based on BEMT/FW-H com-



6.3. NUMERICAL SETUP VALIDATION

6

119

pact monopole/dipole computations, as well as to the experimental imperfect balance
of the blade loading (that leads to the generation of harmonics of the shaft frequency)
and the wind-tunnel acoustic confinement effect at low frequency (i.e. test chamber
not completely anechoic below 200 Hz). Nevertheless, the expected increment of tonal
noise at BPF 1 in that region from which the propeller is tilted away (array 1), as well
as the reduction of noise in the opposite region (array 2), are well captured by the nu-
merical setup. A similar behavior is also observed for the tone at BPF 2 in the numerical
results, with a noise increment on array 1 and a reduction on array 2. However, this trend
is not uniquely found in the experimental data. Possible reasons for such an unexpected
behavior might be related to the presence of spurious tonal noise components at low
frequency harmonics of the shaft rotation (BPF 0.5, 1, 1.5, etc.), which could be relevant
when compared to the weak BPF 2 tone to such an extent to considerably affect its vari-
ation with the propeller yaw angle change.
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Figure 6.5: Far-field noise sound pressure level in 1/12-octave band Lp(1/12) variation with the propeller yaw
angle α for Mic. 7; array 1 (top) and array 2 (bottom). Experiment ( ), LBM/VLES ( ), electric motor noise
( ) and wind tunnel background noise ( ).

Regarding the broadband noise, levels are very well predicted for frequencies lying
between BPF 30 and 100 (highlighted by the grey rectangle). For intermediate frequen-
cies (BPF 5 to 25), the experimental electric motor noise contaminates the broadband
noise due to turbulent boundary-layer trailing-edge noise, and no direct assessment of
the numerical results against the experimental data can be drawn. Interestingly, the em-
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Figure 6.6: Far-field noise sound pressure level in 1/12-octave band Lp(1/12) variation with the propeller yaw
angle α for Mic. 11; array 1 (top) and array 2 (bottom). Experiment ( ), LBM/VLES ( ), electric motor noise
( ) and wind tunnel background noise ( ).

ployed computational approach - which is based on the use of a zig-zag transition trip
to promote the generation of resolved pressure fluctuations within the boundary-layer
that are scattered as sound at the blade trailing-edge - is able to capture the moderate
changes of the broadband noise levels at high frequency due to the change of the pro-
peller yaw angle. Such variations are less pronounced compared to those occurring to
the tones at the first two BPFs, and do not follow the same trends manifested by the
tonal components. More specifically, Mic. 7 on the array 1 shows some high-frequency
broadband noise increment for α = 15◦ (Fig. 6.5) and almost no variation on the array
2, compared to the axial flow case (α = 0◦). Conversely, for Mic. 11 (Fig. 6.6), a slightly
reduction and increment of the broadband noise component can be respectively noted
on the arrays 1 and 2, when the propeller is operated at incidence.

6.4. ANALYSIS OF ANGULAR INFLOW EFFECTS

6.4.1. VELOCITY AND ANGLE OF ATTACK DISTRIBUTIONS
In order to correlate the effect of the propeller yaw angle on the blade aerodynamic load-
ing variations, the flow experienced by a propeller blade during a revolution is inves-
tigated first. Figure 6.8 shows the axial (Va) and tangential (Vt ) velocity components
and angle of attack (αs ) for α = 0◦, as well as their variations (∆Va = Va,15◦ − Va,0◦ ,
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∆Vt = Vt ,15◦ −Vt ,0◦ and ∆αs = αs,15◦ −αs,0◦ ) under angular inflow conditions (α = 15◦),
experienced by the different blade sections along a propeller revolution. The azimuthal
coordinateψ indicates the blade position on the propeller disk (see Fig. 6.1(a)), while the
radial coordinate represent the spanwise section location normalized by the propeller
radius, r /R. The circular and straight arrows indicate the direction of the rotational ve-
locity and in-plane free-stream (cross-flow) velocity for the tilted propeller, respectively.

The extraction of the sectional angle of attack from phase-locked averaged simula-
tion data is carried out following the 3-points method proposed by Rahimi et al. [200,
201]. It consists in extracting, for each radial section and blade azimuthal position, the
velocity vectors (in the non-inertial reference frame rigidly rotating with the blade) in
correspondence of six points, three located on the suction side (1, 3 and 5) and three
on the pressure side (2, 4 and 6) at 25, 50 and 75% of the chord at a distance of ap-
proximately one chord away from the local airfoil aerodynamic center in the normal
direction (Fig. 6.7). For each couple of points at the three different chordwise loca-
tions (I, II and III), the velocities are averaged by using an interpolating function (arith-
metic mean in the present work), resulting in three velocity vectors for each station:
VI = (V1 +V2)/2, VI I = (V3 +V4)/2 and VI I I = (V5 +V6)/2. Then, the velocity vector per-
ceived by the local airfoil is computed as arithmetic average of the three previous veloc-
ities, V = (VI +VI I +VI I I )/3, and decomposed into axial and tangential components to
extract the induction angle φ that, subtracted to the blade geometrical twist θt w , pro-
vides the local airfoil angle of attack: αs = θt w −φ= θt w − tan−1(Va/Vt ).

Va

Vt

V
𝛼𝑠

𝜙 𝜃𝑡𝑤

1

2

3

4

5

6

I
II

III

Figure 6.7: Sketch of the 3-points method for the local airfoil angle of attack extraction [200, 201].

For the propeller operating at zero yaw angle, the axial and tangential velocity com-
ponents and the local airfoil angle of attack show the expected axisymmetric pattern,
with dependency on the radial coordinate only, and constant values along the azimuth.
In particular, the axial velocity component (Fig. 6.8(a)) is increased by the propeller rota-
tion up to 40% of its undisturbed value for 0.4 < r /R < 0.8, whereas the tangential com-
ponent (Fig. 6.8(c)) and the sectional angle of attack (Fig. 6.8(e)) increase and decrease,
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respectively, along the blade span.
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(f) Angle of attack, α= 15◦

Figure 6.8: Axial and tangential velocity components and angle of attack distributions for axial flow (α = 0◦)
and their variations under angular inflow conditions (α= 15◦).

Regarding the case with the propeller at incidence, more interesting results can be
found. First, Fig. 6.8(d) shows the expected result that, when the propeller is operated
at incidence with respect to the free-stream, the tangential velocity component experi-
enced by the local airfoil section is increased on the blade advancing side (0◦ <ψ< 180◦)
and decreased on the retreating one (180◦ < ψ < 360◦), due to the rise of an in-plane
free-stream velocity component. Less foreseeable is the variation of the axial velocity
component induced by the non-zero propeller yaw angle, which shows spanwise max-
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ima and minima roughly in correspondence of ψ = 45◦ and ψ = 225◦, respectively. The
advancing side of the blade is mostly characterized by an increment of the axial velocity,
while the opposite phenomenon occurs on the retraining side. However, the axial and
tangential velocity components variation do not appear to be in phase, with the former
being 30◦ delayed with respect to the latter. As previously pointed out, the combination
of both axial and tangential sectional velocities defines the local airfoil angle of attack
(Fig. 6.7), whose variation for α= 15◦ is shown in Fig. 6.8(f). In particular, an increment
of the axial velocity is responsible for a reduction of the local angle of attack experienced
by the blade, whereas an increase in the tangential velocity results in higher αs . This
explains why the blade angle of attack is not purely increasing (decreasing) on the blade
advancing (retreating) side when the propeller is at incidence, rather it shows a periodic
variation with a phasing of about 30-45◦ delay with respect to the ideal blade angle of
attack variation (i.e. that based on the tangential velocity only).

6.4.2. UNSTEADY THRUST AND TORQUE DISTRIBUTIONS

Next, the influence of the propeller yaw angle on the unsteady loading is investigated.
Figure 6.9 shows the sectional thrust (C∂r T ) and torque (C∂r Q ) coefficient (per unit span)
distributions forα= 0◦, as well as their variations (∆C∂r T =C∂r T,15◦−C∂r T,0◦ and∆C∂r Q =
C∂r Q,15◦ −C∂r Q,0◦ ) for α = 15◦, of a single propeller blade as functions of the azimuth
and radial coordinates. The thrust and torque coefficients distributions are computed
as follows:

C∂r T = ∂r T

ρn2D3 and C∂r Q = ∂r Q

ρn2D4 , (6.2)

where ∂r T = ∂T /∂r and ∂r Q = ∂Q/∂r represent the blade thrust and torque per unit
span, respectively. For the axial inflow case, the thrust and torque show axisymmetric
distributions over the rotor disk with the highest values around 80% of the radial coor-
dinate (Figs. 6.9(a) and 6.9(b)). The root and tip regions generate a lower amount of sec-
tional thrust due to the relatively lower flow velocity and tip-vortex induced lift deficit,
respectively. Similar considerations can be drawn for the torque for inboard blade sec-
tions (Fig. 6.9(b)). Conversely, the outer part of the blade shows a lower relative torque
reduction compared to that observed for the thrust, due to the fact that the former is
equally dependent from the local airfoil pressure distribution and skin friction through
the sectional drag.

When the propeller axis is tilted with respect to the free-stream velocity component,
both the section thrust and torque distributions exhibit a periodic variation along the
blade azimuth, with the highest and lowest values reached slightly after ψ = 90◦ and
ψ= 270◦, respectively. Such unsteady loading variations are not perfectly in phase with
that of the tangential velocity component (which dominates the total velocity change
perceived by the blade sections), due to its dependence from the sectional angle of at-
tack as well. For α= 15◦, the sectional thrust and torque coefficients increments on the
blade advancing side are larger than their corresponding reductions occurring on the
retreating one.
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Figure 6.9: Thrust and torque coefficients (per unit span) distributions for axial flow (α = 0◦) and their varia-
tions under angular inflow conditions (α= 15◦).
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Figure 6.10: Ratio of the thrust and torque coefficients between α = 15◦ and α = 0◦ cases for three spanwise
locations.

This is further highlighted in Fig. 6.10 for three spanwise locations (r /R = 0.5,0.7,0.9),
which shows the ratio between the sectional thrust and torque coefficient (per unit span)
between the yawed and axial cases. Specifically, it can be observed that the increment
of sectional thrust and torque on the advancing side is roughly two times larger than the
corresponding reduction occurring on the retreating one. This aspect can explain the
moderate increase of the mean thrust and torque coefficients observed in Fig. 6.3 and
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is primarily related to the larger local airfoil angle of attack increase on the advancing
side compared to its reduction taking place on the retreating one. Moreover, this phe-
nomenon is expected to take place to a larger extent in the experiment, due to the larger
increment of CT and CQ observed in the measurements when the propeller is at inci-
dence. The use of a zig-zag transition trip in the computational setup, which is known
to slightly reduce the pressure suction effect at the blade leading-edge as discussed in
Chapter 5, might have limited the occurrence of the aforementioned phenomenon in
the numerical simulation.

6.4.3. FAR-FIELD NOISE DIRECTIVITY

The far-field noise noise directivities in the plane of the propeller (yg -zg plane) and
along its axis (xg -zg plane) are respectively shown in Figs. 6.11 and 6.13 for both the
axial (α = 0◦) and angular (α = 15◦) inflow cases. These are computed on two circular
arrays of 10R radius centered on the propeller hub and composed by 25 evenly spaced
microphones. The circular and straight arrows in Fig. 6.11 indicate the propeller angular
velocity and the free-stream in-plane velocity component directions, while the straight
arrow in Fig. 6.13 represents the free-stream velocity vector direction. The propeller is
sketched in grey in each plot. For both the in-plane and out-of-plane directivities, the
total far-field noise (in red) is further decomposed into its thickness (in green) and load-
ing (in blue) components according to Eqs. (3.60) and (3.61), respectively. The far-field
noise directivity is presented in terms of Sound Pressure Level (SPL), with the root-mean-
square of the acoustic pressure integrated over three different blade-passing frequency
ranges: BPF 0.1-100, BPF 1 and BPF 10-100. The former is representative of the overall
sound pressure level directivity (hence, hereinafter defined as OASPL) around the pro-
peller. Moreover, as it can be inferred from Figs. 6.5 and 6.6, the latter is a measure of
the directivity associated to the broadband component of the noise dominated by the
turbulent boundary-layer trailing-edge noise, while the SPL around BPF 1 provides in-
formation about the directivity of the tonal noise at the most dominant harmonic.

Previous research pointed out that the effect of the propeller yaw angle on the far-
field noise radiation has a twofold nature: one aerodynamic, related to the rise of un-
steady loading sources, and one kinematic or acoustic, associated to the phase modula-
tion of the strength of all the sources due to a periodic variation of the observer-source
relative Mach number (for an observer rigidly rotating with the blade) [195, 198]. For
low-speed propellers, the first mechanism is still relevant because of the high radiation
efficiency of the unsteady loading modes [60]. Contrarily, the kinematic/acoustic effect
may play a minor or negligible role due to the relatively low free-stream Mach, and con-
sequently of its in-plane component responsible for the source strength modulation.
The relative importance of this effect for α = 15◦ is investigated in this work by per-
forming FW-H computations without the free-stream cross-flow velocity component,
whose corresponding total far-field noise directivities are depicted by the black crosses
in Figs. 6.11 and 6.13.

IN-PLANE NOISE DIRECTIVITY

For axial inflow conditions (α= 0◦), the far-field noise shows the expected axisymmetric
in-plane directivity for all the three frequency ranges considered. The tonal noise at BPF
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1 (Fig. 6.11(c)) contributes the most to the overall sound pressure level (Fig. 6.11(a)) in
the plane of the propeller compared to the broadband component (Fig. 6.11(e)). More-
over, the loading noise represents the most important contributor to the total acous-
tic pressure for all the frequency ranges considered. While for the SPL at BPF 1 thick-
ness noise is still relatively important when compared to loading noise (Figs. 6.11(c)
and 6.11(d)), the latter is the only relevant contributor to noise in the BPF range 10-100
(Figs. 6.11(e) and 6.11(f)). However, it should be pointed out the different nature of these
loading noise sources for the two different frequency ranges. At the BPF 1, the load-
ing noise is associated to the presence of steady forces generated by the rotating blades
in a frame that is not inertial with respect to a far-field observer (see Sec. 2.1.3). Con-
versely, the broadband noise in the frequency range BPF 10-100 is due to the presence of
stochastic unsteady loadings in the reference frame rigidly connected to the blade. Such
non-deterministic unsteady loadings are those related to the turbulent pressure fluctu-
ations in the boundary-layer over the blade suction side, which are scattered as sound at
the blade trailing-edge (see Sec. 2.1.1).

Similar considerations can be inferred for the case with the propeller axis at an angle
of attack with respect to the free-stream velocity direction (α= 15◦), except for the axial
symmetry of the noise directivity, which is significantly altered by the presence of a cross-
flow velocity component. In line with previous studies [191–194], the total far-field noise
is increased in that region from which the propeller is tilted away (90◦ < φ < 270◦) and
decreased in the opposite one (270◦ < φ < 90◦). However, this noise directivity change
is only related to the generation of periodic blade unsteady loadings (shown in Fig. 6.9),
due to the periodic variation of the incidence and velocity experienced by the blade. In-
deed, FW-H computations without the cross-flow velocity components (black crosses in
Figs. 6.11(b), 6.11(d) and 6.11(f)) provide almost identical results to those in which the
in-plane convective effects are considered, thus implying that the aforementioned kine-
matic/acoustic modulation effect of the source strength can be neglected for the case
under examination. As shown in Fig. 6.11(d), the presence of unsteady loading of the
blade is responsible for a SPL increment of the loading noise at the first BPF up to 6
dB at φ = 195◦, and for a reduction up to 12 dB in the diametrically opposite direction,
which in turn affects the directivity of the total far-field noise. The circumferential po-
sitions of the maximum and minimum noise are located 90◦ ahead of the locations of
maximum and minimum blade loading, respectively. This is a consequence of the fact
that the noise generated by the propeller blade mainly radiates perpendicularly to it.
Conversely, thickness and broadband noise are not significantly altered in the plane of
rotation when the propeller is at incidence with respect to the free-stream. This can be
ascribed to the relatively low periodic variations of both the section angle of attack and
velocity, respectively below 0.5◦ and 5% of the undisturbed local airfoil free-stream ve-
locity for outboard blade sections, resulting in a negligible unsteady (in the rotor frame)
flow displacement and turbulent boundary-layer properties, which respectively underlie
thickness and trailing-edge noise generation.

To complement the SPL directivity plots reported in Fig. 6.11, Fig. 6.12 shows the
narrow band spectra in 1/12-octave bands at two in-plane observer angles, φ = 0◦ and
φ= 180◦, corresponding to the regions of maximum noise increment and reduction un-
der yawed conditions (α= 15◦), respectively. Once again, an increment of the total noise
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Figure 6.11: SPL in-plane directivity of total ( ), thickness ( ) and loading noise ( ) for α = 0◦ and
α= 15◦. Total noise without cross-flow velocity component for α= 15◦ ( ).
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at the first two BPFs can be observed for the observer position from which the propeller
is titled away (φ= 180◦) with respect to the axial flow case (α= 0◦), while a noise reduc-
tion of BPF 1 and 2 takes place in the opposite region (φ= 0◦). Conversely, no significant
broadband noise variation can be appreciated between the yawed and axial cases.
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Figure 6.12: Sound pressure level in 1/12-octave band Lp(1/12) of the total noise for α= 0◦ and α= 15◦ at two
different in-plane observer positions: φ= 0◦ and φ= 180◦.

It should be pointed out that the negligible variation of the (broadband) sound pres-
sure level within the frequency range BPF 10-100 observed in Fig. 6.11 is not antithetical
to the moderate high-frequency broadband changes illustrated in Figs. 6.5 and 6.6. In-
deed, the far-field noise spectra in Figs. 6.5 and 6.6 are reported in 1/12-octave bands
to better discern tonal noise at low frequency and broadband noise at mid- to high-
frequencies. However, this leads the p ′

rms to be integrated over frequency bands of in-
creasing width as the frequency increases, resulting in an apparent larger contribution
of higher frequencies to the overall broadband noise energy. Although not shown for the
sake of brevity, the far-field noise spectra in constant frequency bands highlight a more
balanced broadband energy distribution across mid and high frequencies, so that the
moderate changes of the high-frequency broadband noise do not significantly influence
the SPL integrated within BPF 10-100.

OUT-OF-PLANE NOISE DIRECTIVITY

Next, the out-of-plane (axial) noise directivity (i.e. on the xg -zg plane shown in
Fig. 6.1(a)) is analyzed. As a first result, it can be noticed that tonal noise propagates
mainly in the propeller plane for axial flow conditions (α = 0◦), with almost no noise
radiation occurring of along propeller axis (Fig. 6.13(c)), as expected. Conversely, broad-
band noise shows (Fig. 6.13(e)) a more uniform out-of-plane directivity with the largest
noise levels radiated perpendicularly to the propeller plane. This is consistent with the
turbulent boundary-layer trailing-edge noise theory according to which the noise radi-
ates following a dipolar/cardioid pattern approximately symmetric with respect to the
local airfoil chord [26]. As a result, both tonal and broadband noise contribute to the
out-of-plane OASPL directivity (Fig. 6.13(a)), with the former dominating along the pro-
peller plane, while the latter on the propeller axis.
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Figure 6.13: SPL out-of-plane directivity of total ( ), thickness ( ) and loading noise ( ) for α = 0◦
and α= 15◦. Total noise without cross-flow velocity component for α= 15◦ ( ).
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For the propeller with a non-zero yaw angle, the OASPL along the propeller plane is
increased in that area from which the propeller is tilted away and reduced in the opposite
one (Fig. 6.13(b)), as already shown in the in-plane directivity plots. This noise directivity
change is governed by the modification of the loading noise at BPF 1 (Fig. 6.13(d)), with
broadband noise directivity modifications being negligible (Fig. 6.13(f)). Interestingly,
loading noise at BPF 1 dramatically increases along the propeller axis, as further shown
by the noise spectra in Fig. 6.14 for two on-axis observers above (θ = 180◦) and below (θ =
0◦) the propeller plane. This is clearly the indication of the presence of unsteady loading
harmonics that, contrarily to the noise associated to the steady contribution of the force
(i.e. rotor-locked noise), lead to the propagation of noise in the direction of the propeller
axis. As previously shown for the in-plane directivity, convective modulation effects on
the noise sources on the blade are negligible also for what concerns the radiation along
the propeller axis. Finally, it is interesting to point out that, for some particular observer
angles (i.e. 345◦ <φ< 30◦ for in-plane observers and 45 < θ < 150◦ for out-of-plane ones)
the loading noise decreases to such an extent that thickness noise becomes the most
important noise source at BPF 1 (Figs. 6.11(d) and 6.13(d)), due to the forces reduction
occurring around ψ= 270◦ (Figs. 6.9(c) and 6.9(d)).
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Although not shown for the sake of conciseness, considerations similar to that de-
rived above for the SPL at BPF 1 can be inferred for the noise directivity variation of the
second BPF harmonic.

6.4.4. NOISE POWER LEVEL

The survey on the propeller yaw angle effects on the resulting radiated field is concluded
with the analysis of the source power level, which is representative of the acoustic en-
ergy generated by the propeller regardless the distance and the observation angle. The
source Power Level (PWL) spectrum is evaluated by integration of the Power Spectral
Densities (PSDs) of the (total) acoustic signature computed through the FW-H acoustic
analogy over a spherical array of 10R radius centered around the propeller hub, using
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the following formula:

PWL( f ) =
� 2π

0

� 2π

0
R2

s sin(θ)
[1+M0 cos(θ)]2PSD( f ,φ,θ)

2ρ0c0
dφdθ (6.3)

where f is the frequency, Rs is the sphere radius, θ and φ are the angular coordinates
defined in Fig. 6.11 and Fig. 6.13, respectively, while M0, ρ0 and c0 are the free-stream
Mach number, density and speed of sound. A total of 625 microphones, 25 per each an-
gular coordinate, have been used for the PWL calculation. Figure 6.15 shows, for the axial
(α = 0◦) and angular (α = 15◦) inflow cases, the one-sided source power level spectrum
computed using Eq. (6.3), with the PWL converted from W/Hz to dB/Hz considering
a reference sound power PWLref = 10−12 W. The PWL spectrum reveals that the source
power is increased by 3.4 dB and 2.1 dB at BPF 1 and 2, respectively, when the propeller
is tilted incidence by 15◦ with respect to the free-stream velocity direction, regardless
the presence of regions of sound pressure level increment and reduction around the pro-
peller. Conversely, no variation of the broadband component of the source power can be
appreciated, as expected from the negligible in-plane and out-of-plane sound pressure
level directivity variations shown in Figs. 6.11 and 6.13.
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Figure 6.15: Source power level variation with the propeller yaw angle.

As a final result, the sectional source power level variation withα at the first BPF is an-
alyzed. Specifically, the two blades of the propeller are both split into ten evenly spaced
strips between root and tip. Then, FW-H acoustic signals from each couple of strips at
iso-radius are evaluated on the aforementioned spherical array in order to compute the
contribution of each strip to the whole propeller source power. The corresponding re-
sults for BPF 1 are reported in Fig. 6.16 with respect to the blade section count, where 1
and 10 respectively correspond to the root and tip strips. The total source power (red)
is further decomposed into thickness (green) and loading (blue) noise-related PWL con-
tributions. Under axial inflow conditions (Fig. 6.16(a)), the outer part of the blade con-
tributes the most to the far-field noise radiation, with loading noise being the dominant
source of noise. As the propeller is set at incidence with respect to the free-stream veloc-
ity, the outer part of the blade is still largely responsible for the overall noise emissions,
although the relative contribution of the inner blade sections increases more than that
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associated to outer ones. This is a consequence of the fact that the innermost blade
sections experience the largest loading and fluid displacement variations relative to the
axial inflow case, due to the largest local angle of attack and velocity changes occurring
at those spanwise locations. Similar considerations can be drawn for the BPF 2, whose
results are not reported for the sake of conciseness.
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Figure 6.16: Sectional source power level at BPF 1 of total ( ), thickness ( ) and loading ( ) noise.

6.5. CONCLUSIONS
This chapter presented a computational study on flow incidence effects on the aeroa-
coustics associated to low-speed propeller operated at a yaw angle with respect to the
free-stream. The numerical flow solution was obtained by solving the explicit, tran-
sient and compressible lattice-Boltzmann equation implemented in the CFD/CAA solver
SIMULIA PowerFLOW®. The aerodynamic noise generated by the propeller was com-
puted by using the Farassat’s formulation 1A of the FW-H equation applied to the pro-
peller/nacelle surfaces. A transition trip was used on the suction side of the propeller
blades in the computational setup to force the numerical scheme to switch from mod-
eled to scale-resolving turbulence mode and trigger the formation of turbulent struc-
tures for the sake of turbulent boundary-layer trailing-edge noise generation.

Numerical results were compared against forces and noise measurements carried
out in the A-Tunnel of TU-Delft to assess the capability of the employed computational
setup to predict loads, tonal and broadband noise modifications due to a non-zero pro-
peller yaw angle. Both absolute values and variations, due to the propeller yaw angle
change, of the time-averaged thrust and torque were reasonably captured by the com-
putational setup, although to a lower extent compared to those observed in the experi-
mental data. A quite satisfactory agreement between numerical and experimental data
was found for both tonal noise at BPF 1 and broadband noise above BPF 30, with the
numerical setup able to capture the large tonal noise variation, as well as the moderate
high-frequency broadband changes, at different observer locations due the modification
of the propeller yaw angle.

The analysis of the velocity field for the propeller at incidence revealed a nearly sym-
metric variation (in absolute value) of the tangential velocity experienced by the differ-
ent blade sections with respect to the in-plane free-stream velocity component, with an
increment on the advancing side and a reduction on the retreating one. The sectional
angle of attack azimuthal variation was found to take place with a phase shift of 30◦ in
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advance with respect to that of the tangential velocity, which dominates the total velocity
experienced by the blade section, causing the unsteady aerodynamic loadings to reach
the highest and lowest values slightly after ψ= 90◦ and ψ= 270◦, respectively. Moreover,
larger sectional thrust and torque increments were observed on the blade advancing side
compared to the reductions occurring on the retreating one, explaining the higher mean
propeller thrust and torque coefficients found in both numerical and experimental data.

Similarly to previous studies on high-speed propellers, the effect of the propeller yaw
angle on the far-field noise resulted in a large increment of the noise radiated along the
propeller axis, and an increase of the sound pressure level in the region from which the
propeller is tilted away and a decrease in the opposite one. However, contrarily to a pro-
peller experiencing high cross-flow Mach number components, such a noise directivity
change was found to be related only to the rise of deterministic unsteady loadings on
the blade due to the periodic variation of the incidence and velocity experienced by the
blade. FW-H computations without the cross-flow velocity component provided nearly
identical results to those in which the in-plane convective effects were considered, thus
implying that the kinematic/acoustic modulation effect of the sources strength can be
neglected for low-speed propellers at incidence. Finally, thickness and broadband noise
did not show a significant directivity variation due to the propeller yaw angle, as a con-
sequence of the moderate variation of the sectional angle of attack and velocity, which
could have resulted in a negligible unsteady flow displacement and turbulent boundary-
layer properties changes at the blade trailing-edge.





7
ROTOR BLADE-VORTEX

INTERACTION NOISE

There are in fact two things, science and opinion;
the former begets knowledge, the latter ignorance.”

Hippocrates

Chapter 6 discussed, for rotating blades operating at low blade tip speeds, the effects of
the most simple type of inflow distortion that can be experienced by a rotor/propeller,
namely that associated to the propeller yaw angle or angle of attack. The present chapter
focuses on another and more complex type of inflow non uniformity, which is that related
to the velocity field induced by a blade tip-vortex, when a rotor/propeller blade interacts
or passes in close proximity it. In particular, the scope of this chapter is to assess the ac-
curacy and computational performances of the LBM to predict blade-vortex interaction
noise, which can represent an important source of noise for open rotors/propellers of ro-
torcraft performing low advance ratio maneuvers and/or descent flights. The employed
benchmark configuration is the 40% geometrically and aeroelastically scaled model of a
BO-105 4-bladed main rotor tested in the framework of the HART-II project. Simulations
are performed by considering a rigid blade motion, but a computational approach is em-
ployed to account for the steady and unsteady aerodynamic effects associated to the blade
elastic deformations. This is based on the application of a transpiration velocity bound-
ary condition, a fluid body-force field and the steady deformed blade shape. It is shown
that the modeling of the aerodynamic effects related to the elastic deformation of the rotor
leads to more accurate predictions of trim settings, unsteady airloads and noise footprint.

Parts of this chapter have been published in the AESCTE journal (2019) [202] and in the 75th VFS Conference
proceedings (2019) [203].
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7.1. INTRODUCTION

T HIS chapter describes the application of the Lattice-Boltzmann Method (LBM) to
the evaluation of the aerodynamic and aeroacoustic fields around helicopter rotors

in Blade-Vortex Interaction (BVI) conditions. Helicopter BVI is a phenomenon which oc-
curs when a rotor blade interacts very closely with the tip vortices released by the other
blades or the blade itself, and it typically takes place during descent flights or maneuvers
at moderate advance ratios, when the wake of the main rotor remains in closer proxim-
ity to the rotor itself [63]. In more innovative rotorcraft configurations, such as electric
Vertical Take-Off and Landing (eVTOL) vehicles characterized by non-conventional lay-
outs with distributed propellers/rotors [13, 14, 16, 18, 19, 188, 189], the occurrence of BVI
can concern the interaction between the blade of a rotor/propeller with the tip vortices
released by the blades of a different rotor/propeller.

The BVI-induced fluctuations of the blade aerodynamic loads represent one of the
main sources of rotorcraft community noise and airframe vibration. Therefore, BVI noise
is considered as one of the major limitations of rotorcraft operations in urban areas, and
it is strongly correlated with hundreds of dormant heliports/vertiports worldwide. The
physics of BVI is governed by the strength and trajectory of the tip vortices, and in par-
ticular by the minimum distance from the rotor blade for the blade section and azimuth
considered, which is referred to as blade-vortex miss distance [63] (see Sec. 2.1.4). For
this reason, in order to successfully predict BVI phenomena, it is required to adopt an
aerodynamic solver able to accurately predict three-dimensional unsteady flows and the
spatial evolution of the rotor wake vorticity, as well as to take into account the periodic
elastic deformation of the rotor blades.

In the last two decades, many researchers have focused their efforts on the experi-
mental characterization and numerical prediction of BVI. In this framework, the second
Higher-Harmonic Control (HHC) Aeroacoustic Rotor Test (HART-II), which is the experi-
mental reference considered in the present study, represents the best-known benchmark
for rotor BVI aerodynamics, aeroelasticity and aeroacoustics [204–208]. The HART-II ex-
periments were conducted in the large low-speed facility of the German-Dutch wind
tunnel (DNW) in 2001 by an international cooperation between DLR, Onera, DNW,
US Army AFDD and NASA Langley. The experimental database includes blade deflec-
tions, section airloads, wake geometry, PIV (Particle Image Velocimetry) and acoustic
radiation measurements. Due to the large and comprehensive data sets available, this
database is widely used by the rotorcraft research community for the validation of nu-
merical solvers. An assessment of the state-of-the-art of the comprehensive/engineering
codes used within the HART-II International Workshop for the sake of BVI aerody-
namic/aeroacoustic prediction is illustrated in Refs. [209, 210], while in Refs. [211, 212] a
review of the state-of-the-art of higher-fidelity Computational Fluid Dynamics methods
coupled with Computational Structural Dynamics codes (CFD/CSD) can be found.

Comprehensive codes are typically based on finite element beam formulations as
structural model, and two-dimensional blade-section theories, enhanced by corrections
for unsteadiness, free-wake vortex lattice approaches and roll-up models to include the
rotor wake influence on the aerodynamic loads. Among the plethora of comprehen-
sive codes, those based upon the coupling of beam-like models for the blade structural
dynamics and Boundary Element Methods (BEMs) for its aerodynamics deserve a spe-
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cial mention due to their wide usage and good accuracy in predicting the aero-acousto-
elastic behavior of rotors in BVI [213, 214]. The main advantage of comprehensive codes
is the significantly lower computational cost and memory requirement compared to
CFD/CSD approaches, making them suitable for fast trend parameters identification,
optimization and mission-level analysis purposes. On the other hand, comprehensive
codes typically require the tuning of some of the parameters involved in their aerody-
namic modules to obtain a good agreement between experimental data and numerical
results [215], and they offer a lower potential in terms of accuracy with respect to that
provided by CFD-based methods [210]. For both the aforementioned approaches, the
noise radiation is typically evaluated using formulations based on the Ffowcs Williams
& Hawkings’ (FW-H) acoustic analogy [34] applied to the rotor aerodynamic solution.

The primary goal of this study is to assess the accuracy, capabilities and the com-
putational performances of the LBM to predict the unsteady loadings, the rotor wake
development and the noise radiation of rotors undergoing BVI conditions. In this study,
the HART-II baseline configuration, without Higher-Harmonic Control (HHC)1, is sim-
ulated by using a recently released version (6-2020-R3) of the LBM-based solver SIMU-
LIA PowerFLOW®, which implements a hybrid high-subsonic/transonic LBM formula-
tion [103]. The benchmark study is conducted by assuming rigid blades. The effects of
mesh resolution on the numerical results is investigated first. Then, the impact of in-
cluding different blade deformation modeling assumptions on the accuracy of the aero-
dynamic and aeroacoustic results, such as the steady blade deformation and the appli-
cation of transpiration velocity/fluid body forces for retrieving deformation effects on
the blade loadings, is analyzed.

The present study represents the first attempt, to the author’s knowledge, of appli-
cation of the LBM to predict the aerodynamics and aeroacoustics associated to an heli-
copter rotor in strong BVI conditions. The performances of the solver are reported for the
sake of comparison with those of conventional CFD methods based on the discretization
of Unsteady Reynolds Average Navier-Stokes (URANS) equations, which are supposed,
for this application, to generate an equivalent amount of flow information at an equiva-
lent level of fidelity.

The rest of the chapter is organized as follows. In Sec. 7.2 the test case and computa-
tional setup are described. Section 7.3 illustrates the computational approach adopted
to take into account the aerodynamic effects due to the elastic motion of the blades. In
Sec. 7.4, the validation of the numerical setup is carried out, while Sec. 7.5 is focused on
the impact of the modeling of the blade elastic deformation aerodynamic effects on the
accuracy of the numerical predictions. The main conclusions of this study are summa-
rized in Sec. 7.6.

1The HHC is an active vibration and noise control system in which the rotor blade pitch angle is periodically
varied at harmonics higher than that of the shaft angular velocity. The pitch angle due to the HHC is then su-
perimposed on the main rotor trim controls, causing a slight variation in them (compared to a situation with-
out HHC) and producing different blade flap and torsion deformations, unsteady airloads and tip-vortices
dynamics.
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7.2. TEST-CASE AND COMPUTATIONAL SETUP
All the simulations performed in this chapter are based on the same rotor operating
condition, which is the HART-II baseline configuration without HHC, corresponding
to a descent flight in strong BVI conditions. The effective rotor shaft angle2 is αe f f =
αs +∆α =4.5◦ (with αs = 5.3◦ being the rotor shaft angle and ∆α = −0.8◦ the wind tun-
nel interference angle, respectively) and its radius is R = 2m. The blade chord of the
NACA 23012 airfoil composing the four rotor blades is c = 0.121 m. The advance ra-
tio is µ= U∞ cos(αs )/(ΩR) =0.15, where U∞ = 32.9 m/s is the free-stream velocity and
Ω=109.12 rad/sec is the rotational speed of the rotor. This angular velocity corresponds
to an hover blade-tip Mach number of 0.639 and a Blade-Passing Frequency (BPF) of
69.47 Hz. The ambient temperature and pressure are 290.45 K and 100970 Pa, respec-
tively. Starting from the experimental collective (θ0 = 3.80◦), lateral (θc = 1.92◦) and lon-
gitudinal (θs =−1.34◦) cyclics blade pitch commands as initial guess, a Newton-Raphson
iterative method (see Appendix C) is used to trim the main rotor to the experimental
thrust, T = 3300 N, and hub rolling and pitching moment, Mx = 20 Nm and My =−20
Nm, respectively3.

A spherical simulation volume of radius 100R centered around the helicopter is used.
Static pressure and the free-stream velocity are prescribed on the outer boundary, and an
acoustic sponge approach is used to damp the out-going acoustic waves and thus min-
imize the backward reflection from the outer boundary. The acoustic sponge is defined
by two concentric spheres of radius 10R and 80R, respectively, and centered around the
helicopter hub. Hence, the fluid kinematic viscosity is gradually increased starting from
its physical value within the inner sphere, up to an artificial one two orders of magni-
tude higher outside the outer one. Figures 7.1(a) and 7.1(b) show the computational grid
used for all the simulations presented in this chapter. Overall, 13 Variable Resolution
(VR) levels are used to discretize the entire fluid domain. In particular, the finest VR level
is set around the blade leading-edge and tip, the second finest VR is used to discretize the
region surrounding the blade, while the third finest VR encompasses the volume annu-
lus swept by the outer part of the blade as depicted in Fig. 7.1(b). Nested Local Reference
Frames (LRFs) are used to manage the rigid motion of the rotor blades. More specifically,
four inner LRFs are used to define the sliding mesh volumes used to prescribe the peri-
odic blade pitching motion due to the cyclic commands. These inner LRFs are in turn
nested into an external sliding mesh (i.e. the outer LRF) employed to rotate the entire
rotor geometry according to the rotor angular velocity, as sketched in Fig. 7.1(c). Simula-
tions are performed using the hybrid high-subsonic/transonic LBM solver implemented
SIMULIA PowerFLOW® 6-2020-R3, in which the transonic solver is used within the LRFs
(where high values of the Mach number are expected) and the high-subsonic solver is

2Defined as the angle between the rotor shaft and the axis perpendicular to the undisturbed free-stream ve-
locity and positive when the rotor shaft is tilted backwards.

3A conventional helicopter is controlled by the following four commands: main rotor collective θ0, lateral
cyclic θc , longitudinal cyclic θs and tail rotor collective θtr . The first three parameters contribute to the
definition of the pitch of the main rotor blades, θ(Ψ) = θ0 + θc cos(Ψ)+ θs sin(Ψ), with Ψ being the blade
azimuth referred to the tail of the helicopter. In particular, the collective θ0 contributes to the definition
of the thrust produced by the rotor, while the cyclics θc and θs are used to govern the roll and pitch of the
rotorcraft. Finally, the control of the directional dynamics is delegated to the tail rotor collective. Hence, the
blade pitch angle θ varies periodically with the main rotor rotational frequency (1/rev).
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used elsewhere (see Sec. 3.2).

(a) Mesh side view (b) Blade mesh close-up view
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Figure 7.1: Details of the numerical setup: computational grid, hub coordinate system, LRFs, FW-H permeable
surface and far-field noise microphones array.

In this study, the noise radiation is computed by using a FW-H acoustic analogy ap-
plied to a permeable surface encompassing the whole helicopter model, as sketched
in Fig. 7.1(c). Since the FW-H approach adopted in this study neglects the volume
(quadrupole) term, spurious signals might arise when the permeable surface is inter-
sected by vortical structures [122], such as the blade tip-vortices and the turbulent struc-
tures within the rotor and hub wakes (see Sec. 3.3). Therefore, cap-averaging of the flow
solution on 5 overlapping inter-caps and 6 staggered end-caps4 on the permeable wakes

4The 6 end-caps are 6 identical surfaces staggered along the longitudinal direction downstream of the rotor
(with the end-cap #1 being the most upstream one and the end-cap #6 the most downstream one), while the
5 inter-caps are 5 surfaces of different area partially overlapping on each other and connecting the main FW-
H (open) surface to the end-caps. Therefore, the topology of the permeable FW-H surface used in this study
is such that the main FW-H (open) surface is closed downstream by the end-cap #1, and that the inter-caps
#1, #2, ..., #5 respectively connect the main FW-H (open) surface to the end-caps #2, #3, ..., #6.
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surface being intersected by the rotor wake is adopted to filter out the noise signature
associated to the vortical structures passing through the integration surface [124]. Ta-
ble 7.1 shows the weighting parameters assigned to each face of the permeable FW-H
integration surface for the far-field noise computation.

Acoustic data are sampled on the FW-H permeable surface at 69.5 kHz along 2 rotor
revolutions on a sampling mesh which ensures at least 20 points-per-wavelength at BPF
40, after reaching the experimental trim conditions (3-4 rotor revolutions) for the thrust,
and hub rolling and pitching moments. Fourier transformed data of the near-field pres-
sure are evaluated using a bandwidth of 35.3Hz, 40% window overlap coefficient and
Hanning weighting.

FW-H surface face # Weight [-] Note
Main surface 1 1 −
Inter-cap 5 (6−n)/6 n = 1, ...,5
End-cap 6 1/6 ∀ cap

Table 7.1: FW-H surface weighting parameters.

7.3. MODELING OF BLADE ELASTIC DEFORMATIONS AERODY-
NAMIC EFFECTS

As previously pointed out, the main affecting parameters of the BVI phenomenon are
the blade-vortex miss distance, which results from the instantaneous position of the
convected tip vortices and the deformed blades, and the tip-vortex circulation (see
Sec. 2.1.4). Moreover, BVI mechanisms are also strongly related to the azimuthal po-
sitions of the interactions, which influence the angle of interaction between the blade
and tip-vortices axes. Hence, in order to successfully predict BVI-related phenomena, it
is crucial to fulfill the following three aspects:

• the accurate prediction of the vortex trajectory, which mainly depends on the good
convection of the rotor wake;

• the capability of the solver to convect vorticity with low dissipation, thus preserv-
ing the vortex coherence over a sufficient number of rotor revolutions;

• the accurate prediction of the instantaneous position of the different blade sec-
tions, which relies on the capability of the solver to simulate elastic blade defor-
mations under inertial and aerodynamic loads.

Therefore, two-way-coupled low-dissipative high-fidelity CFD/CSD approaches repre-
sent the ultimate frontier of BVI noise prediction. In the present work, only the model-
ing of the aerodynamic effects associated to the blade elastic deformation is concerned.
Such a modeling choice is imposed by a main limitation of the LBM solver employed
throughout this thesis, which can simulate combinations of rigid rotations, but not time-
dependent deformations of the geometry. The computational mesh is indeed generated
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automatically by the solver in a pre-processing stage and is used throughout the simula-
tion without possibility of update, whereas rigid rotations of parts respect to others are
managed by sliding meshes called LRFs [107].

The analytical reconstruction of the blade elastic motion of the HART-II baseline case
provided by van der Wall [216] - which was obtained by projecting Fourier components
of the measured deformation on a basis of low-order FEM-computed modal shapes -
is used in this study as starting point for the modeling of the associated aerodynamic
effects. Following Ref. [216], the experimental flap (z), lead-lag (y) and torsion (φ) defor-
mations5 for each blade can be respectively written as:

z(r,Ψ) =
3∑

i=1
qzi (Ψ)φzi (r ) (7.1)

y(r,Ψ) =
2∑

i=1
qyi (Ψ)φyi (r ) (7.2)

φ(r,Ψ) =
2∑

i=1
qxi (Ψ)φxi (r ), (7.3)

where φzi , φyi , φxi are the modal shapes, functions of the radial coordinate r :

φzi (r ) =
7∑

j=0
czi j

(
r /R −0.075

1−0.075

) j

(7.4)

φyi (r ) =
7∑

j=0
cyi j

(
r /R −0.075

1−0.075

) j

(7.5)

φxi (r ) =
7∑

j=0
cxi j

(
r /R −0.075

1−0.075

) j

, (7.6)

with R rotor radius, and qzi , qyi , qxi are the generalized coordinates:

qzi (Ψ) =
6∑

k=0
[azi k cos(kΨ)+bzi k sin(kΨ)] (7.7)

qyi (Ψ) =
6∑

k=0
[ayi k cos(kΨ)+byi k sin(kΨ)] (7.8)

qxi (Ψ) =
6∑

k=0
[axi k cos(kΨ)+bxi k sin(kΨ)], (7.9)

which reproduce the periodic time dependency and magnitude of each elastic defor-
mation component through the azimuthal angle Ψ=Ωt , with Ω denoting the rotational
speed of the rotor and t the time. The coefficients of the modal shapes (Eqs. 7.4-7.6)
are identical for each blade, whereas those of the generalized coordinates (Eqs. 7.7-7.9)

5Assuming a blade with zero geometrical twist, the flap deformation is the local blade displacement in the
chord-normal direction, while the lead-lag one occurs in the chordwise direction. The torsion deformation is
the rotation of the local blade section around the blade elastic axis.
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slightly differ for the four blades due to their non identical elastic deformations mea-
sured during the experiment. All the previous coefficients are available in van der Wall’s
technical report [216].

For the sake of completeness and to help the discussion of the numerical results,
Fig. 7.2 depicts the analytical reconstruction of the blade flap, lead-lag and torsion de-
flection data, averaged over the four blades, as functions of the radial coordinate and the
azimuthal angle. As illustrated in Fig. 7.2(a), the flap motion mainly shows a 1/rev con-
tent, with a relatively large downward motion in the advancing side (0◦−180◦) and a less
pronounced upward motion in the retreating side (180◦−360◦). The lead-lag deflection
also shows a 1/rev variation with a maximum lag motion around 180◦ in the azimuth
(Fig. 7.2(b)). Finally, the torsional response (Fig. 7.2(c)) is predominantly 2/rev and neg-
ative, thus being responsible of an overall reduction of the angle of attack of the different
blade sections.
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(b) Lead-lag deflection (positive backwards)
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(c) Torsion deflection (positive pitch-up)

Figure 7.2: Analytical reconstruction of the HART-II baseline blade deflection data along the radial and az-
imuthal coordinates [216].

In this work, the aerodynamic effects associated to the blade elastic deformations are
modeled by prescribing a combination of a transpiration velocity boundary condition
applied on the surface of the blade, for the flap displacement, and a semi-empirical fluid
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body-force field imposed within a fluid region surrounding the blade, for the torsion
deformation, as depicted in Fig. 7.3. Both the transpiration velocity and fluid body-force
models are related to the kinematics of the blade associated to the elastic deformation as
described in the following. Since the lead-lag deformation is not expected to affect the
BVI phenomenon significantly, its modeling in terms of aerodynamic effect is neglected
in the present study.

Fluid body-force

volume (torsion def.)

Fully-rigid 

surface

Velocity wall BC 

surface (flap def.)

𝑧𝑠 , ෠𝑘

𝑥𝑠, Ƹ𝑖

(a) Surface and volume partitioning for the modeling of elastic deforma-
tion aerodynamic effects
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(b) 2D sketch of transpiration velocity and body-force
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(c) Body-force chordwise distributions

Figure 7.3: Description of the blade elastic effects modeling.

UNSTEADY FLAPPING EFFECTS AERODYNAMIC MODELING

The experimental unsteady blade flap deformation (averaged over the four blades) ef-
fects on the blade unsteady loading are modeled by prescribing a velocity wall boundary
condition (i.e. transpiration velocity) equal to the time-derivative of the flap displace-
ment (Eq. (7.1)):

ż(r,Ψ) =
3∑

i=1
q̇zi (Ψ)φzi (r ), (7.10)

along the direction normal to the blade chord for r /R > 0.35 (see Fig. 7.3(b)). This ap-
proach follows from the idea that a small-amplitude plunge motion of the blade around
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its mean position can be modeled by applying a velocity wall boundary condition equal
to the flap displacement that has an equivalent dynamic effect on the blade in terms
of associated aerodynamic loading. Since Eq. (7.10) is applied through a built-in fea-
ture of the LBM code used in this work, namely the velocity wall boundary condition,
its validation is not explicitly shown. Such a boundary condition is equivalent, for
plunging/flapping motions, to the transpiration velocity concept traditionally used in
CFD aeroelastic simulations through undeformed computational grids [217–219] or in
boundary integral formulations derived under the assumption of rigid surfaces to in-
clude the effects of wall vibrations [220].

UNSTEADY TORSION EFFECTS AERODYNAMIC MODELING

The aerodynamic effects associated to the experimental unsteady torsion deformation
(averaged over the four blades) are modeled by applying semi-empirical fluid body-
forces within a volume surrounding the blade (for r /R > 0.35), which is generated as
offset the blade surface with a thickness of 3 local voxels (i.e. mesh cells). These semi-
empirical fluid body-force fields are described in terms of the blade torsion kinematics
and, in a section coordinate system with origin on the leading-edge, x-axis (xs ) aligned
with the chord and z-axis (zs ) normal to it (as depicted in Figs. 7.3(a) and 7.3(b)), read as:

B(xs ,r,Ψ) =−dxs (xs )bxs (r,Ψ)|ζ3ζ4

ρA︸ ︷︷ ︸
Bxs

î−dzs (xs )bzs (r,Ψ)|ζ1ζ2

ρA︸ ︷︷ ︸
Bzs

k̂, (7.11)

In Eq. 7.11, î and k̂ are the chord-wise and chord-normal unit vectors, ρ is the fluid
density, A is the cross-sectional area of fluid body-force application volume, dxs and dzs

are the chordwise distributions of the body-forces along the xs and zs axes, namely:

dxs (xs ) =
{

d ss
xs

(xs ) =−(1−β)(−xs /χs +1), on suction side
d ps

xs
(xs ) = (1+β)(−xs /χs +1), on pressure side

(7.12)

and

dzs (xs ) =
{

d ss
zs

(xs ), on suction side
d ps

zs
(xs ), on pressure side,

(7.13)

with

d ss
zs

(xs ) =
{
γxs , if xs <χss

s

(1−β)
√

1−xs
xs

, if xs ≥χss
s

(7.14)

d ps
zs

(xs ) =
{
γxs , if xs <χps

s

(1+β)
√

1−xs
xs

, if xs ≥χps
s .

(7.15)

The minus sign in Eqs. Eq. (7.11) represents the action exerted by the fluid on the body,
which is equal and opposite to that applied by the body on the fluid. Moreover, bxs and
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bzs are the magnitude of the fluid body-force components (per unit span) along the xs

and zs axes, respectively:

bxs (r,Ψ)|ζ3ζ4 = ρπb2
(

b

2
¨̃φx (r,Ψ)|ζ3ζ4 +Us∞

˙̃φx (r,Ψ)|ζ3ζ4

)
(7.16)

bzs (r,Ψ)|ζ1ζ2 = ρπb2
(

b

2
¨̃φx (r,Ψ)|ζ1ζ2 +Us∞

˙̃φx (r,Ψ)|ζ1ζ2

)
, (7.17)

with b = c/2 and Us∞ being the local airfoil semi-chord and free-stream velocity. In Eqs.

(7.16) and (7.17), ¨̃φx and ˙̃φx are the torsional acceleration and velocity, whose general-
ized coordinates (second and first time derivatives of Eq. (7.9)) are amplitude-modulated
and phase-shifted with respect to those of the corresponding the torsion deformation in-
put, namely:

¨̃φx (r,Ψ)|ζ3ζ4 =
2∑

i=1

¨̃qxi (Ψ)|ζ3ζ4φxi (r ), ¨̃φx (r,Ψ)|ζ1ζ2 =
2∑

i=1

¨̃qxi (Ψ)|ζ1ζ2φxi (r ) (7.18)

˙̃φx (r,Ψ)|ζ3ζ4 =
2∑

i=1

˙̃qxi (Ψ)|ζ3ζ4φxi (r ), ˙̃φx (r,Ψ)|ζ1ζ2 =
2∑

i=1

˙̃qxi (Ψ)|ζ1ζ2φxi (r ), (7.19)

with

˙̃qxi (Ψ)|ζ3ζ4 =
6∑

k=1
[−axi k sin(kΨ−2πζ4)+bxi k cos(kΨ−2πζ4)]kΩζ3 (7.20)

˙̃qxi (Ψ)|ζ1ζ2 =
6∑

k=1
[−axi k sin(kΨ−2πζ2)+bxi k cos(kΨ−2πζ2)]kΩζ1 (7.21)

¨̃qxi (Ψ)|ζ3ζ4 =
6∑

k=1
[−axi k cos(kΨ−2πζ4)−bxi k sin(kΨ−2πζ4)](kΩ)2ζ3 (7.22)

¨̃qxi (Ψ)|ζ1ζ2 =
6∑

k=1
[−axi k cos(kΨ−2πζ2)−bxi k sin(kΨ−2πζ2)](kΩ)2ζ1. (7.23)

According to Theodorsen’s 2D unsteady aerodynamic theory [221], the forces being
produced by the airfoil in an unsteady motion can be split into a non-circulatory contri-
bution, related to the unsteady airfoil motion in absence of circulation, and a circulatory
term, which is associated to the effect associated to shed vorticity in the airfoil wake6.
The first contribution - which accounts for the effect associated to additional pressure
forces that are needed to accelerate the fluid in the surrounding of an airfoil undergoing
a non-stationary motion (i.e. the so-called added mass effect) - is that accounted by the
proposed semi-empirical body-force model. Note that Eqs. (7.16) and (7.17) recall the
non-circulatory lift contribution of the Theodorsen’s theory, except for the plunge accel-
eration7 and assuming the flapping displacement measured at the airfoil quarter-chord

6The vorticity of a three-dimensional blade/wing can be split into shed and trailed contributions. The for-
mer is emitted parallel to the trailing-edge and related to the motion of the body, while the latter is released
perpendicularity to the trailing-edge in the direction of the relative wind and associated to the spanwise lift
distribution.

7The aerodynamic effect associated to the flapping deflection (plunge in a 2D perspective) is already ac-
counted in the computational setup by Eq. (7.10). Hence, the plunge acceleration is not included in Eqs.
(7.16) and (7.16).
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point. It should be pointed out that the circulatory part is not included in the fluid body-
force modeling, since its effect is accounted by the CFD numerical solution through the
wake blade shed vorticity induction, once the effect associated to the non-circulatory
contribution has been modeled in the computational setup.

The fluid-body force normal to the chord (Eq. (7.17)) is distributed on the local airfoil
chord similarly to the pressure coefficient distribution of a two-dimensional potential
flow ((1±β)

p
(1−xs )/xs ), with a linear correction at the leading-edge (γxs ) to account

for viscous effects (Eqs. (7.14)-(7.15)). The body-force component in the chord-wise di-
rection (Eq. (7.16)), which is introduced to improve the correlation between the lift, drag
and pitching moment generated by a real pitching airfoil and those produced by a steady
airfoil subjected to the body force distribution, is distributed linearly along the local air-
foil chord (Eqs. (7.12)). The parameter β, which appears with an opposite sign between
suction and pressure side in Eqs. (7.12), (7.14) and (7.15), accounts for asymmetries of
the pressure field between the two sides of the airfoil for non-symmetric profiles, and
tends to zero for symmetric ones.

The parameters γ,β andχs in Eqs. (7.12)-(7.15), as well as the amplitude-modulating
(ζ1 and ζ3) and phase-shifting parameters (ζ2 and ζ4) in Eqs. (7.20)-(7.23), depend on the
local section reduced frequency k̂ = kΩb/Us∞ . These are tuning parameters required to
adjust the magnitude, phase and chord-wise spatial distribution of the fluid body-forces
in Eq. (7.11) in such a way that the lift, drag and pitching moment generated by a steady
airfoil excited with fluid body-forces are close to those produced by the same blade sec-
tion undergoing a physical unsteady torsional motion (i.e. a pitching motion from a 2D
perspective). The functional dependency of the above mentioned parameters on the re-
duced frequency is determined by curve fitting of their optimal values obtained at differ-
ent k̂ by minimizing the error between the lift, drag and pitching moment generated by
a real pitching airfoil and those produced by a steady airfoil subjected to the body-force
distribution (Eq. (7.11)) as described in Appendix D. It should be pointed out that the
above mentioned tuning process is required by the fact that the fluid body-force model
emulates the effect associated to a non-circulatory surface force distribution through a
volumetric fluid force distribution, prescribed in a finite volume surrounding the blade
of arbitrary thickness of 3 local voxels in the surface normal direction.

7.4. NUMERICAL SETUP VALIDATION
As a sanity check of the employed computational setup and mesh, a preliminary grid
convergence study is conducted without any modeling of the aerodynamic effects as-
sociated to the blade elastic deformation. Three resolution levels are considered, here-
inafter referred to as coarse, medium and fine, corresponding to N =42, 60 and 85 voxels
per blade chord (

p
2 refinement ratio between each grid) in the second finest VR, respec-

tively. The whole computational mesh is refined accordingly using the same VR scheme
for all simulations. A summary of the grid size and computational cost for the three
meshes is reported in Tab. 7.2.
Simulations are performed using a 1000 cores cluster with Intel Xeon CPU E5-2690 2.90
GHz and require, for the finest case, about 2.5 hours per rotor revolution. For all the mesh
resolutions, the main rotor is trimmed to the experimental thrust, rolling and pitching
moments as described in Appendix C.
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Res. level N # Voxels # Surfels CPUh/rev
Coarse 42 43.3 3.1 434
Medium 60 86.2 4.0 914
Fine 85 199.0 5.4 2472

Table 7.2: Grid size in million of elements and computational cost.

7.4.1. TRIM SETTINGS
Table 7.3 shows the comparison between the numerical collective and cyclic pitch com-
mands for the three different mesh resolutions - obtained through the trimming pro-
cedure (outlined in Appendix C) - and the experimental ones. The lateral (θc ) and lon-
gitudinal (θs ) cyclics do not considerably change with the three different grids, while a
relatively larger sensitivity to the mesh resolution is shown by the collective command
(θ0). However, a convergence trend for θ0 can be identified. The worsening of the agree-
ment between experimental and numerical data as the resolution increases, especially
for what concerns the collective angle, is a consequence of considering a fully rigid ro-
tor in the resolution study (i.e. without the inclusion of any effect associated to the
blade elastic deformation). In the numerical simulations, the rotor blades experience
a higher incidence during the rotation compared to the experimental case. As shown in
Fig. 7.2(c), the outer part of the blade, which is that generating the largest amount of the
total thrust, undergoes a negative (pitch down) torsion during the experiment for large
part of the revolution. As a result, the local angle of attack experienced by the different
blade sections in the simulations is higher than the experimental one for the same collec-
tive angle, thus requiring a lower θ0 to generate the same mean rotor thrust. Moreover,
as the mesh resolution increases, the pressure suction effect around the blade leading-
edge is also increased, implying that the finest grid is able to generate a certain thrust
with a lower θ0 compared to the coarser meshes.

Case θ0 [deg] θc [deg] θs [deg]
Exp. 3.80 1.92 −1.34
Coarse 2.99 2.27 −1.88
Medium 2.75 2.30 −1.88
Fine 2.70 2.32 −1.89

Table 7.3: Trim settings variation with the mesh resolution. Experimental data from Ref. [222].

7.4.2. INSTANTANEOUS VORTICAL STRUCTURES
Figures 7.4(a) to 7.4(c) show instantaneous snapshots of the blade tip vortex system
extracted according to the λ2 criterion [153] for the three resolution levels. These im-
ages qualitatively illustrate that a higher mesh resolution results in a lower diffusion of
the vortical structures, which preserve their coherent character over a larger number of
wake spirals. This represents a crucial aspect for the accurate prediction of the BVI noise
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through CFD methods. Interestingly, a multitude of turbulent scales can be observed,
in particular downstream the hub wake, and in the advancing side of the rotor, where
vortices breakdown occurs because of the higher relative velocities and strain rates.

(a) Coarse resolution

(b) Medium resolution

(c) Fine resolution

Figure 7.4: λ2=−7500 1/s2 iso-surfaces of the instantaneous flow around the helicopter model colored by flow
velocity magnitude; impact of the mesh resolution.



7.4. NUMERICAL SETUP VALIDATION

7

149

7.4.3. UNSTEADY LOADING

The sensitivity of the aerodynamic solution to the grid resolution is evaluated in terms of
unsteady loading. For each resolution level, Fig. 7.5 shows the cn M 2 coefficient time his-
tory (where cn is the section normal force coefficient and M is the flow local Mach num-
ber) at the span-wise section located at r /R=0.87. The cn M 2 coefficient is computed by
using surface pressure probes depicted in green Fig. 7.1(c) and following the experimen-
tal procedure reported in Ref. [223]. The cn M 2 exhibits a weak grid dependence, and a
convergence trend can be observed between the medium and fine resolutions. The dis-
crepancies taking place roughly between 120◦ and 240◦, among the three investigated
resolution levels, could be ascribable to the different resolved suction pressure peak at
the blade leading-edge, as well as to the different up-wash velocity field induced by the
front part of the helicopter fuselage as a result of the grid refinement. Concerning the
regions where BVI phenomenon occurs, the large spurious loading fluctuations occur-
ring between 60◦ and 90◦ in the azimuth tend to decrease (and converge) as the mesh
resolution is increased. The physical fluctuations of the cn M 2 for 0◦ <Ψ< 60◦ also tend
to converge between the medium and fine resolutions. However, such fluctuations are
predicted with a certain phase delay compared to the experimental data for each reso-
lution level. Conversely, the fluctuations associated to the BVI in the retreating side (i.e.
between 270◦ and 330◦ in the azimuth) do not appear to be considerably affected by the
mesh resolution. Note that the discrepancies taking place for 120◦ <Ψ< 240◦ and in the
azimuthal sectors where BVI occurs between numerical results and experimental data
are primarily due to the lack of simulation of the blade tip displacement.
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Figure 7.5: Time history of the cn M2 coefficient at r /R =0.87; impact of the mesh resolution. Experimental
data from Ref. [222].

7.4.4. NOISE RADIATION

The grid independence analysis is concluded by examining the sensitivity of the noise ra-
diation to the mesh refinement. To this purpose, Fig. 7.6 shows the comparison between
the experimental and numerical noise footprints evaluated on a carpet of microphones
located 2.2 m below the rotor hub (shown in Fig. 7.1(c)). The noise contour maps are
evaluated by integration of the FW-H equation on a porous surface encompassing the
whole helicopter model (Fig. 7.1(c)). In order to highlight the BVI noise contribution,
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contour levels of the Overall Sound Pressure Level (OASPL) in the frequency range be-
tween the 6th and the 40th Blade-Passing Frequency (BPF) are plotted. The straight arrow
indicates the direction of the free-stream velocity, while the circular one the direction of
the rotor rotation. Hence, y > 0 m denotes the blade advancing side, while y < 0 m the
retreating one.
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Figure 7.6: OASPL noise footprint contour levels (6th to 40th BPF); impact of the mesh resolution. Experimental
data from Ref. [222].
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The improvement of the aerodynamic solution associated with the computational
grid refinement, which was particularly observed in the unsteady loading predictions
(Fig. 7.5), reflects directly into the improvement of the far-noise radiation prediction. In-
deed, the noise footprint for the coarse mesh shows an overestimation of 6 dB of the
high-noise region in the advancing side and an underestimation of 2 dB of the noise lev-
els in the retreating side. Conversely, the high-noise level lobe in the retreating side is
accurately predicted for the two finest grids (besides a very small area of 2 dB OASPL
over-prediction for the fine mesh), while the spot in the advancing side is over-predicted
by 4 dB. The slightly higher far-field noise levels observed for the finest mesh compared
to the medium one can be attributed to the slightly different occurrence of the blade-
vortex interactions between the two cases (Fig. 7.5), as well as to the slightly lower nu-
merical dissipation of the acoustic waves taking place for the finest grid.

In view of the above, it is possible to state that the fine mesh resolution provides
a satisfactory levels of accuracy and grid convergence for the prediction of BVI-related
phenomena. Therefore, it is used in the rest of this chapter to illustrate the effects on
the numerical results of the modeling of the aerodynamic effects associated to the blade
deformations.

7.5. ANALYSIS OF THE BLADE DEFORMATION EFFECTS AERODY-
NAMIC MODELING

This section describes the impact of different modeling assumptions of the aerodynamic
effects associated to the blade deformations on the trim settings, unsteady airloads, ver-
tical tip-vortex positions and far-field noise. To this aim, three different cases are con-
sidered:

• rigid rotor with underformed blade shape (rigid case);

• rigid rotor with blade shape deformed according to the experimental mean flap
and torsion deformations (semi-rigid case);

• rigid rotor with blade shape deformed according to the experimental mean flap
and torsion deformations, and unsteady aerodynamic effects of the blade defor-
mation modeled through transpiration velocity and fluid body-forces as described
in Sec. 7.3 (elastic case).

For all the cases, the main rotor is trimmed to the experimental thrust, rolling and pitch-
ing moments as described in Appendix C. It is worth to remark that, for all the three dif-
ferent cases mentioned above, only the rigid body kinematics of the blade is simulated.
As mentioned in Sec. 7.3, this is imposed by a main limitation of the employed LBM code,
which can reproduce rigid-body roto-translation motions, but not time-dependent de-
formations of the geometry. For the rigid case, the rotor moves according to the unde-
formed blade kinematics, whereas for the semi-rigid and elastic cases, the kinematics of
the blade is that of the steady deformed blade. Hence, for the elastic case, the unsteady
component of the blade deformation is not really simulated by the blade motion, but
its aerodynamic effect is included in the computational setup through a combination of
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transpiration velocity and fluid body-forces. The three different configurations analyzed
in this section are summarized in Fig. 7.7

Rigid

Semi-rigid

Elastic

Undeformed blade

Undeformed blade

Steady deformed

blade

Steady deformed

blade

Fluid body-force

volume

Transpiration 

velocity surface

Undeformed blade

Figure 7.7: Summary of the three different configurations for the analysis of the blade deformation effects
aerodynamic modeling.

7.5.1. TRIM SETTINGS
Table 7.4 shows the comparison between the experimental collective (θ0), lateral (θc )
and longitudinal (θs ) cyclics, and those determined by applying the trim procedure to
the rigid, semi-rigid and elastic cases, respectively. The inclusion of the steady deforma-
tion in the numerical simulation (semi-rigid case) leads to an improvement of the trim
settings prediction compared to the rigid case, with the largest improvement observed
for the collective angle. The steady deformed blade is indeed characterized by a nega-
tive torsion spanwise distribution (Fig. 7.2(c) and Fig. 7.7), which results in a reduction
of the incidence experienced by the blade and the need for a higher collective angle to
generate a given level of thrust, compared to the undeformed configuration (rigid case).
The inclusion of unsteady aerodynamic effects associated to the flap and torsion defor-
mations through the transpiration velocity and fluid body-forces yields to an even better
prediction of the collective angle, as well as to a substantial improvement of the lateral
and longitudinal cyclics.

Case θ0 [deg] θc [deg] θs [deg]
Exp. 3.80 1.92 −1.34
Rigid 2.70 2.32 −1.89
Semi-rigid 3.31 2.24 −1.78
Elastic 3.40 1.87 −1.68

Table 7.4: Trim settings variation with the modeling of the blade deformation aerodynamic effects. Experi-
mental data from Ref. [222].
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7.5.2. UNSTEADY LOADING

Figure 7.8(a) shows the impact of the modeling of the blade elastic deformation aerody-
namic effects, on the cn M 2 coefficient for the blade section at r /R=0.87.
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Figure 7.8: Time histories of the total, low and high-frequency cn M2 coefficient at r /R =0.87; impact of the
modeling of the blade deformation aerodynamic effects. Experimental data from Ref. [222].
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The total cn M 2 coefficient is further decomposed into low- and high-frequency con-
tents in Fig. 7.8(b) and Fig. 7.8(c) to better discern between aspects related to the blade
kinematics and to the blade-vortex interaction, respectively. Indeed, the low-frequency
cn M 2 is mainly influenced by the rigid and elastic motion of the blade, and thus gives
an indication on the goodness of the modeling of the aerodynamic effects induced by
the blade elastic deformation; whereas the high-frequency cn M 2 is mostly affected by
BVI and hence can be used to examine the adequacy of three computational setups to
predict BVI-related phenomena.

The inclusion of the steady deformation into the numerical setup (semi-rigid case)
results in a lower normal force coefficient prediction at 87% of the span compared to
the undeformed blade configuration, especially for azimuthal positions outside the re-
gions of BVI occurrence (90◦ <Ψ < 270◦). Moreover, the cn M 2 fluctuations associated
to BVI are better captured in the advancing side, in particular for what concerns the
spurious fluctuations (for Ψ between 60◦ and 75◦), whose magnitude is reduced for the
semi-rigid configuration. Regarding the retreating side, the cn M 2 fluctuations are pre-
dicted similarly to the undeformed case, with only minor variations in terms of phase
and amplitude between the two cases. When also unsteady aerodynamic effects of the
blade deformations are modeled through the transpiration velocity boundary condition
and fluid body-forces (elastic case), a further improvement of the sectional loading along
most of the rotor revolution can be observed: on the advancing side for locations where
strong blade-vortex interactions occur (i.e. 0◦ < Ψ < 60◦), and for the azimuthal sec-
tor between 90◦ and 240◦, with the low-frequency cn M 2 variation (primarily due to un-
steady elastic torsion, Fig. 7.2(c)) better reproduced by the elastic case. However, such
a low-frequency variation, which was only slightly captured in the rigid and semi-rigid
simulations, is still not perfectly reproduced by the elastic one, with discrepancies both
in terms of phase (advanced) and amplitude (over-predicted) with respect to the exper-
imental data. This might be related to 3D flow effects in the helicopter rotor simulation,
as well as to Mach, Reynolds, and deformation amplitude effects, which were neglected
in the 2D airfoil tuning process of the parameters of the semi-empirical fluid body-force
model. For the elastic case, a further reduction of the spurious cn M 2 fluctuations (for
60◦ <Ψ< 75◦) is also observed.

The above mentioned aspects are further quantitatively confirmed in terms of Pear-
son Correlation Coefficient (PCC) of the cn M 2, representing a measure of the linear cor-
relation between two sets of data (experimental and numerical data in the present case),
which turns out to be 0.58 (moderate correlation) for the rigid case, and 0.77 (high cor-
relation) for both the semi-rigid and elastic cases. However, it is worth mentioning once
again that the main cause for the discrepancies between the numerical and experimen-
tal results is the lack of the simulation of the complete blade elastic deformation for the
rigid case (mean and unsteady components) and of its unsteady part for the semi-rigid
and elastic cases. This aspect will also concern the tip-vortex trace prediction shown in
the following subsection and, in turn, the noise footprint results discussed in Sec. 7.5.4.
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7.5.3. TIP-VORTEX TRACE
Figures 7.9(a) and 7.9(b) show the tip-vortices position (in dots), in the hub coordinate
system, on two longitudinal planes placed in the advancing side (yh/R = 0.7) and in the
retreating side (yh/R =−0.7), respectively. The tip-vortices location is determined by ex-
tracting the center of the vortex-core from vorticity magnitude contour plots. Following
the vortex trajectory method applied to HART-II PIV data (Ref. [224]), advancing side
traces for xh/R > 0 are identified when one of the rotor blades is at Ψ = 20◦, whereas
those for xh/R < 0 correspond to Ψ= 70◦. Conversely, retreating side traces for xh/R > 0
and xh/R < 0 are extracted at Ψ = 70◦ and Ψ = 20◦, respectively. The trace of the blade
position on the planes of examination is also reported for the experiment (in black), rigid
case (in blue), and semi-rigid and elastic cases (in cyan) to provide a qualitative indica-
tion of the blade-vortex miss distance.
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Figure 7.9: Tip-vortex traces on two longitudinal planes at yh /R = 0.7 and yh /R =−0.7; impact of the modeling
of the blade deformation aerodynamic effects. Experimental data from Ref. [222].

In the advancing side, the inclusion of the aerodynamic effects associated to the
blade elastic deformations (semi-rigid and elastic cases) leads to a higher wake posi-
tion prediction with respect to the rigid case for xh/R > 0 and a slightly lower tip-vortex
position for xh/R < −0.5. This phenomenon is primarily due to the inclusion of the
steady deformation in the numerical setup, which resulted in a modification of the tip-
vortex circulation, point of release and convection. Moreover, it is further emphasized by
the modeling of unsteady aerodynamic effects (elastic case) that are responsible for the
modification of the unsteady blade loading experienced by the blade, which in turn af-
fects the tip-vortex circulation and results in a slightly altered tip-vortex trajectory com-
pared to the semi-rigid case. As previously mentioned, the accurate prediction of the
blade-vortex miss distance has a strong influence on the pressure fluctuations induced
by the tip-vortices on the blade and, thus, represents a crucial aspect in BVI noise pre-
diction. In absolute terms, a partial worsening of the wake shape prediction in the ad-
vancing side for the semi-rigid and elastic cases can be observed. However, this does not
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result in a worsening of the prediction of the unsteady loading fluctuations in the ad-
vancing side for the semi-rigid and elastic cases (as shown in Fig. 7.8(c)), since the blade-
vortex miss distance is not significantly changed between the rigid and semi-rigid/elastic
cases, considering the the actual blade trajectory trace is higher for the latter compared
to the former.

Concerning the retreating side, the numerical results show tip-vortex traces slightly
below the experimental ones, as well as a less pronounced scatter of the tip-vortex posi-
tions among the three computational setups. This explains why the blade loading fluc-
tuation due to BVI do not significantly differ between the rigid, semi-rigid and elastic
cases for 270◦ <Ψ< 330◦. By simple geometrical considerations, it can be inferred that
the approximate azimuthal positions at which the tip-vortices (whose traces are shown
in Figs. 7.9(a) and 7.9(b)) are released by the rotor blade are Ψ = 135◦ and Ψ = 225◦ for
the advancing and retreating sides, respectively. Hence, observing that larger flap and
torsion elastic deformations (Figs. 7.2(a) and 7.2(c)) occur when the blade is at Ψ= 135◦
compared toΨ= 225◦, one can understand the reason why the largest discrepancies be-
tween experimental and numerical results, as well as among the rigid, semi-rigid and
elastic cases, take place on the blade advancing side.

7.5.4. NOISE RADIATION

To conclude the analysis on the blade deformation effects, Fig. 7.10 illustrates the effects
of the blade elastic deformation on the predicted BVI noise footprint (OASPL between 6th

to 40th BPF) on a horizontal plane located 2.2 m below the rotor hub. Coherently with
the unsteady loading results presented in Fig. 7.8(a), the inclusion of the aerodynamic
effects associated to the elastic deformation improves the accuracy of BVI noise predic-
tion, with correlation coefficients between experimental and numerical the OASPL foot-
print of 0.94, 0.95 and 0.97 for the rigid, semi-rigid and elastic cases, respectively. The
elastic rotor setup is able to accurately capture the overall noise directivity, as well as the
high-noise lobes related to BVI in the advancing and retreating sides in a very satisfactory
way. However, it should be recalled that the accurate prediction of the noise levels on the
blade advancing side is not fully driven by the reproduction of the exact same physics ob-
served in the experiment. Indeed, it is the result of the combination of two phenomena
occurring in the simulation, namely: (i) the presence of some spurious loading fluctu-
ations for 60◦ <Ψ < 75◦, that do not take place in the experiment; and (ii) the partially
under-predicted force fluctuations between 0◦ and 60◦, which tend to balance out and
lead to very similar noise levels compared to the experiment. Such phenomena are both
primarily associated to the inaccurate prediction of the blade-vortex miss distance, due
to the lack of the proper simulation of the blade tip displacement in the numerical setup.
Regarding the rigid and semi-rigid blade configurations, the retreating side is still quite
accurately predicted, with only a small potion of the high-noise spot showing an over-
prediction of 2 dB of the OASPL compared the measurements. This is in line with the
previous cn M 2 and tip-vortex position results, which do not show significant differences
between the different computational setup employed in this study. On the advancing
side, the semi-rigid case shows an over-prediction of 2 dB compared to the experimental
data, due to the presence of larger spurious BVI-induced fluctuations for 60◦ <Ψ< 75◦,
while for the undeformed blade configuration (rigid case) an even larger over-estimation
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of the noise levels as much as 4 dB can be observed for the same cause.
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Figure 7.10: OASPL noise footprint contour levels (6th to 40th BPF); of the modeling of the blade deformation
aerodynamic effects. Experimental data from Ref. [222].

7.6. CONCLUSIONS
In this chapter, the Lattice-Boltzmann/Very Large Eddy Simulation Method was used, for
the first time to the author’s knowledge, to predict the unsteady airloads, the rotor wake
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development and the noise radiation of helicopter rotors in BVI conditions. The consid-
ered benchmark was the baseline case of the HART-II experimental campaign. The nu-
merical flow solution was obtained by solving the explicit, transient and compressible
Lattice-Boltzmann equation implemented in the high-fidelity CFD/CAA solver SIMU-
LIA PowerFLOW®. The acoustic far-field was computed by using the Ffowcs Williams
& Hawkings’ integral solution applied to a permeable surface encompassing the whole
helicopter model.

First, a mesh resolution study was conducted considering trimmed rigid (unde-
formed) rotor blades, and it revealed an acceptable level of mesh convergence, with
reasonably good results in terms of unsteady loading and noise footprint prediction ob-
tained with a resolution of 85 voxels per blade chord in the second finest VR at a CPU cost
of 2472 hours per rotor revolution (fine resolution case). Then, the impact of considering
the steady deformed blade shape on the numerical results, as well as of the modeling of
the aerodynamic effects associated to the unsteady blade flap and torsion deformations
(through a combination of transpiration velocity and fluid body-force field) was ana-
lyzed. The modeling of the aerodynamic effects associated to the blade deformations
led to a substantial improvement of trim settings, unsteady sectional airloads and BVI
noise footprint predictions compared to the undeformed blade configuration.

The level of accuracy of the rigid, semi-rigid and elastic setups was overall higher
than that obtained (at a quite lower computational cost) by comprehensive codes for
the same benchmark as reported in Refs. [209, 210] - although BEM-based comprehen-
sive approaches provided a level of accuracy similar to that of the LBM simulation at a
lower computation cost [214] - and comparable to that obtained (at a similar computa-
tional cost) by CFD with prescribed blade elastic motion [225] and/or CFD/CSD coupled
approaches [215]. However, it should be recalled that, in contrast with the above men-
tioned comprehensive codes and CFD/CSD methods, the current elastic and semi-rigid
computations require blade elastic deformations as inputs in order to retrieve part of
its aerodynamic effects, through the application of the transpiration velocity boundary
condition/fluid body-force field, and/or the modification of the blade geometry into its
steady deformed shape.

Although some intrinsic inaccuracies in the numerical results were observed, mainly
due to the lack of a proper simulation of the rotor blade elastic deformations, the present
study revealed the capability of the LBM to successfully simulate rotors in BVI conditions
at engineering-level. The LBM may be therefore considered as an additional methodol-
ogy for the prediction of rotorcraft BVI noise.



8
FAN BOUNDARY-LAYER INGESTION

NOISE

Nothing has such power to broaden the mind
as the ability to investigate systematically

and truly all that comes under thy observation in life.”

Marcus Aurelius

Chapter 7 presented the application and validation of the lattice-Boltzmann method to
the prediction of tonal blade-vortex interaction noise for a main rotor/fuselage helicopter
configuration. The present chapter is devoted to another source of rotor installation noise,
namely fan boundary-layer ingestion noise, which can take place for eVTOLs character-
ized by distributed (electric) ducted fans, and blended wing body or tube-and-wing air-
craft with semi-buried or rear-mounted turbofan engines. In particular, the aim of this
chapter is to investigate the effects of the ingestion of the turbulent flow developing over
an aircraft fuselage on the tonal and broadband noise emissions of a fan/OGV (Outlet
Guide Vane) stage. The analysis is performed on a modified version of the Low-Noise
NASA SDT fan-stage integrated into the ONERA NOVA fuselage. Installation effects due to
the boundary-layer ingestion configuration are quantified by comparison with an isolated
configuration of the modified Low-Noise SDT fan-stage at the same operating condition.
It is found that the boundary-layer ingesting fan is characterized by strong azimuthal fan
blade loading unsteadiness, less axisymmetric and coherent rotor wake tangential veloc-
ity variations and higher levels of in-plane velocity fluctuations compared to the isolated
engine. This results in no distinct tonal components and higher broadband levels in the
far-field noise spectra, as well as in an increment of the cumulative noise level up to 18
EPNdB.

Parts of this chapter have been published in the AESCTE journal (2020) [226].
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8.1. INTRODUCTION

I N order to deal with the increasingly stringent aviation regulations for pollution and
noise impact [25], the use of Ultra-High Bypass Ratio (UHBR) engines on next gen-

eration aircraft is receiving more attention due to their lower jet core flow velocity and
noise emissions, and enhanced propulsive efficiency compared to low- and high-bypass
turbofans. Such engines have a relatively larger fan diameter with consequent increase
of the blade tip speed for constant cruise velocity. As a result of the jet noise reduction
and increase of the blade size, fan noise becomes the primary source of noise for these
configurations [36]. Moreover, their actual employment on future aircraft raises new in-
tegration challenges, requiring special designs to install such large and heavy engines
minimizing their impact on aircraft performances.

In the last two decades, many researchers have put their efforts on developing novel
aircraft configurations suited for UHBR engines integration [7, 227–229]. In this sce-
nario, four different NOVA (Nextgen ONERA Versatile Aircraft) aircraft geometries have
been designed by ONERA in last few years with a particular emphasis on engine integra-
tion: (i) a baseline architecture with wide lifting fuselage, under-wing engines, high wing
aspect ratio and downward oriented winglets, (ii) a gull wing layout characterized by
an increased dihedral angle in the wing inboard position to limit landing gears length,
(iii) a podded configuration with engines mounted on the aft fuselage side, and (iv) a
Boundary-Layer Ingestion (BLI) configuration with engines installed on the aft fuselage
side and ingesting the boundary-layer convecting over the fuselage [7]. Starting from
these studies, the present work, which takes place in the framework of the European
Commission project ARTEM (Aircraft noise Reduction Technologies and related Envi-
ronmental iMpact), focuses on this last configuration.

BLI propulsion systems aim at reducing the required propulsive power compared to
conventional tube-and-wing configurations [7, 229–231]. Its theoretical propulsive ben-
efit is based upon the possibility to reduce: (i) the overall aircraft mass and drag, due
to the nacelle pylon removal and the lower wetted surface area; (ii) the power dissipa-
tion in the flow field, by reducing the exhaust jet wasted kinetic energy and filling-in the
airframe wake velocity defect. Moreover, with BLI, the propulsion system is partially or
completely shielded by the airframe, depending on the placement of the engine, thus
yielding to a potential noise reduction due to acoustic shielding. However, many draw-
backs should be addressed before quantifying the actual benefits associated to BLI, such
as the inlet flow distortion on engine efficiency, operability, aeromechanics and aeroa-
coustics. The fuselage boundary-layer ingestion, as well as the possible presence of a
s-duct inlet, lead to the partial loss of the fan inflow axial uniformity, thus causing a
strong azimuthal variation of the fan blade loading with aerodynamic and aeroacoustic
drawbacks. Therefore, this kind of engine integration deeply relies upon the possibility
to alleviate the flow distortion and non-uniformity at the fan plane.

Although an extensive research has been conducted in order to investigate BLI
propulsion systems in terms of performances and fuel efficiency [74, 230, 232–236], and
inlet flow control analysis [237–239], the aeroacoustic assessment of BLI has not received
much attention in the past and only few aeroacoustic studies are available in literature
for such configurations.

Defoe et al. [240] have investigated the effects of BLI on the aeroacoustics of transonic



8.1. INTRODUCTION

8

161

fan rotors. They implemented a body-force formulation for the fan rotor description, ex-
tracted from a 3D Reynolds-Averaged Navier-Stokes (RANS) simulation, in an unsteady
Euler calculation and evaluating the far-field noise via the Ffowcs Williams & Hawkings
(FW-H) integral method using a permeable surface. They found out that the dominant
mechanism for changes in far-field rotor shock noise, due to the boundary-layer inges-
tion at low free-stream Mach numbers, is the ingestion of stream-wise vorticity gener-
ated by the interaction of the upstream boundary-layer vorticity with the inlet lip.

A noise assessment at aircraft-level for the NASA D8 concept has been carried out by
Clark et al. [76] by using the Aircraft NOise Prediction Program (ANOPP) comprehensive
tool to predict the noise generated by each source component, with the BLI influence on
fan noise empirically modeled based on experimental data. In that study, boundary-
layer ingestion was predicted to have a detrimental impact on effective perceived noise
levels in the order of 15 EPNdB.

Finally, Murray et al. [241] conducted aeroacoustic measurements for an unshrouded
rotor partially immersed in a turbulent boundary-layer at low Mach number to investi-
gate inflow distortion effects associated to airframe-integrated engines. They found out
that, at low and moderate thrust conditions, the rotor produces broadband noise or-
ganized into haystacks generated by large eddies in the ingested turbulence being cut
multiple times by neighboring rotor blades, contrarily to louder and more tonal acoustic
signatures observed at high thrust conditions.

In view of the above, the existing research on fan BLI aeroacoustics is limited only
to experimental/numerical studies at component level and to the analysis of BLI full-
aircraft configuration by means of low-fidelity comprehensive codes. Since there are no
detailed studies on the physics behind the noise generation for BLI embedded engines at
full-aircraft level, the aim of this chapter is twofold: (i) to perform the first, to the author’s
knowledge, high-fidelity CFD/CAA simulation of a full-scale aircraft geometry compre-
hensive of a BLI fan/Outlet Guide Vane (OGV) stage; and (ii) to address BLI installation
effects on fan noise for the NOVA BLI aircraft configuration by comparison between the
same engine used in a conventional non-BLI and BLI layout. The analysis is carried out
for an operating condition representative of a flyover with power cut-back to replicate
one of the required conditions for noise certification [242].

In this chapter, SIMULIA PowerFLOW® time-explicit, compressible and transient
solver based on the lattice-Boltzmann Method/Very Large Eddy Simulation (LBM/VLES)
is used to simulate and analyze the flow and the acoustic near-field around the BLI fan-
stage configuration. The aerodynamic noise generated by the fan and its interaction with
the ingested turbulence, as well as the fan wake/OGV interaction is then estimated by us-
ing an acoustic analogy based on Farassat’s formulation 1A of the FW-H equation applied
on a permeable surface encompassing the engine and part of the fuselage. The same
computational methodology has been successfully validated by Casalino et al. [243] and
Gonzalez-Martino and Casalino [96] in the field on turbofan aeroacoustics. They pre-
dicted tonal and broadband noise of three fan/OGV configurations of the 22-in NASA
Source Diagnostic Test (SDT) fan rig [244] with an accuracy in the order of the experi-
mental uncertainty of 1 dB, at both subsonic and transonic tip-speed conditions.

The rest of the chapter is organized as follows. The test case and computational
setup are described in Sec. 8.2. Numerical results are presented in Sec. 8.3, discussing



8

162 8. FAN BOUNDARY-LAYER INGESTION NOISE

boundary-layer ingestion installation effects in terms of velocity field, fan performances
and far-field noise. Finally, the main conclusions of this work are summarized in Sec. 8.4.

8.2. TEST-CASES AND COMPUTATIONAL SETUP

8.2.1. GEOMETRIES AND OPERATING CONDITIONS

The geometry considered in this study is the NOVA lifting fuselage, wing and empen-
nage (without engine and s-duct) - courtesy of ONERA - with a total length of 44 m and
a semi-span of about 19 m. A modified version of the Low-Noise configuration of the
NASA SDT, an existing scaled fan-stage configuration publicly available in the frame-
work of the AIAA Fan Broadband Noise Prediction Workshop [244], was integrated into
the fuselage to reproduce the NOVA BLI layout, as sketched in Fig. 8.1(a). In particular,
the original Low-Noise SDT configuration, consisting of a 22-bladed fan and 26 stator
swept vanes, was firstly scaled by a factor of 3.88 to match the NOVA fan radius (R = 1.075
m) and equipped with a redesigned nacelle, obtained by increasing the original inlet ax-
ial length in order to match the NOVA BLI engine intake-fan distance (2.35 m). A sketch
of the modified Low-Noise SDT engine is depicted in Fig. 8.1(b). This redesigned en-
gine geometry was then installed into the NOVA fuselage by considering a 40% buried
intake, as in the original NOVA BLI layout, and tilt and toe angles of 1◦ and 2.5◦, respec-
tively. Finally, a s-shaped duct was designed to integrate the fan-stage into the NOVA
fuselage geometry, as shown in Fig. 8.1(c). This s-duct configuration turned out to be
the best one in terms of inlet flow separation among three other different s-duct geome-
tries, all based on the above mentioned design parameters and characterized by having
tangent surfaces to the fuselage and nacelle walls. Since the primary goal of this study
is to address the BLI impact on fan noise for the NOVA BLI layout, two different config-
urations are investigated: (i) the isolated SDT fan/OGV stage with the modified nacelle
(Fig. 8.1(b)) and (ii) the installed SDT fan/OGV stage into the original NOVA fuselage
geometry (Fig. 8.1(c)).

The operating conditions considered in this study are representative of a take-off
with power cut-back, which represents one of the required conditions for noise certifi-
cation. The free-stream Mach number is M∞ = 0.25 and the static pressure (p∞ = 97718
Pa) and temperature (T∞ = 286.15 K) are taken from the International Standard Atmo-
sphere (ISA) at 1000 ft. Moreover, the aircraft angle of attack is α= 4◦, the pitch angle is
ϕ = 10◦ and the glide angle is γ = 6◦ (note that the angle of attack is defined by the dif-
ference between the glide and pitch angles, i.e. α=ϕ−γ). It should be pointed out that
such angles, which define the engine incidence with respect to the free-stream together
with the tilt and toe angles, are also considered for the isolated engine configuration.
Finally, the fan angular velocity is Ω = 2603 RPM, corresponding to the 80% of SDT fan
nominal power and resulting into a tip Mach number and a Blade-Passing Frequency of
Mt i p = 0.87 and BPF= 954 Hz, respectively.

8.2.2. COMPUTATIONAL SETUP

Figure 8.2 depicts some details of the computational setup and grid adopted in this
study. Identical setup and computational mesh, except for the presence of the fuselage
geometry, are used for the isolated configuration. The rotor and the spinner are encom-
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(a) redesigned NOVA BLI aircraft configuration

(b) modified SDT fan-stage (c) modified SDT fan-stage integration

Figure 8.1: NOVA aircraft configuration equipped with the redesigned BLI engine nacelle.

passed by a volume of revolution that defines the LRF (Local Reference Frame), i.e. the
rotating sliding mesh region used to reproduce the fan rotation. Since no primary jet is
considered in this study, the center-body geometry is extended by employing an infinite
solid cylinder downstream with slip boundary conditions to avoid flow recirculation be-
hind it. For the BLI configuration, a zig-zag trip of 3.5 cm height, 5.8 cm wavelength and
6.4 cm amplitude was placed 3R upstream the engine inlet in order to trigger transition
and develop a fully turbulent boundary-layer at the fan-stage location, while keeping the
computational effort relatively low. The permeable FW-H integration surface (depicted
in Fig. 8.2) used to compute the acoustic far-field consists of two regions: a spherical
sector around the intake, and a conical surface in the exhaust region. The center part
of the FW-H surface (cylinder) crosses through the solid walls of the nacelle: therefore,
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no flow data is extracted from there. The same applies for that portion of the FW-H sur-
face passing through the aircraft fuselage for the BLI configuration. The downstream
cap (end-cap) of the cone is not included, in order to avoid the spurious noise onset due
to the hydrodynamic pressure fluctuations in the wake of the fan stage passing through
it (see Sec. 3.3). However, the FW-H cone extends downstream enough to recover the
bypass exhaust radiation for the directivity angles of interest (shown in Fig. 8.17).

Permeable FW-H surface 

Fuselage

zig-zag trip

LRF (sliding mesh)

Center-body extension
FW-H surface (isolated engine)

FW-H surface (BLI engine)

End-cap

removed
FW-H surface passing

through the fuselage

Figure 8.2: Details of the computational setup around the fan-stage: LRF, fuselage transition trip, center-body
extension and FW-H surface.

A cubic simulation volume of edge length of 690R centered around the engine is
used. Free-stream static pressure and velocity are prescribed on the outer boundary, and
an acoustic sponge approach is used to damp the out-going acoustic waves and mini-
mize the backward reflection from the outer boundary (Fig. 8.3). The acoustic sponge
is defined by two concentric spheres of radius 40R and 150R, respectively, and centered
around the engine geometry. Hence, the fluid kinematic viscosity is gradually increased
starting from its real value within the inner sphere, up to an artificial value two orders
of magnitude higher outside the outer one. A symmetry plane located at the fuselage
centerline is used to reduce the computational cost.

A total of 16 Variable Resolution (VR) levels are employed to discretize the whole
computational domain. The finest VR region covers the volume between the fan blade
tip and the nacelle casing. The second finest VR level is used to discretize leading- and
trailing-edges of both fan and OGV vanes. The third finest VR level is set as offset of
the fan, the OGV and the nacelle bypass lip. The fourth finest VR level covers the whole
bypass duct and the fuselage surface upstream of the intake (for the BLI case). The fifth
finest VR level encloses the permeable surface used for FW-H computations. Finally, all
the other VRs, characterized by fuselage and/or engine offsets and boxes, are used to
model the remaining part of the computational domain up to its boundaries.
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Figure 8.3: Sketch of the computational domain (not drawn to scale): boundary conditions and acoustic
sponge.

For the BLI configuration, a near-wall resolution which ensures a y+ between 100 and
300 is prescribed on the fuselage surface in order to adequately capture the boundary-
layer growth. Regarding the fan-stage region, the grid resolution employed in this study
is based on the “fine” resolution successfully validated against the NASA SDT bench-
mark by Gonzalez-Martino and Casalino [96]. They demonstrated the capability of the
solver to predict absolute broadband and tonal noise levels of the NASA SDT with an
uncertainty of 1 dB, both at high-subsonic and transonic blade tip conditions. Such a
resolution level results in a finest voxel size of 0.355 mm, roughly 6 voxels along the fan
tip gap and 3.88 (i.e. the scaling factor) times coarser voxels for same VRs for the present
computational setup. Due to this last aspect, the prediction of absolute broadband and
tonal levels might be affected by an uncertainty larger than 1 dB. Nevertheless, the goal of
the present study is to focus on BLI installation effects, and hence to highlight variations
relative to the non-BLI configuration, rather than predicting absolute values.

The hybrid high-subsonic/transonic LBM solver implemented in SIMULIA
PowerFLOW® 6-2020-R3 is used for computing the numerical flow solution (see
Sec. 3.2). In particular, the transonic solver is used within the LRF (where high values
of the Mach number are expected), while the high-subsonic solver is used elsewhere.
Simulations are performed using a 1000 cores cluster with Intel Xeon CPU E5-2697 2.6
GHz and require approximately 6 hours per fan revolution for both isolated and BLI
cases. A summary of the grid size and computational cost for both BLI and isolated
cases are reported in Tab. 8.1. The whole fluid domain is firstly initialized with a
uniform stream-wise velocity corresponding to the free-stream conditions for a coarser
simulation (

p
2 times coarser than the finer one), which is in turn used to initialize a

finer resolution case. Hence, after a settling time of 2 fan revolutions, corresponding to
0.0461 sec of physical time, sampling is started. Acoustic data are sampled at 180 kHz
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along 10 fan revolutions (0.2305 sec). Fourier transformed data are evaluated using a
bandwidth of 25 Hz, 50% window overlap coefficient and Hanning weighting.

Case # Voxels # FEVoxels # Surfels # FESurfels kCPUh (10 revs)
Isolated engine 541.1 69.6 51.9 17.8 61.5
BLI engine 545.9 70.1 57.5 18.1 62.1

Table 8.1: Grid size in millions of elements and computational cost.

8.3. NUMERICAL RESULTS
In this section, the numerical results for both BLI and isolated fan-stage configurations
are presented. First, an assessment of the turbulent boundary-layer being ingested by
the engine for the installed case is presented. Then, BLI installation effects for the NOVA
BLI configuration during a take-off with power cut-back are outlined in terms of fan-
stage velocity field, fan performances, fan blade sectional airloads, far-field noise direc-
tivity, noise power level and on-the-ground noise footprint.

8.3.1. FUSELAGE BOUNDARY-LAYER

As mentioned, a zig-zag transition trip is employed in this study to trigger the transi-
tion of the fuselage boundary-layer being ingested by the fan-stage. According to van
der Velden et al. [245], who performed LBM-based Direct Numerical Simulations (DNS)
of the flow past transition strips over flat plates, a canonical fully turbulent boundary-
layer is experienced for a zig-zag trip after approximately 40 laminar boundary-layer
thicknesses (evaluated at the location of the tripping device) downstream it. Following
this study, and considering the actual laminar boundary-layer thickness evaluated at the
transition trip location, a settling trip-engine distance of 1R would be required to ensure
the ingestion of a fully turbulent boundary-layer into the fan-stage. Starting from these
considerations, a larger and more conservative trip-engine distance of 3R was used.

An instantaneous view of iso-surfaces of λ2 criterion [153] color-contoured by veloc-
ity magnitude is depicted in Fig. 8.4. This result qualitatively shows the presence of a
turbulent boundary-layer convecting over the fuselage past the transition trip and being
ingested by the fan-stage. Flow structures of coherence length of the order of the zig-zag
trip wavelength are seen mixing and creating larger hairpins downstream it. Moreover,
the stretch and re-orientation of the turbulent structures into stream-wise oriented fila-
ments is observed as the flow approaches the engine intake, as a result of the large flow
acceleration occurring in proximity of the engine intake due to the favorable pressure
gradient induced by the fan downstream. Finally, the generation of horseshoe vortices is
further observed at the junction between the fuselage and the engine nacelle.

To better assess the presence of a turbulent boundary-layer being ingested by the
fan-stage, boundary-layer profiles are extracted on the fuselage at 10 different equis-
paced locations between the zig-zag strip and the engine intake, as depicted in Fig. 8.5.
Such locations are referred to the engine coordinate system (denoted by xe , ye and ze

coordinates), whose origin coincides with the fan center location, while the x-axis is
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Figure 8.4: Iso-surfaces of λ2 (−75000 1/s2) color-contoured by velocity magnitude depicting the turbulent
boundary-layer past the transition trip.

aligned with the engine axis and positive downstream, z-axis is normal to the fuselage
and directed outwards and y-axis is defined by the right-hand rule. At each of these lo-
cations, time-averaged stream-wise velocity profiles u (Fig. 8.6(a)), and time-averaged
Reynolds stress profiles u′u′, w ′w ′ and u′w ′ (Fig. 8.6(b), Fig. 8.6(c) and Fig. 8.6(d), re-
spectively) are extracted from the unsteady flow solution, where u and w represent the
wall-parallel and wall-normal velocity components, respectively. In Figs. 8.6(a) to 8.6(d),
the velocity statistics and the wall-normal distance are respectively normalized by the
free-stream velocity U∞ = 88.78 m/s and the local boundary-layer thickness δ (which is
summarized for each location in Tab. 8.2 along with the shape factor H).

xe /R [-] -4.61 -4.36 -4.11 -3.86 -3.61 -3.37 -3.12 -2.87 -2.62 -2.37
δ [m] 0.1338 0.1522 0.1627 0.1702 0.1883 0.1842 0.1834 0.1929 0.1963 0.1993
H [-] 1.94 1.67 1.52 1.43 1.36 1.31 1.25 1.19 1.13 1.09

Table 8.2: Boundary-layer thickness δ and shape factor H at several locations between the zig-zag strip and the
engine intake.

Moving from the zig-zag trip to the engine intake, the mean streamwise velocity
(Fig. 8.6(a)) shows an increment of the velocity gradient at the wall, with the tran-
sition from laminar-like to turbulent-like profiles already occurring for xe /R ≤ −3.61
(i.e. within roughly 1R distance from the tripping device). This is further confirmed
by the shape factor H which goes below the threshold value of 1.3− 1.4 starting from
xe /R ≤ −3.61, as expected for a turbulent boundary-layer [46]. Moreover, the outer
parts of the different mean stream-wise velocity profiles tend to collapse on top of each
other, with edge-velocity values slightly exceeding the free-stream one, for xe /R ≤−3.61.
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u

w

Fuselage zig-zag trip

Boundary-layer 

extraction locations

Figure 8.5: Locations of the fuselage boundary-layer extraction and coordinate system for measuring the wall-
parallel (u) and wall-normal (w) velocity components.

Contrarily, the mean stream-wise velocity profiles show increasing edge-velocities at
more downstream locations (up to approximately 1.75U∞ for xe /R = −2.37), as a con-
sequence of the increasing favourable pressure gradient in the stream-wise direction.
The stream-wise (Fig. 8.6(b)), wall-normal (Fig. 8.6(c)) and shear (Fig. 8.6(d)) Reynolds
stresses show a rapid reduction of the peak value within the first 5 stream-wise stations
(−4.61 ≤ xe /R ≤ −3.61), i.e. within 1R from the zig-zag strip, where the settling of the
turbulence enforced by the zig-zag strip is expected [245]. For more downstream posi-
tions, a weaker reduction of the turbulent levels is further observed for the u′u′ and u′w ′
components. Contrarily, the wall-normal component shows no reduction of the turbu-
lent levels with converging profiles for locations close to the engine intake. This might be
related to the stretching and re-orientation of the boundary-layer vortices in the stream-
wise direction, with a consequent re-distribution of the turbulent kinetic energy from
the u′u′ to the w ′w ′ components in the overall Reynolds stresses energy budget. Finally,
it is interesting to point out that the Reynolds stress levels, extracted in proximity of the
engine intake (xe /R =−2.37), are consistent with those of a canonical developed turbu-
lent boundary layer, whose values at a wall-normal distance of 0.2δ are approximately
u′u′/U 2∞ = 4.5 ·10−3, w ′w ′/U 2∞ = 1.6 ·10−3 and −u′w ′/U 2∞ = 1.3 ·10−3 according to Kle-
banoff [246].

8.3.2. FAN-STAGE VELOCITY FIELD

Figure 8.7 depicts a schematic description of a plane normal to the fuselage and passing
through the engine axis, and different cross-flow planes along the inlet, interstage and
bypass exhaust sections, which are used in the following to extract the fan-stage axial
(i.e. aligned with engine axis) and in-plane (i.e. perpendicular to the engine axis) velocity
fields along the engine. In this sketch, the xe , ye and ze coordinates represent those of
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Figure 8.6: Time-average stream-wise velocity (a) and Reynolds stress (b), (c) and (d) profiles at several loca-
tions between the zig-zag strip and the engine intake.

the engine coordinate system previously defined.
Figure 8.8 shows the instantaneous axial velocity field for the BLI case extracted on

a plane normal to the fuselage surface and passing through the engine axis at different
time instants. The same quantity is depicted on the same plane for the isolated case
in Fig. 8.9. The BLI configuration shows a flow acceleration at the intake section - due
to the reduced inlet throat area of the installed configuration compared to the isolated
one - and the presence of turbulence impinging the fan rotor. Such turbulent structures
are connected to the fuselage turbulent boundary-layer being ingested by the fan-stage,
as well as to the flow separation occurring at approximately 60% of the s-duct length,
the latter induced by the adverse pressure gradient due to the rapid increase of the in-
take cross-sectional area. Conversely, the isolated configuration shows a rather uniform
velocity field upstream the fan rotor, except for the first 25% of its extension, in which
the flow tends to recover from its initial misalignment with respect to the axis engine
due to the presence of non-zero angle of attack, tilt and toe angles. Upstream traveling
waves are observed along the intake for the BLI engine, unlike the isolated one. The BLI
configuration shows a thicker boundary-layer on the intake wall opposite to the fuse-
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Figure 8.7: Sketch of the planes used to extract the fan-stage velocity fields across the engine.
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Figure 8.8: Instantaneous axial velocity field on a plane normal to the fuselage surface and passing through the
engine axis at different time instants, BLI engine.

lage compared to the isolated case, which also tends to separate in proximity of the wall
beneath the fan. The instantaneous axial velocity field further shows the occurrence
of two different fan wake/OGV interaction mechanisms between the fuselage and the
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(a) t/T = 1 (b) t/T = 4

(c) t/T = 7 (d) t/T = 10

Figure 8.9: Instantaneous axial velocity field on a plane normal to the fuselage surface and passing through the
engine axis at different time instants, isolated engine.

nacelle sides for the BLI case, whereas the isolated case shows the typical rotor-stator in-
teraction mechanism with the fan viscous wakes impinging on each stator vanes at the
blade-passing frequency. The BLI configuration shows a non-axisymmetric velocity field
between the rotor and the stator, with much higher velocities observed in the region op-
posite to the fuselage side with respect to the isolated one. In this same region, the BLI
case further shows stronger turbulent structures than those convecting on the fuselage
side. Similar considerations can be made for the fluid regions downstream the stator as
well.

INLET FLOW FIELD

Figures 8.10 and 8.11 show the time-averaged axial and in-plane velocity components on
cross-flow disks upstream the fan plane for the BLI and isolated configurations, respec-
tively. For the in-plane velocity plots, the in-plane velocity vectors are also shown. In
these upstream-looking-downstream views, the fan blades rotate counter-clockwise as
indicated by the circular arrow. Three different stream-wise locations (i.e. xe /R =−1.95,
xe /R =−1.05 and xe /R =−0.37), respectively corresponding to 15%, 55% and 85% of the
inlet axial length, are considered. Moreover, the convention adopted to describe the fan
blade azimuth angle is also reported. According to this convention, the fan blade sweeps
the BLI area for azimuthal angles between 45◦ and 180◦ (Fig. 8.11).

The isolated case shows a moderate level of distortion across the engine intake,
where the free-stream misalignment with respect to the engine axis (due to the non-zero
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(a) Axial component - xe /R = -1.95 (b) In-plane component - xe /R = -1.95

(c) Axial component - xe /R = -1.05 (d) In-plane component - xe /R = -1.05

(e) Axial component - xe /R = -0.37 (f) In-plane component - xe /R = -0.37

Figure 8.10: Time-averaged velocity field at different sections upstream the fan, isolated engine.

angle of attack, tilt and toe angles) is responsible of the non-symmetric acceleration of
the flow around the intake lip (Fig. 8.10(a)) and the rise of an in-plane velocity com-
ponent directed inboard (Fig. 8.10(b)). The velocity field uniformity is then completely
re-established within the first half of the intake extension, where the flow approaching
the fan section shows a quite constant mean axial velocity (Figs. 8.10(c) and 8.10(e)) and
a moderate in-plane velocity directed outwards along the radial direction, as a conse-
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(a) Axial component - xe /R = -1.95 (b) In-plane component - xe /R = -1.95

(c) Axial component - xe /R = -1.05 (d) In-plane component - xe /R = -1.05

(e) Axial component - xe /R = -0.37 (f) In-plane component - xe /R = -0.37

Figure 8.11: Time-averaged velocity field at different sections upstream the fan, BLI engine.

quence of the slightly divergent inlet geometry (Fig. 8.10(d)) and the presence of the
downstream spinner (Fig. 8.10(f)).

Regarding the BLI configuration, the reduced engine intake frontal area yields to an
increase of the axial (Fig. 8.11(a)) and in-plane inward directed (Fig. 8.11(b)) velocity
components compared to the isolated case, the latter primarily showing a radial pattern
with the highest magnitude values occurring around the junction between the fuselage



8

174 8. FAN BOUNDARY-LAYER INGESTION NOISE

and the engine nacelle. For further downstream sections, the mean flow exhibits high
levels of non-uniformity and distortion in terms of both axial and in-plane velocities.
More specifically, the axial component shows two nearly symmetric re-circulation/low-
velocity regions on the fuselage side. Such flow separation areas are already visible at
55% of the inlet length (Fig. 8.11(c)) and extend further downstream (Fig. 8.11(e)) ac-
cording to a nearly symmetrical pattern around the inlet plane of symmetry (around
120◦ in the fan blade azimuth). A nearly symmetrical pattern around 120◦ of the fan
blade azimuth is also observable for the in-plane velocity at xe /R =−1.05 (Fig. 8.11(d)),
which shows the presence of a strong secondary flow directed from the engine nacelle
side towards the fuselage one, as a consequence of the centrifugal pressure gradient due
to the s-duct geometric curvature. This transverse secondary flow is also observed for
the inlet section at xe /R =−0.37, which further shows an entrainment motion imparted
by the rotor blades on the low-velocity flow approaching the fan plane (Fig. 8.11(f)), i.e.
for r /R > 0.9 and azimuthal angles within 45◦-90◦ and 135◦-210◦, respectively.

It should be recalled that the current NOVA BLI configuration represents a rather
idealized BLI-layout, due to the relative short s-duct length (2.35 m) and the large portion
of intake embedded into the fuselage (40%). A more conservative sizing, e.g. based on a
longer s-duct length and a lower percentage of buried intake, would help in reducing the
amount of flow separation occurring on the s-duct, as well as of flow distortion at the fan
plane. This at the cost of an additional mass and drag penalty, and inlet friction losses.

INTERSTAGE FLOW FIELD

Figures 8.12 and 8.13 show upstream-looking-downstream views of the velocity field
for an interstage section between the rotor and the stator (xe /R = 0.36) for the BLI
and isolated configurations, respectively. More specifically, the velocity field is de-
composed into phase-locked average of axial (Figs. 8.12(a) and 8.13(a)) and tangen-
tial (Figs. 8.12(b) and 8.13(b)) velocity components, and standard deviation of axial
(Figs. 8.12(c) and 8.13(c)) and in-plane (Figs. 8.12(d) and 8.13(d)) velocity components.
It is worth mentioning that the phase-locked average contour plots highlight the pres-
ence of periodic non-uniformities in the mean flow associated to the rotating fan blades
(i.e. viscous blade wakes and tip-vortices), which generate tonal noise at BPF and its
harmonics when they interact with the stator vanes. Instead, the phase-locked standard
deviation contour plots can be used to examine the presence of random fluctuations in
the flow (i.e. turbulence), which represent potential sources of broadband noise when
they impinge on the stator surfaces (see Sec. 2.2.2).

Contrarily to the isolated configuration, where the two typical expected flow regions
downstream the fan, i.e. the “viscous” region associated to both rotor blade wakes and
tip-vortices and the “potential” flow region outside the viscous ones [247], are clearly de-
fined throughout the radial coordinate (Figs. 8.13(a) and 8.13(b)), the same regions are
visible only up to r /R = 0.8 of the span-wise coordinate for the BLI case (Figs. 8.12(a)
and 8.12(b)). For the isolated configuration, the axial velocity in the potential flow re-
gions is rather uniform along the span-wise direction (Fig. 8.13(a)), whereas the tan-
gential ones tend to decrease for larger r /R (Fig. 8.13(b)). Moreover, for a given radial
position, the axial velocity is lower in the viscous regions of the flow compared to the
potential ones, whereas the tangential ones result to be higher. Similar trends can also
be found for the BLI configuration, although some additional considerations need to be
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(a) Axial component - xe /R = 0.36 (b) Tangential component - xe /R = 0.36

(c) Axial component - xe /R = 0.36 (d) In-plane component - xe /R = 0.36

Figure 8.12: Phase-locked average of axial (a) and tangential (b) velocity components and standard deviation
(SD) of axial (c) and in-plane (d) velocity components on an interstage disk at xe /R = 0.36, BLI engine.

outlined. First, the phase-locked average axial velocity shows a non-uniform distribu-
tion along the azimuthal coordinate, with higher values within 0◦-45◦ and 135◦-360◦ and
lower values in the explementary circular sector compared to the isolated case. The same
trend also occurs for the tangential component within the first 55% of the radial coordi-
nate, whereas an opposite situation is observed for 0.55 < r /R < 0.9. Finally, the BLI con-
figuration shows lower axial velocities and higher tangential velocities above r /R = 0.9
compared to the isolated one. Regarding the turbulent fluctuations, the isolated case
shows quite uniform standard deviation contours, with the largest velocity perturba-
tions occurring within the viscous wake and at the tip for both axial (Fig. 8.13(c)) and
in-plane (Fig. 8.13(d)) velocity components. The BLI configuration shows larger levels
of fluctuations and flow non-uniformity for both components (Figs. 8.12(c) and 8.12(d),
respectively). More specifically, velocity fluctuations roughly three times higher are ob-
served within the outer 30% of the radial coordinate and for azimuthal position com-
prised between 0◦-60◦ and 180◦-360◦, respectively. A secondary diffused region of high
turbulence levels is also present between 50◦-180◦, i.e. in correspondence of the fuse-
lage BLI area. Moreover, thicker viscous wakes are observed for the BLI configuration
compared to the isolated one, especially for azimuthal angles between 180◦ and 360◦.
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(a) Axial component - xe /R = 0.36 (b) Tangential component - xe /R = 0.36

(c) Axial component - xe /R = 0.36 (d) In-plane component - xe /R = 0.36

Figure 8.13: Phase-locked average of axial (a) and tangential (b) velocity components and standard deviation
(SD) of axial (c) and in-plane (d) velocity components on an interstage disk at xe /R = 0.36, isolated engine.

Overall, the BLI interstage flow field is characterized by less axisymmetric and co-
herent tangential velocity variations and higher levels of in-plane velocity fluctuations.
Such velocity components are thought to be more important in the generation of the ro-
tor/stator interaction noise [247]. This type of noise is associated to the unsteady loading
on the stator vanes, which is generated by fluctuations of the flow velocity component
normal to the stator surface. In view of this, broadband noise is expected to dominate
more the far-field noise spectrum for the BLI configuration compared to the isolated
case. The detailed aeroacoustic analysis will be performed in Secs. 8.3.5 and 8.3.6 to
prove the assumption.

BYPASS EXHAUST FLOW FIELD

To conclude the analysis of the fan-stage velocity field, Figs. 8.14 and 8.15 show
upstream-looking-downstream views of the velocity field on a bypass exhaust trans-
verse section (xe /R = 1.59) for the BLI and isolated configurations, respectively. Again,
the velocity field is presented in terms of phase-locked average of axial (Figs. 8.14(a)
and 8.15(a)) and tangential (Figs. 8.14(b) and 8.15(b)) velocity components, and stan-
dard deviation of axial (Figs. 8.14(c) and 8.15(c)) and in-plane (Figs. 8.14(d) and 8.15(d))
velocity components.
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(a) Axial component - xe /R = 1.59 (b) Tangential component - xe /R = 1.59

(c) Axial component - xe /R = 1.59 (d) In-plane component - xe /R = 1.59

Figure 8.14: Phase-locked average of axial (a) and tangential (b) velocity components and standard deviation
(SD) of axial (c) and in-plane (d) velocity components on a disk in the bypass exhaust at xe /R = 1.59, BLI engine.

As already pointed out, the BLI case shows a non-axisymmetric phase-locked average
axial velocity field along the azimuthal coordinate downstream the stator (Fig. 8.15(a)),
with the highest and lowest values respectively taking place on the nacelle side up to
r /R = 0.7 and above r /R = 0.9. Contrarily, the isolated configuration presents the ex-
pected axisymmetric axial velocity pattern characterized by the viscous wakes being
convected from each stator vane (Fig. 8.15(a)). The BLI configuration further shows a
non-uniform and lower flow swirl recovery downstream of the stator (Fig. 8.14(b)) com-
pared to the isolated one (Fig. 8.15(b)), with high values of the tangential velocity still
persisting along most of the outer part of the bypass exhaust (r /R > 0.9) and for the
azimuthal sector between 225◦ and 315◦. Concerning the turbulence levels in the by-
pass exhaust, the isolated case shows again quite axisymmetric standard deviation con-
tours, with the largest velocity fluctuations occurring above 80% of the radial coordinate
for both the axial (Fig. 8.15(c)) and in-plane (Fig. 8.15(d)) velocity components. Finally,
similarly to what observed for the interstage velocity field, the BLI configuration man-
ifests large values of velocity fluctuations for both the axial and in-plane components
(Figs. 8.14(c) and 8.14(d), respectively), with levels approximately three times higher
than those of the isolated case for r /R > 0.7 and for the azimuthal sectors within 0◦-60◦
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and 180◦-360◦.

(a) Axial component - xe /R = 1.59 (b) Tangential component - xe /R = 1.59

(c) Axial component - xe /R = 1.59 (d) In-plane component - xe /R = 1.59

Figure 8.15: Phase-locked average of axial (a) and tangential (b) velocity components and standard deviation
(SD) of axial (c) and in-plane (d) velocity components on a disk in the bypass exhaust at xe /R = 1.59, isolated
engine.

8.3.3. FAN BLADE SECTION AIRLOADS

Figure 8.16 depicts the sectional thrust coefficient time-history cT Ṽ 2 at 6 different span-
wise sections uniformly distributed between 45% and 95% of the blade span. For each
section and fan blade azimuthal position, the cT Ṽ 2 coefficient is computed by integra-
tion of the airfoil pressure distribution p over the airfoil contour Σ using the following
formula:

cT Ṽ 2 =−

�
Σ

pn · ixe dΣ

1

2
ρ∞V 2`c

Ṽ 2 =− 2

ρ∞a2∞`c

�
Σ

pn · ixe dΣ (8.1)

where n is the outward-pointing normal to the airfoil contour, ixe is the engine axis unit
vector (positive when directed downstream) and dΣ is the infinitesimal airfoil contour
element. Moreover, Ṽ = V /a∞ is the velocity perceived by the fan blade section at the
radial coordinate r normalized by the free-stream speed of sound a∞, ρ∞ is the free-
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stream density and `c is the airfoil chord. Note that the line integral in Eq. (8.1) is com-
puted clockwise with respect to the airfoil contour Σ.
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Figure 8.16: Phase-locked fan blade sectional thrust coefficient time-histories at different span-wise locations.

As expected, the isolated configuration shows almost constant time-histories of the
sectional thrust for each span-wise location, with a mean value increment moving from
inboard (Fig. 8.16(a)) to outboard (Fig. 8.16(f)) sections of the fan blade. Only the outer
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section at r /R = 0.95 shows some weak unsteadiness due to the interaction between
the blade tip and the boundary-layer developing along the inlet wall. Contrarily, the
BLI configuration shows a low-frequency thrust unsteadiness (predominantly 1/rev) for
inboard blade sections (Figs. 8.16(a) to 8.16(c)), as a consequence of the strong mean
flow distortion. For these sections, an increment of the sectional thrust is observed ap-
proximately between 60◦ and 180◦ (i.e. in correspondence of the BLI area) compared to
the isolated case, whereas lower values of the cT Ṽ 2 coefficient are observed elsewhere.
As the radial coordinate increases, more intense and impulsive unsteadiness, as well as
lower mean values of the sectional thrust are observed (Figs. 8.16(d) to 8.16(f)) compared
to the isolated case, due to the ingestion of turbulence associated to the flow separation
occurring on the nacelle and fuselage sides, respectively. All the aforementioned thrust
fluctuations represent an additional source of noise. Among them, those occurring on
the outer part of the blade are expected to contribute more to the far-field noise, due to
the higher levels of unsteadiness and Mach numbers compared to those in blade inboard
regions.

8.3.4. FAN PERFORMANCES
Table 8.3 shows BLI installation effects on the fan performances in terms of fan pressure
ratio FPR and isentropic efficiency η f . As a consequence of the highly distorted flow and
the ingestion of turbulence, a reduction the FPR by 2.5% and of the isentropic efficiency
by 9.2% is observed when the same fan is operated at same RPM in the BLI layout with
respect to the conventional non-BLI case.

Parameter Isolated engine BLI engine Relative difference
FPR [-] 1.27 1.24 -2.5%
η f [-] 0.917 0.836 -9.2%

Table 8.3: Fan pressure ratio, fan isentropic efficiency and relative difference between isolated and BLI engines.

8.3.5. FAR-FIELD NOISE DIRECTIVITY
Figure 8.17 depicts the microphone array used in this study for far-field noise compu-
tations. It is composed by 7 even meridian arcs of 10 m radius, centered around the
fan center and covering a semi-spherical surface. Each arc is characterized by 15 mi-
crophones distributed every 10◦, with directivity angles ranging from 20◦ upstream the
engine to 160◦ downstream it.

As mentioned in Sec. 8.2.2, the far-field noise is computed by integration of the FW-
H equation on a permeable surface encompassing the engine. Since the FW-H formula-
tion adopted in this work does not include the volume integral, spurious signals might
arise when the permeable surface is intersected by turbulence (i.e. the fuselage turbu-
lent boundary-layer) [122]. The presence of such spurious effects has been assessed (for
the BLI case) by comparing far-field noise predictions from the whole permeable FW-H
surface (to be intended already without end-cap, as shown in Fig. 8.2) to those obtained
by removing that portion of the surface intersected by the fuselage boundary-layer. It
turned out that the two different approaches provided almost identical results within
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the directivity angles of interest (shown in Fig. 8.17), thus allowing the use of the whole
FW-H permeable surface (even for the BLI configuration) for the far-field noise compu-
tations. This aspect is not in contrast with the aforementioned choice of removing the
cone end-cap of the permeable FW-H surface. Indeed, the hydrodynamic pressure fluc-
tuations within the bypass exhaust jet and potentially passing through the end-cap are
significantly more intense and would affect a larger portion of the integration surface
compared to the fuselage turbulent boundary-layer fluctuations that cross the spherical
sector of the FW-H surface around the intake.

𝜃 = 20°

𝜃 = 160°

Sideline arc

Sideline arc

Ground arc

𝜃

Meridian arc 

position

𝜃

𝜃 = 20°

𝜃 = 160°

Ground arc

𝜃 = 20° 𝜃 = 160°𝜃

Figure 8.17: Sketch of the microphone array used for far-field noise computations. The angle φ denotes the
position of each meridian arc, while θ is the directivity angle along each meridian arc.

A spectral representation (Power Spectral Density, PSD) of the far-field noise direc-
tivity normalized by the BPF is shown in Fig. 8.18 and Fig. 8.19 for the BLI and isolated
cases, respectively. In addition, far-field noise differences between such configurations
are depicted in Fig. 8.20. For the sake of conciseness, only the results for the arcs at
φ = 0◦ (ground arc) and φ = 90◦ (sideline arc) are shown in following. For both the BLI
and isolated configurations, the noise is radiated most efficiently downstream the en-
gine. However, besides such a similarity, the two examined configurations show quite
different results. The isolated engine presents both broadband and tonal noise contribu-
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tions, with the latter showing distinct peaks at multiples of the blade-passing frequency
downstream the engine (up to BPF-3). Conversely, tones at harmonics of the BPF do not
emerge with respect to broadband levels for the BLI case. Haystacked peaks are found
around BPF-1 for downstream directivity angles, as better highlighted in Fig. 8.21 for the
ground arc at 140◦ and 150◦ observer angles. Such peaks are believed to be generated
by the correlated unsteady airloads on neighboring blades, and associated to both the
stream-wise elongated vortices coming from the fuselage turbulent boundary-layer and
the large eddies being shed from the s-duct wall, which might be cut multiple times by
successive blades (a similar phenomenon has been already experimentally observed by
Murray et al. [241] and Alexander et al. [248] for a rotor case ingesting a planar boundary-
layer, see also Sec. 2.1.5). For the BLI case, broadband levels turn out to be from 10
to 20 dB overall higher than those related to the isolated configuration, for most of the
frequencies and directivity angles considered. Moreover, the BLI layout appears to be
as noisy as the isolated one on the sideline arc for directivity angles around 90◦ and
frequencies higher than BPF-2 (Fig. 8.20(b)), or quieter by 5-10 dB on the ground arc
(Fig. 8.20(a)). This last aspect might be related to some noise shielding effects introduced
by the partial placement of the engine into the fuselage.
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Figure 8.18: Far-field noise directivity on ground (a) and sideline (b) arcs of 10 m radius and centered around
the fan, BLI engine.
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Figure 8.19: Far-field noise directivity on ground (a) and sideline (b) arcs of 10 m radius and centered around
the fan, isolated engine.
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Figure 8.20: Far-field noise directivity on ground (a) and sideline (b) arcs of 10 m radius and centered around
the fan, difference between BLI and isolated engines.
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Figure 8.21: Far-field noise spectra on ground arc at downstream directivity angles: 140◦ (a) and 150◦ (b), BLI
engine.

8.3.6. NOISE POWER LEVEL
In Fig. 8.22 one-side narrow-band source Power Level (PWL) is presented for both the BLI
and isolated configurations (Fig. 8.22(a)). For convenience, the difference between the
power levels of the two cases is also shown in Fig. 8.22(b). In this study, the PWL is com-
puted by integration of the PSDs over the semi-spherical surface portion corresponding
to the aforementioned microphone array, using the following formula:

PWL( f ) =
� θmax

θmi n

� φmax

φmi n

R2
s sin(θ)

[1+M∞ cos(θ)]2PSD( f ,θ)

2ρ∞a∞
dφdθ (8.2)

where f is the frequency, Rs is the hemisphere radius, φ is the meridian arc angular
position (defined as in Fig. 8.17) and varying from φmi n = 0◦ to φmax = 180◦, whereas
θ is the directivity angle varying from θmi n = 20◦ to θmax = 160◦. Moreover, M∞ is the
free-stream Mach number, and ρ∞ and a∞ are the ambient density and speed of sound,
respectively.
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As previously observed, broadband component dominates the power level spectrum
for the BLI configuration, as a consequence of the less axisymmetric rotor wakes and
higher levels of turbulence impinging on the stator vanes. No tones at harmonics of the
BPF are observed, and only a weak haystacked peak around BPF 1 is found. As men-
tioned before, such a broadened peak might be connected to blade-to-blade unsteady
airloads correlation associated to the simultaneous impingement of large vortical struc-
tures with multiple neighboring fan blades. Finally, regarding the isolated engine, the
PWL presents distinct tones at the first 3 blade-passing frequencies, and lower broad-
band source power levels, from 4-5 dB at high frequencies up to 15-18 dB at low ones,
with respect to the BLI configuration.
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Figure 8.22: Source Power Level: BLI and isolated engines (a) and their difference (b).

8.3.7. EFFECTIVE PERCEIVED NOISE LEVEL
The analysis of BLI installation effects on fan noise is concluded by investigating the Ef-
fective Perceived Noise Level (EPNL) footprint during a take-off flight path with power
cut-back. The EPNL is computed according to the FAR procedure [242] using the
Opty∂B-FOOTPRINT code from Dassault Systèmes. Mathematical details on the EPNL tool
and its validation can be found in Casalino et al. [249]. For the sake of conciseness, only
a brief overview of the procedure is outlined in the following. First, the permeable FW-H
approach is used to compute the far-field noise signals and, in turn, Narrow-Band Noise
(NBN) spectra (in the frequency range 50Hz−10kHz) on 300 microphones distributed
over a hemisphere of 60 m radius. Such a hemisphere is centered around the aircraft
reference frame (denoted by xa , ya and za) and is rigidly connected to it, as sketched
in Fig. 8.23. Then, for each microphone k on a ground carpet, and for every flight sub-
segment i of 0.5 sec duration, the emission position (xg , yg , zg )i

k of the aircraft is deter-
mined (with xg , yg and zg being the ground-fixed, i.e. inertial, reference frame coor-
dinates). A ray is traced between the microphone k and the vehicle emission position,
and its intersection Si

k with the rotated hemisphere determines the point where the NBN
spectra are interpolated from the closest microphones on the hemisphere. Similarly, the
intersection S̃i

k between the reflected ray and the hemisphere is also determined, and
the NBN spectra are interpolated at this point to account for ground reflection. Finally,
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the interpolated NBN spectra are projected on the ground carpet by applying spherical
spreading, atmospheric absorption, Doppler effects and ground reflection.
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Figure 8.23: Sketch of the on-the-ground EPNL footprint calculation procedure. α, γ and ϕ denote the aircraft
angle of attack, glide angle and pitch angle, respectively.

For the EPNL calculation, a rectilinear flight path of 2 km length (from xg = −1000
m to xg = 1000 m), 210 m altitude difference (from zg = 200 m to zg = 410 m) and 23.7
sec duration is considered. The free-stream conditions applied are those presented in
Sec. 8.2 and an atmospheric relative humidity of 70% is considered. Figures 8.24(a)
and 8.24(b) show the EPNL on a plane 1.2 m above the ground over an area of 2.5x2.5
km2 for the BLI and isolated cases, respectively, whereas the EPNL difference between
the two configurations is shown in Fig. 8.24(c). Since in this study simulations are per-
formed by employing a symmetry plane located at the centerline of the aircraft, the EPNL
footprint is computed by mirroring the source of noise (i.e. the noise hemisphere) with
respect to the same plane (located at yg = 0 m) prior to the projection of the NBN spectra
on the ground microphone carpet. The two contributions of the mirrored hemispheres
are added incoherently. As expected, due to the take-off flight path considered, both the
EPNL contours show that the highest noise levels take place at the beginning of the flight
trajectory, i.e. when the distance between the source of noise and the ground is the min-
imum. Then, for both cases, the on-the-ground noise levels gradually decreases along
the flight direction as the noise source altitude increases. Nevertheless, the two configu-
rations show quite different EPNL levels and directivity patterns. First, the EPNL map is
characterized by a peak value of 108 EPNdB for the BLI case, which is roughly 10 EPNdB
larger than that of the isolated one (98 EPNdB). Secondarily, the BLI configuration shows
that the noise on the ground, during the take-off maneuver, is mainly radiated along the
sideline and downstream directions, contrarily to the isolated case whose take-off noise
radiation is predominantly directed upstream. Overall, the BLI case turns out to be from
4 EPNdB (front side) to 18 EPNdB (aft side) nosier than the isolated one for the operating
condition hereof considered.
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Figure 8.24: EPNL on a plane 1.2 m above the ground during a take-off flight path with power cut-back: BLI
engine (a), isolated engine (b) and their difference (c).

8.4. CONCLUSIONS

For the first time, a high-fidelity CFD/CAA simulation of a full-scale aircraft geome-
try comprehensive of a BLI fan/OGV stage was performed. A modified version of the
Low-Noise configuration of the NASA SDT fan-stage was embedded into the ONERA
NOVA fuselage in order to reproduce the NOVA BLI aircraft configuration. The nu-
merical flow solution was obtained by solving the explicit, transient and compressible
lattice-Boltzmann equation implemented in the high-fidelity CFD/CAA solver SIMU-
LIA PowerFLOW®. The acoustic far-field was computed by using the Ffowcs Williams &
Hawkings’ integral solution applied to a permeable surface encompassing the fan-stage.
Installation effects of the BLI configuration, which is not optimal, were investigated by
comparison with an isolated setup of the modified Low-Noise SDT fan-stage geometry
in terms of fan-stage velocity field, fan performances, fan blade unsteady airloads, far-
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field noise and on-the-ground noise footprint. All simulations were performed for an
operating condition representative of a take-off with power cut-back.

The analysis of the fan-stage velocity field showed that, for the considered operating
condition and geometry, the embedded BLI fan-stage caused high levels of mean flow
distortion and flow separation at approximately 60% of the s-duct length and in prox-
imity of the fan plane on the nacelle side. The mean flow distortion was found to be
responsible of a low-frequency periodic variation of the fan blade sectional thrust for
inboard blade sections. The ingestion of turbulence, associated to the flow separation
on the s-duct and inlet walls, led to high levels of unsteadiness, as well as to a deficit in
thrust generation in outboard blade regions. A reduction of the FPR by 2.5% and of the
fan isentropic efficiency by 9.2% was observed for the BLI configuration compared to the
isolated one. In addition, the BLI engine interstage flow field was characterized by less
axisymmetric and coherent tangential velocity variations associated to the rotor wake,
and higher levels of in-plane velocity fluctuations, compared to the isolated one. Finally,
the BLI configuration showed a non-uniform and lower swirl recovery downstream of the
stator compared to the isolated engine, as well as higher levels of turbulent fluctuations.

Far-field noise directivity predictions revealed that the noise is radiated most effi-
ciently downstream the engine for the BLI layout, as also observed for the isolated en-
gine. However, while the latter manifested both broadband and tonal noise contribu-
tions, no tones clearly emerged with respect to broadband levels for the BLI case. A
Weak haystacked peak was found around BPF 1 for downstream observer angles. Such
a peak might be connected to blade-to-blade unsteady airloads correlation associated
to the simultaneous impingement of large vortical structures within the fuselage tur-
bulent boundary-layer and separating from the s-duct wall with multiple neighboring
fan blades. Overall, the BLI configuration showed from 10 to 20 dB higher broadband
levels in the far-field compared those related to the isolated configuration, for most of
the frequencies and directivity angles considered. The BLI layout resulted to be by 5-10
dB quieter than the isolated one on the ground arc, for directions nearly perpendicular
to the engine axis and for frequencies higher than BPF 2, as a result of some airframe
shielding related to the partial placement of the engine inside the fuselage. Finally, the
BLI configuration is found to have a detrimental impact on cumulative noise levels dur-
ing a take-off flight with power cut-back up to 18 EPNdB .

It should be recalled that the fan stage considered in this study was designed for iso-
lated engines, thus it is not suitable for a operate in highly distorted flows such as in BLI
configurations. Moreover, the current NOVA BLI configuration represents a rather ide-
alized BLI-layout, due to the relative short s-duct length and the large portion of intake
area embedded into the fuselage. A more conservative sizing, e.g. based on a longer s-
duct length and a lower percentage of buried intake, would have reduced the amount
of flow separation and distortion at the fan section, with expected benefits on fan-stage
operability and noise emissions, however at the additional cost of higher nacelle mass,
drag and inlet friction losses.
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CONCLUSIONS AND

RECOMMENDATIONS

No book can ever be finished.
While working on it,
we learn just enough

to find it immature
the moment we turn away from it.

Karl Popper

There is no real ending.
It’s just the place,

where you stop the story.

Frank Herbert

This conclusive chapter summarizes the work presented in thesis along with its main find-
ings. Recommendations, suggestions for improvements and future outlook are finally
drawn.
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9.1. INTRODUCTION

I N this work, numerical models based on the Lattice-Boltzmann/Very-Large Eddy Sim-
ulation (LB/VLES) method, coupled with the Ffowcs Williams & Hawkings’ (FW-H)

acoustic analogy (Chapter 3), have been applied for the identification, characterization
and prediction of the primary sources of aerodynamic noise in open rotors/propellers
and ducted-fans in non-conventional aircraft configurations (Chapter 2). In particular,
the first objective of this thesis was the development and validation of a LB/VLES nu-
merical model to predict free-transition turbulent boundary-layer trailing-edge noise at
airfoil level, and investigate the impact of the serration flap angle upon the add-ons noise
reduction effectiveness (Chapter 4). Then, the second objective concerned the develop-
ment and validation of a LB/VLES computational approach based on a zig-zag transition
trip to predict the performances and the tonal/broadband noise radiation of a propeller
operating at low-Reynolds numbers (Chapter 5). The same computational approach was
then exploited to address the impact of a non-axial inflow (i.e. yaw angle effects) on the
tonal and broadband noise radiated by propellers operating at low blade-tip speed con-
ditions (Chapter 6), which represented the third objective of this work. The fourth ob-
jective dealt with the assessment of the numerical method to predict rotor blade-vortex
interaction noise, with and without the inclusion of the aerodynamic effects associated
to the blade elastic deformations (Chapter 7). Finally, the fifth objective of this thesis was
the analysis, characterization and quantification of the noise generation mechanisms
and radiation in boundary-layer ingestion turbofan systems (Chapter 8). The story-line
of this thesis is illustrated once again in Fig. 9.1, while the main findings of this work, as
well as recommendations and future outlook, are summarized in the following subsec-
tions.

Figure 9.1: Story-line of this thesis.



9.2. SUMMARY AND MAIN RESULTS

9

191

9.2. SUMMARY AND MAIN RESULTS
AIRFOIL BLADE TRAILING-EDGE NOISE & REDUCTION

In Chapter 4, turbulent boundary-layer trailing-edge noise and its reduction by means
of sawtooth serrations were investigated for a cambered and lifting airfoil (representing
a propeller blade segment) undergoing natural boundary-layer transition at moderated
Reynolds numbers (Re = 1.43 ·106). The impact of the serration flap angle on the noise
mitigation effectiveness was analyzed for two different airfoil angles of attack.

The LB/VLES numerical results were first compared against experimental data for a
straight trailing-edge, revealing a good prediction of the natural boundary-layer transi-
tion process, as well as of the airfoil pressure distribution, boundary-layer profiles, far-
field noise radiation and spanwise coherence length. However, a large over-prediction
of the wall-pressure spectrum in proximity of the straight trailing-edge was observed.
A further comparison against semi-empirical wall-pressure spectra, as well as a cross-
comparison between numerical results, experiments, and semi-analytical far-field noise
predictions (fed with experimental wall-pressure spectra) suggested that the observed
discrepancies were not simply due to artifacts in the numerical simulations, but could
be related to a combination of inaccuracies in both simulations and experiments.

Then, the influence of the serration flap angle on their noise reduction effectiveness
was investigated by retrofitting the airfoil section with sawtooth serrations according to
three different flap angle configurations (such that the serration was aligned with the
chord, with the chamber line or was positioned in between these two layouts). For the
positive and shallow negative airfoil angles of attack considered, the intermediate flap
angle was found to have a minimal impact on the airfoil pressure distribution and to
generate only a low pressure gradient across the serration, implying that this config-
uration should not considerably affect the performances and the steady loading noise
when retrofitted to a rotor/propeller blade trailing-edge. Moreover, it manifested the
overall best noise suppression behavior, except at very low frequencies, while the chord-
and camber-aligned serrations showed opposite noise reduction behaviors depending
on the specific airfoil angle of attack. The analysis of the serration scattering showed that
no (or only minimal) destructive interference among noise sources distributed along the
serrated edge is promoted when a serration is at incidence, compared to zero incidence
cases.

Finally, the serration flap angle was found to influence the far-field noise emission
primarily through a modification of: the effective angle at which the turbulent structures
are convected over the serrated edge; the convection velocity and spanwise coherence
length along the serration; the intensity of the hydrodynamic wall-pressure fluctuations
that are scattered along the serrated edge. The first and last mechanisms were found
to play the most significant role upon the far-field noise reduction, while the combined
variation of the convection velocity and spanwise coherence length was found to influ-
ence the noise mitigation mainly at low frequency.

PROPELLER NOISE I: TRIP EFFECTS ON PERFORMANCE AND NOISE PREDICTIONS

In Chapter 5, the focus was extended to a complete propeller geometry operating at
low-Reynolds numbers. A computational approach based the use of a zig-zag transi-
tion trip was employed to predict the performances and noise signature associated to a
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two-bladed propeller operated at low Reynolds numbers at industrial level. The transi-
tion trip was adopted to drive the numerical scheme switching from modeled to scale-
resolving turbulence mode, and to trigger the formation of vortical structures with scales
able to emulate the complexity of the low-Reynolds number boundary-layer on the blade
(for the sake of turbulent boundary-layer trailing-edge noise radiation). Two different
tripping strategies were considered by positioning the trip along the quarter-chord and
the expected turbulent boundary-layer transition lines, respectively.

First, the numerical predictions were compared against loads and noise measure-
ments carried out at TU-Delft. Thrust and torque predictions showed a satisfactory
agreement with the experiments, although some discrepancies were observed for the
former at low and middle advance ratios, and at intermediate ones for the latter. The
trip position marginally affected the prediction of the thrust, and to a slightly larger
extent that of the torque. The numerical tonal and broadband noise compared favor-
ably against the experimental data, especially for intermediate advance ratios. A certain
over-prediction of the broadband noise levels was found for the hover case, due to ex-
cessively high levels of turbulence generated by the trip under high blade loading con-
ditions. Contrarily, at the highest advance ratio, the numerical results did not show the
high-frequency broadband hump due to laminar boundary-layer instability noise, with
the two trip approaches both underestimating the broadband noise. Tonal noise was not
significantly influenced by the presence and position of the trip, whereas the broadband
noise levels were found to be affected to a slightly larger extent by the chordwise position
of the trip. Clean-SC beamforming noise maps calculations further showed that the trip
self-noise did not contribute in a tangible way to the broadband noise levels.

The satisfactory agreement between the numerical thrust, torque and
tonal/broadband noise and the experimental ones validated the proposed approach for
the prediction of performances and noise radiation associated to low-Reynolds number
propellers at engineering level. Moreover, the robustness of the proposed method for
industrial studies was demonstrated by the low sensitivity of the trip chordwise location
and height.

PROPELLER NOISE II: ANGULAR INFLOW EFFECTS

In Chapter 6, the previous approach based on the usage of a zig-zag transition trip was
used to evaluate the impact of a non-axial inflow (i.e. non zero yaw angle or propeller an-
gle of attack) on the aeroacoustics of propellers operating at low blade-tip speed condi-
tions. The numerical results were first compared against forces and noise measurements
carried out at TU-Delft, in order to assess the capability of the employed computational
setup to predict loads, tonal and broadband noise modifications due to a non-zero pro-
peller yaw angle.

Both absolute values and variations (due to the propeller yaw angle change) of the
time-averaged thrust and torque were reasonably captured by the computational setup,
although to a lower extent compared to those observed in the experimental data. The
sectional angle of attack azimuthal variation was found to take place with a phase shift
of 30◦ in advance with respect to that of the tangential velocity, causing the unsteady
aerodynamic loadings to reach the highest and lowest values slightly after 90◦ and 270◦
in the azimuth, respectively. Moreover, the larger sectional thrust and torque increments
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observed on the blade advancing side, compared to the reductions occurring on the re-
treating one, were found to be the cause for the higher mean thrust and torque coeffi-
cients obtained in both numerical and experimental data for the propeller at incidence.

The computed tonal noise at BPF 1 and broadband noise above BPF 30 agreed well
with the experimental data. Specifically, the numerical setup was able to capture the
large tonal noise variation, as well as the moderate high-frequency broadband changes,
at different observer locations due the variation of the propeller yaw angle. The effect of
the propeller yaw angle on the far-field noise resulted in a large increment of the noise
radiated along the propeller axis, and in an increase of the sound pressure level in the re-
gion from which the propeller was tilted away and a decrease in the opposite one. These
aspects were consistent with previous studies on propellers operating at high blade-tip
Mach numbers.

However, contrarily to the latter, the noise directivity change was found to be related
only to the generation of deterministic unsteady loadings on the blade due to the peri-
odic variation of the incidence and velocity experienced by the blade. This was proved by
FW-H computations without the cross-flow velocity component, which provided almost
identical results to those in which the in-plane convective effects were considered. This
implied that the kinematic/acoustic modulation effect of the sources strength could be
neglected for low-speed propellers at incidence. Finally, thickness and broadband noise
did not show a significant directivity variation due to the propeller yaw angle, as a con-
sequence of the moderate variation of the sectional angle of attack and velocity, which
resulted in a negligible unsteady flow displacement and turbulent boundary-layer prop-
erties changes at the blade trailing-edge.

ROTOR BLADE-VORTEX INTERACTION NOISE

Chapter 7 addressed the noise associated to a more complex type of inflow non unifor-
mity, which is that related to the velocity field induced by a blade tip-vortex, when a
rotor rotor/propeller blade interacts or passes in close proximity to it. Simulations were
performed by first considering a rigid blade motion ("fully-rigid" case). Then, a com-
putational approach based on the application of a transpiration velocity boundary con-
dition, a fluid body-force field and the steady deformed blade shape, was developed to
account for the steady and unsteady aerodynamic effects associated to the blade elastic
deformations ("semi-rigid" and "elastic" cases). The numerical results were compared
against the experimental data from the HART-II benchmark.

It was shown that the modeling of the aerodynamic effects related to the elastic defor-
mation of the rotor led to a substantial improvement of the trim settings, unsteady sec-
tional airloads and BVI noise footprint predictions compared to the undeformed blade
configuration. The level of accuracy of the "fully-rigid", "semi-rigid" and "elastic" se-
tups was overall higher than that obtained (at a quite lower computational cost) by com-
prehensive codes for the same benchmark - although boundary element method-based
comprehensive approaches provided a level of accuracy similar to that of the LBM sim-
ulation at a lower computation cost - and comparable to those obtained (at a similar
computational cost) by CFD with prescribed blade elastic motion and/or CFD/CSD cou-
pled approaches. However, contrarily to these methods, the proposed "semi-rigid" and
"elastic" approaches required the blade deformations as inputs, in order to retrieve part
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of the aerodynamic effects associated to the blade elastic deformations, through the ap-
plication of the transpiration velocity boundary condition/fluid body-force field, and/or
the modification of the blade geometry into its steady deformed shape.

This study represented the first application, to the author’s knowledge, of the lattice-
Boltzmann method to the prediction of the unsteady airloads, the rotor wake develop-
ment and the noise radiation of helicopter rotors in strong BVI conditions. Although
some intrinsic inaccuracies in the numerical results were observed, mainly due to the
lack of a proper simulation of the rotor blade elastic deformations, this study demon-
strated the capability of the LB/VLES approach to successfully simulate rotors in BVI
conditions at industrial level, enabling it as an additional method for the prediction of
rotorcraft blade-vortex interaction noise.

FAN BOUNDARY-LAYER INGESTION NOISE

Finally, Chapter 8 was devoted to the study of another source of rotor installation noise,
namely fan boundary-layer ingestion (BLI) noise, which can take place in eVTOLs char-
acterized by distributed (electric) ducted fans, blended wing body or tube-and-wing air-
craft with semi-buried or rear-mounted turbofan engines. Specifically, a modified ver-
sion of the Low-Noise configuration of the NASA SDT fan-stage was embedded into the
ONERA NOVA fuselage in order to reproduce the NOVA BLI aircraft configuration. Instal-
lation effects of the BLI configuration were investigated by comparison with an isolated
engine setup of the modified Low-Noise SDT fan-stage geometry for an operating con-
dition representative of a take-off with power cut-back (M∞ = 0.25 and Mt i p = 0.87).
This study represented, to the author’s knowledge, the first high-fidelity CFD/CAA sim-
ulation performed for a full-scale aircraft geometry comprehensive of a BLI fan/Outlet
Guide Vane (OGV) stage.

The analysis of the fan-stage velocity field showed that, for the considered operating
condition and geometry, the embedded BLI fan-stage caused high levels of mean flow
distortion and flow separation at approximately 60% of the s-duct length and in prox-
imity of the fan plane on the nacelle side. The mean flow distortion was found to be
responsible of a low-frequency periodic variation of the fan blade sectional thrust for in-
board blade sections, while the ingestion of turbulence, associated to the flow separation
on the s-duct and inlet walls, led to high levels of unsteadiness, as well as to a deficit in
thrust generation in outboard blade regions. In addition, the BLI engine interstage flow
field (i.e. between the rotor and the stator) was characterized by less axisymmetric and
coherent tangential velocity variations associated to the rotor wake, and higher levels of
in-plane velocity fluctuations, compared to the isolated one.

For both the BLI and isolated configurations, the far-field noise was radiated mostly
downstream the engine. However, the latter showed both broadband and tonal noise
contributions, whereas no clear tones emerged from broadband levels for the BLI case
and a weak wide-band peak was found around BPF 1 for downstream observer angles.
Such a peak a was expected to be due to some blade-to-blade unsteady loadings cor-
relation associated to the simultaneous impingement of large vortical structures within
the fuselage turbulent boundary-layer and separating from the s-duct wall with multiple
neighboring fan blades. Overall, the BLI configuration showed from 10 to 20 dB higher
broadband levels in the far-field compared those related to the isolated configuration,
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for most of the frequencies and directivity angles considered. The BLI layout resulted to
be by 5-10 dB quieter than the isolated one on a ground facing arc, for directions almost
perpendicular to the engine axis and for frequencies higher than BPF 2, as a consequence
of some airframe shielding due to the partial integration of the engine inside the fuse-
lage. Moreover, the BLI configuration was found to increase the cumulative noise levels
during a take-off flight with power cut-back up to 18 EPNdB compared to the same iso-
lated fan-stage.

9.3. RECOMMENDATIONS AND FUTURE OUTLOOK
This subsection outlines some recommendations and suggestions for improvement for
future studies:

• Airfoil blade trailing-edge noise & reduction. The comparison of the numeri-
cal wall-pressure spectra against the experimental ones, for the straight trailing-
edge case (Chapter 4), showed a large over-prediction of the former compared to
the latter, which could explain the moderate far-field noise levels over-estimation.
On the other hand, semi-empirical wall-pressure spectrum computations agreed
more favorably with the numerical data. Moreover, the semi-analytical trailing-
edge noise predictions (fed with the experimental wall-pressure spectra) provided
lower far-field noise spectra compared to the experimental ones. As previously
mentioned, this could suggest that the discrepancies in the wall-pressure spectra
and far-field noise results could be due to a combination of factors in both simu-
lations and experiments. Therefore, future studies based on wall-resolved LES or
DNS computations, as well as independent measurements for similar flow config-
urations, might shed more light on the case of the such differences.

The analysis of the impact of the flap angle on the serration noise reduction ef-
fectiveness could be extended from a blade segment in rectilinear motion to a
complete propeller operating at low blade-tip Mach numbers, for which the ef-
fects related to the presence of a spanwise velocity component might be impor-
tant and alter the performances of a serration at a given flap angle, compared to
the 2.5D case. Since a certain serration flap angle modifies the local airfoil circu-
lation and lift, the serrated propeller simulation should be performed at iso-thrust
conditions, to fairly compare the broadband trailing-edge noise reduction along
with potential steady loading noise variations. Finally, the analysis of a low-speed
propeller with a serrated trailing-edge in hover could also help to assess the ben-
efit on the broadband self-noise reduction together with a potential modification
of the broadband blade-turbulent wake interaction noise, due to a different turbu-
lent wake organization and convection promoted by a given serration incidence.

• Low-speed propeller noise. The computational approach based on the use of a
zig-zag transition trip was successfully validated in Chapter 5 for the prediction at
industrial level of the performances and tonal/broadband noise of a propeller op-
erating at low-Reynolds numbers. However, some discrepancies in both thrust and
torque predictions, as well as broadband noise in hover and at high advance ratio,
were observed. For cases in hover conditions or at very low advance ratios, the
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force and broadband noise predictions could be improved by considering a span-
wise varying trip thickness, defined through the critical roughness height-based
Reynolds number at the trip location, and a local mesh refinement around the
trip geometry. This should yield to a less intrusive trip, with benefits especially
in terms of thrust prediction and mitigation of the over-tripping conditions. In
order to capture the laminar separation bubble and the associated aerodynamic
and aeroacoustic effects, PowerFLOW® simulations with an improved VLES mod-
eling will be attempted. In this new VLES model, the prediction of transitional
phenomena is enhanced by taking into account local flow swirl effects for three
dimensional flows. This extension is expected to improve the simulation of tur-
bulent flows at moderate to low Reynolds numbers and low y+ values. Ongoing
simulations at high advance ratios1 are showing promising results, with the im-
proved VLES model being able to capture the laminar separation bubble, as well
as the associated broadband hump in the far-field noise spectrum.

The trip approach based on the critical roughness height-based Reynolds number,
as well as the extended PowerFLOW® VLES model, could be further used to explore
angle of attack/yaw angle effects on the broadband noise of a propeller operating
at low blade-tip speed, for advance ratios lower and higher than the intermediate
one considered in Chapter 6 (J = 0.4). Moreover, the extended VLES model, which
seems promising in capturing the laminar separation bubble, could be further ex-
ploited to investigate laminar boundary-layer instability noise reduction solutions
through the elimination of the aeroacoustic feedback loop by means of serrated
trailing-edges

• Rotor blade-vortex interaction noise. In Chapter 7, intrinsic inaccuracies in the
prediction of blade-vortex interaction related phenomena were observed due to
the lack of a proper simulation of the blade elastic deformations. For slender and
highly flexible blades, such as those of a conventional helicopter main rotor, the
prediction of these phenomena could only be further improved by reproducing the
real elastic deformation motion of the blade in the aerodynamic simulation. This
feature is not currently supported by the LBM solver employed in this work. Never-
theless, the prediction of both trim settings and low-frequency unsteady loadings
induced by the blade torsional deformations could be further improved by devel-
oping an extended fluid body-force model, which includes higher harmonics of
the reduced frequency, as well as the effects related to the torsional deformation
amplitude, Mach number, and Reynolds number in the model coefficients2. The
aerodynamic loadings obtained through the LBM simulation with improved fluid
body-force model could be loose-coupled to a structural dynamics solver for the
prediction of the blade deformation, in order to remove the limitation of the pro-
posed blade deformation effects modeling, which required the knowledge of the
kinematics of the blade deformation as input.

1Where, based on experimental evidences, the laminar separation bubble is expected to considerably influ-
ence the performance and the broadband noise radiation for the examined propeller and operating condi-
tions.

2Currently, only the fundamental reduced frequency harmonic is considered, whereas the model coefficients
have been assumed to change only with the reduced frequency (Appendix D).
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It is worth to mention that for rotors and propellers equipped on novel eVTOL
multi-rotor configurations, the rotor blades are expected to experience more mod-
erate deflections compared to conventional helicopters, as a consequence of the
smaller diameters and lower loading conditions. Moreover, blade-vortex interac-
tions are expected to occur not only inter-rotors, but also intra-rotors. Hence, the
modeling of the blade deformation effects is expected to be less important com-
pared to conventional rotorcraft.

• Fan boundary-layer ingestion noise. In Chapter 8, it was shown that the
boundary-layer ingesting fan was characterized by strong azimuthal fan blade
loading unsteadiness, less axisymmetric and coherent rotor wake tangential ve-
locity variations and higher levels of in-plane velocity fluctuations compared to
the isolated engine, which resulted in higher broadband levels in the far-field
noise spectra up to 20 dB and an increment of the cumulative noise levels up to
18 EPNdB. However, it should be recalled that the fan blades considered in this
study were designed for operating in a conventional engine, thus they might not
be suited for operating in highly distorted flows such as in a BLI configuration.
Moreover, the current NOVA BLI configuration represented a rather idealized BLI-
layout, due to the relative short s-duct length and the large portion of intake area
embedded into the fuselage. A more conservative sizing, e.g. based on a longer
s-duct length and a lower percentage of buried intake, would have reduced the
amount of flow separation and distortion at the fan section, with expected bene-
fits on fan-stage operability and noise emissions, however at the additional cost
of higher nacelle mass, drag and inlet friction losses. As future outlook, simula-
tions by employing flow-control techniques could be performed for the same BLI
configuration in order to mitigate the flow separation over the s-duct wall and to
assess related benefits in terms of noise emissions.

A more realistic comparison between the isolated engine and the BLI configura-
tion could be done by reducing the intake length for the former, since the extended
intake for the isolated nacelle was not really representative of a classical UHBR en-
gine with a short inlet. On the one hand, this is expected to change the cut-off/on
behavior of the intake, thus reducing its capability to suppress the propagation of
the acoustic modes excited by the fan and stator. On the other hand, the reduced
intake length would make the fan stage more exposed to distorted inflows. The
comparison between the non-BLI and BLI engines could be further improved by
simulating the former in a classical under wing layout, thus also accounting for the
potential noise reflection by the wing in the far-field noise radiation. These aspects
are expected to lead to an increment of the noise radiated towards the ground by
the canonical engine configuration, thus making the installation noise effects due
to BLI less detrimental compared to the results shown in Chapter 8.
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A
SEMI-EMPIRICAL WALL-PRESSURE

SPECTRUM MODELS

This appendix describes the four semi-empirical wall-pressure spectrum models that
are employed in Chapter 4 to compute the wall-pressure spectrum beneath a turbu-
lent boundary-layer at the airfoil trailing-edge, from inner and/or outer boundary-layer
variables extracted from the XFOIL simulation. These are the Schlinker & Amiet’s [129],
Rozenberg’s [154], Kamruzzaman’s [155], and Lee’s [156] models, and are presented in
the following.

SCHLINKER & AMIET’S MODEL

Schlinker and Amiet derived the following wall-pressure spectrum model by fitting flat
plate experimental wall-pressure spectra for zero pressure gradient cases [129]:

Φpp (ω̃)

(1/2)ρ2δ∗U 3
e
= 2 ·10−5 [

1+ ω̃+0.217ω̃2 +0.00562ω̃4]−1
, (A.1)

where Φpp represents the wall-pressure power spectral density and is a function of ω̃ =
ωδ∗/Ue ,ω is the angular frequency, δ∗ is the boundary-layer displacement thickness, Ue

is the boundary-layer edge velocity and ρ is the fluid density. The previous model can be
corrected through a semi-empirical function D I F F (ω̃)1 to account for the modification
between airfoil and flat plate surface pressure spectra [129].

ROZENBERG’S MODEL

The wall-pressure spectrum model proposed by Rozenberg is an extension of the
Goody’s ones [250] (which incorporates Reynolds number effects, but is limited to zero-
pressure gradient cases) to include adverse pressure-gradient effects [154]. The model
has been derived considering the wall-pressure spectra from several experimental and

1Representing the difference between the wall pressure spectra for an airfoil and a flat plate.
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numerical test cases on pipe-flow and loaded airfoils turbulent boundary-layers. Rozen-
berg’s model reads as:

Φpp (ω̃)Ue

τ2
maxδ

∗ =
[

2.82∆2
(
6.13∆−0.75 +F1

)A1
][

4.2
(
Π
∆

)+1
]
ω̃2[

4.76ω̃0.75 +F1
]A1 + [

C ′
3ω̃

]A2
, (A.2)

where τmax is the maximum shear stress along the normal that can be taken as the wall-
shear stress τw [251], ∆ is the ratio between the boundary-layer thickness and displace-
ment thickness (Zagarola-Smith’s parameter [252]) and:

A1 = 3.7+1.5βc , A2 = min
[

3,19/
√

RT

]
+7, F1 = 4.76

(
1.4

∆

)0.75

[0.375A1 −1],

Π= 0.8(βc +0.5)3/4, C ′
3 = 8.8R−0.57

T , (A.3)

where βc = (Θ/τw )(dp/dx) is the Clauser’s parameter [253] (where Θ is the boundary-
layer momentum thickness and dp/dx is the streamwise pressure gradient), while RT =
(δ/Ue )/(ν/u2

τ) = (uτδ/ν)
√

C f /2 is the ratio between inner and outer boundary-layer
pressure time scales (with ν being the fluid kinematic viscosity, uτ the friction velocity
and C f the skin friction coefficient).

KAMRUZZAMAN’S MODEL

The model developed by Kamruzzaman [155] is a simpler extension of Goody’s [250] and
Rozenberg’s [154] wall-pressure spectrum models that accounts for Reynolds number,
boundary-layer loading and pressure gradient effects:

Φpp (ω̃)Ue

τ2
wδ

∗ = B2ω̃
2

[ω̃p +B1]q [B3ω̃]7 , (A.4)

where the quantities:

B2 = 0.45
[

1.75
(
Π2β2

c

)m +15
]

with m = 0.5

(
δ∗/Θ

1.31

)0.3

,

p = 1.637, q = 2.47, B1 = 0.27, B3 = (1.15RT )−r with r = 2/7 (A.5)

have been determined by best fit wall-pressure spectrum measurements for different
airfoils at different Reynolds numbers and angles of attack. Note that in Kamruzzaman’s
model the Clauser’s parameter βc is computed through a curve-fit approach [254], while
the RT parameter is computed using δ∗ thickness in place of δ.

LEE’S MODEL

Lee’s model [156] is an extension and generalization of the Rozenberg’s [154] one to deal
with zero and adverse pressure gradient flows. Both flat plate and airfoil wall pressure
spectrum data are employed for tuning the model parameters. Lee’s model read as:

Φpp (ω̃)Ue

τ2
wδ

∗ = max[A, (0.25βc −0.52)A]ω̃2[
4.76ω̃0.75 +F∗

1

]A1 + [
C ′

3ω̃
]A∗

2
, (A.6)
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where

A =
[

2.82∆2 (
6.13∆−0.75 +F1

)A1
][

4.2

(
Π

∆

)
+1

]
(A.7)

while the parameters F 1∗ and A2∗ are respectively defined as:

F∗
1 = max[1.0,1.5F1] if βc < 0.5 else F∗

1 = F1, (A.8)

and

A∗
2 = min[3,(0.139+3.1043βc )]+7. (A.9)

Specifically, the A2 parameter in Rozenberg’s model is replaced by a new A∗
2 parameter

to improve the wall-pressure spectrum prediction at high frequency for different pres-
sure gradient conditions [156]. A new F1 parameter (namely F∗

1 ) is used to improve
the prediction at low and middle frequencies for zero and low pressure gradient condi-
tions [156]. Finally, the modification of the numerator at the right-hand side of Eq. (A.2)
is further introduced to solve the typical under-prediction of the wall-pressure spectrum
amplitude of the Rozenberg’s model for high values of βc [156].





B
SEMI-ANALYTICAL TRAILING-EDGE

MODEL

This appendix describes the semi-analytical model proposed by Roger and Moreau [50]
to compute airfoil trailing-edge noise from the knowledge of the aerodynamic wall-
pressure statistics in proximity to the trailing-edge. This model represents an extension
of the Amiet’s semi-analytical trailing-edge model [166] to 3D incident gusts, with an
inclusion of the a leading-edge back-scattering1. Such a correction is relevant at low re-
duced frequency for airfoils with a relatively small chord when the airfoil itself is acous-
tically compact [50].

Considering a blade segment of chord c, span L, and a coordinate system x, y, z cen-
tered at the trailing-edge mid-point (with x and z axes aligned with the free-stream

Figure B.1: Airfoil and trailing-edge coordinate system.

velocity and trailing-edge (Fig. B.1), respectively), the far-field noise power spectral den-
sity of Roger and Moreau’s model reads as:

1Acoustic waves generated at the blade trailing-edge when pass the leading-edge "sees" another discontinuity
and scatter again. This mechanism is called back-scattering and can be a relevant contributor to the overall
noise radiation for airfoils of small chord at low reduced frequencies.
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Φaa(x, y, z,ω) =
(

k̄z

4πσ2

)2

2πL

∣∣∣∣I

(
k̄

uc
, k̄y

)∣∣∣∣2

Π0

(
ω

uc
,ky

)
, (B.1)

where k̄ =ωc/(2c0) is the non dimensional acoustic wavenumber (with ω being the an-
gular frequency and c0 the undisturbed speed of sound), σ =

√
x2 +β2(y2 + z2) is the

observer distance with Prandtl-Glauert correction (where β2 = 1− M 2 and M = ue /c0

is the asymptotic boundary-layer Mach number, with ue being the edge velocity), Π0 is
the streamwise-integrated wavenumber-frequency spectral density of the wall-pressure,
k̄y = ky c/2 is the non-dimensional spanwise wavenumber, while I is the radiation inte-
gral (i.e. the acoustic transfer function that represents the scatter response to an incident
pressure disturbance). The radiation integral is the sum of two contributions, I1 and
I2, respectively representing the first-order direct-scattering (i.e. trailing-edge solution
under the semi-infinite flat plate and high-frequency approximations) and the second-
order back-scattering (i.e the finite chord correction) [255]:

I1 = i e2iC

C

[
(1+ i )e−2iC

(
B

B −C
E∗(2B −2C )− (1+ i )E∗(2B)+1

)1/2
]

, (B.2)

I2 = H
{

e4i κ̄ [
1− (1+ i )E∗(4κ̄)

]}ε+H
[
−e2iΘ− + i

(
Θ−+ k̄x +M µ̄− k̄

)
G

]
, (B.3)

where k̄x = kx c/2 is the streamwise non-dimensional wavenumber, µ̄ = ωc/(2c0β
2), E∗

is the Fresnel integral:

E∗(ξ) =
� ξ

0
e−i t /

p
2πtdt ,

while the subscript ε implies that the imaginary part within the curly brackets has to be
multiplied by the factor ε= 1/

p
1+1/(4κ̄). Moreover,

B = K̄x −M µ̄+ κ̄, C = K̄x − µ̄(x/σ−M),

H = (1+ i )e−4i κ̄(1−Θ2)

2
p
π(α−1)k̄x

p
B

, Θ− = κ̄− µ̄x/σ,

G = (1+ε)e i (2κ̄+Θ−) sin(Θ−−2κ̄)

(Θ−−2κ̄)
+ (1−ε)e i (−2κ̄+Θ−) sin(Θ−+2κ̄)

(Θ−+2κ̄)

+ (1+ε)(1− i )

2(Θ−−2κ̄)
e4i κ̄E∗(4κ̄)− (1−ε)(1+ i )

2(Θ−+2κ̄)
e−4i κ̄E∗(4κ̄)

+ e2iΘ−

2

√
2κ̄

Θ− E∗(2Θ−)

[
(1−ε)(1+ i )

Θ−+2κ̄
− (1+ε)(1− i )

Θ−−2κ̄

]
, (B.4)

where K̄x =ωc/(2uc ), κ̄2 = µ̄2 − k̄2
y /β2, α= ue /uc and uc is the eddy convection velocity.

The wavenumber-frequency power spectral density in Eq. (B.1) can be expressed as [50]:

Π0

(
ω

uc
,ky

)
= 1

π
Φpp (ω)`y (ω,ky ), (B.5)

whereΦpp is the wall-pressure power spectral density at the trailing-edge, while `y is the
spanwise coherence length defined as:



227

`y (ω,ky ) =
� ∞

0

√
γ2(η2,ω)cos(kyη2)dη2. (B.6)

where γ2 is the wall-pressure spanwise squared coherence function between two points
separated by the distance η2 along the span at the trailing-edge.

In order to compute the overall far-field noise, Eq. (B.1) along with Eq. (B.5) has to be
applied to both the suction and pressure sides of the airfoil. Note that, in Chapter 4, the
spanwise coherence length in Eq. (B.6) has been replaced by the Corcos’ model [157]:

lz (ω) = bc uc

ω
, (B.7)

where bc is a constant, typically chosen between 1.2 and 1.7 [158].





C
HELICOPTER MAIN ROTOR TRIM

PROCEDURE

This appendix describes the automated trim procedure (adopted in Chapter 7) to trim
the main rotor thrust, rolling and pitching moments to the experimental values and en-
sure that the computational setup is simulated at an operating condition consistent with
the experiment. More specifically, starting from the experimental collective (θ0), lateral
(θc ) and longitudinal cyclic (θs ) pitch commands as initial guesses, a Newton-Raphson
iterative method is used to trim the main rotor to the experimental thrust, T =3300 N,
and hub rolling and pitching moment, Mx =20 Nm and My =−20 Nm, respectively. θ0,
θc and θs are such that the blade pitch angle θ (positive nose-up) with respect to the
blade pre-twist is defined as:

θ(Ψ) = θ0 +θc cos(Ψ)+θs sin(Ψ), (C.1)

where Ψ is the azimuthal angle (or azimuth) denoting the blade angular position with
respect to the tail of the helicopter and taken positive in the direction of rotation of the
blade.

The following set of three equations, representing the steady main rotor hub loads
equilibrium (thrust, and rolling and pitching moments only), is considered:

f1 = T − T̂ (θ0,θc ,θs ) = 0 (C.2)

f2 = Mx − M̂x (θ0,θc ,θs ) = 0 (C.3)

f3 = My − M̂y (θ0,θc ,θs ) = 0 (C.4)

where T̂ , M̂x and M̂y are the aerodynamic hub loads integrated over the main rotor
blades, and θ0, θc and θs are the unknowns of the problem (i.e. the new trim settings
to be defined). It should be noted that no inertial contributions appear in Eqs. C.2-C.4
due to the steady flight condition considered in this study. As mentioned, the solution
to the former set of equations is determined by using a Newton-Raphson scheme with a
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constant Jacobian matrix, applying the following iterative procedure at the end of every
main rotor revolution until convergence is reached (with n indicating the iteration step
number):

Θn =Θn−1 −ρJ−1
0 ∆fn−1 (C.5)

whereΘn = [θ0,θc ,θs ]T
n , J0 = ∂( f1, f2, f3)/∂(θ0,θc ,θs )|0 is the Jacobian matrix evaluated at

n = 0, ∆fn−1 = [ f1, f2, f3]T
n−1 and ρ is a relaxation factor for improving the convergence of

the iterative scheme. The approximation of the fixed Jacobian matrix in Eq. C.5 allows
to evaluate the Jacobian matrix only once, thus avoiding the computationally expensive
requirement of calculating it at every iteration of the algorithm.

An overview of the trim procedure workflow is given in Fig. C.1. In the coarse run,
which is also used to generate a statistically converged flow to initialize the finer sim-
ulation initial solution, the Jacobian matrix is determined by applying perturbations of
0.5◦ on the trim parameters. The coarse simulation is run for 14 revolutions of the main
rotor: 4 for the initial settling of the flow solutions, 2 for computing the reference con-
ditions (i.e. the operating condition around which Eqs. (C.2)-(C.4) are linearized), 2 for
every trim setting parameter perturbation and 2 final revolutions for restoring the refer-
ence condition and generating the seeding file for the finer simulation. Hence, the finer
simulation is started and the mean thrust, hub rolling and pitching moments values are
computed after each rotor revolution in order to adjust the trim settings according to Eq.
(C.5). Convergence is reached when either the thrust and moment relative errors are be-
low 1% or if the collective/cyclic pitch angles variations are smaller than 0.25% (generally
after 3-4 main rotor revolutions of the fine simulation).

Fine simulation

J0 =

𝜕𝑓1
𝜕𝜃0

𝜕𝑓1
𝜕𝜃𝑐

𝜕𝑓1
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convergence?

yes
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1 rev

𝜃0, 𝜃𝑐 , 𝜃𝑠 such that 𝑇 ≃ ෠𝑇, 𝑀𝑥 ≃ ෡𝑀𝑥, 𝑀𝑦 ≃ ෡𝑀𝑦

Coarse simulation

𝜃0, 𝜃𝑐 , 𝜃𝑠 𝑛+1

seeding file

Transient (4 revs)

Reference condition (2 revs)

Δθ0 perturbation (2 revs)

Δθc perturbation (2 revs)

Δθs perturbation (2 revs)

Reference condition (2 revs)

Figure C.1: Sketch of the coarse-to-fine simulation approach implementing the trim procedure workflow.



D
2D FLUID BODY-FORCE

ASSESSMENT

This appendix presents the 2D assessment of the fluid body-force model outlined in
Chapter 7, which is used to include the aerodynamic effects associated to the blade
torsional deformations without actually deforming the blade geometry in the numer-
ical simulation. In order to tune and validate the body-force model, two different bi-
dimensional non-symmetric NACA 23012 cases are considered:

• a physically airfoil oscillating about a zero static angle of attack by:

φ̃x (t ) =φA sin(k̂τ̂), (D.1)

representative, from a 2D perspective, of a local blade section undergoing a tor-
sional deformation equal to φ̃x . In Eq. (D.1), φA is the pitch amplitude, k̂ =
ωb/Us∞ is the reduced frequency (with ω being the pitch angular frequency, b the
airfoil semi-chord and Us∞ the free-stream velocity) and τ̂ = Us∞ t/b is the non-
dimensional time;

• an airfoil at zero static angle of attack excited by a fluid body-forces field applied
in the fluid volume region surrounding it (Fig. 7.3(b)) according to Eq. (7.11), with
Eqs. (7.18) and (7.19) respectively replaced by:

¨̃φx (t )|ζ3ζ4 =−φA
k̂2U 2

s∞
b2 ζ3 sin(k̂τ̂−2πζ4) (D.2)

¨̃φx (t )|ζ1ζ2 =−φA
k̂2U 2

s∞
b2 ζ1 sin(k̂τ̂−2πζ2) (D.3)

and

˙̃φx (t )|ζ3ζ4 =φA
k̂Us∞

b
ζ3 cos(k̂τ̂−2πζ4) (D.4)

˙̃φx (t )|ζ1ζ2 =φA
k̂Us∞

b
ζ1 cos(k̂τ̂−2πζ2). (D.5)
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A 3x3 test matrix is considered to tune and assess the body-forces model be-
havior at different reduced frequencies (k̂ = 0.03,0.16,0.30) and amplitudes (φA =
0.25◦,1.38◦,2.50◦) of the pitching motion, which cover the amplitude-frequency domain
of the torsion deformation for the baseline case of the HART-II experiment [216]. The
Reynolds and Mach numbers considered are those relative to the blade section at the
70% of the blade span of the HART-II main rotor blade, respectively equal to 1.3 ·106 and
0.5. For each reduced frequency, the optimal values of ζ1, ζ2, ζ3, ζ4, γ, β and χs are deter-
mined by the minimization (through a genetic algorithm optimization) of the sum of the
mean squared relative errors between the lift (CL), drag (CD ) and pitching moment1 (CM )
coefficients time histories generated by a steady airfoil undergoing the fluid body-force
field (BF) and those produced by the a physically pitching airfoil (P) along one period of
oscillation, namely:

min

[
1

Ns

Ns∑
i=1

(
C BF

L −C P
L

C P
L

)2

i
+ 1

Ns

Ns∑
i=1

(
C BF

D −C P
D

C P
D

)2

i
+ 1

Ns

Ns∑
i=1

(
C BF

M −C P
M

C P
M

)2

i

]
(D.6)

where Ns represents the number of samples of the CL , CD and CM time histories. These
optimal values are fit into power or exponential functions to derive formulae describ-
ing their dependency from the reduced frequency and to be used for the 3D helicopter
main rotor case as described in Chapter 7. It is assumed that the previous parameters
are only function of the reduced frequency and not of the amplitude of the pitching mo-
tion/torsional deformation φA . This assumption is confirmed by the observation that
the optimal values of ζ1, ζ2, ζ3, ζ4, γ, β and χs are weakly dependent by φA and more
considerably influenced by the variations of k̂. The results of the optimization and the
corresponding fitting function are shown in Tab. D.1 for φA = 1.38◦.

Param. k̂ = 0.03 k̂ = 0.16 k̂ = 0.30 Fitting functions
ζ1 2.419 0.298 0.143 0.03083955k̂−1.243994

ζ2 -0.233 -0.207 -0.187 −0.1403119−0.100626e−2.571309k̂

ζ3 0.020 0.024 0.029 16.02422−16.00545/2k̂/338.1517

ζ4 -0.440 -0.476 -0.512 −1.08886+0.6576319/2k̂/1.586511

γ 152.952 131.644 102.246 232.1835−74.99451/2k̂/−0.3783304

β 0.615 0.495 0.350 −1114.364+1115.012e−0.000882627k̂

χs 0.543 0.451 0.446 0.4455562+0.1899998/2k̂/0.03106636

Table D.1: Optimal values of the fluid body-force model and fitting functions for φA = 1.38◦.

The comparison, along one oscillation period T , between the lift, drag and pitching
moment coefficients time histories generated by the real pitching airfoil and the static
one excited by the fluid body-forces field is shown in Figs. D.1 to D.3 for k̂ = 0.03, 0.16 and
0.30, respectively. Each plot shows the results for the three pitching amplitudes consid-
ered, φA = 0.25◦ in black, φA = 1.38◦ in blue and φA = 2.50◦ in red, with the real pitching

1Computed at the airfoil quarter-chord point.
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airfoil results reported as solid line and the body-force ones as dots. A very good agree-
ment is obtained for each reduced frequency and for the two lowest pitch amplitudes
(φA = 0.25◦ and 1.38◦) for the lift and pitching moment coefficients. A certain under-
prediction of the maximum and minimum values of CL and CM can be observed for
φA = 2.50◦, due to the fact that, at relatively large pitch amplitudes (i.e. torsional defor-
mations from the 3D helicopter case perspective), the body-forces field is no longer able
to rearrange the flow surrounding the airfoil in such a way that aerodynamic loadings
identical to those of the real moving airfoil are generated.
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Figure D.1: Non-dimensional lift, drag and pitching moment coefficients time histories between a real pitching
airfoil (solid line) and a simulated pitching airfoil by means of the body-force approach (dots) for k̂ = 0.03;
φA = 0.25◦ (black), φA = 1.38◦ (blue) and φA = 2.50◦ (red).
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Figure D.2: Non-dimensional lift, drag and pitching moment coefficients time histories between a real pitching
airfoil (solid line) and a simulated pitching airfoil by means of the body-force approach (dots) for k̂ = 0.16;
φA = 0.25◦ (black), φA = 1.38◦ (blue) and φA = 2.50◦ (red).
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Figure D.3: Non-dimensional lift, drag and pitching moment coefficients time histories between a real pitching
airfoil (solid line) and a simulated pitching airfoil by means of the body-force approach (dots) for k̂ = 0.30;
φA = 0.25◦ (black), φA = 1.38◦ (blue) and φA = 2.50◦ (red).
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Concerning the drag coefficient, much larger discrepancies are observed for all the
values of k̂ and φA considered. In particular, during the first half of the airfoil pitching
oscillation (t/T < 0.5), the drag generated by the airfoil excited by the body-force field
shows an opposite phase compared to the that of the real pitching airfoil. As shown in
Figs. D.1 to D.3, an airfoil periodically pitching at a frequency 1/T leads to the genera-
tion of a periodic drag coefficient time history characterized by a dominant harmonic
of frequency 2/T . Since the proposed fluid body-force model is fed with the same har-
monic content of the input pitching motion, it cannot reproduce the effects induced by
the pitching motion at harmonic highers than those characterizing the airfoil motion
itself.

The modeling of these effects could be generally accounted by the proposed fluid
body-force model through the inclusion of harmonics of frequency 2/Tk , with 1/Tk (k =
1, ..,n) representing the generic harmonic content of the input pitching motion/torsion
kinematics, however at a higher computational cost. Moreover, it should be pointed out
that the drag coefficient, and its variation due to a local blade section torsional defor-
mation (or pitching motion from a 2D point or view), plays a secondary role concerning
the aeroelastic behavior of the rotor blades compared to the lift and pitching moment.
This is consequence of the fact that the drag force is more than one order of magnitude
smaller than the lift, and that it primarily acts along the chord-wise direction where the
rotor blades are generally one order of magnitude stiffer than in the chord-normal direc-
tion.

Hence, it can be concluded that, once the optimal values for ζ1, ζ2, ζ3, ζ4, γ, β and
χs are determined for a specific reduced frequency, the proposed body-force model is
able to reproduce with a satisfactory accuracy the most relevant part of the aerodynamic
response (i.e. lift and pitching moment) of a 2D airfoil undergoing a torsional deforma-
tion/pitching motion, especially for small-to-moderate values of the amplitude of the
oscillation.
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