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ABSTRACT

The aviation industry requires continuous reductions in greenhouse gas and noise emissions, which is re-
sulting in a shift towards hybrid and fully electric aircraft. The propeller is an attractive form of propulsion
system for electric aircraft as it can achieve high efficiencies and has excellent scalability potential. However,
a major concern is the high community and cabin noise levels. It is possible to mitigate the propeller noise
levels by reducing the blade loading and shifting the loading inboard, though this will often adversely impact
the aerodynamic efficiency. Another method of reducing noise is by introducing blade sweep. This can result
in destructive interference of sound waves. The downside is that sweep may impose significant structural
deformations when the blade is loaded. These structural deformations may alter both the aerodynamic and
acoustic performance. The objective of this thesis is to identify how these structural deformations will im-
pact the aerodynamic and acoustic performance of low-noise, swept propeller blades. A parametric study
was performed where the blade sweep was parametrised. The aerodynamic, acoustic and structural perfor-
mances of these propeller configurations were then analysed to identify the relations between these three
disciplines.

A multidisciplinary propeller framework was used where aerodynamic, acoustic and structural tools could be
coupled. For the aerodynamic analyses, a Vortex Lattice tool was developed, which can perform inviscid, in-
compressible simulations of any propeller geometry. The acoustics were calculated using Hanson’s Helicoidal
Surface Theory, which models the blade sweep and dihedral as phase lag effects to model the interference be-
tween sound waves. The structural tool used the Euler-Bernoulli beam theory for bending deformations and
Saint-Venant’s torsion theory for twisting deflections. These three tools were coupled such that the final de-
formed shape of a loaded propeller could be obtained and evaluated. Each tool was validated individually
using high-fidelity and experimental data, confirming that accurate results may be obtained within the tool’s
applicable limitations.

The elastic blades were compared to their rigid counterparts to analyse how much the blade deformed, and
how these deformations impacted the aerodynamic and acoustic performance. It was found that bending de-
formations are caused by the centrifugal forces, opposing any bending moments caused by the aerodynamic
forces. The torsional deformations, mainly caused by the aerodynamic forces, result in a wash-out. Both the
bending deformations and wash-out of the blade reduce the local angle of attack, reducing the aerodynamic
loads acting on the propeller blades. Since these structural deformations are concentrated near the blade tip,
the local loading distributions are only impacted near the tip. This effectively shifts the loading inboard. The
loss in performance can be significant if substantial sweep is applied, with losses of up to 20% of the thrust
and torque. The efficiency, on the other hand, does not significantly change due to elasticity. The acoustic
performance was mainly altered due to the changes in aerodynamic performance, with any changes in blade
geometry having negligible effects. The overall sound pressure levels reduce by up to 2.5 dB, correlating with
the reduction in thrust and torque. By eliminating the noise’s dependency on the overall thrust level, a clear
correlation between the shifting of the local loading and the noise emissions was also found. These inboard
shifting loads reduced the thrust-specific sound pressure by up to 1 dB.

It is possible to reduce the effect of elasticity by letting the structural forces impose a twisting moment, re-
ducing the wash-out of the propeller blades. High bending deformations, or the addition of dihedral, allow
the moment arm of the centrifugal loads to grow enough such that the twisting moments of the aerodynamic
forces can be overcome. This can greatly diminish the aerodynamic performance loss. On the other hand, the
associated increase of the peakiness of the local aerodynamic loading distributions may increase the noise
emissions even when a net loss in aerodynamic performance is still present.

Clear relations between the aerodynamic, acoustic, and structural performance of elastic, swept blades were
identified. These changes in aerodynamics and acoustics are too great to be ignored for highly swept blades.
Analyses of such flexible, highly swept blades clearly require the inclusion of structural calculations to accu-
rately predict the aerodynamic and acoustic performance.
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NOMENCLATURE

SYMBOLS
Since some symbols may overlap, the context of each symbol is provided: AE=Aerodynamics, AC=Acoustics,
ST=Structures, PD=Propeller Design.

Symbol Context Definition Unit

AL ST Cross-sectional area of the blade along the local coordinate system [m2]
Aconv AE Wake axial velocity coefficient [-]
Aexpan AE Wake axial acceleration coefficient [-]
a AE Vortex influence coefficient [-]
B PD Number of blades [-]
BD PD Chord to diameter ratio [-]
B N AC Blade passage frequency [Hz]
b AE Influence coefficient of the trailing vortices [-]
CD AE Drag coefficient [-]
C f AE Maximum force of the normalised local load distribution [-]
CL AE Lift coefficient [-]
CP AE Power coefficient [-]
CQ AE Torque coefficient [-]
CT AE Thrust coefficient [-]
c/R PD Chord to radius ratio [-]
c0 AC Speed of sound [m/s]
D AE Drag [N]
D PD Propeller diameter [m]
dl AE Panel length vector [m]
d t AE Time step [s]
dV ST Blade section volume [m3]
E ST Elastic Modulus [Pa]
ex ,e y ,ez PD Global coordinate system [-]
eξ,eη,eζ ST Local blade coordinate system [-]
er ST Radial vector [-]
Fx ,Fz ST Load applied at the tip in x- or z-direction [N]
F A AC Face Alignment [m]
fi AC Frequency of the acoustic pressure [Hz]
fq AC Normalised chordwise torque distribution [-]
ft AC Normalised chordwise thrust distribution [-]
G ST Shear modulus [Pa]
H AC Normalised chordwise thickness distribution [-]
I ST Moment of inertia [m4]
i AC Imaginary unit [-]
J AE Advance ratio [-]
JmB AC Radiation efficiency factor [-]
kx AC Chordwise wave number [-]
L AE Lift [N]
l ST Total blade arc length [m]
M AE Mach number [-]
M ST Total internal moment [Nm]
Mξ ST Torsional moment along blade axis [Nm]
Mζ ST Bending moment along major principal axis of cross section [Nm]

xi



xii CONTENTS

Symbol Context Definition Unit

Mη ST Bending moment along minor principal axis of cross section [Nm]
M a ST Internal moment due to aerodynamic forces [Nm]
M c ST Internal moment due to centrifugal forces [Nm]
Mr AC Section relative Mach number [-]
Mt AC Tip rotational Mach number [-]
Mx AC Flight Mach number [-]
MC A AC Mid-chord alignment [m]
Nc PD Number of chordwise panels [-]
Ns PD Number of spanwise panels [-]
Nw AE Number of wake panel rows [-]
Nb PD Number of blades [-]
n PD Propeller rotational speed [rad/s]
n AE Vortex ring panel normal vector [-]
OSPL AC Overall Sound Pressure Level [dB]
PDm AC Complex Fourier coefficient of the drag pressure at mth harmonic [-]
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1
INTRODUCTION

The propeller is experiencing a resurgence in interest as the aviation industry strives to adopt more envi-
ronmentally sustainable technologies [1]. Their high efficiency and scalability are proving to be invaluable
to future aircraft concepts. Yet there is still one significant problem restricting the application of propellers:
noise emissions. These noise emissions pose a significant environmental and financial challenge. Exces-
sive exposure to noise emissions may pose short- and long-term health complications [2]. Increasing airport
noise charges make it financially nonviable for airliners to operate loud aircraft [3]. Society and the aviation
industry have evolving needs that require new innovations.

The main sources of propeller noise emissions are the displacement of air as the propeller spins, and the
pressure fluctuations generated on the surface. It has been long known that these sources of noise can be
reduced using geometrical modifications, resulting in low-noise propellers [4]. Such low-noise propellers are
characterised by having a high number (>6) of thin, swept blades [4]. Nevertheless, it has been challenging
to implement such complex propeller configurations thus far. Any noise savings often comes at the cost of
aerodynamic efficiency. Furthermore, structural constraints may significantly impose upon the suitable ge-
ometrical shape of low-noise propellers [4]. The design and analysis of low-noise propellers thus requires
detailed aerodynamic, acoustic and structural modelling, making it a multidisciplinary problem.

Significant numerical and experimental research is ongoing to obtain propeller blade shapes that can re-
duce noise emissions without imposing on the aerodynamic efficiency. These studies use various techniques
to model the aerodynamics, acoustics and structures. Nevertheless, there is a lack of research on the effects
of structural deformations on the performance of low-noise propeller designs. While these structural defor-
mations are often included in the optimisation schemes, the effects of elasticity are not explicitly analysed.

This thesis aims to investigate the effects of structural deformations on the aerodynamic and acoustic perfor-
mance of low-noise propellers by means of a parametric study. Aerodynamic, acoustic and structural tools
will be coupled in a propeller framework to allow for the analysis of a broad set of propeller geometries over
a range of operating conditions. The aerodynamics, acoustics and structural results are then examined in
detail to identify the underlying mechanics. While recent studies by Bergmann et al. [5, 6, 7] do address the
influence of elasticity on swept propeller blades, only a single sweep distribution is applied. In this study,
the amount of sweep, and how this sweep is distributed, is varied to showcase the trends in aeroacoustic and
structural performance.

In the remainder of this chapter, state-of-the-art research on low-noise propeller is highlighted in Section 1.1.
The objectives and main research questions of this thesis are formulated in Section 1.2. Finally, the overall
structure of this report is explained in Section 1.3.

3



4 1. INTRODUCTION

1.1. PROPELLER ACOUSTIC OPTIMISATION
Current research regarding propeller acoustics often consists of propeller geometry optimisation. Many pa-
pers can be found with varying degrees of modelling fidelity and optimisation criteria. This section highlights
the results obtained in some of these papers.

Geng et al. [8, 9] wrote multiple papers on the rigid acoustic optimisation of the propeller blade geome-
try. In their first paper, Blade Element Momentum (BEM) and the Hanson Helicoidal Surface Theory (HST)
were used to optimise the sweep distribution between the root and tip [8]. The goal was to achieve wave in-
terference due to sweep lag without compromising on the aerodynamic efficiency. They found a 2.9 dB noise
reduction while maintaining the aerodynamic efficiency of the baseline design with these low-fidelity meth-
ods. The baseline and optimal design are shown in Figure 1.1. The total sweep at the tips are equal, but the
optimal design has more forward sweep near the root. This subtle change in geometry is enough to obtain a
2.9 dB reduction.
In a follow-up paper by Geng et al. [9], higher fidelity methods were employed to optimise the propeller
blade shape again. Operating conditions are now set to reflect those of conventional regional airliners like the
ATR72. The chord and sweep distribution were set as the design variables, and the aerodynamic performance
was constrained to match the baseline design. The optimised propeller design is shown in Figure 1.2. Com-
pared to the straight baseline blades, the optimised design has a similar sweep distribution as in Figure 1.1,
where the blade sweeps forward near the root and back towards the tip. The chord distribution is increased
near the root and decreased near the tip to move the blade loading more inboard. With these modifications,
a 1.69 dB noise reduction was achieved.

Figure 1.1: Baseline (left) and optimal (right) propeller blade design
by Geng et al. - 2021 [8]. Figure 1.2: Optimal propeller design by Geng et al. - 2023 [9].

The acoustic optimisations by Marinus et al. [10, 11, 12, 13] provide an interesting insight into the effects
of elasticity, as structural deformations were not included in all the optimisation results. To model the aero-
dynamic and acoustic performance, Reynolds-Averaged Navier-Stokes (RANS) Computational Fluid Dynam-
ics (CFD) simulations were coupled with Farassat’s acoustic Formulation 1A. High-speed propeller blades
(Mcr ui se = 0.75) were then optimised for take-off and cruise conditions. The chord, sweep, twist and airfoil
shape were all included as design variables for the optimisation. Multiple optimised blades for the rigid pro-
cedure are shown in Figure 1.3. Unswept blades (a) and (b) reduce take-off noise by approximately 4 dB and
cruise noise by 10.5 dB. The swept blades (c) and (d) reduce take-off noise by approximately 1.5 dB and cruise
noise by 15 dB. Clearly, there is a Pareto front in terms of reducing noise in multiple operating conditions.
The structural deformations were included in a follow-up paper by Marinus et al. [11, 12] using Computa-
tional Structural Mechanics (CSM). These elastic optimised blades are shown in Figure 1.4. The sweep at the
tip has been significantly reduced compared to the rigid blades of Figure 1.3. In terms of acoustic perfor-
mance, the noise emissions on average have increased for both the take-off and cruise condition. This seems
to indicate an adverse effect of the structural deformations on the noise emissions. The aerodynamic effi-
ciency in take-off conditions has also decreased significantly, from ηr i g i d = 0.55 to ηel ast i c = 0.48. In cruise
conditions, there is no significant difference. The flow in which these propellers operate is highly compress-
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ible. As such, the sweep is not only introduced to reduce noise emissions, but also to mitigate the effects of
compressibility on the aerodynamic performance.

Figure 1.3: Optimal rigid propeller blade designs by Marinus et al [10].

Figure 1.4: Optimal elastic propeller designs by Marinus et al. [11].

The most advanced research on low-noise propellers is currently ongoing as part of the joint European Clean
Sky 2 programme [2]. The IRON (Innovative turboROp configuratioN) project aims to significantly reduce the
noise emissions of regional airliners without compromising on the aerodynamic performance. The target is
a 6 dB reduction during cruise compared to a baseline design. 1:6 scaled models have already been tested in
the DNW wind tunnels. These scaled models are shown in Figure 1.5 [2]. The baseline design by Dowty in
Figure 1.5a shows a conventional scimitar design commonly used in current regional turboprops. Two low-
noise concepts were created by CENAERO and GE AAT, shown in Figures 1.5b and 1.5c respectively. These
two designs show very slender blades with a high sweep and even dihedral.
The scaled models are manufactured from titanium, chosen for its high strength-to-weight ratio. Extensive
wind-tunnel testing consisted of measuring the aerodynamic, acoustic and structural performance in low
and high-speed conditions. Structural deflections were measured by capturing the yellow dots on the blades
with high-speed cameras [2].
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(a) Baseline design by Dowty.

(b) 8-blade design by CENAERO. (c) 9-blade design by GE AAT Deutschland.

Figure 1.5: Next generation low-noise propeller models in the transonic wind tunnel of DNW. (from [2])

Current research has shown the potential for significant noise reductions by optimising the blade geometry.
In particular, the addition of sweep may induce destructive interference of sound waves without adversely
affecting the load distribution. Sweep may induce significant structural deformations, altering the aerody-
namic and acoustic performance. There is currently a lack of public research on the effects of elasticity on
the performance of swept propellers. Only recently has research by Bergmann et al. [5, 6, 7] come out re-
garding this topic. In these papers, the effects of elasticity on the aerodynamic and acoustic performance are
computed for three sweep configurations. It was found that large diameter, low disc loading, and blade sweep
can significantly decrease the aerodynamic performance, with a reduction of thrust up to 8%. The acoustic
levels were consequently also reduced due to decreased total loading.

1.2. THESIS OBJECTIVES & RESEARCH QUESTIONS
The previous section highlighted the ongoing research on low-noise propeller optimisation, both numeri-
cally and experimentally. This is a well-established research topic with a wide variety of methodologies and
applications. Nevertheless, the discipline of structures is often not included or not analysed carefully to iden-
tify the effects of structural deformations. This thesis aims to address this lack of knowledge on the effects of
elasticity on low-noise propellers. The main objective of this thesis is:

To identify the effects of elasticity on the aerodynamic and acoustic performance of low-noise propellers.

Research questions have been formulated to achieve this objective. These research questions will all be an-
swered in this report. The research questions are:

1. How does a swept low-noise propeller blade deform when put under load?

(a) How does each type of loading contribute to the structural deformations of swept low-noise pro-
pellers?
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(b) How does the amount of sweep affect the structural deformations of swept low-noise propellers?

(c) How does the sweep distribution affect the structural deformations of swept low-noise propellers?

(d) How do the structural deformations change under different operating conditions?

2. How do the structural deformations affect the aerodynamic and acoustic performance of swept low-noise
propellers?

(a) How does each type of deformation contribute to the differences between rigid and elastic aerody-
namic performance?

(b) What is the main contribution to the differences between rigid and elastic acoustic performance?

3. How does an elastic swept low-noise propeller perform compared to an elastic straight low-noise pro-
peller?

(a) How does blade sweep affect the aerodynamic and acoustic performance of rigid low-noise pro-
pellers?

(b) What is the main contribution to changes in performance when comparing elastic swept and straight
propellers?

These research questions will be answered by performing a parametric study of swept propellers. The aero-
dynamic, acoustic and structural performance of these swept propellers are analysed carefully to identify the
relations between the three disciplines. Previous studies on low-noise propellers have used a wide variety of
analysis tools, ranging from low-fidelity tools to fully coupled CFD and FEM simulations. While these high-
fidelity methods can predict the complex flow and structural phenomena on low-noise propeller designs, the
computational costs are extremely high. The goal in this thesis is to analyse many different propeller configu-
rations, across a range of operating conditions. The computational costs of coupled high-fidelity simulations
are too high to be able to apply these methods in this thesis. Low-fidelity methods will be used to prioritise
the amount of data which can be obtained, instead of focusing on the accuracy of the results.

1.3. THESIS OUTLINE
This thesis is split up into five parts. This chapter is part of Part I, where background information is provided
on low-noise propellers performance and state-of-the-art research. Part II will explain the applied method-
ology for each of the three disciplines. The governing equations, limitations and assumptions of each tool
are carefully defined. The modelling method for each discipline was chosen based on an extensive literature
research performed previously. The sections of this literature research on choosing the modelling methods
are included in Appendix A.
The accuracy of each tool is validated in Part III. High-fidelity and experimental data are used to compare
to the results of the developed low-fidelity tools. The suitable region of conditions of each tool is identified.
The parametric study set-up and results are shown in Part IV. The results are mainly outlined in the form of
contour plots, showing the effect of each sweep parameter on various performance indicators. Relations be-
tween the aerodynamic, acoustic and structural performance are identified. Finally, conclusions are drawn
in Part V. Limitations of this research, and potential recommendations for future research to build upon this
thesis are outlined.





2
LOW-NOISE PROPELLER PERFORMANCE

This chapter provides background information on the aerodynamic, acoustic and structural mechanics of
propellers. Special attention is given to any unique characteristics of low-noise, swept propellers. Section 2.1
first discusses the aerodynamics of propellers. This is followed by an explanation of the mechanics of pro-
peller acoustics in Section 2.2. Finally, the structural behaviour is described in Section 2.3.

2.1. PROPELLER AERODYNAMICS
A propeller is a set of blades which are shaped like wings. By spinning the propeller, the air is accelerated
backwards, producing thrust. This is shown in Figure 2.1, which shows the propeller streamtube. Air is sucked
into the propeller, or actuator disk, and accelerated axially. This is accompanied by a pressure jump across
the disk. As the streamtube contracts behind the disk, the flow accelerates further, until the induced velocity
downstream is twice the velocity induced at the rotor disk. This is a simple explanation of how a propeller
produces thrust.
A detailed breakdown of the velocities on a propeller blade explains how these forces are generated. Figure 2.2
shows the breakdown of the velocities on an airfoil cross-section of the propeller blade. The airfoil section is
set at an angle β. The blade experiences an axial velocity V∞ due to the forward speed of the aircraft and a
tangential velocity n × r due to the rotation of the propeller. Induced velocities are generated by the forces
acting on the blade. The flow is axially accelerated by wa due to thrust. The tangential velocity is reduced
by wt due to the torque. Adding these induced velocities to the freestream and rotational velocity results in
the resultant velocity vector V . The angle between the resultant velocity vector and the plane of rotation is
the inflow angle ϕ. V forms an angle of attack with the chord line of the airfoil. Thus, lift and drag forces are
generated. These forces are decomposed into the local thrust and torque components:

T ′ = L′ cosϕ−D ′ sinϕ (2.1) Q ′ = D ′ cosϕ+L′ sinϕ (2.2)

Actuator Disk

Figure 2.1: Drawing of the propeller streamtube.
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T'L'

Q'

D'

Figure 2.2: Breakdown of velocities and forces acting on propeller
airfoil section.

Figure 2.3: Typical induced velocity distribution of a lightly loaded
propeller blade. (from Veldhuis [14])

The propeller spins around an axis, thus the rotational velocity component is a function of the distance from
this axis of rotation. The pitch angle β is also varied radially. Consequently, the axial and tangential induced
velocity distribution is approximately shaped as shown in Figure 2.3 [14]. As a result, the thrust and torque
will also vary radially. In fact, due to tip effects and this distribution of induced velocities, the maximum load-
ing of a propeller blade is located more outboard compared to a traditional wing.

One characteristic of low-noise propeller design is that the blades are often swept. Numerical and experi-
mental research has shown that this may result in complex flow phenomena. CFD simulations by Sinnige et
al. [15] in Figure 2.4 show leading-edge vortices forming due to the high sweep, a sharp edge and high local
angle of attack. Oil-film interferometry measurements were performed by Schülein et al. [16] to map the
flow topology of a swept propeller blade, shown in Figure 2.5. Many viscous flow phenomena were identified.
Significant parts of the flow become turbulent as the loading increases. The laminar flow separates from the
surface near the root due to trailing-edge separation bubbles. Towards the tip, the laminar flow is separated
by leading-edge bubbles and vortices.

Figure 2.4: Leading edge vortex forming on a highly swept propeller
blade. (from Sinnige et al. [15])

Figure 2.5: Flow topology over a swept blade for low advance ratio
(From Schülein et al. [16])
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Scaling parameters are required to compare the aerodynamic performance of different size propellers and
operating conditions. The performance indicators used in this research are given below. The thrust coeffi-
cient CT and the torque coefficient CQ are indicative of the local blade loading. The efficiency of the propeller
says how much of the shaft power is converted into useful thrust.

CT = T

ρn2D4 (2.3)

CQ = Q

ρn2D5 (2.4)

CP = P

ρn3D5 (2.5)

η= TU∞
P

= CT

CP
J (2.6)

Besides these performance indicators, it is important to define the operating conditions of the propeller. For
most modern propellers, both the rotational speed and the pitch setting can be set. These operational set-
tings both alter the local angles of attack of the blade and, thus, affect the forces generated. The rotational
speed n is nondimensionalised using the propeller diameter and the freestream velocity. This results in the
advance ratio J , shown in Equation (2.7). The advance ratio is the ratio between the freestream velocity and
the blade tip speed. It can also be seen as the forward distance travelled in a single revolution, divided by
the propeller diameter. In addition to the advance ratio, the blade pitch angle can be set. This angle is often
taken at 70% of the blade radius,β0.7R . The advance ratio J and pitch settingβ0.7R , together with the Reynolds
number and the Mach number, describe all the operational conditions.

J = U∞
nD

(2.7)

2.2. PROPELLER ACOUSTICS

2.2.1. NOISE SOURCES
A propeller generates noise due to it displacing air as it spins and the resulting pressure fluctuations on the
blades. The propeller forms one of the biggest sources of noise on an aircraft due to a lack of a casing and
the high tip speeds [17]. Propeller noise can be categorised into two types, each of which will be explained
further:

• Tonal noise

• Broadband noise

Tonal noises are periodic, meaning they repeat at a constant rate [4]. In the case of a propeller, these periodic
pressure fluctuations are due to the blades spinning at a constant RPM. Thus, these noises occur as peaks
at integer multiples of the blade-passage frequency. The blade-passage frequency is the rotational speed of
the propeller n, multiplied by the number of blades B [4]. These tonal noise characteristics are also shown in
Figure 2.6. The tonal noise sources can be further divided into different sources.

Thickness noise occurs due to the displacement of air by the physical blades. As such, it is proportional
to the volume of the blade and is influenced by the blade shape and the rotational speed. This noise source
becomes dominant at high speeds but can be reduced by using thin, swept blade sections [4].
The loading noise is the result of the pressure field that forms around the blades. Although this pressure field
forms the thrust and torque of the propeller, it also propagates as noise. This noise source is prevalent at
low to moderate speeds and can be reduced by reducing the loading on the blade. This can be achieved by
increasing the diameter or number of blades [17].
Unsteady-loading noise may occur when there is a source of inflow distortion, such as when the propeller
shaft experiences an angle of attack. This will result in a circumferential variation of blade loading during a
revolution of the blade. This source of noise may interact with the loading noise, in the form of destructive or
constructive interference [4].
The final tonal noise source is the quadrupole noise. While the thickness and loading sources are linear at
moderate blade speeds, nonlinear effects grow at transonic speeds. The quadrupole noise includes the tran-
sonic effects on the thickness and loading noise [17].
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Figure 2.6: Tonal noise characteristics of a propeller. (from Hubbard
[4])

Figure 2.7: Broadband noise characteristics of a propeller. (from
Hubbard [4])

Broadband noise is a random source of noise. It contains pressure fluctuations across the entire frequency
spectrum, as shown in Figure 2.7. The broadband noise sources are all due to flow turbulence acting on the
blades [4]. Turbulence-ingestion noise is the interaction between inflow turbulence and the leading edge of
the blades. It is only relevant under high-inflow turbulence [17]. Trailing-edge noise is due to the turbulent
boundary layer near the trailing edge of the blade. This turbulent boundary layer results in a fluctuating
blade loading that propagates as noise [4]. For full-scale propellers, tonal noise sources are dominant. As
such, broadband noise is often omitted, as it does not significantly contribute to the total noise emissions of
a propeller [4].

2.2.2. NOISE SCALING PARAMETERS
The noise level is most commonly defined using Sound Pressure Level (SPL), which describes the ampli-
tude of the acoustic waves by taking the root-mean-square of the pressure waves. The equation is shown in
Equation (2.8). The SPL is made dimensionless with a reference pressure value. The most common refer-
ence pressure used is the threshold of human hearing, which is pr e f = 20µPa. The convenience of using the
threshold of human hearing is that it can easily be related to the loudness of noises that everyone is familiar
with. The SPL is a function of the frequency and the axial directivity angle θ. The dependence of frequency
is removed with the Overall Sound Pressure Level (OSPL) in Equation (2.9), which rates all frequencies equally.

SPL = 20l og

(
pr ms

pr e f

)
(2.8) OSPL(θ) = 10log

n∑
i

10SPL( fi ,θ)/10 (2.9)

OSPL is scaled using properties of the human hearing. This property is in no way related to the physical
propeller and its operating conditions. As such, it cannot be used as a valid scaling parameter. Instead, Geng
et al. [8] propose the use of a thrust-scaled acoustic performance indicator, namely the Thrust-Specific Sound
Pressure (TSSP). This acoustic indicator is scaled with the propeller diameter and generated thrust, shown in
Equation (2.10). As such, it can be used to compare different propeller sizes and operating conditions. The
lack of Mach number still poses a problem though, as the Mach number greatly affects the noise levels. Thus,
if one were to compare different experiments, the Mach number needs to match to allow for a fair compari-
son.

T SSP = 20log

(
pr ms D2

T

)
(2.10)
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2.2.3. LOW-NOISE PROPELLER CHARACTERISTICS
The noise emissions can be reduced by altering the propeller shape and operating conditions. This is mainly
done by reducing the blade loading and the local Mach number [4]. In fact, reducing the propeller rotational
speed is one of the most effective methods for reducing noise emissions. This is because the radiation effi-
ciency of all noise sources is a function of the relative velocity.
The thickness noise is a function of the total blade volume. As such, by decreasing the blade volume a signif-
icant contribution of noise in high-speed cruise may be reduced. The blade volume is reduced by lowering
the airfoil thickness, the chord and the overall diameter [4].
The loading noise, which is most prominent at low speeds, is a function of the radial blade loading. De-
creasing the overall blade loading and moving the blade loading more inboard are both effective methods
of reducing this noise contribution. In terms of propeller shape, this means changing the twist and chord
distribution such as to increase the loading near the root. This may have adverse effects on the aerodynamic
efficiency though. By adding more blades to the propeller, the overall loading on a single blade can be re-
duced. But the addition of blades changes the frequency of the noise, and the overall blade volume could
increase [4].
Finally, all sources of noises can be reduced by introducing a blade sweep. Blade sweep acts as a phase lag
which can induce interference between sound waves. The concept of this destructive interference is shown
in Figure 2.8. The benefit of blade sweep is most apparent at high Mach numbers such as during cruise con-
ditions [4].

Figure 2.8: Destructive wave interference due to blade sweep. (From Hubbard et al. [4])

Many of these geometrical characteristics can be combined to lower the overall noise emissions of a propeller.
As such, these low-noise propeller designs can be distinguished due to having a high number (>6) of slender,
swept blades.
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2.3. PROPELLER STRUCTURES

2.3.1. PROPELLER DEFORMATION MODES
The propeller experiences significant forces that may cause the blades to deform. The types of loading acting
on the propeller are shown in Figure 2.9. These loadings are:

• The thrust load.

• The torque load

• The centrifugal load.

Centre of Gravity

Centre of Pressure

Figure 2.9: Definition of the types of loading on a propeller blade.

The two aerodynamic loads act on the centre of pressure, which varies radially. The thrust load q T results
in a bending moment around the local z-axis. The torque load qQ results in the bending moment around
the local x-axis. Because the centre of pressure does not coincide with the centre of gravity, the aerodynamic
load will also generate a twisting moment around the local y-axis. The shear forces acting on the blade from
the aerodynamic load are often neglected as they are small compared to the bending and twisting moments
[18].
A resultant centrifugal load q c acts on the local centre of gravity, pointing away from the axis of rotation. This
centrifugal load is mainly a tensile force for straight blades, thus it will not generate any (significant) bending
moments.

A propeller blade can be modelled as a cantilevered beam, where the root is clamped. The bending and twist-
ing moments will then generate stresses in the blade and deform the shape elastically. Due to the bending
moments, the blade can bend in the xz-plane. The tensile forces from the centrifugal load may elongate the
blade radius slightly. The twisting moments will cause changes in the blades twist angle. Even small changes
in the twist angle can cause large changes in the aerodynamic loading of the propeller as the range of zero lift
angle of attack to stall may only be 10◦ [19].

2.3.2. LOW-NOISE PROPELLER DEFORMATIONS
The bending and torsional deformations of a low-noise propeller blade may be significantly higher than a
conventional straight blade, mainly due to sweep. Similarly to a swept aircraft wing, a swept propeller blade
will experience a bending-twisting coupling. This can result in wash-in or wash-out, depending on the sweep
direction. The aerodynamic loads on a backwards swept wing will cause the blade to wash-out, meaning that
the angle of attack decreases.
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The two bending modes around the x and z-axis are also heavily coupled, as was observed by Sodja et al.
[20, 21]. The twist distribution causes the major and minor principal axes directions to vary significantly
throughout the blade radially. This results in bending in one direction (x or z), also causing bending in the
other direction. This can be seen in Figure 2.10 (note the different coordinate system definition). This figure
shows that a simple tip load applied in one direction induces significant bending in both y and z. In fact, the
tip load Fz causes almost equal deformation in the y and z directions.

Figure 2.10: Bending coupling of a swept propeller with an applied tip load. (From Sodja et al. [21])

The centrifugal load q c always points towards the axis of rotation. While this results in a mainly centrifugal
force for straight blades, any sweep or dihedral will also cause the centrifugal load to generate significant
bending and twisting moments. The centrifugal load tries to straighten the blade back towards the rotational
plane, as seen in the drawing by Sodja et al. in Figure 2.11 [21]. This figure shows a blade with dihedral,
or coning. No matter whether the blade has positive or negative coning, the centrifugal forces will try to
straighten the blade back towards the rotational plane. The same is true for any sweep, the centrifugal loads
will pull the blade straight so the sweep reduces. Due to the varying sectional centre of gravity position, a
twisting moment may also be induced.

Figure 2.11: Straightening of the propeller blade due to the centrifugal loads. (From Sodja et al. [21])
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3
PROPELLER FRAMEWORK

In this chapter, the propeller framework that is used for this research is shown. The capabilities and features
of the framework are first shown in Section 3.1. The parametrisation of the propeller blade is discussed in
Section 3.2, and the propeller construction is demonstrated in Section 3.3.

3.1. FRAMEWORK FEATURES
To couple the three tools of aerodynamics, structures and acoustics, a base framework is required which can
construct the propeller geometry and calculate any properties needed by any of the attached tools. Such
a framework has already been developed in Matlab by G. Margalida at the Delft University of Technology
1.Figure 3.1 contains an overview of the workflow of the Smart Rotors framework. A non-dimensional blade
is first constructed based on a set of inputs. This blade is then converted into a full-scale propeller configu-
ration. Aerodynamic, structural and acoustic performance can be analysed using any exchangeable tool. For
the aerodynamic solver, a BEM tool and multiple Lifting-Line Theory (LLT) implementations are available.
Polar databases can be used to improve the accuracy of these aerodynamic tools. For acoustic analyses, a
version of Hanson’s Helicoidal Surface Theory is available, developed by J. Goyal[22]. Structural deforma-
tions of straight blades can be calculated using a simple Euler-Bernoulli (EB) beam theory tool. With this
workflow, it is possible to perform stand-alone analyses, batch analyses and blade shape optimisations.

Figure 3.1: Workflow and features of the Smart Rotors framework1

1Smart Rotors Project: Gabriel Margalida (Accessed in June 2023) [Unpublished]
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For this thesis, a new aerodynamic tool is developed for this framework in the form of a Vortex Lattice Method
(VLM) code. The acoustic tool is modified such that it can process the results of the VLM tool. The structural
tool is rebuilt such that it can process swept propeller blades.

3.2. BLADE PARAMETRISATION
Propellers are constructed from dimensionless blade structures. These dimensionless blade structures are
entirely parametrised using 7 radial distributions. The airfoil is discretised into Nc elements, with a cosine
spacing. The shape is based on the NACA 4-series, shown in Figure 3.2a. The three distributions to describe
a NACA 4-series airfoil are:

• t/c, thickness to chord ratio.

• m, maximum camber.

• p, maximum camber position.

The airfoils constructed from these three radial distributions are stacked on top of each other according to
the remaining four radial distributions, as can be seen in Figure 3.2b. Cosine spacing is used at the root and
tip to stack Ns number of airfoils on top of each other. Thus, the external surface of the blade is described by
a total of Ns × (2N c) 3D-coordinates. The four distributions to define the airfoil stacking are:

• c/R, chord to radius ratio.

• β, twist angle.

• xc/4, x-alignment of the quarter chord (sweep).

• yc/4, y-alignment of the quarter chord (dihedral).

These distributions can either be input as a custom set of Ns data points, or using cubic bézier curves. Cubic
bézier curves produce smooth lines with six parameters.

0 0.2 0.4 0.6 0.8 1
-0.1

0

0.1

0.2

(a) Definition of the airfoil parameters, based on the NACA 4-series (b) Stacking of the airfoil nodes to obtain the blade geometry

Figure 3.2: Parametrisation of the airfoil and blade as defined by the Smart Rotors framework
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3.3. PROPELLER DEFINITION
The nondimensional blades are dimensionalised using the propeller radius R and the hub radius Rh . The first
blade out of an Nb-bladed propeller system is positioned in the global coordinate system such that its Pitch
Change Axis (PCA) lies on the global y-axis, as shown in Figure 3.3. In this coordinate system, the propeller
rotates around the negative x-axis. Thus the effective flow rotates positively around the x-axis. The inflow
velocity is defined as positive along the x-axis. The remaining blades are distributed equally over the actuator
disk, as shown in Figure 3.4. Each of these blades produce a rotational wake at its trailing edge. The wake
modelling is discussed in more detail in Chapter 4.

For uniform flow, it can be assumed that the aerodynamic performance of each blade is identical. This as-
sumption is used to perform the structural and acoustic analyses only on the blade placed on the y-axis. The
results for this first blade are then converted to the remaining blades since it can be assumed that these blades
would respond identically.

Figure 3.3: Definition of the dimensionalised propeller blade
assembled in the global coordinate system.

Figure 3.4: Multiple propeller blades with their wakes assembled
into the global propeller system.





4
AERODYNAMIC TOOL

In this chapter, a detailed explanation of the aerodynamic model is provided. For the aerodynamic analysis
of a propeller geometry, the Vortex Lattice Method is used. The general methodology is first explained in
Section 4.1. The modifications required to make the method applicable to propellers are shown in Section 4.2.
The assumptions and limitations of the tool are summarised in Section 4.3.

4.1. GENERAL VORTEX LATTICE METHODOLOGY
The Vortex Lattice Method is a potential flow method which uses flow singularities with varying strengths to
model the inviscid potential flow. Straight vortex segments, such as the one in Figure 4.1, are positioned on
the lifting surface. The velocity induced at any point P by such a straight vortex segment with strength Γ can
be calculated using the Biot-Savart law:

q = Γ

4π

r 1 × r 2

| r 1 × r 2 |2
r 0 · (

r 1

r2
− r 2

r1
) (4.1)

Figure 4.1: Flow on point P induced by a straight line vortex segment with strength Γ.

The lifting surface is split up spanwise and chordwise into quadrilateral panels to model the potential flow
over the entire surface. The properties of a quadrilateral panel are shown in Figure 4.2a. The collocation
point is located on the 3/4 quarter chord point, where the normal vector n is defined. Singularities are then
positioned on the quadrilateral panels to form different types of panel elements. The two most common sin-
gularity elements used for the VLM are the horseshoe vortex and the vortex ring element, shown in Figure 4.2b
and Figure 4.2c respectively. The horseshoe panel consists of a bound vortex at the 1/4 chord position and
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two trailing vortices which extend to ’infinity’. Alternatively, the vortex ring element consists of four vortex
line segments. Two bound vortices, AB and C D are positioned at the panel’s 1/4 chord and 5/4 chord posi-
tions. The two trailing vortices BC and D A close the loop. Vortex ring elements have been chosen for this
VLM application due to their programming simplicity and benefits in wake modelling.

Collocation Point & Normal Vector

(a) Quadrilateral Panel

(b) Horseshoe Vortex Panel

A

B
C

D

(c) Ring Vortex Panel

Figure 4.2: Definition of the VLM panel.

The camber surface of the lifting surface is covered in vortex ring elements, as depicted in Figure 4.3. The
thickness of the lifting surface is ignored. Each ring element has its unique circulation strength Γi , j . These
circulation strengths are solved for by applying the boundary condition, which states that the flow shall be
tangent to the camber surface. This means there shall be no normal component of the flow at the collocation
points, as described in Equation (4.2).

∇(Φ∞+φ) ·n = 0 (4.2)

For the remainder of the figures and equations in this section, the conventions shown in Figure 4.4 are used. A
lifting surface is divided into M columns of chordwise panels and N rows of spanwise panels. Thus the entire
surface is comprised of m = M×N ring panels. The panel counter K starts at the leading edge of the wing root
and counts from the root to the tip for each column of chordwise panels. Using these conventions, a panel
and its properties may either be referred to with its position within the surface, or with the panel sequence
counter K, i.e. Γi , j and ΓK .

Camber
Surface

Figure 4.3: Discretisation of a lifting surface by placing multiple vortex ring panels.
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Root

Trailing
Edge

Figure 4.4: Numbering and ordering conventions of the discredited panel surface.

To model the wake and satisfy the Kutta condition such that there is no circulation at the trailing edge, wake
panels need to be shed from the trailing edge. Shown in Figure 4.5, ring elements which align with the local
streamlines are added to the trailing edge along the entire lifting surface. Since only steady aerodynamics are
considered, all the wake panels have the same circulation strength as the trailing edge panel from which they
are shed.

Wake Panels

Tip

Trailing Edge

Figure 4.5: Modelling of the wake surface by positioning wake panels at the trailing edge.

With the lifting surface panel array and wake panel array constructed, the system can be solved. The basic
principle is that the velocity induced by each ring panel with a unit circulation strength is calculated on each
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collocation point. As each panel is sequenced through for each collocation point, there are two sequence
counters: counter K to indicate the collocation point and counter L to indicate the vortex ring panel. The
induced velocity on a collocation point by a ring panel with unit strength is called the influence coefficient,
and is defined as in Equation (4.3). Since each ring element consists of four vortex segments, the Biot-Savart
law is applied four times.

aK L = (u, v, w)K L ·nK =
[

(u, v, w)AB + (u, v, w)BC + (u, v, w)C D + (u, v, w)D A

]
K L

·nK (4.3)

Since there are m total ring elements, and m total collocation points, there are a total of m ×m influence
coefficients that need to be calculated. These are arranged in a matrix such that the vertical rows indicate the
different collocation points, and the horizontal columns indicate the vortex rings, as in Equation (4.4). Note
that since the wake panels have the same circulation strength as the trailing edge panels, the influence of the
wake panels is added onto the influence coefficients of the trailing edge panels a1...m,m−N ...m . The influence
coefficient matrix is multiplied by the circulation strength matrix to obtain the total induced velocity by the
panels at each collocation point. The boundary condition stated that the induced velocity plus the freestream
velocity shall be tangent to the surface at the collocation point. Thus, the right-hand side of the system in
Equation (4.4) is constructed, which is the normal component of the freestream flow at each collocation
point.
To solve the system of Equation (4.4) for the panel strengths Γ, the influence coefficient matrix is inversed
and multiplied with the right-hand side of the equation.

a11 a12 . . . a1m

a21 a22 . . . a2m

a31 a32 . . . a3m
...

...
. . .

...
am1 am2 am3 amm




Γ1

Γ2

Γ3
...
Γm

=


−U∞ ·n1

−U∞ ·n2

−U∞ ·n3
...

−U∞ ·nm

 (4.4)


Γ1

Γ2

Γ3
...
Γm

=


a11 a12 . . . a1m

a21 a22 . . . a2m

a31 a32 . . . a3m
...

...
. . .

...
am1 am2 am3 amm



−1 
−U∞ ·n1

−U∞ ·n2

−U∞ ·n3
...

−U∞ ·nm

 (4.5)

With the circulation strength of each vortex ring known, the generated forces can be found. The lift generated
at the centre of each bound vortex is calculated using the Kutta-Joukowski theorem:

∆Li , j = ρU∞×∆l i , j (Γi , j −Γi−1, j ) for i > 1

∆Li , j = ρU∞×∆l i , jΓi , j for i = 1
(4.6)

The induced drag is found by calculating the induced downwash at each collocation point [23]. This down-
wash is the velocity induced by all trailing vortices. The procedure of finding this is similar to the system
of Equation (4.4), the influence of all the bounding vortices have been removed however. This results in
the new system of Equation (4.7), which can be easily solved for wi nd as the circulation strengths Γ are all
known. With the induced downwash at each collocation point known, the induced drag can be calculated
using Equation (4.8). 

wi nd1

wi nd2

wi nd3
...

wi ndm

=


b11 b12 . . . b1m

b21 b22 . . . b2m

b31 b32 . . . b3m
...

...
. . .

...
bm1 bm2 bm3 bmm




Γ1

Γ2

Γ3
...
Γm

 (4.7)

∆D i , j =−ρw i ndi , j ×∆l i , j (Γi , j −Γi−1, j ) for i > 1

∆D i , j =−ρw i ndi , j ×∆l i , jΓi , j for i = 1
(4.8)
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4.2. PROPELLER VORTEX LATTICE METHODOLOGY
The previous section described a general Vortex Lattice Method for a lifting surface. Several modifications are
required to make this method applicable to propellers.

4.2.1. ROTATIONAL EFFECTS
A rotational component of the velocity is induced over the blade as the propeller spins. A new boundary
condition is required which states that the sum of the freestream velocity, the rotational velocity and the
induced velocity needs to be tangent to the body surface:

∇(Φ∞+ΦΩ+φ) ·n = 0 (4.9)

The equations of the previous section need to be updated to include this new total velocity. First of all, the
rotational velocity is included in the right-hand side of Equation (4.4). The rotational velocity at each panel
is a function of the vectorised rotational speedΩ and the vector r from the rotational axis to the collocation
point.

RHSK =−(U∞+Ω× r K ) ·nK (4.10)

The rotational velocity UΩ is also included in the lift equation of each panel:

∆Li , j = ρ(U∞+UΩ)×∆y i , j (Γi , j −Γi−1, j ) for i > 1

∆Li , j = ρ(U∞+UΩ)×∆y i , jΓi , j for i = 1
(4.11)

4.2.2. WAKE MODELLING
The wake panels of the generalised VLM have to be adapted to represent the accelerating and contracting
wake of a propeller. Within the Smart Rotors framework, it is possible to model a frozen, semi-free, or free
wake. The frozen wake only models the acceleration of the wake using a set of user-chosen inputs. The semi-
free wake is an iterative scheme where the acceleration and contraction of the wake are solved for iteratively,
requiring multiple VLM simulations. The free wake uses a time step to calculate a new wake panel that sheds
from the trailing edge. Multiple VLM simulations are then performed to create a sufficiently long enough
wake surface. The frozen wake is used for this research as its results are adequate, and no iterations are re-
quired, significantly reducing the computational time.

The frozen wake is constructed using the two parameters Aconv and Aexpan . Aconv sets the axial velocity
of the wake at the trailing edge as a fraction of the freestream velocity, scaling from 0 to 1. Aexpan sets the
pitch between the wake surface rotations. The final axial velocity of the wake is then calculated with Equa-
tion (4.12). Overall the effects of these wake parameters are not significant. As such, Aconv is fixed to the
middle point of its range at 0.5. Aexpan is fixed to 10, but with the number of wake panels used, its effect is
negligible on the wake panel positioning.

uw ake =U∞(1+e−Aexpan∗d t Aconv ) (4.12)

4.2.3. PROPELLER INTERACTIONS
Finally, one needs to account for multiple blades and the interaction effects between them. This is done by
modelling all the blades and their wakes as ring panel lattices. Then, assuming steady aerodynamics and
uniform flow, the circulation strength distribution of each blade will be identical. This means that one needs
to solve for the circulation strengths of only a single blade. Thus, the size of the matrices in the system of
Equation (4.4) does not increase if more blades are added. Figure 4.6 shows two blades and their wakes. The
collocation points are only located on blade 1. The influence coefficient of vortex panel L on collocation point
K now consists of the sum of the induced velocity of panel L on blade 1 and the induced velocity of panel L
on blade 2. For B blades present, the influence coefficient is calculated as in Equation (4.13).

aK L =
[

(u, v, w)K L,1 + (u, v, w)K L,2 + ...+ (u, v, w)K L,B

]
·nK ,1 (4.13)

This means that while the size of the system in Equation (4.4) does not increase, the computational time
does increase. This is due to the extra Biot-Savart calculations that are required to calculate the influence
coefficients of each panel.
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Blade 2

Blade 1

Wake 1

Wake 2

Figure 4.6: Discretisation of a propeller with multiple blades.

4.3. VLM ASSUMPTIONS & LIMITATIONS
The assumptions and limitations of the implemented VLM tool are summarised below.

• No viscous correction is present. With no viscous flow correction, this tool remains purely potential
flow. Complex flow phenomena such as flow separation, leading-edge vortices and crossflow are not
accounted for. This limits the suitable operation conditions in which the VLM tool may be applied.
In particular, high-loading and negative-loading conditions are unsuitable for analysis. The lack of
viscosity also affects the results of the VLM tool in the linear flow regime. It is expected for the thrust to
be overestimated, due to the lack of decambering effect. The torque will be underestimated, as profile
drag will not be present. This combination of errors will result in an overestimation of the propeller
efficiency.

• No compressibility correction is present. This limits the operating conditions and dimensions of the
propeller. Regarding operating conditions, the inflow velocity U∞ and the rotational speed should be
limited such that the resultant propeller tip speed does not exceed into compressible flow region. Be-
sides limiting the operating conditions, the size of the propeller is also constrained, as a large propeller
with a high rotational speed will quickly induce compressible flow at the tips.

• The flow is assumed to be uniform. The incoming flow is constant across the entire propeller face.
This means that all the blades of a propeller experience the same incoming flow, and will thus generate
identical forces. Non-zero angle of attack situations can not be simulated.

• The flow is assumed to be steady. This means that the flow is constant over time. The wake is stabilised,
and new wake panels do not need to be shed off the trailing edge.

• The propeller is assumed to be isolated. Any interactions between the propeller, pylon and wing are
neglected. In reality, these structures will interact with each other altering the propeller performance.

• The blade thickness is neglected. The Vortex Lattice Method models the entire lifting wing using only
the camber surface. Thick blades may not be accurately modelled.



5
ACOUSTIC TOOL

The noise emissions of the swept propellers are calculated using the acoustic tool. This is done using Hanson’s
far-field Helicoidal Surface Theory, as it models the phase lag effects of non-straight blades. A Matlab code
of this model has been developed by J. Goyal [22]. This model has been modified to be compatible with
the aerodynamic results generated by the VLM tool. In this chapter, the main principles and equations of
the Helicoidal Surface Theory are explained. A more detailed explanation can be found in the paper by D.B.
Hanson [24].

5.1. HELICOIDAL SURFACE THEORY
The Helicoidal Surface Theory (HST) represents the blades as advancing helicoidal surfaces, on which the
blade surface is swept out by a radial line, rotating at the angular speed Ω and translating at the freestream
velocity U∞. This helical coordinate system is shown in Figure 5.1 [24]. The sweep of the blade is defined
as the Mid-chord Alignment (MCA), which is the distance from the pitch change axis to the midchord. Any
dihedral is defined as Face Alignment (FA), which is the perpendicular distance between the pitch change
axis and the chord line.

Figure 5.1: Helical coordinate system of the Helicoidal Surface Theory. (From Hanson [24])
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The aerodynamic loading and thickness sources are transferred to the advance helix for the radiation calcu-
lations. The far-field pressure is then obtained using Green’s function in Equation (5.1). PmNb represents the
Fourier transform of the pressure at the mth harmonic of blade-passage frequency for a propeller with Nb

blades. The blade-passage frequency is the number of blades Nb multiplied with the rotational speed.

p(t ) =
∞∑

m=−∞
PmNb e−i mNbΩt (5.1)

PmNb consists of the two noise sources considered in this model, the thickness and loading noise. The loading
noise can be further split into either the lift and drag noise, or the thrust and torque noise. In this derivation,
only the thrust and torque noise are further considered.

PmNb = PV m +PLm +PDm = PV m +PTm +PQm (5.2)

The general equation for the far-field pressure harmonics is given by Equation (5.3) [24]. In this equation, the
ambient density ρ and the speed of sound c0 represent the atmospheric conditions. The observer’s position
is set using the radiation angle θ and the observer distance yo . Nb is the number of blades, D is the propeller
diameter, BD is the chord-to-diameter ratio and tb is the maximum thickness to chord ratio. Three differ-
ent Mach numbers appear in Equation (5.3); Mx is the flight Mach number, Mr is the section relative Mach
number and Mt is the tip rotation Mach number.

PV m

PTm

PQm

=−
ρc2

0 Nb sinθexp(i mNb

(
Ωr
c0

− π
2

)
))

8π(yo/D)(1−Mx cosθ)

×
∫ 1

0
M 2

r exp(iφo +φs )JmNb

(
mNb(r /R)Mt sinθ

1−Mx cosθ

)
k2

x tbΨV (kx )

−i Mt
Mr

(
mNb

1−Mx cosθ −mNb

)
BD (CT /2)ΨT (kx )

−i mNb
r /R BD (CQ /2)ΨQ (kx )

d(r /R)

(5.3)

The sweep and dihedral of the blade are modelled as phase lag effects, using the MCA and FA, which were
defined in Figure 5.1. The equations for the phase lag effectsφo andφs are shown in Equations (5.4) and (5.5).

φo = 2mNb

(r /R)Mr

(
M 2

r cosθ−Mx

1−Mx cosθ

)
F A

D
(5.4)

φs = 2mNb MT

Mr (1−Mx cosθ)

MC A

D
(5.5)

The frequency domain source termsΨV ,ΨT andΨQ are found by integrating along the chord length for each
radial position. For the thickness source term, the thickness distribution of the airfoil is normalised along
the nondimensional chord length, like in Figure 5.2. The total thickness source term is then calculated using
Equation (5.6). The source termΨV is not very sensitive to the thickness distribution. As such, the thickness
distribution is approximated to be parabolic. Figure 5.3 shows the difference in thickness noise when the
thickness distribution is approximated as a biconvex parabolic distribution [4].

ΨV (kx ) =
∫ 1/2

−1/2
H(x)e i kx x d x (5.6)

Figure 5.2: Shape function of the chordwise thickness distribution. (From Hubbard [4])
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Figure 5.3: Approximation of the thickness noise source by simplifying the thickness distribution. (From Hubbard [4])

The loading source terms ΨT and ΨQ are found using Equations (5.7) and (5.8). These equations use the
chordwise normalised thrust and torque distributions. These distributions can be approximated as parabolic
or uniform distributions, as can be seen in Figure 5.4. The loading source terms are much more sensitive to
the loading distributions. Specifically, strong peaks can increase the noise significantly. As such, the actual
loading distribution obtained from the aerodynamic analysis is used, instead of any of the approximations.

ΨT (kx ) =
∫ 1/2

−1/2
fT (x)e i kx x d x (5.7)

ΨQ (kx ) =
∫ 1/2

−1/2
fQ (x)e i kx x d x (5.8)

Figure 5.4: Approximation of the chordwise loading noise by simplifying the chordwise loading distribution. (From Hubbard [4])

These source terms are all a function of the chordwise wave number kx , shown in Equation (5.9). This nondi-
mensional parameter is a measure of the chordwise noncompactness. The final important parameter of
Equation (5.3) is the radiation efficiency factor JmNb . This is a Bessel function of the mNbth order.

kx = 2mNbBD Mt

Mr (1−Mx cosθ)
(5.9)
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The pressure fluctuations obtained from the Fourier transforms of the pressure with Green’s function (Equa-
tion (5.1)) are transformed into the root mean square wave signal by time integration in Equation (5.10). The
pressure is cyclic since only steady sources are considered. As such, the time limits only have to cover a single
revolution.

pr ms =
√

1

T2 −T1

∫ T2

T1

p(t )2d t (5.10)

Finally, the pr ms is converted to the logarthmic decibel scale using either Equation (5.11) or Equation (5.12).
The contribution of each noise source can be isolated by calculating the pressure fluctuations p(t ) using only
a single noise source termΨ. This way, contributions to the noise due to thrust, torque or thickness can also
be expressed in the decibel scale.

SPL = 20log

(
pr ms

pr e f

)
(5.11)

T SSP = 20log

(
pr ms D2

T

)
(5.12)

5.2. HST ASSUMPTIONS & LIMITATIONS
The assumptions and limitations of the HST tool are summarised and some of the potential effects on the
results are discussed.

• The propeller blade is assumed to be thin such that all noise sources are positioned on the mean sur-
face. This results in an error of the Face Alignment, and thus a phase lag error. This error is negligible
near the plane of rotation at all frequencies [24].

• The thickness distribution of the airfoil is modelled as a parabolic function. The shape of the thickness
distribution is negligible, as was shown in Figure 5.3.

• Broadband noise sources are omitted. This has a negligible effect on the results, as tonal noise sources
are considerably louder.

• Unsteady noise sources are omitted. Since the aerodynamic model is fully steady, any unsteady noise
sources can not be modelled.
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STRUCTURAL TOOL

The structural tool calculates the stresses and deformations of the blade due to the aerodynamic and inertial
loading. The structural model by Sodja et al. [20, 21] is used. This model allows for the analysis of swept
propeller blades using the Euler-Bernoulli (EB) beam model in combination with the Saint-Venant theory of
torsion.

6.1. EULER-BERNOULLI MODEL
In this structural model, the propeller blades are represented as slender, pre-twisted cantilever beams of
variable cross-sections with homogenous and isotropic elastic materials [20]. The structural model defines
new local coordinate systems along the blade axis, shown in Figure 6.1. The blade axis is the curve connecting
the centre of gravity of each cross-section. s is the arc length of the blade axis spanning from 0 at the propeller
hub to l at the blade tip. The local coordinate systems of eξ, e∗

η and e∗
ζ

is defined such that eξ is tangent to
the blade axis, using Equation (6.1). eη and eζ are aligned with the principal axes of the local cross-section
by accounting for the blade twist angle, using Equation (6.2). The twist angles used in the structural model
are not identical to the twist angles as defined in the propeller framework, due to the different coordinate
systems. βL refers to the local twist angles along the blade axis.

Blade
Axis

Figure 6.1: Local coordinate system definitions for the structural model.
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eξ = x ′ex +
√

1− z ′2 −x ′2e y + z ′ez

e∗
η =−x ′z ′(1−

p
1− z ′2 −x ′2)

x ′2 + z ′2 ex − z ′e y + x ′2 + z ′2p1− z ′2 −x ′2

x ′2 + z ′2 ez

e∗
ζ =

x ′2 + z ′2p1− z ′2 −x ′2

x ′2 + z ′2 ex −x ′e y − x ′z ′(1−
p

1− z ′2 −x ′2)

x ′2 + z ′2 ez

(6.1)

eη = cos(90−βL)e∗
η + sin(90−βL)e∗

ζ

eζ =−sin(90−βL)e∗
η +cos(90−βL)e∗

ζ

(6.2)

The forces acting on the propeller blade consist of the aerodynamic loads q a and the inertial forces q c . The
aerodynamic loads come from the VLM tool from Chapter 4. The chordwise loads at each radial station are
summed and averaged to obtain a resultant force and its centre of pressure. The internal moments due to the
aerodynamic loads, M a(s), are then calculated as in Equation (6.3). The integral is taken w.r.t. u, which spans
from the local cross-section to the blade tip for each cross-section. The integral is the cross-product of the
aerodynamic force and the vector from the blade axis (centre of gravity) to the centre of pressure.

M a(s) =
∫ l

s

[
(r a(u)− r q (s))×q a(u)

]
du (6.3)

The blade spinning results in centrifugal forces acting on each blade element. These centrifugal forces are
proportional to the section mass, radial position and angular velocity, as shown in Equation (6.4). The vector
er points from the section’s centre of gravity to the axis of rotation of the blade. Equation (6.5) is the formula
used to obtain the internal moment due to the inertial loads.

q c = ρbdVΩ2r er (6.4)

M c (s) =
∫ l

s

[
(r q (u)− r q (s))×q c (u)

]
du (6.5)

M(s) = M a(s)+M c (s) (6.6)

The loads and internal moments are all defined in the global coordinate system of the propeller framework.
The total internal moment M is decomposed into the three local components via simple dot-product opera-
tion:

Mξ(s) =M ·eξ
Mη(s) =M ·eη

Mζ(s) =M ·eη

(6.7)

The constitutive equations for the bending and twisting of the blade can then be constructed. For the bend-
ing deformations of the blade in (global) ex and ez directions, the Euler-Bernoulli beam theory principles are
applied. The torsion of the blade around the eξ vector is obtained using the principles of Saint Venant’s theory
of torsion, for which warping effects are neglected. It is important to note that there will be a coupling be-
tween the bending and twisting of the blade due to any sweep or dihedral in the blade axis. This is accounted
for by introducing the curvature of the blade axis in each principal axis direction:

1

ρη
(s) = −z ′′ex ·eη+x ′′ez ·eη

e y ·eξ

1

ρζ
(s) = z ′′ex ·eζ−x ′′ez ·eζ

e y ·eξ

(6.8)

The constitutive equations are set up to relate one (un)deformed state to another deformed state, shown in
Equation (6.9). These equations are assembled in an ordinary differential equations solver to obtain the new
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local twist distribution βL and the new x- and z-coordinate distribution of the blade axis.

β′
L =β′

L0 −
Mξ−Mξ0

G Iξ

x ′′ =
(

1

ρη0
+ Mη−Mη0

E Iη

)
eζ ·ex +

(
1

ρζ0
+ Mζ−Mζ0

E Iζ

)
eη ·ex

z ′′ =
(

1

ρη0
+ Mη−Mη0

E Iη

)
eζ ·ez +

(
1

ρζ0
+ Mζ−Mζ0

E Iζ

)
eη ·ez

(6.9)

The system of Equation (6.9) allows one to connect one deformed state to another undeformed state using
the initial internal moments M0 and 1

ρ0
. To go from an undeformed state to a deformed state, the internal

moments M0 are set to zero. When no internal moments are applied, both M0 and M are zero. Integration
of the blade initial state βL0, 1

ρ0
will return the initial blade axis coordinates. To go from a deformed state 1

to a deformed state 2. The initial moments M0 correspond to the internal moments at state 1, and the blade
initial states βL0 and 1

ρ0
correspond to the twist and curvatures of the blade at state 1.

The contributions to the normal stresses within the blade consist of the axial forces (mainly centrifugal) and
the two bending moments Mη and Mζ, thus the total normal stresses within the blade are calculated with
Equation (6.10). The shear stress consists only of the torsional moment Mξ, calculated with Equation (6.11).
The total stresses within the blade are expressed using the Von Mises stress, defined in Equation (6.12).

σ= (q a +q c ) ·ξ
AL

+ Mηη

Iη
− Mζζ

Iζ
(6.10)

τ= 2Mξ

Iξ
|∇Ū | (6.11)

σV M =
√
σ2 +3τ2 (6.12)

6.2. EB ASSUMPTIONS & LIMITATIONS
The assumptions and limitations of the Euler-Bernoulli (EB) tool are summarised and some of the potential
effects on the results are discussed.

• The propeller blades should be slender such that the length is an order of magnitude higher than the
chord length. This is a limitation of the Euler-Bernoulli beam theory.

• The deformations should remain small. Accurate bending of up to 15% of the blade radius and torsion
of up to 6◦ has been validated by Sodja et al. [21].

• Warping effects due to torsion are neglected as they are expected to be small [20].

• The cross-section is assumed to be solid. Detailed propeller structures with stringers and ribs can not
be evaluated with the current structural model. With the cross-section being solid, the moment of inter-
tia will be overestimated compared to a real propeller structure. The sectional mass is also significantly
increased, increasing the centrifugal forces.

• The material is assumed to be isotropic. Anisotropic materials such as composites can not be applied.
This makes the results obtained in this research less applicable to current propellers, which are often
made of composites.

• Any axial deflections elongating the propeller blade are neglected.





7
DISCIPLINE COUPLINGS

Since the outcome of one discipline may impact the results of another discipline, couplings are required
to find a converged state. In this chapter, all the required couplings are identified and explained. Section 7.1
starts with the coupling between the aerodynamic and structural disciplines. The acoustic couplings with the
other disciplines are explained in Section 7.2. The final architecture which will be used to analyse propeller
designs is shown in Section 7.3 in the form of an XDSM diagram.

7.1. AERODYNAMIC AND STRUCTURAL COUPLING
The aerodynamic and structural tools are directly coupled as their results impact each other. The aerody-
namic loads cause a change in structure, this change in blade geometry will cause a change in aerodynamic
loads. As such, a coupling is required to find the equilibrium position of the structure so that the aerodynamic
loads stay constant and do not change the structure any further.

The aerodynamic and structural tools can be coupled iteratively using the constitutive equations of the struc-
tural model, shown again below in Equation (7.1). These equations allow for the calculation of one deformed
state to the next deformed state. A converged aerodynamic and structural solution should then result in a
propeller blade that does not deform any further, as the initial state internal moments M0 and the new in-
ternal moments M should be equal. As such, the M−M0

E I should reduce to zero, and the system of differential
equations will return the initial blade axis geometry.

β′
L =β′

L0 −
Mξ−Mξ0

G Iξ

x ′′ =
(

1

ρη0
+ Mη−Mη0

E Iη

)
eζ ·ex +

(
1

ρζ0
+ Mζ−Mζ0

E Iζ

)
eη ·ex

z ′′ =
(

1

ρη0
+ Mη−Mη0

E Iη

)
eζ ·ez +

(
1

ρζ0
+ Mζ−Mζ0

E Iζ

)
eη ·ez

(7.1)

However, a simple iterative aerodynamic and structural coupling yields undesired behaviour, as shown in
Figures 7.1 and 7.2. Starting from the undeformed state, the blade deforms due to the aerodynamic and iner-
tial loads. With no damping or relaxation factors applied, the blade deformations jump around the converged
solution, slowly diverging as the deflections get bigger. This can continue until the blade has deformed such
that it becomes unusable in the propeller framework.
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Figure 7.1: The difference in tip deflection after each iteration

i=0
i=1

i=4

i=5

i=2

i=3

Figure 7.2: The blade geometry after each iteration

Clearly, some type of damping is required to restrict the coupling from diverging. Two different types of re-
laxation factors were applied to be able to get the system to converge. Firstly, the jump from the undeformed
blade to the initial deformed blade was found to be too big for highly swept blades due to the inertial forces.
As such, the propeller’s RPM is increased slowly from 0 to the desired RPM using a relaxation factor αRP M

which slowly increases from 0 to 1. This is done only in the structural solver such that the new inertial forces
are calculated with Equation (7.2). Thus the aerodynamic solver still uses the final RPM setting.

q c = ρbdV (αΩΩ)2r er ,

with 0 ≤αΩ ≤ 1
(7.2)

The implementation of αΩ reduces the tendency for the system to diverge. Nevertheless, divergence is still
possible at high RPM settings. Furthermore, consecutive analyses at the final RPM setting will still make
the system diverge. This is because the M − M0 terms in Equation (7.1) rarely reduce to exactly zero. This
residual will cause the system to oscillate around the converged solution again, eventually diverging. To
counter this behaviour, the relaxation factor αd is also added to the applied deformations. The blade shape
found from the differential equation system of Equation (7.1) is thus not directly used, instead, a fraction of
these deformations is taken to find a new blade shape, shown in Equation (7.3). αd is initially set to 0.15. This
factor is reduced further if the deformations start to increase again during the final converging iterations.

βi+1=βi +αd (βde f or med −βi )

xi+1=xi +αd (xde f or med −xi )

zi+1 =zi +αd (zde f or med − zi )

(7.3)

The combination of the relaxation factorsαΩ andαd resulted in the most stable behaviour of the aerodynamics-
structures coupling. Furthermore, the amount of iterations required to reach convergence is significantly
reduced compared to using only one of the relaxation factors.
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7.2. ACOUSTIC COUPLING
The acoustic tool requires the results of both the aerodynamic and structural solvers to calculate the noise
emissions. From the VLM tool, the aerodynamic force coefficients of each panel are required as inputs to the
radial and chordwise loading distributions. The final shape of the propeller blade, in particular the face and
mid-chord alignment are obtained from the structural tool.

The acoustic signature has no impact on the aerodynamic or structural performance of the propeller. As
such, the acoustic tool does not need to be included in some form of iterative scheme. Instead, the acoustic
tool only needs to be run after the aerodynamics-structural coupling is done.

7.3. ANALYSIS ARCHITECTURE
An XDSM diagram is constructed to schematically show the coupling between the three tools. The diagram
is shown in Figure 7.3. This XDSM diagram shows a converger receiving an initial propeller as input. This
propeller data is first given to the aerodynamics discipline, which calculates the aerodynamic loads qa . The
propeller geometry and the aerodynamic loads are given to the structural discipline. The structural tool cal-
culates a new propeller geometry, which has deformed due to the loads. The new propeller geometry is given
back to the converger. This loop keeps repeating until the propeller geometry has converged. Only after this
converger loop is done will the acoustics discipline be activated. The acoustics tool receives the converged
propeller and aerodynamic load data. The noise emissions in the form of SPL and TSSP are then calculated,
finishing the entire analysis.

propeller t conditions conditions conditions

0, 3 −→ 1 :

Converger
1 : propeller t 2 : propeller t 4 : propeller t , qta

qa 3 : qa
1 :

Aerodynamics
2 : qa

propeller 3 : propeller
2 :

Structures

SPL,TSSP
4 :

Acoustics

Figure 7.3: XDSM Diagram of the performance calculations of a fully elastic propeller.
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TOOL ERROR ANALYSIS
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8
GRID CONVERGENCE STUDY

In this chapter, the ideal configuration for the propeller blade discretisation is found. The propeller blade
is discretised into spanwise, chordwise, and wake panels. The minimum grid required for convergence is
determined by slowly increasing the grid density for each tool, and comparing the results to the results of a
very fine grid simulation. The grid sensitivities of the aerodynamic, structural and acoustic tools are shown
in Sections 8.1, 8.2 and8.3 respectively.

8.1. AERODYNAMIC GRID CONVERGENCE
The aerodynamic tool depends on all three grid parameters; Ns , Nc and Nw . To find the sensitivity of the
aerodynamic tool to all three grid parameters, propeller geometries with all possible grid size combinations
are input into the aerodynamic tool. The resultant CT and CP are compared to the results with a fine grid
of Ns = 72, Nc = 72 and Nw = 200. The characteristics to identify are the errors of CT /CT, f i ne , CP /CP, f i ne

and the rate at which this error reduces. Shown in Figure 8.1 are the errors of CT for the three combinations
of couples of Ns , Nc and Nw . These combinations are plotted to see if there are any interactions between
the grid parameters. For Ns , the aerodynamic tool quickly converges with only 20 panels. Significantly more
chordwise panels are required to reduce the errors. Though the error only reduces to exactly zero when the
maximum amount of chordwise panels is reached, with 40 panels the error has been decreased sufficiently.
The addition of wake panels is relatively cheap in terms of computational time. Regarding the error, only 60
panels are sufficient for the tool to converge.

Figure 8.1: Grid convergence of the VLM tool for all three grid parameters.

8.2. ACOUSTIC SENSITIVITY ANALYSIS
The acoustic tool is only a function of Ns and Nc . The amount of wake panels Nw will only affect the acoustic
results due to a change in aerodynamic loads. The acoustic tool is isolated from the aerodynamic tool to
determine the convergence rate however. This is done by interpolating fixed aerodynamic results at Ns and
Nc positions. Thus the convergence grid will show if having more radial and chordwise stations will increase
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the tool’s accuracy. The error of the maximum SPL for various amounts of span and chord panels is shown in
Figure 8.2. It can be seen that the error is almost negligible already at most grid configurations. The problem
is that the behaviour is inconsistent from one grid configuration to the next if the amount of panels is low. As
such, for the tool to be stable, at least 24 spanwise panels are required, and 32 chordwise panels.

Figure 8.2: Grid convergence of the acoustic tool for Ns and Nc .

8.3. STRUCTURAL SENSITIVITY ANALYSIS
The structural tool has an interesting relation with each grid parameter. It is mainly the amount of span
panels that should affect the convergence of the structural tool. A higher Ns will discretise the forces more
and calculate the deflections at more radial stations. The amount of chord panels will dictate the accuracy of
the moment of inertia calculations, as this is done using the cross-section at each radial station. The number
of wake panels does not directly affect the structural tool; it only does so through a change in aerodynamic
loads in the aerodynamic solver. The structural tool is isolated from the aerodynamic solver by replacing
the aerodynamic loads with a constant distributed load. Propellers with varying amounts of span and chord
panels are then input into the structural tool. The results of each propeller size are compared to the results
of the finest propeller. The error of the total tip deflection δt i p and twist deformation βt i p are shown in
Figure 8.3. It can be seen that significant errors occur if the amount of span panels is set too low. However,
these errors quickly reduce, with an error of less than 2% with a minimum of 32 span panels. The error only
reduces to zero when the maximum amount of spanwise panels is reached. In terms of the chordwise panels,
only 20 panels are required for the tool to converge.

Figure 8.3: Grid convergence of the structural tool for Ns and Nc .
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8.4. FINAL GRID SIZE
A final grid is chosen based on the grid convergence analyses of the previous sections. It is important to not
set the grid too fine, as this will significantly increase computational time. The errors of some tools do not
reduce to zero unless the maximum amount of panels is reached however. As such, a maximum boundary
of 2% error compared to the fine mesh results is imposed. This results in the required grid configurations of
each tool as shown in Table 8.1. Since the minimum number of panels for each discipline is relatively similar,
a constant grid can be chosen. This grid can then be used throughout the workflow, and results do not need
to be interpolated between disciplines. The highest minimum grid number for each parameter is taken to
obtain the final grid size of the propeller; Ns = 32, Nc = 40, Nw = 60.

Discipline Ns Nc Nw

Aerodynamics 30 40 60
Acoustics 24 32 N.A.
Structures 32 20 N.A.

Table 8.1: Minimum required panels for each discipline.





9
TOOL VALIDATION

In this chapter, each tool is validated against experimental or high-fidelity data. By first validating each tool
individually, the accuracy and suitable conditions are determined. The coupling between each tool is also
validated to check whether these couplings have been implemented correctly.

9.1. AERODYNAMIC TOOL VALIDATION
The aerodynamic VLM tool is validated using both CFD and experimental data. Considering a wide range of
operating conditions is important since no viscous effects have been added to the numerical tool. As such, it
is expected that significant errors may occur when viscous effects are significant, such as during high loading
and windmilling conditions. The VLM tool is extensively validated against multiple XPROP data sets. The
XPROP propeller is a simple straight propeller for which an abundance of high-fidelity and experimental data
is available. The geometry of the XPROP propeller is described in Ref [25].

9.1.1. CFD VALIDATION
CFD simulations of a 50% scale XPROP have been done Van Arnhem [25]. The results of these simulations
are compared to results calculated by the VLM in Figure 9.1. It can be seen that the VLM results match almost
perfectly between 1.4 ≤ J ≤ 2.2. The flow separation at J ≤ 1.4 present in the CFD simulations are clearly not
captured by the VLM tool, as there is no viscosity correction present. Near the zero-thrust condition, the flow
is also highly viscous, and thus the VLM tool also loses accuracy compared to the CFD data. The errors in
CT and CP are compounded in the efficiency, thus resulting in bigger differences between the VLM and CFD
results. Nevertheless, at maximum efficiency (J = 2), the results are near-identical.

Local force distributions are also available from the CFD simulations. These can be compared to the distri-
butions obtained by the VLM tool to validate not only the global performance but also local forces. Figure 9.2
shows a comparison of the dCT /dr and dCQ /dr distributions for two operating settings. J = 1.40 occurs
just before flow separation occurs. J = 2.00 is the point of maximum efficiency. It can be seen that for both
settings, the CFD simulations predict a higher tip loading, with the peak being closer to the tip. Despite the
differences in local force distributions, the overall performance of the propeller is nearly identical, as was
seen in Figure 9.1. It is important to keep this discrepancy in local forces in mind, as it could impact the noise
predictions.
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Figure 9.1: Comparison of XPROP performance curves calculated by VLM and CFD.
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Figure 9.2: Comparison of XPROP local force distributions calculated by VLM and CFD.

9.1.2. EXPERIMENTAL VALIDATION
A considerable amount of wind tunnel data is available for the XPROP propeller. The test campaigns of
Stokkermans and Veldhuis [26], Li et al.[27] and Van Arnhem et al.[28] are combined to obtain a wide range
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of operating conditions. The comparison of VLM results and this experimental data is shown in Figure 9.3.
Three different operating settings are used. Generally, the VLM tool overestimates the thrust, and underes-
timates the power. This results in an overprediction of the efficiency across the entire operating range. The
difference between VLM and experimental data increases as the thrust coefficient nears 0, indicating an in-
crease of viscous effects. Flow separation can also be seen at low advance ratios when the pitch is set to
β0.7R = 45◦. This is not captured by the VLM tool.

Nederlof et al.[29] completed a full test campaign of the XPROP, focusing on the negative thrust conditions.
Since the VLM tool does not have any viscosity corrections, results in the negative thrust condition will be in-
accurate and will thus not be compared. Instead, only the positive thrust region is compared, delving slightly
into the negative thrust condition to compare the transition point of positive thrust to negative thrust. The
comparison of the VLM tool and Nederlof’s experimental data is shown in Figure 9.4. It can be seen that
the inaccuracies of the VLM tool increase as the negative thrust condition is approached. The exact advance
ratio at which this transition occurs is overpredicted, as the potential flow predictions remain linear while
the experimental data changes in slope due to the highly viscous flow. The regions of positive thrust when
β0.7R = 25◦ and β0.7R = 30◦ do show better agreement between the VLM tool and experimental data.
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Figure 9.3: Comparison of XPROP VLM and experimental results. (Data from Stokkermans and Veldhuis [26], Li et al.[27] and Arnhem et
al.[28].)
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Figure 9.4: Comparison of XPROP VLM results and Nederlof’s experimental results [29].

9.2. ACOUSTIC TOOL VALIDATION
The acoustic tool has already been validated by Goyal et al.[30], where the HST tool was coupled with a BEM
and CFD aerodynamic solver. It was found that the acoustic tool is sensitive to errors from low-fidelity aero-
dynamic data such as obtained by BEM. This results in inaccurate predictions of noise levels. Nevertheless,
the tool is suitable for a comparative analysis of different propellers and operating conditions as it can still
predict trends in noise emissions accurately [30].

The coupling between the VLM tool and the HST tool is validated here by comparing the noise directivity
to Lattice Boltzmann Method (LBM) data by Goyal et al. [31]. Numerical data was generated using the XPROP
for the positive and negative thrust regimes at multiple angles of attack. Broadband noise was also included in
the simulation. Figure 9.5 shows the comparison of the noise emissions at zero angle of attack at J = 0.60 and
β0.7R = 15◦. Figure 9.4 showed that the aerodynamic predictions by the VLM tool for these conditions are ac-
curate. The contributions of the loading and thickness noise are plotted separately. The VLM+HST coupling
shows good agreement for these noise sources with the LBM data for axial directivity angles between 45◦ and
135◦ degrees. The broadband noise becomes the main noise source beyond these directivity angles, which is
not modelled by the HST tool. The total noise agreement is slightly worse. This may be due to differences in
the interference pattern. Goyal et al. [30] already stated that any differences in local loading distribution can
result in observable differences in acoustic emissions. Furthermore, Section 9.1 already showed that the local
loading distributions calculated by the VLM tool differs slightly from high-fidelity data. As such, differences
between this low-fidelity method and high-fidelity data are to be expected.
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Figure 9.5: Comparison of noise directivity calculated by VLM+HST and LBM simulations (Data from Goyal et al. [31]).

9.3. STRUCTURAL TOOL VALIDATION
The Euler-Bernoulli structural tool has been extensively validated by Sodja et al. [20, 21]. It was found that
the low-fidelity structural tool can accurately predict the general behaviour of straight, forward-swept and
backwards-swept blades. Coupled with a BEM aerodynamic model, the aerodynamic-structures coupling
successfully captured aeroelastic effects [21]. The propeller framework of this research and the one used by
Sodja et al. are fundamentally different [20, 21]. This has been accounted for in the implementation of the
structural tool. Some additional validation is performed in this section to ensure the structural tool works
correctly with the propeller framework employed for this research. This validation is done in the form of FEM
simulations using Ansys.

A swept version of the XPROP propeller is generated using the propeller framework. This geometry is then
imported into Ansys. Point loads are applied at the propeller tip, and the results of the EB tool and FEM sim-
ulations are compared.

The comparison between the EB tool and the FEM simulations is shown in Figure 9.6. It can be seen that
the bending deformations, ∆x and ∆z , show very good agreement between the two methods. The bending
coupling is also captured successfully, with a tipload in a single direction causing deflections in both x and
z. The twisting deformations ∆β show similar trends between the EB tool and FEM simulations. The EB tool
estimates higher torsion along most of the blade but ends up underestimating the torsion at the tip.
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Figure 9.6: Comparison of structural deflections due to a tipload calculated by the EB tool and Ansys FEM simulations.

9.4. AERODYNAMICS-STRUCTURES COUPLING VALIDATION
It is possible to validate the coupling of the aerodynamic and structural tool by using data from Sodja et al.
[21]. In this paper, CFD and FEM were coupled to simulate three different blades; the Straight blade (SB),
the Backwards-swept blade (BB) and the Forwards-swept blade (FB). These blades are shown in Figure 9.7.
The exact properties of these blades can be found in Ref [21]. Each blade is reconstructed in the propeller
framework. However, due to the difference in propeller frameworks, it was not possible to reproduce the
blade geometries exactly. As such, it is expected that differences may occur between the results obtained
here and those obtained by Sodja et al. [21].
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(a) Straight blade (SB). (b) Backwards swept blade (BB). (c) Forward swept blade (FB).

Figure 9.7: Three swept blade designs by Sodja et al. [21].

The deformations of the blades are evaluated at four operating conditions. The structural deformation com-
parisons between the VLM-EB coupling and the CFD-FEM coupling are shown in Figures 9.8 to 9.10. The
aerodynamic results are shown in Figure 9.11, these provide valuable context for the structural deformations.

The bending deformations of the straight blade in Figure 9.8 show very good agreement in terms of bending
deformations for all operating conditions. The torsional deformations are significantly underestimated, as
was also found by Sodja et al. [21]. For straight blades, the exact position of the chordwise centre of pressure
is important as it will dictate whether the blade will twist positively or negatively. The difference in torsional
deformations may be due to the VLM inaccurately predicting the centre of pressure location. Nevertheless,
the overall aerodynamic performance in Figure 9.11 shows good agreement for CT , with CP being underesti-
mated. The flow separation occurring before J = 1.1 is not captured. Despite this, the structural deformations
at J = 0.87 are still very accurate, which could indicate that the inertial forces are dominant for deformations.

In the case of the forwards-swept blade, in Figure 9.9, the VLM-EB coupling generally underpredicts bending
deformations. Though clearly the discrepancy for ∆x/R is bigger than that for ∆z/R. The centrifugal and
aerodynamic bending moments are opposite of each other in the x-direction. An underprediction of ∆x/R
would thus indicate an overestimation of the aerodynamic forces or an underestimation of the centrifugal
loads. However, the aerodynamic performance in Figure 9.11 generally shows a good agreement, only over-
estimating the aerodynamic forces after flow separation occurs in the Computational Fluid Dynamics (CFD)
data when J ≤ 1.20. Additionally, the ∆z/R bending deflections and torsional deformations agree well with
the high-fidelity data. Therefore, the cause of the discrepancy in ∆x/R remains unclear.

The deformations of the backwards-swept blade are shown in Figure 9.10. Significantly bigger discrepan-
cies can be identified here, with an underestimation of the bending deformations and an overestimation of
the torsional deformations. It is important to note however that the overall bending deformations of the
backwards-swept blade are quite small. The overestimation of the torsional deformations by the low-fidelity
model was also found by Sodja et al. [21]. The aerodynamic performance in Figure 9.11 shows an overesti-
mation of both the thrust and power, which could explain the increase in torsional deformations and ∆z/R.
Higher aerodynamic forces would also result in more negative ∆x/R deformations however, which is not
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replicated in this case. The difference in structural deformations could be attributed to the discrepancies in
replicating the propeller geometry using the Smart Rotors propeller framework. With the backwards-swept
blade having the most sweep out of all three blades, the geometrical differences are expected to be the most
significant. Furthermore, accurate results were obtained using the low-fidelity model by Sodja et al [21]. With
the accurate results for the straight and forward-swept blades obtained here and the fact that the underlying
mechanics of the model remain the same regardless of the propeller geometry, it is likely a failure to adapt
the backwards-swept blade to the Smart Rotors framework is to blame.
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Figure 9.8: Comparison of the structural deformations of the straight blade, calculated by VLM-EB coupling and CFD-FEM coupling.
(Data from [21]).
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Figure 9.9: Comparison of the structural deformations of the forward swept blade, calculated by VLM-EB coupling and CFD-FEM
coupling. (Data from [21]).
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Figure 9.10: Comparison of the structural deformations of the backwards swept blade, calculated by VLM-EB coupling and CFD-FEM
coupling. (Data from [21]).
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Figure 9.11: Comparison of the aerodynamic performance of three swept blade designs, calculated by VLM-EB coupling and CFD-FEM
coupling. (Data from [21]).
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10
ANALYSIS SETUP

The parametric study is set up to obtain the relevant data required to achieve the thesis objective. A baseline
propeller is first obtained in Section 10.1. The sweep distribution parameterization is defined in Section 10.2.
Finally, the exact design space of the parametric study is established in Section 10.3.

10.1. BASELINE PROPELLER
A baseline propeller is required on which varying amounts of sweep angles can be added. This propeller
needs to remain within the suitable operating range of the analysis tools. So far, the XPROP has been used
often to validate the tools. This has shown that accurate results for this size and operating conditions may be
obtained. The research aim is to investigate low-noise propellers, of which the XPROP has no such properties.

Instead, an optimisation study has already been performed using the Smart Rotors propeller framework by
G. Margalida1. The chord, twist, camber, camber position and thickness distributions were all optimised
for noise emissions over three operating conditions. Critically, no sweep or dihedral was added to the pro-
pellers. A Pareto front was found where the propeller efficiency has to be traded for noise emissions, as seen
in Figure 10.1. Structural constraints were also implemented to limit the stress and bending of the blades.
Figure 10.1 highlights a point on the Pareto front where these constraints no longer impact the propeller ge-
ometry, and the blade shapes become identical. The propeller found at this point has been chosen as the
baseline propeller for this research. At this point, the propeller has decreased noise emissions compared to
the XPROP. Structural constraints are not active such that there is some freedom to add blade sweep, which
will increase the bending and stress.

Figure 10.1: Optimisation study of low-noise propeller designs with multiple different constraints. (From Smart Rotors Project
[Unpublished])

1Smart Rotors Project: Propeller Optimisation by Gabriel Margalida (Accessed in December 2023) [Unpublished]
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The propeller geometry is shown in Figure 10.2, with the geometric distributions displayed in Figure 10.3.
The operating conditions for which the propeller has been designed are summarised in Table 10.2. To limit
the scope of this research, only the pitch setting of the climb conditions will be analysed. This setting has
been chosen as this is one of the flight phases in which noise reductions may be most beneficial for the en-
vironment. The low-noise propeller was originally designed with aluminium as the material. Since adding
sweep may significantly induce extra bending and stresses, the material has been changed to titanium alloy,
with the properties shown in Table 10.3. Titanium alloy has been used for experimental swept propellers like
those tested in the DNW wind tunnels [2]. It allows for very high stresses, but its lower elastic modulus (com-
pared to steel) should still highlight the effects of structural deformations.

Figure 10.2: Design of the baseline, six-bladed low-noise propeller.

Propeller Properties
Nb 6
R 0.2032 m
Rh/R 0.1978
β0.7R 36.2◦
yo 10R

Table 10.1: Properties of the baseline low-noise
propeller

Parameters Take-off Climb Cruise

J 0.67 1.09 1.95
U∞ 40 m/s 60 m/s 68 m/s
β0.7R 25.7◦ 36.2◦ 45.2◦
ρ 1.225 kg/m3 1.225 kg/m3 1.225 kg/m3

Table 10.2: Operating conditions of the low-noise propeller.

Material Properties
Material Ti-6Al-4V
ρb 4430 kg/m3

E 120 GPa
G 44 GPa
v 0.36
σyi eld 1000 MPa

Table 10.3: Material properties of the chosen material [32].
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Figure 10.3: Baseline propeller geometrical distributions.

10.2. SWEEP PARAMETRISATION
The baseline propeller of Section 10.1 has no sweep applied to it. The goal is to add varying amounts of sweep,
and change the sweep distribution, to investigate the impact on the performance. To achieve this, the sweep
is parametrised such that it can be simply added to the baseline propeller.

The sweep is parametrised using Equation (10.1), with which the total sweep, the sweep distribution and
the forward sweep between the root and tip can be adjusted. Equation (10.1) is the relation between the
offset distance z/R and the nondimensional distance from the blade root y/R. The z/R distribution is then
applied to centre of gravity distribution at the specific setting of β0.7R = 36.2◦ of the nondimensional blade
construct of the propeller framework. By applying it to the centre of gravity distribution at this specific pitch
setting, the entire blade will remain within the rotational axis when undeformed. This means that there is no
dihedral at this pitch setting. Additionally, the sweep is applied such that the tip of the blade remains on the
same actuator disk of the straight propeller, so that the radius of the propeller remains constant.

z

R
=Λ

( y

R

)dΛ
+κ

(( y

R
−0.5

)2
−0.25

)
(10.1)

The sweep parameterization of Equation (10.1) is determined by three sweep parameters; Λ, dΛ and κ. The
definitions of these three sweep parameters are shown in Figure 10.4. The tip sweep parameter Λ sets the
z/R distance at the tip of the blade. Traditionally the sweep is represented by an angle λ. In this case, tanλ is
represented as the linearised amount of sweep at the tip withΛ.
The second sweep parameter, dΛ , sets the curvature of the sweep distribution between the root and tip. It
can be seen in Equation (10.1) and Figure 10.4 that it represents the degree of the monomial. By increasing
dΛ , the sweep distribution between the root and tip changes without increasing the total amount of sweep
at the tip. The blade becomes straight near the root and starts to sweep back aggressively near the tip as it is
increased. Λ is not an independent parameter however, as no sweep curvature can be applied if there is no
tip sweep present. Therefore the slope of the blade tip is represented byΛdΛ.
The final sweep parameter is κ. This parameter allows for the addition of forward sweep between the root
and tip, without altering the total amount of sweep near the tip. The part including κ in Equation (10.1)
represents a parabola between y/R = 0 and y/R = 1. Increasing κ increases the depth of this parabola at
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y/R = 0.5. The summation of this parabola and the monomial curve described by Λ and dΛ then form the
final sweep distribution.
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Figure 10.4: Definition of the sweep parametersΛ, dΛ and κ.

The ranges of the three sweep parameters are shown in Figure 10.5. Physical propeller geometries with dif-
ferent sets of Λ , dΛ and κ are shown in Figure 10.6. The tip sweep Λ ranges from 0 to 0.25. The tip sweep
curvature dΛ ranges from 1 to 8.0. The forward-backwards sweep parameter κ can be set anywhere between
0 to 0.5.
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(a) Tip sweep Λ (dΛ= 1.0, κ = 0.0) (b) Sweep curvature dΛ (Λ= 0.25, κ= 0.0)
(c) Forwards-backwards sweep κ (dΛ= 4.5,

Λ= 0.125)

Figure 10.5: Ranges of the three sweep parameters: (a) tip sweepΛ, (b) sweep curvature dΛ, and (c) forward-backwards sweep κ.

(a) Λ (dΛ= 1.0, κ = 0.0) (b) dΛ (Λ= 0.25, κ= 0.0)

(c) κ (dΛ= 4.5, Λ= 0.125)

Figure 10.6: Propeller blades with differentΛ , dΛ and κ values.
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10.3. DESIGN SPACE DEFINITION
The design space consists of the parameters which need to be studied. In this study, the parameters to in-
vestigate are the sweep parameters, Λ , dΛ , κ, and the operating conditions. Many combinations of each
of these parameters are then put through the XDSM architecture of Section 7.3 to obtain the aerodynamic,
structural and acoustic performance. Critically, the computation time of a complete execution of the XDSM
procedure is relatively low (t < 2 minutes). As such, Design of Experiment methods which reduce the required
amount of evaluation points are not utilised. Instead, a complete analysis is performed for most of the design
space parameters. Two different parametric studies are performed. The first parametric study focuses on the
backwards sweep parameters Λ and dΛ over multiple operating conditions by also altering J . The second
parametric study is smaller in size, only analysing Λ and κ, fixing the sweep curvature and the advance ratio
to a single data point.

10.3.1. BACKWARDS SWEEP PARAMETRIC STUDY
One of the main goals of this study is to investigate the impact of backwards sweep on propeller performance.
This is done by varying Λ and dΛ . It is expected that both the amount of sweep, and the distribution of this
sweep are vital to the aerodynamic, structural and acoustic response of the blade. As such, a full parametric
study of the Λ and dΛ parameters is performed. 11 data points are used for each parameter, resulting in the
following data points:

Λ= [0.0, 0.025, 0.050, 0.075, 0.100, 0.125, 0.150, 0.175, 0.200, 0.225, 0.250]

dΛ= [1.0, 1.7, 2.4, 3.1, 3.8, 4.5, 5.2, 5.9, 6.6, 7.3, 8.0]

In terms of the operating conditions, it has already been decided to limit the pitch setting to that of the
climb conditions. Besides the pitch setting however, the advance ratio still needs to be varied from low to
high-loading conditions. From initial results, it was found that 0.9 ≤ J ≤ 1.9 is a suitable range of advance
ratio. Significant flow separation is likely to occur at advance ratio lower than 0.9. Near J = 1.9, the propeller
enters the windmilling state. 8 different values of J are used, such that the step size is ∆J = 0.143:

J = [0.90, 1.04, 1.19, 1.33, 1.47, 1.61, 1.76, 1.90]

The advance ratio is a dimensionless parameter that generalises the propeller performance with regard to
operating conditions. However, Sodja et al. found that the advance ratio is not a valid measure of similarity
for highly flexible propellers [21]. It was found that altering the rotational speedΩ but maintaining a constant
advance ratio will significantly affect the aerodynamic performance [21]. Hence, defining the advance ratio
is not adequate for this parametric study, either the inflow velocity U∞ or rotational speedΩ has to be fixed.
For this parametric study, it has been chosen to fix the inflow velocity U∞, such that the rotational speed Ω
decreases as the advance ratio increases. This means the aerodynamic and inertial forces both decrease as
the advance ratio increases. These loadings do not scale equally however, as can be seen in Equation (10.2).

q a ∝V 2 = (U 2
∞+ (rΩ)2)

q c ∝Ω2
(10.2)

10.3.2. FORWARD-BACKWARDS SWEEP CASE STUDY
The sweep parameter κ allows forward sweep to be added between the root and tip without sweeping the
entire propeller forward. The goal of this parameter is to investigate whether this kind of forward sweep can
mitigate any structural deformations and reduce the impact of elasticity on the blade performance. A para-
metric study is performed using only κ and Λ . The sweep curvature dΛ is fixed to dΛ = 4.5. The operating
conditions are limited to J = 1.47. With steps of ∆κ= 0.05, 11 total values of κ are used. Λ is limited to range
from 0 to 0.20, as any higher tip sweep results in complex blade shapes that exceed the yield strength of the
material.

Λ= [0.0, 0.025, 0.050, 0.075, 0.100, 0.125, 0.150, 0.175, 0.200]

κ= [0.0, 0.05, 0.10, 0.15, 0.20, 0.25, 0.30, 0.35, 0.40, 0.45, 0.50]

dΛ= 4.5, J = 1.47
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In this chapter, the results of the sweep parametric study are discussed. The effects of the structural deforma-
tions on the aerodynamic and acoustic performance of the swept blades are first discussed in Section 11.1.
Section 11.2 identifies the effects of the application of blade sweep on the rigid blades. The effects of elastic-
ity and blade sweep are combined in Section 11.3 to compare the elastic swept blades to the straight blade.
Finally, Section 11.4 shows the relation between the structural deformations and the operating settings.

11.1. EFFECTS OF ELASTICITY
The effects of elasticity are investigated by comparing the elastic blades directly to their rigid counterpart. The
structural deformations are first analysed to provide context on the changes that will appear in aerodynamic
and acoustic performance.

11.1.1. STRUCTURAL PERFORMANCE
The structural performance is characterised using the bending deformations, the torsional deformations of
the propeller. The bending deformations are defined as the difference between the blade axis of the elastic
and rigid blade in the global coordinate system. This propeller coordinate system was shown in Figure 3.4.
The bending deformations are nondimensionalised using the propeller radius, and split into the x and z com-
ponents. ∆x/R represents the nondimensional bending of the blade in the direction of the freestream flow.
∆z/R represents the nondimensional bending in the same direction as the applied sweep. The torsional de-
formations are defined as the difference in twist angle of the rigid and elastic blade; ∆β. This ∆β is measured
around the positive y-axis of the coordinate system, using the right-hand rule as the sign indicator. A negative
∆β indicates a wash-out of the blade, decreasing the local angle of attack.

Figure 11.1 shows the bending deformations at the tip of the blade for J = 1.47. These bending deformations
are shown as a function of the two backwards sweep parametersΛ and dΛ . Figure 11.1 shows that the bend-
ing increases when the tip sweep Λ is increased. The sweep curvature only significantly affects the bending
deflections at low dΛ . The local bending deflections are shown in Figure 11.2 for the propeller configura-
tions with 0 ≤Λ≤ 0.25 and dΛ= 4.5. Locally, the blades only start significantly bending past r /R ≥ 0.5. The
positive sign of ∆x indicates that the blades are deforming in the same direction as the incoming freestream
velocity. The negative ∆z deformations mean that the blade is being straightened, reducing the sweep.
These deformations are opposite of where the aerodynamic forces are pointed. It may seem surprising that
the blade is bending completely opposite of where the aerodynamic forces would be pulling the blade. But it
comes from the centrifugal forces straightening the blade into −∆z direction. This also induces a significant
bending deformation in x-direction. The two bending modes are coupled because of the minor principle
axis changing throughout the blade due to the twist. This bending coupling was already seen in Section 9.3,
where a simple tip load in one direction also induced deformations in the other direction. The bending de-
formations indicate that the bending moments from the centrifugal forces are significantly higher than those
of the aerodynamic forces. When the blade is straight (Λ≈ 0), the bending moments due to the aerodynamic
forces are higher than those from the centrifugal forces. As such, the bending deformations of these blades
are slightly in negative x and positive z direction.

65
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Figure 11.3 shows the torsional deformations at the tip of the blade as a function ofΛ and dΛ for J = 1.47. This
figure shows that while Λ and dΛ clearly increase the twisting of the blade, both parameters are required to
induce a significant amount of twisting. The twisting deformations are negative, corresponding to wash-out,
reducing the angle of attack.
The effects of Λ and dΛ on the local twisting distributions are shown in Figures 11.4. The blades only start
significantly twisting once r /R ≥ 0.5, similarly to the bending deformations. This characteristic is likely an
attribute of the general baseline blade design. The swept blade designs by Sodja et al. [20, 21] showed signif-
icant deformations near the root, plateauing near the tip instead.
The aerodynamic forces are the main contributor to the twisting moments within the blades. For straight
blades, the centre of pressure is close to the blade axis, resulting in low twisting deformations. For the case
of Figure 11.3, the straight blades twist negatively around the y-axis because the centre of pressure is behind
the blade axis. At high loading conditions, the centre of pressure is actually in front of the blade axis, resulting
in positive twisting moments. When the blade is swept back by applying Λ and dΛ , the chordwise centre of
pressure position becomes irrelevant compared to the overall position of the force in the global coordinate
system. The moment arm between the centre of gravity near the root and the aerodynamic forces near the tip
significantly increases due to the sweep. On the other hand, the centrifugal forces do not invoke significant
twisting as the centrifugal force direction and the torsion moment axis are closely aligned.

Figure 11.1: The bending deformations at the tip of the blade as a function of the sweep parametersΛ and dΛ for J = 1.47. (a) shows the
bending deformations in x-direction, (b) shows the bending deformations in z-direction.
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Figure 11.2: The local bending deformations along the entire blade as a function of the tip sweepΛ for J = 1.47. dΛ is fixed to 4.5. (a)
shows the local bending deformations in x-direction, (b) shows the local bending deformations in z-direction.
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Figure 11.3: The twisting deformations at the tip of the blade as a function of the sweep parametersΛ and dΛ for J = 1.47.
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Figure 11.4: The local twisting deformations along the entire blade as a function of (a) the tip sweepΛ and (b) the sweep curvature dΛ .

11.1.2. AERODYNAMIC PERFORMANCE CHANGES DUE TO ELASTICITY
The previous section showed that significant bending and twisting may occur when the propeller blade is
swept. In this section, the aerodynamic performances of the elastic blades are compared directly to their
rigid counterparts, highlighting the effects that the structural deformations have on the aerodynamic perfor-
mance.

Figure 11.5 shows the percentage changes of CT , CP and η. Significant changes in CT and CP can be seen
in Figures 11.5a and 11.5b. Both the thrust and required power of the propeller reduce gradually as the blade
becomes more swept, due to the increasing deformations. The blades are clearly more sensitive to Λ than
dΛ , similar to the total bending deformations in Figure 11.1. The penalties in performance can be as high as
20%.
The changes in aerodynamic efficiency are shown in Figure 11.5c. Despite the significant reductions in thrust
and required power, the changes in aerodynamic efficiency are completely negligible. Clearly, the thrust and
power coefficient change in such a way that aerodynamic efficiency remains constant. As such, while there is
a penalty due to elasticity in terms of total forces generated, there is no penalty in aerodynamic efficiency.
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Figure 11.5: The percentage change in aerodynamic performance due to elasticity as a function of the sweep parametersΛ and dΛ for
J = 1.47. Elastic blades are compared to their rigid counterpart. (a) shows the thrust coefficient, (b) shows the power coefficient, (c)

shows the aerodynamic efficiency.

One might expect the torsional deformations to cause the biggest changes in aerodynamic performance. But
the changes in CT and CP in Figures 11.5a and 11.5b actually resemble the contour plots of the bending defor-
mations in Figure 11.1. This indicates that the bending deformations also significantly alter the aerodynamic
performance. To analyse the effect of bending and twisting, each type of deformation is isolated and applied
individually to the rigid blade. Thus, a comparison is made between the rigid blade, the blade with only
the bending deformations, the blade with only twisting deformations and the fully elastic blade with bend-
ing and twisting deformations. The aerodynamic performance of each new blade is then compared to each
other. The results are shown in Figure 11.6 for J = 1.47. It can be seen that both the bending and twisting
deformations contribute to the losses in aerodynamic performance. In fact, the bending deformations result
in higher losses of thrust and torque compared to the twisting deformations. The losses due to bending and
twisting are combined for the fully elastic blade, which generates the least amount of aerodynamic force.

The losses in aerodynamic forces are caused by changes in the local angle of attack distribution. The local
angle of attack distribution can be found using the VLM tool by calculating the total velocity near the blade
leading edge using the Biot-Savart law. The differences in local angle of attack compared to the rigid blade
are shown in Figure 11.7 for each of the three (semi) elastic blades. The twisted blade shows a change in local
angle of attack similar to the local twist deformations, indicated with the black dashed line. The local angle
of attack changes are inflated compared to these twist deformations though, with a lower angle of attack near
the tip compared to the actual twist deformations. The purely bent blade experiences a more gradual change
in the local angle of attack. The local angle of attack already decreases slowly near the root, continuing all
the way towards the tip. The fully elastic blade, undergoing both bending and twisting, experiences the most
significant reductions in local angle of attack. In fact, the angle of attack distribution of the fully elastic blade
almost perfectly resembles the sum of the isolated bending and twisted blades.
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Figure 11.6: Effects of bending, twisting and bending & twisting on the local aerodynamic loading distributions for J = 1.47. Each type
of deformations is applied individually to the rigid blade withΛ= 0.25 and dΛ= 4.5.
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The elastic blade is compared to the rigid blade. (J = 1.47)

Another critical characteristic to note from Figure 11.6 is that the changes in local aerodynamic forces are
concentrated past r /R > 0.5, as this is also where structural deformations are most significant. With the
forces near the root remaining identical, this means that the local aerodynamic loading is effectively shifting
inboard. The bending deformations contribute more to this inboard shifting than the twisting deformations,
as the local angle of attack already reduces closer to the root. The radial loading distribution is a critical char-
acteristic for the acoustic performance of the propeller. As such, this characteristic is investigated further.
Figure 11.8 shows the shift radial centre of pressure due to the elastic deformations of the blade. All propeller
configurations experience some amount of inboard shifting of the local loading due to structural deforma-
tions near the tip. However, there is a region of propeller configurations that undergoes the largest radial shift
of the loading. These are the propellers whereΛ≈ 0.25 and dΛ≈ 4.5.
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Figure 11.8: The radial shift of the radial centre of pressure due to elasticity as a function of the sweep parametersΛ and dΛ for = 1.47.
The radial position of the centre of pressure of the elastic blade is compared to the radial position of the centre of pressure of the rigid

blade.

11.1.3. ACOUSTIC PERFORMANCE CHANGES DUE TO ELASTICITY
The structural deformations have so far shown significant changes in the aerodynamic performance. Specif-
ically, the aerodynamic forces near the tip decrease as this is where the structural deformations are con-
centrated. Both the overall loss in performance, and the changes in the local load distributions should be
reflected in the acoustic performance.

Figure 11.9 shows the changes in acoustic performance due to elasticity as a function of the two sweep param-
eters Λ and dΛ . The acoustic performance indicators OSPL and TSSP are a function of the directivity angle
θ. In this figure, the maximum noise levels are taken, thus the directivity angle θ may differ slightly between
data points. Substantial changes in overall sound pressure level due to elasticity can be seen in Figure 11.9a,
with reductions in noise of up to 2.4 dB. These changes in noise levels are clearly due to the reductions in
overall thrust and required power, as the contour shape is similar to those of Figure 11.5. This is as expected,
as thrust and torque are one of the major noise sources.

The changes in OSPL are dominated by the changes in overall thrust and torque levels. By using the thrust-
specific sound pressure level, the dependency on total thrust is removed. The effects of the blade shape and
loading distributions should become more apparent. Figure 11.9b shows the difference between the elastic
and rigid maximum noise levels measured in TSSP. The elastic blades still produce less noise even when ac-
counting for the changes in total thrust. This is due to the changes in the local loading distributions. There is a
clear correlation with the inboard shifting of the local loading, previously shown in Figure 11.8. The propeller
configurations with the most significant inboard shifting of the loads also clearly show the highest reductions
in noise levels in Figure 11.9b. This is because loads radiate less efficiently as noise if they are generated
further inboard [19]. Thus, structural deformations can actually be beneficial in terms of noise levels, when
accounting for the changes in overall thrust levels. This is likely dependent on how the blade actually deforms
however. The swept blades of this analysis show increasing bending and twisting deformations towards the
tip. The elastic blades by Sodja et al. [20, 21], replicated in Section 9.4, showed the blades quickly twisting at
the root, with no further twisting near the tip. Such a twisting distribution may reduce the local forces more
evenly across the entire blade. Thus the shifting of the radial centre of pressure may be diminished compared
to the results of this analysis.
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Figure 11.9: The difference in noise emissions due to elasticity as a function of the sweep parametersΛ and dΛ for J = 1.47. (a) shows
the difference in OSPL, and (b) shows the difference in TSSP.

A clear relation between the radial load shifting and the TSSP has been identified. Besides the aerodynamic
loading, other factors can also alter the acoustic performance. The change in blade shape due to structural
deformations alters the MCA and FA of the blade. Since these geometric parameters are represented as phase
lag effects in the acoustic method, they could also alter the noise emissions. To determine whether this effect
has any significance, the aerodynamic load distributions of the rigid and elastic blades are interchanged. This
means that the aerodynamic loading generated by the elastic blade geometry is applied to the rigid blade ge-
ometry (and vice versa) and input to the acoustic model. The results of this exchange of load distributions
and blade shape are shown in Figure 11.10 for the swept blade withΛ= 0.25 and dΛ= 4.5.

Firstly, an observation about the prevalence of each noise source can be made. The torque noise component
is by far the most dominant noise source for these propeller blades, with it being more than 15 dB louder than
the thrust and thickness noise sources.
Further analysis of Figure 11.10 shows that the aerodynamic performance is the main contribution to the
noise reductions. When the aerodynamic loading distribution of the elastic blade is applied to the rigid blade
shape, the noise reduces almost to the level of the elastic blade with elastic loading distribution. When the
rigid aerodynamic loading is applied to the elastic blade shape, the noise emissions increase. This indicates
that the aerodynamic performance is the main contributor to the changes in overall noise emissions between
the rigid and elastic blades. Only a minimal further reduction in noise emissions remains when the aerody-
namic loadings are exchanged, this could indicate that the changes in phase lag effects due to structural
deformations do have a small contribution to the change in noise emissions. But this difference is negligible
compared to the effect that the aerodynamic performance has on the acoustic emissions.
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Figure 11.10: Local noise emissions for rigid and elastic propeller configurations with their aerodynamic performances exchanged, for
J = 1.47. The aerodynamic performance of the elastic propeller is applied to the rigid propeller shape, and vice versa. (a) shows the

thrust noise, (b) shows the torque noise, (c) shows the thickness noise and (d) shows the total noise.

11.2. EFFECTS OF BLADE SWEEP ON RIGID BLADES
The previous section only compared each elastic blade to its direct rigid counterpart, without considering the
effects that the blade sweep has compared to a straight blade. The goal is to compare the performances of
the elastic swept blades to the elastic straight blades. To be able to make this comparison, the effects that the
blade sweep distributions have on the rigid aerodynamic and acoustic performances need to be investigated.
In this section, the aerodynamic and acoustic performances of the rigid swept blades will be compared to
the rigid straight blade, such that a full analysis of the combined effects of blade sweep and elasticity can be
made in Section 11.3. The effect of blade sweep on the aerodynamic and acoustic performance has already
been investigated extensively by the likes of Burger [33], De Haan [34] and Keil [35]. The method of sweep
application in this study differs from these papers however. In this analysis, the sweep is applied such that
the rigid blade remains within the rotational plane for one specific pitch setting. As such, the effects of blade
sweep are shortly examined. The straight blades in this section refer to the propeller blade configuration with
Λ= 0. Any blades withΛ> 0 and 1 ≤ dΛ≤ 8 are referred to as swept blades.

11.2.1. AERODYNAMIC PERFORMANCE CHANGES DUE TO BLADE SWEEP
The effects of the blade sweep are analysed on the rigid global aerodynamic performance by comparing the
swept blades to the straight blades. Figure 11.11 shows the percentage changes in thrust coefficient, power
coefficient and efficiency due to blade sweep, as a function of the tip sweep Λ and the sweep curvature dΛ
for J = 1.47. A complex relation exists between the two sweep parameters and the aerodynamic performance
indicators. WhileΛ increases the aerodynamic forces generated on the blade initially, this effect diminishes as
more sweep curvature dΛ is added. Increasing the sweep curvature generally decreases the forces generated
on the propeller blade. These relations result in a significant difference in performance between the swept
and straight designs for the configurations with maximum sweep tip and no sweep curvature. The efficiency,
shown in Figure 11.11c, increases ever so slightly when bothΛ and dΛ are increased. With a maximum of 2%
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difference, this means the efficiency changes from η = 0.869 for the straight blade to η = 0.888 for the swept
blade.

Figure 11.11: The percentage change in rigid aerodynamic performance due to the application of blade sweep as a function of the
sweep parametersΛ and dΛ , for J = 1.47. The swept blades (Λ> 0, dΛ≥ 1.0) are compared to the straight blades (Λ= 0.0). (a) shows

the thrust coefficient, (b) shows the power coefficient and (c) shows the aerodynamic efficiency.

The difference between the local angle of attack distribution of the swept blades and straight blades are shown
for three blade designs in Figure 11.12. The swept blade with no sweep curvature obtains higher thrust and
required power due to an increased local angle of attack along the entire blade. As sweep curvature is added,
the local angle of attack is reduced near the root compared to the straight blade. Towards the tip the angle
of attack increases, but this effect diminishes as the sweep curvature dΛ is increased further. For blades
with sweep curvature, the angle of attack is not the only characteristic altering the aerodynamic performance
though. Since these blades take a longer path to reach the same tip radius, they effectively have a higher arc
length and surface area. This subsequently increases the aerodynamic forces generated, diminishing the loss
of performance due to the reduction in the local angle of attack.
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Figure 11.12: The change in local angle of attack due to the
application of blade sweep for J = 1.47. Multiple blades with
different sweep settings are compared to the straight blade.

Figure 11.13: The radial shift of the radial centre of pressure due to
the application of blade sweep as a function of the sweep

parametersΛ and dΛ , for J = 1.47. The radial position of the centre
of pressure of the rigid swept blade is compared to the radial
position of the centre of pressure of the rigid straight blade.

Finally, the shift of the radial centre of pressure due to sweep is shown in Figure 11.13. It can be seen that the
blade sweep mainly results in an outboard shift of the local loading. There is also a region of combinations
which undergoes the most significant amount of outboard shift. This is the case for the blades withΛ≈= 0.25
and dΛ= 3.1. The blade with no sweep curvature and the maximum tip sweep experiences an inboard shift
of the loading, but this quickly turns into outboard shift as sweep curvature is added.

11.2.2. ACOUSTIC PERFORMANCE CHANGES DUE TO BLADE SWEEP
Significant changes in the aerodynamic loading occur when sweep is added to the base blade design. The
effects of the blade sweep distribution on the acoustic performance are now investigated by comparing the
results of the rigid swept blades against the rigid straight blades.

Figure 11.14 shows the difference in OSPL and TSSP due to blade sweep as a function of Λ and dΛ . The
OSPL in Figure 11.14a shows a strong correlation with the overall changes in total loading of Figure 11.11. In
this case, that means the overall noise levels increase. The 20% increase in thrust and required power corre-
sponds to a 2.5 dB increase in maximum noise. The swept blades with dΛ= 1 show a slight decreasing trend
in overall noise compared to the other swept blade designs. This could be due to the slight inboard shifting
of the loading for these configurations, as seen in Figure 11.13.

The noise levels expressed in TSSP are shown in Figure 11.14b. No noise reductions due to sound wave inter-
ference caused by blade sweep can be identified. This effect is generally most effective at high Mach numbers,
however. Instead, the TSSP again shows a strong correlation with the radial shifting of the local loading. The
noise levels actually increase due to this outboard shifting of the loading.
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Figure 11.14: The change in noise emissions due to the application of blade sweep as a function of the sweep parametersΛ and dΛ , for
J = 1.47. (a) shows the difference in OSPL and (b) shows the difference in TSSP.

11.3. EFFECTS OF ELASTICITY & BLADE SWEEP
The effects of elasticity and blade sweep have now been identified independently in the previous sections. A
full comparison can now be made between the elastic swept blades and the elastic straight blades. This com-
parison will show how the swept blades perform compared to a standard straight blade design, accounting
for all the effects that elasticity and blade sweep has. The performance of the elastic straight blade is used
instead of the rigid performance since the effects of elasticity are negligible on the straight blade anyway.

11.3.1. AERODYNAMIC PERFORMANCE CHANGES DUE TO ELASTICITY & BLADE SWEEP
Both the blade sweep and elasticity have been shown to significantly alter the aerodynamic performance so
far. The elasticity results in significant losses of performance for swept blades, with the local loading shift-
ing inboard. On the contrary, adding blade sweep has increased the performance in some cases, shifting
the aerodynamic loading outboard. The comparison between elastic swept blades and elastic straight blades
will show how these effects weigh up against each other. Figure 11.15 shows the percentage change of the
aerodynamic performance. It can be seen that the extremes of each of the analyses in Sections 11.1 and 11.2
are still apparent. The blade designs with high tip sweep and no sweep curvature still experience significant
increases and thrust and required power, partly due to the relatively small structural deformations. The fully
swept blade, with maximumΛ and dΛ , still shows the extreme loss in performance due to the structural de-
formations, and minimal performance gains due to the effects of sweep. There are also some configurations
in which the effects of elasticity and blade sweep cancel each other out, such that the performance remains
similar to that of a straight blade design. This is the case for the blades with dΛ≈ 3.1. In terms of aerodynamic
efficiency, the elasticity has minimal impact on this metric, unlike the effects of blade sweep. Therefore, the
change in aerodynamic efficiency, in Figure 11.15c, shows similar behaviour to that of the blade sweep.
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Figure 11.15: The percentage change in aerodynamic performance due to the combined effects of elasticity and blade sweep, as a
function of the sweep parametersΛ and dΛ , for J = 1.47. The elastic swept blades are compared to the elastic straight blade. (a) shows

the thrust coefficient, (b) shows the power coefficient and (c) shows the aerodynamic efficiency.

The previously shown changes of local angle of attack distributions for the Λ = 0.25 and dΛ = 4.5 blade are
shown again in Figure 11.16. The total change in local angle of attack is now also depicted. This distribution
perfectly resembles the sum of the two individual angle distributions. Therefore, it seems that the effects of
elasticity and blade sweep on the aerodynamic performance are completely independent of each other and
can be superimposed.

The effects of elasticity and blade sweep resulted in completely opposing behaviours in terms of the radial
shifting of the local aerodynamic forces. Due to the structural deformations being concentrated only near
the tip, the aerodynamic loading effectively moved inboard. The blade sweep had the effect of shifting the
loading outboard. The net effect of both elasticity and blade sweep on the radial centre of pressure of the
torque is now shown in Figure 11.17. It can be seen that the shifting of the aerodynamic loading has been al-
most completely nullified due to the opposing effects of the elasticity and blade sweep. The outboard shifting
has become almost negligible, with the inboard shifting only being prevalent near the extremes of dΛ with
maximumΛ .
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Figure 11.16: The change in local angle of attack due to the effects
of elasticity, blade sweep and the combination. The angle of attack
distributions of the swept blade (Λ= 0.25, dΛ= 4.5) are compared
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Figure 11.17: The radial shift of the radial centre of pressure due to
the effects of elasticity and blade sweep as a function of the sweep

parametersΛ and dΛ , for J = 1.47. The elastic swept blades is
compared to the elastic straight blade.

11.3.2. ACOUSTIC PERFORMANCE CHANGES DUE TO ELASTICITY & BLADE SWEEP
Changes in the acoustic performance have been predominantly caused by changes in the aerodynamic per-
formance. With both the total forces decreasing, and the radial loading shifting inboard, the elasticity effects
have shown to be beneficial in terms of noise levels. On the other hand, the blade sweep has caused increases
and outboard shifting of the loads, increasing the noise levels. Combining these two effects may nullify any
losses or gains in acoustic performance.

Figure 11.15 shows the difference in noise levels between the elastic swept blades and the elastic straight
blades. Again, when defining the noise in terms of overall sound pressure level, the changes in noise levels
correlate strongly to the aerodynamic changes. Thus, the fully swept blade with no sweep curvature pro-
duces 1.26 dB louder sound waves. The fully swept and curved blade is 2.11 dB less loud due to the 20% loss
in thrust and torque.
With the normalised sound levels in Figure 11.18b, the spread of sound level changes has vastly diminished.
While the changes in TSSP still resemble the overall shape of the contour in Figure 11.17, the colour gradi-
ents have become less similar. Still, there are some blade configurations which are louder and some that are
quieter compared to the straight blade. The configurations with maximum tip sweep and dΛ ≈ 3.1 are still
almost 0.5 dB louder, with this sound level increase having been reduced from 1.2 dB due to elasticity. The
quietest propeller configurations are those with maximum tip sweep and sweep curvature. These blades were
originally 0.65 dB quieter compared to their rigid versions, but the effects of blade sweep have decreased the
noise reduction to 0.2 dB compared to the straight blade.

Figure 11.18: The difference in noise emissions due to the effects of elasticity and blade sweep, as a function of the sweep parametersΛ
and dΛ , for J = 1.47. The elastic swept blades are compared to the elastic straight blade. (a) shows the OSPL and (b) shows the TSSP
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11.4. EFFECTS OF OPERATING CONDITIONS
The analyses of the previous sections have only focused on a singular operating condition so far, namely the
setting with the advance ratio J set to 1.47. In this section, the effects of the operating conditions are analysed
by changing the advance ratio from 0.90 to 1.90. To limit the amount of data that needs to be shown, this
analysis is done only for the straight blade and a singular swept blade withΛ= 0.25 and dΛ= 4.5.

11.4.1. STRUCTURAL PERFORMANCE CHANGES DUE TO OPERATING SETTINGS
The bending and twisting deformations for the straight and swept blade are shown in Figure 11.19. Sec-
tion 11.1.1 showed that the bending deformations are determined by the centrifugal forces for swept blades.
This can also be seen in Figure 11.19a, with the bending deformations∆x/R and∆z/R reducing with increas-
ing advance ratio, as the rotational speed decreases to increase the advance ratio. On the other hand, the
straight blade shows bending of the opposite sign compared to the swept blade. This is because the aerody-
namic forces are the main contribution of bending for straight blades. The centrifugal forces do not generate
a significant bending moment due to the lack of sweep. These bending deformations are highest at high load-
ing but still negligible compared to the bending of a swept blade.
The torsional deformations in Figure 11.19b show that the twisting deformations also increase when the load-
ing is increased. This is due to the increasing aerodynamic forces however, as the twisting deformations are
purely a function of the aerodynamic loading. The wash-out of the swept blade increases as the loading in-
creases. For the straight blade, the sign of the twisting deformations changes as the loading increases. The
twisting of the straight blade depends on the position of the local centre of pressure relative to the local centre
of gravity.

Straight Blade Swept Blade

Legend
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Figure 11.19: The structural deformations at the tip of a straight and swept blade, as a function of the advance ratio. The swept blade
hasΛ= 0.25 and dΛ= 4.5. (a) shows the bending deformations in x- and z-direction, (b) shows the twisting deformations.

11.4.2. AERODYNAMIC PERFORMANCE CHANGES DUE TO OPERATING SETTINGS
The three aerodynamic performance indicators, together with the radial centre of pressure position, are
shown as a function of the advance ratio for the straight and swept blade in Figure 11.20. Firstly, it can be
noted that the difference between the aerodynamic performance of the elastic and rigid straight blade is neg-
ligible. Clearly the structural deformations are not significant enough in any operating condition to result
in any significant changes in the aerodynamic performance. This is not the case for the swept propeller. A
substantial change in performance occurs between the elastic and rigid swept blade. This difference in per-
formance grows as the advance ratio decreases due to the increasing structural deformations. In terms of
efficiency, there is no substantial effect in Figure 11.20c.
By comparing the performance of the rigid straight blade and swept blade, it can be seen that the effects of
blade sweep are a function of the advance ratio. At low loading conditions the blade sweep increases both the
thrust and required power. As the loading increases this benefit diminishes such that the thrust and required
power are reduced. Adding the effects of elasticity on top of this, the difference between the straight and
swept blade becomes significant. Since the required power is reduced more than the thrust, the efficiency
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actually increases.

Finally, the shift of the radial centre of pressure of the torque is shown in Figure 11.20d. Section 11.2.1 showed
that adding blade sweep shifted the loading outboard for J = 1.47. Figure 11.20d shows that this radial load
shifting is actually a function of the advance ratio. At high loading, adding sweep actually moves the loading
slightly inboard. This is combined with the structural deformations near the tip effectively moving the load-
ing inboard as well. The result is the elastic swept blades having their loading shifted considerably inboard
compared to the straight blade at high loading conditions. With how important the radial centre of pressure
has been on the thrust-specific sound pressure levels, this will be reflected in the acoustic performance.
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Figure 11.20: The aerodynamic performance of the rigid straight blade, elastic straight blade, rigid swept blade and elastic swept blade
as a function of the advance ratio. The swept blade hasΛ= 0.25 and dΛ= 4.5. (a) shows the thrust coefficient, (b) shows the power

coefficient, (c) shows the aerodynamic efficiency and (d) shows the radial position of the centre of pressure.

11.4.3. ACOUSTIC PERFORMANCE CHANGES DUE TO OPERATING SETTINGS
The total noise emissions as a function of the advance ratio, expressed in OSPL and TSSP, are shown in Fig-
ure 11.21. Since the changes in noise emissions are small compared to the total noise levels, the differences
in noise emissions compared to the rigid straight blade are also plotted in Figure 11.21c and d. Though these
changes may seem insignificant against the total noise emissions, they still produce noticeable changes due
to the logarithmic scale.

In terms of OSPL, the effect of the advance ratio behaves similarly to aerodynamic performance. As the load-
ing increases, the increasing structural deformations reduce the thrust and required power, decreasing the
overall noise levels. At high loading, the elasticity alone almost reduces the noise by 2 dB. Such a significant
change in noise levels can not be neglected, proving that elastic deformations are required for the accurate
prediction of noise levels of swept blades.
Even when normalising for the changes in thrust using the TSSP in Figures 11.21b and 11.21d, noise reduc-
tions of up to 1 dB can be observed due to radial shifting of the local loading. Note that the advance ratio
range for the TSSP plots are limited, due to the thrust reaching zero and the TSSP approaching negative in-
finity. With the trend of outboard load shifting changing to inboard shifting in Figure 11.20d, ∆T SSPmax also
changes from increasing to decreasing compared to the straight blade.
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It is difficult to identify any effects of noise reductions due to sound wave interference. This sound wave
interference is most effective at higher local velocities, which corresponds to the lower advance ratios. While
the noise levels do reduce for this flow region, it is most likely due to the extra losses in thrust and required
power, and the inboard shifting of the loads.
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Figure 11.21: The acoustic performance of the rigid straight blade, elastic straight blade, rigid swept blade and elastic swept blade as a
function of the advance ratio. The swept blade hasΛ= 0.25 and dΛ= 4.5. (a) shows the OSPL and (b) shows the TSSP. The differences in

noise emissions compared to the rigid straight blade are shown in (c) for OSPL and (d) for TSSP.
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FORWARD-BACKWARD SWEPT BLADE

RESULTS

It has been shown that structural deformations result in significant changes in the aerodynamic and acous-
tic performance. These changes due to elasticity increase as the total sweep is increased. The results of the
forward-backwards swept blades are now analysed to determine whether these complex sweep distributions
can reduce the structural deformations, and hence, the loss in performance due to elasticity. As was explained
in Section 10.3.2, forward sweep parameter κ and the tip sweep parameter Λ are varied, with the sweep cur-
vature being fixed at dΛ= 4.5. Only the operating condition of J = 1.47 is analysed.

12.1. STRUCTURAL PERFORMANCE OF FORWARD-BACKWARDS SWEPT BLADES
The structural performance of the forward-backward swept blades should show whether the total deforma-
tions reduce in any way by adding some forward sweep between the root and tip of the blade. The global
bending deflections are first shown in Figure 12.1. It can be seen that κ does not provide any benefits in terms
of reducing the total bending deformations. Instead, the bending deformations actually increase when for-
ward sweep is added between the root and tip.

The torsional deformations at the tip, as a function of κ and Λ are shown in Figure 12.2. This figure shows
that adding forward sweep between the root and the tip can decrease the torsional deformations. However,
this does not occur by simply increasing κ. Both a significant amount of forward sweep, and backwards tip
sweep is required, as initially both parameters increase the torsional deformations. The dashed red line in
Figure 12.2 indicates the boundary, after which increasing both parameters will start to decrease the twisting
of the blade. This is unlike what one might expect, especially concerning the fact that adding more backwards
tip sweep can reduce the twisting. A closer investigation of the local internal moments during the iterative
aerodynamics-structures calculations has revealed that it is actually the combination of the centrifugal forces
with the bending deformations, which is the leading cause of this phenomenon. The local twisting deforma-
tions as a function of κ are shown in Figure 12.3. This shows in detail how the torsional deformations initially
get worse from 0 ≤ κ≤ 0.25. Increasing κ further decreases by how much the blade twists.
Originally the centrifugal forces do not generate a significant twisting moment, as the blade axis remains
within the rotational plane. As the blade bends, a new moment arm appears on which the centrifugal forces
act. This effect has been negligible so far for the purely backwards swept blades, but these forward-backwards
blade designs are bending up to 50% more than the backwards swept designs. These new twisting moments
due to the centrifugal forces are causing positive torsional deformations, increasing the angle of attack. Any
forward sweep at the radial centre of the blade does not meaningfully relieve the washout generated by the
aerodynamic forces. No twisting deformations occur near this region of the blade anyway. In fact, the twist-
ing deformations originally get worse when κ increases, as the moment arm between the blade axis and the
centres of pressure increases between the middle and tip of the blade.

With maximum κ and Λ , the twisting deformations at the tip almost reach +2◦. It may be possible to gener-
ate such twisting deformations by implementing dihedral to the blade shape, this is outside the scope of this
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research however. Furthermore, positive twisting deformations may not be beneficial, as they could bring
more complex aeroelastic effects with them. Though such phenomena are not analysed in this research due
to the simplicity of the aerodynamic and structural models.

Figure 12.1: The bending deformations at the tip of the blade as a function of the sweep parametersΛ and κ for J = 1.47. (a) shows the
bending deformations in x-direction, (b) shows the bending deformations in z-direction.

Figure 12.2: The twisting deformations at the tip of the blade as a
function of the sweep parametersΛ and κ for J = 1.47. The dotted

red line indicates a front of minimum torsional deformations.
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Figure 12.3: The local twisting deformations along the entire blade
as a function of κ for J = 1.47 (Λ= 0.125). The blade twist initially

increases, decreasing again after κ≥ 0.25.

12.2. AERODYNAMIC PERFORMANCE OF FORWARD-BACKWARDS SWEPT BLADES
The previous section showed that forward sweep between the root and tip is able to reduce the torsional de-
formations. The aerodynamic analysis in Section 11.1.2 showed that both the bending and torsional deforma-
tions contribute to changes in aerodynamic performance. As such, it is not guaranteed that these reductions
in torsional deformations will be reflected in the aerodynamic performance of the elastic forward-backwards
swept blades, especially with the significant increase in bending deformations.

Figure 12.4 shows the percentage change in aerodynamic performance due to structural deformations of
the forward-backwards swept propeller blades. It can be seen that the forward-backward sweep does recover
some of the performance lost due to elasticity. Similar to the torsional deformations, the increase of κwill ini-
tially increase the performance loss due to elasticity; by adding even more forward sweep, this performance
loss can be recovered. For some blades, a significant amount of the performance loss due to elasticity can
be recovered by increasing κ. For example, the swept blade with Λ = 0.20 and κ = 0.0 loses approximately
10% of its performance due to elasticity. This loss in performance reduces to only 1% when κ is set to 0.50.
Remember however that Figure 12.4 compares the elastic blade performance to their direct rigid counterpart.
As such, any performance loss due to the application of this type of blade sweep is not visible. The effects of
the blade sweep on the rigid performance can be significant, as was shown in Section 11.2.
In terms of efficiency, shown in Figure 12.4c, there are no significant changes. The trend of the elasticity not
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significantly altering the propeller efficiency has been the case for all blade configurations so far. As such,
while there is a loss in thrust and required power, the aerodynamic efficiency is unaffected.

Figure 12.4: The percentage change in aerodynamic performance due to elasticity as a function of the sweep parametersΛ and κ for
J = 1.47. Elastic blades are compared to their rigid counterpart. (a) shows the thrust coefficient, (b) shows the power coefficient, (c)

shows the aerodynamic efficiency.

Figure 12.5 shows multiple local thrust and torque distributions of both rigid and elastic forward-backward
swept blades. The sweep tip Λ is fixed to 0.150, with κ ranging from 0 to 0.50. With this figure, the effects
of elasticity and blade sweep can be identified. First of all, the change in sweep distribution significantly
reduces the thrust and torque generated. From κ = 0.0 to κ = 0.50, the total thrust and torque have both
reduced by approximately 17%. Another thing to notice is how the overall shape changes as the sweep distri-
bution becomes more curved. The local loading flattens out and becomes less peaky. The shape of the local
distribution is important for the noise emissions, as less peaky distributions may generate less noise [19].
The elasticity initially reduces the loading, when κ = 0 and κ = 0.25. When κ increases further, the peak
loading increases and shifts significantly inboard. While the inboard shifting will reduce the noise emissions,
the increasing local peak may have an adverse effect. The overall elastic loading still remains below that of
the rigid loading, but the loss in loading significantly diminishes due to the positive twisting. The effect of
blade sweep on the rigid blade is significantly larger than the effect of elasticity though. As such, including
a forward-backwards sweep to diminish the effect of elasticity is not worthwhile unless adjustments of other
propeller geometries are incorporated to match the thrust of the original propeller.

The shifting of the radial centre of pressure due to the elastic effects is quantified in Figure 12.6a. The elastic
effects shift the loading inboard for all configurations. The amount of shifting is similar to that of the purely
backwards swept blades. Figure 12.6b shows the difference in the local peak loading. The local loading distri-
butions are normalised such that the total surface adds up to unity. As such, negative values in Figure 12.6b
means that the loading distribution is less peaky, and positive values mean the peak is increased. It can be
seen that blades that experience positive twisting deformations also produce significantly higher peaks in



84 12. FORWARD-BACKWARD SWEPT BLADE RESULTS

local loading.
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Figure 12.5: The local aerodynamic loading distributions of multiple rigid and elastic forward-backwards swept blades for J = 1.47. (a)
shows the thrust distributions and (b) shows the torque distributions.

Figure 12.6: Changes in characteristics of the local loading distributions due to elasticity as a function of the sweep parametersΛ and κ,
for J = 1.47. (a) shows the radial shift of the radial centre of pressure due to elasticity. (b) shows the difference in maximum, normalised

local loading due to elasticity.

12.3. ACOUSTIC PERFORMANCE OF FORWARD-BACKWARDS SWEPT BLADES
The impact of elasticity on the aerodynamic performance is still significant when adding forward-backwards
sweep between the root and tip. While some configurations can diminish the effects of elasticity significantly,
it is associated with a new adverse side-effect: the increase in the peak local loading. As such, structural de-
formations of the blade may now start to increase the sound levels of the blades.
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Figure 12.7 shows the changes in OSPL and TSSP due to the effects of elasticity. The overall sound pres-
sure levels in Figure 12.7a show decreasing noise levels due to the loss of thrust, similar to the contours of
Figure 12.4. The blades with maximum blade sweep and forward sweep (Λ = 0.20, κ = 0.50) actually show
increasing noise levels, being up to 0.5 dB louder. This is despite a slight loss in aerodynamic performance
and the inboard shifting of the centre of pressure. This loss in aerodynamic performance is similar to that of
the straight blade (Λ= 0, κ= 0), which only experiences a very slight reduction of noise levels (-0.11 dB). The
increase in noise emissions by the fully swept blade correlates to the increase in the maximum normalised
local loading of the elastic blade, shown in Figure 12.6b.
The TSSP in Figure 12.7b shows a very similar behaviour to the OSPL, this is because the difference in thrust
has become minimal for a lot of the configurations. The thrust-normalised sound reduces due to the inboard
shifting of the blade. The sound of the fully swept blade is increased due to the increase of the peak loading.

Figure 12.7: The difference in noise emissions due to elasticity as a function of the sweep parametersΛ and κ for J = 1.47. (a) shows the
difference in OSPL and (b) shows the difference in TSSP.
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13
CONCLUSION

This thesis aimed to identify the effects of elasticity on the aerodynamic and acoustic performance of swept,
low-noise propeller designs. Aerodynamic, acoustic and structural tools were developed and coupled in a
propeller framework to be used in a parametric study of swept propeller designs. The Vortex Lattice Method
was chosen to utilise its ability to discretise complex blade shapes. An aerodynamic tool using this methodol-
ogy was developed for the inviscid, incompressible analysis of propeller configurations. The acoustic tool was
based on the Helicoidal Surface Theory, which models blade sweep and dihedral as phase lag effects, such
that sound waves destructively interfere. The structural tool was based on the Euler-Bernoulli beam theory,
using Saint-Venant’s theory to model torsional deformations. Each tool was individually validated, showing
good agreement with high-fidelity and experimental data within the applicable operating conditions.

The three tools were coupled such that full rigid and elastic analyses could be quickly performed. The radial
blade sweep was parametrised into two variables; the tip sweepΛ and the sweep curvature dΛ . A parametric
study of these two parameters was performed, applying all combinations of sweep distribution to a baseline
low-noise propeller design. The rigid and elastic data of the aerodynamic, acoustic and structural perfor-
mance was obtained to identify any relations between these three disciplines.

Significant bending and torsional deformations were found on swept blades due to the aerodynamic and
centrifugal loading. The centrifugal loading straightens the low-noise propeller blades, resulting in in-plane
bending, which reduces the applied sweep. In turn, out-of-plane bending is induced in the direction of the
freestream flow. This is due to the natural twisting of the blade, coupling the in- and out-of-plane bending de-
formations. Torsional deformations are caused by the aerodynamic load, resulting in a wash-out. Both these
modes of deformation reduce the aerodynamic loads generated on the blade, as they reduce the local angle
of attack. This reduction of thrust and torque can be as high as 20% at the operating condition of maximum
efficiency. The changes in efficiency are negligible however. Since the structural deformations are concen-
trated near the tip, the local loading distributions also mainly reduce near the tip. This effectively shifts the
loading inboard.
The changes in acoustic performance are in agreement with the changes in aerodynamic performance. Due
to the reduction of forces on the blade, the Overall Sound Pressure Level decreases for the elastic blades,
with changes of up to 2.5 dB. The difference in Overall Sound Pressure Level correlates with the reductions
in thrust and torque due to elasticity. This reliance on the overall thrust level was eliminated by using the
Thrust-Specific Sound Pressure. This sound metric showed a clear correlation with the changes in radial
loading. The blades with the greatest inboard shift of the loading also experienced the greatest decrease in
TSSP, with noise reductions of up to 1 dB in medium loading conditions. As such, structural deformations
which are concentrated near the tip mainly reduce the aerodynamic loading near the tip. This reduction and
inboard shift of the load reduces the noise emissions.

The comparison of the elastic swept blades to the straight blade showed that not only the elasticity, but also
the application of blade sweep significantly alter the propeller performance. Since the sweep was added
without any thrust-matching, the application of this blade sweep itself already changed the aerodynamic
performance. The main result was an increase and outboard shift of the loading. This, in turn, increased the
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OSPL and TSSP noise emissions. With the elasticity and blade sweep causing the opposite response in perfor-
mance, the overall performance change of the elastic swept blades compared to the straight blade depends
heavily on the amount of sweep that is applied. Though regardless of the overall comparison to the straight
blade, including the structural deformations to analyse swept propeller blades is essential.

The extent of the structural deformations relies heavily on the advance ratio. As the aerodynamic loading
grows, the torsional deformations will increase. The centrifugal forces are a function of the rotational speed.
If the advance ratio is altered by changing the rotational speed, the centrifugal forces, and hence the bending
deformations will also increase as the advance ratio decreases. These increasing deformations make it such
that the impact of the elasticity becomes greater for higher loading conditions. This also means that the re-
ductions in noise emissions grow. This is also true for the thrust-specific sound pressure level as the increased
deformations near the tip move the aerodynamic loading further inboard.

An attempt was made to reduce the effect of elasticity on swept propeller blade performance by designing the
blade such that the structural deformations may decrease. This was done by implementing forward sweep
between the root and tip, while maintaining an overall backwards swept design. By implementing this blade
sweep, the goal was to reduce the torsional deformations. These forward-backwards swept blades did experi-
ence a reduction in torsional deformation, but not by the mechanism in which they were intended. Instead,
the increased bending deformations allowed the moment arm of the centrifugal forces to become significant
enough such that they started to reduce the wash-out generated by the aerodynamic forces. By allowing the
bending deformations to grow significantly enough, the centrifugal loads were able to overcome the negative
twisting moments generated by the aerodynamic loads, resulting in positive twisting deformations.
In terms of aerodynamic response, the loss in loading due to the elasticity can be eliminated almost entirely
this way. Locally, the loading moves inboard, but the peakiness of the distribution increases. This peakiness
can increase noise emissions. This was actually reflected in the noise emissions both in terms of OSPL and
TSSP. The forward-backwards swept blades with no loss in total loading, but an increase of local peakiness
were louder compared to the rigid versions of the blades. Most forward-backwards swept blade designs still
experienced a reduction in noise emissions due to the overall reduction and inboard shifting of the loading.

Clear connections have been identified between the aerodynamic, acoustic and structural performance of
elastic, highly-swept propeller blades. It is clear that highly swept propeller blades may deform enough as to
impact the aerodynamic and acoustic performance significantly. With changes in thrust of up to 20%, and
an associated 2.5 dB decrease in noise levels, such impacts can not be neglected. Even when accounting for
the changes in thrust level, changes in acoustic performance are still present due to the potential inboard
or outboard shift of the loading. It is possible to reduce the effect of elasticity by incorporating more com-
plex sweep distributions, as the centrifugal forces are able to generate a sufficient twisting moment when the
blade bends significantly, or if dihedral is added.
Any research on the aerodynamic and acoustic performance of swept propeller blades should always consider
the structural deformations. The effect of the elasticity will depend on how the blade deforms however. The
swept low-noise propeller designs used in this research only deformed near the tip of the blade. This meant
that the local aerodynamic loading effectively moved inboard. Blade designs that deform more consistently
across the entire blade length may show differences in terms of the aerodynamic and acoustic response to
these deformations.



14
DISCUSSION

14.1. LIMITATIONS OF RESEARCH
Due to the scale of this thesis, many limitations were imposed on the methodology and the parametric study.
Some of these limitations are highlighted here.

Low-fidelity methods were employed to limit the computation time. It would not have been possible to per-
form such an extensive parametric study using coupled high-fidelity methods such as CFD and FEM. The
usage of the low-fidelity methods significantly imposed on the suitable operating conditions. While it was at-
tempted to stay within the suitable conditions of all three tools, some results are possibly outside the suitable
boundaries.
The lack of viscosity and compressibility effects in particular limited the operating conditions and scale of
the propeller. While the size and operation of the propeller can often be accounted for using scaling param-
eters, the involvement of aerodynamics, structures and acoustics makes this very challenging. In fact, Sodja
et al. [21] already noted that the advance ratio is not a valid scaling parameter anymore when structures are
involved. A flexible propeller will behave differently when the advance ratio is altered by changing the rotor
speed, compared to changing the inflow velocity. As such, great care must be taken when scaling up the pro-
peller or changing the operating conditions.

The parameterization of the backwards sweep had the benefit of only consisting of two variables, while being
able to represent a significant amount of blade geometries. The parameter dΛ did not alter the geometry
linearly however. This was often seen in the results, where the contour plots showed changes to low amount
of dΛ , but became constant near the upper limit. Furthermore, dΛ was dependent on Λ , as no sweep cur-
vature can be applied if no sweep is present. This means that for lowΛ , dΛ also has a negligible effect on the
blade geometry.

14.2. RECOMMENDATION FOR FUTURE RESEARCH
This thesis has only scratched the surface of the interactions between aerodynamics, acoustics and struc-
tures of swept propellers. There are many different directions in which a continuation of this research could
go. Some ideas for future research are highlighted in this section.

One important aspect which was left unexplored was how the distribution of the structural deformation
would impact the response of the aerodynamic and acoustic behaviour of the blade. The swept low-noise
propellers had their structural deformations concentrated near the tip, which in turn only affected the lo-
cal loading distributions near the tip. The flexible blades by Sodja et al. [20, 21] show considerably different
deforming behaviour. These blades experience the greatest change in deformation near the root, these defor-
mations then stay constant near the root. Additional research is required to determine if the elasticity effects
are considerably different for such deformation distributions.

The implication of the effect of excessive out-of-plane bending, or blade dihedral, also requires further in-
sight. Some blade designs showed that with enough out-of-plane bending, the centrifugal forces will start to
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generate significant twisting moments. This out-of-plane bending would be the same as adding dihedral to
the blade design. Research by Sodja et al. [20, 21] already highlighted the effects that dihedral has on the aero-
dynamic and structural response. The centrifugal forces respond differently to the blade depending on the
dihedral added. It would be interesting to investigate how the structural deformations change due to blade
dihedral, and how this interacts with the acoustic performance.

The aerodynamic and structural tools were only connected in a simple aeroelastic coupling. Complex aeroe-
lastic phenomena such as divergence and flutter were not considered. These highly flexible blades could
be rendered inapplicable due to such phenomena however. An extensive dynamic aeroelastic study is re-
quired that analyses the aerodynamic and structural behaviour of highly swept propeller blades. Combining
this with full unsteady aerodynamics and acoustics would allow for a fully time-dependent simulation. Real
conditions can be approximated better by analysing non-uniform flow and the interactions between the pro-
peller, pylon and wing.

Finally, research is required to identify the effects that structural deformations have on low-noise propeller
design. Clearly the effects of elasticity on the aerodynamic and acoustic performance are too significant to
ignore. A heavily swept propeller would have to be designed in such a way that adequate performance is
obtained even after the blade has deformed. Design optimisations with structural deformations enabled and
disabled should show how the overall propeller design would change. Since the deformations depend on the
operating settings, multiple conditions would have to be included. Sodja et al. [20, 21] already attempted to
design flexible blades that can be used in any operating condition without changing the pitch angle, by ma-
nipulating the elastic deformations. The final results were initial blade designs which would deflect such as
to obtain optimal performance when deformed. Such an analysis, including the acoustic performance, may
reveal new blade designs that could differ significantly from current low-noise propeller designs. endpart



A
MODELLING METHOD COMPARISON

A.1. AERODYNAMICS MODELLING METHODS
There are several different methods for calculating propeller aerodynamics. With increasing computation
time and fidelity, the most common methods are:

1. Blade Element Momentum (BEM)

2. Lifting-Line Theory (LLT)

3. Lifting-Surface Theory (LST)

4. 3D Panel Method

5. Computational Fluid Dynamics (CFD)

These methods are described in more detail further below. For each method, the basics are explained and
any limitations are outlined. Although Computational Fluid Dynamics (CFD) is mentioned in this list, it
is considered not suitable for a Multi-Disciplinary Analysis & Optimisation (MDAO) application, due to its
computation time being considerably longer than the other methods. As such, it is not further elaborated
upon.

A.1.1. BLADE ELEMENT MOMENTUM METHOD
The blade element momentum method is one of the most commonly used methods for calculating propeller
performance, as it is one of the most simple and cheap methods. It works by dividing the propeller blade
into many small elements in the radial direction [36]. These small segments are then evaluated as 2D airfoil
sections, each with a chord length, airfoil shape and angle of attack. Airfoil polar data is used for the charac-
teristics of each 2D airfoil section. The induced velocities of the propeller change the effective angle of attack
and thus need to be calculated. This is done by combining the base blade element methodology with another
model. The most commonly induced velocity calculation uses the momentum model [36]. The momentum
model replaces the propeller with an actuator disk, adding axial and circumferential momentum to the flow.
An iterative process between the blade element method and the momentum model converges towards an
induced velocity distribution, and thus the loading distribution of the propeller [36].

The BEM method is computationally very cheap, but suffers from several drawbacks. Nonlinear flow effects
such as flow separation, viscosity, and compressibility are not inherently included in the method. Instead,
they can be accounted for via the airfoil polar data. Due to the evaluation of the propeller in 2D sections,
complex flow phenomena such as crossflow and leading edge vortices cannot be modelled. The presence of
tip vortices and multiple blades is merely accounted for using a tip factor, no interaction between blades is
calculated. Finally, the BEM method is traditionally only applicable for simple straight wings. Modifications
to analyse swept wings have been proposed by the likes of Gur & Rosen [36] and Bergmann et al [5] by apply-
ing simple sweep theory or correcting the force directions.
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BEM results have been extensively compared with experimental data [36, 5, 8]. Generally, BEM is very ac-
curate for simple propeller designs under low loading conditions. The accuracy diminishes at high blade
loading due to the onset of non-linear flow effects. For swept blades, only low sweep angles under low load-
ing conditions can be accurately predicted using BEM. Figure A.1 shows a comparison of BEM and test results
of a swept propeller design by Geng et al [8]. It can be seen that the thrust predictions are accurate at low ad-
vance ratios, but the dominance of radial forces at low J makes the method less reliable there. For the power
coefficient, viscous forces are underestimated at low J according to Geng et al [8].

(a) Thrust coefficient at varying advance ratios. (b) Power coefficient at varying advance ratio.s

Figure A.1: Comparison of BEM results and experimental data of a 6-bladed swept propeller. (from Geng et al [8])

A.1.2. LIFTING LINE THEORY
The lifting line theory is a method used to estimate the lift distribution of an unswept 3D wing. Using this
theory, the wing is represented as a bound vortex filament, called the lifting line. Free vortices are placed at
the ends of the bound vortex, generating a downwash on the entire wing [37]. The combination of a bound
vortex with two free vortices at each of the tips is called a horseshoe vortex. The lift distribution cannot
be accurately modelled with a single horseshoe vortex, as such a large number of horseshoe vortices are
superimposed, each with a different length and vortex strength. This is shown in Figure A.2.

Figure A.2: Lifting Line representation of a wing using three horseshoe vortices. (from Anderson [37])

The circulation distribution of the bound vortices is found by solving the fundamental equation of Prandtl’s
lifting-line theory for Γ [37]:

α(y0) = Γ(y0)

πV∞c(y0)
+αL=0(y0)+ 1

4πV∞

∫ b/2

−b/2

(dΓ/d y)d y

y0 − y
(A.1)

This circulation distribution is then used to find the induced angle of attack along the wing span. Similarly to
the BEM method, airfoil polar data or thin airfoil theory may be used to solve for the sectional lift and drag
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coefficients, from which the lift and drag distributions are constructed. The lifting line theory can be applied
to propellers by modelling each blade as a lifting line and accounting for the rotational velocity as a function
of the local radius. Modelling each blade as a lifting line ensures that any interaction effects between the
blades are taken into account. Thus, this method is more accurate than the blade element method, but also
has an increased computational cost.

The LLT suffers from limitations similar to BEM. Viscosity, compressibility, and nonlinear flow phenom-
ena are not modelled. Furthermore, the classical Lifting-Line Theory (LLT) only works for high-aspect ratio,
unswept and untwisted wings. Although there have been several modifications to address this limitation by
the likes of Phillips & Snyder [38] and Goates & Hunsaker [39]. They showed that with these modifications,
the LLT may be used for small sweep angles. At higher sweep angles (> 30◦), the precision decreases.

Validation of the LLT applied to propellers has shown that this method is adequate for the prediction of aero-
dynamic performance in hover and forward flight conditions [36, 40, 41]. It is also widely used in the maritime
sector. Figure A.3 shows a comparison of multiple LLT implementations and experimental results of a mar-
itime propeller by Epps & Kimball [41]. The LLT models show good agreement with the test data across the
entire operating conditions.

(a) Circulation distribution
(b) Thrust coefficient, torque coefficient and efficiency at varying advance

ratios.

Figure A.3: Comparison of LLT results and experimental data of a maritime propeller. (from Epps & Kimball [41])

A.1.3. LIFTING SURFACE THEORY & VORTEX LATTICE METHOD
The previous methods only discretised the wing spanwise. It is possible to discretise the wing chordwise as
well by adding multiple lifting lines in chordwise direction. This is called the Lifting-Surface Theory. Lifting
lines in both spanwise and chordwise directions results in two vortex sheets, where their strength is a func-
tion of both spanwise and chordwise positions. Together, these two vortex sheets form a lifting surface. From
the trailing edge onwards, the vortex sheet of the trailing vortices forms the wake vortex sheet [37].

The Vortex Lattice Method (VLM) is a type of implementation of lifting surface theory. In VLM, the wing
is split into quadrilateral panels, on which horseshoe vortices with strength Γi are placed. The key difference
from classical LST is that horseshoe vortices do not overlap, making VLM computationally more efficient. A
panel with a horseshoe vortex is shown in Figure A.4. Each panel has a control point P, at which the flow
tangency must be satisfied. Placing these panels across the entire wing results in a vortex-lattice system,
shown in Figure A.5. The Biot-Savart law and the flow tangency condition are applied to solve for each vortex
strength. The lift and drag distribution can then be determined.
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Figure A.4: A single panel with a horseshoe vortex. (from Anderson [37])

Figure A.5: Vortex Lattice system on a finite wing. (from
Anderson [37])

Due to the discretisation of the wing in both spanwise and chordwise directions, any wing shape can be ge-
ometrically represented. No airfoil polar data is required either. These are major advantages over BEM and
LLT, though computational costs are higher. The limitations of VLM are that the thickness of the wing is ne-
glected. Compressibility, viscosity, and nonlinear flow phenomena are not inherently accounted for in VLM
either. Modifications have been developed to account for many of these effects [40].

VLM is widely used due to its simplicity and low computational costs. Comparisons with experimental data
have shown that Vortex Lattice Method for propeller applications are accurate when minimal nonlinear flow
effects occur [42, 43]. Even the performance of advanced propfan designs with thin blades and high sweep
angles can be accurately calculated using VLM, as can be seen in Figure A.6. This figure shows the predictions
of the efficiency and power coefficient of two advanced turboprop designs with eight blades. The predictions
of the SR-1 propeller on the left show very good agreement with the experimental data. The more highly
swept SR-3 propeller predictions on the right are less accurate. This is due to centrifugal forces distorting the
SR-3 propeller shape according to Kobayakawa & Onuma [42].

(a) Efficiency and power coefficient at varying advance ratios for the SR-1
propeller.

(b) Efficiency and power coefficient at varying advance ratios for the SR-3
propeller.

Figure A.6: Comparison of VLM results and experimental data of advanced turboprop blades. (from Kobayakawa & Onuma [42])

A.1.4. 3D PANEL METHOD
Panel methods allow for the aerodynamic analysis of any shape, 2D or 3D. They function by covering a surface
in singularities such as vortices, sources, and doublets. The strengths of these singularities are solved by
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applying flow tangency on each panel, which implies that the flow may not go through the body. This makes
the body surface a streamline of the flow. Figure A.7 shows a body surface covered in panels, each with a
control point in the middle where the normal velocity is solved to be zero.

Figure A.7: Panel distribution of a general non-lifting body. (from Anderson [37])

Panel methods are more computationally expensive, but they allow for the evaluation of any body shape,
and can also be applied to propellers. Nevertheless, panel methods are also considerably more complex, as
the distribution of panels on the body is a non-trivial problem, which can significantly impact the results.
Shown in Figure A.8 is the analysis of a 6-bladed propeller [35]. The results are not as accurate as one might
expect from a panel method. Keil claims this is partly due to inaccuracies of the airfoil shape in FlightStream
compared to the propeller model. Other issues such as improper meshing and inaccurate viscosity modelling
may also reduce the accuracy.

(a) Thrust coefficient at varying advance ratios. (b) Power coefficient at varying advance ratios.

Figure A.8: Comparison of FlightStream results and experimental data of 6-bladed propeller. (from Keil [35])

A.1.5. COMPARISON AERODYNAMIC MODELLING METHODS
Validation cases for each aerodynamic modelling method were shown. It is difficult to assign an order of
accuracy based on these validation cases though. Each case pertains to a different propeller and experimen-
tal data. The magnitudes of error for both experimental and modelling results will differ. Instead, to truly
showcase the accuracy of each method, an analysis using multiple different methods is required that encom-
passes wide operating conditions and propeller designs. In this section, some comparisons made in current
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literature are shown to provide more context on the accuracy of the different methods.

GUR & ROSEN - 2008
Gur & Rosen [36] compared different blade element methods for three propeller designs, a two-bladed sys-
tem, a four-bladed system, and a two-swept-blade system. The methods used are BEM, LLT and vortex theory.
All of these models were applied as methods of blade element, meaning that the induced velocities are only
calculated to obtain the effective angle of attack at each blade segment. A database of 2D airfoil data is then
used to find the sectional lift and drag coefficients. Note that the vortex theory is not the same as the Vortex
Lattice Method. This method is not discussed as it is not as commonly applied.

The results of the four-bladed propeller are shown in Figure A.9. The models to consider are the Simplified
Momentum and Lifting Line with Prescribed Wake. It can be seen in Figure A.9 that BEM slightly underes-
timates thrust and power, while LLT slightly overestimates these parameters. Both are less accurate at the
lower limit of advance ratio for each pitch setting, as this is where flow separation starts to occur. Another
detail that can be noted from the paper by Gur & Rosen [36] is that from the two-bladed system (not shown
here) to the four-bladed system, BEM clearly loses accuracy, while LLT does not. This could be due to BEM
only accounting for the number of blades with a simple tip factor, while LLT models the interference between
the blades. However, the two- and four-bladed experiments are completely unrelated, and thus this can not
be stated with complete certainty, as other factors might be at play.

The results of the swept propeller system are shown in Figure A.10. Interestingly, the results of BEM are quite
accurate. Meanwhile LLT overestimates the thrust and power. Gur & Rosen [36] note that due to elastic tor-
sion of the experimental blade, which is not accounted for in the numerical models, the results are generally
overpredicted. Although the BEM model is relatively accurate here, validation of the same or similar sweep
corrections in other studies such as by Geng et al [8] and Bergmann et al [5] have shown poorer accuracy. As
such, it may be possible to obtain accurate results for swept blades for some cases with BEM, but it is not a
reliable method.

Figure A.9: Comparison of different blade element models and test results of a four-bladed propeller. (from Gur & Rosen [36])
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Figure A.10: Comparison of different blade element models and test results of a propeller with two swept blades. (from Gur & Rosen
[36])

BURGER ET AL - 2007
Another comparison including the Vortex Lattice Method is required to show the advantages of this method.
Burger et al [44] compared experimental data of a propeller with a lifting line and vortex lattice solution,
shown in Figure A.11. The lifting line and vortex lattice solutions are almost identical. This is due to the
propeller being straight with no camber. Thus the lifting surface method provides no advantage in accuracy.
Compared to the experimental data, the numerical predictions are underestimated. Though for the power
coefficient predictions, viscous drag is neglected.

Other comparisons of LLT and VLM such as by Karali et al [45] also show almost identical results. In this
case, the lifting surfaces of a simple unmanned aerial vehicle were evaluated. Again, the simple geometry
of the design does not require the increased fidelity that VLM provides. Instead, an analysis of a complex
wing or propeller is required to truly show the increased accuracy of VLM, the author of this literature study
is unaware of such a paper though.

(a) Thrust coefficient at varying advance ratios. (b) Power coefficient at varying advance ratios.

Figure A.11: Comparison of LLT and VLM with experimental data of a three-bladed propeller. (from Burger et al [44])
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A.1.6. AERODYNAMIC MODEL SELECTION
Based on the tools available and the discussion of each of the aerodynamic modelling methods in Part I, the
most suitable method is chosen. The four methods under consideration are:

• Blade Element Momentum

• Lifting-Line Theory

• Vortex Lattice Method

• 3D Panel Method

BEM and LLT tools compatible with the propeller MDAO framework are already available. Furthermore, it
was shown that these methods are accurate and cheap for simple propeller designs. For low-noise propellers,
their applicability greatly diminishes due to their decreased accuracy. Besides, significant modifications are
required to even allow for the discretisation of these complex shapes. Instead, a new aerodynamic tool, based
on either VLM or a panel method will need to be developed. Theoretically, the VLM and panel method should
be more appropriate to analyse low-noise propellers. Their usage of quadrilateral panels allows for the rep-
resentation of any blade shape. The panel method achieves the highest accuracy in discretising the propeller
due to it also modelling the thickness, while this is ignored with VLM. In fact, a panel method might have been
the most suitable method for a purely aerodynamic analysis. The added computational costs are considered
too great of a drawback to include it in a MDAO framework. Besides, increased accuracy is not guaranteed due
to the complexity of meshing and nonlinear flow effects. While the increased fidelity of the VLM compared
to BEM and LLT could not be shown numerically, the underlying principles should prove this methodology
to be the most suitable for this research. It also has the benefit of ease of development and integration due to
its similarity with the existing LLT tool.

A.2. NOISE MODELLING METHODS
Noise prediction methods are often based on the Fwowcs Williams and Hawkings equation, the linear form
of which is shown in Equation (A.2) [4]. The left side of this equation is the linear wave operator acting on the
acoustic pressure p. The right side of the equation contains the source terms. The first term represents the
thickness noise, and the second term represents the loading noise. The two methods for solving this equation
are the time-domain methods and the frequency-domain methods. Each of these methods are explained
further below.

∇2p − 1

c2

δ2p

d t 2 =− δ

δt

[
ρ0vn |∇ f |δ( f )

]+ δ

δxi

[
li |∇ f |δ( f )

]
(A.2)

A.2.1. TIME-DOMAIN METHODS
Time-domain methods solve the Fwowcs Williams and Hawkings equation directly in terms of space-time
variables. They allow for the evaluation of the blade geometry with any level of precision. The result is the
acoustic pressure waveform as a function of time, p(t ).

FARASSAT 1975 - 1992
Farassat published many papers between 1975 and 1992 on the modelling of noise. He developed multiple
formulations to solve the Fwowcs Williams and Hawkings equation, dubbing them Formulations 1, 1A, 2 and
3. For subsonic propeller blades, Formulation 1A is recommended, the derivation of which can be found in
Farassat’s paper [46].

Farassat’s Formulations have been modified and adapted into several commonly used programmes such as
NASA’s Aircraft Noise Prediction Program (ANOPP) [47]. Extensive validation by the likes of Weir and Nguyen
has shown good agreement for propeller acoustic predictions in level and climb configurations [47]. The dive
attitude configurations show a poor correlation.

A.2.2. FREQUENCY-DOMAIN METHODS
Frequency-domain methods use Fourier transformations to remove time from the wave equation. This is ad-
vantageous because it eliminates the need for time-accurate solutions, reducing computational time. Nev-
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ertheless, due to the Fourier transformations, some precision in blade geometry is lost as the thin-blade as-
sumption is applied.

HANSON 1976 - 1992
Hanson developed a theory for the prediction of propeller noise between 1976 and 1992. His solution for
the Fwowcs Williams and Hawkings equation in the frequency domain, the Helicoidal Surface Theory, has
become one of the most widely used methods [24]. The Helicoidal Surface Theory approximates that the
thickness and loading sources act on an advance helix, which is a surface swept out by a radial line rotating at
angular speed n and translating at flight speed V∞ [4]. The complete derivation of the method can be found
in Hanson’s paper [24]. The theory allows for the evaluation of swept and bent blades, appearing as phase
lag effects [24]. These blade parameters, in addition to others, appear explicitly. Thus, their effects on noise
amplitude and phase can be easily evaluated.

Hanson’s prediction method has been extensively validated since its conception [47]. More recently, Kotwicz
Herniczek et al [48] compared different frequency-domain methods, including the Hanson method. The 14
experimental test cases consisted of a range of propeller geometries, blade numbers, microphone locations,
tip speeds and forward Mach speeds. Note that the acoustic models were coupled with a BEM model. Though
any aerodynamic error was considered to have little impact on the acoustic solution according to Kotwicz
Herniczek et al. [48]. From all the test cases, Hanson’s model had the lowest average error of 5.9 dB. In par-
ticular, Hanson’s model underpredicts low-speed swept propellers. These errors are not insignificant, but the
low computational time and the ability to predict acoustic trends are still of great value for MDAO purposes.

A.2.3. ACOUSTIC METHOD SELECTION
Two acoustic solvers have been identified, namely the time-domain method by Farassat [46] and the frequency-
domain method by Hanson [24]. Both methods have been widely applied for low-noise propeller design. At
the FPP department, a tool based on Hanson’s helicoidal surface theory has already been developed. The ad-
vantage of this method is the fact that it allows for the evaluation of swept and bent blades. Validation of this
method has shown that while it may produce errors in acoustic calculations, design trends are generally pre-
dicted well. On the basis of these advantages, and the fact that a tool is already available, Hanson’s helicoidal
surface theory will be used as the acoustic analysis tool for this research.

A.3. STRUCTURAL ANALYSIS METHODS
Structural analysis methods are required to calculate the internal stresses and deflections discussed in the
previous section. While numerical Finite Element Modelling (FEM) is highly accurate, its high computational
time is a major drawback. As such, FEM is not considered any further. Instead, simpler structural meth-
ods are evaluated, in the form of solid mechanics theory of beams. The solid mechanics theory of beams
is a simple tool that allows for the structural analysis of numerous structures. Several beam theories have
been developed, each with different levels of accuracy. The Euler-Bernoulli beam theory is highly suitable
for long, slender beams and is thus most commonly used for the analysis of propeller blades. Besides the
Euler-Bernoulli beam theory, there is also the Timoshenko-Ehrenfest theory, which is also suitable for short,
thick beams. Both methods are discussed and an application to propeller structural design is referenced.

A.3.1. EULER-BERNOULLI BEAM THEORY
The Euler-Bernoulli beam theory describes the behaviour of slender beams subject to bending. Important
beam parameters such as bending distribution, deflections, and internal stresses can be obtained with it.
The Euler-Bernoulli beam theory makes three major assumptions [49]:

• The cross-section is infinitely rigid in its own plane.

• The cross-section of a beam remains plane after deformation.

• The cross-section remains normal to the deformed axis of the beam.

These assumptions are valid for long, slender beams of isotropic material with solid cross-sections. Addi-
tionally, deflections should remain small. Any deviation from these restrictions will result in a loss of accu-
racy [49]. The Euler-Bernoulli beam theory does not account for any twisting. Therefore, it is combined with
a theory of torsion. Specifically, Saint-Venant’s theory of torsion allows for the analysis of a beam with an
arbitrary cross-sectional shape, placed under torsion [49].
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SODJA ET AL 2014 - 2018
The Euler-Bernoulli beam theory has been used for propeller structural analysis by Sodja et al [20]. A math-
ematical model for the design of flexible propellers, based on the Euler-Bernoulli beam theory and Saint-
Venant theory of torsion, was constructed. This structural model was coupled with an extended Blade Ele-
ment Momentum (BEM) model to evaluate the aerodynamic performance. The structural analysis tool, and
its coupling with the BEM model, has been extensively validated using straight, swept forward and swept
backward blades. Some of the results are shown in Figure A.12. Comparison with FEM simulations for a
backwards swept blade in Figures A.12a to A.12c shows very good agreement for in- and out-of-plane bend-
ing. Torsional deformations are underestimated. Compared to the experimental data in Figure A.12d, the
blade deflections are underpredicted. This error may be attributed to an error in the aerodynamic prediction
(BEM), which would also reflect in the structural predictions. In fact, Sodja et al [21] state that this is in fact
the case for the straight and backwards swept blade.
Though obviously, errors are present within the Euler-Bernoulli beam theory, it can correctly predict the
trend of all the blade deflections. This, in combination with its low computational costs, make this a suit-
able method for the structural analysis of low-noise propellers.

(a) Euler-Bernoulli and FEM predictions of blade deflections in y
direction due to a tip force on a backwards swept blade.

(b) Euler-Bernoulli and FEM predictions of blade deflections in z
direction due to a tip force on a backwards swept blade.

(c) Euler-Bernoulli and FEM predictions of torsional deformations
due to a tip force on a backwards swept blade.

(d) Euler-Bernoulli predictions and experimental data of out-of-plane
deformations on multiple (swept) blades.

Figure A.12: Validation of Euler-Bernoulli beam theory implementation. (from Sodja et al [20, 21])

A.3.2. TIMOSHENKO-EHRENFEST BEAM THEORY
The Timoshenko-Ehrenfest beam theory uses the same physical principles as the Euler-Bernoulli beam the-
ory. The difference is that shear deformations are not neglected. The assumption that the cross-section
remains normal to the deformed axis of the beam no longer holds. This makes the Timoshenko-Ehrenfest
beam theory more suitable for short, thick beams.
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MÖHREN ET AL - 2023
The Timoshenko-Ehrenfest beam theory has been applied to propeller structural analysis by Möhren et al
[50]. In this study, anisotropic materials are used for a backwards swept blade. The elastic axis of the blade
is represented by straight beam elements between the shear centres of each cross-section. These beam el-
ements have twelve degrees of freedom. The structural model was compared against FEM, shown in Fig-
ure A.13. Predictions of deformations in the z-direction are almost identical in Figure A.13a. In y-direction,
the deformations become nonlinear at higher applied loads. This is not captured by the linear beam the-
ory and, as such, is inaccurate for larger deflections. The torsional deformations in Figure A.13c are almost
consistently underestimated compared to the FEM data. A more accurate bending-torsion coupling might
improve this fitting according to Möhren et al [50].
Similar to the Euler-Bernoulli beam theory, the Timoshenko beam theory correctly predicts the linear trends
of all the deflections in the propeller blades. As such, it may also be considered a suitable low-noise propeller
structures analysis tool.

(a) Timoshenko and FEM predictions of blade deflections in z
direction due to a tip load.

(b) Timoshenko and FEM predictions of blade deflections in y
direction due to a tip load.

(c) Timoshenko and FEM predictions of torsional deformations due
to a tip load.

Figure A.13: Validation of Bergmann et al Timoshenko-Ehrenfest beam theory implementation. (from Möhren et al [50])
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A.3.3. STRUCTURAL MODEL SELECTION
Two low-fidelity structural modelling methods suitable for propellers have been identified; the Euler-Bernoulli
beam theory and the Timoshenko-Ehrenfest beam theory. The Euler-Bernoulli beam theory is only suitable
for slender beams, while the Timoshenko-Ehrenfest model also allows for short, thick beams. The remaining
underlying physics of the two models are identical. Propeller blades are usually thin and slender, thus the
Euler-Bernoulli beam theory is perfectly suitable for a low-fidelity structural analysis. Furthermore, a struc-
tural tool based on the Euler-Bernoulli beam theory has already been developed at the FPP department. As
such, the structural analysis in this research is performed using an Euler-Bernoulli beam theory and the Saint
Venant theory of torsion.
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