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SUMMARY

It is envisioned that the future generations of regional and short to medium-range air-
craft employ a high level of propeller integration to achieve low-emission flight. The
objectives of unconventional propeller installations include the enhancement of the air-
frame aerodynamic efficiency, increasing the propeller efficiency, improving cabin com-
fort, and improving the overall aircraft design by lower operating empty weight. Further-
more, by employing the aerodynamic interaction in specific phases of the flight, bene-
ficial propulsion integration can also enable the use of alternative energy sources and
increase the electrification level of the propulsion system.

The closer proximity of the propeller and airframe requires a more dedicated inte-
gral design (approach) of both the airframe and propulsion unit. The objective of this
dissertation is to characterize the role of the aerodynamic interaction between the pro-
peller and the airframe on the performance and static stability characteristics for selected
aircraft configurations which aim for a beneficial propeller-airframe interaction. To this
end, three different types of analyses are performed. First, fundamental phenomena
are investigated which provide insight for related configurations and derivatives thereof.
Second, a configuration study indicates the expected trends on various performance in-
dicators. Finally, two detailed studies on aircraft level demonstrate the relative impor-
tance and the coupling between aerodynamic interactions.

The first configuration features propellers that are mounted to the horizontal
tailplane. This is an example where there is a strong interaction between the propeller
and airframe that affects performance, stability, and control, and contains various in-
teraction mechanisms that are of interest for other configurations as well. A second
specific case is the a distributed propulsion configuration with propellers mounted to
the inboard part of the wing (in front of the high lift devices), together with a propeller
mounted to the tip of the wing.

One of the focal points of the current study is extending the understanding of
nonuniform inflow effects on propeller performance and its role in aircraft stability and
trim. Compared to the conventional configuration, for various unconventional propeller
installations, the nonuniform inflow to the propeller differs both in type and magnitude,
and varies with flight condition. The slipstream shape and consequently its interaction
with lifting surfaces are affected as well. These factors directly affect the gradients and
offsets of the propeller force curves and therefore the aircraft stability and trim, respec-
tively.

By employing CFD results, a study has been performed on the sensitivity of the radial
load distribution to a change in inflow condition that is expressed as a change in local ad-
vance ratio. The constructed distributions provide insight into what region of the disk is
responsible for the largest changes of the propeller forces. This has been demonstrated
to be the region of highest loading. It is also shown that for a given propeller design,
nonuniform inflow can be represented by an ‘installation coefficient’ x such that the ef-
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ficiency curve of this uninstalled propeller is scaled along the J and 7, directions by «
to obtain the installed propeller efficiency. Using the data of the isolated propeller for
an arbitrary blade angle, the advance ratio at which the installed case has highest effi-
ciency, as well as the value of the maximum efficiency, can be quantified immediately.
The computational intensive analyses to find the optimum blade angle for the installed
cases are therefore redundant and the formulation of the installation coefficient is there-
fore highly valuable to the aircraft designer. The installation coefficient also gives insight
in what regime of the efficiency-advance-ratio curve the largest changes occur due to
nonuniform inflow.

Since the impact of nonuniform inflow is a prominent factor on aircraft level and
generally requires significant computational effort to characterize its impact on a sin-
gle flight condition, an engineering method has been developed that predicts a time-
resolved solution within several CPU seconds. The method relies on data either ob-
tained from high-fidelity simulations, low-order models, or experiments. A validation
of the method against full-blade CFD data and experimental data from four different
cases demonstrates good agreement in both the prediction of the time-dependent so-
lution and the time-averaged (integral) forces. Compared to relying on isolated perfor-
mance data, this method allows for a better prediction of the performance of aircraft
with tightly integrated propellers, as well as an estimation of the propeller contribution
to the aircraft stability derivatives during the preliminary design phase.

The developed method allowed for the assessment of different propeller configura-
tions, by varying the propeller location and diameter relative to an example full aircraft
configuration. When the propeller is mounted ahead of the wing, the main installation
effect is a change normal-force gradient compared to an isolated propeller and time-
dependent loads. When the propeller is mounted behind the wing, the unsteady loads
increase typically by a factor four compared to the tractor configuration. In line with
other research, an over-the-wing installation especially leads to a reduction in effciency
(highly dependent on chordwise location), significant unsteady loads, and a nonnegligi-
ble downforce. Analyses on propellers that are mounted in a side-by-side arrangement
demonstrate a small reduction in efficiency, primarily caused by the presence of the na-
celles. Unsteady loads are shown to be proportional to the thrust coefficient.

The impact of the propeller on lifting surfaces that are near or submerged in the slip-
stream has been investigated both on a fundamental level, as well as from an applica-
tion level, by evaluating the impact on the two aircraft configurations. The fundamental
study partially confirms the existing knowledge on the topic, while also new findings are
presented for the time-averaged and time-dependent response of the lifting surface.

It is shown that the propeller installation especially leads to more suction on the
leading edge, caused by the finite height of the slipstream relative to the chord length.
When the propeller is operating and the angle of attack is increased, the experimen-
tal data shows that the normalized change in the pressure resembles the one of a
propeller-off case. This result demonstrates that the propeller installation can be de-
scribed by a change in lift curve slope. The propeller increases the effectiveness of the
flap/elevator and is nearly inversely proportional with advance ratio. Also when a con-
trol surface/high-lift device is deflected, there is relatively more loading toward the lead-
ing edges of the main element and the control surface/high-lift device. The larger con-
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tribution of the leading-edge is also observed by the kinetic energy deposition rate that
is evaluated at a large number of stream-wise locations.

Three types of slipstream deformation have been identified that lead to vastly differ-
ent unsteady loads on a lifting surface. The case where there is an alternating number of
vortex pairs residing on the surface and in case there is a strong shear of the slipstream,
the unsteady loads at a spanwise station are maximum. The local chord length relative to
the pitch of the helical vortex is found to be the driving parameter to affect the unsteady
loads. The largest unsteady loads can be expected on the inboard side of the lifting sur-
face due to the higher lift-curve slope in this region compared to the tip region.

Several conclusions are presented on an aft-mounted propeller installation. Detailed
analyses are presented on the installation effect on propeller efficiency, their contribu-
tion to trim and stability. It is shown that the rotation direction has a large impact on
the propeller contribution to these aspects. Overall, mounting the propellers to the hor-
izontal tailplane does not adversely affect the aircraft longitudinal static stability, which
confirms the finding of previous studies. The neutral point shifts aft with increasing
thrust coefficient, up to 5% of the mean aerodynamic chord for a thrust coefficient typ-
ical for climb/cruise with co-rotating propellers. At higher thrust settings, the neutral
point shifts more aft. Exceptions to this are observed at high angles of attack.

At high angle-of-attack conditions, the flow separation from the wing-fuselage junc-
tion is shown to dominate the interaction for the aft-mounted propeller configuration.
By evaluating the relative contributions of each force component, it was found that the
propeller normal force is the dominant contribution to the pitching and yawing mo-
ment coefficient, next to the changes on the tailplane forces. Experimental data show
that on aircraft level, the propeller installation leads to a nonlinear contribution to the
pitching moment due to angle of attack (C,,,) which depends rotation direction. The
large variations of C,, start from the onset of the nonlinearity of the lift curve, because
of the strong nonuniform inflow to the propeller. The slope of the pitching moment
curve becomes up to 25% more negative for an outboard-up configuration, and up to
40% more negative for an inboard-up configuration. In addition, it is concluded that
the propeller installation only has a minor impact on the offset and slope of the C,, —
curve. The main installation effect is a higher/lower propeller side-force contribution,
while the secondary effect is a lower effectiveness of the vertical tailplane. By means of
microphones embedded in the fuselage outer surface, it is confirmed that nonuniform
inflow also affects the unsteady pressures at the fuselage surface, that will directly trans-
late to cabin noise. This is pronounced at high angle-of-attack conditions, but is even
observable for the cruise condition. The current study displays that even for a subop-
timal design, the beneficial propeller-airframe aerodynamic interaction could partially
offset the drawbacks identified for the configuration. These benefits are present despite
the fact that an aerodynamic performance benefit historically has not been the motiva-
tion for studying the configuration with propellers mounted to the horizontal tailplane.

For the study on the case with propellers mounted along the leading edge of a
swept wing, the contributions of the propeller, wing, and the flowfield at the horizon-
tal tailplane are quantified for longitudinal static stability and from a performance per-
spective. On average, the rotation direction “down between blades” has the smallest im-
pact on the downwash angle at the horizontal tailplane relative to the propeller-off case.
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Among other considerations such as unsteady loads, a slipstream impingement intro-
duces rapid changes in the pitching moment curve with angle of attack. Therefore, it
is recommended that the propellers and horizontal tailplane should be positioned such
that the slipstream does not impinge on the horizontal tailplane. The main effect of
the propeller installation is a more negative tail-off pitching moment and the slope of
the tail-off moment curve becomes 5% more negative without significant difference be-
tween the rotation directions. It is demonstrated that the presence of the nacelle is the
dominant factor of the installation when it comes to the slope of the pitching moment
curve with angle of attack. Irrespective of the rotation direction of the inboard propellers,
there is a net increase of the lift coefficient which is proportional to the thrust coefficient.
The airframe lift-to-drag ratio increases between 5% to 8% depending on the reference
drag and rotation direction. A design study on the tip propeller shows that the prod-
uct np% remains approximately constant for a range of propeller radii. A smaller tip
propeller may be advantageous in terms of weight since the torque of the motor is less
(which in some cases is constraining the motor design).

The main two analyses methods that are employed are unsteady RANS simulations
and a variety of experimental measurement techniques. Regarding the unsteady RANS
simulations, the propeller performance for a cruise setting compares well with the ex-
perimental results, even when a relatively coarse mesh is used. Numerical diffusion
is responsible for the large difference in vortex core radius and the associated veloc-
ity gradients, while the circulation of the tip vortex is nearly independent of the grid
choice. However, for the computation of the integral forces of the lifting surface, the ex-
cessive numerical diffusion is not considered a major drawback of an unsteady RANS
approach, as is demonstrated in several validation cases. Moreover, the results on a full
aircraft configuration demonstrate that the CFD simulations are well suitable to predict
the aircraft performance for the clean configuration. The estimated change in axial force
component, i.e. the combined effect of propeller thrust variations and airframe drag,
falls within 2% of the experimental result. The change in slope of the pitching moment
curve is also predicted to differ up to 2% of the experimental result; nearly in the ex-
perimental uncertainty band. A comparison between two well-established models (the
one-equation Spalart-Allmaras model and the two equation k¥ — w shear stress transport
model (SST) model) show significant difference in the flow structures. While the pres-
sure distribution from the simulation using the Spalart-Allmaras model coincides with
experiment, the x — w SST model greatly overpredicts the flow separation. The fact that
two well-known models display such a significant difference highlights the importance
of validation data.

Finally, recommendations for future work are presented. It is expected that future
studies should especially focus on high lift conditions and design modifications that
permits both high cruise and take-off/landing performance. For this, special attention
needs to be paid to the nacelle installation, especially when a large number of nacelles
are installed. Moreover, it is recommended that dedicated benchmark studies are pub-
lished which accelerates further development of propeller-driven configurations.
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De verwachting is dat de toekomstige generaties van regionale vliegtuigen en vliegtui-
gen voor de korte tot middellange afstand gebruik zullen maken van een hoge mate van
propeller-integratie om een vlucht met lage uitstoot te kunnen waarmaken. De intenties
van onconventionele propellerinstallaties zijn onder meer de verbetering van de aero-
dynamische efficiéntie, de verhoging van de propeller efficiéntie, de verbetering van het
cabinecomfort, en een verbetering van het algehele ontwerp van het vliegtuig door een
lager leeggewicht. Verder, door gebruik te maken van de aerodynamische interactie in
specifieke fasen van de vlucht, kan de installatie van propellers ook het gebruik van al-
ternatieve energiebronnen mogelijk maken, net als een verdere verhoging van de mate
van elektrificatie van het voortstuwingssysteem.

De nauwere nabijheid van de propeller en het vliegtuig vereist dat bij het ontwerpen
van het vliegtuig en het voortstuwingssysteem meer kruisbestuiving is. Het doel van dit
proefschrift is om de rol van de aerodynamische interactie tussen de propeller en het
vliegtuig verder te karakteriseren met een focus op de prestatie en statische stabiliteits
kenmerken voor een geselecteerd aantal vliegtuigconfiguraties. Deze specifieke configu-
raties hebben allen het oogmerk op een gunstige interactie tussen propeller en vliegtuig.
Om dit doel te dienen, worden drie verschillende soorten analyses uitgevoerd. Ten eer-
ste, fundamentele verschijnselen worden onderzocht die inzicht geven in de specifieke
vliegtuigconfiguraties en afgeleiden daarvan. Ten tweede geeft een configuratieonder-
zoek de verwachte trends van verschillende prestatie-indicatoren aan. Tot slot tonen
twee gedetailleerde studies op vliegtuigniveau het relatieve belang en de koppeling tus-
sen aerodynamische interacties.

De eerste configuratie heeft propellers die aan het horizontale staartvlak zijn gemon-
teerd. Dit is een voorbeeld waarbij er een sterke interactie is tussen de propeller en het
vliegtuig die de prestaties, stabiliteit en bestuurbaarheid beinvloedt, en bevat verschil-
lende interactie mechanismen die ook interessant zijn voor andere configuraties. Een
tweede specifiek geval is een vliegtuig met verdeelde voortstuwing waarbij propellers
gemonteerd zijn aan de voorrand van de vleugel, samen met een propeller gemonteerd
op de vleugeltip.

Een van de aandachtspunten van de huidige studie is het uitbreiden van het begrip
van niet-uniforme aanstroomeffecten op de prestaties van de propeller en de rol hier-
van op de stabiliteit en trim van vliegtuigen. In vergelijking met de conventionele confi-
guratie, hebben verschillende onconventionele propellerinstallaties een niet-uniforme
aanstroming naar de propeller die verschilt in zowel het type als in de mate waarin deze
niet uniform is. Deze aanstroming is tevens afhankelijk van de vliegconditie. De vorm
van de slipstream en de interactie met de kleppen worden ook beinvloed. Deze factoren
hebben direct invloed op de hellingen en verschuiving van de momentcurves, en dus op
de stabiliteit respectievelijk trim van het vliegtuig.
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Door gebruik te maken van CFD-resultaten is er onderzoek gedaan naar de gevoelig-
heid van de radiale verdeling van de belasting op een propeller blad naar een verande-
ring in aanstromingsconditie die wordt uitgedrukt als een verandering in lokale ‘advance
ratio. De geconstrueerde distributies geven inzicht welk deel van de propeller schijf ver-
antwoordelijk is voor de grootste veranderingen van de propellerkrachten. Dit bleek het
gebied met de hoogste belasting te zijn. Verder wordt er aangetoond dat voor een be-
paald propellerontwerp, een niet-uniforme aanstroming kan worden weergegeven door
een zogenaamde 'installatiecoéfficiént, zodanig dat de efficiéntiecurve van deze niet-
geinstalleerde propeller wordt geschaald langs de advance ratio en efficiéntie richtingen
door deze installatiecoéfficiént, om uiteindelijk de efficiéntiecurve van de geinstalleerde
propeller te verkrijgen. Op deze manier kunnen, gebruikmakende van de karakteristie-
ken van de geisoleerde propeller met een willekeurige bladhoek, de advance ratio waar-
bij de geinstalleerde propeller de hoogste efficiéntie bereikt evenals de waarde van deze
maximale efficiéntie, onmiddellijk gekwantificeerd worden. De rekenintensive analy-
ses om de optimale bladhoek voor de geinstalleerde propellers te vinden zijn daarom
overbodig, en de formulering van de installatiecoéfficiént is daarom zeer waardevol voor
een vliegtuigontwerper. De installatiecoéfficiént geeft ook inzicht in welk regime van de
efficiency-advance-ratio curve de grootste veranderingen optreden als gevolg van een
niet-uniforme aanstroming.

Aangezien het is aangetoond dat de impact van niet-uniforme aanstroming naar de
propellers een prominente factor is op vliegtuig-niveau en het een aanzienlijke reken-
inspanning vereist om de impact ervan te karakteriseren op zelfs een enkele vluchtcon-
ditie, is een versimpelde ‘engineering method” ontwikkeld die een tijdsafthankelijk op-
lossing vindt binnen enkele CPU-seconden. De methode maakt gebruik van data die
verkregen zijn van hoge-orde simulaties, van lage-orde modellen, of van experimenten.
Een validatie van de methode waarbij een combinatie van CFD data van ‘full-blade’ si-
mulaties en experimentele verkregen data van vier verschillende casussen, toont een
goede overeenkomst in zowel de voorspelling van de tijdsafhankelijke oplossing en de
tijdsgemiddelde (integrale) krachten. In vergelijk met het gebruik van karakteristieken
van een geisoleerde propeller levert deze methode een betere voorspelling van de pres-
taties van vliegtuigen, met name als de propellers dichtbij het vliegtuig zijn geinstalleerd.
Eveneens kan een goede schatting worden gemaakt tijdens de voorontwerpfase van de
propeller bijdrage aan de stabiliteitsafgeleiden.

De ontwikkelde methode is gebruikt om verschillende propellerconfiguraties te ver-
gelijken door de propellerlocatie en diameter te variéren ten opzichte van een referentie
vliegtuiggeometrie. Wanneer de propeller vo6r de vleugel is gemonteerd, is het voor-
naamste installatie-effect een verandering normaalkrachtgradiént in vergelijking met
een geisoleerde propeller, en tevens wordt de belasting op de propeller tijdsafthankelijk.
Wanneer de propeller achter de vleugel is gemonteerd, nemen de tijdsathankelijke be-
lastingen typisch met een factor vier toe in vergelijking met de tractorconfiguratie. In lijn
met ander onderzoek leidt vooral een installatie met propellers boven de vleugel tot een
vermindering van de efficiéntie (alhoewel de afname sterk afhankelijk is van de locatie
langs de koorde), aanzienlijke tijdsathankelijke belastingen, en een niet te verwaarlozen
neerwaartse kracht. Analyses op propellers die naast elkaar zijn gemonteerd tonen een
kleine vermindering van de efficiéntie, voornamelijk veroorzaakt door de aanwezigheid
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van de gondels. In deze gevallen blijkt de tijdsafthankelijke belastingen evenredig te zijn
met de stuwkrachtcoéfficiént.

Voor propellers die aan het horizontale staartvlak zijn gemonteerd, worden gedetail-
leerde analyses gepresenteerd over het installatie-effect op de propellerefficiéntie en de
bijdrage van de propellers aan trim en stabiliteit. Het blijkt dat de draairichting een grote
invloed heeft op de propeller bijdrage aan deze aspecten. Deze worden veroorzaakt door
het complexe stromingsveld ter hoogte van de propeller, zelfs bij een lage aanvalshoek.
Bij hoge aanvalshoeken blijkt de stroming die loskomt van de vleugel-romp overgang de
interactie te domineren. Door middel van microfoons ingebouwd in de romp wordt er
bevestigd dat niet-uniforme aanstroming ook invloed heeft op de tijdsathankelijke druk
op het oppervlak van de romp, die zich direct zal vertalen tot extra cabinegeluid. Dit
wordt versterkt bij een hoge aanvalshoek, maar is ook waarneembaar voor de kruiscon-
ditie.

De impact van de propeller op draagvlakken die zich dichtbij of in een slipstroom
bevinden is zowel op fundamenteel niveau als vanuit de toepassing onderzocht, door de
twee vliegtuigconfiguraties te evalueren. De fundamentele studies bevestigen gedeelte-
lijk de bestaande kennis over het onderwerp, terwijl ook nieuwe bevindingen zijn gepre-
senteerd voor de tijdsgemiddelde en tijdsathankelijke belasting op de draagvlakken.

Het blijkt dat de propellerinstallatie vooral leidt tot meer zuigkracht op de voorrand
van een draagvlak, als gevolg van een eindige hoogte van de slipstroom ten opzichte van
de lengte van de koorde. Wanneer de propeller draait en de invalshoek wordt vergroot,
laten de experimentele gegevens zien dat de genormaliseerde verandering in de druk
vrijwel hetzelfde is als het geval dat de propeller niet gemonteerd is. Dit resultaat toont
aan dat de propellerinstallatie kan worden gevat in een verandering van de helling van
de liftcurve. Verder verhoogt de propeller de effectiviteit van het draagvlak, die bijna
omgekeerd evenredig is met de advance ratio. Ook wanneer een stuurvlak of een klep
wordt uitgeslagen is er relatief meer belasting op de voorranden van het hoofdelement
en het stuurvlak of de klep. De grotere bijdrage van de voorrand wordt ook waargeno-
men door de kinetische energie-depositie die wordt geévalueerd op een aantal locaties
in stromingsrichting.

Er worden verschillende conclusies gepresenteerd over een staart-gemonteerde pro-
pellerinstallatie. Voor de meerderheid van de vluchtomstandigheden heeft een derge-
lijke installatie geen nadelige invloed op de langsstabiliteit van het vliegtuig, wat de be-
vinding van eerdere studies bevestigt. Het neutrale punt verschuift naar achteren met
toenemende stuwkrachtcoéfficiént, tot 5% van de gemiddelde aerodynamische koorde
voor een stuwkrachtcoéfficiént die typisch is voor klim- of kruiscondities voor propel-
lers die dezelfde draairichting hebben. Bij hogere stuwkrachtcoéfficiénten verschuift
het neutrale punt meer naar achteren. Uitzonderingen hierop worden waargenomen bij
hogere invalshoeken. De relatieve bijdragen van elke krachtcomponent laten zien dat
de propellernormaalkracht de dominante factor is, naast de bijdragen van de krachtten
die werken op de staartvlak. Experimentele data laten zien dat op vliegtuigniveau de
propellerinstallatie tot een niet-lineaire bijdrage aan de verandering van het duikmo-
ment met de invalshoek, die athangt van de rotatie richting. De grote variaties hierop
beginnen vanaf het het begin van het niet-lineaire gedeelte van de liftcurve vanwege de
sterke niet-uniforme aanstroming naar de propeller. De helling van de duikmoment-
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curve wordt tot 25% negatiever voor een ‘outboard-up’ configuratie, en tot 40% negatie-
ver voor een draairichting die ‘inboard-up’ is. Daarnaast wordt er geconcludeerd dat de
propellerinstallatie slechts een kleine impact heeft op de helling en verschuiving van de
giermomentcurve. Het belangrijkste installatie-effect is een hogere of lagere zijwaartse
kracht op de propeller, terwijl een lagere effectiviteit van het vertikale staartvlak een se-
cundaire effect is. De huidige studie toont aan dat zelfs voor een suboptimaal ontwerp,
de gunstige propeller-aerodynamische interactie met het vliegtuig gedeeltelijk de nade-
len die zijn vastgesteld voor de configuratie compenseren. Deze voordelen zijn aanwezig
ondanks het feit dat aerodynamische prestaties historisch niet de motivatie zijn geweest
om de configuratie waarbij propellers gemonteerd op het horizontale staartvlak te be-
studeren.

Voor de studie van het geval waarbij propellers gemonteerd zijn aan de voorrand
van een gepijlde vleugel worden de bijdragen van de propeller, de vleugel, en het stro-
mingsveld bij het horizontale staartvlak gekwantificeerd om de installatie-effecten op de
langsstabiliteit en prestatie te bepalen. Op de tijdsgemiddelde belasting heeft de draai-
richting ‘down-between-blades’ de minste impact op het binnenste gedeelte van het
horizontale staartvlak ten opzichte van situatie zonder propellers. Naast andere over-
wegingen, zoals de tijdsathankelijke belastingen, introduceert een slipstream een snelle
verandering in de duikmomentscurve met invalshoek. Daarom is het aan te raden om
de propellers en het horizontale staartvlak zo te plaatsen dat de slipstream het horizon-
tale staartvlak niet raakt. Het belangrijkste effect van de propeller installatie is een meer
negatief duikmoment zonder het horizontale staartvlak, waarbij de helling van deze mo-
mentcurve 5% negatiever wordt zonder significant verschil tussen de rotatierichtingen.
De aanwezigheid van de gondels is de dominante factor als het gaat om de helling van
de duikmomentcurve. Ongeacht de draairichting van de binnenste propellers is er een
toename van de liftcoéfficiént die evenredig is met de stuwkrachtcoéfficiént. De lift-
over-weerstandsverhouding van het vliegtuig neemt tussen 5% en 8% toe, athankelijk
van de referentieweerstand en draairichting van de propellers. Een ontwerpstudie van
de propeller die gemonteerd is op de tip van de vleugel toont aan dat het product van de
propellerefficientié en de lift-over-weerstandsverhouding ongeveer constant blijft voor
een redelijk groot bereik van propeller diameters. Een kleinere op de vleugeltip gemon-
teerde propeller kan voordelig zijn qua gewicht, aangezien het benodigde koppel van de
motor lager is (wat in sommige gevallen de beperkende factor is het motorontwerp).

De twee belangrijkste analysemethoden die worden gebruikt, zijn tijdsathankelijke
RANS-simulaties en een verscheidenheid aan experimentele meettechnieken. Wat be-
treft de tijdsafthankelijke RANS simulaties blijkt dat al met een relatief grof grid de pro-
pellerprestaties voor een kruisconditie goed overeenkomen met de experimentele re-
sultaten. Numerieke diffusie is verantwoordelijk voor het grote verschil in straal van de
tipwervel en de bijbehorende snelheidsgradiénten, terwijl de circulatie van de tipwer-
vel bijna onafhankelijk is van de keuze van het grid. Echter, voor de berekening van de
integrale krachten van een dragend vlak is deze numerieke diffusie niet een dusdanig
nadeel van de tijdsafhankelijke RANS-benadering, zoals is aangetoond in verschillende
validatiecasussen. Bovendien tonen de resultaten op een volledige vliegtuigconfiguratie
aan dat de CFD-simulaties goed geschikt zijn om de vliegtuigprestaties te voorspellen
voor de kruiscondities. De geschatte verandering in axiale krachtcomponent, d.w.z. het
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gecombineerde effect van propeller stuwkracht variaties en de weerstand van het vlieg-
tuig, valt binnen 2% van de experimentele resultaat. De verandering in helling van de
duikmomentcurve wordt ook goed voorspeld met verschillen oplopende tot 2% van het
experimentele resultaat, en valt bijna binnen de experimentele onzekerheid. Een verge-
lijking tussen twee gevestigde turbulentie-modellen (het Spalart-Allmaras model en het
K-w shear stress transport model (SST)) tonen een significant verschil in de voorspel-
ling van loslating. Terwijl de drukverdeling van de simulatie met het Spalart-Allmaras
model vrijwel op de experimentele drukverdeling valt, overschat x-w SST-model de los-
lating aanzienlijk. Het feit dat twee bekende modellen zo'n significant verschil laten zien
benadrukt het belang van beschikbare validatiedata.

Tot slot worden aanbevelingen gepresenteerd voor toekomstig onderzoek. Naar ver-
wachting zullen toekomstige studies zich vooral richten op vliegcondities waarbij klep-
pen worden uitgeslagen om een hoge lift te genereren, en zullen zich ook richten op
ontwerpaanpassingen die tot goede prestaties leiden voor zowel de kruisconditie als in
de start- en landingsfases. Hiervoor zal met name goed gekeken moeten worden naar de
bevestiging van de gondels, vooral wanneer er een groot aantal gondels worden gemon-
teerd aan de vleugel. Bovendien moeten specifieke referentiedata worden gepubliceerd
die de verdere ontwikkeling van propeller-aangedreven configuraties zullen ondersteu-
nen.
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INTRODUCTION

With a growing worldwide population and improving average living standards, the im-
pact of human activity on global warming has been increasing since 1800, coinciding
with the beginning of the Industrial Revolution. Nowadays, the public awareness is rais-
ing that both technological advancements and human behaviour need to be adapted
in order to facilitate a sustainable growth. Limiting the rapidly depletion of natural re-
sources and reducing the emission of greenhouse gasses to halt further global warming
cannot be done without systematic changes.

Transportation of people and goods is estimated to contribute around 24% of the to-
tal worldwide emissions of carbon dioxide from human activity [1]. About 2% is emitted
by the aviation sector [2]. Besides the emission of carbon dioxide, the impact of aviation
on global warming is higher (approximately 3.5%), if the effects of contrail formation and
emissions of NOy are also accounted for. With the exception of the worldwide pandemic
in the years 2020 and 2021 that disrupted the aviation industry [3], both passenger num-
bers and passenger-kilometers have been increasing nearly every year since the intro-
duction of commercial aviation, and are expected to rise with 4 to 5% per year through-
out the year 2050 [4, 5]. While road transport is the fastest growing transportation sector
[1], the implementation of technologies for more sustainable land-based transportation
is accelerating. Therefore, the relative share of aviation in terms of environmental impact
compared to other means of transportation is likely to increase with current operations
[6], and with that, also the societal pressure to lower the environmental impact will rise.
To guarantee that air transport remains a viable means of transportation for the general
public for the coming decades, major advancements to the aircraft system are necessary.

As aviation is highly integrated in the world economy and in society, it also means
that developments should not merely aim at reducing environmental impact, but they
also need to comply with sustainability in a broader perspective. Ideally, current stan-
dards in terms of safety, comfort, financial cost, and availability should be met to at least
comparable extent. As some of these aspects may hamper progress to lower environ-
mental impact by aviation, the importance of these factors relative to reducing the en-
vironmental impact is a trade-off that society has to make. Provided that the European
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Commission has announced the European Green Deal [7] to move forward, the environ-
mental impact has a heavy weighting factor in this trade-off.

There are different areas of the aviation sector that have potential to be improved
to reduce environmental impact [8, 9]. These include policies (e.g. refinement of en-
vironmental standards), (flight) operations, infrastructure, the transition to alternative
fuels, and aircraft technologies. Even though most of the improvements could be im-
plemented independently, the implementation of one can also enable another. For ex-
ample, if (future) airports would allocate more space at the gates, aircraft with a larger
span and therefore higher aerodynamic efficiency could enter service. If the airlines and
routes would allow for more flexibility in terms of cruise Mach number, aircraft could be
designed to fly at a Mach number that is most efficient for the configuration and mission
[10]. If flight at a lower Mach number is beneficial for the fuel burn for a certain mission,
the positive side effect is this flight is conducted at lower altitude and therefore contrail
formation is reduced [10].

The current share of fuel cost relative to cash operating cost ranges between 30% to
45% for short to medium-range missions [8]. A significant reduction of 15% of fuel burn
would therefore lead to only 5% lower cost for the airline. This may not be sufficient for
an airline to invest in fleet renewal and leaves little room for the aircraft manufacturer
to make significant investments in radical designs. If fuel consumption would be a more
prominent factor over cost and flexibility for airlines, aircraft would be selected that are
better suitable for a particular mission. Stepping away from the current top level require-
ments and today’s standards may be inevitable to open the door for aircraft designs and
propulsion systems that are more tailored for a particular mission [8].

Although improvements in operations can be made, the transition to alternative fu-
els and energy sources onboard the aircraft is inevitable to reach major reductions in
environmental impact. Research on synthetic kerosene, fuel-cells, liquid hydrogen, and
batteries is ongoing and will accelerate in the coming decades [11]. The implementation
of these energy sources will depend on how successful the mitigation of certain draw-
backs on aircraft and infrastructure level will be.

The first step within reach that could enable the implementation of radical new en-
ergy sources, is therefore to implement a highly efficient propulsion system and improve
airframe designs. By integration of a propulsion system, that in itself is highly efficient,
with the airframe, synergistic advantages can be employed [12]. The challenges that arise
in the integration of such efficient propulsion systems with the airframe need to be tack-
led to enable further development of energy-efficient transport aircraft configurations
for the future. This dissertation aims to address aspects of several of these challenges.

1.1. EFFICIENT AEROPROPULSION SYSTEMS

The main purpose of an aeropropulsion system for an aircraft, i.e. a propulsor coupled
to a motor, is to provide thrust. This force is used to overcome aerodynamic drag, to
accelerate the aircraft, and to gain altitude. Historically, the energy source has been a
hydrocarbon-based fuel and the motor a reciprocating piston engine until the introduc-
tion of the gasturbine. Since the first powered flight conducted in 1903 by the Wright
brothers, the propulsor in most cases has been a rotor. A ducted rotor is often referred to
as a ‘fan’, while modern versions of an unducted propulsor are sometimes called ‘open
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rotor’ or ‘propfan’ [13], and are typically driven by gasturbines. Because of the lack of
fundamental differences for the propulsor, hereinafter the unducted propulsor is simply
referred to as a ‘propeller’.

The useful work that is performed on the flow that passes through the propulsor,
i.e. the thrust multiplied by the flight speed (‘thrust power’), requires power that has
to be provided by the motor. The ratio of this useful thrust power to the power that is
provided to the slipstream, is called the propulsive efficiency [14], and is a measure in
how efficient a propulsor is in producing thrust. This efficiency depends on the relative
increase in axial velocity through the propulsor, or alternatively, the pressure rise over
the propulsor. A high propulsive efficiency can be obtained if the velocity rise is small.
Therefore, to produce a certain thrust, a large disk area of the propulsor is beneficial
from a propulsive efficiency point of view.

In order to achieve large disk areas, the bypass ratio of turbofan engines has been in-
creasing over the past decades [15], leading to large nacelles. The nacelle has a profound
effect on the performance of the propulsion system. For example, at low speed, the suc-
tion on the nacelle lip can lead to a thrust force that is over 50% of the thrust produced by
the fan [16]. For a given fan diameter, the reduced tip-losses allow for a higher maximum
thrust compared to propellers. Cruise at higher Mach numbers can be achieved because
of lower compressibility losses from a carefully designed distribution of the duct area.
The duct also shields noise, can house thrust reversers, and provides shielding in case of
an in-flight blade failure.

Being the engine of choice in the last decades, research and development on turbo-
fans has led to significant progress in terms of the gas turbine, the introduction of gear-
boxes, and lightweight composite fan blades. Today’s state-of-the-art turbofans have
bypass ratios between 10 to 12, a fan pressure ratio between 1.5 and 1.7, and propulsive
efficiencies around 0.7 at Mach 0.8 [15]. Despite various developments on ultra-high by-
pass ratio turbofans with contra-rotating fans, the drag of large nacelles adversely affects
the performance of the propulsion system and is a clear drawback of turbofans. The gain
in net propulsive efficiency of turbofans with bypass ratios over 15 to 20 would be offset
by the added nacelle drag and weight, and can therefore not be increased substantially
from today’s values [15, 17]. Instead, large propellers can be chosen, such that low pres-
sure ratios around 1.1 can be achieved by the propulsor to realize propulsive efficiency
gains of 10 to 15% compared to state-of-the art turbofans [18].

Research has not been limited to turbofans, as in particularly the increase of fuel
prices around 1973 was a motivation to direct research programs to increase the fuel ef-
ficiency of transport aircraft. The high performance of unducted propellers compared
to the ducted counterpart led to the development of an advanced turboprop concept
known as the ‘propfan’, and was a focus point of research for about 15 years. Through a
number of research programs initiated by NASA and conducted by both industry part-
ners and research institutes, several areas of improvement were investigated to arrive at
a complete propulsion system that could be installed on a passenger transport aircraft
flying at high-subsonic Mach numbers. At these high Mach numbers, the propeller tip
is supersonic, with typical values of the helical tip Mach number range from 1.1 during
take-off up to 1.4 during cruise at Mach 0.8. These conditions were found to be detri-
mental to the propeller efficiency caused by compressibility losses. Both cabin noise
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and community noise levels would be unacceptable if no adjustments were made to the
propeller design. These included new airfoil designs, high solidity, modifications to spin-
ner and nacelle, and blade sweep. These finding can be found in today’s state-of-the-art
turboprop, of which an example is shown in Fig. 1.1a. Thanks to a variable pitch, the
propellers can achieve high efficiency for a large range of operating conditions, as the
propeller can operate at its most efficient advance ratio*. This is reflected as improved
climb performance for the turboprop aircraft [19], which is advantageous for airports in
rural areas as community noise can be reduced. The use of variable blade pitch is also
used as thrust reverser without the additional complexity that is otherwise required for
turbofan engines.

(a) Variable pitch propellers of the Airbus A400M. (b) SAFRAN counter-rotating open-rotor test setup.
Copyright: Airbus. Copyright: Safran No. SSAF04568.

Figure 1.1: State-of-the-art propeller propulsion systems.

During the investigations into the single-rotating propeller, the contra-rotating
open-rotor became of interest because for its performance at high Mach numbers. In
Ref. [20] it is predicted that at M = 0.8 a 7.5% higher propulsive efficiency can be ob-
tained compared to the single-rotating propeller, in particular due to lower swirl losses.
For a given fan diameter, this concept also achieves higher thrust than a single-rotating
propeller, which can be beneficial if the disk diameter is constrained by the minimal
ground clearance. Recently, the counter-rotating propeller propulsion concept was re-
visited in a CleanSky project and successful ground tests were performed (see Fig. 1.1b).
Although such design is technically feasible, it was found that the disadvantages in terms
of complexity and reliability are clear drawbacks compared to a single-rotating propeller
[18].

The operational limitations for the single-rotating propeller are primarily related to
the maximum flight Mach number. For the short to medium-range mission, a reduction
of flight Mach number from the typical Mach 0.8 up to 0.6 to 0.7 would have a marginal
effect on block time as the cruise phase is relatively short. Additionally, the consequence
is that cruise should take place at lower altitude to fly at the optimal lift-to-drag ratio,
which is therefore achieved relatively quickly. On average, a high propulsive efficiency is

*The advance ratio is the ratio of the flight speed relative to the tip speed
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obtained over the whole mission as the propellers also have high efficiency during take-
off and climb phases. For a typical 500 nautical mile mission, nearly half of the fuel is
used in the take-off and climb phase [15], and a higher efficiency in this phase would
reduce the block fuel significantly. For example, several studies in the 1980s estimated
block fuel savings up to 20 percent can be realized compared to technology-equivalent
turbofans for missions that are climb and approach dominated [13, 21-23]. Flights of
medium-range (1,000-2,000 nautical miles) with design cruise Mach numbers between
0.7 to 0.8 are predicted to achieve fuel savings of 10 to 20 percent [13, 23, 24]. Therefore,
the most suitable missions for propeller propulsion is short to medium range [15, 18, 21,
25-32].

Various roadmaps, for example Refs. [9, 11], have been constructed and supported by
industry, universities, and research institutes which outline potential pathways to more
sustainable aviation. Although each roadmap project had different time-lines and views
on the role of certain energy sources, there is common ground that propeller propulsion
is one of the fundamental building blocks for the energy-efficient aircraft of the future
for short to medium range missions.

1.2. OPPORTUNITIES AND CHALLENGES OF PROPELLER INTE-

GRATION

As the propulsion system is mounted to the airframe, the flowfield of the propulsor lo-
cally influences the aerodynamic forces on the airframe. In its turn, the airframe changes
the flowfield that is experienced by the propulsor. This aerodynamic interaction between
the propulsor and airframe exists for any aircraft to a certain extent. Already the early
days of aviation, for example in 1920 in Ref. [33], it was identified that by careful place-
ment of the propulsion system relative to the airframe, in particularly close to the lifting
surfaces and drag producing bodies, that the efficiency of the propulsor and airframe
theoretically could be increased relative to their performance in isolated conditions.
Around that time, it was realized that the propulsor and airframe should not be treated
as individual components but instead their interaction should be taken into account to
determine their combined performance. The careful installation of the propeller in such
way that it leads to a performance benefit, is referred to as beneficial propeller integra-
tion.

1.2.1. IMPROVED AIRFRAME PERFORMANCE

Today'’s state-of-the-art passenger and military transport aircraft have tractor propellers
mounted to the wing, e.g. the ATR-72, Bombardier Q400 and Airbus A400M. Throughout
history various other propeller configurations were selected. The choice for a particular
propeller location relative to the airframe was be motivated by several design criteria
[25], for example structural rigidity of the engine mounting, aircraft weight and balance,
ground clearance constraints, and considerations for operation such as accessibility for
maintenance. The choice for the type and number of engines was also constrained by the
availability of power plants [34]. With a few exceptions, propellers that were mounted to
the wing leading edge became mainstream since the introduction of the Douglas DC-1
in 1933.
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The awareness of potential benefits of propeller installation on component level has
recently led to the appearance of a wide range of alternative aircraft configurations with
the objective of higher propeller efficiency or higher airframe efficiency. The perfor-
mance benefit could be a direct result from propeller integration, e.g. a lower induced
drag in cruise could lead to lower block fuel for a mission. Another form of beneficial
propeller integration are indirect benefits that come from design modifications relative
to the uninstalled configuration. These could be from e.g. improved stability character-
istics from propeller installation that lead to smaller and lighter stabilizing surfaces.

It has been recognized by various studies that for a tube-and-wing aircraft that the
wing lift-to-drag and high-lift characteristics to a large extent determine the overall air-
craft performance. An enhancement of these performance indicators have therefore a
large impact on the fuel consumption and need to be quantified already in the early
stages of the design [35]. For propellers mounted to the leading edge, the swirl and
increase in dynamic pressure changes the load distribution along the wing span. The
wing removes some of the swirl in the propeller slipstream, and thereby reducing the
wing induced drag [36, 37]. By careful installation, high-lift capabilities in take-off con-
dition or approach condition can significantly be enhanced [38-41]. For example, the
Antonov-70 STOL (short take-off and landing) aircraft with four engines has proven lift
coefficients up to Cr, = 7, allowing for take-off over a runway length that is only half of
the one required for conventional aircraft of similar class with turbofan engines [42]. For
twin-engine aircraft similar reductions in field length have been found [43, 44].

Alternative to reducing the wing’s induced drag by mounting propeller on the in-
board part, tip-mounted propellers have shown clear potential to reduce the induced
drag even further. Already in 1969, Snyder [45] showed that by mounting the propeller to
the wingtip can increase both lift and reduce induced drag of the wing where the effect
of the wingtip vortex is partially cancelled by the propeller induced swirl [46]. In several
fundamental studies, [36, 47-49], this benefit is confirmed and drag reductions between
10% to 15% are achievable for the wing, while on aircraft level this would translate to
approximately 5% to 10% in cruise conditions.

The outlook that suitable electric motors could become available in the foreseeable
future has led to a wide range of studies on distributed propulsion. The aerodynamic
performance benefits that can be gained by the distributed propellers also makes the
utilization of hybrid-electric propulsion more feasible [50]. By installing an array of pro-
pellers to the leading edge of the wing, a large portion of the slipstreams interacts with
the wing. In such case, the propeller-wing interaction can therefore be better tailored
for specific conditions, contrary to a conventional twin-engine configuration. Tailoring
of the integration entails for example local enhancement of lift in select flight conditions
by using only the propellers that are upstream of high lift devices [38]. The consequence
of improved performance in low speed conditions, is that the wing area can be designed
for cruise conditions, which is an important design consideration for the NASA X-57, see
Fig. 1.2a. Distribution of thrust can also partially relieve the ground clearance constraint
on the propeller diameter, such that a larger total disk area could be installed relatively
easily, noticeable for the Airbus ZEROe concept with six electric motors, shown in Fig.
1.2b. In several studies [51-54] it was found that if propellers are mounted above the
wing (i.e. over-the-wing propellers), higher maximum lift can also be achieved by delay-
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ing separation on the high-lift systems. In cruise condition, such installation can also
enhance the wing lift-to-drag ratio by increasing both the effective angle of attack and
dynamic pressure to the wing.

(a) All electric NASA X-57. (b) Artist impression of the Airbus ZEROe ‘pod’
Credits: NASA/Advanced Concepts Lab, AMA, Inc. configuration (2020), with fuel-cell powered electric
motors. Copyright: Airbus.

Figure 1.2: Envisioned aircraft configurations with a wing-mounted distributed propulsion system.

1.2.2. IMPROVED PROPELLER PERFORMANCE

Besides the potential of enhancing airframe performance, also the propeller perfor-
mance can be significantly improved by careful installation. If the propeller is positioned
in a flowfield with low axial momentum or high momentum in transverse direction, it
exchanges the kinetic energy that is otherwise dissipated in the trailing vortex system
[55, 56]. The most notable examples are the swirling flowfield induced by the wingtip
vortex and the lower axial velocity as a result of friction on the fuselage. A pusher pro-
peller that rotates opposite to the wingtip vortex can lead to propeller efficiency gains
in the order of 10% [36, 57]. If the propeller operates in the wake or boundary layer of
the fuselage efficiency gains between 5% and 10% are possible [58, 59]. While this inte-
gration technique is widely utilized to enhance the performance of marine propulsors,
only a handful of manned aircraft have propellers mounted to the aft fuselage, e.g. the
Dornier DO 334, Douglas XB-42, Saab 21, LearFan 2100, and more recently the Celera
500L.

1.2.3. AIRCRAFT STABILITY AND TRIM

The influence of the propellers is not limited to altering the aircraft’s lift and drag: they
directly and indirectly alter the aircraft’s static stability, trim, and control characteris-
tics as well, through several mechanisms. First, the propeller in-plane forces [60] alter
the aircraft moment curves, depending on the propeller location relative to the center
of gravity [61, 62]. These in-plane force gradients are affected by the airframe induced
flowfield when the propeller is in proximity of the airframe. Altough the classical lin-
ear models for the prediction of propeller in-plane forces may suffice for wing-mounted
propellers [61, 63], but for configurations where propeller inflow highly depends on the
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flight condition, these would be inaccurate. Secondly, the propeller induces aerody-
namic forces on the airframe and therefore alters its moment coefficients, for example
a wing that experiences the propeller slipstream. Finally, in its turn, the wing’s down-
wash and therefore flowfield at the stabilizing surfaces is affected by the propeller as
well. While this is an indirect effect of the propeller, it could be the primary installation
effect on aircraft level [39, 62-66].

The most critical condition determines the size of the stabilizing surfaces, which is
either driven by a trim, control, or stability constraint. This condition therefore directly
influences the aircraft performance through the structural weight of the tail, the drag of
the tail, and the trim drag resulting from deflecting the control surfaces to nullify the
pitching moment about the center of gravity [67]. The consequences of the propellers
on the aircraft’s static stability and control characteristics therefore also indirectly play a
role on the aircraft performance as found in several publications [39, 61, 63, 65, 66].

1.2.4. NOISE AND UNSTEADY AERODYNAMIC LOADS

In conclusion, the goal of propulsion integration optimization should not be limited to
achieving higher aerodynamic efficiency. Integration techniques to achieve high energy-
efficiency is often accompanied with additional noise, as some form of nonuniform in-
flow to the rotor exists which can contain a high turbulence level [23, 68-70]. Mitiga-
tion of this interaction noise has been a focus point of propeller integration since the
research on high speed and advanced turboprops. A drawback of unducted propellers
is increased cabin noise [71, 72], in particular for flight Mach numbers above 0.6. This
noise is caused by an airborne contribution due to the unsteady pressure field induced
by the rotating blades, and a structureborne contribution due to vibrations from the en-
gines, propellers, and propeller-airframe interaction [69, 73-75]. Despite successful re-
ductions of cabin noise by employing various techniques [69, 71, 72, 76-83], the cabin
noise levels of current turboprops are still several decibels higher compared to turbofan-
driven aircraft [72, 74, 79]. This noise penalty is aggravated due to the tonal components
of the noise spectrum, which are perceived by passengers as more annoying than broad-
band noise [72].

The turboprop is inherently noisier than a state-of-the-art turbofan engines for the
same thrust level, due to the absence of a nacelle that acts as a noise shield [18]. Be-
cause from a certification point of view, only community noise is assessed, the superior
climb performance is a clear advantage of the turboprop. Moreover, several studies have
shown that community noise for typical regional turboprop aircraft is well below the
certification standards [13, 23].

Wing-mounted tractor propellers of today’s aircraft produce the highest sound pres-
sure levels on the fuselage outer surface within +30deg from the propeller rotation plane
[72, 84, 85]. A large reduction in perceived airborne and structureborne noise can po-
tentially be achieved by mounting the propeller propulsion system to the tailplane or a
pylon, as already proposed in the 1980s [21, 25, 29, 75, 86, 87], and this configuration is
also proposed in more recent studies [18, 88]. Two examples are shown in Fig. 1.3. The
General Electric GE36 counter-rotating propulsion system has made testflights fitted to
a Boeing 727 in 1986. In 1990, Embraer made several test flights with prototypes of the
CBA-123 aircraft, but production was never started. The NAL Saras, an aircraft designed
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by the National Aerospace Lab of India, is the only production aircraft with aft-fuselage
mounted propellers to date, and will be in service by 2025. Recently, Embraer announced
the Energia Family with either propellers mounted to the vertical tailplane, or to pylons
that are mounted to the rear part of the fuselage, shown in Fig. 1.3a. Embraer noted the
significant (cabin) noise reductions of this particular layout as a key driver. Moreover,
the aft-mounted layout also enables a relatively compact integration of alternative fuels
(such as hydrogen) compared to a wing-mounted installation. A similar layout has been
proposed by the company Eviation for the Alice aircraft (Fig. 1.3b).

(a) Embraer Energia Family. Copyright: Embraer. (b) Eviation Alice. Copyright: Eviation Aircraft Ltd.,
with permission.

Figure 1.3: Examples of rear-mounted propeller configurations that are currently in development.

Integration techniques where the propeller operates in a highly nonuniform flow-
field, also leads to cyclic loads on the motor, gearbox, and airframe, and therefore also
impacts passenger comfort. Passenger comfort is also influenced by the unsteady loads
on the airframe that are induced by the propeller slipstream and are experienced as vi-
brations. The aft-mounted propeller is therefore an excellent example where on the one
hand, cabin noise is aimed to be reduced, while on the other hand, interaction noise and
potential more pronounced vibrations arise from such installation [69, 74, 89]. There-
fore, the understanding of the interaction phenomena is necessary to mitigate such ad-
verse side effects.

1.3. OBJECTIVE OF DISSERTATION

The motivation of this dissertation is driven by the untouched potential of known pro-
peller integration techniques that could lead to more efficient aircraft that are flying to-
day. Existing studies on novel propulsion integration often focus on the aerodynamic
benefits on component level. The assessment of the aerodynamic performance on air-
craft level is often out of the scope of the study, which also means that the studied phe-
nomena are confined to the ones that are relevant on component level. A translation of
such results to aircraft level would require broader aerodynamic analyses that address
the relevant flow quantities and force coefficients. On the other hand, conceptual and
preliminary design studies aim at identifying the potential of a propeller configuration
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on aircraft level, but often do not include sufficient detail to properly assess a perfor-
mance gain. Also in these studies, the installation effects that go beyond the interaction
of the propeller and a single component of the airframe are often neglected. The poten-
tial benefits of propeller integration can therefore be overestimated or underestimated.

Given the emerging interest in configurations with unconventional propeller instal-
lations, it follows that the dominant interaction effects which directly or indirectly con-
tribute to performance, stability, and control need to be identified in order to establish
fair comparisons. The notional sketch in Fig. 1.4 provides an overview of various pro-
peller locations and the typical goal of such installation. Although various propeller con-
figurations have shown either promising efficiency benefits or reductions in noise, these
margins can quickly diminish if the complete aerodynamic interaction on aircraft level
is quantified.

wingtip-mounted —0 over-the-wing propellers

tractor propeller
pylon-mounted Goal for particular installation:
propeller

. to enhance propeller efficiency

wing-mounted ~ —> | \ @  to enhance airframe performance
tractor propeller

to reduce cabin noise

aft bulk
leading-edge > head
propellers

tailplane-mounted
«— propellers

boundary-layer
ingesting propeller

«—— wingtip-mounted
pusher propeller

Figure 1.4: Examples of propeller integration at configuration level with main goals annotated.

From Fig. 1.4, several key differences in the type and magnitude of interaction can
be recognized for the integrated configurations compared to the conventional, wing-
mounted configuration:

e The aerodynamic forces on the propeller are a more prominent factor that influ-
ences aircraft stability.

e The effect of the propeller on the airframe aerodynamic forces could play a larger
role on aircraft performance, stability, and control, as the aerodynamic interaction
typically occurs far from the center of gravity. Moreover, undesired side effects
from the propeller installation could be therefore be amplified.

e The interaction can be more complex, in particular when the propeller loading
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and its slipstream are more affected by the airframe induced flowfield. In those
cases, the aerodynamic interaction is more dependent on flight condition.

The understanding of the driving interaction phenomena that play a role on aircraft
level is therefore crucial for comprehensive configuration studies, and ultimately, can
lead to improved design choices. This has led to the following objective of this disserta-
tion is:

.... to characterize the role of the aerodynamic interaction between the pro-

peller and the airframe on the performance and static stability characteris-
tics for selected aircraft configurations which aim for a beneficial propeller—
airframe interaction.

The main research question is:

What are the fundamental mechanisms that determine the airframe perfor-
mance, static stability, and control characteristics when propellers are in close
proximity to the airframe and how can these be predicted?

The following sub questions will be addressed:

1. What are the physical mechanisms that determine the propeller performance in
installed conditions?

2. What aspects need to be captured for a lower order method in order to accurately
estimate the propeller loading caused by nonuniform inflow?

3. How do different propeller configurations compare in terms of cruise performance
and what design guidelines can be formulated?

4. What are the physical mechanisms that determine aerodynamic forces on the air-
frame as the result of propeller installation?

5. What approaches should be followed to reduce or avoid unsteady loads on the
airframe and propeller when they are in proximity to each other?

6. What are the key parameters that determine the airframe performance, static sta-
bility, and control characteristics when propellers are in close proximity to the air-
frame and what is their relation to aircraft design?

1.4. SCOPE AND RESEARCH APPROACH

The aerodynamic interactions are studied on a select number of configurations and con-
ditions that would be representative for regional transport aircraft. For these type of air-
craft, it is the airframe that typically produces the dominant flowfields and aerodynamic
forces, while the propeller typically introduces a change to these, with magnitudes up to
the ones introduced by the airframe. The scope is limited to fixed-wing aircraft. There-
fore, cases where the propellers or rotors produce the dominant flowfields (such as ver-
tical take-off and landing (VTOL) vehicles) or cases where there is significant flow sepa-
ration from the propulsor and airframe (such as rotorcraft and other VTOL vehicles), are
out of the scope.

11
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The conventional, wing-mounted propeller configuration has been addressed in a
large number of studies. This configuration therefore is not treated specifically in this
thesis, although some of the fundamental interactions discussed herein apply to the
wing-mounted configuration as well. For the selection of the configurations and cases,
several aspects are taken into account: The propellers are located far from the center of
gravity, typically experience a significant nonuniform flow induced by the airframe, the
propeller inflow is a function of flight condition, and the airframe experiences a nonax-
isymmetric slipstream. The following ‘top level’ configurations are studied on compo-
nent and for some on aircraft level:

1. Propellers that are mounted behind the center of gravity and have limited effect
on the wing:

e Propellers behind a wing

e Propellers in close proximity to the fuselage

2. Propellers that are mounted far from the center of gravity in lateral direction and
have a moderate effect on the wing:

e Wing-tip mounted pusher propellers

e Over-the-wing propellers

3. Propellers that are mounted ahead the center of gravity and have a large effect on
the wing:

* Distributed propellers along the leading edge of the wing

* Wing-tip mounted tractor propellers

A particular case that is treated in detail herein is a configuration where propellers
are mounted to the horizontal tailplane. This case is motivated by the European Union
CleanSky2 project IRON shown in Fig. 1.5 and serves as the starting point for this disser-
tation. The tail-mounted propeller configuration is an example where there is a strong
interaction between the propeller and airframe that affects performance, stability, and
control, and contains various interaction mechanisms that are of interest for other con-
figurations as well. A second specific case is the a distributed propulsion configuration
with propellers mounted to the inboard part of the wing (in front of the high lift devices)
and a propeller mounted to the tip of the wing. In such configuration, the propellers are
in front of the center of gravity, and the dominant aerodynamic interaction is the effect
of the propeller on the wing, and which in its turn influences the flowfield at the hori-
zontal tailplane. This particular configuration is part of the European Union CleanSky2
project NOVAIR.

The analyses that have been performed are a combination of studies on component
level (in absence of the rest of the aircraft), as well as studies on full aircraft level which
entails the full aerodynamic interaction. On a component level, a specific effect can be
addressed as the aerodynamic phenomena are isolated or simplified. Figure 1.6 shows

12
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Figure 1.5: The CleanSky IRON configuration with propellers mounted to the horizontal tail.
Credits: CleanSky.

the examples of the configurations on component level and aircraft level that are dis-
cussed throughout the thesis, with the aspects that are in particular of interest. The stud-
ies on component level can be considered simplifications of the integrated propeller.
Besides the distributed leading-edge configuration and the horizontal tailplane configu-
ration, the exploratory study to determine overall aircraft cruise performance considers
awider range of configurations. This is a study that focuses in particular on the propeller
performance by comparing its performance that is influenced by the airframe induced
flowfield, maintaining an equilibrium state, while the aircraft performance is affected by
trim drag and changes in lift-to-drag ratio.

As highlighted in Section 1.2, aircraft design alternations as the result of propeller—
airframe aerodynamic interaction may be the primary reason for the particular propeller
position. However, aircraft (aerodynamic) design is not specifically discussed in this dis-
sertation. Where applicable, it is noted that an effect is classified as ‘small’ or ‘significant’,
based on the nondimensional force coefficients. It is attempted to put these values in
perspective, but in end it is the aircraft designer that judges if the effect is indeed ‘small’
or ‘significant’. The following practical constraints are set to further limit the scope of the
research discussed herein:

e Despite the fact that modern propellers have swept propeller blades, the cases
treated in this dissertation have unswept blades.

e As discussed in Section 1.2, airborne noise, structureborne noise, and airframe
vibrations are crucial aspects for propeller-driven aircraft, in particular when the
propellers are highly integrated. These aspects are briefly addressed in some of
the analyses, but are by far not explored to the full extent. The discussions are
therefore meant to identify possible future research areas.

13
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¢ Although for the various engine configurations there is an exhaust jet that partially
contributes to the thrust and also modifies the flowfield in the vicinity of the air-
frame [37]. These effects are not considered in this dissertation; the shaft power
production is decoupled from the aerodynamic interaction study.

¢ The fundamental interactions are studied at low flight Mach numbers and the
effect of compressibility is not treated specifically (although briefly discussed in
Chapter 2). However, operating conditions and the nondimensional force coeffi-
cients are selected with care to represent a range of full-scale conditions.

A combined experimental and numerical approach is selected for several reasons.
The experimental analyses are more suitable for various configurations and conditions
where large gradients in the flowfield and flow separation dominate the forces on the
airframe and propeller. The experimental work also provides validation data that is not
only used to strengthen the presented numerical results in this dissertation, it also serves
as validation material for studies by others. Numerical simulations are used to trace the
cause of a certain aerodynamic phenomena, as the complete description of the flowfield
can be analyzed, and some of the uncertainties that are present in experimental work are
absent. Furthermore, distributions of loads are readily available in a numerical solution,
even on components on which force distributions are difficult to measure (for example
on the propeller blades). The choice for high fidelity CFD is motivated by the necessity
of capturing both the primary interaction phenomenon as well as secondary interaction
phenomena. Lower order models often lack the capability to estimate for example the
development of the slipstream in the proximity of the airframe, in particular if the slip-
stream is deformed due to its encounter with the airframe. The exception of using high
fidelity tools is the propeller analysis method which is developed as part of the disserta-
tion (Chapter 5). Such lower order method also allows to understand the impact of the
installation as it is sensitive to design changes and is therefore not a means to an end,
but is an integral part of the analyses.

14
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Figure 1.6: Various levels of aerodynamic studies with each having a different focus and goal.
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1.5. OUTLINE OF DISSERTATION

This dissertation contains ten chapters, each being linked as schematically shown in Fig.
1.7. In Chapter 2, the background information is provided and concepts are explained
that will be used throughout the remainder of the dissertation and builds on existing
knowledge of literature. This entails the characterization of the propeller slipstream that
will interact with the airframe, propeller performance and load distributions in absence
of the airframe.

In Chapters 3 and 4, the analysis methods and their validity are presented. In Chap-
ter 3 the numerical and experimental methods are discussed and it provides an overview
of the geometries that are used throughout, as well as the wind-tunnel setups, and mea-
surement techniques. The validation of the numerical simulations is subsequently pre-

sented in Chapter 4.
Chapter 1
problem statement and research questions
requirements
for the fidelity
Chapter 2| of analyses Chapter 3 Chapter 4

revisiting of
propeller performance provide the means for establish the suitability
and aerodynamics the installation studies of the analysis methods

Chapter 7

Chapter 5

Chapter 6

configuration specific top-level comparison of
propeller performance benefits/drawbacks of
indicators and configurations from propeller
performance point of view

effect of propeller
installation

on slipstream
development

stability characteristics

Chapter 8 Chapter 9

l conclusions

Chapter 10

Figure 1.7: Flowchart indicating the connection between the chapters of this dissertation.
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In Chapters 5 through 7, the detailed analyses on component and aircraft level are
presented. First, in Chapter 5 a novel engineering method is developed that is useful
to predict the propeller forces as the consequence of a nonuniform inflow. Airframe-
induced inflow effects on installed propellers are further discussed in Chapter 6, as these
findings are crucial for subsequent chapters. This chapter is followed by a configuration
study of various propeller configurations, of which the findings are presented in Chapter
7. Readers who are interested in the comparison between different configurations to
make design choices based on aerodynamic performance, will find useful trends and
considerations in particular that chapter.

In Chapter 8, the effect of propeller installation on the flowfields and propeller-
induced forces on downstream elements are discussed, which in particular contribute
to aircraft stability and control. Aircraft performance aspects are presented in Chapter
9, by evaluating the two configurations of interest in more detail. Conclusions of the
dissertation are presented in Chapter 10.
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AERODYNAMIC
CHARACTERIZATION OF THE
UNINSTALLED PROPELLER

The understanding of the propeller-induced flowfield and the propeller forces in various
conditions is crucial to characterize the aerodynamic interaction between propeller and
airframe. This chapter forms the basis for that by evaluating the propeller in absence of
the airframe. Already the analyses of the uninstalled propeller will provide directions of
the impact of propeller installation on aircraft level. Later, when the airframe is included
in the analyses, it becomes clear which phenomena are due to interaction and which are
solely introduced by the propeller itself.

In various published works the performance, flowfields, and loading distributions
have been described and quantified, for example in Refs. [14, 37, 91-93]. This chapter
aims to introduce and revisit the propeller in uninstalled conditions, and specifically
address the trends of flow quantities and forces that are of interest for performance and
stability aspects, including:

e The extent in spatial directions to which the propeller influences the pressure and
velocity field. This will illustrate what parts of the airframe directly experience the
presence of the propeller.

e The variation of the loading distribution and flowfield as function of operating
condition.

e Time-averaged slipstream characteristics. As shown in Chapter 8, the time-
averaged flowfield is the dominant factor that determines the propeller-airframe
interaction.

Parts of this chapter have been published in Ref. [90].
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2. AERODYNAMIC CHARACTERIZATION OF THE UNINSTALLED PROPELLER

¢ The time-dependency of the flowfield quantities inside and outside the slipstream.
A time-accurate flowfield reveals the regions of largest gradients in flow quantities
and it is indicative for the unsteady forces on the airframe that are induced by the
propeller [74, 94].

e The gradients of the propeller forces. The rates at which the propeller forces
change with an angle of attack directly influences aircraft stability [61].

To address these, two cases are investigated: a propeller with axial inflow and a propeller
experiencing an angle of attack, as sketched in Fig. 2.1. For the case with axial inflow, also
a brief discussion is presented on scaling effects, as the analyses in subsequent chapters
are conducted at low Reynolds number and low Mach number conditions, contrary to
the conditions of typical transport aircraft. The relevance is discussed on the choice for a
certain operating condition of the analysis when the propeller and airframe are in close
proximity, as this choice has a profound effect on the quantification and assessment
of the installation on aircraft level. It is therefore necessary to also introduce the key
considerations of propeller selection. The insights on this aspect also form the basis for
the propeller—airframe studies in the subsequent chapters. Detailed flowfield analysis
of the case of a propeller experiencing an angle of attack is further discussed in Section
8.2.1.

spinner

propeller  nacelle centerline of slipstream

a) Symmetric inflow (b) Asymmetric inflow

Figure 2.1: Schematic of an uninstalled propeller, spinner and minimum body nacelle.

In the following sections, both experimental and CFD data are used to show typical
distributions, illustrate flowfield characteristics, and discuss scaling effects. The geom-
etry of the particular propeller and analysis methods that are used to obtain these data
are described in Chapter 3; such background information is superfluous at this stage.

2.1. GENERAL CHARACTERISTICS OF PROPELLER LOADS AND

INDUCED FLOWFIELD
The two concepts that are often used to describe the working principle of a propeller are
either based on the forces that act on the propeller, or on the effect that these forces have
on the flowfield. First, the aerodynamic forces are discussed, followed by a simplification
of the propeller to approximate the induced flowfield.
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2.1. GENERAL CHARACTERISTICS OF PROPELLER LOADS AND INDUCED FLOWFIELD

2.1.1. PROPELLER VORTEX SYSTEM

Propeller blades can be considered to be rotating wings. As a consequence of the local
oncoming flow, aerodynamic forces act on the blade sections. The force distribution
along the blade depends on the local flow angle, the local dynamic pressure, and the
aerodynamic properties of each section. Figure 2.2a depicts relevant velocity vectors
and flow angles. In most conditions where the propeller thrust is low, the local blade
angle, and the ratio of V,, and Qr determine the local angle of attack. Typically, a blade
is twisted to account for the varying Qr from hub to tip. The lift and drag forces can
be decomposed in a component in the flight direction, i.e. the thrust force T, and a
force opposite to the rotation direction, i.e. the tangential force F;. The tangential force
multiplied by its radial location is equal to the local torque, and the integral torque of all
blades needs to be counteracted by the supplied torque on the propeller shaft.

fully developed
roll-up of propeller blade tip vortex
trailing vorticity

circulation
distribution I’y

"\ trailing 7| /
\\ vorticity

merged propeller
hub vortices
spacing ~ B—°°

n

propeller blade hub vortex

(a) A blade section with (b) Simplified propeller vortex system
aerodynamic forces

Figure 2.2: Schematic of a propeller, its bound circulation, and its vortex system that forms the slipstream.
The relevant flow quantities and angles are annotated.

As each section experiences a different inflow condition and at the tip the pressure
forces go to zero, the circulation varies along the propeller. This varying circulation dis-
tribution sheds vorticity, schematically shown in Fig. 2.2b. The vorticity in the tip region
rolls up into a tip vortex, while the inboard vorticity rolls up into a hub vortex, opposite in
sign to the tip vortex. While in the blade frame of reference the propeller induces a steady
flowfield, in the aircraft frame of reference the rotating motion of the propeller blades
results in a helical vortex system. The pressure, velocity, and vorticity vary for each lo-
cation in the slipstream, especially close to the propeller disk. In conditions where the
is no flow separation, the helical vortex system is periodic and the distance between the
tipvortices (Fig. 2.2b) depends on the number of blades and the ratio of freestream ve-
locity to rotational speed. The bound vortex I', and this helical vortex system induce a
certain flowfield, and the streamtube that passes through the propeller disk is referred to

21




2. AERODYNAMIC CHARACTERIZATION OF THE UNINSTALLED PROPELLER

as the ‘slipstream’, extending in downstream direction. At the propeller plane, the self-
induced velocity field (V, and V;) partially determines the effective inflow at the propeller
disk, as indicated by Fig. 2.2a. The figure also indicates the net induced velocity vector,
Vi, which is the direction in which the trailing vortex sheet and blade wake are moving.

While the propeller-induced flowfield is periodic and well defined, the interpretation
of the effect of a helical vortex sheet on the velocity at a location in space is still quite
cumbersome. Instead, the helical vortex can be decomposed into vortex elements that
have a clear orientation [95]. Such decomposition is sketched in Fig. 2.3. The slipstream
can be considered, on average, on its edge to constitute of vortex rings containing the
tangential component of vorticity, which are oriented perpendicular to the freestream
direction. The helix also has a vorticity component in streamwise direction, wy, that is
also situated at the slipstream edge, as well as on the center line. The consecutive vortex
rings only induce an axial flow inside the tube. Outside of the tube, the apparent reduced
velocity from each vortex element is cancelled due to the curvature of the vortex rings.
Far downstream of the propeller disk, the axial velocity remains constant as the tube
extends (nearly) symmetrically with respect to a location x >> 0. At the propeller disk,
the tube only extends in x > 0 direction, and therefore the axial velocity is only half of
the value that exists far downstream. It may be observed that this is analogous with the
flowfield induced by a semi-infinite vortex filament, which is half of the velocity induced
by an infinite vortex filament.

axial vorticity w\
7

bound circulation 73,

/ . . .
«~ sheet of consecutive ring vortices
7

- and axial vorticity w,

- propeller disk
Au Au
g —a v 2a
7,( - e blade I, — propeller disk @x
R l
4 | g t+osn
- 051} .-
4 < >
¢ ¢ /o Iy
X = O X—00 A“uvg =0 gl
sideview of ring vortices top view bound circulation front view o,, x—o0

Figure 2.3: Representation of propeller slipstream as consecutive vortex rings, bound circulation, and axial
vorticity. The lower subfigures indicate the effect of each component on the velocity field (in red).

The bound circulation does, on average, not induce an axial velocity component as
the contribution of each blade is cancelled by the adjacent blades (assumed to have
equal circulation and azimuthal spacing), shown in Fig. 2.3. However, it does induce
a tangential component just upstream of the disk, and an equal but opposite tangen-
tial velocity just downstream the disk. At x = 0, it cannot induce a tangential velocity,
i.e. V; =0. Yet, the flow that is approaching the propeller disk is irrotational, while just
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2.1. GENERAL CHARACTERISTICS OF PROPELLER LOADS AND INDUCED FLOWFIELD

behind the disk, the flow has a rotational motion that remains constant in downstream
direction. Therefore, the tangential induced flow from I'p is exactly cancelled by the wy
component of the tip and hub vortices. Again, the semi-infinite vortex filaments w, in-
duce V; far downstream, and half of that at the propeller disk. The net effect is V; = 0
for x = —oo — 0~ and V; =constant from x = 0" — oo, if the slipstream tube diameter is
assumed constant.

By distributing the vorticity in an axisymmetric tube instead of considering that the
vorticity is concentrated in distinct regions for a real propeller, one only describes the
average effect. In an instantaneous flowfield where there are individual vortex filaments,
locally there is a tangential component upstream of the disk. Alternatively, this could
be interpreted as the consequence of the pressure field around the blades that is not
constant along the azimuth. On average, this component is cancelled due to the rota-
tional motion of the blades. Effectively, such average distribution can only be achieved
by having an infinite number of blades. In practice, there are distinct vortex sheets at a
certain spacing. In that case, there is alocal radial flow around the edge of the slipstream
between the consecutive vortex sheets. Again, on average this component is cancelled
out. The average radial velocity component that exists can only be the result from the
varying strength of the tangential vorticity component along the x-direction. In case the
vortex rings are not deformed and their strength is constant, this change only exists at
the propeller disk itself. Hence, the radial velocity is only introduced at this location and
is therefore symmetric around x = 0.

In this discussion so far, the role of viscosity on the development of the vortex system
after its formation has been ignored. However, it does affect the development of the vor-
tex system through the processes of diffusion and dissipation. From the moment that
vorticity is shed, the vortex decays, such that its strength is reducing when it is moving in
downstream direction, and at the same time, the high velocity gradients associated with
the tip vortices are smeared through diffusion. Further downstream, it can be deduced
that a reducing vortex strength leads to a (small) net radial component because subse-
quent tip vortices no longer cancel each other and therefore the slipstream is diverging.
Furthermore, several vortex instabilities have been identified in literature [96] that that
cause the destruction of the helical vortex system far downstream of the propeller. The
instabilities are known to occur closer to the propeller if the axial spacing of the helical
vortices is relatively small [96], e.g. if the number of blades is large or when the ratio
Voo!/ 1 is low [97].

2.1.2. SIMPLIFIED DESCRIPTION OF FLOWFIELD
Before the development of an actual slipstream is discussed in detail, the main charac-
teristics of the slipstream can already be obtained by considering forces that are acting
on the air, are the same and opposite to the forces introduced by the propeller. By realiz-
ing that the main purpose is to provide a thrust force T, one can simplify the propeller as
a disk that produces a pressure jump. This disk represents the average effect of the pro-
peller blades, which indeed also generates a low and high pressure field upstream and
downstream of the disk, respectively. Such a disk is schematically shown in Fig. 2.4, with
station 1 and 2 indicating each side of the disk.

The flowfield that is introduced by such an ‘actuator disk’ can be derived by the mo-
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V., +AV

slipstream tube

Figure 2.4: Representation of propeller as a thin disk.

mentum equations. In its simplest form it prescribes no tangential flow component and
the pressure jump is constant over the disk, i.e. (p2 — p1) = n_ITeZ’ where p, is downstream
of the disk, p; is directly upstream of the disk. Next to the disk loading, a relevant co-
efficient can be defined which expresses the (average) rise in pressure relative to the
freestream dynamic pressure. The disk loading is often expressed relative to freestream

dynamic pressure in the form of a coefficient T¢:

T

= 2.1)
GooT RS

Tc

By neglecting viscosity and compressibility, the pressure and velocity field can be
described by a set of closed form equations (e.g. in Ref. [14]), that provide insight in
the slipstream development and spatial extent where the propeller is influencing the
flowfield.

At the location of the disk, the pressure is discontinuous, while upstream and down-
stream of the disk the pressure is continuous. In those regions, the velocity can be de-
scribed by a velocity potential. As shown in Ref. [14], the development of pressure can
be obtained by covering the disk with doublets of strength Ap = p> — p;. Along r/Rp, =0,
the static pressure is:

p2—p1 X
e R AL
p2—p1 X
e e
and is symmetric about x = 0, graphically shown in Fig. 2.5a.

Upstream of the disk, no momentum has been added yet, and total pressure is there-
fore constant until the disk. At the disk, the total pressure is increased by (p, — p1), and
remains constant in downstream direction. The consequence is that upstream of the
disk the axial velocity is increasing with the highest axial velocity gradient occurring at
the disk. Although the pressure is discontinuous, the velocity has to be continuous if
density is assumed to be constant and continuity is maintained. It is noted that for a
propeller operating in high subsonic conditions, there is a change in density across the
disk. In downstream direction, the flow continues to accelerate until the axial pressure
gradient vanishes at x — oo. At /R, = 0, this development is given by:

(2.2)
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_PZ—P1(1+ x ) 2.3)

Uy =
20V VR? + x?%
Instead of working with a dimensional velocity, it is more convenient to use the in-
duction factor a = %, as discussed before. It can been shown that it depends on the

thrust coefficient when it is constant over the disk:

a=— 1+—Tc-1 (2.4)
2 T

The profile of Eq. 2.3 is plotted in Fig. 2.5b, showing that the slipstream develops
approximately between +4R,,. Instead of the development of the velocity, the dynamic
pressure is more relevant in case an aerodynamic surface would be located inside the
slipstream. Figure 2.5¢ depicts both velocity and dynamic pressure increase as a function
of thrust coefficient. For a typical range of T¢ that occurs in flight (see Table 2.2), the
dynamic pressure is significantly raised.
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Figure 2.5: Pressure and velocity distributions for an actuator disk, based on derivations in Ref. [14]. In
subfigures (a), (b), and (d) it is shown that at x/ Rp x4 the gradients of the flowfield are close to zero.
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Next to the axial velocity, the radial velocity component has several consequences
that can be important on aircraft level, as it influences the local flow angle and therefore
the local angle of attack to a lifting surface. This radial component is the result of the
boundary of the slipstream that can be considered a surface of revolution with no flow
across this surface. As the continuity is maintained, the radius of this surface must vary
along the axis of the propeller, with no radial flow at x — +oo, and a maximum value at
the propeller disk, coinciding with the location of the highest velocity gradient in axial
direction. The radius of the slipstream is given by:

R l+a
> = (2.5)

R\ 1+a(1+xVRZ+ )

The fact that the slipstream tube is not parallel to the freestream, and outside the
slipstream the total pressure remains constant, there is a non-zero pressure and velocity
gradient in axial and radial direction. Although the propeller primarily influences the
flow inside the slipstream tube, its presence therefore also influences the region outside
this tube. The radial velocity component is maximum at the propeller tip, and zero on
the symmetry axis of the disk, shown in Fig. 2.6a. The associate axial velocity field out-
side of the slipstream is depicted in Fig. 2.6b, indicating that upstream the flow is also
accelerated, while downstream of the disk the velocity is lower than freestream condi-
tions.

2R ()]

20——b L L
40 3.0 20 1.0 00 1.0 20 3.0 40

xRy [] VR[]

(a) Radial induction factor a‘éf (b) Approximate axial induction factor a
oo

Figure 2.6: Approximated development of slipstream to show the spatial extent of the propeller influence on
the flowfield. Based on derivations in Ref. [14].

In summary, the following is observed from these simplified flowfields:

¢ The extent at which the propeller influences the pressure and velocity field is lim-
ited to x < +4R;,. Outside this domain the pressure perturbation is less than 1%
of the pressure jump, independent of thrust coefficient. This implies that for in-
teraction phenomena where the pressure gradient is important, the impact will
be confined over a distance that scales with propeller radius and T¢. This is also
confirmed in Ref. [98].

¢ The contraction is a function of thrust coefficient and is symmetric over x = 0. The
largest gradient is found at the propeller tip.
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e The shape of the flowfield outside the slipstream depends on T¢ as the slipstream
boundary depends on T¢. However, if the flowfield is expressed in terms of the
induction factor, it is independent of the propeller thrust.

e Qutside of the slipstream, the pressure and velocity gradients vanish quickly.

2.1.3. IDEAL PROPELLER EFFICIENCY

In an ideal situation, the propeller operates at its maximum efficiency. The shape of
the slipstream that is introduced by the propeller in that case is most representative for
the design condition. Off-design conditions are then a derivative of this ideal slipstream
shape. To define an ideal propeller, first its efficiency needs to be defined. The conse-
quence of the added momentum by the propeller is that the slipstream contains kinetic
energy that is higher than the freestream value, and this kinetic energy deposition of re-
quires power. The useful thrust power, TV, relative to the power that is required to
accelerate the slipstream is called the ‘propulsive efficiency’. It is therefore a measure of
how effective a propulsor is in producing thrust. If the axial induction a is constant over
the disk, it can be shown that the propulsive efficiency is given by:

1
=— 2.6
Mop =774 (2.6)
Note that when a approaches 0, there is maximum efficiency. To approach this, the di-
ameter should be large and disk loading low. If a varies along the radius, the propulsive

efficiency can be generalized by taking the area weighted average:

1

1+ %fORP ra(r)dr
P

Mpp = 2.7

An actual propeller generates thrust by the rotating the propeller blades which re-
quires a certain shaft power P to maintain rotational speed. It is this shaft power that is
the actual input to the system. The propeller efficiency is therefore written as:

o= TV
p P

The propulsive efficiency is therefore a measure of how efficient the axial component
of a slipstream is in producing thrust. The propeller efficiency on the other hand de-
scribes how efficient the propeller is to convert mechanical power into thrust. This latter
therefore includes the swirl and profile losses.

A relevant question is, what is the best distribution of the induction factor over the
disk such that the kinetic energy loss is minimum for a given thrust? Effectively, the
propeller can be divided into a set of concentric rings, such that the slipstream consist
of annular tubes, each having an axial induced velocity. Then, a becomes a function
of radius. As the kinetic energy deposition is proportional to a®, while the change in
momentum is proportional to a?, alow value of a is desired. Therefore, any region where
a is larger than necessary to meet the integral thrust requirement is an excessive loss. In
this region a should be reduced, while in another region of low a its value should be
increased. The optimal efficiency distribution over the disk is therefore constant.

(2.8)
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Since the induction factor is a function of thrust coefficient (Eq. 2.4), the maximum
propulsive efficiency can be determined and is plotted in Fig. 2.7a. Note that this is
just a combination of Eq. 2.6 and Eq. 2.4 under the assumption that we have a uniform
axial induction factor over the propeller radius. As the added momentum (or thrust) is
proportional to @ and the disk area, a low ‘disk loading’ or thrust per unit area is de-
sired. Therefore, a large disk is beneficial from a propulsive efficiency point of view to
meet a required thrust. From an overall aircraft performance perspective, several stud-
ies [29, 86, 99] indicate that large propeller diameters do not necessarily lead to high fuel
efficiency. This is primarily due to the weight increase of the gearbox, propeller, and the
support structure with larger diameters. Secondly, the helical tip Mach number tends to
go beyond the speed of sound resulting in a loss in efficiency and an increase in noise
[80]. For high speed flight, even at Mach numbers around 0.7, high disk loading on the
propeller disk have shown total efficiency benefits over larger, lightly loaded, propellers
[13]. From an aircraft performance perspective, the optimal diameter needs to be se-
lected carefully considering the aircraft system and its mission.

If for a given airspeed, the diameter should be maximal, a relevant question is
whether the airspeed itself is also a dependent variable. This can be determined by
minimizing the amount of energy in Watt-s per meter travelled, or power P absorbed
by the propeller relative to flight speed V. If thrust equals drag, and the lift-to-drag ratio
is assumed constant, then it can be shown that W-s/m is constant and independent on
flight speed, if only the propeller is considered. Therefore, an aircraft with thrust equal
to drag should fly at the conditions such that the product of propulsive efficiency with
lift-to-drag ratio is maximal. From a propulsor point of view, a large disk area is most
favourable in terms of energy consumption, while for the aircraft, it should fly at a flight
speed that corresponds to the highest lift-to-drag ratio.
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Figure 2.7: Efficiency and slipstream induction factors for an ideal propeller showing the effect of thrust
coefficient, the role of swirl, and the effect of the number of blades.

The flowfield described by Fig. 2.5 is a simplification of an actual flowfield. In partic-
ular, there is no swirl velocity. Following the same line of thought as for the disk without
swirl, if swirl is added, the optimal solution is still the one where the efficiency along the
radius is constant. However, it is achieved with a drastically different induction factor
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[14]. The two distributions are depicted in Fig. 2.7b. Since a is proportional to the local
thrust, the shape of the induction factor resembles the ideal thrust distribution as well.
The figure also shows that the highest axial induction occurs in the tip region. The low
induction at the hub can be interpreted as follows: To add momentum in axial direction
in a region where Qr is low, a relatively large swirl is required. This swirl adds to the
shaft power. A low a—in itself highly efficient—is required in that region to offset this
relatively high loss to obtain a constant efficiency along the blade. The result is that the
vortex sheet moves backwards with velocity V;, (Fig. 2.3a) and the angle arctan % is con-
stant along the radius. This condition is the minimum induced loss condition [100]. It
may be observed that this condition is similar to the constant downwash distribution of
a wing that leads to lowest induced drag for a given wing span and wing lift [101].

As discussed in the previous section, a finite number of blades results in a flow
around the edges of the vortex sheets that are shed by each blade. This has two con-
sequences. First, the local induced angle of attack is highly influenced and there is a
relatively higher loss towards the tip of the propeller blade. A large number of blades is
therefore favourable in terms of induced losses. Second, the ideal solution of the induc-
tion factor (and therefore approximately circulation) is no longer the one plotted in Fig.
2.7b. The relatively larger loss at the blade tip requires the magnitude of a to reduce ac-
cordingly in order to maintain the optimal constant efficiency along the blade. To obtain
this, the induction factor is also reduced in the tip region, such that the highest induction
occurs at r/Rp < 1, and typically between r/Rp = 0.5 and 0.8. An approximate solution of
such optimal distribution can be obtained by applying the Prandtl tip loss function [102]
to the optimal solution for an infinite number of blades. Figure 2.7c depicts the impact
of a finite number of blades on the induced flowfield.

Itis noted that the situation for the ideal distribution of a and the value of maximum
propeller efficiency is significantly different if the propeller operates in a flowfield that is
not equal to V,, while the aircraft is flying at V, or if the inflow is not uniform [14, 56,
103]. This is further discussed in Chapter 5. Moreover, for practical applications where
the structure of the blade [104], noise considerations [81], or high thrust conditions are
taken into account in the design of the blade, the efficiency distribution is not constant
but still approximately resembles the optimal distribution.

2.2. CHARACTERISTIC PERFORMANCE CURVES

2.2.1. INTEGRAL FORCES

Propeller performance is expressed by a number of dimensionless coefficients. By these
coefficients, similarity of loading distributions and slipstream can be maintained. A key
parameter that describes the operating condition is the advance ratio:

Voo

]:n_Dp

(2.9
which expresses the forward velocity relative to the rotational motion. For a propeller
with a given blade pitch, by keeping the advance ratio the same while the propeller is
scaled or freestream velocity is varied, the angle of attack remains the same along the
blade, and with that, the shape of the load distribution. Furthermore, provided that the
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tip vortices move backwards with approximately V4, the distance between tip vortices
and therefore the helical vortex system is only a function of J.

In the discussion so far, the thrust has been related to the dynamic pressure of the
freestream and the disk area as the thrust coefficient T¢ (Eq. 2.1). Such definition is
closely related to the aircraft aerodynamic coefficients C; and Cp, and is therefore useful
when the propeller thrust force is put into perspective on aircraft level. Figure 2.8a shows
a typical T¢ — J curve. The slope is steep at low J, because only small reduction in J not
only changes the angle of attack along the blade, it also leads to a high dynamic pressure
on the blade sections relative to the freestream dynamic pressure. The figure also shows
that a change in blade pitch primarily leads to a shift of the complete J — T¢ curve in
horizontal direction, explained by the offset in section angle of attack along the blade
which translates to an offset AJ. Again, the slope is slightly higher at low J and therefore
itis not only a shift.
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Figure 2.8: Typical performance curves for two blade angles 7 for the XPROP propeller (Section 3.2),
obtained from full-blade CFD simulations. The curves shows that the different ranges of operating condition
for a low and high blade pitch angle.

When the efficiency of an actual propeller is compared to the ideal efficiency, shown
in Fig. 2.8b, a number of observations can be made. First, the complete offset An for a
real propeller is caused by the higher induced losses and blade profile losses. Second,
while maximum efficiency is also achieved at low T¢, itis not at T¢ = 0. In this condition
there are still profile losses and the shaft power is finite. Furthermore, while on average
the thrust is zero, often part of the blade typically still experiences positive thrust, and a
part negative, and also induced losses are still finite. The propeller therefore gradually
transits from propulsive mode (Ct, Cp > 0), to braking mode (Cr < 0, Cp > 0), to wind-
mill mode resulting in a net power absorption by the propeller and motor (Cr,Cp < 0).
Third, at higher thrust coefficients (T¢ > 0.6 for a blade pitch angle at 70% radius of
Bo.7r, = 45 deg) the efficiency drops more rapidly. This is caused by flow separation and
the fact that blade sections do not operate at their highest lift-to-drag ratio. It is noted
that at for a low blade pitch angle, the flow separation occurs at much higher T¢ (not
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shown in the graph), due to the relatively high dynamic pressure experienced by the
blade section when the onset of separation is reached.

The definition of T does not express how the thrust is being generated. By observ-
ing that the T¢ — J curve depends approximately on /=2, instead the thrust can be also
normalized by the rotational speed, density, and propeller diameter:

T
Cr=——7— 2.10
T poarZ Dl (2.10)
It may be observed that Cr = § J?Tc. Similarly, the torque, Q, is normalized as:
Q
Co=——7—= (2.11)
< Poon? Dy
while the power coefficient is Cp = ,;};;—831)5’ or equivalently Cp = 27Cg. By such normal-

ization, better insight is gained in the state at which the propeller operates, for example
whether it operates in the expected linear part of Cr — J or in the nonlinear part, which
would indicate that part of the blade experiences stall. Examples of typical performance
curves are plotted in Fig. 2.9a. These curves show that indeed there is a (nearly) linear
region from low to medium thrust, and a clear nonlinear region in case the advance ratio
is reduced further. The fact that the curves are not exactly linear is a consequence of the
data that was obtained at low Reynolds number (further discussed in Section 2.5), which
influences influences zero-lift angle of attack and lift curve slope of the sections. Due to
the cambered airfoils (see Section 3.2) also separation on the pressure side occurs at low
J, leading to nonlinear behavior of the airfoil sections. As expected, and similar to the
Tc — J curve, a reduction in blade pitch shifts the curves in horizontal direction.
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Figure 2.9: Typical performance curves for two blade angles g 7 Rp for the XPROP propeller (Section 3.2),
obtained from full-blade CFD simulations

While it has become clear that a high efficiency can be achieved at low disk loadings,
reaching a low T¢ is not the only objective: it should be done such that the swirl losses

31



2. AERODYNAMIC CHARACTERIZATION OF THE UNINSTALLED PROPELLER

at this condition are also minimal. It is now of interest to determine how the operating
condition and blade pitch play a role in achieving that objective. The dependency of ef-
ficiency on these two parameter is depicted in Fig. 2.9b. The advance ratio at which the
highest efficiency occurs is highly dependent on blade pitch. At J = 0, the efficiency has
to go to zero by definition. This means that the theoretical efficiency of unity can only be
approached at high advance ratio, leading to the conclusion that high blade pitch could
allow for high efficiency, also displayed by Fig. 2.8b. The figure shows that an imaginary
curve can be constructed such that the blade pitch can be chosen to achieve the maxi-
mum efficiency for each J. In fact, such a curve can be constructed by the observation
that the Cp curve shifts along the J axis if § is varied. For each J and an assumed Cp,
there is a maximum theoretical efficiency. The blade pitch should be adapted such that
the propeller operates near this maximum envelope. These ideal curves are plotted in
Fig. 2.9b as dashed lines. The efficiency curves also demonstrate that a low pitch leads
to a quite ‘narrow’ range of operating conditions where the propeller has high efficiency.
Any change in inflow velocity, or AJ, that occurs rapidly reduces the efficiency, while for
a large blade pitch this sensitivity is much lower.

From this discussion, it can be concluded that on an aircraft level, a low pitch is
favourable in take-off and climb conditions as high thrust can be achieved. In cruise
condition a high blade pitch is beneficial to achieve the highest propeller efficiency.
Therefore, large turboprop driven aircraft feature a governor to automatically adjust the
blade pitch over the flight for a given rotational speed and throttle setting of the engine.
Although these observations are not new and in fact these are applied to today’s air-
craft, it is important to realize that the selection of the correct operating condition in any
performance estimation is profoundly important, as various conclusions will strongly
depend on this choice.

2.2.2. FORCE DISTRIBUTIONS

In Section 2.1.3 has been shown that the ideal induction factors vary significantly along
the radius. This also means that the load distribution varies in a similar way. By under-
standing how the thrust and torque are distributed along the radius and how this varies
with operating condition, it also becomes clear how the associated slipstream depends
on operating condition.

In the previous section it has been concluded that for a propeller with a finite num-
ber of blades, the load is zero at both /Ry, = 0 and at the tip, with a maximum ranging
between r/Rp, = 0.5 and 0.8 depending on the number of blades. In order to mount the
propeller and allocate a possible variable blade pitch mechanism, there is a hub to which
individual blades are mounted and spans typically 20% to 30% of the propeller radius. By
the presence of this hub, the loading does not have to go to zero. In fact, this would also
not be beneficial from an efficiency point of view. The circulation distribution is rarely
exactly optimal in terms of induced and profile losses for various reasons, including:

e structural constraints: for root-bending moment constraints the airfoil at the hub
need minimum thickness and thereby adding to viscous losses [87]

* noise considerations: by shifting the location of maximum loading more toward
the hub the noise for a given thrust reduces [81]
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e design for certain slipstream shape: either high swirl or high dynamic pressure can
be directed to a certain portion of the disk with the objective of a more favourable
forces of airframe components downstream of the propeller [38]

 operating conditions: a constant efficiency generally cannot be maintained if the
propeller operates at off-design conditions

The results presented herein are typical as they were computed using a represen-
tative six-bladed propeller that is close to minimum induced loss. For example, struc-
tural considerations are included in the particular design. These radial distributions are
depicted in Fig. 2.10. The maximum can be found around r/R;, = 0.85 and the value
at the tip is not zero, as there the tip vortex introduces a shear force at the tip. Fig-
ure 2.10a shows that there is approximate similitude between the distributions if the
Cr is matched with two different blade angles. For the same blade angle, the normalized
thrust distribution has a relatively low dependency on advance ratio, shown in Fig. 2.10b.
Only in the nonlinear part (J < 1.5) or in the condition with nearly zero thrust (J = 2.3)
the distributions do deviate from the characteristic distribution. The finite dependency
is attributed to two phenomena. First, the orientation location of the tip vortex is more
in streamwise direction at high advance ratios. At low advance ratios, the tip vortex is
in closer vicinity to the adjacent blade. The higher axial velocity introduced by the tip
vortex leads to a lower loading at the tip of the neighbouring blade. Therefore, in a rela-
tive sense, the tip is higher loaded at high advance ratio, hence a gradual dependency of
C’T/ Cr(r) on J. Second, a lower Reynolds number at high J leads to lower lift coefficients
towards the hub, given the relatively thick airfoil profiles in that region. Along those lines,
compared to the ﬁo,mp = 45 deg case, the tip is less loaded for the ,60,7Rp = 30 deg case
as on average the blade sections operate at higher Reynolds number. Figure 2.10a also
shows that for the same T¢ at two blade angles, the distribution is quite different, with
a shift of the highest loaded region. Consequently, the slipstream induction factor will
have comparable deviations.

The fact that the thrust distributions are rather consistent and predictable distribu-
tions has a distinct advantage: the thrust distributions in the linear part of the Cr — J
curve can be constructed once the gradient dd—C]T is known. While the distributions in the
linear part of the Cr — J curve can be predicted with reasonable accuracy using blade-
element models, the distributions in the nonlinear regions are more difficult, as part of
the blade is stalled, which leads to complex three-dimensional flow near the surface of
the blade that affects the local (maximum) lift coefficients [105].

It is now of interest to determine to what extent the efficiency along the radius de-
pends on operating condition. In Fig. 2.11a it is observed that the efficiency is indeed
nearly constant along the blade when the propeller operates at design conditions. As-
suming that the sections operate at approximately their optimal CC—’, the angle of attack
is approximately constant along the blade. Reducing the advance ratio and thereby in-
creasing the blade section angle of attack, shows a consistent reduction in blade section
efficiency from hub to tip for T¢ = 1.01. The fact that the efficiency is no longer con-
stant but reduces towards the tip is a consequence of two factors. First, the relatively
thin blade sections that are typically chosen for the tip region have a lower maximum lift
coefficient and therefore c; rises rapidly with @ and therefore propeller torque. Second,
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Figure 2.10: Example of normalized thrust distributions to identify the differences in shape of the thrust
distribution, based on full-blade CFD data from the XPROP propeller (Section 3.4).

when there is a strong radial flow component of the boundary layer when it is close to
separation [106]. This radial component starts from the hub and results in a significant
growth in boundary layer in the tip region, affecting the effective camber of the airfoil.
The radial flow component and the associated decambering of the airfoils results not
only in higher profile (pressure) losses, but the circulation distribution is not optimal
any more causing the induced losses to increase as well. Hence, the efficiency along the
span reduces when the advance ratio reduces significantly.
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Figure 2.11: The effect of off-design condition on the efficiency distribution, B 7 Ry =45 deg. Note that at high
thrust settings, the outboard part of the disk experiences flow separation due to the relatively thin blade
sections. Full-blade CFD data for the XPROP propeller (Section 3.4).
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2.3. CHARACTERISTIC FLOWFIELDS

Although the effect of the propeller on the airframe is inherently unsteady, the time-
averaged flowfield leads to insight in the interaction that on average takes place. On
the other hand, an instantaneous, time-dependent, flowfield reveals the regions of the
largest gradients in the flowfield. These could lead to, among other phenomena, flow
separation and unsteady loads on the airframe [54, 94].

The purpose of this section is to demonstrate how typical slipstreams develop with-
out considering the simplifications that have been introduced in the previous sections.
The selected geometry is the XPROP-S propeller, introduced in Section 3.2. While the
slipstream shape depends on propeller geometry, similar geometries will have compa-
rable trends and numerical values.

The results presented in this section illustrate the extent and the variation of the
propeller-induced flowfield for the case of a propeller with finite number of blades, con-
trary to the simplified flowfields discussed so far. The difference in the slipstream distri-
butions for various operating conditions, i.e. take-off, cruise, and approach conditions,
will be discussed. These observations are relevant for subsequent analyses where aero-
dynamic surfaces are submerged in the slipstream at distinct locations relative to the
slipstream.

2.3.1. TIME-AVERAGED FLOWFIELDS

The propeller increases the total pressure of the flow that passes through the disk. Its
distribution in radial direction resembles the combination of thrust and tangential force
components, as shown in the contour plot in Fig. 2.12a. At the propeller the total pres-
sure is increased remains constant in downstream direction. The region of Cp <1 in-
dicates the boundary layer and wake from the nacelle. As the total pressure entails the
pressure and velocity components of the slipstream, the development of these different
contributions can be compared to the simplified model of the propeller, as presented
in the previous sections. A decomposition is shown in Fig. 2.12b at a constant radial
coordinate (r/Rp = 0.8). As the contraction is relatively small at this thrust coefficient
(Tc = 0.18), the streamlines are oriented approximately in parallel to the x-axis, and
therefore the distributions are approximately along a streamline. The figure shows that
only a minor part of the rise of C, is the consequence of swirl, less than 2%, while the
largest portion is caused by the added momentum in axial direction, displayed as a rise
of axial velocity. Although the axial velocity profile seems to reach half of its final ve-
locity at the propeller disk, the non-symmetric pressure profile indicates that there is
more acceleration upstream than downstream. This non-symmetry partially is due to
the increase in g that therefore also impacts the nacelle’s contribution of the pressure
and velocity field. However, the majority can be explained by the vorticity distribution
along the surface of the airfoil surface, which is not equally divided on the suction and
pressure side. Therefore, the propeller vortex field as depicted in Fig. 2.4 is indeed a
simplification, in particular by describing the vortex field near the propeller.

Figure 2.12a also clearly shows an effect of the propeller on the nacelle’s induced
pressure field on the aft part of the nacelle. The consequence is that even though the na-
celle geometry is aimed to have minimal influence on the propeller inflow, its presence
does influence the pressure and velocity gradients in the slipstream.
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Figure 2.12: Effect of propeller installation on the local total and static pressure to show the spatial extent of
the propeller influence on the flow field. Full-blade CFD data for the XPROP propeller with B 7 Rp =45 deg
(Section 3.4).

When the thrust coefficient is increased, the magnitude of C,, increases accordingly.
Figure 2.12c shows the radial distributions for several values of C7. Although the pro-
file appears to become sharper, it scales approximately linearly with T¢ for the linear
range of the Cr — J curve, similarly to the thrust distributions that remain the same over
a large part of the linear thrust curve. However, close to Ct = 0, the profile shows clearly
a different behaviour due to an adapted load distribution, as explained in the previous
section. Even though for a small positive net thrust (Cr = 0.03 for this case), the inboard
part of the blade could lead to a deficit in total pressure, meaning it extracts momentum
from the freestream flow. As the radial load distribution is not constant for all operating
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conditions, the integral thrust coefficient does not directly indicate the state of the local
slipstream; it only represents the average increase.

As was concluded in Section 2.1.2, the axial velocity reaches its maximum already at
x/Rp = 4. However, in Fig. 2.12b it is shown that the largest change is already reached
around x/R;, = 3 for this radial station. This is a consequence of several effects. First,
the contraction of the nacelle for x/R, > 3 limits u/V,, to increase further. Second, due
to the larger suction upstream of the disk, the slipstream development is also slightly
more upstream than for an actuator disk. Finally, it is also the result of dissipation in
the shear layer of the slipstream that gradually decelerates the slipstream to V, again.
Figure 2.13 also shows that downstream of the nacelle, there is a clear redistribution of
the dynamic pressure, leading to a lower velocity gradient at the edge of the slipstream.
An aerodynamic surface (far) downstream of the propeller therefore also experiences a
lower dynamic pressure than would be predicted with the idealized actuator disk model.

2.5 0.2

2.0 prop. min nacelle 01 _
ol slipstream highest axial velocit 0.0 =
LS developing ghest axial velocity _0~1 g
S A3
= 1.0 a4

0.5 — 03

0.0 -0.4

2.5 1.2

20 prop. and nacelle 1.0
- - separated flow T 08 x/Rp =11 )
1S olm — B2
10 DOl B Jey

0.4 P
0.5
0.0 0.2 - =
T2 -1 o0 1 2 3 4 5 0.0 =
/Ry [] 06 08 10 12

Ve [-]

Figure 2.13: Time-averaged axial velocity flowfield to show the radial extent of the propeller influence and the
relevance of the nacelle. Conditions: J = 1.8, By.7 Rp =45 deg, C7 =0.24.

The development of the swirl angle is an important factor for propeller—airframe in-
teraction. Although the swirl velocity may be constant, the swirl angle also depends on
the axial velocity. The associated swirl for the particular example case is plotted in Fig.
2.14a. As expected, the swirl is confined to the slipstream only. Contrary to the axial
velocity, the largest swirl occurs at around r/Rp = 0.6. From Fig. 2.14b it can be seen
that the swirl angle reduces only slightly compared to the distribution just downstream
the disk. Also its shape remains approximately constant. The largest deviation occurs
when the nacelle is contracting. Since angular momentum needs to be conserved, the
swirl velocity increases due to the tapered nacelle. This not only results in a significant
swirl and high swirl angle on the centerline (in particular as the separated flow from the
nacelle has a low axial component), it also causes the static pressure to reduce, shown in
Fig. 2.12a.

In Fig. 2.14c it is shown that the (normalized) shape of the swirl distribution changes
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Figure 2.14: Time-averaged tangential velocity flowfield. Full-blade CFD data for the XPROP propeller
(Section 3.4).

significantly if the thrust is low or high. In the former case, as was observed from the
loading distributions in the previous sections, the swirl near the hub becomes negative,
and the swirl is shifted towards the tip. For high thrust conditions (Ct = 0.4), the figure
shows the opposite; the swirl is more concentrated towards the hub as the load is shifted
towards the root.

The maximum value of the swirl angle in the slipstream, Fig. 2.14d, is proportional
to /Tc. Its slope is only marginally different for two blade angles, each with a quite dif-
ferent n — T¢ curve (Fig. 2.8b). The reason for this is to be sought in the distribution of
swirl. The drop in efficiency for fo 7z, = 45 deg is primarily due to stall on the outboard
part of the blade. This reduces the T¢, but at the same time the induced swirl around
r/Rp = 0.5 is maintained. In other words, if the efficiency curve would be the same, the
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two curves in Fig. 2.14d would collapse to a single curve. In take-off and climb condi-
tions with T¢ ranging between 1 and 2 typically (Table 2.2), swirl angles well over 10 deg
are to be expected. The property of the predictable maximum swirl for a given propeller
is very useful in case the (maximum) swirl angle is relevant for propeller—airframe inter-
action. An example of such case is when the propeller causes local flow separation as the
maximum angle of attack to the wing sections is surpassed, e.g. observed in [107, 108]

As already shown in Section 2.1.2, the radial component is limited to the region near
the propeller tip. For the case shown in Fig. 2.15, with a thrust coefficient representa-
tive for cruise conditions, it becomes clear that the nacelle induces a radial component
of nearly an order of magnitude larger than the propeller. Within +R;, this propeller
induced component leads to a negative flow angle arctan V;/V, of maximum -3 deg.
Outside this tip region, the influence vanishes quickly. For cruise conditions, the ra-
dial velocity component is only of interest in the case where other propellers or airframe
components are in close proximity to the propeller tip, for example for an array of dis-
tributed propellers or over-the-wing propellers.
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Figure 2.15: Time-averaged radial velocity flowfield to show the radial component of the velocity field in a
typical cruise setting is primarily induced by the minimum-body nacelle. Full-blade CFD data for the XPROP
propeller (Section 3.4). Conditions: J =1.8, ﬁ0.7Rp =45deg, CT =0.24.

2.3.2. SPINNER AND NACELLE FORCES

The flowfield induced by the rotating propeller blades also changes the forces on the
spinner and nacelle, as schematically shown in Fig. 2.16a. The low pressure field that
acts on the spinner geometry results in a net thrust force. Although it is a relatively small
component compared to the propeller thrust (Fig. 2.16b), it should not be neglected.
Since it depends directly on the pressure jump, it is nearly a constant fraction of the pro-
peller thrust coefficient, in this case 1%. At low thrust coefficients (T¢ < 0.2), the fraction
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is higher, since at T¢ = 0, the rotating motion of the spinner in combination with the
no-slip boundary condition induces a swirl, and therefore a lower static pressure. Con-
trary to the added thrust on the spinner, the nacelle drag increases. In case the nacelle
radius is still increasing behind the propeller disk, the higher static pressure behind the
propeller acts as a bouyancy force on that part, as schematically shown in Fig. 2.16a.
Subsequently, the higher dynamic pressure in the slipstream increases the wall shear on
the straight part of the nacelle, while the higher swirl (Fig. 2.14) leads to primary a suc-
tion force on the aft cone, which is found to be the dominant part. However, it is noted
that the shape of the cone highly affects the magnitude of the added drag [109]. Overall,
the spinner and nacelle combination increase the drag, equivalent to approximately 3%
of the propeller thrust.
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Figure 2.16: Change in the forces on the spinner and nacelle induced by the propeller.

2.3.3. TIME-DEPENDENT FLOWFIELDS

In the previous section, the time-averaged flowfield has been discussed. A finite num-
ber of blades introduces a flowfield that is periodic but not axisymmetric. The fluctua-
tions around the time-averaged value of velocities, the pressure, and the flow angle are
the source of vibrations on airframe components that are in close proximity to the slip-
stream. However, the magnitude is not the only indicator for the unsteady aerodynamic
interaction. As the flowfield is highly three-dimensional, some regions may exhibit large
fluctuations of a certain flow quantity, while the direction of these have no or limited
impact on the airframe.

The dependency on various flow quantities is schematically shown in Fig. 2.17 for a
number of typical locations and orientations of an aerodynamic surface relative to the
slipstream. For example, variations in the swirl angle component are only relevant if an
aerodynamic surface is in the slipstream and reasonably close to the propeller rotation
axis. On the other hand, the radial component is only important for surfaces that are
close to the propeller tip. The extent to which dynamic pressure fluctuations could be
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experienced by the airframe, depends on the axial and radial distance to the disk.
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Figure 2.17: Expected dependency of unsteady airframe loads on the fluctuations of flow quantities.

Besides the orientation and magnitude, also a distinction can be made in terms of
time and length scales. Flow structures that are time dependent and have a time-scale
equal to the blade-passing frequency BPF = nB include:

e Propeller tip and hub vortices
e Blade wakes
e Induced velocity field outside the cores of the tip and hub vortices

Within the viscous region of the blade wakes, increased levels of turbulence have
been measured by e.g. Ref. [110]. These have significantly smaller time and length scales
compared to the propeller induced unsteady flowfield. It is known from unsteady airfoil
theory [111] that the smaller the length scale relative to the airfoil chord, the lower the
unsteady loads on solid boundaries that are subject to this time-dependent inflow. For
example, an angle of attack in the form of a pulse function with a short duration will lead
to a negligible change in lift coefficient, while if the length scale is much larger than the
chord length, the lift will approach the steady-state solution. Hence, the regions where
turbulence is concentrated primarily affect the state of the boundary layer that forms on
a surface in the slipstream and not significantly affect lift. Therefore, of interest here are
the unsteady flowfield quantities at the blade-passing frequency.

In Ref. [94] it is shown that the tip vortex region introduces the largest pressure fluc-
tuations on an aerodynamic surface that is submerged in the slipstream. Although it
cannot be concluded that also the largest unsteady loads are to be found in the vortex
impingement region, it is interesting to determine its development in downstream direc-
tion. The development of this vortex is depicted in Fig. 2.18, shown by an isosurface of
vorticity from CFD simulations (Section 3.4) in Fig. 2.18a, and numerical values from ex-
perimental data (Section 3.3) in Fig. 2.18b. The orientation of the helical vortex remains
approximately constant as the induced velocities on the mean remain approximately
zero at the slipstream edge. The strength of the tip vortex is maximal just downstream
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Figure 2.18: Development of the propeller tip vortex in downstream direction. Phenomena that can be
observed: reduction of the peak vorticity, diffusion of the vortex, roll-up process into a single vortex.

of the propeller. Further downstream, the vortex diffuses and dissipates due to viscos-
ity. The tangential component of vorticity in the tip region, shown in Fig. 2.18b, indeed
shows that around half a radius downstream the propeller the vortex still rolls up (vortex
1), while three times the radius downstream a single vortex can be distinguished (vortex
IV). Even further downstream, it is clear that its magnitude is reduced and it has spread
in spatial direction due to diffusion. The measured flowfield indicates that the peak value
of vortex IV is reduced by approximately 15%. The vortex core radius is approximately
10% of the propeller radius, while its effect on the velocity field reaches well beyond the
vortex core.

Figure 2.19 shows the associated instantaneous flowfield measured using particle
image velocimetry (PIV). The blade wakes are clearly visible as sharp reduction in ax-
ial velocity. In the hub region, these are the major unsteady contribution, while in the
region of highest loading, the wake is thin, and the propeller induced flowfield can be
described by potential flow is dominating. The figure also shows that just outside the
slipstream, the axial velocity varies significantly, again as a consequence of the tip vor-
tices. Clearly, the largest gradients in the flowfield are introduced by the tip vortices,
with fluctuations of over 50% of the freestream velocity. The reduced frequency, i.e. the
degree of unsteadiness in the flow, at which these flow quantities vary over a revolution
also impacts the response of a submerged body [112]. The regions in which the fluctu-
ation is concentrated in spatial direction, lead to sudden changes inflowfield. These are
found in the regions with high gradients, i.e. in the vicinity of the tip-vortex region and
the blade-wakes.

It is clear that the fluctuations in flowfield quantities vary significantly in radial direc-
tion, while the dependency on the axial location is limited. Figure 2.20 depicts the fluc-
tuations around the mean of several relevant flow quantities at a distance of x/R, = 1.1
downstream the rotation plane, for a cruise condition. The total pressure varies approx-
imately +10% around its mean value from the hub up to the highest loaded region at
r/Ry = 0.85. This is not only due to the added momentum; it also entails the deficit in
total pressure due to the blade wakes. Outside the slipstream, the flow locally experi-
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Figure 2.19: Experimental results of an instantaneous flowfield to show the strong variation of the velocity
gradients in the slipstream. Survey lines A, B, and D indicate the effect of the tip vortex, while C shows the
wake profiles. XPROP propeller with J = 1.8, ﬁ0-7Rp =45deg, C1 =0.24.

ences a strong gradient introduced by the tip vortices, leading to strong fluctuations of
Cp,. The largest peak-to-peak fluctuations span around 10% of the radius, coinciding
with the radius of the vortex core. It is noted that the strength of the tip vortices reduces
with increasing number of blades if the disk loading is maintained, and with that, the
magnitude of unsteady flow.
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Figure 2.20: Mean and variation of slipstream quantities at 1.1 R, downstream the propeller. Full-blade CFD
data for the XPROP propeller (Section 3.4). Conditions: J = 1.8, B¢ 7 Rp =45 deg, Ct =0.24.

The fluctuations around the mean swirl angle (Fig. 2.20b) are of the order of 0.5 to
1.0 deg for a cruise condition. The fact that the fluctuations are not symmetric around
the mean is the consequence of the blade wakes, that consistently increase the swirl an-
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gle when they move past the survey location. This is also visible by the nonsymmetric
variations around C,,, indicating larger reductions than increments. It is noted that the
swirl angle is influenced up to r/Rp, = 1.3, similarly to the total pressure perturbations. At
exactly the slipstream edge, i.e. the path of the tip vortices cores, the swirl induced by the
tip vortex remains zero. Only for r not equal to slipstream radius there is a tangential ve-
locity induced. To the contrary, the radial velocity is alternating from positive to negative
along the slipstream edge. Therefore, the local angle of attack (defined as arctan V;/V,)
is fluctuating symmetrically around the mean (that is approximately zero). In this case
fluctuations of up to +6 deg can be observed. This flow angle is not confined to the tip
only, also for r/Ry, < 0.8 this angle varies significantly. This is due to the radial velocity
component on each side of the vortex sheets that move in downstream direction.
Finally, the root-mean-square values of the most important flow quantities are de-
picted in Fig. 2.21 to illustrate the magnitude of the fluctuations. Again, turbulence lev-
els are not included herein. The purpose of the figure is to show that the extent to which
the propeller has an effect upstream of the disk is very limited; the unsteady flowfield
upstream is limited to approximately half a radius. The swirl angle, axial velocity, and
static pressure resemble the load distribution along the blades. In line with the observa-
tions in Fig. 2.20, outside the slipstream the flow quickly approaches a steady condition,
and its pressure and velocity field is dictated by the time-average effect of the slipstream.
Itis also noted that the static pressure inside the slipstream rapidly decreases and is only

present in the path of the tip vortices.
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Figure 2.21: Root-mean-square values of the most important flow quantities that introduce unsteady loads
and pressure fluctuations on the airframe and cause strong gradients in the flowfield. Full-blade CFD data for
the XPROP propeller (Section 3.4). Conditions: J = 1.8, ,BojRp =45deg, C7 =0.24.

2.4. EFFECTS DUE TO NONZERO ANGLE OF ATTACK

When the propeller inflow is no longer aligned with the propeller rotation axis, the effec-
tive angle of attack and velocity (indicated in Fig. 2.2) experienced by the blade sections
become a function of azimuthal position. It is well known that in such case, the pro-
peller generates in-plane forces and generally its thrust and efficiency increase slightly
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[60, 92, 113]. Furthermore, both the slipstream dynamic pressure and local swirl angle
depend on angle of attack as well [93]. In this section, the propeller loading and integral
forces are discussed. The investigation of the slipstream is investigated in Section 8.2.1.

2.4.1. PROPELLER FORCES

Figure 2.22a depicts the local change in advance ratio over the disk. The upgoing (re-
treating) blade experiences a higher advance ratio, leading to lower thrust, while for the
downgoing blade the opposite is the case. Near the hub, the changes are largest primarily
due to the relatively low Qr. Secondly, the potential flow effect that the nacelle/spinner
introduces is maximum near the hub. However, as the loading is low in this region, the
absolute change of the blade forces is small as well. The same figure indicates that the
largest change in thrust occurs around the same radial station at which the load is high-
est in case of uniform inflow. In the regions of high and low thrust, the torque is affected
the same way. The consequence of the difference in torque on each side of the disk is
a normal force, schematically shown in Fig. 2.22b, and has been quantified as a func-
tion of advance ratio, solidity, and thrust coefficient by e.g. Ref. [60]. The normal force
coefficient CNp defined as:

Fn

Crn = — N 2.12)
Np PoonzDg

and is positive, independent of rotation direction.
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Figure 2.22: Effect of an angle of attack on the propeller load distribution that results in in-plane forces.
It can be observed that there is a distinct delay A¢ of the load increment and decre-

ment relative to the location where the largest change in inflow occurs. This delay is
equivalent to the delay of the forces on an airfoil that experiences an unsteady inflow
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[111] and depends on the reduced frequency (k = %) of the inflow to the blade section
with a chord length c. Since the inflow to the blade is sinusoidal, it is the blade chord
length that determines the unsteady response. Therefore, the phase delay depends on
the slenderness of the blades, with high slenderness resulting in a smaller phase delay.
Since the slenderness ratio does not vary significantly between modern propellers, a typ-
ical phase delay of 15 deg can be expected for cruise conditions. The phase delay causes
a sideforce, Cy, defined as:

F
Cy=—2

=— (2.13)
Poon? Dy

which can be approximated by Cy = CysinA¢ = 0.25Cy. The side force coefficient is
dependent on rotation direction. Fig. 2.23 depicts a typical evolution of the blade forces
over a full revolution, highlighting the phase shift and the change of the mean value.
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Figure 2.23: Unsteady blade forces over a full revolution, / = 1.8, a = 5 deg. Full-blade CFD results.

Typical numerical values of the integral forces are plotted in Fig. 2.24. The figure in-
dicates that for a cruise setting, a significant normal force is created relative to the thrust
force. The in-plane forces are linear with angle of attack, as they are only a function of
the difference in loading between the two halves of the disk, which is proportional to the
angle of attack. In fact, the gradient Cy, is positive such that the propeller has a desta-
bilizing contribution on aircraft level, if it is located ahead of the center of gravity. The
angle of attack also increases the thrust slightly, primarily due to a reduced axial inflow,
approximately ‘A,—ol: = 1-cosa, that translates to a lower advance ratio. Besides that, the

axial inflow is nonlinear, the T¢ — J and Q¢ — J curves are proportional to J =2 therefore
the Cr — a and Cg — a curves are nonlinear as well.

Besides a higher thrust, also the torque is affected, but to a lesser extent. This is be-
cause the effective inflow velocity is reduced, leading to a higher propeller efficiency for
agiven V. Thisisindeed observable in Fig. 2.24b. While the efficiency increases, the ef-
ficiency defined along the direction of flight, n, = T’;)V"", is reducing with angle of attack.
This is caused by the normal force thathasa Cy sina Eomponent in opposite direction to
flight. However, the net effect is quite moderate and efficiency in the direction of flight
is nearly independent of angle of attack. This is a striking result, as the propeller does
generate a larger resultant force compared to a = 0, while the power remains nearly the
same. A small positive inclination angle may therefore be beneficial on aircraft level.
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Figure 2.24: Effect of an angle of attack on the integral propeller forces, B 7 Rp =45 deg. Full-blade CFD data
for the XPROP propeller (Section 3.4).

The dependency of the propeller forces at a single advance ratio gives insight in the
contribution of the propeller to aircraft stability in one condition. If the advance ratio is
lowered, the relative impact of an angle of attack is lowered as well. The relative change
in the force coefficients Cr, Cy, and Cy therefore reduces with lower J. From an aircraft
perspective, it is therefore more convenient to define in-plane force coefficients nondi-
mensionalized with g, Sp, such that N¢ and Yc are similar to T¢:

F
Nc = ’\;
foop (2.14)
Fy
Yo =
GooSp

With such definition, the absolute change in propeller forces become apparent. The
gradient of the in-plane forces for a range of advance ratios is plotted in Fig. 2.24c. The
normal force gradient slightly increases with lower J, because the Aa at by the blade
sections is encountered with a higher effective velocity compared to the condition of a
low J; the normal force increases and so is N¢,q. It can therefore be concluded that the
(de)stabilizing contribution of the propeller on aircraft level is slightly increasing with
thrust, but at zero thrust, there is still a finite contribution. The opposite occurs for the
side-force. This is due to the dependency of the phase delay A¢, which is reducing with
lower J and tends to 0 at / = 0.
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2.5. SCALING EFFECTS
If one is interested in the propeller installation effect on large transport aircraft, the ef-
fect of scale on the results needs to be understood. It is common that propeller-airframe
aerodynamic interaction studies rely on experimentally obtained data of subscale air-
craft and propeller models. Also numerical studies frequently perform analyses at the
same scale at which validation data is available, i.e. subscale as well. Only a handful
of datasets of propeller performance are available that were obtained at high subsonic
Mach numbers, e.g. Ref. [24]. A relevant question is, to what extent can propellers be
modelled or experimentally tested at small scale, such that conclusions (on trends) at
full scale still hold? If the effect of scaling is known, it may not be required to match
full-scale conditions in all aspects in order to still produce relevant results.

To address the topic of scaling, first the flowfield quantities and forces that are rele-
vant for the aerodynamic interaction should be identified. These include (from e.g. Refs.
[14, 37]):

¢ Relative increase in dynamic pressure inside the slipstream
e Mach number in the slipstream

¢ Slipstream contraction, in particular to match the flowfield outside of the slip-
stream

e Characteristics of the unsteady flowfield, i.e. the reduced frequency, Strouhal

number (St = %), and relative magnitude of the time-dependent flowfield quan-
tities

e The flow angles inside the slipstream, i.e. the shape of the slipstream in radial
direction

* Forces on the propeller relative to the airframe forces

The relevant parameters are given in Table 2.1, indicating what coefficient need to be
met to obtain similitude between different scales. The blade geometry in this case refers
in particular to the planform, which influences the in-plane force gradients. In addition
to the values of the performance related coefficients, Mach number plays a role in the
response of the airframe to an unsteady inflow [112]. Reynolds number directly influ-
ences the momentum loss in the boundary layer and blade wakes, and therefore affects
the swirl velocity and the dynamic pressure.
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Table 2.1: Requirement of propeller operating condition and geometry to meet various parameters that are
necessary to obtain same level of similitude. A (v') indicates the dependency is weak, a X indicates a
negligible dependency. Marks are based on the theory presented in this chapter.

J Tc Qc B Blade planform M  Re
Dynamic pressure, qz;—o(:) v V)W) V) V)
Swirl angle, ¢(r) v v v W) W) V) W)
Flow angle, arctan % X v X X X vy X
Unsteady forces of lifting surface v oo v v v v v v
Propeller in-plane force gradients v )X v v X X
Propeller forces relative to airframe v/ v v X X X v

From Table 2.1 is becomes clear that the advance ratio is a parameter that should
be properly scaled if unsteady forces and force gradients are to be predicted with sub-
scale models. This is generally not an issue for a subscale (experimental) setup. If the
aerodynamic analyses of a subscale propeller are performed at ambient conditions, the
freestream Mach number is often lower, and with that the tip Mach number if advance
ratio is maintained. The smaller blade chord also leads to lower Reynolds number. Be-
sides, experimental simulation often comes with practical limitations, such as a limited
number of blades and the absence of a variable pitch propeller due to manufacturing
constraints. The question arises whether certain conditions can be matched such that
either the time-averaged, time-dependent flowfield, and/or the propeller forces are sim-
ilar to full scale.

An overview of typical conditions of a full-scale propeller for transport aircraft is
summarized in Table 2.2, based on various sources. The indicated ranges depend on
cruise Mach number, number of propellers, and mission requirements. For example, de-
sign studies (e.g. Refs. [29, 86, 99]) discuss that for high cruise Mach numbers of M = 0.7,
the propeller diameter is restricted, which in its turn leads to higher thrust coefficients,
larger swirl angles, lower efficiency, and higher advance ratio. The aircraft design, such
as the choice of a high or low wing, also impacts the maximum propeller diameter. These
values therefore should only be used as indicative.

Table 2.2: Typical propeller operating conditions and planform for regional turbo-prop aircraft with variable
pitch propellers. Based on Refs. [19, 22, 29, 31, 82, 86, 99, 114].

Geometry Take-off Climb  Cruise Approach

Number of blades B 6-10 —— —— ——

Blade pitch [deg] —— 20-30 30-45 45-60 <45
Thrust coefficient T¢ —— >0.8 0.2-0.6  0.1-0.4 =0
Propeller efficiency np - >0.8 >0.8 >0.8 <0.6
Advance ratio J —— <1.0 1.5-2.0 2.0-3.0 >3.0
Maximum swirl ¢ [deg] - 10-20 10-12 4-6 =
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The effect of a lower Reynolds number on the propeller performance has been iden-
tified by e.g. Refs. [115, 116]. The maximum efficiency is dramatically lowered in case of
low Reynolds number conditions, a consequence of the large swirl at a given thrust set-
ting. A lower Reynolds number on the blade section leads to a relatively thick boundary
layer, earlier separation, and a nonlinear lift curve slope due to the formation of laminar
separation bubbles. This has several implications: a lower two-dimensional lift curve
slope, a lower zero-lift angle of attack for cambered airfoils, a more pronounced radial
flow due to the centrifugal acceleration, and lower maximum two-dimensional lift coef-
ficient. The affected section properties are also displayed in the flowfield, as the momen-
tum thickness of the boundary layer is not matching the one of the full-scale propeller.

The effect of freestream velocity and therefore section Reynolds number on the pro-
peller thrust curve is shown in Fig. 2.25a. The experimental Cr—J curves are constructed
from external balance measurements. Several observations can be made. First, the off-
set of the thrust curve is a direct consequence of the decambering effect from the blade
sections. Secondly, the thrust curves at low V, show a more erratic behaviour, expected
to come from shifting transition location and laminar separation bubbles (confirmed
by two-dimensional analysis of the airfoil sections in Section 4.2.1). By reducing /, two
phenomena occur simultaneously. First, the angle of attack increases, and second, the
Reynolds number increases. Provided that the lift curve slope and a increase with Re,
an effective lift curve of each airfoil section can be constructed as illustrated in Fig. 2.25b.
This apparent curve has a relatively high slope.
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(a) Propeller thrust coefficient, experimental data of (b) Illustration of apparent lift curve for a cambered
the XPROP propeller (Section 3.2). blade section by varying J.

Figure 2.25: to Illustration of the effect of Reynolds number on propeller performance.

Besides the fact that the integral forces are dependent on the Reynolds number, so is
the shape of the slipstream. This is in particularly observable in Fig. 2.26, which depicts
an experimentally obtained slipstream profile for various advance ratios. As the advance
ratio was varied by varying the rotational speed, the Reynolds number based on chord
was significantly higher at low J. The total pressure in the slipstream shows an erratic
distribution at high J, while the profile becomes more defined and consistent only at low
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J conditions. In other words, the scaling of the load distribution with thrust coefficient,
as was observed in Section 2.2.2, does not apply if the Reynolds number is significantly
affecting the state of the boundary layer.
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Figure 2.26: Slipstream of the XPROP propeller (Section 3.2) for various advance ratios by varying rotational
speed, Voo =40 m/s to illustrate of the effect of Reynolds number on propeller performance.

Although the Cr — J is a nondimensional performance curve, it is shifted and the
slope is increased when the helical tip Mach number becomes larger. This is pri-
marily due to the effect of compressibility on the aerodynamic properties of the two-
dimensional blade sections. At a given advance ratio, the thrust and torque coefficients
are therefore increasing with M. The consequence is that the total pressure and swirl
angle in the slipstream are increasing accordingly, shown in Fig. 2.27a and Fig. 2.27b,
respectively. Along the blade, in particular the outboard sections experience the effect of
compressibility.

However, compared to the thrust distribution in Fig. 2.27c, the normalized thrust
distribution in Fig. 2.27d indicates that there is only a minor effect on the shape of the
radial distribution. It is mentioned that this would only apply if there is no significant
shock-induced separation on the outboard part of the blade. In this case, even though
the blades are unswept, the effect of a supersonic tip does not significantly affect the
thrust distribution. This leads to the conclusion that the same slipstream shape can
be obtained if / and C7 are matched. This would be possible by slightly increasing the
blade pitch for low Mach number conditions. For the XPROP propeller at the operating
condition close to maximum efficiency, a linear dependency of T¢ on Mach number was
found: Tc(Mhel) = Tc, ;=0 + 0.037 M) for My < 0.8.
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Figure 2.27: Illustration of the effect of Mach number on the propeller forces and slipstream shape. Propeller
coefficients and advance ratio representative for cruise phase. Full-blade CFD results of the XPROP propeller.

The net effect of Mach number on efficiency is depicted in Fig. 2.28. Up to My = 0.6,
the profile losses reduce with higher tip Mach number (linked to the higher Reynolds
number), while at high subsonic Mach numbers, the efficiency starts to reduce due to
compressibility losses in the tip region. However, the drop is quite moderate, in line with

observations in Refs. [82, 117]. At higher thrust coefficients, these losses would occur at
lower M.
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Figure 2.28: Illustration of effect of Mach number on the propeller efficiency for a constant blade pitch and
advance ratio. The expected factors that affect the efficiency are annotated. Full-blade CFD results of the
XPROP propeller.

Finally, it is common that full-scale propellers have variable pitch [72], such that the
maximum in efficiency can be obtained in each flight condition (see Section 2.2). As
analyses on subscale propellers require the Reynolds number and Mach number to be
relatively low, which in their turn is shifting the performance curves, the blade pitch an-
gle can be tuned to compensate for this. This is schematically shown in Fig. 2.29. A shift
of the C7 — J curve could be achieved by selecting a larger blade pitch angle. However,
this has a consequence for the advance ratio of maximum efficiency. In Ref. [116] it is
shown that the maximum efficiency is achieved at lower J for low Reynolds number con-
ditions. This implies that, with a higher blade pitch, only the Cr — J curve is shifted and
the maximum efficiency is not achieved at the same J that belongs to the full-scale de-
sign. The maximal thrust coefficients of the scaled-down experimental setup are inher-
ently lower because of the lower tip Mach number and lower Reynolds numbers of the
blade sections. High thrust conditions are less suitable to predict with subscale models.
Typical take-off conditions (see Table 2.2) are therefore impracticable to achieve when
scaled models are used. On the other hand, climb, cruise, and approach conditions are
less problematic, if the conditions and blade angle are selected accordingly.
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Figure 2.29: Illustration of typical performance curves of full-scale versus the wind-tunnel scale propellers.

The typical phases of flight are annotated.
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MODELS AND CFD METHODS

3.1. INTRODUCTION

The research questions in this dissertation are addressed by employing a variety of mod-
els and analyses methods. The selected cases represent aspects of the two configura-
tions of interest: the leading-edge distributed propeller configuration and the configu-
ration with propellers mounted to the horizontal tailplane. These are divided into sub-
problems with the goal to remove the influence of other airframe components. The ad-
vantage of the investigations on subsystems is that the findings are not configuration
specific but instead can be used for a broader range of applications. The models range
from relatively straightforward setups, to more complex setups where multiple interac-
tion phenomena are present simultaneously. The goal of this chapter is to provide an
overview of each setup. These are summarized in Table 3.1, where the increasing level of
propulsion-integration effects is indicated with an arrow.

For all cases, propeller setups with an undisturbed inflow serve as the reference.
For the propeller-airframe interaction studies, a distinction is made between the cases
where primarily the propeller is affected, and the cases where in particular the airframe
component is affected by the propeller slipstream. Finally, the analyses of a complete
aircraft not only reveal the more complex aerodynamic interactions, but also put the
findings into perspective. To this end, two reference aircraft have been used for the anal-
yses of propeller installation effects on aircraft performance, stability, and control.

Both experimental and numerical analyses have been performed on nearly all cases,
with only a few exceptions, as listed in Table 3.1. The following benefits of experimental
methods have been employed herein:

* Flexibility to assess the complete flight envelope and to identify the regions of the
envelope where the aerodynamic interaction is most profound at a relatively low
cost.

Parts of this chapter have been published in Refs. [90, 118-120].
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Table 3.1: Overview of setups, their objectives, and analysis methods.

Setup Objectives/aspects of interest Geometry Analysis method Chapter(s)
lidation dat %:* experimental, Ch. 2-9
« validation data
CFD-full blade
Isolated « reference condition
propellers « gradients of flowfields experimental
for a > 0 conditions CFD-full bla(’le Ch.2,4,6
Distributed * unsteady interaction
propellers * propagation of ) CFD-full blade Ch. 6
interaction in downstream
direction

Wing-propeller ~ * unsteady propeller loads

engineering method

Leading-edge
distributed
propellers

* propagation of
interaction in downstream
direction

« stability and control
characteristics

« performance of leading-edge
distributed propellers

@ . . CFD-full blade Ch. 6
S model « induced effect of wing on experimental

% propeller

=

'% « upstream effect on propeller

& ) « propeller—tip-vortex experimental,

£ Propeller—tailplane ;. teraction CFD-full blade, Ch. 6,8
£ model * propagation of CFD-actuator disk

= interaction downstream

2

2

& .

S Configuration « airframe-induced effect CFD

e study on propeller loads ’ Ch.7
o

on

g

b

S

o

CFD-actuator disk Ch. 9

7 Tail-mounted
propellers

* propagation of nonuniform
flowfield in downstream
direction -

« time-averaged and
unsteady aircraft loads

« stability&control
characteristics

experimental,
CFD-full blade Ch. 8,9

¢ The analyses of high-lift conditions and interaction phenomena that are driven by
flow separation do not suffer from limitations of the turbulence models in predict-
ing flow separation.

¢ Analyses of the interaction where large gradients of the flowfield are relevant, do

not suffer

from artificially introduced diffusion and dissipation.

On the other hand, numerical analyses compensate for some of the distinct disadvan-
tages of experimental analyses, including:

56



3.2. PROPELLER MODELS

e The complexity to determine forces on a component level.

¢ The difficulty to simulate isolated conditions due to the presence of support struc-
tures and wind-tunnel walls.

e The limited accessibility to the model for flowfield measurements due to obstruc-
tion by the model itself and by the wind-tunnel walls.

* The difficulty to characterize the full interaction with sufficient resolution.
e The limited flexibility to modify the geometry.

e Limitations of the wind-tunnel setups in terms of Mach number and Reynolds
number.

* The limited ability to determine the state of all relevant flow quantities simultane-
ously.

¢ The introduction of measurement errors and uncertainties.

3.2. PROPELLER MODELS

Since the propeller plays a key role in the propeller-airframe interaction, the choices for
the propeller geometries are based on several considerations. In particular, the perfor-
mance characteristics are attempted to match the ones listed in Table 2.2. Although a
large range of thrust coefficients is required to simulate cruise and climb conditions, the
maximum thrust coefficient T¢ is limited by the low Reynolds number. To still achieve
moderately high T¢, the blade sections should have a relatively high maximum lift co-
efficient. This leads to lower limits on blade thickness, in particular for low Reynolds
number conditions. Furthermore, the blade design should be such that it is close to
minimum induced loss; this ensures a slipstream shape that is comparable to full-scale
designs. Finally, availability of the geometry, the existence of previous studies using the
same geometry, and manufacturability also have played a role in the selection.

The majority of the work presented in this dissertation relies on the use of the XPROP
propeller; a six-bladed propeller with a suitable range of thrust coefficients, a high max-
imum efficiency, and a representative solidity of o = 0.29. It is a propeller that is also
extensively used in other studies, for example in Refs. [109, 116, 121, 122]. Its geometry
is depicted in Figs. 3.1a and 3.1b. The ARA-D airfoil profiles are designed to operate at
high lift coefficients [123] and the stall is gradual. This is an advantage as it leads to a
consistent shape of the slipstream for a large range of advance ratios. The airfoils are
stacked on the blade pitch axis, and because the chord is not constant, this leads to a
slight forward-backward sweep when going from hub to tip. Two blade pitch settings at
70% of the radius are analyzed: fo.7r, = 30 deg and fo.7r, = 45 deg. The CAD geometry
of the model is attached as Supplemental Data in Ref. [90].

Two variants of the XPROP are utilized. For the CFD simulations, a 50% scaled ver-
sion of the original XPROP (D), = 0.4064 m) is used, denoted as ‘XPROP’. The only modifi-
cation is the removal of the gap that exists near the hub, as shown in Fig. 3.1d. For the ex-
perimental model, the trailing edge region was slightly modified to maintain a minimum
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Figure 3.1: XPROP(-S) propeller geometries.

trailing edge thickness of 0.2 millimeter to comply with manufacturing constraints. The
thickness of the last 30% of the blade chord was adapted for r/Rp, > 0.4, while the cam-
ber line was maintained, as shown in Fig. 3.1c. This is referred to as the ‘XPROP-S’. The
reason for the inconsistency was a matter of timing: most simulations were performed
prior to the manufacturing of the experimental model. Yet, a two-dimensional analysis
of the two airfoil profiles at /Ry, = 0.7 indicates that the lift curve slope of the modified
version reduced by less than 1% and zero-lift angle of attack increased by 0.05 deg. Al-
though the value of ¢4, was increased with 40 %, since profile drag typically accounts
only a few percent to the torque and even less to the thrust [91], this modification has no
significant impact on the results. For clarity, Table 3.2 lists the different variants of the
propeller.
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3.2. PROPELLER MODELS

Table 3.2: Different propellers and their notation used in this dissertation.

Notation Method Diameter Hub Trailing edge
XPROP CFD 0.2032m  without gap original
XPROP-S Experimental 0.2032m modified gap modified
Beaver Experimental & CFD  0.2370 m original original

For the propeller-tailplane study, a scale model of a rather dated propeller design
that was mounted on the de Havilland DHC2 Beaver was used. This propeller is denoted
as the ‘Beaver propeller, of which an overview is provided in Fig. 3.2. The choice for
this propeller was mainly based on the availability of the setup at the time when the
experiment and the first numerical analyses were conducted. Also this propeller has
been employed by various authors [37, 109, 116, 124, 125]. The four bladed propeller
has a solidity of o = 0.20 and features Clark-Y profiles and nearly circular root sections.
The blades are set to a blade angle of 23.9 deg at 75% of the radius. Compared to the
XPROP propeller, the lower solidity results in a lower normal force gradient and lower
maximum thrust coefficients. Since structural rigidity constraints the section thickness-
to-chord ratio, and the geometry in the hub region, its efficiency distribution is not ideal
(contrary to the nearly optimal distribution for the XPROP). This also leads to a relatively
low maximum efficiency for the Beaver propeller.
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(a) Blade planform and airfoil sections. (b) Pitch and chord distribution and main dimensions

of propeller and nacelle.

Figure 3.2: Beaver propeller geometry, dimensions in mm.

A quantitative comparison between the more modern XPROP geometry and the
Beaver propeller is depicted in Fig. 3.3, which shows the load distributions and time-
averaged slipstreams. Contrary to the XPROBP, the loading (Fig. 3.3a) is time-dependent
up to r/R, = 0.4, and its mean value is even negative for r/Rp < 0.3. Part of this differ-
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ence in loading can be attributed to the nearly circular root sections on which the flow
separates. Furthermore, there is clear difference in nacelle geometry, shown in Figs. 3.1d
and 3.2a. While the relative maximum nacelle diameters are comparable (27.5% for the
XPROP 29.5% for the Beaver propeller), the contour of the XPROP spinner is smooth and
is tangent to the nacelle, whereas the connection of the cylindrical Beaver spinner is nor-
mal to the nacelle, which also causes a time-dependent flowfield near the root sections
of the Beaver propeller.

The ineffective root sections of the Beaver propeller lead to a relatively high loading
on the outboard part. This has clear implications on the blade loading and flow field in
that region. For the same thrust coefficient T¢, a much higher axial induced velocity for
r/Ry > 0.5 (Fig. 3.3b), while the XPROP slipstream is more gradual in radial direction.
This is a clear sign of lower propeller efficiency. As a consequence of the outboard load,
the average swirl angle is also relatively low for the Beaver propeller. These different
flowfields are indicative that the interaction with an aerodynamic surface will be quite
different, as the location of the higher induction and swirl angle are driving factors for
the loads that are generated on the surface. For example, if mounted to a tip of a wing,
the swirl of the XPROP is more concentrated in the hub region, and therefore will lead to
a different interaction with the wing-tip vortex for the same thrust coefficient.
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along blade. x/Rp =1.1. X/Rp =1.1.

Figure 3.3: Comparison between Beaver and XPROP propeller characteristics, full-blade CFD results (Section
3.4). XPROP: T¢ = 0.37, np = 0.76. Beaver: T¢ = 0.36, 7p = 0.71.

3.3. EXPERIMENTAL SETUPS

3.3.1. WIND-TUNNEL FACILITY AND OPERATING CONDITIONS

The majority of the experimental work was performed in the Low-Turbulence Tunnel
(LTT) at the Delft University of Technology. This is a low-speed, closed-return tunnel,
with a maximum velocity of 120 m/s. A schematic of the tunnel is depicted in Fig.
3.4. The removable test sections have an octagonal cross sections with a dimension
of 1.80x1.25m. These are slightly diverging to compensate for the streamwise pressure
gradient that is introduced by the boundary layer on the wind-tunnel wall. This zero
pressure gradient condition only exists for an empty tunnel. The freestream dynamic
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3.3. EXPERIMENTAL SETUPS

pressure is determined by a combination of the measured pressure increase in the set-
tling chamber, a calibration of the test section, and the measured total pressure in the
test section.

The measurements were performed at a freestream velocity of 40.00 + 0.02 m/s, un-
less specified otherwise. The turbulence level at these conditions is below 0.03% [126].
The freestream velocity was limited by the maximum available power and torque of the
electric motors that drive the propellers. A trade-off was made between the achievable
thrust coefficients and still an acceptable Reynolds number (see Section 2.5). Thanks to
the very small fluctuations of the freestream velocity, results can be compared at con-
stant advance ratio. Since the T¢ — J curve is not linear, the average measured thrust
would be higher in case of large velocity fluctuations, and therefore a measurement er-
ror would be introduced.

settling chamber
i contraction

!

test section diffuser turning vanes

anti-turbulence screens
fan and flow straighteners

to fan drive

Figure 3.4: Simplified side view of the low turbulence tunnel (LTT) at Delft University of Technology.

3.3.2. EXTERNAL BALANCE

The models installed in the LTT were connected to a six-component external balance
which allows for variation of both angle-of-attack and side-slip, as depicted in Fig. 3.4.
The advantage of such large external balance compared to internal load cells or force
measurements based on strain-gauges, is that the measurements are nearly indepen-
dent of temperature variations and creep. Additionally, high accuracy can be achieved
for a large range of applied forces. For the considered range in aerodynamic forces, the
balance readings have an uncertainty up to 0.02 N [127, 128]. Two times these values are
included in the error-bars of the respective force measurements. These error-bars also
include the spread in data of repeat measurements due to hysteresis, small variations in
operating conditions, and remaining random errors. Tare measurements were taken to
account for the aerodynamic forces of the support struts. Typical acquisition times of
20 seconds were selected to average the measured force data, based on a convergence
study with the model installed at a high angle of attack, which is the critical condition.
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The acquisition frequency was 10 Hz.

3.3.3. PRESSURE MEASUREMENTS

Various pressure measurements were conducted for the purpose of quantifying the load
distribution on lifting surfaces, for the quantification of the propeller slipstream for val-
idation purposes, and for qualitative assessment of the slipstream deformation due to
interaction. These measurements were conducted using surface-pressure tabs, a Pitot
probe, and a wake-rake. Measurements taken in the test section were acquired using a
DTC Initium pressure scanner system. A calibration of this system indicated an average
bias of —0.3 Pa over the all channels. In addition, maximum random errors of +4Pa were
registered, which in line with the value noted by the manufacturer. These random er-
rors are included in the errorbars of the presented data. The pressures are averaged over
the acquisition time of 5 seconds, and were acquired at a sampling rate of 5 Hz. After a
change of angle of side slip or angle of attack, or when the probe has traversed to a new
location, a waiting time of three seconds was applied to avoid the transient to be part of
the measurement.

The probes and wake-rake have an internally conical shaped tip. Although the local
flow is not aligned with the pressure probes, in Ref. [129] it was found that angles up to 20
degyield a total pressure with a maximum error of 1% for such tips. The flow angle in the
majority of the slipstream is well below this value, except in the tip-vortex region, where
the measured total pressure is inaccurate. For the balance measurements, the Pitot-tube
and its support were removed to eliminate their upstream effect on the model.

3.3.4. MOTOR CONTROL SYSTEM

A motor control system was specifically designed to drive the Lehner 2260/40 electric
motors to which the propellers are mounted. This EPTR (Electric Propeller Test Rig)
system is shown in Fig. 3.5. The system consists of TDK GEN-60-85-3P400 DC power
supplies, an inhouse developed power dissipator, MGM HBC25062-3E electronic speed
controllers, and several data acquisition units from National Instruments. The rotational
speed was measured by means of an optical rotary encoder mounted to the motor shaft.

An inhouse developed LabView program sets a setpoint for the speed controller, and
through a PID-controller controls the rotational speed of the motor, by adjusting the
voltage of the DC power supplies through the DAQ system. The setpoint could be set
with a precision of 0.01 Hz. Maximum fluctuations of 0.1 Hz were registered around the
setpoint (typical operating range is 82 to 126 Hz).

To allow for control of the rotational speed in windmilling and close to windmilling
conditions, the power generated by the motor is dissipated by the power dissipators as
heat. This system also allows for rapid control of the rotational speed in case the torque
on the propeller shaft is fluctuating (for example in case of flow separation on the pro-
peller blades or in nonuniform inflow conditions).

62



3.3. EXPERIMENTAL SETUPS

BLDC motor

rotary encoder power

dissipator
BLDC speed | L DC power
motor controller supply
B
1 [

computer with
control program

power supplies power dissipator DAQ & ESC

(a) EPTR system (b) Schematic of the EPTR motor control system

Figure 3.5: Schematic of electric motor control setup ‘EPTR’ in the LTT wind tunnel.

3.3.5. MODELS AND MODEL-SPECIFIC MEASUREMENT TECHNIQUES

ISOLATED PROPELLERS
The XPROP-S propeller was milled out of stainless steel (material code: 1.4104), shown
in Fig. 3.6a. The nacelle was airtight, while a gap exists between the spinner and na-
celle. The nacelle was connected to a support strut, which was in turn connected to the
external balance of the LTT, schematically shown in Fig. 3.6b, such that the propeller
was in the center of the test section. The distance between the leading edge of the sup-
port and the propeller plane measured approximately 2.67Ry,, and the support featured
a NACA0030 profile of 100 millimeter (= 1.0Rp). The out-of-plane velocity at the pro-
peller plane that is induced by the support is estimated to be in the order of 0.1% of the
freestream velocity at @ = 0 deg. A 2.5mm wide transition strip with carborundum par-
ticles with an average size of 150 um was applied to the nacelle, while zig-zag tape was
applied to the support strut. Transition was verified by means of an electronic stetho-
scope. No transition was enforced on the propeller blades. The blades are individually
set to the desired blade pitch angle at 70% of the radius using a special bench, shown in
Fig. 3.6c. It was found by a large number of trials that the blade could be set with an ac-
curacy of +0.05 deg. The associated forces of this uncertainty are determined by means
of CFD simulations, and are included in the error-bars indicating the uncertainty of the
force measurements.

Tare measurements were taken with the same setup but the rotating part replaced by
a non-rotating dummy-spinner. It is noted that the propeller thrust measured with this
approach also includes the change in nacelle drag due to its interaction with the pro-
peller slipstream, for which no correction is applied. An estimate of the added nacelle
drag is discussed in Section 2.3.2. Only a thrust-dependent correction in line with Ref.
[130] for slipstream blockage was applied to the experimental data to obtain the equiv-
alent advance ratio to compare with the numerical results that do not include the effect
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Figure 3.6: Isolated XPROP-S propeller installed on a support in Low Turbulence Tunnel at Delft University of
Technology.

For validation purposes, total-pressure measurements were taken using a Pitot probe
at a survey line 1.1R), downstream of the plane of rotation, with a minimum clearance
to the nacelle of 0.2mm, as sketched in Fig. 3.6d. These were taken on the opposite
side to the support strut, such that the measured upstream effect by the support on the
propeller disk loading is minimized.

In addition to the total-pressure distribution, the velocity field in the slipstream was
measured by means of stereoscopic particle image velocimetry (PIV). Both axial and
swirl velocity were measured in a plane aligned with the propeller rotation axis, schemat-
ically shown in Fig. 3.6e. Phase-averaged measurements were performed by acquiring
500 image pairs at arbitrary phase angles. Also phase-locked measurements were per-
formed using a one-per-revolution trigger signal from the rotary encoder, and are used
to compare the velocity field of individual tip vortex and wake structures, which was
constructed by averaging 300 image pairs. Table 3.3 lists further details of the PIV setup.
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Table 3.3: Measurement and processing characteristics of the PIV setup for the XPROP-S.

Parameter Value

PIV setup Stereoscopic
Cameras 2x 6 Mpixel sCMOS
Focal length 105 mm
Laser 200 mJ Nd:YAG
Field of view 260 x 100 mm
Pulse separation 14us
Image resolution 19 [pixel/mm]
Interrogation window size 24 [pixelz]
Window overlap 50 %
Image pairs 3004, 500”
Uncertainty mean velocity magnitude 0.025V4

“ phase-locked measurements, ” phase-uncorrelated measurements

HORIZONTAL TAILPLANE MOUNTED PROPELLER

For the characterization of the aerodynamic interaction between a propeller and a hor-
izontal tailplane, the Beaver propeller was mounted to the tip of a tailplane featuring a
25%-chord elevator, referred in this dissertation as the PROWIM-HTP. The ratios of pro-
peller diameter-to-chord and diameter-to-span are comparable to the ones used in sev-
eral conceptual design studies, for example Refs. [25, 86, 131, 132]. A technical drawing
of the setup is depicted in Fig. 3.7a. One could recognize this model as alow-aspect-ratio
wing with a plain flap. The CAD geometries of the model and wind-tunnel section are
attached to the Supplemental Data in Ref. [133].

A cylindrical nacelle was connected to a straight, symmetric tailplane model with a
chord length of 0.240 m, a span of 0.292 m, and a NACA 64,A015 profile. The nacelle
is parallel to the chord of the tailplane. The streamwise propeller—tailplane spacing was
fixed to 43% of the propeller diameter. The tailplane model was connected to a rotating
disk integrated into the ground plane, allowing for measurements at nonzero angle of in-
cidence. Photographs of the propeller—tailplane model installed in the LTT are depicted
in Fig. 3.7b. Transition was forced using a 2.5 millimeter wide trip wire made out of car-
borundum particles, applied at 12% of the chord from the leading edge of the tailplane
model.

The tailplane model contained 408 pressure taps in chordwise direction, providing
local measurements of the pressure distribution at eight spanwise locations:
2yl/by =10.19,0.34,0.49,0.55,0.61,0.68,0.74,0.80]. Since at each chordwise position the
pressure ports were cross-connected in spanwise direction, the measurements were
taken per pressure row, with all other rows closed by tape. The pressures from each
spanwise row were simultaneously recorded at a sampling rate of 5 Hz using an elec-
tronic pressure scanner and averaged over a measurement time of 3 seconds to obtain
the final results per data point.

Flowfield measurements were taken in the wake of the model using stereoscopic
particle-image velocimetry (PIV). Three measurements planes were used, oriented per-
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(b) PROWIM-HTP setup installed in the Low-Turbulence Tunnel at Delft University of Technology.

Figure 3.7: Tip-mounted propeller model PROWIM-HTP.

pendicularly to the flow at 1.5¢; from the trailing edge of the tailplane model, see Fig.
3.7b. Table 3.4 provides an overview of the data-acquisition and postprocessing char-
acteristics of the PIV setup. The cameras were traversed simultaneously in the verti-
cal direction to allow for measurements in three different planes, together covering the
entire wake of the propeller-tailplane model. The results from the three measurement
planes were combined in postprocessing to obtain a final field of view with dimensions
of 360 x 485 mm. Both phase-uncorrelated and phase-locked measurements were taken,
with phase-locking achieved using a one-per-revolution-trigger signal integrated into
the motor driving the propeller.
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Table 3.4: Measurement and processing characteristics of the PIV setup for the Beaver propeller.

Parameter Value

PIV setup Stereoscopic
Cameras 2x 16 Mpixel CCD
Focal length 200 mm f/4
Laser 200 mJ Nd:YAG
Field of view 360 x 485 mm
Pulse separation 40 us
Max. particle displacement 25 pixel
Image resolution 19 [pixel/mm]
Interrogation window size 24 [pixelzl
Window overlap 50 %
Vector spacing 0.9 mm
Image pairs 3004, 1000”

@ phase-locked measurements, ¥ phase-uncorrelated measurements

AIRCRAFT WITH PROPELLERS MOUNTED TO HORIZONTAL TAILPLANE

For the characterization of a series of propulsion integration effects on aircraft level, a
conceptual aircraft model was designed that features propellers mounted to the hor-
izontal tailplane of a low-wing aircraft. This model is called the VGM-HTP (Variable
Geometry Model with Horizontal Tailmounted Propellers ). The geometry of the con-
ceptual aircraft model was based on Refs. [25, 86, 131, 132]. The main dimensions were
selected to be representative for such layout, of which an overview is provided in Fig. 3.8
and Table 3.5.

The wing has no sweep, a linear washout of 2 deg, an aspect ratio of 8.46 and a taper
ratio of 0.40. The selected cambered airfoil has a 15% thickness-to-chord ratio and is
described in Appendix A. High-lift configurations were simulated by removable Junkers
flaps. The nacelles are aligned with the fuselage centerline and are mounted at 69%
of the horizontal tail semi-span, comparable to Ref. [25]. Both inboard and outboard
parts of the horizontal tail are equipped with elevators with a chord ratio of 25%. The
rounded tip of the symmetric horizontal tail extends up to 0.85R,, from the propeller
rotation axis such that propeller tip-vortex cores do not impinge on the tailplane in clean
configuration with no side slip angle. The distance between the propeller rotation plane
and the leading edge of the tailplane is selected as 1.2R),, based on suggestions in Ref.
[94]. The CAD geometries of the model and wind-tunnel section are attached to the
Supplemental Data in Ref. [120].

The model was supported to the external balance of the LTT wind tunnel, by three
support struts. The struts connected to the wing were shielded by a fairing that was not
connected to the balance system (see Fig. 3.9a). Separate measurements were taken with
the model removed to subtract the forces generated on the isolated support struts (and
thereby neglecting the interference drag between the model an struts (see Ref. [134]). No
wind-tunnel-wall corrections were applied, as the numerical simulations also include
wind-tunnel walls and the objective is to focus on the aerodynamic phenomena trends,
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Figure 3.8: Technical drawing of the VGM-HTP aircraft model and wind-tunnel test section.

Table 3.5: Main dimensions of the aerodynamic surfaces. The vertical tail is defined up to the curved fuselage

centerline.

Wing w/o flap Flap Horizontal tail ~ Vertical tail
Area 02163m?>  £X=019 =037 3=018
Airfoil DU 96-150 DU96-150 NACA 64,A015 NACA 0015
Root incidence 0 deg - 0deg 0deg
Washout angle 2 deg 0 deg 0deg 0deg
Aspect ratio 8.46 6.10 2.85 1.50
Taper ratio 0.40 1.00 1.00 0.41
Volume coefficient - - 1.14 0.54
Control surface area - - 0.17Sy 0.28Sy

rather than the performance curves of the model in absence of wind-tunnel walls. An
acquisition time of 20 seconds was selected to average the measured forces. This resulted
in converged mean force estimates at all operating conditions considered.

The boundary layers were tripped with 2.5mm wide transition strips with carborun-
dum particles with an average size of 150 um on the fuselage, wing, nacelle, and tail
surfaces. On the tail surfaces and wing pressure side, the strips were applied at 10% of
the chord, while on the wing suction side a strip was applied at 5% chord. Transition
was verified by means of an electronic stethoscope for the considered range of operating
conditions. The model was manufactured with a surface roughness of less than 0.4 yum
and surface irregularities (e.g. countersunk holes) were filled with plasticine.

The blade pitch of the XPROP-S propellers (see Fig. 3.9c) were set to of 45+0.05 deg at
70% radius and the advance ratios were selected such that the range of nondimensional
force coefficients (Cr, Cp, T¢, Qc, Cn,) and the pitch of the tip vortex obtained in the
experiment are comparable to those of full-scale propellers operating at cruise to climb
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(c) Detail of XPROP-S propeller and tailplane (d) Installation of the wake rake and Junkers flap

Figure 3.9: Experimental setup of the VGM-HTP configuration installed in the Low Turbulence Tunnel at Delft
University of Technology.

conditions (see Table 2.2). The advance ratio was varied between J = 2.3 and J = 1.6 by
changing the rotational speed to achieve thrust coefficients from T¢ = 0.01, represent-
ing approach conditions, up to T¢ = 0.28, typical for cruise and climb conditions. Both
inboard-up (IU), outboard-up (OU) and co-rotating (CO) propeller configurations were
tested to quantify the effect of rotation direction, which will be shown to play a key role
on the effect of propeller installation on stability. For the propeller-off conditions, that
serve as the reference, the propellers were replaced by non-rotating dummy spinners.

To illustrate the propeller-airframe interaction for a range of conditions as well as
for validation purposes, the total pressure was measured by traversing a rake with 74
probes in a plane perpendicular to the freestream at two propeller diameters behind the
propeller rotation plane, see Fig. 3.9d. The measurements were taken in a rectangular
grid with resolution of 3 mm in vertical and lateral directions.

The propeller forces were measured by attaching the electric motors to ATI-SI-40
load cells, connected to National Instruments NI-9239 modules. The six forces and mo-
ments were measured simultaneously. The uncertainty of presented propeller force co-
efficients are equal to the spread of the data of the repeat measurements. This instal-
lation is depicted in Fig. 3.10a. Despite the thermal isolation layer between the electric
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motor and load cell, the temperature of the load cell rises during operation, which affects
the load cell readings [135, 136]. A calibration campaign of the installed setup was per-
formed to determine linear temperature compensation coefficients for each force com-
ponent, of which an example is shown in Fig. 3.10b. The average readings of two ther-
mocouples mounted close to the load cell registered the temperature during operation.
Because the load cell temperature response is only linear after a transient response, the
load cell bias of each measurement was determined at elevated temperature, such that
it fell in the linear part of the temperature-force curve. It was found that the calibration
curves were nearly independent on the applied load, hence the same calibration con-
stants were applied on all measurements. Separate calibration curves are used for each
of the load cells.

shaft load cell thermal insulation layer 20 T T i
transient linear
rotary encoder
. g 15T o Side force, '
spinner Vavd = ¥y
P i) —e— Normal force,
o 1.0r n
2 —o— Thrust, T’
I =
- e
=05 .
&
T T Iz, . g oo .W
Z g T N | q 00 I LA ®e L] |
nacelle motor
keys -0.5 - - - -
ion block with th 1 25 30 35 40 45 50
connection block with thermocouples Loadcell temperature [deg C]
(a) Load cell assembly to measure propeller forces (b) Example of calibration curves of one of the

two load cells

Figure 3.10: Load cell assembly to measure propeller forces.

At a certain angle of attack, the wing wake is encountered by the propeller. This en-
counter not only affects the propeller loading, but the interaction between the (vortic-
ity of the) wing wake and the propeller tip vortices also affect the flowfield downstream
the disk. To further study the spatial extent of this interaction, a stereoscopic PIV setup
is employed with a field of view that contains a portion of the flowfield upstream and
downstream the propeller disk and is aligned with the freestream flow direction, as high-
lighted in Fig. 3.11. The lasersheet and two cameras traversed in the spanwise direction
to evaluate the locations where the wake is encountered by the propeller, as well as lo-
cations where the blades remain above the wake. Table 3.6 lists the measurement and
processing details of the PIV fields. An experimental approach is selected over a numer-
ical approach, as it is known that the velocity gradient at the propeller slipstream edge is
not well captured in the CFD simulations, which would complicate the quantification of
the associated deformation of the wing wake.
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streamwise
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Figure 3.11: Definition of the field of views for stereoscopic PIV of the VGM-HTP model.

Table 3.6: Measurement and processing characteristics of the PIV setup for the VGM-HTP model.

Parameter Value

PIV setup Stereoscopic
Cameras 2x 6 Mpixel sSCMOS
Focal length 105 mm
Laser 200 mJ Nd:YAG
Field of view 85 x 150 mm
Pulse separation 14us
Interrogation window size 24 [pixel?]
Window overlap 50 %

Image pairs 3004, 500?

@ phase-locked measurements, ¥ phase-uncorrelated measurements
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In addition to the quantitative visualizations of the flowfield constructed from the
PIV and wake rake measurements, qualitative flow visualization was done by applying
a mixture of Shell Ondina 32/15 and A-680 fluorescent particles on the surface of the
model. This was in particularly done to visualize the flow separation that originates from
the wing—fuselage junction. To avoid that the photographs were taken of a still develop-
ing flow, the conditions were maintained for about one minute until no transient state
was observed.

The effect of the propeller installation on the unsteady pressure fluctuations on the
fuselage can be indicative for a part of the interior noise. In a similar fashion to Ref.
[137], five Sonion 8044 microphones are embedded in the aft-fuselage outer surface on
the fuselage centerline, as shown in Fig. 3.12. The figure also depicts the cavity and dis-
tance from the microphones up to the fuselage surface. The microphones measured a
frequency range of 20 Hz-15 kHz, with a maximum input level of 123.5 dB (re 20-10°
Pa) at 1 kHz and an equivalent noise level of 35 dBA. A calibration using a white-noise
sound source was performed by placing a LinearX M53 microphone next to each micro-
phone, which was calibrated using a GRAS 42AA piston phone. The microphone data
was acquired with a sampling frequency of 51.2 kHz, synchronously with the once-per-
revolution trigger signal from the optical encoder. The measurement time of 30 seconds
corresponded to approximately 15,000 to 23,000 blade-passages for each measurement
point.

microphone locations [deg]

microphone
fuselage
surface =
0.55R,,i
hole » 0.3mm
cavity ©2.0 x 1.5mm microphones on the fuselage
centerline

Figure 3.12: Locations of microphones embedded in the aft-fuselage of the VGM-HTP model.

3.3.6. EFFECT OF Low REYNOLDS NUMBER ON INTERACTION

Compared to the undisturbed flowfield that a lifting surface experiences without the
propeller, a propeller slipstream introduces a periodic flowfield that on the one hand
changes the local lift coefficient, and on the other hand introduces regions that contain
elevated levels of turbulence. These regions are the tip vortices and the blade wakes.
From Refs. [110, 138] it is shown that the boundary layer transition does move towards
the leading edge of the lifting surface due to these disturbances. However, at certain lo-
cations on the wing the boundary layer becomes laminar between blade passages. The
time-averaged effect of the slipstream is leading to earlier transition [37]. This topic does
not specifically get attention in this dissertation, as the aim is to investigate installation
effects for transport aircraft that typically fly at relatively high speed, hence transition oc-
curs already close to the leading edge. For this reason, the experimental setups include
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forced transition (see Section 3.3.5) and the simulations make use of turbulence models.
The necessity of such approach in the quantification of installation effects becomes
clear by the photos taken of fluorescent oil that was applied on the VGM-HTP model,
shown in Fig. 3.13. The figure depicts three cases; a propeller-off case with a transition
strip, a propeller-off case without strip, and a case with propeller and without strip.

prop-off, with strip Tc=0.28, with strip

a. laminar boundary layer d. path core of tip vortex
b. laminar separation e. vortex deformation
c. turbulent boundary layer f. turbulent fuselage boundary layer

Figure 3.13: Effect of propeller installation on the transition and laminar separation on the tailplane at a =0
deg. Reynolds number based on tailplane chord is 400,000.

The fluorescent oil is too viscous to adapt to the local flow direction in a time-accurate
manner. However, after a short period (typically less than 30 seconds), the regions of
transition, separation, and reattachment can be distinguished.

For the case with strip, a turbulent boundary layer is formed over the majority of the
chord. At this low Reynolds number based on chord (400,000), approximately 50% of the
chord is laminar, after which laminar separation and reattachment is achieved. From
this location onwards, the flow is turbulent. With the propeller installed, the slipstream
region as well as a wedge from the impingement of the helical vortex on the leading
edge becomes turbulent nearly immediately. The consequence is that if no transition is
enforced, one would quantify also the effect of transition on the drag, lift, maximum lift
coefficient, and effectiveness of trailing edge devices. Especially if the model scale of the
model relative to the envisioned scale is not matching, this is an unwanted artefact of
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testing at smaller scales.

3.4. RANS CFD SETUPS

Numerical models are employed to support and complement the experimental analy-
ses. The majority of the aerodynamic simulations of the various interaction phenom-
ena are performed by solving the Reynolds-averaged Navier-Stokes (RANS) equations.
This approach is chosen over lower-order methods, for example panel methods or other
vortex-based methods, based on the several considerations. A RANS approach is consid-
ered most suitable to maintain consistency with the experimental setup. The geometry
can be maintained to a large extent and it is possible to predict flow separation with rea-
sonable accuracy. Lower order models often require the flowfield close to the model
to be defined/enforced a-priori, for example by defining collocation points of vortex
panels. Such a choice influences the solution. Since the studied flowfields are highly
three-dimensional and the model consists of a combination of lifting surfaces, nacelles,
fuselage, and junctions between these, it is an advantage to use RANS instead.

3.4.1. RANS CFD SOLVER AND SETUP

ANSYS® Fluent Release 18.1 [139], a commercial, unstructured, finite volume, and cell-
centered solver was used for all simulations. The meshing was performed with ANSYS
Meshing Release 18.1. The details regarding grids per case are discussed in Section 3.4.4.

Since the aerodynamic interaction is driven by the relatively large length and time
scales, i.e. multiples of the blade-passing frequency, the smaller scales of turbulence are
not of interest. The flow is therefore prescribed to be fully turbulent. This is in line with
the experimental setups, which employ transition strips near the stagnation points/lines
on the models, except for the propeller blades. As discussed in Section 4.2.1, this discrep-
ancy between experiment and simulation of the flowfield around the propeller blades
leads to quite significant deviations at high advance ratios.

The choice for the turbulence model to close the system of equations has a profound
effect on the prediction of flow separation [140]. The one-equation Spalart-Allmaras
model and the two-equation x — w shear stress transport model (SST) model are widely
used models for simulations of external flows for a large range of Reynolds numbers,
Mach numbers, and pressure gradients. The x —w SST model was designed to accurately
predict the onset and the severity of flow separation under adverse pressure gradients
[141]. The performance of this model has been demonstrated by several validation stud-
ies, for example Refs. [141, 142], and in various propeller related studies [92, 113, 143—
146]. The Spalart-Allmaras model was developed in particular for typical aerospace ap-
plications [147]. Also this model was successfully applied in simulations of propellers in
various studies, e.g. Refs. [148-151]. Provided that all simulations approximately have
the same range of Reynolds number based on the chord of the lifting surface of interest,
a brief validation study is performed in this section to determine the most suitable tur-
bulence model for the cases presented herein. A modification as proposed by Ref. [152]
to the Spalart-Allmaras model with a strain/vorticity-based production equation is used
which improves the development of tip-vortices by suppressing the artificial build-up of
turbulent viscosity in these regions.
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Figure 3.14 depicts a comparison between these two turbulence models on the test
case of a horizontal tailplane with a deflected elevator (6, = —10 deg). It was found in
the experimental campaign that at a mid-span location, the flow separated from ap-
proximately 75% of the flap chord up to the trailing edge. The path lines depicted in
Fig. 3.14a, clearly indicate that the point of the trailing edge separation strongly differs
between the two turbulence models, with the SST model predicting separation nearly
immediately downstream of the flap gap. The pressure distributions in Fig. 3.14b show
that the SST model indeed predicts the separation prematurely compared to the exper-
imental data, and consequently leads to less suction on the elevator and main element.
The associated decambering of the streamlines, well observable in Fig. 3.14a, leads to a
lower section lift coefficient for the SST model. On the other hand, the Spalart-Allmaras
model clearly shows better agreement with the experimental data, with a nearly identical
suction peak on the elevator.
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Figure 3.14: Comparison between two turbulence models and experimental data for the horizontal tailplane
model (prop-off) at 2y/b = —0.5. Conditions: Re, = 660,000; §¢ = —10 deg; a = 0 deg.

The experimental data suggests that the trailing edge separation occurs slightly
ahead of the separation line predicted by the Spalart-Allmaras model. However, the
Spalart-Allmaras turbulence model shows a satisfactory prediction and was therefore
selected for all cases considered herein. The fact that two well established models dis-
play such a significant difference also highlights the importance of validation data.

For the spatial discretization of the RANS equations, a second-order upwind scheme
is selected. The momentum and pressure-based continuity equations are solved simul-
taneously by a coupled algorithm. Such an implicit approach is selected as it is advan-
tageous in terms of computational resources over segregated algorithms, in particular
for the time-dependent simulations. A Courant number of 1.0 is used, which is a com-
promise between numerical stability and the required number of iterations to reach a
converged solution. Convergence is determined by a maximum normalized residual of
1075 and by evaluating the convergence history of the forces on the component of inter-
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est. For the steady simulations this typically required around 5,000 iterations.

Since the maximum helical Mach number of the propeller tip cannot be considered

low subsonic, the simulations are of a compressible fluid. For the equation of state, an
ideal gas is assumed, and Sutherland’s law is applied to predict the dynamic viscosity. In
line with the experiments, ambient conditions are set to sea level conditions. Although
temperature and pressure varied during the experimental campaigns, these did not sub-
stantially differ from sea level conditions and therefore no adjustments to the flow prop-
erties were made in the CFD simulations. For completeness, the associated flow proper-
ties are listed in Table 3.7.

Table 3.7: Fluid properties for the CFD simulations.

Quantity Expression Value

Molecular weight, m [kg/kmol] - 28.9644
. R

Specific heat, Cp, [J/ (kg K)] Cp = =) 1004.69

-3 1.5
Thermal conductivity, kp [W/(mK)] k= 28463810 " T°2 025326
T+245.4-10 T

Reference viscosity, po [kg/(m s)] - 1.7894-107°
Reference temperature, Ty [K] - 288.15
Effective temperature, S [K] - 110.40
Reference specific heat ratio, y [-] - 1.4
Reference pressure, pg [Pal - 101325

3.4.2. TYPES OF BOUNDARY CONDITIONS AND INTERFACES
In most of the evaluated cases, the same boundary conditions were set. An overview is
provided here:
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¢ No-slip wall. This boundary condition is used on all surfaces of each model. Since

the first layer height of the cells, determined by the desired y* value, is an order of
magnitude larger than the sand grain roughness of the experimental models (typ-
ically Ra = 0.4um), all no-slip walls are simulated as hydro-dynamically smooth
boundaries.

Slip wall. All wind-tunnel walls are simulated as a slip wall boundary condition by
setting the shear stresses on these walls to zero. This condition allows for non-zero
gradients normal to the boundary.

Symmetry. For the cases where there is symmetry, this condition is applied on the
symmetry plane. There is no flux through this plane; the normal velocity is set
to zero, and there is no shear stress. This condition therefore does not allow for
non-zero gradients normal to the boundary.

Pressure inlet. This condition is placed far upstream of the model. The turbulent
viscosity ratio, gauge total pressure, and total temperature are required, as well as
the direction of the freestream flow.
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* Pressure outlet. This condition is placed far downstream of the model. It is as-
sumed that, on average, over the outlet the static pressure has developed to am-
bient conditions. On average, the propeller-induced pressure field has reached
that value already within two diameters (see Section 2.1.2). Furthermore, in-plane
velocities, such as the downwash induced by the model or the propeller induced
swirl are not influenced by this boundary condition.

e Pressure far-field. This characteristic condition is specified on the remaining
boundary that is not an inlet or outlet. The freestream Mach number, turbulent
viscosity ratio, static pressure, temperature, and freestream flow direction comply
with the inlet conditions.

* Cyclic periodic conditions. This condition is set on the two sides of a wedge-shaped
domain that contains one propeller blade. In these isolated propeller simulations,
the flow is rotationally periodic. In this way, the solver treats the two planes as
direct neighbours. To avoid unnecessary interpolation, the mesh on these bound-
aries are conformal.

To avoid that the proximity of the boundary condition has an effect on the flow di-
rection, pressure and velocity experienced by the model, the boundary conditions are
placed far from the model. The distances to the model that can be freely chosen (that
excludes the wind-tunnel walls) are determined by first simulating the model in a large
domain. The final (smaller) domain is selected based on a certain chosen threshold of
the gradient of static pressure and flow angle that exist in the large domain; these condi-
tions are therefore freestream conditions.

Although needless to say, it is important that the specified flow quantities at the
boundary conditions should be consistent. This entails that total pressure, total temper-
ature, Mach number, temperature, and the ratio of turbulent viscosity should match the
desired flow condition in the far field. Inconsistent boundary conditions not only lead
to poor convergence, it can introduce e.g. an erroneous flow angle in the domain. For
completeness, the equations used to determine the flow quantities are repeated here.
Based on the freestream velocity V,, and assumed sea level conditions, the Mach num-
ber follows as

V.
My = — 3.1
a

The total pressure and total temperature then follow from the isentropic relations:

pi=— 3.2)

Ty = m (3.3)

The inlet eddy-viscosity ratio of 0.21044 was based on recommendations by Spalart and
Rumsey [153].
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3.4.3. PROPELLER MODELLING

The propeller is modelled with two levels of fidelity: a full-blade approach and an actua-
tor disk approach. The former is particularly used when the loads on the propeller are to
be determined and when the unsteady interaction with the airframe is to be character-
ized. This is the case when the airframe or flow condition introduces a strong nonuni-
form inflow to the propeller. The actuator disk approach is used when the time-averaged
effect of the slipstream on the airframe is of interest. The two methods are schematically
shown in Fig. 3.15.

In a full-blade approach, the propeller geometry is treated as a no-slip boundary con-
dition. The propeller blade is placed in an axisymmetric domain, containing the spin-
ner and the front part of the nacelle. For the isolated propeller, this domain is a wedge
that contains one blade, with periodic boundary conditions on the sides. For the in-
stalled propeller cases, or when the inflow is not uniform, a full annulus is constructed
by copying the domain of a single blade. This ensures an axisymmetric mesh. The do-
main containing the propeller is coupled to the stationary domain through interfaces.
The interpolation of the flow quantities on this interface introduces artificial diffusion
and dissipation. Therefore, the grid is further refined on these interfaces.

propeller plane
v

N

—
X

regularization

interfaces

no slip wall

function 7,
stationary domain

periodic rotating domain actuator disk with distributed

boundaries no-slip wall (stationary) momentum and energy sources

(a) Representation with a full-blade approach (b) Representation with an advanced actuator disk
model

Figure 3.15: Schematic of the full-blade approach and the actuator disk approach.

The rotational motion of the propeller is simulated by a multiple reference frame ap-
proach for the steady simulations, for example used in Ref. [154]. In order to maintain a
helical vortex system, also the stationary domain is simulated with the same rotational
speed as the propeller, while the nacelle remains stationary. If this frame transforma-
tion is not also prescribed in the stationary domain, the helical vortex system would not
be present, and instead the tip vortices would follow a straight path. The consequence
would be that the induced velocity field at the propeller disk is not representative. For
consistency, the steady isolated propeller simulations also include the interfaces, such
that the flowfields and loading distributions can directly be compared to the installed
cases. It is noted that this approach is only valid if there is no significant flow separation
from the propeller blades.

For the time-dependent these cases, the mesh containing the propeller rotates at
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the propeller rational speed relative to the stationary domain, and is coupled through
the sliding mesh approach [139], by using interfaces from the stationary to the rotating
domain. This is the most used CFD method for propeller-airframe interaction studies in
case the blade is modelled as a full blade, for example in Refs. [72, 109, 155-159]. A time
step equivalent to 2 deg propeller rotation with 35 inner iterations per time step, using a
second-order implicit temporal discretization.

An advanced actuator disk approach is used, developed in Ref. [133], to simulate the
propeller slipstream that interacts with the airframe for the A320-DP model and a spe-
cific case of the PROWIM-HTP model, see Section 3.4.4. Instead of a discontinuity of
pressure in the domain, the thrust and tangential forces acting on the propeller blades
are represented by axial momentum sources, tangential momentum sources, and energy
source terms. Since the region that is swept by the propeller has a finite thickness, these
source terms are distributed along the x-direction through a regularization function, as
described in Ref. [133] and sketched in Fig. 3.15b. The method allows for a nonuniform
load distribution in radial and azimuthal directions, and therefore the effect on nonuni-
form inflow on the propeller slipstream development is captured. A similar approach
is followed in Ref. [125]. The distributions are determined a-priori by the method de-
scribed in Chapter 5 or by full-blade simulations of the installed configuration. In Ref.
[133] it is shown that even though a relatively accurate representation of the flowfield
can be obtained by using an actuator disk model, stability analysis of turboprop, e.g. in
Ref. [160], therefore require the propeller load distribution should be known in advance.
Moreover, for an aerodynamic surface like the tailplane that is submerged in a highly
distorted and time-dependent flowfield, a time-accurate representation is most suitable
to accurately determine the time-averaged normal force on this aerodynamic surface, as
demonstrated in Ref. [133].

3.4.4. MESH DETAILS PER CASE

XPROP AND BEAVER ISOLATED PROPELLER

The isolated propellers are solved in the wedge-shaped domains consisting of subdo-
mains with refined grids, as depicted in Fig. 3.16. The propeller blades, spinner and
nacelle are no slip walls, while the nacelle is a moving wall. Periodic conditions are used
on the sides of the wedge. The inlet is a pressure inlet, while the outlet is a pressure
outlet boundary condition. A pressure far-field condition is specified on the remaining
boundary. The size of the domain of the Beaver propeller is smaller than the domain of
the XPROP  since lower thrust coefficients were simulated with this propeller.

Table 3.8 summarizes details about the selected meshes. The choice for the propeller
grids is based on a grid refinement study presented in Section 4.1. The nacelle, rotating,
and outer domains have tetrahedral shaped elements, while the domains upstream and
far downstream the propeller are hex dominated. The inflation layers on the nacelle,
spinner, and blade have a different first layer thickness, to comply with the maximum
y* of 1. The number of elements is chosen to capture the boundary layer profile in the
prism shaped elements. The surface mesh on the blade is a mapped, rectilinear grid,
with refinements towards the leading/trailing edges and the hub/tip regions.
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Figure 3.16: Computational domain and boundary conditions for the simulations of the propellers in isolated
conditions.

Table 3.8: Mesh details of the CFD simulations for two different propellers in isolated conditions (see Fig.

3.16).

Parameter XPROP (By.7 R, =45 deg) Beaver
Prism layers

e Spinner 28 28

* Blade 28 26

e Nacelle 28 32

e Growth rate 1.2 1.2
Number of divisions surface mesh

e Chordwise 141 82

* Spanwise 154 128
Max. element size rotating & nacelle domains (0.032Rp)3 (0.0251?;,)3
Number of elements

e Rotating domain 1,912,719 2,658,134

* Nacelle domain 1,852,244 2,387,459

e Total 4,841,676 7,373,636
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ARRAY OF DISTRIBUTED PROPELLERS

The effect of the installation of a propeller as part of an array of distributed propellers
is simulated by placing a full XPROP propeller and nacelle in a domain with symmetry
boundary conditions on each side, shown in Fig. 3.17. By placing these boundary condi-
tions, the situation is simulated where the ‘middle’ propeller is part of an infinite array;,
with the adjacent propeller rotating in opposite direction. Furthermore, the imaginary
adjacent propellers have the same rotational speed and are in phase with the middle
propeller. The blade angle is set to fo.7r, = 30 deg, which is in line with the available
experimental data, presented in Ref. [161].
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Figure 3.17: XPROP propeller simulated as part of an array of distributed propellers.

As noted in Refs. [96, 97], vortex pairs that have equal strength and are counter ro-
tating, will lead to an instability when the critical distance is met, such that the helical
vortex systems start to break down. It is noted that this instability introduced by the
tip vortices near the symmetry planes is being obstructed by the symmetry boundary
condition. However, from experimental data obtained prior to these simulations (see
Ref. [161]), the merging process was not observed relatively close to the propeller disk.
Therefore, it is concluded that the boundary condition does influence the development
of the flowfield (far) downstream, but is not expected to influence the solution close to
the disk. Since it is this latter region that is of interest in this study, a symmetry boundary
condition is deemed adequate herein.

The propeller domain has the same characteristics as presented in Table 3.8, with
only a slightly different total number of elements. The outer domain contains 6.7 million
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elements, while the full setup contains 64.3 million elements.

WING UPSTREAM OF PROPELLER

A wake-encounter by a propeller is simulated by placing a straight wing with no twist
upstream of the XPROP propeller (fo.7r, = 45 deg). A symmetric, NACA0015, airfoil is
selected to decouple the viscous and the potential flow contributions of the nonuniform
inflow to the propeller. The setup is a conceptual representation of the horizontal tail-
mounted propeller configuration shown in Fig. 3.8 and typical values of wing—propeller
spacing and the relative size of the wing for an aft-mounted configuration are used [25].
This leads to the selection of a wing chord-to-diameter ratio of 0.8 and a spacing between
the wing trailing edge and propeller of 3.2R,,. Three wing locations are evaluated to vary
the location of the wake-encounter: zy/Rp = [0.50,0.75,1.00]. The setup is depicted in
Fig. 3.18.

A symmetry boundary condition is set on the symmetry plane. The other boundary
conditions are a pressure inlet, pressure outlet, and pressure farfield. The domain con-
taining the wing is coupled to the rotating domain by means of interfaces. The domain
that captures the wing wake is refined to avoid excessive diffusion of the wing wake. The
full wing-propeller mesh contains 49.1 million elements for the case zy/R, = 0.75, of
which 36% is located the domain containing the wing.
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Figure 3.18: Schematic of the CFD domain of the wake-encounter case.

PROPELLER MOUNTED TO T1P OF HORIZONTAL TAILPLANE

The geometry of the case with a propeller mounted to the tip of a horizontal tailplane
is the same as discussed in Section 3.3.5. The propeller-tailplane model is simulated in
a domain representing the wind-tunnel test section, as shown in Fig. 3.19. The results
can therfore be compared to the experimental results. The propeller blades, spinner, na-
celle, tailplane, and elevator were modelled as no slip walls, while the front part of the
nacelle in the rotating domain was modelled by a moving wall. All wind-tunnel walls
were modelled as slip walls, except the top wall on which a no-slip condition was en-
forced to capture the development of the boundary layer on the tunnel ceiling and its
interaction with the tailplane. An angle of attack to the model is simulated by rotating
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the model with respect to the wind-tunnel inlet plane. The gaps between the elevator
and main element are maintained.

The mesh of the rotating domain containing the propeller is the same as the mesh of
the Beaver propeller in isolated conditions. As indicated in Fig. 3.19, the mesh contains
several domains, each with a different volume sizing. The inflation layer on the wing
consists of 30 layers. The domain downstream of the model that contains the propeller
slipstream and wake is refined. This is done to compare the simulation results with the
experimentally obtained flowfield data in the PIV plane (as indicated in Fig. 3.19). For
each elevator and angle of attack adjustment, a new mesh is constructed. The total num-
ber of elements for the case of a = 0 deg and 6. = —10 deg is 49.4 million. An extensive
validation study of the mesh that is constructed for the wing is presented in Ref. [133].

pressure inlet

Figure 3.19: Computational domain and boundary conditions used for the simulations.

AIRCRAFT WITH HORIZONTAL-TAIL-MOUNTED PROPELLERS

For the simulation of the full aircraft configuration that features propellers mounted to
the horizontal tailplane, the experimental setup of the VGM-HTP, discussed in Section
3.3.5, isreplicated. A half-model of the clean configuration is placed in a domain resem-
bling the walls of the LTT wind tunnel, shown in Fig. 3.20. The simulations excluded the
support struts. The geometry contains the gaps around the elevators, while the gap be-
tween the spinner and nacelle, and the gaps associated with the rudder, were sealed for
simplicity. The model was placed in a domain with parallel outer boundaries on which
a free-slip boundary condition was specified (as sketched in Fig. 3.8), to resemble the
wind-tunnel walls that are diverging by approximately 0.5 deg to compensate for buoy-
ancy effects.

A pressure inlet boundary condition was placed far upstream of the model at x/b,, =
2.7. The flow direction is enforced to be normal to this boundary, and the magnitude
matches the conditions of the experiment. The domain size is chosen based on the gra-
dients da/dx and dCp,/dx. Already at x/by, = 2.0 these gradients have reached neg-
ligible values (see Fig. 3.21a), while the boundary is placed further upstream. One in-
dication of a small but appreciable effect of the presence of the wind-tunnel walls on
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(a) Computational domain with boundary conditions. (b) Detailed view of the rotating domain containing the
propeller.

Figure 3.20: Overview of computational domain and boundary conditions for the simulations of the
VGM-HTP model.

the forces acting on the airframe when the propellers are operating, is obtained by com-
paring the static pressure along the centreline of the test section. The non-zero gauge-
pressure is indicative of a wall effect. The figure shows that the wall effect due to the
propellers is a combination of a scaling of Cp, from a ACy, and a distribution of Cj,
along x. Relatively simple wind-tunnel corrections do not suffice since the source of
momentum is introduced close to the model at a distinct location. A wall correction that
is determined with a numerical model would be the most suitable solution, which re-
quires significant resources, while it is not expected to influence the conclusions on the
interaction. Therefore, no wall correction is computed.

The unstructured volume grid contained tetrahedral elements with refined grids in
the proximity of the model, indicated in Fig. 3.20a. The propeller was placed in a rotat-
ing domain, indicated in Fig. 3.20b, using the sliding mesh approach [139] by defining
interfaces on each side. The cell size of the domain adjacent to the rotating domain con-
taining the horizontal tail, is the same as the size of the volume elements of the isolated
propeller setup (see Table 3.8). Wall-refinements are applied and an inflation layer of 25
layers with a growth rate of 1.20 is constructed on all no-slip walls (except for the pro-
peller). On the wing a mapped, rectilinear surface mesh is constructed. The selected
grid including propeller contained 60.5 million cells, while the grid of the propeller-off
condition contained 51.8 million cells.
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Figure 3.21: Indication of the effect of finite domain with boundary conditions on the flowfield upstream and
downstream of the model at y/by = 0.

AIRCRAFT WITH LEADING EDGE DISTRIBUTED PROPELLERS
The last configuration that is studied is a full aircraft configuration with propellers
mounted to the leading edge of the wing, referred to as A320-DP. Contrary to the other
cases, for this configuration in particular the propulsion installation effects on the wing
performance and aircraft longitudinal stability are of interest. The geometry resembles
an Airbus A320, a geometry that was defined in the European Clean-Sky project NOVAIR.
Because of the confidential geometry, only a schematic is provided in Fig. 3.22 that out-
lines the general characteristics. Several considerations and constraints are taken into
account for the propeller location, operating condition, and diameter. This is a trade-off
between cruise, climb, and ground-roll performance, the landing gear position, cruise
angle of attack, and unsteady loads that can be expected to act on the wing.

Since the nonuniformity of the inflow to the propellers is relatively small, and only
the mean performance of the wing is of interest, the propeller installation is modelled
by the actuator disk approach, as discussed in Section 3.4.3. The upstream effect of the
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Figure 3.22: Technical drawings of the leading edge distributed propeller configuration, as studied in the
CleanSky project NOVAIR.

wing on the propeller loading is included in the simulations. The characteristics for the
actuator disk is determined based on the method described in Chapter 5. As indicated in
Fig. 3.22, the disks are tilted downwards with 3 deg, to compensate for the positive angle
of attack during cruise condition, as well as the upwash of the wing, which both would
induce an angle of attack to the propeller. It is noted that there is no fillet to make the
junction between the nacelle and wing leading edge less pronounced (see e.g. Ref [162])
with the goal of preventing flow separation. It will be shown that the separated flow in
this region due to the sweep angle is influenced by the installation of the propeller. The
model dimensions and flight conditions are that of a scaled version of the full aircraft.
The flight speed is set to 46 m/s, and ambient conditions are specified as 600m above
mean sea level.

The inboard propeller locations are chosen on sufficient clearance to the fuse-
lage and main landing gear and a small clearance between the propeller tips to avoid
propeller-propeller interaction. A propeller is mounted to the wing tip to increase the
lift-to-drag ratio, in particular in cruise condition (see e.g. Ref. [49]).

The half model is placed in the middle of a rectangular domain with a symmetry
boundary condition on the symmetry plane. A pressure inlet, pressure outlet, and pres-
sure far field boundary conditions are specified on the remaining boundaries. The do-
main measures 7.5b,, in spanwise direction, 15b,y in z-direction, 15b,, upstream, and
25by, in downstream direction. An inflation layer is constructed from the no-slip walls
with 26 layers and a growth rate of 1.25. The domain containing the model is refined,
with a maximum element size of (0.0SRp)g, which is in line with the selected sizing in
the other cases. The domain containing the model has 31.2 million elements, while the
total mesh consists of 36.9 million elements.
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CFD METHODS

The numerical simulations that are used in subsequent chapters are compared with ex-
perimental data to demonstrate to what extent the goal of the particular simulation can
be met, either qualitatively or quantitatively. The following simulated cases are vali-
dated, with increasing level of integration:

* Case I: Isolated propellers in Section 4.2.1. These serve not only as reference con-
dition, but the propeller disk and slipstream also act as a boundary condition to
the airframe components that are submerged in the slipstream. Therefore, be-
sides the comparison of the forces acting on the propeller, also agreement of the
slipstream shape is of importance for the subsequent analyses of the installed con-
figurations.

* Case II: A propeller-tailplane combination in Section 4.2.2. This validation study
demonstrates the capability of simulating the interaction of the slipstream with a
lifting surface by comparing load distributions and the associated flowfields.

e Case III: An aircraft with horizontal-tailplane-mounted propellers in Section
4.2.3. In this study, the validity of the simulations of a full aircraft configuration
is quantified, since they entail interactions that are dominated by both airframe-
to-propeller and propeller-to-airframe interactions.

Even though the geometry of cases Il and I1I are different, the computational strategy,

operating conditions, and choices for mesh sizing are similar. Therefore, although indi-
rectly, general conclusions can be formulated on the validity of the numerical approach.
First, an estimation of the discretization error for the isolated propeller simulation is
given in Section 4.1, followed by the validation studies in the subsequent sections.

Parts of this chapter have been published in Refs. [90, 118, 120, 133].
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4.1. ESTIMATION OF DISCRETIZATION ERROR FOR ISOLATED

PROPELLER SIMULATIONS

The mesh of the XPROP propeller is selected based on a trade-off between on the one
hand achieving sufficient accuracy of the quantities of interest, and computational cost
on the other hand. First, the discretization errors of the integral forces are estimated
prior to a comparison of the propeller slipstream. An estimation of the discretization
error for the Beaver propeller is presented in Ref. [133] and not repeated herein.

Since the temporal and spatial discretization of the RANS equations are close to
second-order (see Section 3.4), a minimum of three meshes is required to determine
the discretization error if the quantity of interest indeed follows a second-order conver-
gence. Since not all quantities of interest necessarily behave in such way, four meshes
of different refinements are used. In line with the suggestions presented in Ref. [163],
the refinements are systematically varied with a refinement factor of 1.3, applied to vol-
ume and surface refinements, while the inflation layer is kept approximately constant.
If also the inflation layer is varied, modelling error will play a role of the estimated dis-
cretization error. The mean refinement factors for the complete wedge-shaped domain
are listed in Table 4.1, where £; is the average cell size of grid i. More specific details of
the mesh can be found in Table 3.8 in Chapter 3.

Table 4.1: Different grids for the simulation of a single XPROP propeller blade in uninstalled conditions.

Grid hi/h; Number of elements

Grid 1 1.00 17,986,198
Grid2 1.25 9,163,007
Grid3  1.55 4,841,676
Grid4 1.87 2,744,493

Aleast-squares version of the grid convergence index (GCI) as proposed by Ref. [164]
is applied to estimate the discretization error, in a similar manner as the study performed
by Ref. [133]. Figure 4.1 shows two force coefficients for the different meshes for the
design condition of J = 1.8. The thrust, respectively, power coefficients in Figs. 4.1a and
4.1b decrease with a finer mesh due to a better description of the suction peak on the
blade sections with more elements along the chord.

In Table 4.2 the observed order p is listed, which is lower than the order of the dis-
cretization, indicating that these coefficients have a relatively low dependency on the
choice of mesh. The fact that the order of convergence is not equal to the theoretical
order of the schemes is explained by the coupling between the load distribution and the
formation of the helical vortex system. Furthermore, the airfoil geometry varies along
the blade and each section may have a different resulting lift coefficient due to grid re-
finement. Although the orders are quite different than second-order, the fitting error for
a second-order fit (U;) is still small. For grid 3, the estimated discretization error Uy
falls within 2% for both Cp and Cr, depending on the selected order of convergence. If
a second-order convergence is assumed, the error reduces to less than 0.5%. Since the

88



4.1. ESTIMATION OF DISCRETIZATION ERROR FOR ISOLATED PROPELLER SIMULATIONS

thrust is dominated by pressure forces, while the power coefficient also has a relatively
large contribution from the shear stress, the thrust and power coefficients have different
discretization errors since the inflation layer is not altered between the different grids.
Therefore, also the propeller efficiency is slightly dependent on the choice of the mesh.
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Figure 4.1: Mesh refinement study for the XPROP propeller blade in uninstalled conditions.

Table 4.2: Results of the for the XPROP propeller blade in uninstalled conditions.

Cr Cp
Observed order p 0.40 1.31
Standard deviation w.r.t observed order, U; [%] 0.04 0.01
Standard deviation w.r.t second-order fit, U [%] 0.06  0.03
Extrapolated value relative to grid 3, Uy (%] -1.7 -0.7

Since the sizing used for the slipstream domain is a key parameter to capture the
propagation of the slipstream to airframe components, also the shape of the slipstream
is compared between the different grids. Instead of assessing a flow quantity at a single
point, the relevant distributions are compared. Figure 4.2a depicts the phase-averaged
total-pressure distribution downstream the propeller, which is a good indication of the
blade loading as the integral value approximately represents the thrust (see Fig. 4.3b).
The low dependency of the distribution on the different grids over the majority of the
radius is as expected: the thrust and power coefficients vary less than 1% between the
grids, and therefore the integral value of C,, should not vary significantly. The largest
deviations are present near the edge of the slipstream, where large velocity gradients are
present as it is the shear layer of the slipstream. The figure shows a lower gradient for
the grids with less refinement. The edge of the slipstream is slightly wider for the coarser
meshes, indicating the effect of numerical diffusion on the solution.

A comparison of the instantaneous flowfield shows where these differences origi-
nate. Figure 4.2b depicts the total pressure along a radial line passing through the pro-
peller tip-vortex. The figure shows a consistent increase in the gradient of the tip vortex
when the grid become more refined, but also indicates that the radius of the vortex core
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reduces. This is especially observable in Fig. 4.2c, which depicts the out-of-plane com-
ponent of vorticity in the tip-vortex region between the least and most refined grids. The
larger discrepancy in the tip region is caused by dissipation and in particularly diffusion
of the tip vortices, in line with the results of e.g. Ref. [133, 152]. Besides the radius that is
larger for grid 4, also the shape of the vortex is clearly different than the one in grid 1. The
vortex in grid 1 has not yet fully rolled up into a single vortex, which is another indication
that numerical diffusion impacts the vortex development in grid 4. Interestingly, there
is a minimal difference in the circulation of the tip vortices, of which the out-of-plane
component is plotted in Fig. 4.2d. Only the spread is shown, as it was found that due
to inaccuracies in interpolation and integration of w} no clear trends are observable.
Besides, since only a component of the vorticity is integrated here and not the vortic-
ity magnitude, slight changes in helicity also impacts the value of I';. Nevertheless, the
figure indicates that indeed the dissipation is minor as the circulation does not vary sig-
nificantly between the grids. This is the reason why outside the vortex, there is nearly no
difference between the grids.
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Figure 4.2: Comparison of the flowfield for different grids of the XPROP propeller blade in uninstalled
conditions.
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The fact that the instantaneous velocity and pressure field is vastly better described
by a fine mesh, which means that such a grid will therefore be more suitable if e.g. the un-
steady pressure fluctuations on an airframe component submerged in the slipstream are
required to be captured. If the description of the average slipstream is desired, a coarse
mesh will still be suitable. However, it is noted that the interaction between vortices, for
example the propeller helical vortex system with the vortex system of a lifting surface, is
influenced by the radius of the vortex core [165], which does depend on the choice of the
mesh size. Therefore, for such interaction studies, the flowfield and the gradients should
still be sufficiently captured. To demonstrate that for the selected mesh this is the case,
in the following section the installed configuration is assessed.

Provided that the majority of the time-averaged slipstream profile does largely not
depend on the mesh choice, the largest mesh that can still be computed within the avail-
able computational resources is therefore desired. Grid 3 is selected as a compromise
between computational efficiency and accuracy, as the finer grids only lead to marginal
improvement of the propeller slipstream quantities and integral forces. The correspond-
ing discretization error listed in Table 4.2 is included in the error bars of the isolated
propeller simulation.

Unfortunately, second-order schemes require extremely dense grids to avoid exces-
sive numerical diffusion. This would result in an excessively high computational cost
[166], and was not within the reach of this research. Provided that the path of the vor-
tical structures can be estimated relatively easily, local grid adaptation could be a more
efficient way if the numerical diffusion is to be avoided. Alternatively, as suggested by
Ref. [166], a higher-order scheme is a computationally more efficient way than further
refinement of the grid. However, this is not further explored in this research.

4.2. VALIDATION OF CFD METHODS

4.2.1. ISOLATED PROPELLER SIMULATIONS

For the XPROP propeller, the nominal condition of J = 1.8 at V, =40 m/s is the mostim-
portant condition to quantify the difference with experimental data, since the majority
of the simulations of the installed configuration are performed at this condition. Because
in the installed cases the inflow varies from this freestream condition, and therefore dif-
ferent advance ratios are experienced by the blade sections locally, also off-design con-
ditions are assessed in this section. In contrast, the flowfield and thrust generated by the
Beaver propeller is compared in only one condition (J = 0.8 at V, = 40 m/s), since the
airframe induced inflow for that propeller in installed conditions is relatively uniform,
no other operating conditions are compared with the experimental data.

THRUST CURVE OF XPROP PROPELLER

Figure 4.3a shows the computed C7 — J curve compared to the experimental data. In
the experiment no direct thrust was measured (for example by an internal load cell).
Instead, the experimental Cy — J curves are constructed from by integrating the total-
pressure coefficient in the slipstream, and by estimating the propeller thrust by means
of the external balance. Since the C, profile of the propeller-on condition also contains
the boundary layer formed on the nacelle and spinner, the difference in propeller-on and
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propeller-off, AC,,, is integrated from the nacelle surface up and to a radial coordinate
corresponding again to freestream condition:

T~ f 277 Goo (Cpy,, (1) = Cpy (1)) dr (4.1)
r

Since the total-pressure profile is slightly contracted, an integration along the radial
direction inherently does not exactly represent the loading on the disk; the streamlines
with a constant total pressure are displaced. Furthermore, the total pressure also con-
tains the contribution of swirl [167]. In Fig. 4.3b it is shown that for the CFD results the
integration of the total pressure is for this case an excellent method to determine the
thrust, compared to integrating the pressure and viscous forces on the blades. In this
case, the deviation over the majority of advance ratios is only ACr = 0.0005—equivalent
to 0.3% of the thrust at design condition of J = 1.8. It is noted that for a different nacelle
geometry such integration may lead to much larger errors. Only at high thrust condition,
the loss in total pressure due to flow separation from the blades leads to an underpredic-
tion of thrust.

The curves in Fig. 4.3a show that the balance data and the integration of total pres-
sure yield comparable results. The slope of the Cy — J curve obtained from the external
balance data deviates from the pressure integration results depending on the free stream
velocity, indicating that the Reynolds number has quite a distinct effect on the drag of the
support strut, on which also the changes in forces are included (see Section 3.3.5).

Compared to the experimental data at V,, = 40 m/s, Fig. 4.3a indicates that CFD
overpredicts the thrust, while the slope of the linear part of the Cr — J curve is approxi-
mately 20% lower. The onset of the nonlinear part of the thrust curve is observed around
J = 1.4 in the experiment, while the CFD simulations predict it to initiate at / = 1.3. The
computed curve also is more gradual around this onset, indicating that the predicted
stall on the blades is more gradual. It becomes clear that only near the advance ratio for
cruise conditions (J = 1.8 — 1.9) the experimental data shows good agreement with the
measured data, deviating around 2%, which falls within the discretization error of the
CFD simulation (Table 4.2).
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Figure 4.3: Comparison of the thrust curve for the XPROP propeller with experimental data.
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Figure 4.3a also shows a significant offset of the measured C7 curve between V, =
20 m/s and 50 m/s. As already discussed in Section 2.5, there is a clear influence of
the freestream velocity on Cr since the Reynolds number along the blade depends on
Veo. The boundary layer formed on the blade is expected to be predominately laminar
in the experiment, while it is enforced to be turbulent in the CFD simulations. Part of
these deviations can therefore be attributed to the different aerodynamic properties of
the blade sections.

To identify whether the trend in the Cr curve can be traced to the different state
of the boundary layer, the slope of the two-dimensional lift curve, the zero-lift angle of
attack, and the local flow angle are the key parameters that should be compared. Analy-
ses using a two-dimensional viscous-inviscid coupled panel code at low Reynolds num-
ber can therefore provide insight into the airfoil characteristics. Since no measurements
were performed on the propeller blades, the findings will only be used qualitatively. To
this end, a representative airfoil at the radial location of r/Rp = 0.7 (close to the high-
est loaded location on the blade) is selected for further investigation using XFOIL [168].
At the selected radial location, the Reynolds number varies over a wide range, shown in
Fig. 4.4a for a range of freestream velocities. At the advance ratio of interest (/ = 1.8), the
value is approximately Re. o 7r = 40,000 for the freestream condition of interest (Voo = 40
m/s).

At a given angle of attack, equivalent to a constant advance ratio, this airfoil lift coef-
ficient is strongly dependent on Reynolds number if transition is not enforced, as shown
in Fig. 4.4b, in particular for Reynolds numbers below 80,000. This is a combination of
1o and ag being both dependent on Re, which is especially the case for cambered air-
foils [169]. It is noted that the nonlinear range is exactly the range of Reynolds number
that is of interest for the experimental campaigns. Even at the highest freestream veloc-
ity considered, over the full range of advance ratios, the Reynolds number on this section
remains below this critical value. This behaviour is caused by the formation of a laminar
separation bubble on both the suction and pressure side at & = 0. For @ > 2 deg, these
disappear, and laminar separation on the suction side occurs that does not reattach and
initiates around x/c = 0.5. The pressure side remains laminar, while transition on the
suction side occurs close to the trailing edge and downstream of the separation point. At
higher angle of attack (a > 4 deg), the separated flow on the suction side reattaches, and
the transition point moves towards the leading edge. This leads to a nonlinearity of the
lift curve at low Reynolds number, of which a few examples are depicted in Fig. 4.4c. To
the contrary, the airfoil with a fully turbulent boundary layer shows a gradual behaviour
as expected, since the state of the boundary layer is constant and only the boundary
layer displacement thickness is a function of Reynolds number.
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Figure 4.4: Effect of Reynolds number on the two-dimensional lift coefficient of the airfoil at r/Rp = 0.7 of the
XPROP propeller.

Since a reducing J, does not only lead to a higher angle of attack but also a higher
Reynolds number, the apparent lift curve of each airfoil section is a combination of
cia(Re) and ag(Re). The net effect is that this apparent curve has a relatively high slope
(Fig. 2.25b) and directly translates to a higher slope of the Cr—J curve, shown in Fig. 4.5a
which is an enlarged version of Fig. 4.3b. To the contrary, the thrust curves from CFD
simulations have a significantly lower dependency on freestream velocity, in line with
the analyses of the two-dimensional airfoil section. The observed shift of the CFD curve
is a consequence of the effective camber of the profiles that is smaller at low Reynolds
number, hence a horizontal and vertical shift of the C7 — J curve. The reduced effective
camber is visible in the pressure distribution along the full chord of the airfoil, shown in
Fig. 4.5b, extracted from the propeller CFD simulation. It may be noted in Fig. 4.4a that
the increase in Reynolds number going from J = 2.4 to 1.7 is nearly the same for V, = 30
m/s and 40 m/s. The fact that the boundary layer thickness of a turbulent boundary is
nearly inversely proportional to the Reynolds number [170], the slope of Cr — J curve
remains nearly the same since ARe is nearly the same. It is noted that the situation is
drastically different in case the airfoils would be symmetric: the shift in the experimen-
tal Cr — J curve would be smaller since a( remains zero.

Next to the two-dimensional situation, where transition is caused by Tollmien-
Schlichting waves, a more pronounced cross-flow exists at high advance ratios, as shown
in Ref. [171], which could lead to a cross-flow induced transition on the blade in the
experiment, prior to the transition induced by Tollmien-Schlichting waves. This is for
example demonstrated in Ref. [172], and would increase the similarity between exper-
iment and CFD. The radial acceleration on the boundary layer on the rotating blades is
largest at low advance ratio. However, at high advance ratios, the relative contribution
of viscous forces is large compared to the pressure forces. Therefore, the relative error
between CFD and experiment in Fig. 4.3 is more pronounced as well.

It is stressed that since the slope of the thrust curve is underestimated by approxi-
mately 20%, a change in advance ratio that is caused by the propeller installation, would
therefore also lead to a smaller change in propeller forces compared to the experimental
setup. Nevertheless, provided that in a full-scale situation, the state of the actual bound-
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Figure 4.5: Comparison of thrust and pressure distributions for the XPROP propeller at different freestream
velocities.

ary layer on the blades is closer to CFD simulations than in an experiment, the CFD
results and observed trends of the propeller forces are therefore particularly relevant. It
is also observed that, while the predicted integral thrust nearly coincides with the exper-
imental value in the design condition, it is no guarantee that the computed slipstream
also matches the experiment. In fact, due to the known difference in boundary layer state
along the blade, the slipstream will by definition not match. This is further investigated
in the following subsection.

To conclude, the deviation of the integral thrust at the cruise condition (around
J = 1.8) with experiment is 2% and is considered an acceptable overprediction to per-
form further analyses of the installed condition. Since it is this condition that is most
of interest for the subsequent CFD simulations, no reduction of the blade angle in the
computational model is implemented to obtain a better match with the experimental
data. A lower blade angle would also reduce the gradient of the propeller normal force,
which is not desired.

SLIPSTREAM OF XPROP AND BEAVER PROPELLERS

Next to the forces that act on the isolated propeller, for the propeller—airframe interac-
tion studies in particular both time-dependent and the time-averaged flow quantities
in the slipstream are relevant. These are compared with experimental data for both the
XPROP and Beaver propeller. These flowfields will also provide further insight into the
deviations observed in the offset of the Cr — J curve of the XPROP propeller in the previ-
ous subsection.

The total-pressure profile in the slipstream entails the load distribution on the blade.
Figure 4.6 shows the distribution at 1.1R,, behind the XPROP propeller for various ad-
vance ratios. The profiles show a slightly irregular loading distribution at high advance
ratios at a radial location with highest loading (r/Rp = 0.6 — 0.9), which is expected to be
the result of local laminar separation, as observed in the analyses of the two-dimensional
airfoil sections. At lower advance ratios the waviness in the loading distributions disap-

95



4. ASSESSMENT AND VALIDATION OF CFD METHODS

pears and the numerically computed total-pressure distribution approaches the mea-
sured distribution. The higher pressure losses near the nacelle in the experiment are
attributed to the transition strip on the nacelle. From the figure it becomes clear that the
contraction of the slipstream is slightly underestimated by the numerical simulations,
similarly to the results in e.g. Ref. [133], which is shifting the momentum rise towards
the hub. As discussed in Section 2.1.2, a smaller contraction could be caused by diffu-
sion of the tip vortex. Note that the shaded region around the computed Cp, at J = 1.8
indicates the uncertainty in the slipstream distribution due to uncertainty in the blade
pitch angle and fluctuations in rotational speed in the experiment. These uncertainties
are much smaller than the deviation from the experiment and are not a significant fac-
tor. Although the maximum rise in total pressure is well predicted at J = 1.8, the lower
values up to r/Rp = 0.8 in the simulations is due to a combination of a lower contraction
ratio, higher viscous losses, and lower axial induced velocity.
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Figure 4.6: Time averaged Cp, for the XPROP propeller at x/Rp = 1.1, Voo = 40 m/s. Uncertainty of S 7 Rp and
n indicated by the shaded area for J = 1.8 (nearly indistinguishable).

A better insight in the relative contributions to the total-pressure rise, the time-
averaged velocity fields between CFD and experiment are compared. Figure 4.7 depicts
axial and tangential velocity field in a plane parallel to the freestream. At half a radius
downstream the propeller, the surveylines indicate good agreement between CFD and
experiment, both the distribution and magnitude of the averaged induced velocities are
well predicted. Although the PIV results are not available up to r/R,, = 0.5, the trend is
indicating that there is larger swirl in that region and a lower axial induced velocity in
the CFD results, explaining the lower C,, . Figure 4.7 also shows that the development
of the slipstream in axial direction is very well captured at r/ Ry, = 0.8. Towards the hub
(r/Rp = 0.6) the simulation result shows a lower axial induction, in line with the higher
momentum loss in the turbulent boundary layer.
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Figure 4.7: Comparison of the computed and measured phase-averaged slipstream by means of stereoscopic
PIV for the XPROP propeller. The shaded are indicates the uncertainty band of the measured PIV result, which
is omitted for survey line A for the sake of readability. Conditions: Vo, =40 m/s, J = 1.8.

A comparison of the phase-locked velocity fields obtained from the CFD simulations
and PIV measurements is shown in Figs. 4.8a and 4.8b. The velocity distribution along
a vertical survey line (D) through the first tip vortex reveals a lower velocity gradient
through the vortex in the computed velocity field, comparable to the findings in Ref.
[133]. While the velocity distribution along the survey line suggests the vortex is signif-
icantly weaker in the CFD simulation, instead, the vortex is more diffused in the CFD
computation than in the experiment. Outside the tip vortex region, the computed ve-
locity distribution matches well with the measured distribution, although the deviation
grows downstream of the propeller plane. It is expected that the growing difference be-
tween measured and computed phase-locked axial velocity for the three radial stations,
is primarily caused by diffusion of the vortex structures in the CFD simulation that oc-
curs downstream of the propeller. Comparisons of the wake profiles in the CFD along
the horizontal survey lines also reveal more diffusion of the blade wakes.

Figure 4.8c clearly shows the profound effect of diffusion on the transport of the vor-
ticity in the tip vortices in downstream direction. While the experiment shows a small
region of concentrated vorticity which requires several radii downstream of the propeller
to form a axisymmetric vortex, the CFD simulations show the vorticity to be distributed
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over a much larger area. Again, the observation can be made that the circulation in the
vortex is comparable to the experimental value, depicted in Fig. 4.8d. The lower circula-
tion for x/Rp, > 1 is expected to be a combination of dissipation and a slightly different
helicity.

From the phase-locked results, it can be concluded that the magnitude of the un-
steady forces resulting from vortex impingement on a lifting surface should therefore be
interpreted with care. As the loading distribution is the primary focus of the studies with
the XPROP propeller, the slipstream development far downstream and the local gradi-
ents in velocity are of secondary importance. It is therefore concluded that the validity
of the CFD model of the isolated propeller is sufficient to be used in subsequent analyses.
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Figure 4.8: Comparison of the computed and measured instantaneous slipstream by means of stereoscopic
PIV for the XPROP propeller. Propeller blade at same phase angle. Conditions: Voo =40 m/s, J = 1.8.

As discussed, the slope of the propeller thrust curve computed using CFD and the
curve from the experiment differ significantly and have a relatively large offset. Besides
the design condition that matches well in terms of forces and flowfield, the flowfield be-
longing to a condition of a different J will therefore, by definition, also vary significantly.
However, if variable pitch would be available, this difference in C7 could be compen-
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sated in CFD and be matched with the experiment, or vice-versa. To demonstrate that
this is indeed possible, one can compare flowfield quantities as function of disk loading,
or Tc. Figure 4.9 depicts the axial velocity and swirl angle at radial stations that corre-
spond to approximately the maximum values of these quantities. The figures show that
the experimental values collapse on the CFD curve, although these values are obtained
at different advance ratios. This means that one can indeed select a blade pitch to match
the T¢ and match the flowfield to a large extent. If one would maintain the blade pitch
and vary J to obtain T¢,crp = Tc,exp, the shape of the helical vortex will not match (see
Section 2.5). It is therefore preferred to adjust the blade pitch instead.
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Figure 4.9: Phase-averaged axial velocity and swirl angle at x/Rp = 1.1 as function of thrust coefficient. Radial
locations correspond to approximately the maximum values of each quantity. The figure shows that the a
comparison at the same thrust coefficient leads to better agreement between CFD and experiment than
comparison at same advance ratio. Conditions: Voo =40 m/s, .7 Rp =45 deg.

The differences observed so far for the XPROP propeller are generally also observable
for the Beaver propeller. In the condition of interest (J = 0.8 at Vo, =40 m/s), the com-
puted thrust coefficient is Cr = 0.0911, taken as average over a full rotation. The experi-
mental value is C7 = 0.0936 [49]. The Reynolds number along the blade is approximately
a factor two higher than for the XPROP case. Nevertheless, extent of the separated flow
in the hub region (r/Rp = 0.2 - 0.4) is influencing the result considerably, resulting in a
2.7% lower thrust in CFD. The computed time-averaged slipstream is compared to PIV
results in Fig. 4.10. Figure 4.10a shows that the swirl velocity is excellently predicted
by CFD for r/Rp > 0.6. Due to the underpredicted axial velocity, the swirl angle is only
slightly larger than the measured profile in this region. In the hub region (r/Rp < 0.6),
the swirl is overpredicted, indicative that in the experiment there is a lower loading due
to more severe flow separation. Additionally, the boundary layer on the nacelle is not
properly captured: the experimental data indicates a significantly larger boundary layer,
that merges with the root-separation from the blades. Despite the deviations within this
region, that in particular will influence the propeller-nacelle interaction and the flow
at the nacelle—tail junction, the majority of the slipstream in terms of slipstream area is
properly captured in the simulation.
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Figure 4.10: Time-averaged slipstream of the Beaver propeller at x/Rp = 0.19 from CFD compared to the
experimental values. Conditions: Voo =40 m/s, J =0.8.

4.2.2. PROPELLER-TAILPLANE INTERACTION (PROWIM-HTP MODEL)
The validation of the simulations of the PROWIM-HTP model focusses on the forces act-
ing on the tailplane, provided that the slipstream generated by the Beaver propeller cor-
responds well with experiment for the majority of the propeller disk, as discussed in the
previous section. As shown in Chapter 5, the installation of a propeller to the tip of a
tailplane results in a relatively small upstream effect, and is therefore not further inves-
tigated in this validation study.

The computed pressure distributions for a range of cases are compared to the mea-
sured values in Fig. 4.11. The selected spanwise locations correspond to the location
where the tip vortex impinges, the swirl angle of the slipstream is maximum, and a lo-
cation far from the slipstream impingement. Figure 4.11a shows that for the propeller-
off condition, excellent agreement is obtained between CFD and experiment, where the
largest deviation from the experiment occurs around x/c = 0.12, which corresponds
to the location of the transition strip. While the stagnation point on the elevator and
the suction peak on the elevator are exactly captured, on the suction side the experi-
ment shows a smaller pressure recovery, indicating that the trailing edge separation is
slightly overpredicted. The same is observed towards the trailing edge of the main ele-
ment around x/c¢ = 0.7. The same minor differences can be observed at a more inboard
location, Fig. 4.11b. The consequence is that the simulations predict a slightly higher
normal-force coefficient along the span, depicted in Fig. 4.12.

With the propeller installed, rotating inboard-up, the lift on the tailplane is increased,
as the pressure distribution in Fig. 4.11a indicates. In Figure 4.10 it is shown that the swirl
of the slipstream nearly coincides with the experimental value. Comparable agreement
as the propeller-off condition is reached; there is only a slight underprediction of sepa-
ration at the trailing edge of the elevator. At the leading edge, the suction peak is slightly
larger in the experiment. This is likely due to the lower dynamic pressure in the slip-
stream of the propeller. The Ac,, due to the propeller is therefore also slightly larger at
this location in the experiment, shown in Fig. 4.12.
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Figure 4.11: Comparison of pressure distributions on the tailplane at @ = 0 deg with an elevator deflection.
Propeller rotating inboard-up. The shaded area indicates the spread computed over a full revolution.
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Figure 4.11b depicts the C, distribution at a spanwise location that approximately
corresponds to the location where the tip vortex impinges the leading edge. On the suc-
tion side, the helical vortex system moves towards the tip, while on the pressure side it is
skewed towards the symmetry plane. Since in this region the gradient of the tailplane’s
circulation is largest, the comparison of C;, at this location is indicative of the propeller—
tailplane interaction. Since it is a time-dependent loading, the C, distribution in the
simulation shows a small range within the Cj, fluctuates over a full revolution. The com-
puted pressure distribution is again close to the experiment, although the figure indi-
cates a slightly smaller shear of the slipstream in the simulation. However, as depicted
in the normal-force distribution along the span, the change in ¢, is more abrupt in the
experiment, since the shear layer at the slipstream edge is more confined. In Appendix
B it is shown that if a concentrated disturbance in spanwise direction is distributed over
a larger portion of the span, the integral value between these two cases is comparable.
Along this line, even in the region of high velocity gradients, the CFD model shows ac-
ceptable agreement. At a spanwise location far from the slipstream impingement (Fig.
4.11c), the computed pressure distributions nearly coincide with the measured pres-
sures. This is indicative that the change in spanwise loading is also well captured, which
further strengthens the confidence in the CFD simulations. For the case where the eleva-
tor is deflected to 6. = +10 deg, i.e. the tip vortex of the tailplane is in the same direction
as the propeller-induced swirl, the same agreement is found, as shown in Fig. 4.11d.
Quantitative conclusions on the interaction between the helical vortex system and the
propeller-vortex system based on the CFD model are therefore valid.
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Figure 4.12: Comparison of the normal-force distribution at & = 0 deg, J = 0.8. To quantify the relative

contribution of the nacelle, the normal force acting on the nacelle is normalized with the tailplane chord
length.
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The slightly lower influence of the propeller on the tailplane load distribution can
also be understood by assessing the total-pressure distribution in a plane downstream
of the model, as depicted in Fig. 4.13. The contour in Fig. 4.13a shows that the rise in Cp,
in highest loaded region on the blades is slightly larger in the experiment, also evident in
the survey lines in Figs. 4.13b and 4.13c. The wake originating from the blade hub region
is larger in the CFD case, leading to, on average, a lower dynamic pressure in the slip-
stream. It is noted that the contour is constructed from one propeller rotation. Provided
the severe separation, a fully converged average of the flowfield in that region would re-
quire a (much) larger number of rotations. This is the main reason of the discrepancy in
the shape of the flowfield in the contour plots, where the CFD result is more erratic. The
regions where the flow is periodic, shows good resemblance with the experiment, where
the deformation of the slipstream (indicative of the interaction between propeller and
tailplane) is adequately captured, also the magnitude and shape of the slipstream show
good agreement. A surveyline through the elevator-edge vortex (Fig. 4.13c) indicates
that the deficit in Cp, is well predicted, but the wakes from the boundary layer on the
suction and pressure side are quickly diffused at the distance of the survey plane. It is
also noted that the overprediction of the normal force (Fig. 4.12) leads to a slighly larger
displacement of this vortex due to the larger downwash angle e.

—04 Experiment 1 156,
o A [FRE o
. 1.4 |
k=] 13 —
=) - I
¢ < 0 o F— |
: > 0 —
0.6
. 0.5 survey plane
02 04 06 08 1.0 1.2 14 02 04 06 0.8 1.0 1.2 1.4
Zy/bht [-] Zy/bht[']
(a) Total-pressure coefficient downstream the model
-0.4 A -0.4 B -0.1 C
02 — Experiment —02
o — CFD o = 00
= = =
§ 0.0 g 0.0 S
4 4 01
0.2 0.2
0.4 0.4 0.2
08 1.0 12 14 1.6 18 08 1.0 1.2 14 16 18 0.6 0.8 1.0
Cp, [ Cp, ] Cp, [
(b) Cp,r at2y/ by, = 1.20 (c) Cp,¢ at 2y/ by = 0.80 (d) Cp,r at 2y/bp; =0.19

Figure 4.13: Total-pressure coefficient at 1.5¢ behind the trailing edge of the propeller-horizontal tailplane
model. The flowfield of the full-blade simulations are the average over one rotation, while the experimental
results are a phase-average.

Conditions: J =0.8, a =0 deg, e = —10 deg.

103




4. ASSESSMENT AND VALIDATION OF CFD METHODS

A representation of the downwash field behind the tailplane, which entails the load
distribution as well as the swirl recovery by the tailplane, is presented in Fig. 4.14. The
slightly larger downwash due to the larger lift force in the CFD is clearly visible along the
tailplane. The downwash near the propeller disk (Fig. 4.14c) shows that the swirl recov-
ery is indeed captured properly by the CFD simulations. Worth noting is the stronger
upwash and downwash that is concentrated near 2y/by, = 1.0. The CFD simulations
suggest a stronger vortex that originates from the propeller hub. In fact, the load dis-
tribution along the blade indeed shows a more rapid reduction in thrust here, hence a
stronger hub vortex is shed. The sign of this vortex is opposite to the tip vortex of the
tailplane. This leads to a local overprediction of the down and upwash in this region.
Also these figures indicate that in particular the gradients in the flowfield are diffused
by in the CFD simulation, in particularly visible in Fig. 4.14b. However, the fact that the
resulting flowfield does resemble most of the details on average, and the deformation of
the slipstream is adequately captured, indicates that the diffusion of the vorticity does
not impact the flowfield significantly.

Experiment CFD g
6
3
A Q" 02 '5‘0
O SYNY & 77210 2 =,
N (A A W -
- -8
N -10
-12

02 04 06 08 1.0 1.2 1.4 02 04 06 08 1.0 1.2 1.4

2y/b, [-] 29/b, -]
(a) Flowfield in PIV plane

12 12
_ 8 Experiment A _ 8 B
S B &=\~
= 0 = 0
w w

-4 -4

-8 -8

0.0 02 04 06 08 1.0 1.2 1.4 0.0 02 04 06 08 1.0 1.2 1.4
29/b, [] 29/b, []
(b) Cp, at2y/bp=0.19 (c) Cp, at2y/ by, =0.80

Figure 4.14: Downwash behind at 1.5¢ behind the trailing edge of the propeller-horizontal tailplane model.
The flowfield of the full-blade simulations are the average over one rotation.
Conditions: J =0.8, @ =0 deg, e = —10 deg.

Finally, also cases were simulated with an angle of attack. In these cases, the loading
on the propeller disk, and the relative strength of the vortices that trail from the elevator
and tailplane tip compared to the propeller swirl differ from the ones at a = 0. Figure 4.15
depicts the tailplane pressure distributions at two spanwise locations. The agreement
that was observed at & = 0 deg is also achieved at a = 10 deg, in this case with an elevator
deflection (6, = —10 deg), which reduces the lift on the tailplane. This is a situation that
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Figure 4.15: Comparison of pressure distributions on the tailplane at & = 10 deg with an elevator deflection of
de = +10. Propeller rotating inboard-up. The shaded area indicates the spread computed over a full
revolution.

could represent a trim condition at high angle of attack. The quite significant added
lift by the propeller on the main element is excellently captured in the CFD simulation.
The stagnation point, suction peak, and the pressure distribution on the elevator are
nearly coinciding with the experimental result. Again, the largest deviations occur near
the transition strip and the last few percent of the chord. This result provides sufficient
confidence that at these more extreme conditions, the loading on the propeller as well
as the propeller—tailplane interaction is also captured by the CFD model.

In conclusion, the propeller installation is well predicted by the CFD model, in terms
of force distributions on the tailplane, the deformation of the slipstream, and the flow-
field far downstream of the model. The conclusions that can be drawn from the results
are not limited to identify in terms of trends, but instead, the quantitative values that
characterize the propeller-tailplane interaction can be used as well.

4.2.3. FULL AIRCRAFT SIMULATIONS (VGM-HTP MODEL)

The previous sections have established the validity of the CFD simulations to solve the
flowfield around the propeller blades and to capture the aerodynamic interaction be-
tween the propeller and a tailplane. In this section, the simulations of a full aircraft con-
figuration with horizontal tail-mounted propellers is assessed, where in particular the
inflow field to the propeller and the propeller-airframe interaction are important flow
phenomena that are required to be captured.

First, the total-pressure field downstream of the model is compared with the exper-
imental result. This flowfield encompasses the added momentum by the propeller, the
momentum loss by the airframe, and the propeller-airframe interaction. Figure 4.16
compares measured and computed the Cy, fields at a plane two diameters downstream
of the propeller plane with the model installed at an angle of attack of « =5 deg . Quali-
tatively, all flow features observable in the experimental data are also present in the CFD
results. To compare quantitatively, the Cp, is plotted along four survey lines, depicted
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in the same figure. Survey lines a through c show that the location of the wing wake is
excellently predicted by the CFD on the inboard side, with only a slight underprediction
of the downwash on the outboard sections. While the minimum C,, almost coincides
with the experimental result, the wake thickness in the CFD is slightly underpredicted. It
is expected that this is associated with the applied transition strips on the model, which
are relatively thick and therefore lead to a more rapid growth of the boundary layer. The
deviation of the C,, of the tailplane wake (survey line a) is a combination of the un-
derprediction of viscous drag and diffusion of the wake. However, the corresponding
z-location is predicted well, which indicates that the combination of local downwash
produced by the wing and tailplane is captured. Also the prediction of the nacelle wake
(survey line b) shows excellent agreement with experimental results, including the two
minima originating from the merging of upper and lower boundary layer formed on the
nacelle. The deviation of the reduced Cy, in the vortex core (survey line ¢) is found to be
due to a slightly more inboard location of the tip-vortex in the experiment. The largest
deviation in the wake plane can be observed in the vicinity of the fuselage (survey line
d), where the experiment clearly shows a larger momentum defect, although the partic-
ular shape from the merging of the boundary layer on each side is clearly present in the
CFD result.

Experiment
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:3 0.0 | }g =
5 ol w 08 LS
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Figure 4.16: Comparison of the CFD result to the measured total-pressure coefficient in a wake survey plane
downstream the model. Several survey lines are indicated by letters a through d. Clean configuration of the
VGM-HTP model with CFD, propeller off, a = 5 deg.

The underprediction of fuselage drag will primarily lead to an underprediction of
Cp,, but is not considered to be detrimental to the propeller-airframe interaction study.
This is also observable in Fig. 4.17a which depicts the integral force coefficients. The
drag-curve from the simulations has clear offset with the experimental data, attributed
to an underprediction of drag, particularly for the fuselage. The lift-curve shows that
there is good agreement with the experimental data, although there is a slightly lower lift
curve slope in the experiment, possibly due to the decambering-effect of the boundary
layer at higher lift coefficients. It is noted that a typical cruise lift coefficient of 0.5 to
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0.6 [132] is only attained at a relatively high angle of attack of @ = 4 deg. The figure in
particularly indicates the regions of interest for the subsequent chapters. At high angle of
attack, the flow separation from the wing will influence the flowfield near the propeller
and tailplane. Aspect of performance in cruise conditions are especially at low angle

of attack. The quantitative agreement with experiment is especially good for these low
angles of attack.
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subsequent chapters.

Figure 4.17: Comparison of the measured integral force coefficients of the clean configuration of the
VGM-HTP model with CFD.

The change in axial force relative to the drag of the isolated airframe,
ACx = Cx prop-on — Cx prop-off, i @ quantitative measure of the propeller-airframe aero-
dynamic interaction and it is not dependent on the underprediction of Cp,. Table 4.3
shows that the predicted change of Cx nearly falls within the experimental uncertainty,
especially at @ = 0 deg. The difference between inboard-up and outboard-up is primar-
ily a difference in tailplane drag. At a =5 deg, the net axial force is reduced in the CFD
simulation, while in the experiment it remains nearly constant. It is expected that this is
in particular due to the lower slope of the Cr — J curve in CFD (see Section 4.2.1), since

the higher angle of attack slightly reduces the inflow to the propeller, that is equivalent
to a change in advance ratio.

Table 4.3: Change in axial force on the airframe and propeller from the CFD simulations relative to the
experimental results. Indicated uncertainty corresponds to the experimental values.

Angle of attack [deg] 0 0 5 5
Rotation direction inboard-up outboard-up inboard-up outboard-up
Sxem _ +0.6%+0.5% +11%+0.6% —-25%+0.7% —1.8%+0.7%
ACX,exp

Since the quantification of the stability derivatives and the conclusions that are
drawn from the particular configuration are an important aspect in this dissertation,
the computed change in the pitching moment coefficient due to the propeller instal-
lation is compared to the experimental data in Fig. 4.17b. The breakdown of the CFD
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results reveals that the propeller installation has negligible effect on the fuselage and
wing forces. The propellers are a stabilizing contribution, while the tailplane contri-
bution to stability reduces due to propeller installation. Since the magnitude of the
change in pitching moment is significant, the comparison with experimental data is
therefore important. The figure shows that the gradient over the interval a = [0,5]
deg from the CFD is AC,,, = —3.24-10"2deg™!, while in the experiment the gradient
is ACpp, = —3.17+0.03-10"3deg™'. These values indicate that the change in stability
is captured with sufficient agreement to formulate qualitative and quantitative conclu-
sions based on these simulations. The slightly larger nose-down pitching moment is
attributed to the slightly higher thrust of the propellers, which are situated above the
moment reference point.

To compare the propeller-airframe aerodynamic interaction, the slipstream defor-
mation and the magnitude of the Cp, of the propeller-on configuration are shown in Fig.
4.18. The time-accurate CFD results are time averaged to compare with the measured
Cp,- Only for the co-rotating case experimental data is available, while only the inboard-
up and outboard-up cases are simulated. It is noted that for the co-rotating case there
is a sidewash as a result of the slipstream-tailplane interaction (see Refs. [62, 173, 174])
which is absent in the CFD simulations due to the symmetry condition. The slipstream
location is slightly different and hence pressure data along the survey lines should be
compared with care. The cropped contours on the upper side of the slipstream are an
artefact of lower resolution of the wake rake data in the upper region of the plane.
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Figure 4.18: Measured total-pressure coefficient in a wake survey plane behind the VGM-HTP model
compared with CFD. Time-accurate CFD results are time averaged over 60 deg of rotation (30 time steps).
Clean configuration, /=1.8, a = 0 deg.

Qualitatively, all details of the measured flow field are also present in the CFD results,
i.e. the shear of the slipstream, the non-axisymmetric loading of the propeller and the
interaction of the propeller tip-vortex with tailplane tip-vortex. Quantitatively, the sur-
vey lines show excellent agreement as well, except for the regions near the edges of the
propeller slipstream. As previously discussed, the large gradients in the shear layer of
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the wing wake quickly diffuse downstream of the propeller in the numerical simulation,
despite the fine grid in the slipstream domain. Therefore, also the interaction of the wing
wake with the propeller tip is less pronounced.

It is concluded that the agreement of the CFD model with experiment for both the
integral forces and flowfields for this scale is sufficiently accurate to predict the aerody-
namic interactions and the associated trends.

4.3. CONCLUSIONS

RANS SIMULATIONS OF ISOLATED PROPELLERS

For the two propellers analyzed, good agreement was found between the RANS CFD
simulations and experimental data for the design condition of the propeller in terms
of force coefficients and the slipstream. The following conclusions are made:

* In line with other publications, the dependency of several force coefficients and
the slipstream shape on the mesh size is low. Already with a relatively coarse mesh,
the propeller performance is well captured, and the time-averaged slipstream is
well defined. A grid refinement study indicated a discretization error less than
1% for the selected grid on the propeller thrust and power coefficients. No major
differences were found in the flowfield, except in the shear layer of the slipstream,
for both an instantaneous flowfield, as well as for the time-averaged flowfield.

e Numerical diffusion is responsible for the large difference in vortex core radius and
the associated velocity gradients, while the circulation of the tip vortex is nearly
independent of the grid choice. The fact that numerical diffusion plays such an
important role in the vorticity transport is also observed in the roll-up process. In
the experiment, the complete roll-up takes place significantly further away from
the propeller disk, while the velocity gradients are still large, even close to the disk.
For installation studies where the unsteady component of lift is important, a com-
bination of a higher-order model and a fine grid is required.

e Since the experiment was conducted on a small scale model operating at rela-
tively low freestream velocity, the low Reynolds number on the blade section sig-
nificantly influenced the thrust curve, which is in line with the observations by
other researchers. Because of this dependency, CFD primarily overpredicts the
thrust, while the slope of the linear part of the Cr — J curve is approximately 20%
lower. Through two-dimensional airfoil analyses of a representative blade section,
it was found that the airfoil operates in a highly nonlinear region, where both the
lift curve slope and zero-lift angle of attack change with Reynolds number. This
combination leads to a higher slope of the Cr — J curve.

* When the flowfields were compared at the same T¢ instead of the same advance
ratio, the phase-averaged slipstreams between CFD and experiment nearly col-
lapse. Therefore, the blade-pitch should be adjusted to match T¢ at the same J
to obtain an equivalent slipstream, although the swirl is still slightly higher in the
experiment due to larger viscous losses.

The CFD simulations are considered well suitable for the analyses of the installed condi-
tions because both instantaneous (phase-locked) flowfields, as well as the time-averaged
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flowfield match to a large extent with the experiment.

RANS SIMULATIONS OF INSTALLED PROPELLERS

For the two validation cases of installed propellers, again excellent agreement was found
in terms of flowfields and force coefficients between the RANS CFD simulations and ex-
perimental data. The following conclusions are made:

¢ The response of a tailplane to the propeller installation is well captured, both at
the spanwise location of the slipstream impingement, the location where the tip
vortices impinge, as well at a location outside the region where the slipstream im-
pinges. This indicates that the aerodynamic interaction between the helical vortex
system and the vortex system of the lifting surface is captured well.

e The main deviation of CFD relative to experiment is found at the slipstream edges,
in line with the observations of the isolated propeller. The consequence is a more
confined region along the span of the lifting surface where the bound circulation
varies. However, the results also show that excessive diffusion of the (propeller) tip
vortices does not impact the integral forces on the lifting surfaces.

¢ The minor differences in the magnitude of the induced velocity in the installed
case are traced back to the slipstream of the isolated propeller. This also holds for
the negligible differences of the loading of the tailplane. This demonstrates that,
if the slipstream is well defined, excellent agreement of the time-averaged loading
on lifting surfaces can be expected, even at large angles of attack.

¢ The results on a full aircraft configuration demonstrate that the CFD simulations
are well suitable to predict the aircraft performance. The estimated change in ax-
ial force component, i.e. the combined effect of propeller thrust variations and
airframe drag, is within 2% of the experimental result. The change in slope of the
pitching moment curve is also predicted to differ up to 2% of the experimental
result, which therefore falls nearly in the experimental uncertainty band.

CONCLUDING REMARKS

As a general conclusion, this chapter demonstrates that both the flowfields and the
forces generated on the propeller and airframe can be well predicted with unsteady
RANS simulations with a second-order scheme. Despite the relatively large amount of
computational resources required to obtain a single solution, the excellent agreement
indicates that the main flow phenomena on each component can be studied in fur-
ther detail. The power of CFD, in case of a small amount of operating conditions, is
therefore clearly displayed herein. Flow phenomena observed in the experiment can
therefore even be explained by subsequent CFD simulations. Nevertheless, this chapter
also shows the value of validation data, and especially the different types of validation
data. Differences observed in time-averaged data cannot be explained by itself without
consulting time-accurate flowfield data. Since the vast majority of propeller-integration
studies performed today rely on time-averaged results, CFD can be considered a very
viable analysis method. If one is interested in trends (i.e. in case of a large number of op-
erating conditions) and in the time-accurate response of a lifting surface in an unsteady
flowfield, experimental campaigns are in particular useful.
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ENGINEERING METHOD TO
ESTIMATE THE BLADE LOADING OF
PROPELLERS IN NONUNIFORM
FLow

5.1. INTRODUCTION

The simulation of a propeller and airframe using a full-blade CFD approach is time-
consuming. If one is in particularly interested in the forces on the propeller that are
caused by the airframe-induced flowfield, for example the normal-force gradient, or the
change in propeller efficiency, performing a series of full-blade simulations may not be
within reach, in particular in (the preliminary) design stages. Furthermore, a single full-
blade simulation will not provide direction to the designer to make improvements or
draw conclusions on part of the propeller installation effects. While experimental ap-
proaches are generally suitable to identify trends for a given geometry, changing the ge-
ometry in an experimental setup is often laborious, and therefore these methods are
often not suitable for design studies. Furthermore, deducing the propeller blade loading
from a flowfield measured at some distance downstream of the installed propeller is not
straightforward, in particular when the slipstream is distorted due to interactions with
the airframe [27, 37, 175-177]. Despite the introduced modelling errors, an analytical or
numerical prediction of the installed propeller performance may be preferred instead,
in particular if relatively small performance changes are expected.

Next to a range of prediction methods for axisymmetric inflow [178-180], several au-
thors have published work on load prediction and analyses of propellers in nonuniform
inflow, ranging from experimental, numerical and analytical methods. A number of ana-
lytical expressions for the in-plane forces for an isolated propeller at angle of attack have

Parts of this chapter have been published in Ref. [90].
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been formulated, of which the formulae by de Young [60, 181] are widely used. These for-
mulae were adapted in Refs. [62, 182] to account for the induced inflow by the fuselage
and wing for wing-mounted tractor propellers. However, a generic nonuniform inflow
can rarely be reduced to an equivalent angle of attack, which makes such analytical ex-
pressions less suitable for nonuniform inflows that only influence part of the propeller
disk.

Numerical methods are therefore often preferred, as the actual constitution of
nonuniform inflow can be taken into account. In coupled approaches, the flow solu-
tion of the combined airframe and propeller is solved directly. These include unsteady
RANS CFD methods [133] and panel methods [183] with a full representation of the pro-
peller blade. Such approaches are particularly useful if the propeller has a strong effect
on the airframe. If one is primarily interested in the propeller performance, the addi-
tional accuracy may not outweigh the additional computational cost and effort to ana-
lyze a full configuration, compared to a superposition of the individual contributions of
the propeller-airframe interaction. If the nonuniformity of the inflow is dominated by
the isolated airframe, one can argue that the dominant changes in propeller loading due
to the interaction are already captured if the inflow is treated as being decoupled. How-
ever, even with this simplification, the cost can still be significant if the full propeller is
modelled. On the other hand, lower-order models are generally not able to account for
nonaxisymmetric flows and may lack the fidelity to capture the relevant flow phenom-
ena.

In this chapter, a computationally efficient engineering method is presented to de-
termine the response of propeller forces and moments due to an arbitrary nonuniform
flow, based on blade-loading distributions in uninstalled conditions and an inflow field.
A prediction of these loads is useful in both the preliminary and the detailed design
phase, as it can assist aircraft designers to select appropriate locations of the propeller
along the airframe in a multidisciplinary design synthesis, for example to improve the
time-averaged performance of the propeller, or to reduce unsteady loads. An efficient
prediction method of the load distribution can also be used to provide inputs in noise
studies [81, 181, 184], or provide inputs for actuator disk and actuator line models to
assess propeller-airframe aerodynamic interaction [133].

The engineering method initially assumes that the propeller response to a nonuni-
form inflow is a quasi-steady problem. The solution is later improved by applying a cor-
rection to account for unsteady effects. The validation of the method is presented in
Section 5.4.

5.2. QUASI-STEADY SOLUTION METHOD

The developed method to estimate propeller blade loading, treats the nonuniformity of
the inflow field induced by the airframe and flight condition, i.e. the inflow at the pro-
peller plane that exists in absence of the propeller, as a local disturbance to the nominal
operating condition. The main principle of the method is that it is assumed that a change
inlocal advance ratio AJ" at r/ Ry, results in a local change in load, C’, and C’Q, and there-
fore induced velocity field, with a magnitude equal to the one that would be obtained if
AJ' is applied to the full propeller disk as AJ = AJ'. The prime indicates a local quantity
at a determined location on the propeller disk, given by its azimuthal and radial posi-
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tion. This principle is schematically shown in Fig. 5.1. The underlying assumption of the
method is based on three principles:

1. It is assumed implicitly that the local sensitivity of a section at r/Ry, to a distur-
bance is determined by the nominal load distribution that exists in uniform inflow
conditions. The analogy can be made to a three-dimensional wing, for which the
local slope of the lift-curve along the span is proportional to its nominal lift dis-
tribution. It is shown in Section 2.2.2 that for a propeller blade the normalized
thrust distribution is nearly independent of advance ratio, hence the sensitivity to
a change in advance ratio is also proportional to the nominal load distribution.

2. Since a perturbation of the inflow leads to a variation of the bound circulation rel-
ative to the one obtained in uniform inflow, the associated shed vorticity induces
an upwash/downwash to adjacent sections. It is assumed that the redistribution
of loading along the radius is a second-order effect. Since thrust and torque are
dominated by the lift force and induced drag on a blade section, the response to
a nonuniform inflow for a propeller is analogous to the resulting changes in lift
and drag due to a perturbation distributed along the span of a wing. It is shown in
Appendix B that the error of the estimation of the integral forces by neglecting this
redistribution becomes indeed a second-order effect if the spanwise gradient of
the perturbation is small. A similar approach is utilized in blade-element momen-
tum models, where the direct influence of adjacent blade sections is also neglected
in the computation of local blade forces, and only a tip-loss factor is applied along
the blade.

3. The blade-blade mutual interference as a consequence of the perturbation in
loading s proven in Ref. [185] to be an effect of several orders of magnitude smaller
than the primary change in load due to the perturbation, if the average spacing be-
tween blades is several chord lengths. Therefore, it is assumed for the quasi-steady
solution that a blade response to a disturbance is confined to the same azimuthal
angle at which the disturbance is encountered by a blade. The propeller-airframe
interaction is therefore linearized, i.e. the perturbations Au, Av, Aw at the location
of the propeller disk, are the ones that exist in absence of the propeller. In this way,
a computationally intensive analysis of the full annulus is avoided.

For the computation of the quasi-steady load distribution, both the propeller
performance—that is, the radial load distribution for a range of advance ratios—of the
isolated propeller in uniform flow and the propeller inflow field V and p are assumed to
be known in advance. These quantities can be obtained by various analysis methods.

The propeller blade is described as a line, spanning from hub to tip, sweeping
through an arbitrary flow field, as depicted in Fig. 5.2. Along this line, the local inflow at
location (r,0) is used to compute the local forces and moments. The temporal resolution
of the estimated solution depends on the spatial resolution of this flowfield.

In the presented approach, the propeller load distribution is treated as a linear super-
position of the response to in-plane disturbances Av, Aw and out-of-plane disturbance
Au, permissible when the perturbations are small. This separation gives insight in their
relative contribution to the change in propeller forces. Additionally, the response of the
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Figure 5.1: Illustration of relation between local effective advance ratio and change in blade-loading.
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Figure 5.2: Definition of the propeller rotation plane on which the inflow is determined.

propeller to a change in tangential or axial inflow is different. At a given rotational speed
n, the disk loading varies approximately /inearly with a change in axialvelocity, as Ct—J
is approximately linear and J is linear with V:

T 4 5,

— = —prn Cr,where Cy o J (5.1)
Sp 7

Similarly, at no change in axial velocity but an inflow constituted of tangential velocity
components, the disk loading varies quadratically with a tangential inflow velocity V4, as
the T, — J curve is hyperbolic:

T 1 ., 1
- EpV Tc, where T¢ 7 (5.2)
p

Therefore, for a propeller operating at a given condition, i.e. V, and n, the thrust and
torque are more sensitive to a change in advance ratio caused by V; than V, at moder-
ate to high thrust conditions. This is illustrated in Fig. 5.3. At high advance ratios, i.e.
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Figure 5.3: Effect of varying either rotational speed or axial velocity on the disk loading around a certain
operating condition.

near windmilling conditions, the trend is reversed, and instead, the blade sections are
more sensitive to a change in V, than V. Therefore, the inflow disturbance needs to
be associated with the corresponding sensitivity around the operating condition. This
observation is in particularly apparent when the thrust distributions are compared at
various advance ratios, shown in Fig. 5.4a and 5.4b. The two figures show that there is
a significant difference in disk loading if either V,, or n is varied. The gradient of these
maps, depicted in Fig. 5.4c and 5.4d, also display that the sensitivity to a AJ depends on
radial location. The following important observation can be made that is useful for the
interpretation of nonuniform inflow effects on propellers:

A nonuniform inflow expressed as AJ (r) results in a change in propeller load
that is proportional to the propeller load distribution that exists in uniform
inflow. If this disturbance AJ (r) is in the propeller rotation plane, it has a sig-
nificantly larger impact than an out-of-plane disturbance of the same mag-
nitude.

Since the radial distribution of thrust and torque, C’T(r, Joo) Tespectively Cb(r, Joo)s
are known for the isolated propeller (for example the maps shown in Fig. 5.4a and
5.4b), these need to be evaluated at the local, effective advance ratio, determined by the
nonuniform inflow. This distinction is made such that J¢s;, is the effective advance ratio
due to axial inflow, while J¢f, is the effective advance ratio only due to trangential inflow.
At constant rotational speed, the effective advance ratio due to axial inflow is:

Au(r,0) Vg
—_— (5.3)

]effa (r) 8) =
nDp nDyp

Only the tangential components of the in-plane velocities Av and Aw are of interest, and
are decomposed into a tangential velocity using the local phase angle 0:

AVi=—-AvcosO —Awsinf (5.4)
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Figure 5.4: Effect of varying either rotational speed or axial velocity on the disk loading around a certain
operating condition.

which yields an effective advance ratio of:

V. V.
Jefr, (r,0) = A‘;f - g’ (5.5)
(n+ ﬁ)DP P

For the uniform inflow case, it follows that Jeg, = 0 and Jefr, = Joo. If C7.(Jegp) is the local
section thrust coefficient on a blade operating in uniform inflow at the corresponding
effective advance ratio Jf, the corresponding changes in local thrust and torque due to
AJefr, are:

T (1,0) = | ClUerr,) 2 — C’T(]oo)] poon® D, (5.6)
Poo
/ | 14 / 215
Qa(r,B) = CQ(]effa)p__CQ(]oo) Pocll Dp (5.7
o0
Equivalently, the change in thrust due to an in-plane disturbance Jeg, is:
AV;)?
AT!(1,6) = | CpUetr) - (n T —t) L LU | pooD (5.8)
2nr) Poo
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AQI(r,0) = | C! AV o D 5.9
Qt(r, )— [ Q(]efft) (i’l+ ﬁ) P:_ Q(]oo)n Poo ( . )

To determine the thrust and torque expressed by Eqs. 5.6 through 5.9, one needs
to compute or measure C’T(r, D, C’Q(r, J) for a range of advance ratios of the propeller
in isolated condition. Furthermore, one needs to determine the flow field in which the
propeller is operating. The summation of the in-plane and out-of-plane contributions
yields the total change in normalized propeller loading at a particular blade section po-
sition (r,0):

, AT, +AT]
ACy(r,0) = ———F (5.10)
Poot* Dyy
AQ, +AQ;
ACy(1,0) = Q“—gt (5.11)
N?D})

Once the load distribution is found by evaluating Eqs. (5.3) through (5.11) at each
phase angle, the integral propeller forces are computed by integration:

21
ACr=— f AC(r,0)drde (5.12)
Ry
21 Ry AC (r,0)
ACy = —— f ————cosfdrdo (5.13)
21 RP AC (r)g)
ACy=—— f ————sinfdrdf (5.14)

and the integral propeller moments become:

1 2n PRy
ACQ=5fO th ACY(r,0)drdo (5.15)
2n
=55, f f AC)(r,0)r sinfdrdo (5.16)
2n
ACm:_ZT[Dp f f ACy(r,0)r cosfdrdo (5.17)

The change in power coefficient follows from Eq. 5.15 as ACp = 27ACq. Conventionally,
the efficiency is defined as the ratio of useful work done on the fluid per unit time to the
power that is put into the system to perform the useful work. Although the propeller is
doing work on a fluid having a velocity V = (u, v, w), generally not equal to V, one is
only interested in the change of the thrust-to-power ratio of the propeller, at the flight
speed of the vehicle. Therefore, the efficiency of a propeller in close proximity of the
airframe with a nonuniform inflow, is determined in a straightforward way, by using the
computed thrust and torque:

(AT + Ty .
Apy = o Tl fy | feoy, 5.18
T AP+ Py ® P ™ 5.18)
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The treatment of the local response to a nonuniformity of the inflow is in particular
suitable for unswept propeller blades, as a high sweep angle leads to a more pronounced
coupling between adjacent sections along the radius. Furthermore, the evaluation of in-
flow along the line assumes the chord length is effectively zero. However, as observed
in Ref. [89], the forces on the blade sections are particularly influenced by the flow con-
ditions around the propeller leading edge, analogous to the sensitivity to a change in
angle of attack of the load distribution along the chord for typical two-dimensional air-
foils [111]. Hence, an improved representation of the inflow can be obtained when the
inflow at location (r,0) is determined by a weighted velocity along the projected chord
in the plane of rotation:

AVyeighted (1, 0) = AVIV (5.19)
with AV = (Au, Av, Aw).
n 5
— ©-r/R,=03
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Figure 5.5: Example of distribution of thrust in chordwise direction.

Herein, a weighting function W is used for illustration purposes, which is based on
the thrust distribution along the blade chord, projected in the plane of rotation, as illus-
trated in Fig. 5.5. The weighting depends on the airfoil shape and operating condition. If
cr is the local thrust coefficient per unit area at a determined projected chordwise loca-
tion, such that the thrust coefficient at a radial location is C/T(r, J) =c(r) fol cr(r,é&, Ndé,
then the weighting function is:

cr(r,é, Ne(r)

W(rJ],&= W (5.20)

and equivalently for torque:

co(r,¢, Ne(r)

Cb(r,]) (5.21)

w(n,J,8) =
Such weighting function has not been employed in the presented analyses and valida-
tion cases, as it was found that it led to only a small phase difference between the load
and the disturbance in the flowfield. Furthermore, the assumption representing the pro-
peller as a line did not have significant impact on the magnitude of the predicted forces.
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5.3. ACCOUNTING FOR UNSTEADY EFFECTS

The response of a two-dimensional airfoil to a change in inflow is not instantaneous. As
explained by Sears [112], a downwash is induced at the leading edge by the bound vor-
ticity and wake vorticity. This not only reduces the section lift coefficient, but also intro-
duces a difference in phase between unsteady motion of the inflow and the response to
the disturbance. By accounting for these unsteady effects, the temporal response of the
blade forces, and therefore also the relative importance of the resulting in-plane loads,
are predicted more accurately compared to the quasi-steady solution. The utilization of
the Sears function is a well accepted approach to determine the transient lift response of
a two-dimensional airfoil to a gust [186-188]. The response of the introduced induced
drag and the change in profile drag of the two-dimensional airfoil can be determined
using the approach of Ref. [189], and is comparable to the lift response. However, the
application of a separate correction on lift and drag would require an estimation of the
local induced velocity to obtain the local velocity vector to decompose lift and drag. As
the thrust and torque forces on a section are typically dominated by the lift force, in-
stead, a straightforward approach is used here. The radial load distributions of thrust
and torque are corrected by directly applying Sears’ function. The quasi-steady forces of
Egs. 5.6 through 5.9 are transformed to the frequency domain and are multiplied with
Sears’ function:

Ts(r,0) = Ty (1,0)S(r,0) (5.22)

and

/ /
Qs @) _ a1 S(r,0) (5.23)
r r

with o being the reduced frequency o = %, and S the Sears function. V is the mag-
nitude of the local helicoidal inflow velocity to a section in the nominal, isolated con-
ditions, and therefore includes the induced velocity. In case the induced velocities are
unknown, actuator disk theory could be used as a first-order estimate. The Sears func-

tion for incompressible flow, Sy/=, is defined by Ref. [112] as:
Jo (0) Kj (io) +1iJ1 (0) K (i0)

Sm=0(0)=1[Jo(0)—iJ1 ()] C(0)+i]J1 (0) = K, (o) + Ko (0) (5.24)

with C Theodorsen’s function, Jy and J; the zeroth- and first-order Bessel functions of
the first kind, Ky and K; the modified zeroth- and first-order Bessel functions of the
second kind. A compressibility correction in line with Ref. [186] is applied to account
for compressibility effects, which are typically not negligible on outboard sections. Ref.
[186] applies a compressibility correction on both the lift curve slope and the reduced
frequency. As the predicted quasi-steady loads already include the effect of compress-
ibility on the section forces through the analysis of the isolated propeller, only the re-
duced frequency is corrected:

MZO. MZU —io f(M)
S(U,M):SM:()(U/CZ){]O( z )+ih( e )}e @ (5.25)
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with M the effective Mach number, { the Prandtl-Glauert compressibility factor based
on the effective Mach number, and f a correction factor defined by:

fM=0-OIn(M)+{In(1+{) -In(2) (5.26)

Equation (5.25) is valid for c M/{? < 1 [186]. The unsteady response over a full rev-
olution in the time-domain is computed by taking the inverse Fourier transform of the
product of the quasi-steady loading and the Sears function, Egs. 5.22 and 5.23.

5.4. VALIDATION

The predicted propeller forces by the engineering method are compared to full-blade
CFD simulations and experimental data. The comparisons are presented for various
cases that each have their own specifics in terms of the magnitude of the inflow rel-
ative to the size of the propeller disk, and the relative magnitude of the in-plane and
out-of-plane velocity contributions. The various cases are selected to demonstrate the
applicability of the method for a range of aircraft configurations.

5.4.1. DEFINITION OF VALIDATION CASES

The engineering method is validated by comparing the predicted load distributions, in-
tegral blade loads, and integral propeller forces with unsteady RANS simulations (ex-
plained in Chapter 3) and experimental data of four representative validation cases.
These cases are selected to feature a range of different types of inflow, summarized in
Table 5.1. For each of the four validation cases, the inflow fields are evaluated at the
plane of the propeller and are summarized in Fig. 5.6.

Table 5.1: Characteristics of the validation cases.

Validation case #

1 2 3
v
v

In-of-plane disturbance A J; v
Out-of-plane disturbance AJ, v
Vortical inflow

Defect in total pressure

Local disturbance

Disturbance over full disk v
Small propeller—airframe separation
Large propeller-airframe separation

SSRNEEEN
ANEN
AN NN NS

N

An in-plane nonuniformity that is distributed over the propeller disk is simulated
by providing an angle of attack (case 1) to the XPROP propeller. Figure 5.6a depicts the
change in effective advance ratio and shows that the dominating component is the result
of the in-plane velocity field, leading to changes in effective advance ratio of up to 35% of
the freestream value, with a minimum at 8 = 90deg and a maximum at 8 = 270deg. The
axial induced velocity by the nacelle introduces only a slight asymmetry in the inflow.
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A concentrated disturbance is simulated by generating a wake at different vertical lo-
cations which is encountered by the propeller (case 2), Fig. 5.6b. The viscous wake trails
from a straight, untapered, and untwisted wing that is situated upstream the XPROP pro-
peller with a separation of 3.2R,. The corresponding dimensions, computational do-
main and boundary conditions are presented in Section 3.4.4. For a wing that is situated
at z/ R, = 0.5, the change in advance ratios is depicted in Fig. 5.6b, showing a maximum
reduction of AJ; = 0.27, caused by a maximum velocity defect of 0.15V. As the in-plane
induced flowfield downstream of the wing is negligible, the tangential velocity is nearly
zero, and therefore A J; =

-0.6 -0.4 -0.2 0.0 0.2 0.4 0.6
Change in local advance ratio, A J’ [-]
VA v A A,

+ 000 =

(a) Case 1: Angle of attack, o = 5 deg

- Q00

(b) Case 2: Propeller encountering a wake. Wing at z/R, = 0.5

009

(c) Case 3: Conceptual representation of an over-the-wing propeller. Flowfield with tip clearance ¢/R, = 0.07.

- .+ 000

(d) Case 4: A wing-tip-mounted pusher propeller.

Figure 5.6: Schematic of the four configurations used to validate the method. On the right, computed inflow
profiles of the four validation cases that are used as input to the method.
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A flow field consisting of both in-plane and out-of-plane flow was generated by
mounting the XPROP-S propeller above a wing with a plain flap (case 3), Fig. 5.6c. The
predicted integral thrust as function of tip-clearance is compared to experimental data
from de Vries et al. [54]. The inflow to the propeller was obtained by simulating the
wing section in a domain including wind-tunnel walls, but excluding the support strut.
To gain confidence that simulated inflow field is close to the one in the experiment,
the measured and computed pressure distribution are compared in Fig. 5.7a, which
shows three is good agreement of the pressure distribution around the chordwise lo-
cation where the propeller is installed. The extracted velocity profiles at this location are
shown in Fig. 5.7b. The propeller experiences a strong variation of AJ, over the disk,
depicted in Fig. 5.6¢, caused by the variation of axial velocity at the propeller location
from 0.1V to 0.3V. The in-plane velocity due to the wing circulation and curvature
also varies over the propeller disk and is observed by the propeller as a negative angle of
attack.

propeller location 13
— 0.2 T
:Q \:0.1 1.1 .8
0.9 3

g o 07
e : 4o 02 04 06 08 10
g ‘ | x/c [-]
S | ; 1.0 — €¢/R =0.07
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2 ! ! o : p
£ 05 ' ! 2004 / N e/R =0.28
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(a) Comparison of the measured and computed wing
pressure distribution.

(b) Velocity profiles at the propeller location for
different tip-clearances.

Figure 5.7: Validation and inflow profiles for the over-the-wing propeller configuration, propeller-off
condition. Experimental data from Ref. [54].

Finally, a combination of a distributed and concentrated nonuniform inflow is gen-
erated by mounting a pusher propeller to the tip of a wing (case 4), Fig. 5.6d, such that
the propeller encounters both a swirling inflow (due to the wingtip vortex), as well as a
wing wake. This is a typical example where as a concept, often a relatively simple inflow
is envisioned consisting of only a swirling inflow, while in practice the inflow is highly
distorted and nonuniform. The mesh and inflow distribution from Ref. [190] were used
to obtain the required validation data. The propeller is again the XPROP, but with a blade
pitch of fo.7r, = 30 deg and a diameter of Dj, = 0.4046 m. The performance maps in Fig.
5.4 were separately quantified for this propeller (not shown in this dissertation). Fig-
ure 5.6d shows a highly nonaxisymmetric inflow, caused by the swirling flow induced by
the wing-tip, the wing downwash, and the viscous wing wake. The axial induced flow is
driven by the viscous wake and the junction flow between the nacelle and wing surface.
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Although the wing-tip and propeller axis are aligned, the wing-tip vortex rolls over the
nacelle causing a large variation of J;.

5.4.2. VALIDATION OF THE PROPELLER BLADE LOADS

Figure 5.8 depicts the predicted change of integral blade thrust, torque, side force and
normal force coefficients over a full revolution, for the propeller at angle of attack (case
1). The blade loads are nearly sinusoidal, with a period of one-per-revolution for the
thrust and torque, and a period of two-per-revolution for the in-plane forces. The quasi-
steady method underpredicts the peak-to-peak load and introduces a phase advance
with respect to the full-blade simulations. The maximum change in advance ratio oc-
curs at 0 =90deg and 0 = 270deg (Fig. 5.6a), while the maximum change in load occurs
with approximately a 15 deg lag in the full-blade CFD results, in line with findings by
Refs. [92, 113] and the discussion in Section 2.4. This delay is accurately captured by
applying the unsteady correction to the quasi-steady result, and indicates that it can be
predominantly attributed to the response of the two-dimensional blade sections that ex-
perience an unsteady inflow, and not due to blade-to-blade interaction. This behaviour
is also clearly visible by comparing the C/. distribution over the disk in Fig. 5.8b and is
approximately constant along the blade. As the predicted load distribution has a phase
advance, the relative values of the integral in-plane forces (depicted in Fig. 5.8c) are in-
accurate, in particular the predicted Cy shows a relatively large deviation. The non-zero
Cy from the quasi-steady solution is attributed to the difference in thrust at 8 = 0 deg
and 6 = 180 deg due to the nacelle induced axial velocity field. By using the unsteady
correction, the Cy — a curve is closer to the full-blade CFD result. The strong variation
of loading over the disk for this case results in a significantly nonuniform propeller slip-
stream and leads to an increase of the force magnitude in the full-blade simulation. As
the actual slipstream is not computed, the predicted quasi-steady loads are too low, and
these are further reduced by the application of the unsteady correction model. This is
for discussed in Section 6.2. Despite that the root-mean-square of the blade thrust is
underpredicted by 12% and 24% by the quasi-steady and unsteady methods, the inte-
gral thrust and torque nearly coincide with the full-blade simulation. It is noted that the
integral thrust and torque are not affected by the application of Sears’ function over a
full revolution and the quasi-steady and unsteady result are identical, as can be deduced
from Eq. 5.24.
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Figure 5.8: Comparison of the forces predicted by the engineering method and computed by means of
full-blade CFD simulations. Case 1: angle of attack.

For validation case 2, where the propeller encounters a wake, the predicted evolu-
tions of integral blade forces compare well with the full-blade CFD simulation in terms
of magnitude and phase, shown in Fig. 5.9a. The transient after the steep rise and fall of
load is inherently not captured by the quasi-steady approach, but is shown to be quite
well predicted when the Sears function is applied. It is worth noting that the character of
the blade force over a revolution is highly dependent on the location at which the wake is
encountered. The fact that two distinct peaks are present when the wing is at z/ R, = 0.5,
is attributed to the more sensitive response to a change in advance ratio in the highest
loaded region of the blade, as shown in Fig. 2.10. If the wake is encountered towards
the tip, the two peaks in Fig.5.9b merge into a single peak. From Fig. 5.9b, it also follows
that even though in the full-blade simulation the load is slightly more smeared in radial
direction, the unsteady method already shows excellent agreement of the radial load dis-
tribution for a range of phase angles. The relative change of the thrust and torque is also
in line with the full-blade CFD simulations, reflected in the change in blade efficiency,
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Fig. 5.9a. The integral forces depicted in Fig. 5.9c are close to the ones computed in the
full-blade simulation. The trends of the forces as function of the location of the wing
wake relative to the propeller are in line with the full blade simulations. It is noted that
even though the axial separation between the wing and propeller is 3.2Ry,, the propeller
still has an upstream effect on the wing. For a wing location of z/ R, > 0, the propeller
induces an angle of attack to the wing, and leads to a small lift coefficient.
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Figure 5.9: Comparison of the forces predicted by the engineering method and computed by means of
full-blade CFD simulations. Case 2: wake encounter, J =1.8.

This leads to a nonzero wing downwash, reflected as the sinusoidal blade force over
arevolution, Fig. 5.9a. Consequently, the propeller normal force in the full blade simula-
tions is higher than estimated using the engineering method (Fig. 5.9c). This interaction
becomes stronger with higher thrust coefficients and smaller wing-propeller spacing.

For case 3, where the propeller is placed above a wing, the large reduction in thrust
observable in Fig. 5.10a is caused by the higher axial inflow velocity induced by the
wing’s circulation. When the tip-clearance is increased, the reduction in thrust becomes
smaller due to the reduced axial inflow. This trend is very well predicted by the method,
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despite the complex flowfield, the proximity of the propeller to wing which will cause
the wing lift to change, and with that the propeller inflow. The predicted magnitude of
the ACt almost coincides with the measured values, and shows the ability of the method
to predict the propeller performance for such configuration. The model is also able to
capture the different response of the propeller thrust coefficient to the nonuniform in-
flow for each advance ratio, as the sensitivity to a change in advance ratio depends on
the nominal operating condition. Since at higher thrust coefficient, the effect of the pro-
peller on the wing increases, the reducing offset towards lower J is the consequence of
higher wing lift in the experiment. Since the inflow profile used for the method does
only entail the airframe induced inflow without the propeller present, this interaction is
not captured. The dominant inflow to the propeller is therefore the airframe in absence
of the propeller and the propeller has a secondary effect on the inflow. Therefore, as a
first prediction of the propeller performance loss in such configuration, the method will
provide an excellent first estimate.
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Figure 5.10: Comparison of the change of the integral propeller thrust predicted by the method and
experimental data of the over-the-wing propeller configuration from Ref. [54].

Finally, case 4, where a pusher propeller is mounted to the tip of a wing, exhibits
comparable trends as validation cases 1 and 2 in terms of integral blade forces if the
quasi-steady method is used, as depicted in Fig. 5.11a. First, there is a local overpredic-
tion in the regions of a local disturbance induced by the wing wake, secondly there is an
underprediction of the effect introduced by a distributed nonuniformity over the disk,
i.e. the swirling inflow, and finally there is a phase advance with respect to the full-blade
simulation. Similarly to the previously discussed cases, the contour plot in Fig. 5.11b
reveals that the shape of the thrust distribution is very well captured by the method, de-
spite the overpredictions in the regions where there is a strong gradient of the inflow: the
encounter of the wing-wake and the impingement of the wing-tip vortex. In a qualitative
manner, one can directly relate the relative importance of the different flow phenomena
on the propeller loads, by relating the thrust distribution to the inflow field of Fig. 5.6d.
Figure 5.11c shows that the integral thrust is close to the computed value of the full-blade
CFD simulation, and the order of magnitude and direction of the in-plane forces is cor-
rectly captured. Quantitatively, the in-plane forces of this case are relatively small, and a
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difference in phase quickly causes a relatively large offset.
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Figure 5.11: Comparison of the forces predicted by the engineering method and computed by means of
full-blade CFD simulations. Case 4: wing-tip mounted pusher propeller.

For the cases evaluated, it was found that the change of the integral thrust and torque
compared to uniform inflow condition were within a range of 0.5% to 12% compared
to the validation data. It is concluded that the method is able to capture the relevant
changes in propeller loading, and can predict both the magnitude and trends well for a
wide range of operating conditions and nonuniform inflows. Provided that this method
provides a solution with seven orders of magnitude lower computational resources than
a full blade simulation (Table 5.2 in Section 5.5), it is a powerful tool for relatively accu-
rate propeller performance prediction in several stages of the design of unconventional
propeller installations.

5.5. COMPUTATIONAL EFFICIENCY BENEFITS
The computational cost of a single condition using the engineering method was found
to be in the order of several seconds, while a significant amount of computational efforts
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were spent on the unsteady full-blade CFD simulations to evaluate a single operating
condition, as listed in Table 5.2. The table lists results of typical propeller—airframe inter-
action studies, presented in Section 5.4. The additional time to correct the quasi-steady
results for unsteady effects is negligible. If one is only interested in the change in inte-
gral thrust or torque, the unsteady correction is even redundant. The construction of the
performance maps in Fig. 5.4 required approximately 2000 CPU hours, while it is noted
that the large number of conditions (20 advance ratios) could be reduced to a minimum
of two conditions in case the nonlinear regime is not of interest. The values in Table
5.2 clearly demonstrate the advantage of using the engineering method for an initial es-
timate of the propeller performance as well as the phase-accurate blade responses, in
particular if a large number of conditions are to be evaluated. This makes the proposed
method highly valuable for the design of vehicles with tightly integrated propellers.

Table 5.2: Comparison computational effort of engineering method to full-blade CFD. The cases are
described in Section 5.4.

Propeller test case Characterization  Simulate Method Full-blade
Cr—JI[CPUhr] inflow [CPUhr.] [CPUsec.] CFD [CPU hr.]

Angle of attack ~2000 160 ~3 7000

Wake encounter ~2000 180 ~3 7500

Tip-mounted pusher ~1900 210 ~4 8500

5.6. CONCLUSIONS

This chapter has presented an engineering method to estimate the propeller load dis-
tribution for propellers operating in arbitrary nonuniform flow. The method is com-
putationally extremely efficient, as the input is based on the distribution of the thrust
and torque along the propeller radius to a change in advance ratio for the uninstalled
propeller in uniform inflow. It is shown that the shape of the sensitivity distributions is
nearly independent of propeller advance ratio, and can therefore be approximated by
simulating only two operating conditions. The construction of these sensitivity distribu-
tions also provides insight into what region of the disk leads to the largest response in
propeller forces, this was demonstrated to be the region of highest loading.

The method was applied to four representative validation cases: a propeller at an an-
gle of attack, a propeller encountering a wake, an over-the-wing propeller, and a wing-
tip mounted pusher propeller. The method has been applied for slender blades, repre-
sented as a line through the mid chord. A phase difference with respect to full-blade CFD
simulations is present in case of a distributed disturbance, leading to slight inaccuracy of
the prediction of the in-plane forces. The application of a correction on the quasi-steady
results nearly removes the difference in phase between the responses of the validation
data and the method, and also improves the difference in magnitude of the blade re-
sponse as the result of local disturbances in inflow. The integral forces on the individual
blades over a full revolution as well as the integral propeller forces compare well with
the validation data, both in terms of predicted trends and magnitude. For the evaluated
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cases, it is shown that the change in the load due to the nonuniform inflow is predicted
with errors ranging from 0.5% up to 12% compared to the validation data. The accept-
able agreement with full-blade simulations and experimental results also demonstrates
that, for most configurations, the dominating factor to alter the propeller performance
is the flowfield induced by the airframe in absence of the propeller.

The proposed method offers significant efficiency benefits over conventional un-
steady CFD analyses of installed propeller. The unsteady analyses of the full annulus of
the installed propeller are avoided, while still a time-resolved solution is obtained, with
a temporal resolution depending on the spatial resolution of the inputs. The proposed
method provided a time-resolved solution within several CPU seconds, which was seven
orders of magnitude faster than with the full-blade RANS CFD computations. The low
computational cost makes the proposed method suitable for both design and analyses of
propellers in arbitrary nonuniform flows. Compared to relying on isolated performance
data, this method will allow for a better prediction of the performance of aircraft with
tightly integrated propellers, as well as an estimation of the propeller contribution to the
aircraft stability derivatives during the preliminary design phase. Such a comparison be-
tween propeller configurations by the application of this method is presented in Chapter
7.
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AIRFRAME INDUCED INFLOW
EFFECTS ON INSTALLED
PROPELLERS

6.1. INTRODUCTION

As discussed in Chapter 1, for numerous existing and proposed configurations, the pro-
peller installation is carefully chosen with the objective to gain an overall aircraft per-
formance benefit by increasing the propeller efficiency, improving the airframe perfor-
mance, and/or by reducing the noise footprint [12, 25]. Since the early days of propeller-
driven aircraft [14] it is known that the installation of propellers in the vicinity of the
airframe leads to an aerodynamic interaction: the propellers alter the airframe forces
by inducing a pressure and velocity field, while the airframe induces a flowfield that af-
fects the propeller forces. The airframe-induced inflow effects for both conventional and
unconventional configurations are the subject of this chapter.

Since the airframe rarely induces a uniform flowfield relative to the freestream con-
dition, a propeller operating near the airframe experiences a nonuniform inflow. As
introduced in Chapter 5, in a general sense, an arbitrary, time-averaged inflow to the
propeller disk can be characterized as a combination of out-of-plane and in-plane mo-
mentum transport. A reduction in local effective advance ratio locally results in a higher
thrust, higher torque, and a higher thrust-to-power ratio [14]. An azimuthal variation
in advance ratio has a number of consequences. First, the propeller rotation makes the
loads on the blade periodic, typically leading to additional noise [26, 191, 192], fatigue
loads on the blades [193], and vibrations to the airframe [156]. Second, in-plane forces
and moments are generated [60], which alter the trim condition and stability character-
istics, as observed in Refs. [25, 62, 194]. These propeller out-of-plane moments that orig-
inate from the nonzero in-plane forces are small compared to the moment coefficients

Parts of this chapter have been published in Refs. [90, 118-120].
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on aircraft level [195, 196], and will therefore not be discussed. Finally, the slipstream
development as a consequence of the redistribution of the blade loading, as is demon-
strated for a propeller at angle of attack in Chapter 2, can play an important role in the
aerodynamic interaction [197].

Various studies have been conducted on the effect of a fuselage, swept and unswept
wing, and the nacelle on the propeller inflow [198-200]. Several authors have discussed
the effect of a nonuniform inflow on various propeller performance indicators. Refer-
ences [48, 63, 184, 201, 202] demonstrate that by careful installation, significant pro-
peller efficiency gains can be achieved relative to a propeller that operates in freestream
conditions. For example, axisymmetric inflow that covers a large part of the propeller
disk, such as a swirling inflow to a wing-tip mounted pusher-propeller or a boundary
layer inflow, have shown to enhance the propeller efficiency typically by 5% to 10%
[56, 57, 190, 203]. Local disturbances, such as the propeller encountering a wake or
vortex, have a small effect on the mean propeller forces, while they do cause signifi-
cant unsteady loads and noise [89, 187, 204-208]. Asymmetric inflow, such as a pro-
peller at an angle of attack or a propeller operating in the upwash or downwash of a
wing, only changes the propeller efficiency slightly, but still leads to significant unsteady
loads and in-plane forces [49, 92, 93, 113, 144, 156, 202]. Structural and aerodynamic
design considerations for rotors in highly distorted flowfields (e.g. boundary layer in-
gestion configurations or in case of a wake encounter) have been addressed in e.g. Refs.
[193, 209]. These studies concluded that the blade design (procedure) is to be adapted to
account for the additional loads and it can be expected that for other unconventional in-
stallations similar design adaptations are required to meet operational standards. Other
adverse consequences of nonuniform inflow include an increase in airborne noise and
higher levels of structureborne noise [68, 70, 181, 206, 208, 210]. Special mitigation
strategies could be applied to reduce this noise penalty, for example demonstrated in
Ref. [205] by applying a blowing system to reduce the nonuniformity of the inflow. How-
ever, such system would add more complexity to the installation and it can be expected
to lead to lower payload-range energy efficiency due to increased mass and required
power for the blowing system.

The relative impact of nonuniform inflow on propeller forces compared to the in-
stallation effect on the airframe forces depends on several factors, including the loca-
tion, the flight condition, and the relative size and aerodynamic characteristics of the
airframe and propeller. While for the conventional configuration the propeller oper-
ates in a relatively undisturbed flowfield which therefore has a small effect on efficiency,
normal-force coefficient, and periodic loading (see Ref. [49]), the recent rise of interest in
unconventional propeller-driven aircraft configurations demands design guidelines and
the need of understanding the nonuniform inflow effects of inflows that deviate from the
conventional configuration. For example, the altered stability characteristics could re-
quire design modifications to the airframe, and the change in propeller efficiency could
lead to performance predictions that are far from a prediction based on the considera-
tion of uniform inflow. An estimation of aircraft performance based on propeller data
for isolated conditions is therefore insufficient, especially if the propellers are more dis-
tributed along and in close proximity with the airframe.

Even for configurations where the objective is not a higher propeller efficiency,
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propeller rotation plane

Figure 6.1: Illustration of an unconventional propeller installation where the propeller experiences various
types of nonuniform inflow (simplified representation).

the propeller will experience nonuniform inflow. An example of such case is the tail-
mounted propeller configuration. Figure 6.1 illustrates various sources of inflow for this
configuration: a wake that trails from the wing is encountered at higher angles of at-
tack, the wing-induced downwash field is distributed over the propeller disk and varies
with angle of attack, the fuselage induces an upwash to the disk due to the upsweep
angle and introduces a distorted flowfield in the case of a side-slip angle. Finally, the
tailplane introduces an upstream effect to the disk. It may be observed that for uncon-
ventional configurations, the inflow varies with flight conditions. Such a highly three-
dimensional flowfield therefore impacts the propeller’s contribution to the moment co-
efficients, the unsteady loads, and propeller efficiency. Moreover, the stabilizing surfaces
are submerged in the slipstream and any changes in propeller slipstream directly affect
the forces acting on these surfaces.

Not only the inflow varies with the flight condition (i.e. angle of attack, angle of side
slip, deflection of control surfaces, and deployment of high-lift devices), also the effect of
the inflow on the propeller is dependent on the flight condition. One of the key elements
needed to understand the trends of force coefficients and slipstream development of in-
stalled propellers, is how different regions on the disk respond to a disturbance. In Sec-
tion 2.2.2 it is shown that not only the load distribution varies along the radius, but the
change of the loading to a AJ depends on the radial station as well. Figure 5.4 in Chapter
5 therefore depicts a key property of propeller blades that encounter a nonuniform flow-
field. From this characteristic, one can directly deduce that the response of the propeller
is highly dependent on the location on the disk where the nonuniformity is encountered,
as illustrated in Fig. 6.2. This figure shows that a disturbance that is off-center relative to
the propeller can still have a larger impact than a centered disturbance, since the prod-
uct of this sensitivity with swept area is still larger. Herein, this is referred as the ‘donut
effect’, similar to Ref. [37]. The nonlinear sensitivity of the disk already indicates that the
size of the propeller relative to the disturbance, their relative locations, and the gradient
of the inflow will largely determine how the propeller performance is affected. Further-
more, due to the transient response (Section 5.3), the response of the blade loading does
not directly correspond to the inflow profile, and therefore the direction and magnitude
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of the resulting force vector is not apparent.

propeller disk

areaxsensitivity:
larger impact

<«— equal disturbance

smaller impact

region of highest sensitivity

Figure 6.2: Illustration of a disturbance that is encountered at a different location on the propeller disk.

This chapter will demonstrate that the airframe-induced inflow directly influences
the propeller efficiency and forces and in the estimation of the overall aircraft per-
formance, the propeller performance should therefore be determined based on the
airframe-induced inflow conditions. Various authors have analyzed aspects of nonuni-
form inflow effects. In this chapter, more specific research questions are posed that ex-
tend the current knowledge on this topic:

* RQ 6.1: What is the relation between the changes in load distribution to the pro-
peller sensitivity distribution?

* RQ 6.2: What are the key drivers that determine the response of a propeller in in-
stalled conditions?

* RQ 6.3: To what extent can a nonuniform inflow be averaged to estimate the pro-
peller forces?

* RQ 6.4: How are the gradients of propeller forces related to the gradient of the
inflow?

These questions are addressed first by assessing the different sources that cause
nonuniform inflow in Section 6.2. Subsequently, various cases are discussed, each hav-
ing a specific focus. These cases are subproblems of full-aircraft configurations, and
therefore serve as more fundamental problems. Finally, a practical example of propeller
installation is discussed to identify the key phenomena that play a role on aircraft level.
The findings in this chapter are relevant to understand the trends presented in Chapter
7, which presents a comparison of different propeller configurations.

6.2. VARIOUS SOURCES OF NONUNIFORM INFLOW

The flowfield at the propeller disk is a combination of the airframe-induced flowfield
and the propeller-induced flowfield. The relevance and scope of these contributions are
discussed in the following.

AIRFRAME-INDUCED FLOWFIELDS

The flowfield at the propeller plane is described by the velocity perturbations, density
variations, turbulence level, and pressure gradient. The velocity variations directly de-
termine the local inflow vector to the blade sections. The relevance of density variations
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becomes more apparent for high subsonic flight, and are not further discussed in this
dissertation. Turbulence levels of the inflow alter the transition location and therefore
the sectional lift and drag coefficients. This is especially relevant for small propellers
that have extended laminar flow due to the low Reynolds number on the blade sections
(see Section 2.5). The blade loading caused by this type of inflow is also out of the scope
of this dissertation and the interested reader is referred to Ref. [171].

Figure 6.3 depicts a number of typical cases of nonuniform inflow caused by the pres-
ence of the airframe, which can be divided into three categories with each having their
specific characteristics. These specifics are summarized in Table 6.1.

First, the most common type of flowfield is the one that can be described by a velocity
potential. The vorticity distribution along the boundary of a solid surface, or in a more
simplified representation, by a bound vortex for lifting surfaces, induces a nonuniform
flowfield around the airframe. For these inflows, the in-plane and out-of-plane veloc-
ity gradients vanish at a large distance from the airframe, the velocity profile generally
is smooth, and the velocity distribution strongly depends on the flight condition. Con-
trary to the flowfields in the other two categories, there is a strong spatial dependency,
and therefore the effect of the inflow can be manipulated by the careful selection of pro-
peller diameter and location. Additionally, pressure forces act on the propeller blades
due to the static pressure gradients in streamwise and in-plane directions. Since the
blades have finite chord and thickness, this gradient alters the forces on the blades as
well. However, it is demonstrated in Ref. [211] that, compared to the thrust coefficient,
this is a negligible effect for typical applications and is therefore not discussed further.

distribution of
in-plane and ,
blockage out-of-plane velocity boundary condition

velocity gradient and
boundary condition

(a) Examples of flowfields that can be described as velocity potential that is externally induced

r
r
distributed vorticity concentrated vorticity wake encounter boundary layer inflow
(b) Examples of flowfields vortical inflow (c) Examples of flowfields with a deficit in total

pressure

Figure 6.3: Various types of nonuniform inflow for conventional and unconventional configurations.
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Table 6.1: Different types of nonuniform inflows and their typical characteristics. Practical examples are
depicted in Fig. 6.3, indicated by letter between brackets.

Type Velocity =~ Dominant Contains Variation Dependency
gradient component turbulence  with flight  on proximity
perturbation condition  to airframe
Potential flow (a) smooth axial and tangential no strong moderate
Vortical inflow (b)  strong depends on orientation  yes strong weak
Deficit of py (c) strong axial yes moderate  strong

Second, in case of vortical inflow, the distributed or concentrated vorticity introduces
a sharp gradient of the velocity with the largest gradient at the core of the vortex. The
dominant velocity component depends on the orientation: a vortex aligned with the
propeller rotation axis induces primarily an in-plane velocity component, while a trans-
verse vortex induces primarily an out-of-plane component. For this type of inflow, the
vorticity that is encountered by the propeller blades interacts with the propeller-induced
vortex system and therefore the slipstream deforms. Since the strength and path of the
vortex depends on the flight condition, these flowfields also strongly vary with flight
condition. Outside the core of the vortex, the velocity can be described by a velocity
potential, while inside the vortex core there are elevated levels of turbulence due to the
presence of viscosity [152].

Finally, due to the no-slip condition at the solid walls, the airframe introduces a
deficit of total pressure, e.g. a wake trailing from the wing or fuselage, which is primarily
a velocity perturbation in axial direction. In nominal conditions, its shape does not vary
significantly with flight condition. An exception to this are the situations of flow separa-
tion. The location of the wake relative to the propeller is dependent on flight condition
in case of a wake encounter and the axial distance between trailing edge and propeller is
large. The profile is typically the shape of a free-wake or boundary layer and the velocity
gradient reduces rapidly after the boundary layer is shed from the airframe [170]. The
disturbance is limited in spatial direction and therefore affects only part of the propeller
disk. These flowfields also contain elevated levels of turbulence.

The following distinction can be made in the source of the nonuniform inflow, as
schematically shown in Fig. 6.4:

1. The flowfield induced by the airframe without propellers

2. The flowfield induced by the changes in airframe forces caused by propeller instal-
lation

The airframe-induced flowfield in absence of the propellers is referred to as the ‘direct
contribution’ In addition, the change in airframe forces caused by propeller installation,
also influence the inflow to the propeller. For example, it alters the lift of a lifting surface
upstream or downstream of the disk. Figure 2.5 in Section 2.1.2 shows that the influence
of the propeller vanishes within two propeller diameters upstream of the disk. The im-
pact of the propeller-induced airframe forces on the propeller inflow therefore depends
on the relative size of the propeller to the airframe, their proximity, the thrust coefficient,
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and the aerodynamic characteristics of the airframe. In most cases, this installation ef-
fectis secondary compared to the direct effect, shown in e.g. Refs. [37, 54] and Chapter 5.
Examples where the installation effect becomes more important include over-the-wing
propellers for lift enhancement and delay of flow separation [52, 54] and leading-edge
mounted tractor propellers in high thrust conditions [12]. In other cases, it can be rea-
soned that the change in airframe lift is significantly smaller than lift present without
the propellers, for example for wing-mounted tractor or pusher propellers at moderate
thrust coefficients.

<

AT,
(a) No interaction: airframe-induced flowfield in (b) Interaction: change in airframe-induced flowfield
absence of propeller due to propeller

Figure 6.4: Schematic of the direct (in a) and indirect (in b) causes of the airframe-induced flowfield at the
propeller disk.

PROPELLER-INDUCED FLOWFIELDS

For the installed propeller, the nonuniform inflow at the propeller plane is partially mod-
ified by the propeller vortex system in three ways: an upstream effect, a near-field effect,
and a downstream effect. These three phenomena are schematically shown in Fig. 6.5.

Firstly, since the slipstream tube extending upstream of the disk has a larger diam-
eter than the propeller, it is this momentum that will enter the propeller plane. The
higher the thrust coefficient, the larger the radius of this upstream part of the slipstream
(see Chapter 2). This upstream effect will redistribute the airframe-induced inflow to
different radial locations, also observed in Ref. [212]. This is illustrated for a propeller
operating in the boundary layer of a fuselage in Fig. 6.5a. This effect is especially present
if there is a strong gradient of the flowfield around edge of the slipstream tube, for exam-
ple if a wake is encountered at the edge of the propeller disk. However, in Ref. [211] it is
shown that this upstream effect is generally small for thrust coefficients corresponding
to cruise condition.

Secondly, there is a near-field effect, schematically shown in Fig. 6.5b. Since the in-
duced velocity field depends on the circulation distribution, a varying bound circulation
and varying vortex strength of the helical vortex caused by nonuniform inflow affects the
inflow to the adjacent blades. The effect of nonuniform inflow is therefore not confined
to its azimuthal location. In Ref. [185] it is proven that the influence of a change in load
distribution on a propeller blade on adjacent blades is at least two orders of magnitude
smaller than the change in load itself. This is particularly the case for a low number
of blades and in case the disturbance is encountered towards the blade tip because the
distance to adjacent blade sections is large.
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Figure 6.5: Nonuniform inflow to the propeller disk that is caused by the propeller vortex system for the
installed condition in three ways.

Finally, the airframe-induced flowfield translates and deforms the propeller slip-
stream. This can be the consequence of e.g. a vortex that is encountered by the propeller
and interacts with the helical vortex system [204], the slipstream that is curved due to the
airframe-induced in-plane velocity, or the interaction of the slipstream with the airframe
will deform the slipstream [37]. An example of such deformation is depicted in Fig. 6.5c.
Since the helical vortex system determines the induced velocities at the disk, a displace-
ment and deformation of this vortex system relative to the disk leads to a different inflow
than the case of an undisturbed vortex system.

To the knowledge of this author, the downstream effect of slipstream deformation
on the propeller inflow is not clearly demonstrated in open literature. To indicate the
relevance for this type, the slipstream is modelled as a series of ring vortices which are
displaced with respect to the propeller disk. For this exercise, the analytical expressions
from Ref. [213] are used. Two cases of interest can be deduced from Fig. 6.6a. In the first
case, the slipstream is deflected by an angle ¢ at a certain distance x4 from the propeller
disk (this represents a slipstream deformation after it impinges a wing leading edge, see
Chapter 8). The second case with x4 = 0 represents a propeller at an angle of attack or the
slipstream is deformed by the airframe. The flowfield depicted in Fig. 6.6b is the flowfield
in uniform flow conditions. In Fig. 6.6c the deviation from the axisymmetric case is
shown along the propeller disk for different distances xq. The figure shows that for x4 =0
the inflow deviates less than 1% per degree from the induced velocity of the isolated
condition. As expected, this deviation quickly reduces when the distance is enlarged.
Therefore, the first few tip vortices near the disk are the dominant source of the induced
velocity field at the disk, and further downstream the helical vortex system has limited
impact on the propeller inflow and is not a key driver that determines the response of a
propeller in the installed condition.
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Figure 6.6: Illustration of modifying the propeller slipstream at a downstream location on the velocity at the
propeller disk, modelled by consecutive ring vortices, based on Ref. [213].

6.3. PROPELLER IN PROXIMITY OF A LIFTING SURFACE

For various configurations, the propeller operates in a flowfield induced by a lifting sur-
face, i.e. in an upwash or downwash, for example discussed in Refs. [199, 200, 214, 215].
Near the lifting surface, the pressure distribution of the airfoil dominates the flowfield
and is therefore geometry specific, particularly if the propeller is positioned above or
below the wing. In addition to the lift-dependent flowfield, a surface of finite thickness
also induces a displacement effect, that can vary in spanwise direction. Further away,
the problem becomes more generic and the propeller experiences only an upwash and
downwash. A schematic of this problem is depicted in Fig. 6.7.

velocity induced at propeller plane: loading on lifting surface
<«— due to bound vortex
<« due to trailing vorticity

<«—e due to thickness

lockage effect

Figure 6.7: Schematic of a propeller that is influenced by the presence of a lifting surface with finite thickness.
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An example of the nonuniform loading on the propeller that is introduced by the
lifting surface is illustrated in Fig. 6.8 for a propeller that is mounted to a low aspect
ratio tailplane where the loading is influence by the deflection of an elevator. The thrust
is increased on the side where the blade sweeps past the leading edge of the tailplane,
slightly increasing the average loading on the blades. When the lift on the lifting surface
is altered, it is directly observable in the propeller loading as well, and the change is not
limited to the leading-edge region.
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(a) Radial thrust distribution of one propeller blade, (b) Effect of elevator deflection on azimuthal thrust
installed versus isolated distribution

Figure 6.8: Effect of tailplane installation on the propeller loading at @ = 0 deg. Beaver propeller mounted to
the PROWIM-HTP model. Full-blade CFD simulations, J = 0.8.

In this section, the nearfield and farfield effects are treated separately by computing
the propeller forces and load distributions by the method described in Chapter 5. In this
section not only part of the research questions RQ 6.2, RQ 6.3, and RQ 6.4 are discussed,
also practical examples of the effect of lifting surfaces on propeller forces are given.

6.3.1. PROPELLER IN FLOWFIELD INDUCED BY HORSESHOE VORTEX

For relatively large propellers at a large distance to the leading edge, the blockage up-
stream of a wing due to thickness is small, and the circulation generated by the wing’s
surface can be modelled by a lifting line with trailing vorticity. In this section, the effect
of the nonuniformity of the flowfield induced by the horseshoe vortex is investigated.
This investigation highlights the importance of including nonuniformity of the inflow in
analyses and shows an example of how the gradient of the inflow relates to the gradients
of the propeller forces. The effect of chordwise varying vorticity is presented in Section
7.4.

Figure 6.9 shows two cases where the bound vortex induces an in-plane and out-of-
plane velocity field at the propeller disk. For a wing of finite span, the upwash field is
primarily induced by the bound vortex, while a pusher propeller experiences a flowfield
constituting of a contribution from the bound vortex and trailing vorticity. The relative
importance of the bound and trailing vorticity depends on the wing’s aspect ratio. In
Fig. 6.10a it is shown that the downwash upstream of the wing is not negligible rela-
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Figure 6.9: Schematic of a propeller that is influenced by the upwash and downwash of a lifting surface.

tive to the bound vortex for typical wing aspect ratios. As expected, the contribution of
the bound vortex vanishes if the distance to the bound vortex is increased. Because the
bound vortex I'y produces an upwash in the propeller plane, the problem resembles to
a propeller at angle of attack. However, this upwash is not perceived by the propeller as
a uniform angle of attack over the full disk, but as a distribution [37] such that the local
angle is ai) = Qs (1 + Z‘;i(‘: (x,, z)) with Zi:: (x,y, 2) being the gradient of the local angle
of attack caused by the wing.

Since the flowfield induced by a lifting line is primarily in the plane of the propeller,
the propeller normal-force coefficient is the most important propeller force that is in-
fluenced by it. To obtain a general understanding of how this coefficient is influenced
by the wind-induced flowfield, the propeller forces are computed with the method pre-
sented in Chapter 5. To illustrate this effect, the induced flowfield of a lifting line with
an elliptical lift distribution is used to determine the propeller normal-force coefficient
(see Fig. 6.10b). For /2 — oo, the problem reduces to a propeller that experiences the in-
duced velocity by the bound vortex. For this case, the ratio Cnp,ins/ Cnp,iso iS above unity
for the upstream propeller, and below unity in case for a propeller downstream of the
bound vortex. For lower aspect ratios, the downwash reduces the ratio Cnp,ins/ Cnp,iso»
similar to a stabilizing surface downstream of a wing for which the effectiveness reduces.
At /R = 10, the propeller normal-force gradient remains at a constant value downstream
of the wing, and remains the value of the isolated propeller upstream of the wing. For
typical aspect ratios of /R = 8 —20 [25, 31, 216-220] and an assumed location of center
of gravity close to the wing’s quarter chord, the wing causes a neutral to destabilizing
contribution for a propeller mounted ahead of the wing, and a 10 —20% reduction in the
stabilizing contribution were the propeller mounted behind the wing, in line with the
findings of Ref. [200].

Downstream of the bound vortex, the axial-dependency is low due to the compen-
sating in-plane velocity induced by the bound vortex and trailing vorticity. It is noted
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Figure 6.10: Effect of a flowfield induced by a lifting line of finite span with an elliptical lift distribution on the
propeller normal-force coefficient.

that the assumption of the trailing vorticity remaining in the xy-plane has a large im-
pact on the inflow to the propeller and therefore the normal-force gradient, especially if
it is mounted downstream of the wing.

From an aircraft design perspective, it is important to establish an understanding of
the relevance of this nonuniformity; if the problem can be reduced to a simple angle-
of-attack problem, analytical equations [60] or available data for the propeller at angle
of attack can be used to determine the normal-force coefficient for such installation.
Such an approach would be computationally efficient and the accuracy may be sufficient
for conceptual and preliminary design studies. The role of this distribution is therefore
an aspect that requires further investigation. To this end, the flowfield induced by an
infinite bound vortex is used as the propeller inflow, depicted in Fig. 6.11. The largest
in-plane velocity is induced at z = 0 and the largest angle of attack is found close to
this location. Especially for a small spacing between propeller and bound vortex (or
alternatively, a large propeller diameter), the profile varies significantly.

Two cases are compared that are simplified relative to the actual inflow, i.e. a uni-
form angle of attack is used as inflow. For the first case, this angle is equal to the value
that exists at the z-location at which the blade is horizontal, schematically shown in Fig.
6.12a. This seems a representative value as in Section 2.4 it is shown that the horizon-
tally orientated blades are the dominant factor to determine the in-plane forces [215].
For the second test case the angle of attack is the area-averaged value over the disk and
is denoted as @. The perturbation of u is set to zero for all considered cases.

Figure 6.12b shows the error introduced by simplifying the inflow. As expected, this
error highly depends on the location of the propeller disk, since in the far field the veloc-
ity gradients over the disk approach zero and indeed can be represented by a constant
value. The right contour depicts the result for @ = @ and clearly demonstrates that the
sensitivity of the propeller to an inflow depends on the radial station. If this would have
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Figure 6.11: Schematic of a propeller upstream of an infinite bound vortex, of which the inflowfield is
computed by the Biot-Savart law for a propeller at x = 0, z = 0. Thickness effect of the airfoil not included.

been constant along the blade, the area-averaged inflow would coincide with the solu-
tion computed using the nonuniform inflow. The contour on the left side (@ = a*) shows
that the normal force would be slightly overestimated. However, for a first estimation of
the propeller normal-force coefficient, one could assume a constant (average) angle of
attack and consult the Cy, curve of the isolated propeller, since the error for a typical
spacing to the bound vortex leads to an error less than 5%.
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(a) Definition of a* (b) Difference in normal force

Figure 6.12: Difference in normal force by assuming a uniform angle of attack over the disk instead of a
distribution.

Next to the integral forces, the wave form of the blade forces is also of interest from a
structural and noise point of view. For the propeller at an angle of attack, it is known that
the blade forces are nearly sinusoidal and the amplitude of the unsteady forces on the
propeller shaft is negligible since the blade forces cancel each other over a full revolution
(see Section 2.4). In the case of the flowfield induced by a bound vortex, a complete can-
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cellation does not occur, and larger unsteady forces on the shaft may arise [221]. In Fig.
6.13a the difference in blade loading is evident. While the angle-of-attack cases display
a nearly symmetric change in thrust distribution, the case of a distributed inflow leads
to distinct peaks, especially for the horizontally oriented blades. This loading pattern
clearly leads to a blade force that is not sinusoidal, as shown in Fig. 6.13b. Consequently,
the summation for the blade forces makes the propeller normal force phase-dependent,
unlike the propeller at constant angle of attack, as shown in Fig. 6.13c. A similar result
is found for the thrust coefficient. Although the unsteady component is fairly small, on
the order of 0.5% of the thrust in this example, the shape of the inflow distribution is
therefore key for the magnitude of the unsteady loads.
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Figure 6.13: Comparison of the propeller blade forces for the uniform angle of attack case versus the
distributed inflow case. Loading at x/Rp = 1 and z/Rp =0, with a* = 7.3 deg and & = 4.9 deg.

6.3.2. DISPLACEMENT EFFECT OF LIFTING SURFACE

In addition to the lift-induced flowfield discussed in the previous section, a propeller
near a lifting surface also experiences the displacement effect because of the finite thick-
ness of the surface. Fundamentally, there is no difference compared to the in-plane and
out-of-plane induced velocity by a horseshoe vortex, but the velocity distributions are
different, since now there is a nonzero axial perturbation in the xy-plane. Especially for
low diameter-to-chord ratios (e.g. for distributed propellers along the leading edge), the
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upstream effect of a wing with high #/c ratio becomes more pronounced. For example,
regional aircraft with short take-off and landing capabilities have a wing with a high t/c
ratio. This section therefore puts the relative contributions of the bound and trailing
vorticity relative to the displacement of the streamlines into perspective, and thereby
addressing research question RQ 6.2.

Although the velocity distribution depends on the thickness distribution along the
chord, typical profiles obtained by XFOIL [168] are depicted in Fig. 6.14 for symmetric
NACA 4-series airfoils with no lift. The profiles are extracted in a survey plane at half a
chord upstream of the leading edge for D}, /¢ = 1.0. Since the magnitude of the axial and
in-plane velocity perturbations are proportional to the airfoil #/c, the different curves
are plotted for illustrative purposes.

Figure 6.15a shows that in the azimuthal direction the inflow, expressed as a change
inlocal advance ratio AJ, varies quite significantly up to AJ = —0.12. The combination of
in-plane and out-of-plane perturbations leads to shift in the minimum advance ratio rel-
ative to the airfoil chord. The load distribution in Fig. 6.15b shows a resemblance of this
inflow profile. Provided that the most sensitive region on the disk is close to r/Rp, = 0.8,
it is this region that experiences the largest increase in load. The phase delay observed
for propellers at an angle of attack is much smaller, due to the rather confined region in
spatial direction where there is a disturbance. The inflow in this case leads to unsteady
loads of £0.05C7 in the thrust and z-direction, where the thrust is periodic with a two-
per-revolution excitation, while the in y- and z-directions the excitation of the blade
forces is not sinusoidal due to the decomposition of the force vectors. The magnitude
of these loads scale linearly with the displacement effect of the airfoil, i.e. with the t/c
ratio. The particular inflow profile leads to unsteady blade loads along the three princi-
ple axes, but the in-plane components cancel over a full revolution because of the even
number of blades. For the current case, the unsteady shaft loads are therefore only rele-
vant in the thrust direction. In case of an uneven number of blades or when z;, # 0, also
in-plane shaft loads would be introduced.
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(a) Schematic of the propeller  (b) In-plane velocity at x/Dp =0.5  (c) Axial velocity at x/Dp = 0.5
upstream a symmetric airfoil

Figure 6.14: Effect of a finite thickness airfoil on the flowfield at the propeller plane (c; = 0).

In case the displacement varies along the span, unsteady shaft loads are introduced
in the y and z-direction. This is clearly depicted in Fig. 6.15c for the symmetric case
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to a tip-mounted case, where the latter is the most extreme case of a varying thickness
in the y-direction. The sum of the root-mean-square contributions for the tip-mounted
case is even slightly higher than the root-mean-square of the three components in the
symmetric case. This displays that while the average perturbation is smaller, the inflow
could lead to more unsteady shaft loads. The asymmetry of the inflow clearly plays a key
role in the shaft loads.
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Figure 6.15: Displacement effect on the propeller blade forces for XPROP at J = 1.8, Crjso = 0.24. Nacelle
effect and interaction are excluded in analysis (¢; = 0).

The relative increase in relevant integral forces, i.e. the thrust coefficient, normal-
force coefficient, and efficiency, are shown in Fig. 6.16. For typical wing thickness-to-
chord ratios (between 0.15 and 0.20), the displacement effect leads to a higher thrust (up
to 4%) in case of a wing that extends in both positive and negative y-direction. Half of
this would be obtained for a tip-mounted application. The lower inflow velocity directly
increases the propeller efficiency, for the typical thickness ratios with approximately
An = +0.01. Since the blade forces in the propeller plane cancel over a full revolution
for the symmetric case AC, = 0, while for the tip-mounted application there is a lift
reduction for an inboard-up rotation. Depending on rotation direction and in what di-
rection the displacement effect reduces, this can lead to a higher or lower normal-force
coefficient. For a wing-mounted configuration with a displacement effect that reduces
towards the wing tip, an inboard-up rotating propeller will create a (small) negative con-
tribution to aircraft lift.

146



6.4. WAKE ENCOUNTER

0.05 , 0.84 0,01
_ —— S}/mmetrlc —e— Symmetric —— Symmetric
= 0.04 {—e— Tip-mounted —©— Tip-mounted — —©— Tip-mounted
E 0.03 — 083 | — — —Isolated LO 0.00
o — Z
< = S
~ 0.02
O 0.82 / QN 0.01 &S\S&S\s\@
< 001 M ©
0.00

. 0.81 0.02
0.00 0.05 0.10 0.15 0.20 0.25 0.00 0.05 0.10 0.15 0.20 0.25 0.00 0.05 0.10 0.15 0.20 0.25
el el el

(a) Thrust (b) Efficiency (c) in-plane force

Figure 6.16: Displacement effect of a finite thickness airfoil on the integral propeller forces for XPROP at
J =18, Criso =0.24

Compared to a lifting surface that induces an average upwash at the propeller plane
of approximately 5 deg (Fig. 6.13) and lead to unsteady loads of 40% of the thrust, the
displacement effect leads to unsteady loads of approximately 10% of the thrust. These
values indicate that the displacement effect is a relevant factor for the unsteady loads
which may influence the design choice for the spacing between propeller disk and lead-
ing edge of the wing.

6.4. WAKE ENCOUNTER

The flowfields that can be described by potential flow generally are distributed over the
disk with relatively small gradients in spatial direction. In contrast, a viscous wake that
trails from a wing or pylon has a high velocity gradient and when it is encountered by a
propeller, this gradient is confined to a distinct region on the disk. Research on pro-
pellers that encounter a wake has demonstrated significant increases in noise levels
caused by the pressure fluctuations on the blade sections that sweep through the wake
[89, 187, 204-208]. Additional noise is generated by the higher turbulence levels in this
region [222]. Although it is well known that such an encounter changes the blade forces,
for the installation of a propeller that in various flight conditions may encounter a wake,
it is of interest how the blade loading is affected. The effect of the location of the wing
relative to the disk is therefore a key parameter of interest herein. For example, if the
propeller is mounted to the horizontal tailplane and the angle of attack is increased, the
wing wake will be encountered on the lower part of the disk. Ultimately, in the installed
configuration, the trends identified in this section will support the understanding of the
magnitude and direction of the propeller force gradients. This section therefore specifi-
cally addresses research question RQ 6.1.

To this end, a conceptual wing model is used with a symmetric airfoil that is placed
upstream of the propeller at various z-locations. For a description of the setup, see Sec-
tion 3.4.4. Figure 6.17 shows the wing wake at the propeller plane for a trailing edge—
propeller spacings of Ax = 3.2R),. At this location, the maximum velocity defect is 10%
of the freestream flow, equivalent to a maximum AJ = 0.18 for the reference propeller
operating condition of J = 1.8. Based on the total-pressure profile, the boundary-layer
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thickness of the reference case is 0.20R;, with the edge defined as Cp,, = 0.99%.
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Figure 6.17: Change in advance ratio caused by the wake encounter at z/ Rp = 0.50, with Jo = 1.80. Wake
thickness is 0.2Rp, with the edges defined as Cp = 0.992
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The three considered wing locations at / = 1.8 are zy/Rp = 0.50,0.75,1.00 are sim-
ulated using a full-blade unsteady RANS approach. The propeller thrust distributions
for these wake encounters are shown in Fig. 6.18a. For the z,/Rp = 0.50 case there are
two distinct regions with increased thrust, while for zy/R,, = 0.75 there is a quite grad-
ual increase of thrust at the location of wake encounter. The case where the wake is
encountered at the propeller tip shows a minor variation in thrust. A better insight is
gained by plotting the difference with the isolated propeller thrust distribution, shown
in Fig. 6.18b, with the dashed line indicating the blade section with highest sensitivity to
a change in advance ratio. The increase in thrust for both zy /R, = 0.50 and zy/Rp = 0.75
occurs at a phase angle at which the blade sections with the highest sensitivity encounter
the wing wake. For the wake encounter at the propeller tip, there is only a small region
with higher loading.

This strong dependency of the vertical position of the wake relative to the disk is also
observable for the integral blade load for each phase angle, depicted in Fig. 6.19b. For
the considered cases, the maximum deviations to isolated conditions are 3 to 8%. For the
wake encountered near the blade tip, there is a one-per-revolution thrust increment. At
Zw!Rp = 0.50, there s first a peak in blade thrust at ¢» = 130 deg, then a reduction followed
by a higher second peak. The second peak is higher due to the thrust enhancement
around ¢ = 180 deg at which the circulation has already developed. The strongly varying
blade responses are a direct result of the nonlinear sensitivity distribution over the disk.
From a noise and vibration perspective, the dominant frequencies therefore depend on
the location at which the wake is encountered. The frequency of the blade forcing is
therefore either n if z,, > 0.8 or 2n if z,, < 0.8.

The apparent sinusoidal thrust with a period equal to one revolution is expected to
be a combination of two effects. First, there is the near-field effect due to blade-to-blade
interaction (Fig. 6.5b), such that the blades advancing towards the wake experience a
lower angle of attack. In addition, the propeller is found to have a small upstream effect
to the wing by introducing a positive angle of attack, which leads to a non-zero wing lift
and therefore a downwash to the propeller. This downwash leads to the typical sinu-
soidal blade forcing.
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Figure 6.18: Blade thrust distribution over the azimuth as the result of a wake encounter. Three different
z-locations of the wake are evaluated using full-blade CFD of the XPROP propeller with S 7 Rp =45 deg at
J=18.

The integral thrust of the propeller is depicted in Fig. 6.19¢, showing fluctuations
around 1%-2% of the propeller thrust at the blade passing frequency. At a blade phase
angle of ¢ = 0 deg, both the z,/R,, = 0.50 and z,/ R, = 1.00 show the maximum propeller
thrust, coinciding with the phase angle at which the blades encountering the wake. At
zw/ Rp = 0.75, this is the case for ¢ = +30 deg, explaining the phase shift of the integral
propeller thrust. Again, if the number of blades would be uneven, the forces on the pro-
peller shaft do not fluctuate at the blade-passing frequency. The figure also shows that
the torque follows the same trend as the thrust. Since this rise in torque is smaller than
the rise in thrust, the propeller efficiency slightly increases.

Finally, the effect of a wake encounter on the time-averaged forces is shown in Fig.
6.20. The rise in thrust is, as already apparent from the blade forces, maximal if the wake
is encountered at z,,/Rp = 0.5. In addition to changes in propeller thrust, the change
of the in-plane forces are an important aspect, especially for the force-gradients as a
function of angle of attack. In increment of thrust, and therefore torque, which arise
from an asymmetric wake encounter, lead to a net side force. A torque distribution that
is not symmetric with the xz-plane results in a net normal force.

For all wing positions, the side force is positive and does not exceed 2% of the pro-
peller thrust. The higher second peak of thrust and torque when the blade tip is encoun-
tering the wake for the second time in a revolution results in a net force on the propeller
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Figure 6.19: Installation effect on the unsteady forces on the blade and propeller shaft as the result of a wake
encounter at different z-locations. The figure shows the difference in amplitude and frequency of the
unsteady response. Computed using full-blade CFD simulations of the XPROP propeller with g 7 Rp =45 deg
at J=1.8.
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Figure 6.20: Installation effect of a wake encounter on the integral propeller forces to show that the maximum
response (around z/Rp = 0.5) does not coincide with the situation where the maximum area of the disk is
affected (at z/Rp = 0.0). Results computed with the analysis method described in Chapter 5, using the XPROP
propeller with S 7g, =45 deg, J = 1.8 (Criso = 0.24).

in negative z-direction. To put the magnitude of these in-plane forces in perspective,
one can compare them to the normal force arising from an angle of attack. A force of 1%
of the isolated thrust is equivalent to a propeller with an inflow at 0.25 deg. This indicates
that these in-plane forces are small if installed on an aircraft, since a force equilibrium
is found at a different yaw and pitch angle than the equilibrium condition without wake
encounter. These forces therefore contribute to a different trim condition, rather than
altering the longitudinal and lateral stability significantly. The unsteady loads and the
consequences in terms of noise and vibrations that originate from such installation are
therefore more relevant than the small changes of the integral forces.
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6.5. PROPELLER-PROPELLER INTERACTION: AN ARRAY OF
DISTRIBUTED PROPELLERS

Propellers that are mounted side-by-side in leading-edge-mounted or over-the-wing
configurations experience not only a distorted inflow from the airframe, but also ex-
perience the flowfield induced by adjacent propellers. Existing research on rotor-rotor
interaction primarily focuses on specific configurations that experience a large inflow
angle and, in some cases, a large spacing between the rotors, such as unmanned aerial
vehicles, tilt rotors, and vehicles for urban air mobility [223, 224]. The relevant flight con-
ditions for these configurations are high-thrust conditions (such as hover) and phases of
transitional flight. Also significant reductions in propeller efficiency are reported in cases
the propellers have a small spacing with high thrust coefficients [225-227]. For cases
with a small spacing, those flight phases largely determine the design of the propulsion
system and overall layout, and the cruise condition is of secondary importance. There-
fore, significantly less research has been conducted on propeller—propeller interaction
where the propeller rotation axes are (nearly) aligned with the direction of flight and the
propellers have relatively low thrust coefficient, which are of interest for transport air-
craft configurations.

A recent publication [161] presents an extensive study on the propeller performance
of an array of distributed propellers, where several design variables are varied. This refer-
ence identifies that the propeller-propeller interaction is relevant in three ways. Firstly,
there is a reduction in the performance of the propellers through a reduction in thrust
and efficiency. Secondly, the slipstream is affected through the boundary condition that
is imposed at the midplane between the rotors that constrains the slipstream contrac-
tion. Thirdly, the noise production of the system is affected by cancellation and super-
position of noise sources, and by the introduction of additional noise sources caused
by the interaction between passing propeller blades. This study concluded that a major
part of the thrust reduction is introduced by the presence of the nacelles. On the other
hand, the nonuniform loading is primarily affected by the in-plane velocity, introduced
by alocal reduction of slipstream contraction.

This section complements the results discussed in Ref. [161] by an assessment of the
unsteady propeller loads for a small tip-clearance, as well as the slipstream development
downstream of the array of propellers. The same geometry and operating conditions are
used herein, and the focus is mainly on the propeller blade loading and the slipstream
development. More specifically, this section has the following objectives:

1. Determine the dominant factors that affect the blade section loads, blade loads,
and shaft loads

2. Quantify the relation between installed thrust and unsteady thrust component

3. Confirm the conclusions in terms of overall performance loss in Ref. [161]

For the study presented in this section, an infinite array of counter-rotating pro-
pellers is selected, with all propellers at the same axial location, i.e. in one plane. Fur-
thermore, to demonstrate the blade-to-blade interaction, the blades of the propellers are
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in-phase, such that for the horizontally oriented blades the distance between the tips is
equal to the tip-clearance.

Prior to an assessment of the performance reductions that can be expected through
the installation of adjacent propellers, first the propeller inflowfield is investigated on
a conceptual level by using the principle of superposition and thereby ignoring any
changes in blade loading for the moment. In Section 2.1.2 it is shown that a propeller
induces a radial flow component that is proportional to the axial induction factor and
is maximal at the edge of the disk (Fig. 2.6a). In case this propeller is part of an array,
locally, this radial component reduces since a symmetry condition is imposed. In fact,
the normal velocity at the plane of symmetry is zero on average. This is schematically
shown in Fig. 6.21a. Since the cases are simulated by means of a symmetry condition
(Section 3.4.4), at each timestep the normal velocity is zero. It is shown in Ref. [161] that
the slipstream is not deforming significantly when going in downstream direction and
the slipstreams are not merging. This representation is therefore valid, at least in the
nearfield of the propeller. Far downstream, the tip vortices are expected to interact and
merge when the tip clearance is small [165], but based on the discussion in Section 6.2
the effect on propeller loading can be ignored.

symmetry condition
- < « 7 > 5
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7 T T
in-plane velocity at the propeller ;:fgilonjl on dlslzthat exp et:'rlence apparent velocity components
disk in isolated conditions igherlower advance ratio due to boundary condition

(a) Schematic of the slipstream effect that introduces an in-plane velocity for distributed propellers

axial velocity
/ induced by tip vortex

tip vortex

(b) Schematic of the local inflow effect at the blade tip due to an adjacent tip vortex

Figure 6.21: Schematic of a local and a slipstream effect that both introduce a nonuniform flow to the
propeller.
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The mirrored propeller at the symmetry plane leads on average to an in-plane ve-
locity field that affects the blade loading. From Fig. 6.21a is can be observed that the
blade approaching the symmetry plane (regions I) experiences a higher advance ratio
and therefore a reduced loading, while the blade moving away (regions II) experiences a
lower advance ratio and therefore higher loading. It is noted that this is independent of
the rotation direction and the magnitude only depends on the thrust coefficient. This is
therefore referred to as the ‘slipstream effect. For a windmilling propeller (T¢ < 0), this
effect is inverted.

In addition to the slipstream effect, the displacement effect of the nacelle leads to a
locally disturbed axial inflow velocity in the plane of the propeller. The magnitude and
sign of this Au/V,, depends on the spinner and nacelle geometry. For the case consid-
ered herein, there is a slight increase in axial velocity, up to 1% of the freestream value.

Next to the boundary condition that constrains the slipstream contraction, there is
also a local effect caused by the blade tip vortices that affect the propeller inflow, as
schematically shown in Fig. 6.21b. For a positive thrust condition, this leads to a local
reduction in advance ratio. In Ref. [161] is was found that the difference in phase an-
gle between the blades is small, although small variations can be distinguished. A small
phase difference between the passing blades seems to have the largest impact, since the
propeller tip vortex strength is maximal at a finite azimuthal distance from the trailing
edge of the tip.

Figure 6.22 depicts the changes of the integral forces due to the installation. As con-
firmed in literature [161, 227], the installation leads to a lowering of the Cr — J curve.
The nearly constant offset with respect to the curve of the isolated propeller is indica-
tive that this is the result of the axial inflow perturbation. The reduction in thrust at the
condition T¢ 5o = 0 is a direct result of the nacelle, indicated in Fig. 6.22b. At this con-
dition, the installed propeller (on average) is wind milling, and the slipstream effect is
approximately zero. The further reduction of T¢ at higher thrust settings is still partially
caused by the nacelle: the higher dynamic pressure induced by the propeller also raises
the absolute induced velocity by the nacelles of the adjacent propellers. This component
is approximated in Fig. 6.22b as a component proportional to T¢ by taking the average
induction factor of the disk and by using the AT¢ at the windmilling condition. This fig-
ure confirms the conclusion in Ref. [161] that the nacelle is the primary factor to change
propeller thrust. The remainder of the thrust reduction is caused by the higher axial in-
flow due to the larger contraction on the top and bottom part of the slipstream. In line
with these observations, the efficiency curve is also lower than the one for the isolated
propeller, leading to changes of approximately 0.5% for typical cruise thrust settings, as
depicted in Figs. 6.22c and 6.22d. Although these reductions are small, these are present
in all flight conditions and therefore still relevant for the total energy consumption for a
mission.
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Figure 6.22: Installation effect of adjacent propellers on the propeller forces and efficiency. CFD results.

The understanding how the local effect and slipstream effect relate to the blade load-
ing, the propeller thrust is compared to the isolated loading in Fig. 6.23a. Compared to
the nominal load distribution, the propeller thrust varies relatively smoothly over the az-
imuth, with two regions of enhanced loading, and two regions of lower loading. These
correspond to the regions I respectively II in Fig. 6.21a. The figure clearly shows that the
majority of the variations in blade thrust are caused by the slipstream effect. This can
be deduced from Fig. 6.23b, in which the change in thrust along the radial direction is
plotted for regions I and II, and for the horizontal orientation of the blade. For the ad-
vancing and retreating blades, the respective increase/reduction in thrust resembles the
sensitivity distribution along the radius (Section 5.2), and the inflow can therefore be in-
terpreted as a disturbance that is distributed over the disk. The exception to this is when
the blade tips are close to each other, i.e. for the horizontally oriented blades. In this
case, there is a rapid rise in thrust from r/R;, = 0.8 to r/Rp = 1.0, caused by the local axial
flow induction of the tip vortex of the blades from the neighbouring propeller. Although
this unsteady component does not significantly change the integral trust, the fact that
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these pressure fluctuations occur at the tip, the high Mach number at this station leads
to a relatively large impact on the noise production, as can be deduced from analytical
expressions (e.g. Ref. [228]). The rather local character becomes visible for a survey line
along the azimuth for /R, = 0.98 in Fig. 6.23c. Near ¢ = 90 deg and ¢ = 270 deg, there
is a peak in the local thrust component, attributed to the local effect of the tip vortex.
There is a slight phase shift of this peak, since the reduced frequency becomes higher at
lower advance ratio (see Section 5.3). The remainder of the unsteady loads is introduced
by the slipstream effect, that is present over the other phase angles, with the exception
of ¢ = 0 and ¢ = 180 deg, where the effect of the boundary condition is negligible.
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Figure 6.23: Variation of blade loading in azimuthal direction for a propeller as part of an array of
counter-rotating propellers. CFD results.

From Fig. 6.23 it can be deduced that the blade thrust over a revolution is not sinu-
soidal. This is confirmed in Fig. 6.24a. Due to the unsteady aerodynamics, the fall of the
blade thrust is less steep compared to the rise in loading. This leads to an unsteady shaft
load at the blade passing frequency. It is noted that the local effect is not observable in
the blade load, which supports the conclusion that the slipstream effect is the primary
contributor to affect unsteady loads. In Fig. 6.24b it is shown that the unsteady loads are
thrust dependent. The nacelle-induced flowfield, which is largely independent of thrust,
is not as pronounced, since at T¢ = 0 the thrust fluctuations are negligible. The reason
for this is that the number of blades is even and the nacelle induced inflow influences
the two sides of the disk evenly. The figure therefore indicates that the largest vibrations
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transferred to the airframe occur in high thrust conditions.
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Figure 6.24: Unsteady loads for a propeller as part of an array of counter-rotating propellers. Full-blade CFD

results.
To conclude, the performance reduction in terms of propeller efficiency that has
n been observed in other literature, in particular Ref. [161], is confirmed in the analyses

presented in this section. Furthermore, the following conclusions are formulated:

* The presence of the nacelle leads to an increase in axial inflow and is responsible
for the majority of the reduced propeller efficiency. Its presence does not lead to
unsteady loads; at T¢ = 0, the amplitude of the unsteady loads reduces to zero.

e The blade-blade interaction is confined to the tip-region only and does not lead
to significant blade loads, but instead to sharp rises in local loading, potentially
important for noise radiation [161].

¢ The primary installation effect is the local modification of the slipstream and in-
flow to the propeller that leads to a nearly sinusoidal loading. The loading on the
blade advancing the symmetry condition reduces, while the retreating blade in-
crease its loading.

6.6. PROPELLERS MOUNTED TO THE HORIZONTAL TAILPLANE

The previous sections have investigated the various interaction effects that impact the
propeller performance. In this section, the focus is on an example case where there is a
combination of various airframe-propeller interactions: propellers mounted to the hor-
izontal tailplane, of which an example is given in Fig. 6.25. For such configuration, the
propeller inflow is influenced by the wing’s circulation and wake, the upstream effect of
the tailplane, and the flowfield induced by the fuselage, and therefore entails all three
types of inflow presented in Fig. 6.3. While the previous sections address several sub-
problems of a full aircraft configuration, a dedicated study considering a full aircraft al-
lows for the remaining inflows that cannot be simulated on a component level. A specific
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example are the high lift conditions, achieved by a high angle of attack or a flap deflec-
tion. Moreover, the gradient of the inflow with flight condition is more representative
as well. An advantage of using a full aircraft geometry is that the corresponding findings
can directly be put into perspective. The findings on propeller level are directly useful for
the assessment of propeller integration on aircraft level, presented in Section 9.2. These
results are a major extension of the initial work performed on aft-mounted propeller
configurations presented in Refs. [25, 194, 229], which do not present investigations on
component level.

Figure 6.25: Schematic of an aircraft with propellers mounted to the horizontal tailplane. Details of this
VGM-HTP model are listed in Section 3.3.5.

The full aircraft configuration is an extension of the analyses presented in Sections
6.3 and 6.4 in several ways. First, there is the introduction of the fuselage, which leads to
amore distorted flowfield near the wing—fuselage junction, it introduces a sidewash and
upwash component to the propeller. Second, (local) flow separation not only introduces
a more distorted inflow at a given angle of attack, the gradient of the flowfield is highly
affected as well. Finally, high-lift conditions obtained by the deflection of flaps illustrate
the effect of a flap-edge vortex in the vicinity of the propeller.

For these analyses, the VGM-HTP model (Section 3.3.5) is used. In case of large
changes in inflow, the principle of superposition no longer holds, such that the method
presented in Chapter 5 cannot be applied, and instead an experimental or full-blade
CFD analysis is required. The results are a combination of the flowfields that are in-
troduced by the airframe, the propeller loading distributions and integral forces, and
flowfield measurements taken downstream of the model, which encompasses the full
interaction.

For the assessment of the airframe-induced propeller forces, a distinction is made
between the types of flowfield at the propeller plane. Both stability and performance
aspects are relevant for cruise conditions, i.e. the linear region of the lift curve, for
which the flowfield can primarily be described as potential flow. For the nonlinear re-
gion, where the characteristic flowfield at the propeller is also determined by flow sep-
aration, especially aspects that influence the longitudinal and directional static stability
are of interest. These relevant interaction phenomena and their effect on aerodynamic
performance and static stability are described in the following subsections.
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6.6.1. INTERACTION IN CRUISE CONDITIONS

In cruise conditions, the aircraft angle of attack typically ranges between zero and three
degrees. The propeller operates close to the maximum efficiency, at a high advance ra-
tio, and at a medium thrust condition (see Table 2.2). In addition to the geometric angle
of attack, the propellers operate in the wing-induced downwash field and a fuselage-
induced sidewash, schematically shown Fig. 6.26a. The downwash affects the region on
the disk with the up- and down-going blades, which reduces the contribution to longitu-
dinal stability, introduces a normal force in downward direction, and leads to unsteady
loads, as discussed in Section 6.3. The sidewash affects the region where the blades have
avertical orientation, as indicated by the quadrants I and III in Fig. 6.26a. The difference
in loading between each quadrant pair (I&III and II&IV) leads to a side force and a nor-
mal force, with the direction determined by the propeller rotation direction, as sketched
in Fig. 6.26b. Due to the effect of unsteady aerodynamics, which introduces a difference
between the phase angle of the inflow disturbance and blade response, velocity compo-
nent w results in an additional side force, while v introduces an additional normal force,
as depicted in Fig. 6.26b. The direction of these secondary in-plane forces depends on
the propeller rotation direction. From this figure, it becomes clear that depending on
how the downwash and sidewash vary with angle of attack and side slip, the gradients of
the propeller force curve are influenced.

quadrants fuselage Pw
of propeller disk sidewash o

D

—— ( Vi

wing downwash &

(a) Downwash and sidewash (b) Solid red and black arrows
distribution. indicate in-plane forces due to v
and w, respectively.

Figure 6.26: Schematic in-plane velocity distributions at & = 0 deg that affect the load distribution in the
quadrants, leading to a net in-plane force on the port propeller.

From the flowfields obtained of the VGM-HTP testcase at @ = 0 deg, the wing down-
wash angle varies from € = 1 deg to € = 4 deg over the propeller disk, with the maxima
around z,/R, = 0.5. The conically-shaped aft fuselage induces a sidewash at the pro-
pellers, which varies from |o| = 1 deg at z,/Rp = -1, to |o| = 3 deg at z,/R,, = 1. To re-
late the propeller load distribution to this nonuniform inflow, the time-averaged velocity
field is expressed as a change in local advance ratio J' consisting of an axial component
and tangential component: J' = J, + J{. Figure 6.27a depicts the change in local advance
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Figure 6.27: Effect of airframe installation on the propeller loading at /o, = 1.8 and @ = 0 deg, relative to an
isolated propeller. CFD results of the clean configuration, =0 deg.

ratio extracted from the CFD simulations of the propeller-off condition at « = 0 deg. The
up-going blades and the blades that move away from the fuselage experience a reduc-
tion of the local advance ratio, and therefore higher thrust and torque, as shown in Figs.
6.27b and 6.27c, respectively. Such a loading distribution is comparable to the one of
a propeller at an angle of attack [90, 113], but the distribution is less symmetric for the
installed case.

For the installed propeller, the change in out-of-plane velocity is small compared to
the total change in advance ratio (Fig. 6.27a): on average AJ, = +0.02 at @ = 0 deg. Ap-
proximately half of this value is estimated to be from the presence of the wind-tunnel
walls (for which the data is not corrected), and the remainder is attributed to the pres-
ence of the curved aft-fuselage with the associated pressure field. The dominant inflow
perturbation is in the in-plane direction. At a nonzero angle of attack, the inflow to the
propeller is a superposition of the geometric inflow and an airframe-induced inflow. The
result is that at a = 5 deg (Fig. 6.28a), the magnitude of AJ’ is significantly reduced com-
pared to the propeller in isolated conditions (Fig. 6.28b). The regions of higher and
lower advance ratios shift approximately 90 deg clockwise for the propeller on the port
side. This shift leads to a change in thrust distribution. Relative to a = 0 deg, the av-
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Figure 6.28: Comparison of inflow expressed in local J value at Joo = 1.8 and a = 5 deg for the installed and
isolated propeller, relative to & = 0 deg. CFD results of the clean configuration, f =0 deg.

erage change in J, is negligible, except for the lower side of the disk where the wake is
encountered. The change in axial inflow is negligible because AJ, = (cosa — 1) J, is off-
set by the downwash component AJ, = Joosinasine. Furthermore, downstream of the
wing at the propeller plane (outside the viscous region), the axial velocity induced by the
wing is negligible. Because the perturbations of the in-plane and out-of-plane velocity
fields are reduced in magnitude and distributed over the disk for the installed propeller,
it follows that the downwash cannot be considered as a pure angle-of-attack effect, i.e.
Qeff,prop 7 @ — €, in line with the observations made in Section 6.3.

For the isolated propeller, the thrust increases with angle of attack, as shown in Fig.
6.29a. Approximately half of this increase is caused by the reduced axial inflow, deter-
mined by evaluating the propeller at / = Jcosa. The other half comes from the in-
plane velocity component because T¢ varies quadratically with J and the thrust rise on
the advancing blade is larger than the reduction in thrust on the retreating blade [90].

From Fig. 6.29a it follows that for the installed propellers, the combined in-plane and
out-of-plane flowfields cause only a slight reduction in Cr at @ = 0 deg compared to the
same propeller in isolated conditions. As the axial inflow remains nearly constant and
the in-plane velocity component that appears at increasing angle of attack is compen-
sated by the downwash, in the installed configuration, C7 is less dependent on a than in
the isolated configuration. This directly leads to alower contribution of the thrust to lon-
gitudinal stability for propellers that are positioned above the aircraft center of gravity,
which is the case for this example.

The installation also changes the in-plane forces, as shown in Fig. 6.29b. The Cyp -a
curve is shifted, primarily as a result of the sidewash that leads to a sideforce towards
the fuselage symmetry plane. The shift is larger for the inboard-up rotating propeller be-
cause for that case the downwash causes an additional sideforce in the same direction
as the one induced by the fuselage. The gradient Cy, for the outboard-up propeller is
higher than the one for the isolated propeller for two reasons. First, the average wing-
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Figure 6.29: Computed changes in forces due to installation on the port propeller, J = 1.8. CFD results of the
clean configuration, § =0 deg.

induced downwash at the propeller disk increases with angle of attack because the max-
imum downwash angle shifts in z-direction in the propeller plane. The side force asso-
ciated with the wing downwash therefore increases with angle of attack. Second, with
increasing angle of attack, the wing-wake encountered around =1 also leads to a side
force which acts in the same direction as the one that is 1nduced by the fuselage side-
wash. The opposite is the case for the inboard-up rotating propeller, hence its lower
slope compared to the isolated propeller.

The propeller normal-force curves for both rotation directions are shifted up and
their slope is reduced compared to the isolated propeller. The gradients of the nor-
mal force curve, Cy, ,, are lowered by —27% and —17% compared to the isolated pro-
peller for the outboard-up and inboard-up propeller, respectively This reduction is a
consequence of the propeller experiencing a downwash gradient dE from the wing and
fuselage that increases with angle of attack from on average - dg =0.15at @ = 0 deg to
% =0.25 at a = 5 deg. These values indicate that by taking the average downwash gradi-
ent, the propeller normal force can be predicted with reasonable accuracy, even though
the maximum value of this gradient shifts upwards (in negative Z-direction) with an-
gle of attack. The difference between the two rotation directions is primarily caused
by the increasing sidewash with angle of attack, which makes Cz, more positive for the
outboard-up rotating propeller, hence reducing Cz, , for this rotation direction. The off-
set at a = 0 deg is larger for the outboard-up rotating propeller as the airframe induced
sidewash positively contributes to Cz, for this rotation direction.

The axial velocity field is responsible for a negligible difference in propeller efficiency
at a = 0 deg, as shown in Fig. 6.29c. For the isolated propeller, the propeller efficiency
slightly increases with increasing the angle of attack due to the lower axial inflow and
the in-plane velocity component. In line with the moderate increase in thrust due to
the lower effective advance ratio when installed, the efficiency is nearly independent of
angle of attack for the cruise condition. For @ > 5 deg, the efficiency increases due to the
installation as the result of the wake encounter.

The highly nonuniform flowfield that is introduced at high angles of attack, as well
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as the distorted axial and in-plane flowfields at low angles of attack change the propeller
efficiency map. Figure 6.30 demonstrates for the two rotation directions the importance
of including the installation effects in the quantification of the efficiency. As expected,
the efficiency along the propeller rotation axis slightly increases with angle of attack,
with a maximum for the inboard-up rotating case around J = 1.9, close to the advance
ratio at which the isolated propeller has its maximal efficiency. Approximately the same
trend is followed by the outboard-up rotating propeller. However, the reduction of n,,
at @ = 8 deg, corresponding to the condition with swirling inflow, is only present for the
inboard-up rotating propeller, since it operates locally at a higher effective advance ratio.
The efficiency of the outboard-up rotating propeller continues to increase up to values
close to unity. These high efficiencies are possible because 7, is defined with V4, while
there is kinetic energy deposition induced by the airframe at the propeller plane.
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Figure 6.30: Installation effect on propeller efficiency. Experimental results (clean configuration, f =0 deg).

In summary, the installation effects of the propeller forces in cruise condition are not
negligible. The largest difference with the uninstalled propeller is a reduced gradient of
the propeller normal force with angle of attack. The observed differences between the
two rotation directions are caused by the translation of the maximum downwash gradi-
ent with angle of attack and by the different response to the fuselage-induced sidewash.
The installation also leads to a modification of the propeller efficiency curves, such that
the maximum efficiency is achieved at a nonzero angle of attack. The magnitude of the
interaction effects on aircraft level are put in perspective to the aircraft forces and mo-
ments in Section 9.2.

6.6.2. EFFECT OF A FLAP DEFLECTION

In high-lift conditions, achieved by deflecting high-lift devices, the aircraft angle of at-
tack typically ranges between zero and five degrees. In addition to the fuselage and
main-wing-induced flowfield, a flap deflection leads to an additional nonuniform in-
flow to the propellers. Figure 6.31a depicts the measured total-pressure field behind the
aircraft at @ = 0 deg with a 27-degree flap deflection, and illustrates a highly distorted
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flowfield. The strong flap-edge vortex induces a swirling inflow on the inboard and lower
part of the propeller disk, in addition to a strong downwash of approximately 16 deg. It is
apparent from the region’s increased total pressure that the thrust distribution is highly

affected in this condition in comparison to the case without a flap deflection, as shown
in Fig. 4.18.
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Figure 6.31: Effect of a flap deflection of ¢ = 27 deg on the propeller slipstream development and propeller
normal force. Experimental results, f =0 deg.

The resulting effect on the integral propeller forces is depicted in Fig. 6.31b. The in-
plane velocity induced by the flap-edge vortex introduces a compensating effect on the
propeller sideforce, such that Cy, o = 0 for the outboard-up rotating propeller. In that
case, the propeller and flap-edge vortex are counter-rotating. With the flap installed,
also 5—2 increases due to higher induced losses and a higher lift curve slope (Fig. 9.17).
Consequently, the slope of the propeller normal-force curve with angle of attack reduces
by approximately 50% compared to the clean condition. Moreover, the larger downwash
angle at a = 0 deg leads to a significant force on the propellers in negative z-direction,
which affects the trim condition. The thrust is found to remain nearly independent of
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flap deflection. Figure 6.31a shows that there is a significant lateral translation of the
thrust vector, which in case of a co-rotating configuration leads to a yawing moment
around the aircraft center of gravity, further discussed in Section 9.2.3.

6.6.3. EFFECT OF HIGH ANGLE-OF-ATTACK

The effect of a high-lift condition by employing a flap on the propeller forces were quan-
tified in the previous section. In that case, the wing wake and flap edge vortex are signif-
icantly displaced with respect to the propeller plane, while there is a strong downwash.
High-lift conditions that are achieved by a high angle of attack differ in several ways from
a flap deflection. Firstly, for the same wing circulation, the downwash and wake are
closer to the propeller disk, due to the z-location of the wing trailing edge. Secondly, the
angle of attack leads to a fuselage-induced upwash instead of a downwash in the case of
a flap deflection (at @ = 0 deg). Thirdly, the flap-edge vortex is not present in this case.
Finally, the flowfield near the propeller at high angle of attack is strongly influenced by
the flow structures that originate from the wing-fuselage junction. The objective of this
section is therefore to characterize the impact of the inflow that is achieved at a high
angle of attack on the propeller forces. As will be shown in the following, the charac-
teristic flowfield in this condition differs significantly from the types of inflow that have
been discussed so far. Although it is a flight condition that is rarely achieved, from a
phenomenological point of view, it is illustrative as an extreme case.

In Fig. 6.32 it is shown that there is a strong three-dimensional separation at a = 14
deg, in combination with a trailing edge separation. Already at a = 5 deg, the wing-
fuselage junction causes a vortex that trails from the junction in downstream direc-
tion. An improved fairing design compared to the one of the model analyzed herein
would reduce the flow separation at the wing—fuselage junction and therefore the rela-
tive strengths of the separation-induced vortices. However, the qualitative development
of the flow reversal is still representative, since it also has been identified in previous
studies [230, 231], and such a flowfield is present to some extent near any wing-fuselage
junction.

The installation effect on the propeller forces up to @ = 8 deg in the clean configu-
ration is moderate and is nearly linear with angle of attack, as shown in Fig. 6.29. By
increasing the angle of attack further into the nonlinear region of the aircraft lift-curve,
the propeller thrust rises rapidly over the complete range of advance ratios, in particular
for the outboard-up rotating propeller, as shown in Fig. 6.33. This trend can be under-
stood by assessing the flowfield at an angle of attack of a = 14 deg, as shown in Fig. 6.34a.
In this condition, the maximum changes in local advance ratio at the propeller disk are
AJ' =-1.8 and AJ' = +0.6 for the outboard-up and inboard-up configurations, respec-
tively. Based on the performance curves of the isolated propeller in Fig. 4.3, these values
indicate that the blades experience either windmilling conditions or a large angle of at-
tack that leads to flow separation, and the blades for both rotation directions therefore
experience significant time-dependent inflow. An appreciable part of the reduction in
advance ratio, up to AJ} = —0.6 (Fig. 6.34b), comes from the deficit in total pressure by
the separated flow from the wing root that is encountered by part of the propeller disk.
This velocity component leads to the same change in thrust for either rotation direction.

The significant difference in thrust between the rotation directions is caused by the
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Figure 6.32: Flow visualization by means of fluorescent oil on the surface of the VGM-HTP model to illustrate
the initiation of flow separation at the wing-fuselage junction for f = 0 deg, propeller-off. Top view.

in-plane velocity components. The regions of positive and negative axial vorticity in and
adjacent to the propeller plane, shown in Fig. 6.35a, are indicative of circulation that
changes the inflow encountered by the blades. The cause of the negative component
of the axial vorticity, wy, is the significant drop in wing lift from the wing—fuselage junc-
tion up to 40% span (Fig. 6.35b), which sheds a sheet of trailing vorticity that rolls up
into a strong vortex opposite in sign to the wing-tip vortex, indicated by I'; in Fig. 6.35c.
From the isosurfaces of vorticity depicted in the same figure, two more vortices can be
distinguished that are opposite in sign to I'1. First, a vortex is formed on each side of
the fuselage [230], originating close to the fuselage nose, denoted by I';;. Secondly, the
root separation leads to a pressure gradient along the fuselage [232], that results in a
vortex denoted by I'yy. This pair of co-rotating vortices rapidly merge into a single vor-
tex (I';f + I'ypp) that is counter-rotating to I't and contains approximately three times the
circulation of I'r. The relative distance and strength is such that vortex I'; displaces in
vertical direction and towards the symmetry plane of the aircraft, over a relatively short
distance [165]. The net effect of the vortex pair is a significant in-plane velocity compo-
nent, equivalent to the large change in J', depending on rotation direction. In particular
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Figure 6.33: Installation effect on propeller thrust at increasing angle of attack. The black dots indicate the
measurement points. Experimental results of the clean configuration, § = 0 deg.
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Figure 6.34: Nonuniform inflow to the propeller at @ = 14 deg, propellers-off. CFD results of the clean
configuration, =0 deg.

the outboard-up rotating propeller experiences a large reduction in advance ratio, as the
propeller rotation is opposite to the resulting swirling inflow, and is further reduced by
the deficit in total pressure. These phenomena are also reflected in the efficiency maps
for the two rotation directions, shown in Fig. 6.30. At high angle of attack, the outboard-
up rotating propeller has a significantly higher efficiency than the inboard-up rotating
propeller.
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Figure 6.35: Vortex formation and nonuniform inflow to the propeller at a = 14 deg. CFD results of the clean
configuration, 8 = 0 deg, propellers-off.

Next to the rise in thrust, the vortex-induced inflow also leads to a large normal force
that is in negative z,-direction for the outboard-up rotating propeller, while it is in oppo-
site direction for the inboard-up rotation direction. The propeller contribution to overall
aircraft stability and trim therefore varies with angle of attack if such a swirling inflow im-
pinges on the propeller or is in the vicinity of the propeller disk. Figure 6.36a shows that
Cn,, continuously increases for the outboard-up rotating propeller, and reduces up to
Cn,, = 0 for the inboard-up rotating propeller at high angle of attack. Such an irregu-
lar normal-force curve clearly adversely affects the flight dynamic characteristics of the
aircraft. These forces are put into perspective on aircraft level in Section 9.2.1. As can
be deduced from the velocity triangle on each blade section, any nonuniformity in the
form of a velocity disturbance has the largest effect at high advance ratios. This is clearly
visible in Fig. 6.36b for the inboard-up rotating propeller, where the highest advance ra-
tio leads to the largest absolute changes in the normal-force coefficient N¢, and N¢, is
even negative; the rear-mounted propeller can have a destabilizing contribution to the
aircraft.

In summary, the separated flow from the wing-fuselage junction, present at high an-
gle of attack for the configuration considered herein, significantly influences the pro-
peller forces. The swirling character of this flowfield in particular leads to an increase
in thrust and propeller normal force for the outboard-up rotating propeller and thus a
stabilizing contribution at aircraft level, while the inboard-up rotating propeller has ap-
proximately no stabilizing contribution at aircraft level in these conditions.
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Figure 6.36: Installation effect on the propeller normal force, experimental results at 8 = 0 deg.

6.6.4. INSTALLED PROPELLERS AT AN ANGLE OF SIDE SLIP
Propellers that experience an angle of side slip generate a side force in the same direction
of the transverse velocity component and a normal force of which the direction depends
on the rotation direction. For propellers that are mounted behind the aircraft center of
gravity, the sideforce acts as a stabilizing contribution, and the normal force affects the
trim condition. In the installed configuration, the airframe induces additional velocity
components to the propeller, which also vary with angle of attack, and thereby affecting
the stability characteristics. For the case considered herein, the propellers are close to
the fuselage, in the vicinity of the vertical tail, in a wing-induced downwash field, and
near the curvature of the aft fuselage. These factors complicate the interpretation of the
resulting propeller forces, which have not been discussed in open literature for this con-
figuration specifically. Despite only experimental results are available for this condition
and no distinction is made between each of these contributions, the assessment in this
section further helps to understand the relevant interaction phenomena for this config-
uration.

Part of the nonuniform loading can be attributed to the fuselage-induced flowfield.
In case the propellers are mounted above the fuselage centerline, the propeller load dis-
tribution is not symmetric. Figure 6.37a shows the in-plane velocity field of an infinite
cylinder in a crossflow, using potential flow equations. The figure shows that the fuselage
induces an in-plane flowfield such that:

¢ Quadrant I is more affected by 8 than quadrant III. The largest changes in loading
will be observed in quadrant I.

¢ Quadrant II is more affected by the in-plane component w than quadrant IV.

This flowfield leads to a thrust distribution that is illustrated in Fig. 6.37b. The partic-
ular load distribution leads to a shift of the resultant force vector in z and y-directions.
However, this is a simplification of the situation, since also the wing introduces a non-
symmetric flowfield with respect to the symmetry plane. A first indication of the effect
of a side slip angle can be obtained from the flowfield downstream of the model. Figure
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Figure 6.37: Qualitative effect of fuselage-induced flowfield on the propeller loading.

6.38 depicts the total-pressure distribution in a wake-survey plane for the case of @ =0
deg and a side slip of f = —5 deg. In line with the case of a propeller at angle of attack, the
thrust is higher on the advancing side of the disk, while a reduction in thrust is observed
on the retreating side. However, it is clear that the thrust distributions are not (anti) sym-
metric; the airframe-induced flowfield is not small relative to the sidewash component
v/ Voo = sin B.

As discussed before, if a AJ is encountered, the increase in loading is larger than the
reduction in loading. Based on these observations, one can already conclude for the port
propeller that an inboard-up rotating propeller will produce a larger side force than an
inboard-up rotating propeller, due to the flowfield in the dominant quadrant I. This is
confirmed in Fig. 6.39a, which shows that the outboard-up rotating propeller has a sub-
stantial 10% more negative Cyﬂ. Furthermore, it can also be concluded that an inboard-
up rotating propeller will produce a larger downforce, due to the w-component that af-
fects quadrant II. This is confirmed in Fig. 6.39b. This downforce is further increased
by the larger wing circulation on this side of the aircraft because of the low-wing con-
figuration: the fuselage induces an additional angle of attack in the root region, leading
to a net downwash behind the wing. In case a full aircraft has two inboard-up rotating
propellers and experiences a side slip, this normal force is equal on each side of the air-
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Figure 6.38: Effect of sideslip on propeller loading and slipstream deformation. Experimental results.
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Figure 6.39: Effect of side-slip angle on the integral in-plane forces on the port propeller of the clean
configuration, J = 1.9, a@ = 0 deg. Experimental results.

craft but opposite in sign. However, for a co-rotating configuration, there is a pitch-up
or pitch-down moment depending on the angle of side slip.

At high angle of attack, the shape and magnitude of the flow separation originating
from the wing—fuselage junction (discussed in Section 6.6.3) also depend on S. The sig-
nificant installation effect that was observed in Section 6.6.3 on Cu,,, therefore occurs
at a lower angle of attack: an angle of sideslip lowers the critical angle of attack at which
this flow separation initiates. Furthermore, the location of the vortex relative to the pro-
peller disk also depends on side slip as well. This is clearly observable in Fig. 6.40a,
showing that for a f = 5 deg angle of sideslip, the port propeller does not experience
this highly nonuniform flow, while the starboard propeller does. This asymmetric flow
separation has a distinct effect on the normal-force gradient as function of sideslip. Fig-
ure 6.40b shows that Cy;, , increases up to three times the value that corresponds to the
one at a = 0 deg for the outboard-up rotating propeller, and reduces up to Cy, , = 0 for
the inboard-up rotating propeller at high angle of attack. Such an irregular normal-force
curve clearly adversely affects the flight dynamic characteristics of the aircraft.

170



6.6. PROPELLERS MOUNTED TO THE HORIZONTAL TAILPLANE

L =0deg,J=1.8 L =5deg,J=1.8

flow separation moderate flow flow %%

separation separation 12
= 1.0 @™

< N 09 —_
N ‘ 08
) \ / ) 8% N
V) .

J ‘4/ 0.5

0.4

0.3

-04 02 00 02 04 04 02 00 02 04
2pu/by [-] 2yu/by [-]

(a) Asymmetric flow separation from wing-fuselage junction at an angle of sideslip for co-rotating propellers,

a =10 deg. Viewed from behind.

Inboard-up Outboard-up
10 3.5
8 3.0
— 6 -
Z 2572
=4 g
) 20 ¢
8= —
= 3
§ 0 1.5@
e -2 1.0 O§
o —4
b 0.5
g -6
-3 0.0
—10 —0.5

0 2 4 6 8 100 2 4 6 8 10
a [deg] a [deg]
(b) Installation effect on the propeller normal-force gradient, J = 1.9

Figure 6.40: Effect of sideslip angle on the propeller normal-force gradient and inflow. Experimental results.

Next to the variations in in-plane forces, also the thrust depends on angle of sideslip.
This is relevant for directional stability, since the propellers have an offset from the air-
craft symmetry plane. The fuselage produces a circulation such that for a positive side
slip, the port propeller experiences a higher axial inflow, schematically shown in Fig.
6.41a. This is especially the case as the propellers are mounted close to the curved part
of the fuselage. This leads to a Cr, <0, independent of rotation direction. On the other
hand, the axial flow component is reduced by a factor Au/V,, = 1—cos . This factor is
dominant, as depicted in Fig. 6.41b, provided that the thrust increases independently
of the direction of side slip. Finally, the gradient Cy; varies significantly: each rotation
direction has a higher gradient depending on 8 > 0 or 8 < 0. This is again attributed to
the magnitude of the rise in thrust in quadrant II.
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Figure 6.41: Effect of side-slip angle on the thrust on the port propeller of the clean configuration.

6.6.5. EFFECT OF NONUNIFORM INFLOW ON A STRUCTUREBORNE NOISE

INDICATOR

The previous sections show that the installation of propellers in a nonuniform flowfield
leads to time-dependent shaft loads, which are transferred to the airframe. If no appro-
priate damping system is applied to damp this transfer at the relevant frequencies [78],
it leads to periodic forcing of the structure that comprises passenger comfort through
vibrations and additional cabin noise [77, 233]. Another part of the noise perceived by
passengers is can be sought in the airborne noise that is radiated from the propellers, as
well as the hydrodynamic pressure fluctuations on the fuselage surface, which also leads
to structureborne noise.

It is known (e.g. shown in Refs. [72, 84, 181, 234]) that turboprop aircraft that fly at
an angle of attack produce asymmetric cabin noise if the propellers are corotating. For
a propeller that is mounted above the cabin centerline, the downgoing blades closes to
the cabin are known to produce higher noise levels due to the higher loading on these
advancing blades. For the horizontal-tail-mounted propellers, the loading distribution
is significantly different between the two rotation directions, especially at a high angle
of attack. This clearly has an influence on the nearfield noise. Since the propellers are
relatively close to the fuselage surface, the hydrodynamic pressure fluctuations (i.e. the
rotating pressure field outside of the slipstream) leads to periodic pressure fluctuations
on the fuselage outer surface. This is a part of the structureborne noise [74] experienced
by passengers. On top of that, the acoustic waves from the rotating propeller blades also
lead to airborne noise.

In this section, it is shown that the nonuniform inflow does indeed affect the sound-
pressure levels on the outer surface of the aft-fuselage, which is shown in more extensive
studies by other authors [68, 70, 222]. Besides the findings on the effect of nonuniform
inflow to the contribution to aircraft stability and unsteady loads, findings in terms of
cabin noise could contribute to design choices, for example rotation direction. Since
these experimental analyses are performed on a small model at low flight Mach num-
ber, the results are meant to provide a qualitative indication. Since no measurements
are performed of the propeller in isolation, the observed trends should be illustrative.
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Additionally, as only a single z-location is assessed (which is known to be an important
parameter [234]), no quantitative conclusion can be drawn on the interior noise.

The results consist of microphone measurements of which the setup is described in
Section 3.3.5. To illustrate the significance of the propeller-induced pressure fluctua-
tions on the fuselage surface relative to the boundary-layer noise and background noise,
the spectra obtained at two angles of attack are shown in Fig. 6.42. The tonal compo-
nents at the blade-passing frequency (BPF) are clearly identifiable, with the fundamen-
tal frequency being 15 dB above the propeller-off baseline noise, and the second and
third harmonic still identifiable. Also at high angle of attack (Fig. 6.42b), the propeller-
induced pressure fluctuations are still dominant and allows further investigation of the
installation effect on the noise level at the dominant, fundamental frequency.
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Figure 6.42: Spectra at two angles of attack of the microphone at the propeller plane (xp = 0).

To show how the rotation direction and therefore the load distribution near the fuse-
lage outer surface affects the unsteady pressures, Fig. 6.43 depicts the sound-pressure
level at the blade-passing frequency along a portion of the aft fuselage. The propeller-off
noise levels vary slightly in x-direction due to the on the one hand growth of the bound-
ary layer and on the other hand the thickness variation due to the curvature of the aft
fuselage. At a = 14 deg, the relative location of the separated flow from the wing—fuselage
junction to the microphones plays an important role. For the propeller-on measure-
ments, the highest propeller-induced noise levels are found slightly aft of the propeller
plane, similar to the findings in Ref. [85]. From the Figs. 6.43b through 6.43e it is clear
that at high angle of attack, for the outboard-up rotating propeller, the downgoing blades
experience a net reduction in advance ratio and generate a higher loading. The inverse is
the case for the inboard-up rotating propeller. If the propellers-fuselage spacing would
be reduced, these levels would increase even further [234]. Around the cruise condition
(a = 4 deg), both rotation directions lead to the same noise levels. This coincidence is
a combination of several factors. Although the loading on the inboard side of the disk
is slightly higher if the propeller rotates outboard-up (Fig. 8.13), it is the Mach number
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at which the loading is approaching and retreating to the microphone. A different z-
location of the microphones would therefore lead to a slightly different result [234] and
it can be expected that the overall sound-pressure level inside the cabin is still higher for
an outboard-up rotation. The effect of a lower loading due to installation is particularly
demonstrated in Fig. 6.43e. At this angle of attack, the loading on the inboard side of
the inboard-up rotating propeller reduces to zero (see Fig. 6.40a). Although not shown
herein, a similar but less pronounced effect would be the case if the installation effect is
not present and the propeller would operate at an angle of attack.
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Figure 6.43: Effect of rotation direction on the sound-pressure level on the fuselage surface at various angles
of attack. The errorbars are only plotted for one curve to improve readability.

As the trend of the sound-pressure level as function of angle of attack is irrespective
of the axial location, a single x-location can be further investigated. The dependency
of angle of attack is more clearly demonstrated in Fig. 6.44, showing the results for an
upstream location x;,/ R, = 0.18. As at high advance ratio the effect of nonuniform inflow
is more pronounced, the trends of the sound-pressure level are steeper for J = 2.3 relative
to J = 1.6, shown in Figs. 6.44a and 6.44b, respectively. The subfigures also indicate that
for @ > 5 deg, the noise levels increase for the propeller-off condition, the result of on the
one hand trailing-edge separation and the more severe flow separation from the wing—
fuselage junction. In line with the results in Fig. 6.43, the inboard-up rotating propeller
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Figure 6.44: Effect of rotation direction on the sound-pressure levels at xp/ Rp = 0.18 for a range of angles of
attack. Indicated errorbars are representative for other cases as well.

approaches the propeller-off sound-pressure levels for a > 10 deg. However, in Fig. 6.33
it is shown that the installed thrust is vastly different between the two rotation directions
at these high angles of attack. Therefore, a more fair comparison is to compensate the
rise in thrust and therefore compare the noise relative to the disk loading. To this end,
the pressure fluctuations relative to the propeller-off condition (Ap;nys) are normalized
with the disk loading. Figure 6.44c shows that the relative noise levels indeed increase
with angle of attack for the outboard-up rotating propeller, and reduce for the inboard-
up rotating propeller.

It can therefore be concluded that the installation indeed leads to a significantly
higher noise level for the same thrust coefficient. This suggests that the installation effect
on interior noise can be reduced by either selecting an inboard-up rotating propeller, or
by mounting the propeller such that the nonuniform inflow is reduced.

6.7. CONCLUSIONS

In this chapter the effect of nonuniform inflow on the propeller loading, propeller ef-
ficiency, and gradients of propeller forces are identified for a range of typical types of
inflows that are induced by the airframe. The following conclusions are formulated that
are independent on the particular propeller configuration:

e The flowfield that is induced by the airframe at the propeller disk is the dominant
flowfield that determines the propeller forces. Velocity perturbations at the disk
caused by slipstream deformation downstream of the disk and blade-to-blade in-
teraction as a consequence of nonuniform loading are of secondary importance.

e The regions on the disk that produce the largest change in load correspond to the
radial locations with the highest sensitivity.

e If the actual shape of the nonuniform inflow is not taken into account, but in-
stead is averaged over the disk, the installation effect is underestimated. For a
propeller operating in the upwash field of a wing, this error amounts up to 10% for
the normal-force coefficient.
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¢ Due to the nonlinear sensitivity distribution over the disk, the gradient of the pro-
peller integral forces can be higher or lower than the gradient of the inflow.

¢ Compared to a lifting surface that induces an average upwash at the propeller
plane of approximately 5 deg (Fig. 6.13) and lead to unsteady loads of 40% of the
thrust, the displacement effect leads to unsteady loads of approximately 10% of
the thrust. These values indicate that the displacement effect is a relevant factor
for the unsteady loads which may influence the design choice for the spacing be-
tween propeller disk and leading edge of the wing.

The following main conclusions are configuration specific:
¢ Propeller near a lifting surface

— A propeller in the proximity of a horseshoe vortex generates larger unsteady

loads than a propeller at angle of attack with a magnitude equal to the aver-
age of the vortex-induced flowfield. The magnitude of the normal-force gra-
dient depends on the relative position of the maximum downwash gradient
and propeller disk.

— The upstream effect due to displacement of the streamlines is proportional

to the airfoil thickness-to-chord ratio

¢ Propeller encountering a wake

— The encounter of a wake especially leads to unsteady loads and the changes

in integral forces are small. For a typical propeller diameter-to-wing chord
ratio, the integral forces amount up to 2% of the installed thrust in cruise
condition. The largest installation effects occur if the wake is encountered at
z/Rp =0.5.

¢ Array of distributed propellers

— The largest unsteady loads occur due to the boundary condition that lim-

its the slipstream to contract. The corresponding in-plane velocities lead to
periodic loading and these linearly increase with the thrust coefficient. The
unsteady loads from the interaction between tip vortices only leads to very
local changes in load. Furthermore, the unsteady shaft loads are nearly pro-
portional to the installed thrust coefficient.

¢ The tail-mounted propeller configuration

— The separated flow from the wing—fuselage junction significantly influences

the propeller forces. The swirling character of this flowfield in particular
leads to an increase in thrust and propeller normal force for the outboard-up
rotating propeller and thus a stabilizing contribution at aircraft level, while
the inboard-up rotating propeller has approximately no stabilizing contribu-
tion at aircraft level in these conditions.



6.7. CONCLUSIONS

— The installation effect at lower angles of attack is also not negligible, because
the stability characteristics are adversely affected as the normal-force coeffi-
cient is lowered by up to 30% for the outboard-up rotating propeller for the
cruise condition. At high angle of attack, the normal-force gradient becomes
even slightly negative for an inboard-up rotating propeller, while the magni-
tude increases by a factor of three times the value existing at @ = 0 deg for the
outboard-up rotating propeller.

— Due to the nonuniform inflow, the maximum propeller efficiency is achieved
at a small positive angle of attack if the propellers are aligned with the fuse-
lage centerline.

— A propeller installation above the fuselage centerline leads to a rotation-
dependent effect of a side slip. The changes in propeller loading are primarily
caused by the fuselage-induced flowfield in case of a sideslip.

— Although limited in scope, microphone measurements suggest that the ad-
verse installation effect on interior noise can be reduced by either selecting
an inboard-up rotating propeller, or by mounting the propeller such that the
nonuniform inflow is reduced.

In the next chapter an exploratory study is presented where for a specific aircraft
geometry a number of propeller performance indicators are compared. Findings in the
current chapter in terms of propeller disk loading are further employed in Chapter 8,
where the effect of the propeller installation on lifting surfaces is discussed, for which
the change in slipstream due to nonuniform inflow is an essential aspect. Findings in the
current chapter regarding the horizontal-tail mounted propeller configuration are put
into perspective by comparing their contribution to the airframe contribution in terms
of forces and moments.
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EXPLORATORY CONFIGURATION
STUDY ON
PROPELLER-PERFORMANCE
INDICATORS

The performance of unconventional propeller-driven aircraft configurations is a com-
bination of both propeller and airframe performance in the installed condition. In this
context, ‘performance’ is referred to as the product of propeller efficiency and lift-to-drag
ratio. Once the propeller performance is known, minimum the change of the airframe
L/D due to the aero-propulsive airframe interaction can be determined to arrive at a net
benefit on aicraft level. A direct comparison of different propeller configurations on air-
craft level is challenging, since the outcome will depend on various factors, for example:

* top-level requirements

e aircraft configuration

e location of the center of gravity

e propeller blade design

* nacelle integration

* flight condition

A study that shows how sensitive the propeller performance is to the choice of pro-
peller location relative to the airframe would provide insight in the design freedom of an
aircraft designer. Even though the design process is iterative, such comparison based on

a given representative reference geometry is still relevant since different propeller instal-
lations can be put in perspective and the most important contributions of the flowfield
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to the propeller forces can be identified. The associated trends cannot only be used in
aircraft design, but can also support further developments of mitigation strategies on
the adverse performance effects.

Despite numerous publications exist on the fundamentals of the impact of the
airframe on the propeller, for those studies, different geometries, conditions, or per-
formance indicators are used which complicates a comparison. Before particular
propeller-airframe interactions are investigated in detail in subsequent chapters, in this
chapter first a more high-level comparison is made on the effect of the airframe on the
propeller for various configurations. These outcomes also form a starting point and a
motivation for the detailed analyses of particular aerodynamic phenomena in subse-
quent chapters. The approach at this stage therefore is to not go into the details regard-
ing the particular installation, but instead, highlight the important outcomes in the form
of an exploratory study. It is noted that no conclusions are drawn on the ‘optimal’ con-
figuration from a propeller performance point of view, for reasons discussed earlier, but
to provide handles for the reader to conduct aircraft design studies. The outcome of this
chapter is an overview in the form of a bar chart for various configurations for which
three performance indicators are computed.

The approach of the evaluation of the different propeller configurations is described
in Section 7.1. Section 7.2 introduces a novel and particularly useful installation coeffi-
cient that can be used for comparisons of the configurations. This is followed by config-
uration assessments, discussed in Sections 7.3 through 7.6. Finally, a summary and the
main findings are presented in Section 7.7.

7.1. APPROACH AND DEFINITION OF TEST CASE

The performance indicators of interest in this chapter are schematically shown in Fig.
7.1 and include:

¢ Maximal efficiency; since the airframe induced inflow will typically affect the op-
timal advance ratio, the assessment of the propeller at a constant advance ratio,
could give a biased view, depending on the advance ratio of the analysis. A more
relevant approach is to compare the change of the maximal efficiency.

¢ Optimal thrust coefficient; the thrust coefficient T that corresponds to the max-
imal efficiency indicates the need to adjust blade pitch or disk area to achieve a
certain installed thrust.

¢ Normal-force coefficient; this force component adds to or reduces the system lift,
and therefore lift-to-drag ratio

¢ Unsteady blade loading; a low value is preferred for various reasons, including
structural design, passenger comfort, and noise, as is discussed in Section 1.2.4

The comparative study is performed using a reference transport aircraft, operating
at a cruise condition. To quantify the installation effects for each propeller configura-
tion, the propeller diameter and proximity to the airframe are altered, such that both the
magnitude and the distribution of nonuniform inflow is varied throughout. A straight-
forward approach is used, where both the propeller design and aircraft design are not
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Figure 7.1: Propeller performance characteristics of interest for the comparative study.

altered throughout the analyses. The different configurations are schematically shown
in Fig. 7.2, each introducing a specific type of inflow:
1. A flowfield induced by the bound vortex; upstream and downstream of the wing
2. Aflowfield induced by the chordwise circulation distribution; above and below the
wing
3. Aflowfield induced by the wing-tip vortex; downstream of the wing-tip

4. A flowfield induced by a no-slip condition; in the wake of the fuselage and in the
wake of the wing

distributed along chord in fuselage wake

on pressure/suction side

in wing downwash
and tailplane upwash

=

distributed along span

in wing upwash tip-mounted pusher

Figure 7.2: Conceptual representation of different propeller-configurations.
The aircraft geometry is the clean configuration of the VGM-HTP model (see Sec-

tion 3.3.5). Provided that the geometry itself is not optimized to account for possible
propeller efficiency benefits, without doubt, design changes to the model can be made
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such that a configuration could achieve a higher gain (or smaller loss) of propeller effi-
ciency. However, since the wing geometry in terms of thickness, spanwise loading dis-
tribution, and fuselage geometry are comparable to transport aircraft, the relative dif-
ferences between propeller configuration are still representative. For the comparison,
the clean configuration at @ = 0 deg is taken as reference condition, with the propeller
disk perpendicular to the freestream. This leads to a propeller-off aircraft lift coeffi-
cient of Cy = 0.23. For lift coefficients that are more representative for transport aircraft
(CL cruise = 0.5 to 0.7 [132]), the installation effects observed in this chapter will be more
pronounced for installation effects that depend on lift. The cruise condition is an attrac-
tive choice since it directly highlights the performance change for an important portion
of a mission. However, it should be kept in mind that other phases of the flight may be
constraining the propeller design, e.g. diameter to achieve a certain thrust in take-off
and climb, as discussed in e.g. Refs. [29, 86, 99]. The presented results for a range of
diameter can therefore be interpreted in a design loop.

The predictions of the propeller performance are made using the engineering
method introduced in Chapter 5. This analysis method is proven to be adequate for all
of the types of nonuniform inflow in Fig. 7.2. The airframe-induced flowfield—the input
to the engineering method—is obtained from the CFD simulations described in Chap-
ter 3. In these simulations, the effect of the nacelle on the airframe-induced flowfield is
not included. This is an important simplification that particularly will influence the pro-
peller inflow in case there is a large angle of attack to the nacelle, or in case the nacelle
is relatively close to the airframe. For the cases with a large inflow angle, for example
in the proximity of the wing leading edge, the presence of the nacelle would increase
installation effect.

7.2. DEFINITION OF INSTALLATION COEFFICIENT K

The maximum efficiency of a propeller that operates in freestream conditions is
achieved at a certain advance ratio depending on the blade pitch angle (see. e.g. Fig.
2.8). Provided that a certain thrust coefficient T¢ is desired to at least balance the air-
frame drag, the diameter, advance ratio, and blade pitch are to be selected in order to
achieve maximum efficiency at this desired thrust setting. For an installed propeller, the
optimal condition is not necessarily at the same advance ratio, hence, the blade pitch
and diameter should be adjusted accordingly. To find this optimal point, often aimed
for during cruise, but also the off-design points, the installation effect on the full n, — J
curve is required.

It is hypothesized that a factor can be formulated that describes the installation ef-
fect as a change in advance ratio, such that it can be applied to the performance curves
of the isolated propeller to arrive at the performance curves of the installed propeller
configuration. The underlying motivation for this hypothesis is that it is shown in Chap-
ter 5 that a nonuniform inflow on a blade section can be described as a change in the
local advance ratio. If that correction factor is identified for one blade pitch angle, it
can subsequently be used to scale the data for different blade pitches. The benefit of
such scaling is significant reduced computational effort; it is not required to assess the
installed configuration for a large number of operating points.

The existence of such factor can be reasoned by making the analogy to a wing that
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operates in a disturbed flowfield. As example, one can define two wing geometries ‘A’
and ‘B’ of different aspect ratio that both are to be analyzed in the installed condition,
e.g. a reduced dynamic pressure relative to freestream condition. If for wing geometry
‘A the slope of the lift curve is determined in both installed condition (= Cr,;,) and
isolated conditions (= Cr_ ), then the lift curve slope of wing ‘B’ in isolated conditions
CLa,ins
CLa,iso
condition. In other words, the aerodynamic coefficients of a surface that operates in
other conditions than freestream, can be normalized to freestream conditions using a
factor that describes this installation effect. This statement holds in case there is no
coupling between wing and inflow field and in case the perturbations are small (i.e. the
effects of a change in Reynolds number and Mach number are negligible). These are also
assumptions made for the engineering method for the propeller analysis.

This concept is illustrated for a propeller by considering two simplified disturbances
to the freestream: an axial and a tangential disturbance, as illustrated in Fig. 7.3. The
goal is to find the optimal advance ratio for the two ‘installed’ cases. For the case of an
axial disturbance (Fig. 7.3b), the propeller should operate at the same advance ratio as
the propeller in uniform flow but with a different (local) inflow velocity Vj,s. The rota-
tional speed of that propeller is therefore to be adjusted by a factor “//‘:s The (optimal)

can directly be scaled by , without a specific analysis of wing ‘B’ in the installed

advance ratio based on the freestream velocity (Jopt,co) therefore changes by a factor %
Equivalently, if the inflow contains a swirl such that the local advance ratio is altered
(Fig. 7.3c), the optimal advance ratio Jopt can directly be determined by introducing a
change in rotational speed, An. Similarly, the efficiency of the propeller can be adjusted
accordingly, which alters with the same factor as the advance ratio.

—
|
Vins ¥ :
b An
V., . Jn V. V=237
Joo = Jopl ‘]ins = Jopt Jins = Jopt
V., V., _
o0,0pt = — nins,opt :J mDs nins,opt - nw,opt - Al’l
J optDp opt~p V V
— ins J — ©
Pinspt nw’olp/lv Ve opt, (nw,om - An)DP
J. opt, =J, opt V:S
(a) Freestream inflow (b) Axial disturbance (c) Swirl disturbance

Figure 7.3: Schematic of relation of optimal advance ratio expressed in the freestream conditions using two
theoretical inflows.

The relation between the installed and isolated propeller efficiency is herein denoted
as x and is referred to as the installation coefficient. The aforementioned rather straight-
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forward observations suggest that for more complex inflows, an installation coefficient
can be determined as well. In Chapter 3 it is shown that treating the disk as discrete ar-
eas on which the change in loading is computed leads to satisfactory prediction for the
blade forces. Therefore, this coefficient can be determined for each element on the disk,
and it follows directly that an equivalent value can be computed for the entire disk as
well.

Figure 7.3 already indicates that a disturbance on the axial velocity is a factor inde-
pendent of advance ratio, while for a swirling inflow it depends on the rotational speed
and therefore on advance ratio. The correction to the efficiency curves therefore con-
tains an axial and tangential contribution. In line with the approach of Chapter 3 these
components are superimposed:

K =Ky +x¢(J) (7.1)

where k, is the contribution due to a disturbance in axial direction, while « is the con-
tribution due to a disturbance in tangential direction. This factor is used to correct the
propeller efficiency curve by changing both n;, and J:

Nins Jins) = KNiso Jiso) (7.2)
with
Jins = ¥ Jiso (7.3)

The axial component of the installation coefficient is independent of the advance ratio:

_ Ta,ins,max

Ka (7.4)

Tiso,max
with 7,,ins,max the maximal efficiency achieved with only a disturbance of the flowfield
in axial direction. The tangential component of the installation coefficient is dependent
on the advance ratio:

(7.5)

K Uiso) = (nt,ins,max _ 1) Jiso

Tliso,max ]iso,r/maX
with 7¢ins max the maximal efficiency achieved with only a disturbance of the flowfield in

tangential direction. The following regimes can be identified:

K>1 higher propeller efficiency
x =1 no change in propeller efficiency

k<1 lower propeller efficiency

with the efficiency based on the freestream velocity, V.. To illustrate the applicability of
the installation coefficient, the propeller performance is computed for two theoretical
inflows, shown in Fig. 7.4. Two curves are presented, corresponding to two blade pitch
angles: ,Bo,mp =30 deg and ﬁo_mp = 45 deg. The installation coefficient is determined
from equations Egs. 7.4 and 7.5 of one of the two blade angles, and subsequently ap-
plied to the isolated propeller curves at both blade pitches. The figures confirm that the
corrected curves collapse to the curve of the installed propeller performance.
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Figure 7.4: Illustration of the installation coefficient applied on efficiency curves using two theoretical
inflows. Installed propeller data from the engineering method (Chapter 5).

For a more complicated inflow, the example of a tip-mounted propeller is taken (Sec-
tion 7.5), where the inflow contains both axial and tangential disturbances. In line with
the flowchart in Fig. 7.5, k, and x; are computed separately. In case the axial and tan-
gential contributions cannot be separately determined, for example when the A7 is de-
termined in a complex experimental setup, the most important component can be iden-
tified to arrive at a reasonable prediction for the other advance ratios as well. As will be
shown in subsequent examples, the x, is dominant for most cases, unless the in-plane
velocity gradients ‘Zi—l;’ and/or % vary over the disk, for example for a flow that contains
a swirl component. The application of x; and «; is shown in Fig. 7.6a and 7.6b. Since
the axial and tangential contributions are superimposed, also the combined curve in Fig.
7.6¢ coincides with the computed curve.

determine
A(u,v,w)

determine
AJy, Ay

dominated by swirling inflow

set AJ, =0
analyze installed
propeller at range of J

—>1

determine &

scale efficiency

set AJ;=0
analyze installed
propeller at one J

——

map with x

determine «,

dominated by axial flow disturbance

Figure 7.5: Flow diagram to determine installation coefficient for an arbitrary inflow.
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Figure 7.6: Illustration of the installation coefficient applied a practical example of a tip-mounted pusher
propeller (Section 7.5). Installation coefficient determined for By 7 Rp =45 deg, and applied to propeller data
for both blade angles.

These examples demonstrate that indeed an installation coefficient can be used to
scale the propeller curves. Therefore the following can be formulated:

For a given propeller design, nonuniform inflow can be represented by a factor
x such that the efficiency curve of this uninstalled propeller is scaled along the
J andn,, directions by x to obtain the installed propeller efficiency.

If the maximum efficiency is to be achieved for a certain thrust coefficient by adapt-
ing the blade pitch, no further analyses are required to obtain that efficiency curve. The
computational intensive analyses to find the optimum blade angle for the installed cases
is therefore redundant. The formulation of this coefficient is therefore highly valuable to
the aircraft designer. Using the data of the isolated propeller for an arbitrary blade angle,
the following can immediately be identified:

e The advance ratio at which the installed case has highest efficiency
¢ The maximum efficiency of the installed case

Furthermore, by observing that the installed configuration is a variation of the unin-
stalled condition, the following can be observed from the definition of «:

¢ For a given inflow disturbance, the largest effect is achieved at high advance ratio,
i.e. cruise conditions

¢ An axial disturbance results in a benefit/loss in efficiency as a fraction of s,

¢ A tangential disturbance results in a benefit/loss in efficiency that is linearly in-
creasing with J

¢ Any benefits/losses on the maximum efficiency will be more pronounced for large
blade pitches
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However, since the coefficient essentially describes the difference in momentum in the
flowfield relative to the isolated condition, it does not reveal how the propeller loading is
altered due to the installation. The unsteady loads and in-plane forces are therefore not
reflected by this coefficient.

7.3. CASE 1: PROPELLER INSTALLATION UPSTREAM AND
DOWNSTREAM WING

Figure 7.7a depicts a conventional tractor-propeller and pusher-propeller in the prox-
imity of a wing. For positive lift coefficients, the wing’s bound circulation induces an
upwash and downwash upstream and downstream of the wing, respectively. Addition-
ally, there is a reduced axial velocity at these locations, while downstream there is also a
velocity deficit in the wake. Figures 7.7b and 7.7c depict these characteristic flowfields
for a spanwise location of 40% of the semi-span, and at half a chord from the leading
and trailing edges. From these flowfields it becomes clear that the vertical separation
between propeller and wing chord line, as well as the diameter, are key parameters that
determine the inflow and consequently the propeller forces.

-0.50 -0.50
c/2 ¢ cl2 —0.40 r —— Upstream —0.40
—0.30r—— Downstream -0.30
-0.20 -0.20
4 4--- —-0.10 —-0.10
X % < 000 < 000
z S 0.10 8 0.10
0.20 0.20
upstream downstream 0.30 0.30 Upstream
0.40 0.40 t —— Downstream
0.50 5
—0.20-0.15-0.10-0.05 0.00 0.05 —0.20-0.15-0.10-0.05 0.00 0.05
Au/V,, [-] w/V, [-]
(a) Schematic (to scale) of (b) Velocity distribution, Au/ V. (c) Velocity distribution, w/Veo.

z-variation.

Figure 7.7: Definition of the propeller upstream/downstream of a wing. The flowfields in (b) and (c) are along
a surveyline at ¢/2 upstream of leading edge and at ¢/2 downstream the wing trailing edge, 2y/b = 0.4.

For these upstream and downstream locations, the lower axial inflow relative to
freestream velocity directly leads to an increase of the maximum efficiency that can be
achieved for a given blade angle, as shown in Fig. 7.8a. The figure shows a moderate
dependency of the efficiency on the z-location. Since the velocity profiles upstream of
the wing are smooth in z-direction, so are the changes in the propeller efficiency. Down-
stream of the wing, the velocity deficit is confined to a small region, and consequently
the effect of the vertical location of the propeller relative to the wing is more pronounced.
The maximum Ay, does not correspond to the location where the axial velocity is lowest.
This small offset is directly caused by the ‘donut effect’, as discussed in Section 6.1. Since
the efficiency benefit is a fraction of the efficiency in isolated conditions, the efficiency
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gains are smaller for o 7r, = 30 deg, as indicated in Fig. 7.8a.

By definition, the installation coefficient follows the same trend as n;,, shown in Fig.
7.8b. By the separately determining x,, Fig. 7.8b reveals that k = k5. The in-plane veloc-
ity components have a negligible effect on the efficiency. This figure directly indicates
that the optimal efficiency increases by a factor 0.0 to 0.03, depending on zp, and the
optimal advance ratio increases by the same factor. Since the installation coefficient is
larger than unity, for the full range of T¢, there is a net efficiency benefit. This is shown
in Fig. 7.8c for the upstream propeller at z/ R, = 0. Therefore, there is a net benefit inde-
pendent of the flight condition. Figure 7.8d also shows that the optimal thrust coefficient
reduces relative to the optimal T¢ in isolated conditions. Depending on z-location, these
optimal values reduce with up to 5%, indicating that either a larger disk area to fulfil a
thrust requirement at maximum efficiency, or a lower blade pitch angle is required if the
thrust coefficient is to be maintained.
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Figure 7.8: Installation effect of a propeller at 0.5¢ upstream or downstream of a wing. Propeller diameter is
Dp/c=0.5,and ﬁ0.7Rp =45 deg.

The efficiency gain of nearly 2% for the upstream propeller also comes with a net lift
benefit caused by the upwash: the normal force is approximately 5% of the thrust force
(Fig. 7.8e), and will increase with higher lift coefficients. For a given lift-to-drag ratio
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of the airframe at the current lift coefficient, it would increase by A% = 0.05, in case
thrust equals drag. On the other hand, a downstream propeller generates a downforce
of 10% of the thrust (larger than the lift-force of the upstream propeller because of the
larger downwash than upwash). Consequently, the lift-to-drag ratio would decrease due
to this downforce by 0.1. Comparing the increase in 7, by 4% to this change in L/ D, the
net benefit disappears when L/D < 2.5. The gain in efficiency will therefore compensate
the reduced L/D for the pusher configuration. The normal force for fo7r, = 30 deg is
smaller than S ; R, =45 deg, since the normal force gradient is smaller [60].

Besides the installation effect on efficiency, also significant unsteady loads are intro-
duced since the inflow is nonuniform. Figure 7.8f shows that in particularly the wake
that is encountered by the propeller introduces unsteady loads that are a factor two to
four larger than the ones for the upstream propeller. The figure also confirms that for the
upstream propeller, a lower mounting reduces the unsteady loads quite considerably as
the result of a more uniform inflow, particularly due to a lower w/V,, (Fig. 7.7c).

In Fig. 7.9a the portion of the nonuniform inflow that is encountered by the disk
is altered by varying the propeller diameter. Since the upstream location is 0.75¢ to
the bound vortex at the quarter chord, the variation of the upwash and axial velocity
in z-direction is relatively small. The dependency of efficiency on diameter are there-
fore small as well, with the deviations to undisturbed condition approaching zero for
Dy/c>> 1. However, since the efficiency of the downstream propeller is particularly al-
tered due to the wing wake, the smaller the disk, the larger the gain in efficiency (Fig.
7.9a).
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Figure 7.9: Effect of diameter and axial position of an upstream/downstream propeller at zp = 0.

The effect of axial spacing to the wing is clearly depicted in Fig. 7.9b, showing a pro-
found dependency of the installation coefficient with axial location. For the propeller
mounted upstream of the wing, x has a nonlinear character, due to the upstream block-
age effect. To the contrary, downstream of the wing, the gain in efficiency is linearly
decreasing. This is a consequence of first an acceleration of the potential-flow compo-
nent of Au/V,, back to zero, and secondly the wake is being filled and its momentum
deficit is diffused. Downstream of the wing, the normal force is partially introduced by
the wake encounter, but primarily due to the downwash which does not vary signifi-
cantly with x. The irregular normal force for the downstream propeller in Fig. 7.9c is
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the result of the wake that is translating in z-direction, the upsweep of the aft-fuselage,
and the downwash that is developing. Upstream of the wing, the normal force is more
predictable, due to the bound vortex that causes the normal force to rise proportional to
approximately 1/x for x > 0.

7.4. CASE 2: PROPELLER INSTALLATION OVER/UNDER-THE-

WING
A propeller that is placed above a wing operates in the induced flowfield of the wing.
Compared to the upstream or downstream installation where the induced flowfield can
be represented by the bound vortex, for these propellers the circulation distribution that
varies along the chord determines the propeller inflow. Although most novel configura-
tions are mounted over-the-wing (OTW), the under-the-wing (UTW) configuration is of
interest for the comparison as well.

The evaluated cases are schematically shown in Fig. 7.10a, also indicating a selected
tip clearance. At a spanwise location of 2y/b = 0.4 (¢; = 0.29), the axial and in-plane ve-
locity profile at three chordwise locations are depicted in Figs. 7.10b and 7.10c. Except
towards the trailing edge, the velocity profiles show a strong negative gradient in y’ di-
rection. This already indicates that besides the chordwise location, the diameter is a key
parameter that determines the changes in propeller performance.
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(a) Schematic of x-variation. To scale (b) Axial velocity (c) In-plane velocity
for Rp/c=0.2.

Figure 7.10: Definition of propellers located above/below the wing with a tip-clearance of 0.1Ry, in (a).
Examples of the flowfield above the chord at 2y/ by = 0.4 are provided in (b) and (c).

Upstream of the leading-edge, for both above and below the wing installations, the
installation coefficient is larger than unity, caused by the blockage induced by the wing,
as shown in Fig. 7.11a. Further downstream, the wing causes the majority of x, /¢ to lead
to x < 0 (and therefore lower efficiency), and is not constant since the inflow varies along
the chord. The largest reduction of efficiency is achieved close to the quarter-chord lo-
cation. As shown in Fig. 7.11b, this can almost completely be attributed to the axial flow
perturbation, since x = x,. The over-the-wing installation only causes an efficiency ben-
efit for x/c < 0.9. This is caused by the pressure recovery and slightly lower axial velocity
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than freestream condition.
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Figure 7.11: Installation effect on a propeller above or below the chord line. Tip-clearance is 0.1Rp, Dp/c =0.2.

As the installation coefficient is significantly influenced, so is the efficiency curve as
a function of thrust coefficient, as shown in Fig. 7.11c. Again, because x < 1, the effective
advance ratio experienced by the propeller is higher, and therefore the disk loading is to
be increased to achieve the highest efficiency for a given blade pitch. For a constant T¢
the blade angle is to be reduced, or alternatively, the thrust coefficient to be increased
according to Fig. 7.11d while maintaining the blade pitch.

Although the in-plane velocity has nearly no effect on the installation coefficient, it
does introduce a significant in-plane force, as depicted in Fig. 7.12a. A propeller below
the wing experiences, on average, a positive angle-of-attack, causing a positive contribu-
tion to the aircraft lift. On the contrary, the over-the-wing propeller displays a negative
lift force of 0.3 T ifitis located around 70% of the chord. This negatively affects the system
L/D ratio. Since the in-plane flow is most disturbed for the over-the-wing installation,
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the unsteady loads are also largest for this installation case, shown in Fig. 7.12b. The
observed fluctuations are maximal around x'/c = —0.7 and are an order of magnitude
larger than for the under-the-wing installation.
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Figure 7.12: Effect of axial position of a propeller above or below the chord line. Tip-clearance is 0.1Rp,

Dplc=0.2.

Since the velocity varies significantly in the vertical direction, the diameter is an im-
portant design variable. Figure 7.13a shows that x approaches unity if the diameter be-
comes large compared to the chord, in line with the observed velocity profiles. The per-
formance penalty is therefore relatively large for low diameter-to-chord ratios. The figure
also indicates that the sensitivity to diameter varies along the chord; a direct result from

the particular inflow profiles.
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Figure 7.13: Effect of diameter position of a propeller (.7 Rp =45 deg) above the wing at with a constant
tip-clearance of 0.02c.

The normal force (Fig. 7.13b) reduces with larger diameter-to-chord ratios, since
the local flow angle approaches zero far from the wing’s surface. For the same reason,
the unsteady loads are also reducing with larger disk area, as shown in Fig. 7.13c. The
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7.4. CASE 2: PROPELLER INSTALLATION OVER/UNDER-THE-WING

installation penalties are therefore maximal for an array of over-the-wing propellers with
a small tip-clearance and a low diameter-to-chord ratio.

Because the lift coefficient varies along the span, it can be expected that the per-
formance of an over-the-wing propeller depends on the spanwise location. For com-
parison, the (unswept) quarter chord location is selected as baseline and the spanwise
location of the propeller is varied along this line, schematically shown in Fig. 7.14a. For
the selected angle of attack of a = 0 deg, the sectional lift coefficient has a maximum
of approximately 0.3 at the wing-fuselage junction, and reduces towards the wing tip
(Fig. 7.14b). Two types of diameter variations are chosen: a constant diameter based on
the mean-aerodynamic chord (D/¢ = 0.2), and a varying diameter with a constant ratio
of D/c(y) = 0.2. For these two cases, the installation coefficient exhibits a comparable
trend (Fig. 7.14c). The largest installation effect occurs towards the wing-fuselage junc-
tion and a reducing penalty in 7, towards the wing tip. The constant-diameter case, the
efficiency penalty becomes smaller towards the tip, since in Fig. 7.13a it is shown that
a larger diameter leads to a smaller installation effect, because in a relative sense, the
propeller experiences less distorted inflow.
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Figure 7.14: Effect of spanwise position of an over-the-wing installation. Tip-clearance: 0.1Rp, Dp/c =0.2.

When « is plotted against local lift coefficient (Fig. 7.14d), there is no clear trend for
the D/c(y) = 0.2 case. Although not shown in the graph, at ¢; =0, thereis stilla x <1
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7. EXPLORATORY CONFIGURATION STUDY ON PROPELLER-PERFORMANCE INDICATORS

as the airfoil has a finite thickness which leads to a higher axial velocity at the propeller
plane due to the displacement of the streamlines. At nonzero lift coefficients, the effect
of circulation starts to dominate, which makes the ¢; — x curve nonlinear.

As expected, the optimal thrust coefficient also varies along the span, shown in Fig.
7.14e. The decreasing x towards the root explains the trend for the optimal thrust coef-
ficient, . If an array of propellers is to be installed along the span, ideally, these would
either have a different blade pitch, or a different diameter, such that each could still op-
erate at its maximum efficiency point in cruise in case the propellers are sized such that
the operating point corresponds to a thrust equals drag balance.

7.5. CASE 3: PUSHER PROPELLER MOUNTED TO THE

WINGTIP

A pusher propeller that is mounted to the tip of a wing operates in the flowfield induced
by the wing tip-vortex and the bound vortex, and in the wing wake, with the objective
of high propeller efficiency caused by the swirling inflow [36]. Several authors have con-
firmed the propeller efficiency benefit [57, 190]. A comprehensive analysis of the un-
steady blade loads, the shift in the propeller efficiency curve, and the dependency of
diameter and vertical position on these performance indicators is not known from liter-
ature.

The configuration assessed herein is schematically shown in Fig. 7.15a. A spacing
between the propeller plane and the wing trailing edge is selected as half the chord of
the tip section. The propeller disk is at & = 0 deg, and the baseline configuration has
the rotation axis aligned with the trailing edge (z,/z’ = 0). Figure 7.15b depicts the typ-
ical flowfield at the propeller plane, consisting of an axial disturbance primarily caused
by the wing wake, and in-plane contributions that are induced by the wing-tip vortex
and the bound vortex. It is noted that in case the nacelle installation is modelled, the
flowfield would be redistributed due to the displacement effect of the nacelle such that
at the propeller disk the tangential flow field is more outboard and the magnitude is re-
duced. It is shown in e.g. Ref. [109] that the change in axial force on the spinner is not
negligible compared to the propeller thrust. This component is omitted in this analysis.
The performance benefit in this case is therefore illustrative for such configuration. The
asymmetry in the flow field leads to periodic blade loading and in-plane forces. From
this flowfield, it is clear that the propeller diameter, its spanwise and vertical location
affect the propeller performance.

The swirl in opposite direction to the propeller rotation increases the installation
coefficient, shown in Fig. 7.16a. It is noted that since the lift coefficient is relatively low,
the velocity deficit in the wing’s wake therefore plays still a moderate contribution, as
indicated by x,, especially for small propeller diameters. For higher lift coefficients, the
in-plane velocity distribution will further dominate the performance benefit.

The trend of lower x, for larger diameter is a consequence of the reducing portion
of the disk that encounters the wake. The trend of lower « is the cause of two phenom-
ena. First, the most sensitive blade sections (r/R, = 0.85, see Fig. 5.4) operate further
from the region of highest swirl, which is close to the wing tip. Second, the overall swirl
relative to the propeller slipstream becomes smaller with larger diameter, since the tip-
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Figure 7.15: Schematic and inflow of the tip-mounted pusher-configuration.
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(b) Flowfield at the propeller plane

vortex strength remains constant. For large diameters, part of the disk even experiences
nearly undisturbed conditions, since the tangential velocity caused by the tip vortex has
approximately a 1/r character. Therefore, not only x, — 0 for Dy >> cip, so is x¢. How-
ever, these figures also show that even for a propeller that is not designed for the strong
varying inflow along the radius, a moderate performance benefit can be achieved, even
at an aircraft lift coefficient of C; = 0.23.

Again, since the installation coefficient is above unity, the optimal thrust coefficient
is slightly reduced compared to the isolated propeller. This effect is depicted in Fig. 7.16b
for two blade angles. For large diameters, the installation effect reduces, and therefore
the optimal disk loading approaches the one for the isolated propeller (Fig. 7.16c).

Contrary to the propeller efficiency, the normal force relative to the propeller thrust
is only weakly dependent on diameter. The sign of this normal force is negative, as the
upgoing blade side experiences a higher torque. This is in line with the finding in Ref.
[57], where it was shown that at a = 0, the propeller has a small negative contribution
to lift. The primary causes of the normal force are first the presence of the wake on one
side of the disk, and second, the larger downwash that spans between the fuselage and
the wing tip. These two contributions lead to higher torque on the inboard side of the
disk, hence a negative normal force is generated. In line with earlier discussions, the
normal force for a low blade angle (fo.7r, = 30 deg) is low due to the lower projected
disk area and the higher advance ratio for the same thrust coefficient. This normal force
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negatively contributes to the system lift-to-drag ratio, and partially offsets the efficiency

benefit for the propeller.
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Figure 7.16: Effect of tip-mounted installation on the propeller performance, zp/zjp = 0.0.

Finally, to illustrate the sensitivity of the propeller location on its performance, the
z-location is varied in Fig. 7.17 for Dy/cgp = 1.0. Since the propeller is installed down-
stream of the tip, the wake and tip-vortex have been translated in z-direction as well,
also observable in Fig. 7.15b. This causes the installation coefficient to be maximal for
a propeller that is installed slightly below the wing plane, as depicted in Fig. 7.17a. For
the normal force, this is also the case (Fig. 7.17b), but to a much lesser extent. This is
explained by the v-component of the velocity that is also producing an in-plane force,
but opposite to the one generated by the wing downwash and wake. Since it is a com-
bination of these, it is also more sensitive to the vertical location. The same trend from
switching sign of the normal force is observed in Ref. [109] for a propeller that operates
behind another propeller where the two rotation axes are not aligned.
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Figure 7.17: Effect of vertical location of the propeller relative to the wing tip, Dp/cgjp = 2.0.

7.6. CASE 4: PROPELLER MOUNTED TO THE REAR PART OF

THE FUSELAGE

A propeller that is positioned at the aft fuselage operates in the boundary layer of the
fuselage, the wakes of the vertical and horizontal tailplane, the fuselage-induced up-
wash, and the wing-induced downwash. This complex flowfield is shown for the VGM-
HTP model in Fig. 7.18. In this case, a small clearance is selected to the end of the fuse-
lage, since the tail surfaces are no adapted to install the propeller closer to the fuselage.
For a diameter equal to the fuselage diameter, a strongly varying flowfield is encoun-
tered by the propeller, with both in-plane and out-of-plane velocity components. This
case represents a more realistic case than an axisymmetric inflow (e.g. [56, 59]).

The two design variables that are considered herein are the vertical location and the
propeller diameter to demonstrate the variation of the nonuniformity of the inflow over
the disk. Figure 7.19 depicts the dependency of the key propeller performance indicators
on diameter, normalized with the fuselage diameter. It is clear from Fig. 7.18b that the
fuselage wake is approximately contained within 0.5Ry,s, while outside this radius, the
wakes of the tail are the dominant source of disturbance. The installation coefficient
is significantly increased, particularly for small propellers, shown in 7.19a. Benefits of
over 30% are registered if the propeller is of the size of the fuselage wake. This also leads
to propeller efficiencies close to unity. It is noted that larger propeller efficiency benefits
can be obtained if the blade pitch distribution is adjusted to account for the strong inflow
variation along the radius, as demonstrated in Ref. [56]. The values presented in Fig. 7.19
are in line with the findings in e.g. Refs. [56, 58, 59, 201, 209, 235-237].

The upsweep angle of the fuselage introduces an upwash to the propeller. The associ-
ated normal force reduces with diameter, since the compensating wing-induced down-
wash becomes more prominent when the diameter increases. The unsteady loads are
also maximal for small propeller diameters, since the main disturbances are introduced
within the fuselage wake, as shown in Fig. 7.19c. Besides the beneficial contribution of
the propeller to lift, the normal force also introduces a nose down pitching moment. This
seemingly positive contribution to L/D is likely to cause additional trim drag instead, in
case this force component is not accounted for in the aircraft design.
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Figure 7.19: Change of the installation coefficient and propeller forces for the fuselage-mounted
configuration.

7.7. CONCLUSIONS

In this chapter an approach has been presented where the installation effect of the air-
frame on the propeller is represented by a factor x such that the efficiency curves of this
propeller in uninstalled condition is scaled along the J and 7, directions by x to obtain
the propeller efficiency in the installed condition. This removes the need to asses a cer-
tain propeller design at different blade pitch settings and advance ratios. Only a limited
number of analyses are required to determine this coefficient, which means a significant
benefit in term of the number of computations to construct a propeller efficiency map.
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Figure 7.20 provides an overview of the three performance indicators that have been
computed for the various configurations. The range for each indicator depends on de-
sign choices, such as the propeller diameter, and location relative to the airframe. Since
the numerical values are specific to the case assessed herein, the figure should be inter-
preted as a qualitative overview. An indicator with a narrow range implies that design
choices have minimal impact on that propeller performance indicator. For those cases,
the particular choice for propeller diameter or proximity to the airframe are motivated
by other considerations, for example the performance of the airframe. It is noted that
the performance benefit/loss for higher lift coefficients are likely larger than presented
in Fig. 7.20, such that the spread of the performance benefit/loss becomes even larger.
This also implies that off design conditions, e.g. high lift conditions, would lead to large
performance changes compared to the isolated case. Furthermore, the propeller behind
the fuselage encounters a quite significant wake from the fuselage. At Reynolds num-
bers that are more representative for cruise condition, this performance benefit would
be reduced. On the other hand, a dedicated propeller design to operate in the distorted
flowfield (in particular for the installations to the tip and behind the fuselage) would
increase the installation coefficient [56].
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Figure 7.20: Comparison of propeller performance between the different configurations. Changes in airframe
performance are not included in this comparison.

The findings of the previous sections are summarized as follows:

* Upstream/downstream of wing: The blockage effect of the wing slightly enhances
the installation coefficient. The small values indicate that the benefit should not
be the main objective for this installation. The upwash in front of the wing en-
hances the normal force, while the downwash leads to a down force on the pro-
peller. Both upwash and downwash lead to unsteady blade loads. For the propeller
behind the wing, the unsteady loads are more pronounced due to the wake that is
encountered, in addition to a larger downwash.

* Over-the-wing/under-the-wing: The higher axial inflow leads to significant re-
duction in installation coefficient. This reduction strongly depends on chordwise
location. The over-the-wing installation also leads to a significant downforce on
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the propeller, contrary to the under-the-wing installation, which produces a lift
force. Due to the strong varying velocity profile normal to the airfoil’s surface,
these installations lead to the largest unsteady loads of all configurations. The di-
ameter is a key parameter that influences the propeller performance.

Tip-mounted pusher: A moderate increase of the installation coefficient is caused
by the tangential velocity of the wing-tip vortex. A small normal force is produced,
depending on the vertical location of the propeller. The presence of the wake and
downwash on the inboard side of the disk leads to moderate unsteady blade loads,
which are nearly independent of diameter.

Behind fuselage: The momentum deficit in the fuselage wake significantly in-
creases the installation coefficient, particularly for small propellers. The fuselage-
induced upwash dominates the in-plane velocity, leading to a net lift force on the
propeller. This component vanishes if the diameter is increased, approaching a
normal force close to zero. The highly distorted flowfield introduced by various
airframe components leads to large unsteady loads. These decrease with increas-
ing propeller diameter.

Again, the findings presented in this chapter are only related to the propeller per-

formance, without taking the potentially (un)favourable effect of the installation on the
airframe lift-to-drag ratio. The identified losses in propeller efficiency are therefore to be
compensated by a favourable effect of the propeller on airframe components, for exam-
ple for the over-the-wing installation.
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AERODYNAMIC RESPONSE OF
LIFTING SURFACES DUETO A
PROPELLER SLIPSTREAM

8.1. INTRODUCTION

In the previous chapters numerous effects are addressed that are relevant for the pro-
peller when it is mounted in proximity to the airframe. This chapter discusses the effects
of propellers on lifting surfaces that have particular relevance for unconventional pro-
peller installations. This entails configurations where the propeller loading is nonuni-
form, are mounted near the stabilizing surfaces, or are mounted in such way that the
slipstream affects the stabilizing surfaces, for example if the propellers are mounted to
the inboard part of the wing. The scope of this chapter is limited to tractor propeller in-
stallations where part of the lifting surface encounters a propeller slipstream. It is shown
in Ref. [98] that if the propeller is two diameter-to-chord ratios away from the trailing
edge of a wing upstream of the propeller, the propeller-induced effect on the wing is
negligible. For example, for a tail-mounted propeller configuration, this distance is large
enough such that the upstream effect is limited to the propeller only. The presented
findings will, in conjunction with the previous chapters, lead to the understanding of
the installation effects on aircraft level, discussed in Chapter 9.

Contrary to a situation where a lifting surface is not near another aerodynamic sur-
face, the flowfield induced by the propeller has a different magnitude and direction at
every coordinate and is time-dependent. As will be shown in the following, the flowfield
is strongly dependent on flight condition, i.e. angle of attack and propeller operating
condition. The interaction between the propeller and lifting surface is relevant from air-
craft performance, stability, control, and overall design perspectives in several ways, as
can be deduced from typical effects that are extensively discussed in literature:

Parts of this chapter have been published in Refs. [119, 120, 133].
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* An offset and a higher slope of the C; — a curve [116, 238, 239]. Depending on the
location of the lifting surface, this leads on aircraft level to a shift in the neutral
point [64] and a change in pitching moment for a given angle of attack.

¢ A modified downwash gradient % depending on the interaction with the lifting

surface (e.g. rotation direction) [14, 61, 62, 64, 160, 238]. Any lifting body down-
stream the propeller-wing combination experiences this altered flowfield. In some
circumstances, the stabilizing contribution of the lifting surfaces is compromised.

e More effective trailing edge devices, i.e. a larger lift contribution due to a flap de-
flection, delayed flow separation, and more effective control surfaces [41, 64, 194].

* Higher maximum lift coefficient while approximately maintaining the angle of at-
tack at which the maximum is achieved [38-41, 238].

¢ Higher lift-to-drag ratio, mainly caused by a reduction of induced drag depending
on the flight condition, propeller location relative to the lifting surface, and rota-
tion direction [36, 37, 45, 47, 48, 109, 116]. For a one-engine-inoperative condition
or in case of a co-rotating installation, this also affects the yawing moment through
a difference in drag on each side of the aircraft [173, 240].

Some of these known effects will be put into perspective on aircraft level in Chapter
9. Prior to the identification of the knowledge gap relevant for the propeller-installations
considered in this dissertation, it is necessary to briefly revisit the typical interaction be-
tween a slipstream and lifting surface. Conceptually, as discussed in Chapter 2, a lifting
surface submerged in a slipstream experiences a flowfield that entails:

¢ Regions of concentrated vorticity, i.e. the vortex cores
¢ Regions that can be modelled as potential flow, i.e. outside the vortex cores
¢ Regions where viscous forces dominate, i.e. the blade wakes

Although these characteristics cannot be fully separated since they are closely re-
lated, by separating them the interaction may be broken down into different mecha-
nisms. A conceptual representation of the propeller flowfield relative to a lifting surface
is shown in Fig. 8.1, indicating the four relevant regions that describe the interaction:

1. Propeller loading and flowfield. The flowfield can be described as a time-averaged
distribution, with, on top of that, a time-dependent component, as discussed in
Chapter 2. In Chapter 6 it is shown that the propeller loading generally is nonuni-
form as the result of installation. This leads to a nonaxisymmetric propeller vortex
system and a nonuniform flowfield experienced by part of the lifting surface. A
key observation that can be made is that the flowfield experienced by the lifting
surface therefore also changes with flight condition, e.g. an angle of attack.

2. Direct effect on lifting surface. The local changes in dynamic pressure and angle of
attack affect the lift coefficient and drag coefficient of the lifting surface. The load-
ing is increased on the upgoing blade side, and reduced on the downgoing blade
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side. In Chapter 2 it is shown that the relative location of the lifting surface to the
slipstream is a key factor that determines the local flow quantities, together with
the propeller incidence angle. Since the local flow angle is not aligned with the
freestream, the direction of the resultant force vector changes, and therefore can
change the section lift-to-drag ratios [37, 116]. Furthermore, since the slipstream
turbulence level is on average higher than the freestream value (in particular in the
tip-vortex region [241]), the skin friction is increased by influencing the transition
location [110]. On top of that, the skin friction increases by the surface washed by
the slipstream due to the higher dynamic pressure.

3. Indirect effect on lifting surface. Generally, only part of the lifting surface directly
experiences the presence of the propeller and outside the slipstream it experiences
the undisturbed flowfield. As is widely known, the surface of discontinuity does
not split the wing into regions that are either ‘disturbed’ or ‘undisturbed’ [14], but
instead the response is smeared in spanwise direction. The circulation along the
full span is affected by the shed trailing vorticity that introduces an induced an-
gle of attack to the lifting surface [37, 242]. A simplified representation of this is
shown in Fig. 8.1. From the figure, it becomes apparent that the relative strength
of the trailing vortices I'toot,p, I'1, and I'y; ultimately determine the induced angle
of attack. The value of I'ipot,, depends on the propeller operating condition J and
Tc. On the other hand, I't and I'y; depend on the rise of I's. Therefore, the ratios

of rnl:(:tp and lI:_III largely determine the net effect of the propeller on the downwash

(gradient) and lift-curve slope of the lifting surface.

4. Slipstream deformation. The propeller vortex system deforms through two mech-
anisms. First, by encounter of the lifting surface, the vortex deforms through the
no-slip boundary condition and the presence of the boundary layer [243]. Second,
because the loading varies along the span, there is a spanwise flow component
that shears the slipstream [37, 174]. This deformed slipstream not only has a dif-
ferent interaction with the lifting surface compared to an undeformed slipstream,
it also affects the flowfield far downstream.
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| (4) slipstream dcformation| | (3) indirect effect |
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| (1) propeller loading and propeller-induced flowfield | | (2) change in circulation around lifting surface

Figure 8.1: Simplified representation of a lifting surface submerged in a propeller slipstream with four major
effects annotated.

Most of these fundamental interactions have been discussed in numerous publica-
tions. The analysis of a tractor propeller in close proximity with an aerodynamic surface
has primarily been conducted for the wing-mounted propeller configuration, e.g. in Ref.
[37]. The typical configuration that is studied is either a twin-propeller configuration,
with propellers mounted on the inboard parts of the wing, or tip-mounted propellers.
Existing studies on tip-mounted propellers (e.g Refs [36, 45, 47, 48]) have mainly focused
on the efficiency benefits for wingtip-mounted propeller configurations. Limited work
hasbeen performed on pylon-mounted propellers, propellers mounted to the horizontal
tailplane, or propellers mounted in a distributed propulsion layout.

Compared to wing-mounted propeller installation, there are a number of significant
differences in the type and magnitude of aerodynamic interaction for these nontradi-
tional propeller installations. Tailplane-mounted propellers interact with an aerody-
namic surface which has a low aspect ratio and the propeller is relatively large compared
to the tailplane span. The result is that the propeller affects a lift distribution which
strongly varies in spanwise direction. As noted before, the relative strength of the vortex
systems determines the trend of the integral forces. The magnitude of the propeller—
tailplane interactions is therefore also influenced by an elevator deflection to change the
tailplane loading.

For the tail-mounted configuration, especially the effect of propeller installation on
the normal-force gradient of the tailplane is of interest. The mechanisms that cause the
higher gradient are therefore required to be understood in order to interpret its contri-
bution to aircraft stability. Since the gradient of the inflow directly affects the gradient of
the force curve, the flowfield experienced by the aerodynamic surface should specifically
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be analyzed. Subsequently, the further understanding of the flowfield will also be use-
ful to understand the level of fidelity that is required in the analyses of propeller-wing
systems. The key areas that currently are not sufficiently addressed in open literature
are:

e The development of the flowfield experienced by the lifting surface inside and out-
side the slipstream

e The understanding what part of the airfoil with a trailing edge device is most af-
fected by the slipstream

e The time-averaged and time-dependent interaction of a propeller that is relatively
large compared to the chord of a low-aspect ratio lifting surface in its slipstream.

In this chapter, the following research questions are addressed:

* RQ8.1: How does propeller installation affect the development of the flowfield that
is experienced by the lifting surface?

* RQ 8.2: How do the presence of swirl, the rise of dynamic pressure, and the in-
duced drag reduction affect the forces on a lifting surface that are relevant from a
performance, stability & control perspective?

* RQ 8.3: What are the key aerodynamic phenomena that alter the normal-force
curve of a nacelle-tailplane combination when (partially) submerged in a slip-
stream? How can this be explained by the vortex systems?

* RQ 8.4: What is the effect of the spanwise location of a propeller on the wing lift-
to-drag ratio if the wing has a typical lift distribution?

Through a number of test cases, simulated using full-blade CFD setups as well as
experimental setups, these areas are further explored with the objective of providing
handles that are useful for 1) developing an understanding what level of modelling is
required to capture the relevant effects, 2) support design choices, and 3) further devel-
opment of knowledge on the interaction between the vortex systems of the propeller and
lifting surface. Moreover, the test cases also provide insight in typical values and trends
that can be expected, which may be useful for engineering problems. First, in Section
8.2 the flowfield that is experienced by the lifting surface is investigated in detail. Sub-
sequently, Section 8.4 describes the time-averaged effect of the propeller installation by
quantifying the fundamental mechanisms of induced drag reduction and swirl recovery.
The same section also describes the flowfield downstream of a propeller-wing combina-
tion. Finally, the unsteady aerodynamic interaction is discussed in Section 8.5.

8.2. INSTALLATION EFFECT ON FLOWFIELDS EXPERIENCED BY

LIFTING SURFACES
The flowfield introduced by the propeller directly influences the forces on the lifting sur-
face that is in its slipstream. When installed, this flowfield is no longer the flowfield that
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exists when the propeller operates in isolation, and the interaction with a lifting surface
is therefore affected by the installation. In this section, three cases are discussed of which
an overview is given in Fig. 8.2.

The first case is a propeller at an angle of attack, which is a case that exists in a wide
variety of installations. For example, for a wing-mounted case, the propeller loading is
closely related to a propeller at angle of attack (see Section 7.3). The second case is a
variation on the first, where the propellers are mounted to the horizontal tailplane. The
change in the slipstream with angle of attack directly affects the loads on the tailplane,
and therefore aircraft stability. The third case is an array of distributed propellers, where
adjacent propellers influence the propeller loading and vortex field. This is in particular
of interest for aircraft with leading-edge distributed propellers. Only flowfields down-
stream the propeller are investigated, in line with the remainder of the chapter where
only tractor propellers are considered. The key question that will be addressed in this
section is RQ 8.1, while the findings are also related to RQ 8.3.

ag

Isolated propeller Installed propellers Array of propellers

Figure 8.2: Examples of cases where the operating condition and interaction cause slipstream quantities to be
a function of angle of attack.

8.2.1. EFFECT OF ANGLE OF ATTACK

The case of a propeller ahead of a lifting surface at angle of attack appears for a large
range of aircraft configurations. In Chapter 6 it is shown that the load distribution is
strongly varying in case of an angle of attack, which also indicates that the slipstream
is affected. The effect of an angle of attack on the slipstream development is therefore
especially relevant for the interaction with a lifting surface from both a modelling per-
spective and from a fundamental interaction perspective.

Historically, specific assessments of such a flowfield have often been performed in
the light of vertical lift, including research on tilt rotors, helicopters, and other vertical
take-off and landing (VTOL) vehicles [203]. In those cases, the slipstream location rela-
tive to the airframe varies significantly as a function of angle of attack. Recently, the on-
going developments of electrically driven VTOL aircraft (eVTOL) using unconventional
propeller installations that undergo transition from hover to forward flight also require
analyses of this flight condition.

For a propeller-lifting surface combination that operates at a lower angle of attack
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(a < 15 deg), generally (part of) the lifting surface remains submerged in the slipstream,
although the slipstream does not remain aligned with the rotation axis. In that case, both
the slipstream location as well as the flow quantities within the slipstream that change
with angle of attack are relevant. However, only few publications have reported on the
development of the flowfield. An example of these works is Ref. [114], where the flow-
field downstream of a turboprop are analyzed to provide guidelines on the most appro-
priate inlet location. The paper demonstrates that the effect of small angles of attack on
a single-rotating and counter-rotating propeller are nonnegligible and indicate that it is
arelevant case to be further understood. Even though only a limited number of locations
within the slipstream were considered, the results show that the local flow angle is pro-
portional to the geometric angle of attack. Up to a = 10 deg, the gradient of the flowfield
with respect to angle of attack at a given (xp, yp, zp) location is approximately constant.
This is a highly relevant observation, as it indicates that:

the lifting surface behind the propeller experiences a different angle-of-attack
gradient than the freestream flow condition.

Due to limited resolution and extent of the presented measurements, insight in the
full flowfield is missing, as well as a quantification of the relative contributions of the
nacelle and propeller. This knowledge gap is addressed in this section.

Before quantifying typical numerical values that can be expected for these gradients,
a qualitative assessment of the slipstream deformation already provides an insight what
trends can be expected. The difference in local angle of attack on each side of the pro-
peller is the combination of various sources:

1. Slipstream deflection
2. Change of disk loading
3. Nacelle-induced flowfield

4. Slipstream deformation

Figure 8.3 schematically illustrates how the deflected slipstream affects the flowfield
and the change of the flowfield at location (xp, yp, zp). Even if the loading of the propeller
is unaltered, the shift of the slipstream relative to a point in space leads to a gradient of
the local flow angle and local dynamic pressure. This rate of change depends on the
values of (xp, yp, zp) and the propeller loading and can be positive or negative.

Figure 8.4a visualizes this deflection that at two planes at a distance from the nacelle
(Iy] > Rnacelle)- Due to the swirl and increased axial velocity in the slipstream, the local
angle of attack is unequal to a,. Outside the slipstream, there is still a limited influ-
ence of the propeller due to slipstream contraction and a contribution from the nacelle.
At these locations, the slipstream edge follows approximately the freestream flow angle
- The small reduction that can be observed is the result of the slightly higher axial
velocity in this shear layer due to viscous forces, hence a lower local angle of attack. This
reduction is therefore directly related to the thrust coefficient T¢, with a higher thrust
coefficient leading to a smaller deflection angle [244].
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Figure 8.3: Illustration of the effect of a slipstream deflection angle on the local change in flow quantity.

WR=0.5 V/R=+0.5

(a) Instanteneous flowfield with the dashed lines indicating the direction of freestream  (b) Defintion of
y-planesin (a)

Figure 8.4: Deflection of the slipstream on the upgoing and downgoing side. The contours are of vorticity
magnitude indicate the boundary of the slipstream. Pathlines in the y-plane are indicated in white.
Instantaneous flowfield from full-blade CFD simulations of the XPROP propeller, / = 1.8, B 7 Rp =45 deg,
a =10 deg.

One of the factors that plays an important role in the slipstream development is the
nonaxisymmetric load distribution on the propeller disk (see Fig. 2.22a). The region
of higher thrust and torque adds more momentum to the freestream, while on the re-
treating side the added momentum is lower compared to the case of a symmetric inflow
condition. Furthermore, the normal force and the side force lead to a net deflection of
the slipstream. Figure 8.5 illustrates this rather complex flowfield that is caused by an
angle of attack. The isosurface of constant axial velocity is far from axisymmetric: on the
downgoing blade there is significant rise in axial velocity, while on the upgoing blade the
induced velocity is strongly reduced compared to a propeller in axial inflow.
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Figure 8.5: Isosurface of constant axial velocity u/ Vo, = 1.13 to illustrate of strongly nonuniform slipstream.
Instantaneous flowfield from full-blade CFD simulations of the XPROP propeller, / = 1.8, B¢ 7 Rp =45 deg,
a=10deg.

To analyze the dependency of the velocity magnitude and direction on a, the time-
averaged local angle of attack and dynamic pressure can be defined as:

a'(x,¥,2) = Ao + Aa(x, ¥, 2)

! 8.1)
i(x,y,Z) =1+ 2—q(x,y,2)

with the prime indicating a local quantity and the A indicates the change due to the
propeller relative to the freestream value. These latter terms can be further divided into:

Aa(x,y,2) = Aag=0(x,y,2) + Adgz0(X, ), 2)
Aq(x,y,2) = Aqa=0(X, ¥, 2) + Aqaz0(X, Y, 2)

The values at a = 0 represent the slipstream of the isolated propeller and are constant for
a given J (i.e. the swirl angle and rise in dynamic pressure). The terms with a # 0 entail
the effect of an angle of attack. Because the aerodynamic forces of a lifting surface in

d(q' goo)
daeo

(8.2)

a slipstream are proportional to @ g, the magnitude and sign of the terms (1 +

and % give an indication whether the presence of the slipstream further increases the
lift curve slope of an aerodynamic surface at that location. This contribution is therefore
an additional effect that determines the change in ¢;,, in addition to the rise in dynamic
pressure and the interaction of the slipstream with the lifting surface.

As will be shown later in this section in more detail, the nacelle has a profound effect
on the flowfield in three ways. First, its cylindrical cross section experiences a crossflow,
which introduces an in-plane velocity field. Secondly, it becomes a lifting body, gener-
ating an out-of-plane flowfield. Thirdly, its presence modifies the vortex field and the
resulting induced velocities. The latter contribution is closely linked to the deformation
of the slipstream, which is also caused by other phenomena. For example, the varying
circulation along the helix induces a flowfield such that the tip vortices do not convect
downstream in a straight path, but instead interact with each other [97, 165]. This asym-
metry leads to deformation of the slipstream, which becomes more prominent in down-
stream direction. Not only the helical vortex itself leads to its self-induced deformation,
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Fig. 8.6 also reveals that for certain angles of attack, the edge of the slipstream is close to
the nacelle and propeller hub vortices. Hence, the shedding of the propeller hub vortices
is off-center relative to the helical tip vortex. From the CFD results it was found that the
strong hub vortex modifies the path of the tip vortices that are in their vicinity, although
the impact on the overall flowfield is limited. This can be a relevant factor only if the an-
gle of attack is large (i.e. the slipstream deflection is such that helical tip vortex is close
to the nacelle) and when the lifting surface is far from the propeller disk. Even at three
diameters downstream the disk, the slipstream remains approximately circular (see e.g.
Fig. 8.10). For the typical configurations that are of interest in the following sections,
the lifting surface is either sufficiently close to the propeller disk, or the slipstream is al-
ready distorted by the lifting surface, such that the interaction between hub vortices and
tip vortices becomes less relevant. A case where the relative location of the slipstream
to the nacelle is more pronounced, are VTOL vehicles, for example with a tip-mounted
propeller, in transition from hover to forward flight, further discussed in Ref. [224].
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Figure 8.6: Illustration of the deflected nonuniform and displaced slipstream for the XPROP propeller.
Time-averaged total-pressure field at a z = 0 plane for ap =5 deg, / =1.8, ﬁqup =45 deg.

Figure 8.7 provides a more concrete view of the changing flowfield when going from
a =0 deg to @ =5 deg in a plane at 1.1R, downstream the propeller disk. This loca-
tion typically corresponds to the leading edge of a wing, tailplane, or pylon for a tractor
propeller configuration. It can be observed that the dynamic pressure is significantly
affected along the complete survey line. The rise is larger than the reduction on the
retreating side as the T¢ — J curve is nonlinear. This can also be shown through the
velocity triangles in Fig. 2.2. This means that, on average, the dynamic pressure in-
creases inside the slipstream when the propeller is under an angle of attack. On the
other hand, on both upgoing and downgoing blades, the local angle of attack reduces
between r/ R, = [0.5,1.0] due to the change in tangential force on the blade sections.

To quantify the gradient of flowfield quantities with angle of attack, the change of the
time-averaged flowfield when the angle of attack is increased from @ = 0 deg to a = 5 deg
is plotted in Figs. 8.7d and 8.7e. This gradient is linearized over the interval a = [0,5].
In Ref. [114] it is shown that for small angles of attack, the gradient is constant most
of the locations within the slipstream, therefore the presented values are representative.
On the advancing side, the gradient of the dynamic pressure is positive, indicating an
increase of 1.5% per deg, while on the retreating side the loss in dynamic pressure is
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approximately 1% per deg. On the other hand, the change of the angle of attack on both

sides of the disk is smaller than the change of Aa since % <1.
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Figure 8.7: Time-averaged flowfield at a xp = 1.1Rp plane along z, = 0 to show the effect of a nonzero angle of
attack (@ =5 deg). Full-blade CFD data for the XPROP propeller, J = 1.8, ﬁo.mp =45 deg.

While the propeller primarily has a negative contribution to the local angle of attack,
the nacelle is partially compensating this. In fact, the gradient is below unity between
r/R, = [0.5,1] and above unity outside the slipstream. Effectively, this means the lift-
ing surface experiences a 10% reduction in angle of attack within the slipstream, while
the dynamic pressure is only raised by 0.5% on average. This indicates that a' is the
prominent value that changes with a .. To put this into perspective, the average raise in
dynamic pressure in the slipstream far downstream is still Ag = +0.2¢, for these thrust
coefficients (see Eqn. 2.4). A lifting surface therefore still has a higher lift curve slope
than when operating in freestream condition (discussed in Section 8.4).

Aremarkable observation is that the changein the flowfield is primarily happens out-
side the slipstream. This is especially visible in Fig. 8.8. Since this effect is so prominent,
it requires further investigation. This is found to be the consequence of two phenomena:

* Deflection of the slipstream, i.e. the shear of the ring vortices relative to each other

e Ahigher dynamic pressure that is experienced by the nacelle
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Figure 8.8: Time-averaged normal velocity component inside and outside the slipstream at xp = 1.1Rp and
zp = 0. Full-blade CFD data for the XPROP propeller, / = 1.8, .7 Rp =45 deg.

The isolated nacelle introduces a cross flow velocity component, with a 1/r character
(if the flowfield is approximated as a potential flow). Figure 8.8 shows that the effect of
the propeller-nacelle combination on the in-plane velocity w can be approximated by
a factor proportional to thrust coefficient in addition to the in-plane velocity of the na-

celle: Wpropinac ® Wnac+ (Cr(/%;,')‘g . The nacelle induced flowfield is only marginally affected

by the propeller, as can be concluded from the differences in nacelle pressure distribu-
tion in Fig. 8.8c. The remainder of the in-plane velocity field outside the slipstream is
therefore caused by the slipstream itself. It may be recalled from Section 2.1.1 that the
radial velocity outside the slipstream is only nonzero near the propeller disk. Far away
from the disk the consecutive ring vortices cancel each other contribution. However, if
the ring vortices are displaced with respect to each other due to a slipstream deflection,
the vortex-induced velocity fields do not cancel completely. This causes an in-plane ve-
locity component in the same direction as the angle of attack. This is relevant in case the
inflow condition to a propeller-wing combination is to be defined. Lower order models
that do not consider this effect will therefore underestimate the effect of the propeller on
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the lift distribution.

To obtain an understanding of the change in flowfield behind the propeller, the local
angle of attack and axial velocity is depicted in the contours in Fig. 8.9. For the axial
velocity, there is again a strong difference between upgoing and downgoing blades, but
its maximum remains on the lower side of the disk for this particular condition. As ex-
pected, the effect of the nacelle on the local angle of attack is maximal along the z, = 0
and yp = 0 directions. In the same figure, it becomes clear that the largest change in lo-
cal flow angle achieved within the slipstream is translated in negative z-direction. These
results demonstrate that the gradient of the angle of attack and dynamic pressure have a
different distribution over the disk.
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(b) Gradients of time-averaged flowfield. The figure shows that at the edges of the slipstream the magnitude of
the gradient of the local flowfield with freestream angle-of-attack is largest.

Figure 8.9: Effect of an angle of attack on the axial velocity and local angle of attack. Full-blade CFD data for
the XPROP propeller, J = 1.8, ,B()jRp =45 deg.

In Fig. 8.9b it is shown how the gradient of the angle of attack and axial velocity
vary in yp and zp directions. This value is not constant but has a nonlinear character,
especially near the edge of the slipstream. When the nacelle contribution is subtracted,
it becomes clear that indeed over nearly the entire disk the propeller itself has a negative
contribution to %. Around the edge of the slipstream that is present at a = 0 deg, the
change is largest, because the slipstream is deflected. This corresponds with the swirl
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distribution of Fig. 8.9. As expected, the largest change of the axial velocity occurs on
the extremes of the upper and lower sides of the slipstream, although the magnitude is
relatively small.

The flowfield is not only influenced in the nearfield, also the flow gradients (far)
downstream of the propeller-nacelle combination are influenced by the presence of
the propeller slipstream. In Fig. 8.10 the time-averaged angle of attack and dynamic
pressure are plotted in a plane at x/R,, = —3, confirming the observation made earlier
that the slipstream remains approximately circular. If an aerodynamic surface would be

<—— experiences largest gradient
caused by a change in a

<— experiences smallest gradient
caused by a change in a

(a) Schematic indicating the largest gradients in flowfield occur at the edge of slipstream.
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(b) Flowfield at a x/Rp = 3 plane. White contour indicates propeller disk. Region I is indicated in the top-right
figure as a white transparent disk.

Figure 8.10: Flowfield far downstream the propeller-nacelle combination, excluding the presence of a lifting
surface. The figure shows that at the edges of the slipstream the magnitude of the gradient of the local
flowfield with freestream angle-of-attack is largest. Full-blade CFD data for the XPROP propeller, a =5 deg,
J=1.38, ﬁ0.7Rp =45 deg

installed at this distance, the largest gradients of angle of attack and dynamic pressure
would again be encountered near the upper and lower part of the slipstream. If it is in-
stalled at the propeller rotation axis, neither angle of attack nor dynamic pressure are
significantly affected by the slipstream. Region I as indicated in Fig. 8.10b, would lead to
a negative %; A > 0 would be experienced as a Aa’ < 0. If there is a lifting surface
placed in this region, the force gradient with angle of attack would therefore be negative.
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e dg' G - . . . .
The positive —; 2 i that region would even aggravate this response, since the magni-

tude of the aerodynamic force would increase as a function of angle of attack. Although
this is a quite unique characteristic, the spatial extent of this region is limited and there-
fore only relevant for a small range of angles of attack.

In Ref. [37] it is shown that a significant difference in lift and drag is achieved at a
given angle of attack for a high or low wing location relative to the propeller axis. The
effect of an angle of attack to the flowfield at a certain the vertical location of a lifting
surface relative to the propeller is therefore relevant, since it is a major design variable.
The flowfield experienced by the lifting surface as the result of installation (i.e. in this
case an angle of attack) is shown in Fig. 8.11. A lifting surface experiences on average
a smaller angle of attack than the freestream value, with the largest deviations observed
if the surface is off-center with respect to the propeller rotation axis. The differences in
dynamic pressure are varying between the different locations, as the distribution is not
symmetric with respect to the xz-plane, while the local angle of attack is nearly antisym-
metric (see Fig. 8.9). On the downgoing blade side, ¢’ > g, and for the considered range
of angle of attack, % > 0. The opposite is the case for the side where the blades are
rotating up. For the considered case, representative for cruise condition, these flowfields
reveal that when this actual flowfield is not taken into account, the estimated forces are
likely to be overpredicted. It is therefore highly relevant to prescribe the loading distri-
bution on an actuator disk that exists in case a # 0, for example, by using the method
presented in Chapter 5.

Not only variation of the propeller load distribution with angle of attack plays an im-
portant role in the response of the lifting surface, also the relative position of the helical
vortex system to the lifting surface influences the response. For the axisymmetric con-
dition, the tip vortices on +y side are at the same axial location. This means that, if an
unswept wing leading edge is situated at a location x, these vortices impinge at the same
time instance. However, at an angle of attack, the tip vortices are no longer in phase,
as depicted in Fig. 8.12a. Besides the tip vortices, also the flow structures inside the
slipstream appear to have a phase shift, of which an example is depicted in Fig. 8.12b.
Relative to the isolated propeller, the pitch of the flow structure on the advancing side
is decreasing, while it is increasing on the retreating side. Recalling that the tip vortices
move downstream with freestream velocity, the growing axial distance is not the result
of the induced flowfield that is unequal on either side of the nacelle. Figure 8.12c shows
that this is purely the consequence of the pitch of the tip vortices that are evaluated on an
inclined plane (or alternatively, an inclined slipstream with respect to the propeller axis).
This apparent phase difference grows in downstream direction, shown in Fig. 8.12d and
has a cosine shape. Further downstream than is shown in the figure, the phase difference
becomes zero again. This will have a profound effect on the unsteady loads an aerody-
namic surface downstream, as in case the unsteady loads are in-phase at a = 0 deg, they
will be out-of-phase at a nonzero angle of attack. This dependency on angle of attack
grows with increasing distance between to the propeller disk. A phase shift of the load-
ing of subcomponents can lead to a reduction of this integral force through cancelling
terms of out-of-phase periodic loads.

215




8. AERODYNAMIC RESPONSE OF LIFTING SURFACES DUE TO A PROPELLER SLIPSTREAM
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Figure 8.11: Effect of an angle of attack of « =5 deg on the development of the slipstream that would affect
airframe components just downstream of the propeller. Time-averaged full-blade CFD
results of XPROP, J = 1.8, ,60.7Rp =45 deg.

8.2.2. PROPELLERS MOUNTED TO A TAILPLANE
A variation of the propeller at angle of attack is the case of a propeller operating in the
downwash of a wing, where the distorted flowfield behind the propeller is experienced
by a horizontal tail that is downstream of the propeller. In Chapter 6 it has been shown
that the distribution of the downwash field has a somewhat different shape than a pure
angle of attack: it varies in y and z directions. In the case of a propeller mounted to a
horizontal tailplane, the gradient of the flowfield is especially relevant as the tailplane
directly influences the aircraft stability. For this case, the flowfield between the propeller
and tailplane for the VGM-HTP configuration (see Fig. 3.8) is analyzed.

Figure 8.13 depicts the time-averaged total-pressure coefficient and local angle of at-
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Figure 8.12: Effect of slipstream deflection on the instantaneous flowfield to show that a phase difference
arises because of the deflected slipstream. Conditions: @ =5 deg, J =1.8, fo.7 Rp =45 deg.

tack caused by the propeller for the two rotation directions. As will be shown in Section
8.3 the inboard part of the tailplane is responsible for the largest forces. Therefore, the
distribution of total-pressure and local propeller-induced angle-of-attack along a survey
line on the inboard part of the tailplane are indicative of the local change in forces on
the complete tailplane. By increasing from a = 0 deg to a = 5 deg, AC), changes with
+0.1 and the swirl-angle changes by +1 deg due to the higher thrust and torque, respec-

. . s s dac, . .
tively. Therefore, an outboard-up rotation indicates -** > 0, while for the inboard-up

rotation it is the inverse, and for both rotation directions % < 0. Compared to the
change in dynamic pressure, the angle-of-attack is the primary factor to change the lift
of a two-dimensional airfoil section. In line with the uninstalled propeller at @ > 0, the
slipstream remains circular, even though the airframe-induced downwash field is not
homogeneous. This indicates that the slipstream deformation ahead of the lifting sur-
face does not play a significant role. The figure also demonstrates the effect of installa-
tion, the slipstream deflection is significantly smaller than for the propeller at a =5 deg.
The variation of the slipstream with angle of attack is therefore also smaller than for a
wing-mounted tractor propeller.

In Fig. 8.13 it is shown that for this particular case, the lower part of the propeller disk

217




8. AERODYNAMIC RESPONSE OF LIFTING SURFACES DUE TO A PROPELLER SLIPSTREAM

OU, a =0 deg U, a=0deg OU, a =5 deg IU, a=5deg 1.4
-1 13
2
S ¢ 1.0 &
N 09
1 0.8
0.7
0.6
1 0 1 0 -1
Y/R Y/R survey plane
o SE XIR,=-0.55
“If—1U, a=0deg — ——~— - ’“\\\ \l
& o7 1V a=Sde D vd N
N —OU, a=0deg Jl \ )/ N /\)
1= ~OU, a=5deg _ e R - = X
—— il 7 | o’
0.9 1.0 1.1 1.2 13 8 -6 4 2 0 2 4 6 8
Total pressure coefficient C, P Flow angle A« ’=a’pmp_onf a’prop_o - [deg]

Figure 8.13: Computed time-averaged flowfield between the propeller and horizontal tail for two
angles-of-attack at J = 1.8 and ﬁ0_7Rp =45 deg (cruise condition).

encounters the wake. Since the largest radial flow component is at the edge of the pro-
peller disk, any nonuniformity of the flowfield outside the propeller disk is also modified
by the propeller-induced velocity and pressure field. This deformation is for example
shown in Ref. [98]. To visualize this, the wake-encounter at the edge of the propeller
disk is further explored by means of PIV measurements (see details in Section 3.3.5). Fig-
ure 8.14a depicts three different PIV planes between the fuselage and propeller rotation
axis. At the most inboard plane b, the wing wake is relatively far from the propeller disk,
while the blade tips sweep through the wake at plane d. The survey lines (indicated by
the dashed line in Fig. 8.14a) indicate that the wing wake is slightly displaced in verti-
cal direction. At the most inboard plane (Fig. 8.14b), a slight increase in axial velocity
can be observed. However, in Fig. 2.6 it is shown that outside the slipstream, the ax-
ial velocity is lower. This discrepancy indicates that the slightly different velocity profile
in Fig. 8.14b compared to the propeller-off case is mainly caused by contraction and a
redistribution of the airframe-induced flowfield. Overall, these results confirm that the
location of the wing wake is not significantly altered by the propeller. Moreover, it can
be observed in Fig. 8.14d that part of the wake is ‘filled’ by the propeller, which reduces
the nonuniformity of the wake region and increases the mixing of the low momentum
region with the slipstream; the propeller acts as a ‘filter’ to reduce the nonuniformity of
the airframe-induced flowfield.
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Figure 8.14: Phase-averaged axial velocity profiles indicating the effect of the propeller installation on the
location of the wing wake at @ = 6 deg. Propeller operates at J = 1.9 with B 7 Rp =45 deg. PIV results.

The interaction between the wing wake can be split into two phenomena. First, the
tip-vortex does not remain helical, as the vorticity is convected in downstream direction
with the local velocity, which is lower in the wake region than in the nonviscous region
(also observable in Fig. 8.42). This could potentially lead to an instability of the heli-
cal vortex system [97] which would affect the flowfield at a lifting surface that is located
downstream of the propeller. Second, the tip-vortex will entrain the wake. This causes
the center of the wake to fluctuate in the vertical direction, as is indicated in Fig. 8.15b.
The magnitude of the tangential vorticity of the propeller tip vortex is an order of magni-
tude higher than the out-of-plane vorticity of the wing wake, and will therefore convect
in downstream direction in a relatively straight path. The dominant factor that deter-
mines the roll-up is therefore the propeller tip vortex. In this case, the break-down of the
helical vortex system and the diffusion of the wing wake take place relatively far from the
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propeller disk and the lifting surfaces. It can therefore be expected to play only a minor
role in the actual inflow to the horizontal tailplane.
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Figure 8.15: A phase-averaged flowfield for a fixed propeller phase angle to show the wake entrainment
caused by the propeller tip-vortices, PIV results.

An example of an instantaneous flowfield between the propeller and horizontal
tailplane for the VGM-HTP model is depicted in Fig. 8.16a and confirms the varying
loading on the disk. For this particular example with a thrust setting and flight condi-
tion typical for cruise flight, the tailplane experiences significant variations in the local
angle of attack, axial velocity, and static pressure, which further increase at higher thrust
settings. Furthermore, in Fig. 8.16Db it is shown that the pressure fluctuations that are in
the vicinity of the tailplane greatly depend on the rotation direction and angle of attack:
either the inboard part or outboard part of the tailplane experience the largest fluctua-
tions.
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Figure 8.16: Nonaxisymmetric flowfield between the propeller and horizontal tailplane of the VGM-HTP
model at / = 1.8 (cruise conditions). CFD results.

8.2.3. ARRAY OF PROPELLERS
In case of an array of distributed propellers, the propeller loading is not axisymmetric, as
shown in Section 6.5. When the propellers are in close proximity to each other, the flow-
field is no longer a superposition of the flowfields induced by the individual propellers,
as identified by others (e.g. in Ref. [161]). An understanding of the installation effect on
the slipstream can be used to analyze and design the propeller-wing combination.
Figure 8.17 depicts the time-dependent flowfield in a plane 0.2R;, downstream of the
propellers. The effect of blade-blade interaction is apparent from the time-dependent
flowfields at different propeller phase angles. The alternating reduction and increase of
axial velocity when the blades are approximately in horizontal orientation lead to large
gradients both in temporal and spatial domain. The combination of superposition and
at the same time an increase in the tip-vortex strength (Section 6.5) aggravate these gra-
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dients.
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Figure 8.17: Installation effect on the time-accurate flowfield behind an array of propellers in a plane 0.2R
downstream the propeller disks, J = 0.8.

The load distribution in Fig. 6.23a is clearly observable in the total-pressure distribu-
tion in the first contour of Fig. 8.18a. The latter figure shows that, even though there is a
restriction of the radial flow component at the symmetry planes, the slipstream remains
approximately circular at this downstream location. The varying radial flow component
is apparent in the second contour of Fig. 8.18a. However, a wing that is installed at z=0
experiences strong gradients in the inflow field, especially near the edges of the slip-
stream. The reduction of the axial velocity for /R, > 1 is now more concentrated in the
region between the disks. This is also clearly observable in Figs. 8.18b and 8.18c, which
show that the local angle of attack remains approximately the same when compared
to the isolated propeller, with a strong negative angle of attack between the propeller
blades. This local character is a direct result of the tip vortices that increase in strength
over a finite azimuthal span A6 and produce a net swirl outside the slipstream (unlike
a propeller with an axisymmetric loading). The time-averaged slipstream is only locally
slightly modified due to installation. The velocity gradient of the shear layer becomes
larger at the symmetry plane, while the overall distribution is not significantly modified,
as also observed in Ref. [161].
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Figure 8.18: Installation effect on the time-averaged flowfield behind an array of propellers in a plane 0.2Rp,
downstream the propeller disks.

A wing that is positioned above or below the propeller rotation axes will experience
a more uniform angle of attack along the span compared to an array of propellers with
larger spacing, as depicted in Fig. 8.19. Due to the larger contraction on the upper part
of the slipstreams, a wing would, on average, experience a smaller angle of attack if it
is positioned off-center relative to the propeller rotation axis. To counteract this, either
the propellers are required to be tilted down, or the wing should have a higher incidence
angle to obtain the same lift coefficient as the propeller-off condition for particular given
angle of attack.
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Figure 8.19: Installation effect on the time-averaged, lateral angle of attack distribution in a plane 0.2Rp,
downstream the propeller disk, for J=1.8, fo.7 Rp =45 deg, aso =0 deg.

8.3. AERODYNAMIC INTERACTION MECHANISMS

Prior to the quantification of the propeller installation on the aerodynamic forces on
lifting surfaces, the aerodynamic interaction mechanisms need to be understood. This
section revisits some of the findings from other authors and makes the link to the quan-
tities of interest from a performance, stability, and control perspective. The results and
observations also extend the knowledge on propeller-lifting surface interaction.

Other authors have identified that the propeller installation in front of a wing can
lead to a beneficial effect on the induced drag of the wing [37, 45, 116]. From a perfor-
mance perspective, this is advantageous, since the overall aircraft lift-to-drag ratio can
be raised. However, not only L/ D is modified, the flowfield downstream of the propeller—
wing combination is influenced as well, in particular the dynamic pressure, downwash,
and sidewash. These quantities contribute to the lift-curve slope of the lifting surface
itself, but also to any aerodynamic surface (far) downstream, e.g. a tailplane that is lo-
cated in the wing-induced flowfield. The propeller-lifting surface interaction is therefore
also of profound importance to understand the installation effect on stability, for both
wing-mounted propeller configurations, as well as horizontal-tailplane-mounted pro-
peller configurations. Moreover, enhancements of the control effectiveness and offsets
in the trim curve are relevant on aircraft level as well.

The interaction may be split up into a quasi two-dimensional problem, where an air-
foil section experiences a different dynamic pressure and angle of attack. On top of that,
there is a three-dimensional interaction, which in turn affects the local induced angle of
attack. The initial impingement could be considered as a quasi two dimensional prob-
lem, where the slipstream locally adjusts the inflow vector to the airfoil. In Ref. [37] it
is shown that if the lift coefficient is zero, a propeller swirl that leads to either a’ > 0 or
a’ < 0 will tilt the resulting force vector into the direction of flight. If the local induced
angle of attack from the trailing vorticity is reduced by the propeller installation, usually
the term ‘induced drag reduction’ is used. This mechanism is therefore called herein as
‘induced drag reduction’. Since this mechanism is a two-dimensional effect, beneficial
use of swirl would be a more appropriate term. Alternative applications of this mecha-
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nism are swirl-recovery vanes (SRV) [245, 246] which beneficially use this local flow angle
to produce a force that has a component in the direction of flight. As discussed in Ref.
[247], the finite slipstream height limits the ability to increase lift and potentially reduce
drag. If the propeller diameter-to-chord ratio is infinite, a certain spanwise section will
only experience the propeller-induced flow conditions, i.e. @ = @’ and g = gs. It can be
hypothesized that for all other cases, especially the leading-edge region will experience
the higher/lower angle of attack compared to the freestream value, while the remainder
of the airfoil effectively experiences the freestream value.

In addition to the two-dimensional mechanism that depends on the slipstream
shape, the axial components of vorticity from the two vortex systems of the propeller
and lifting surface combined affect the local downwash angle at the lifting surface. If
this local induced angle of attack is reduced by the propeller installation, usually the
term ‘swirl recovery’ is used, which is inherently a three-dimensional effect. It is noted
that this term in essence is not strictly correct. ‘Recovery’ suggests that the swirl is lost
by the action of the propeller and is regained by the presence of the lifting surface. In
essence, the propeller turns axial flow in a swirling motion, which is altered by the lifting
surface. In that sense axial flow recovery would be a more suitable term, but is omitted
due to the wide use of swirl recovery in other publications.

It is noted that both ‘swirl recovery’ and ‘induced drag reduction’ effectively lead to
a forward tilt of the resultant force vector. Therefore they are closely related. For a wing,
conventionally the terms ‘lift-induced drag’ and ‘induced drag’ are interchangeable. In
the case of a propeller that is mounted to a wing, the term ‘lift-induced drag’ as the result
of propeller installation has to be used with care. Induced drag reduction implies that the
downwash gradient is lower than without propeller installed. However, if the propeller-
induced flowfield would not change while the tip-vortex of the lifting surface increased,
there would only be an offset of the downwash, not a change in the downwash gradient
with angle of attack. On the other hand, an offset in downwash still leads to a ACp. The
situation is not straightforward, as the propeller loading changes with angle of attack
and the relative location of the propeller hub vortices and tip-vortex of the lifting surface
vary with angle of attack and lift coefficient as well. In other words, the principle of ‘drag
reducing mechanism that depends on lift’ therefore applies to both ‘swirl recovery‘ and
‘induced drag reduction’, and could be a better description of the two effects.

To better understand the mechanisms that contribute to the drag reduction mecha-
nisms, the following quantities should be analyzed:

 Axial vorticity in-plane kinetic energy
e Load distribution along the chord of the lifting surface
e Slipstream deformation

The analyses of these quantities are done using two test cases. The first case is a tip-
mounted propeller which directly influences the flowfield by the tip-vortex of the lifting
surface. The second test case addresses the effects occuring for a more inboard mounted
propeller, where the tip-vortex of the lifting surface resides between the propeller rota-
tion axis and the edge of the propeller disk. As will be shown, different trends in terms of
the flowfields are realized.
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8.3.1. INTERACTION WITH T1P VORTEX

The selected tip-mounted propeller model is the PROWIM-HTP model (see Fig. 3.7). The
lift on the tailplane is altered by an elevator deflection, while the angle of attack remains
zero. In this way, the propeller loading remains approximately constant, while the load-
ing on the tailplane is altered, and therefore the strength and direction of the tip vortex
also changes. The axial vorticity in a survey plane downstream the model is depicted in
Fig. 8.20. In Fig. 8.20a the propeller-induced axial vorticity is clearly observable: w} >0
in the helical tip-vortex, while the inboard regions close to the tip of the tailplane the
vorticity is opposite in sign.
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Figure 8.20: Phase-averaged axial vorticity xfrom a tip-mounted propeller (PROWIM-HTP model) in a plane
1.5¢ downstream the trailing edge, PIV results.

Due to the propeller installation, the part of the slipstream that impinges the

tailplane has been strongly deformed (further discussed at the end of this section). The
increased trailing edge vorticity from the tailplane is an indication of the higher loading.
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It is also clear that a tailplane tip vortex is formed, which is opposite in sign compared to
the vorticity shed from the blade roots. When the elevator is deflected, the propeller-off
case has three strong vortices: two from the edges of the elevator and a tip vortex with
approximately the same strength, see the surveylines in Figs. 8.20b and 8.20c. With the
propeller on, the situation changes drastically. Even though the loading on the tailplane
increases, the phase-averaged axial vorticity field is reduced: the propeller-induced vor-
ticity from the hub appears to cancel the tip vortex. It is noted that the vorticity from the
tailplane is not destroyed. According to Helmholtz’s theorem, once vorticity is created,
it can only be redistributed and converted into heat through viscosity. The effect is that
the phase-average axial vorticity and therefore the circulation is lower.

The swirl angle, defined with respect to the propeller rotation axis, is depicted in Fig.
8.21. The swirl that is introduced by the propeller opposed to the tailplane induced flow-
field leads to locally lower in-plane velocities, and therefore swirl angle. The same effect
is observed as in the vorticity distribution: when the propeller is rotating in the opposite
direction as the tailplane-induces swirl, the net effect is (on average) a lower swirl angle
downstream of the model. The opposite is the case when the elevator is deflected such
that the propeller and tip vortex are co-rotating. The same trend can be observed in the
cross-flow kinetic energy E, = %p(v2 +w?), depicted in Fig. 8.22, where a co-rotating vor-
tex pair leads to a significant higher cross-flow kinetic energy. Note that the lift force on
the tailplane is even lower than for the case where the propeller and tailplane tip vortex
are partially cancelling (see Fig. 8.31), which is in line with other research.
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Figure 8.21: Effect of propeller installation on the swirl angle at 1.5¢ behind the trailing edge of the
propeller-horizontal tailplane model. Propeller at constant advance ratio, J = 0.7, & = 0 deg, PIV results.
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Figure 8.22: Cross-flow kinetic energy along a vertical survey line at 2y/ by, = 1.0 at 1.5¢ behind the trailing
edge of the PROWIM-HTP model. Conditions: J = 0.7, a = 0 deg. PIV results.

For the evaluation of the installation effect on the induced drag, the downwash dis-
tribution far enough from the lifting surface is required, such that the static pressure
is equal to the ambient value. In Fig. 8.23a it is shown that for the case of 6. = 0, the
downwash locally is negative and becomes more negative for larger thrust coefficients.

b
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(a) Downwash angle along 2z/bp; = 0, e = 0 deg (b) Flowfield in PIV plane, §e = —10

Figure 8.23: Phase-averaged downwash distribution at 1.5¢ behind the trailing edge of the
propeller-horizontal tailplane model. Conditions: J = 0.7, @ = 0 deg, §e = —10 deg. Propeller swirl is opposite
to the tailplane tip vortex.

At the edge of the slipstream, there is a sudden rise relative to propeller-off condition.
This is caused by the strong gradient in loading at this location, that causes a vortex to
trail from the tailplane, which induces a downwash. Towards the root there is nearly no
effect on the downwash field; the propeller effect is relatively confined to the part that
is washed by the tailplane. When the elevator is deflected, the same can be observed in
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Fig. 8.23b: On the part washed by the tailplane there is a strong reduction in downwash.

The observations made so far are in line with research on tip-mounted propellers.
From the survey plane downstream it is not clear where the reductions of the in-plane
velocity components are achieved, which is also not clear from previous research. The
relative importance of swirl recovery and induced drag reduction can be investigated by
assessing the cross-flow kinetic energy at various survey planes that are normal to the
freestream flow. In fact, a more suitable quantity is the kinetic energy deposition rate
from Ref. [103]:

Ey =ff %p(AU2+Aw2)udS (8.3)

and describes the flux of the in-plane velocity component through a Trefftz plane with
boundary S provides. A nonzero value behind the model indicates that there is a loss;
transverse momentum in itself does not propel. A reduction of this transverse momen-
tum caused by the lifting surface is indicative of improved performance of the lifting
surface: the transverse momentum is employed and turned into a useful lift force and
reduced drag. For this analysis, the Trefftz planes taken are enclosed by the wind-tunnel
walls (see Fig. 8.24a). In Fig. 8.24b the integral values are plotted for the two different ro-
tation directions. It is noted that these cases, in addition to the propeller-off case, have
not the same lift value. However, the case of a counter-rotating tip vortex has a lower
value of E,, even though its lift force is higher. This is another confirmation that for the
same propeller setting, the tailplane interaction can lead to higher/lower losses.
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Figure 8.24: Crossflow kinetic energy deposition due to propeller installation. Full-blade CFD results of
PROWIM-HTP, J = 0.8, a = 0 deg, e = 10 deg.

From Fig. 8.24b it can be deduced that the value of E, is not constant and four distinct
regions can be identified aft of the propeller plane. In region I, E, is changing slightly due
to the blockage and upwash from the tailplane, the accelerating slipstream, and more
suction on the front part of the nacelle. From the leading edge, there is a reduction in Ey
for both cases up to the mid chord line. This part of the reduction is the ‘induced drag re-
duction’ through the solid boundary that limits the cross flow. From the mid chord to the
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trailing edge, the Ey for the counter-rotating case continues to decrease up to approxi-
mately half the value that was caused by the propeller. To the contrary, the co-rotating
tip vortex rises again to a value higher than introduced by the propeller alone. This is
caused by the developing tip-vortex that becomes stronger towards the trailing edge and
reaches its maximum value at a distance downstream the model. From the trailing edge
onwards, E, remains approximately constant for both cases.

8.3.2. ROLE OF FINITE CHORD LENGTH

From Fig. 8.24b it is clear that along the chord, reduction in cross flow is primarily
achieved towards the leading edge. In other words, a portion of the E,(x) curve seems
to resemble the loading distribution on the tailplane in chordwise direction. If this is
the case, the leading edge is the most suitable to be adapted to alter the aerodynamic
characteristics. An investigation on the chordwise loading distribution can confirm this
observation.

The pressure difference on each side of an airfoil section is a measure of the local vor-
tex strength at the corresponding x/c. By comparing the AC, along the chord between
to conditions 1 and 2, one can identify what part of the airfoil is primarily responsible for
this change. By normalizing this quantity by its integral value, the distribution along the
chord then does not quantify the slope of a force coefficient, but it reveals what part of
the airfoil is most productive to generate a normal force. Hence, two case can be com-
pared that have a different lift-curve slope. The quantity of interest is defined by:

ACp2(x) = ACy 1 (x)
J(ACp2(x) = AC),1 (1) d (%)

with AC, the pressure difference between upper and lower side of the aifoil. The sub-
scripts 1 and 2 refer to two conditions that lead to a change in pressure on the airfoil, e.g.
propeller-on and propeller-off, or two different angles of attack.

Figure 8.25 depicts the distributions of C;, 12 for a number of cases at a spanwise
location corresponding the highest loading on the propeller blade. In Fig. 8.25a it is
shown that the change in loading due to an angle of attack is more concentrated towards
the leading edge and:

ACp12(x) = (8.4)

When the propeller is on and the angle of attack is raised from a, to a,, the
change in loading resembles the distribution of the propeller-off case

This is a highly relevant observation, as it indicates that even though the magnitude of
the change in loading is not the same, the normalized change is. In other words, the
propeller-tailplane combination behaves in the same way as the propeller-off case:

The presence of the slipstream can be described as a change in local lift curve
slope.

The same is observable for the case of an elevator deflection, Fig. 8.25b. On the other
hand, if the change in loading is obtained through a change in advance ratio, i.e. going
from Tc,; to Tc, the distribution is not the same as a change in angle of attack. This is
clearly visible in Fig. 8.25c:
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The propeller installation leads to a more loaded leading edge. This may be
interpreted as the consequence of a finite height of the slipstream.
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Figure 8.25: Distribution of AC), 12 (Eqn. 8.4) for different loading conditions. Obtained from experimental
data. Propeller on condition is J = 0.7 with a rotation direction opposite to the tailplane tip vortex.

If the ratio Dp/c = oo, a two-dimensional airfoil would only experience a flow con-
dition that is equal to an equivalent freestream condition. This also means that for low
Dy /¢ ratios, which is the case for distributed propellers along the leading edge, the de-
sign of the leading edge of the wing becomes even more important. Again, if the T¢ is
maintained and the angle of attack is increased, one gets the distribution in Fig. 8.25a.
In case the elevator is deflected, and the thrust is increased from T¢; to T¢, another
distribution is obtained, shown in Fig. 8.25d. In that case, the change in loading is also
strongly shifted to the leading edge of the elevator. This indicates the relevance of the
elevator design, or in more general terms, trailing edge devices, if the objective is to gain
a large lift change from the propeller in case such device is deflected. This also is an in-
dication that the elevator effectiveness is to be enhanced by the propeller. This is further
discussed in the next section.
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8.3.3. SLIPSTREAM DEFORMATION

When a slipstream washes over a lifting surface, the slipstream does not remain circular,
which is also observed in numerous publications [37, 109, 116, 144, 185, 197, 248, 249].
The part of the slipstream that impinges on the lifting surface deforms, and with that,
the whole slipstream deforms. The spanwise deformation is causing a larger part of the
surface to be affected by the propeller, it leads to more unsteady loads (Section 8.5), and
it leads to a crossflow component further downstream. For a wing-mounted propeller
configuration, this leads to a crossflow to the vertical tailplane [173, 240]. Figure 8.26
shows such a deformation on each side of the lifting surface. Besides the shear, the iso-
surface also indicates that near the surface there is a strong change in the direction of
the vorticity; near the surface the vorticity vector is almost fully aligned with the local
flow direction. The role of this change in helicity can be understood by considering the
deformed flowfield for different tailplane loadings.
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Figure 8.26: Isosurface of vorticity illustrates a typical helical vortex field including slipstream deformation.
Full-blade CFD results, & = 0 deg, §e = +10 deg.

From Fig. 8.27a it is evident that a higher propeller thrust leads to a larger deforma-
tion. Inliterature, this deformation is fully attributed to the spanwise gradient of loading.
This gradient in circulation sheds trailing vorticity, which in its turn introduces a cross-
flow on the upper and lower surface, which is opposite in direction on each side. This
cross flow then deforms the slipstream. However, as is evident in Fig. 8.27b, the span-
wise gradient for 6, = —10 deg is significantly lower than for 6. = +10 deg, while for all
cases the deformation is nearly the same (apart from the z-location of the deformation,
which is determined by the trailing edge location of the tailplane). This already indicates
that the spanwise gradient of circulation is certainly not the only factor that deforms the
slipstream.
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(a) Measured total-pressure coefficient at 1.5¢ behind the trailing edge of the propeller-horizontal
tailplane model. White arrows indicate slipstream deformation due to interaction with the tailplane.

1.2 1.4

T

;t 067 large spanwise gradient —eo— Pmp.off~

© —

2 04} / —*—J=0.7 |

E

T 02t ]

53 0 |=+10 deg

[ [

o

5 00r 1

ho § = 0deg

< €

E —02f 1

5]

Zz d,/=—10 deg
—0.4 - small spanwise gradient { ~

0.8 0.6 0.4 0.2 0.0

Spanwise coordinate 2y/by, [-]

(b) Spanwise distribution of the loading

Figure 8.27: Slipstream deformation for the PROWIM-HTP case in (a). In (b) the spanwise normal-force
distributions to demonstrate the weak link between spanwise gradient and slipstream deformation; for
e = —10 deg and ¢ + 10 deg the gradient is vastly different, while deformations are comparable.

Another factor that is likely to contribute is the deformation of the propeller helical
tip vortex when it impinges on the leading edge. As shown in Refs. [94, 174], the vor-
tex bends around the leading edge. Because of the no-slip boundary condition, it is also
highly curved inside the boundary layer. The reorientation of the vorticity component in

233



8. AERODYNAMIC RESPONSE OF LIFTING SURFACES DUE TO A PROPELLER SLIPSTREAM

axial direction therefore also leads to a spanwise translation. On each side of the lifting
surface the axial component near the surface is opposite in direction, hence the span-
wise translation is also in opposite direction.

8.3.4. EFFECT OF SPANWISE LOCATION

Until now, the focus has been on the tip region where the propeller and tip vortex of
a tailplane interact. When the propeller is mounted more inboard, there is still a tip
vortex from the lifting surface, while the propeller hub vortex is no longer shed at that
location. Instead, the propeller tip vortices are then also in the vicinity of the tip of the
lifting vortex, illustrated in Fig. 8.28. Furthermore, the edge of the slipstream on the
inboard side is now impinging on the lifting surface closer to the root. Moreover, a more
inboard positioned propeller also affects the lifting surface to a larger extent, since now
both sides of the slipstream interact with the lifting surface. This not only leads to a
larger jump in circulation at the propeller rotation axis, it also leads to a more complex
vortex-vortex interaction. To understand the trends of the force coefficients for this case,
i.e. the gradient of the normal-force coefficient and the (induced) drag coefficient, the
flowfields behind the VGM-HTP model are assessed.

Rhel

finite distance d between /;\ -«
d

helical vortex and tip vortex

Theicat of lifting surface

Figure 8.28: Simplified representation of a lifting surface submerged in a propeller slipstream where the tip
vortex and helical tip vortex are in close proximity.

A schematic of the tailplane vortex system is shown in Fig. 8.29a. The vortex shed
from the tailplane-fuselage junction is indicated as I'; and its direction is opposite to the
tip vortex, denoted by I'y;. The gradient of the circulation along the span also sheds
a vortex I'yp at the nacelle. These vortices can also be distinguished in the axial vor-
ticity distribution downstream of the model, shown in Fig. 8.29b. With the installa-
tion of the propeller, two vortex systems can be identified: a helical vortex system from
the propeller and the shed vorticity from the tailplane. Conceptually, the combined
propeller-tailplane vortex system can be simplified as schematically shown in Fig. 8.29a:
a tailplane root-vortex (I'y), a vortex around the tip vortex impingement (I'g), a vortex
shed at the propeller rotation axis (I'c), the tailplane tip vortex (I'p), the propeller hub-
vortex and the circular sheet containing the vorticity shed by the propeller tips. In ad-
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dition to the local swirl induced by the propellers, the relative strength and direction of
this vorticity dictate the local downwash distribution and the rate at which these change
with angle of attack partially determines ¢y, ().

dry drc

For the outboard-up rotation, % is opposite to ' and 7* is opposite to %. The
net result is that on the inboard part of the tailplane, the outboard-up rotation leads
to a smaller downwash. The opposite is the case for the inboard-up rotation direction.
The consequence is that for the outboard-up case, the root vortex shed from the tail is
nearly nonexistent if the angle of attack is increased from @ = 0 deg to a =5 deg. At
the tip of the tailplane, the axial component of the propeller tip vortex is opposite in
sign to the tip vortex of the tailplane for the inboard-up rotating propeller (contrary to a
propeller that is mounted on the tip of the horizontal tailplane). The net effect is locally
a higher induced loss, hence a lower ¢, in the tip region. This is an indication that the
particular position of the propeller relative to the root and tip vortex of the tailplane is
such that the typical trend of a higher Cy, for an inboard-up rotating propeller (e.g. Ref.
[116]) does not hold. This observation is confirmed in Section 8.4.2.

) propeller vortex system decreasing downwash increasing downwash
Y tailplane vortex induced
by propeller
3D
by dhy dr, dry  drc dlo dry dry  drc dy
do. do. do do.  da do do. do  do do do
propeller-off outboard-up inboard-up
(a) Schematic of the propeller and tailplane vortices at & = 0 deg
propeller-off outboard-up inboard-up
a=0deg a=>5deg o =0deg o=5deg a=0deg a=>5deg
0.3 shear shear i
—0.2 (IR 20
e 0
<0 0.0
00 -1.0
0.0 0.2 0.4 0.0 0.2 04 (0.0 02 04 0.0 0.2 04 100 02 0.4 0.0 0.2 0.4
2y/by, [-] 2y/b,, [-] 29/by,[-] 2y/b,,[-] /by [-] 2y/by [-]

(b) Time-averaged normalized axial vorticity in a plane downstream of the model, J = 1.8. Full-blade CFD
results.

Figure 8.29: Vortex structures of the propeller-tailplane combination of the VGM-HTP model.

8.4. TIME-AVERAGED RESPONSE OF LIFTING SURFACES TO A
SLIPSTREAM

In the previous section, it has been shown that the dominating fundamental mecha-
nisms of the aerodynamic interaction strongly depend on the relative position of the
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PROWIM-HTP VGM-HTP

Figure 8.30: Two test cases to quantify the propeller installation on different types of surfaces (in blue).

propeller to alifting surface. In this section, the time-averaged response of the lifting sur-
face of two example cases are investigated. Again, a tip-mounted propeller is selected,
and a case where the propeller is mounted more inboard, schematically shown in Fig.
8.30.

Key elements for these configurations are the offset of the Cy — a curve (which influ-
ences the trim on aircraft level), the slope of the Cy — a curve (that determines part of
the changes in longitudinal static stability), the maximum lift coefficient, and the control
surface effectiveness (which both determine the installation effect on control authority).
Although the findings discussed in this section are in particular tailored to the applica-
tion of a tailplane, the results also confirm the findings of other authors for a wing-tip
mounted application.

8.4.1. PROWIM-HTP: T1iP-MOUNTED PROPELLER

The impact of propeller thrust setting and elevator setting on the change in tailplane
loading is analyzed using both experimental and numerical data. Figure 8.31 depicts the
measured spanwise distributions of the normal-force coefficient for the three elevator
deflections and a range of advance ratios. The normal force is computed by integrating
the experimentally obtained pressure distributions. Two angles of attack are considered:
a =0 degand @ = +10 deg.

The propeller installation increases the normal force on the tailplane by locally in-
ducing a larger angle of attack and a higher dynamic pressure, with the largest increase
in ¢, observed in the part of the tailplane immersed in the propeller slipstream. The
loading distribution on the part of the tailplane outside of the slipstream is also altered
due to the changed trailing vorticity compared to propeller-off conditions, as discussed
in the previous section. The @ = 0deg case (Fig. 8.31a) shows that a positive deflection
of the elevator results in a significantly larger change of the normal force compared to
a negative deflection. Increasing the angle of attack to 10 deg, the difference between
prop-off and prop-on increases slightly. At this angle of attack, the net normal force on
the tailplane is positive and the tailplane tip-vortex is contra-rotating to the propeller for
6e + 10 deg. Consequently, the change in aerodynamic interaction between the two ele-
vator settings is now only related to a difference in tip-vortex strength. Two observations
can be made. First, a propeller that is co-rotating with the tailplane tip vortex still in-
creases the normal force due to the higher dynamic pressure in the slipstream. Second,
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the ACy of the counter-rotating case (6. = —10 deg) appears slightly higher at a = 10 deg,
indicating a higher Cy, . Figures 8.31c and 8.31d demonstrate the effect of the slipstream
on the local lift coefficient and shows that:

e The maximum lift coefficient is enhanced by up to ACy = 0.25 for the measured
range of advance ratios and is reached at approximately the same angle of attack,
in line with Ref. [238].

e There is an offset of the lift curve which changes the equilibrium condition.

* The lift-curve slope increases which is a combination of the higher dynamic pres-
!
sure, the fact that jT“ < 1 (see Section 8.2), and the reduced downwash gradient.
e The change in lift due to an elevator deflection at the same angle of attack is larger,

because the elevator itself is also increasing its effectiveness in addition to the
more effective main element.

* The stall behaviour is not significantly altered.
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Figure 8.31: Normal-force and lift coefficients obtained by integration of the measured pressure distributions.
Experimental data of the PROWIM-HTP model.
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To assess the local changes to the tailplane loading caused by the interaction with the
slipstream, the pressure distributions are analyzed. Figure 8.32 displays the measured
and computed pressure distributions at a spanwise station located inside the propeller
slipstream, for both the positive and negative elevator settings. The interaction with the
propeller slipstream introduces a number of differences in the pressure distribution on
the tailplane compared to the propeller-off case. First, for the case with the propeller
present the pressure coefficient at the stagnation point is above unity due to the in-
creased total pressure in the slipstream. This effect can also be observed on the pressure
side of the elevator. Second, the increased suction occurs primarily in the leading-edge
region, as is highlighted in the previous section. For the case with . = +10 deg (Fig.
8.32 (a)), this is reflected in a clear increase in the suction peak, while for the case with
e = —10deg the suction and pressure sides are interchanged compared to the propeller-
off condition. For both cases, this is due to a local increase in the angle of attack experi-
enced by the tailplane. The effect is especially pronounced in the leading-edge region of
the tailplane due to the finite height of the slipstream, as discussed in the previous sec-
tion. As already observed in Fig. 8.25, a change in angle of attack from «a; to @, with the
propeller present is not changing the shape of the pressure distribution. This means that
also at a higher angle of attack, the largest effect on the pressure distribution remains in
the leading-edge region. This is especially confirmed by the distributions in Figs. 8.32c
and 8.32d. These results suggest that the lift vector is tilted into the freestream direction,
and at the same time, the aerodynamic center of the airfoil is shifted towards the lead-
ing edge. This also means that the adverse pressure gradient becomes steeper with the
propeller installed. From the perspective of control, the integral force on the propeller-
tailplane model that are introduced by an elevator deflection is relevant. As already in-
dicated in Fig. 8.25, the elevator effectiveness is significantly increased by the propeller
installation, shown in Fig. 8.32e. The difference between the two elevator deflections
can be explained by the downwash distribution along the tailplane. In Fig. 8.27a it is
clear that the induced velocity field as a consequence of the slipstream deformation dif-
fers between +d.. This is observable in Fig. 8.32f in the downwash distribution, where
e = —10 displays a smaller reduction in downwash along the span. This means that
there is a lower impact of propeller installation on the lift distribution, hence a slightly
lower elevator effectiveness.
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Figure 8.32: Effect of propeller installation on tailplane pressure distributions and integral loads, a = 0 deg.
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The tilting of the lift vector corresponds to the two drag-reducing mechanisms (see
Section 8.3.1). The beneficial effect of propeller installation on the lift-to-drag ratio is
demonstrated in Fig. 8.33, which depicts the lift-to-drag ratio by the integration of the
experimentally obtained pressure distributions. The shear forces are therefore not in-
cluded. Since these are values for a certain section washed by the slipstream, the benefit
for the full lifting surface will obviously be lower, although the same trends will apply.
The following can be observed in case the propeller is rotating against the tailplane tip
vortex:

¢ The maximum two-dimensional ¢;/c,; ratio increases with propeller thrust coeffi-
cient.

e The maximum c;/c; occurs at a higher lift coefficient but at the same angle of
attack.

e The maximum lift coefficient increases significantly.

In case of a wing-mounted propeller configuration, these observations have a direct im-
plication on the aircraft performance. To achieve optimal cruise performance, either the
wing area is to be reduced if it were designed for propeller-off conditions, or the aircraft
should fly at a higher altitude. This also means that at low lift coefficient, the propeller-
off condition outperforms the propeller-on condition. This means that the propeller
installation is not beneficial for all lift coefficients. In other words, from the perspective
of the lifting surface, the installation benefit on lift-to-drag ratio is especially present
for medium to high lift coefficients. If a low lift coefficient is to be maintained (e.g.
for a tailplane mounted propeller), then additional drag is introduced if the propeller-
induced lift is to be counteracted by a trim deflection (further discussed in Section 9.2.2).
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Figure 8.33: Effect of propeller installation on lift-to-drag ratio of a section washed by the slipstream, de =0
deg. Results obtained by pressure integration for the particular spanwise section (shear forces not included).

The limited spatial resolution of the experimental data in the spanwise direction
masks the gradients in the loading distribution near the slipstream edge and the flap
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edges. Therefore, the CFD data are assessed to obtain more detailed loading distribu-
tions for the case at J = 0.8. Figure 8.34 presents the resulting spanwise distributions
of the time-averaged normal-force coefficient for the positive and negative flap settings.
For comparison reasons, both the propeller-off and propeller-on configurations are con-
sidered, while the available experimental data are also included. The presence of the
elevator is reflected in the loading distributions by the rapid changes in ¢, along the
span at 2y/by; = 0.18 and 0.81. The local decrease of ¢, at the spanwise location where
the propeller tip is located, is likely the result of the locally decreased static and total
pressure at the edge of the propeller slipstream introduced by the propeller tip vortices,
observed before in e.g. Ref. [250]. The fluctuations in normal force obtained from the
CFD analysis highlight that variations in ¢,, occur primarily in the propeller slipstream
region, with a magnitude of c¢,, = £0.01. The magnitude of these fluctuations is compa-
rable for the cases at 5 = +10 deg and 6, = —10 deg. Variations on the mean ¢, outside
the slipstream may be considered negligible. These changes are an effect of the time-
dependent vortex field associated with the tailplane sections immersed in the propeller
slipstream, further discussed in Section 8.5. The change in the time-average of the nor-
mal force on the nacelle with respect to the prop-off case is limited. The non-negligible
¢y fluctuations on the nacelle should be considered as an artefact of the selected pro-
peller geometry, and are not a general characteristic of the tailplane-mounted propeller
configuration.
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Figure 8.34: Spanwise distributions of normal-force coefficient for positive and negative elevator deflection.

The results in Figs. 8.31 and 8.34 resemble two counter-rotating propellers mounted
on each tip of a horizontal tailplane. To quantify the differences between the co-rotating
and counter-rotating cases for the current geometry, the full span of the tailplane is sim-
ulated with both elevators deflected by +10 deg for the co-rotating case, as depicted in
Fig. 8.35a. This reveals to what extent a superposition can be applied for each side of the
tailplane to arrive at a co-rotating propeller configuration. The input for the actuator-
disk model (see Ref. [133]) is the extracted blade loading from both the §. = +10deg and
0 = —10deg full-blade propeller simulations. This approach assumes that the nonuni-
form propeller loading for the co-rotating case is the same as for the counter-rotating
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case.

In Fig. 8.35b is shown that a co-rotating propeller installation leads to a loading dis-
tribution that is different than a superposition of each side. The fact that the loading
on the full tailplane is affected, including the circulation at the mid-plane, causes the
change in loading to be smaller. Additionally, at the mid-plane there is a finite gradient
in loading, which indicates that there is a cross-flow component. The appreciable effect
of this component on the aircraft yawing moment is demonstrated in Section 9.2.3. In
that case, there is also a fuselage that largely prevents the pressure communication, as it
act as a boundary condition with a certain height in z-direction [251].
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Figure 8.35: Computed spanwise load distribution on the PROWIM-HTP tailplane model for a co-rotating and
two counter-rotating propeller installations at / = 0.8 and « = 0 deg. The propellers are modelled by actuator
disks.

8.4.2. VGM-HTP: TAIL-MOUNTED PROPELLER

In Section 8.3 it is shown that compared to a tip-mounted propeller, a more inboard
mounted propeller has quite a different interaction with the lifting surface as the vortex
systems of the two elements are displaced with respect to each other. The strength of the
trailing vortices shed from the lifting surface vary significantly between the two rotation
directions, and it can therefore be expected that such installation also affects the aircraft
trim and stability characteristics. In terms of performance, in particular the change in
drag characteristics and the offset in the normal-force curve are of interest, as they influ-
ence the aircraft drag in trimmed conditions. From a stability perspective, primarily the
gradient of the normal-force curve, herein referred to as the effectiveness of the tail, is a
relevant quantity.

Since propeller installation is quantified relative to the propeller-off condition, it is
necessary to first assess the propeller-off condition. The propeller-off normal-force co-
efficient is plotted in Fig. 8.36a. At @ = 0 deg, there is a downforce on the tailplane due
to the wing-downwash. The presence of the fuselage leads to a drop in ¢, near the tail-
fuselage junction, such that a vortex is shed that is opposite in sign to the tip-vortex. This
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is the case for both a = 0 deg and a =5 deg. The added loading by the propellers, shown
in Fig. 8.36Db, are typical for an aerodynamic surface behind a propeller: the direction of
the local swirl determines the direction of the change in lift-force, and the distribution of
circulation redistributes the additional load in spanwise direction such that the changes
are not contained in the region where the slipstream impinges on the tailplane [37]. It is
noted that a normal force should not be mistaken with a lift-force: at a nonzero angle-
of-attack, the tailplane-drag also enhances the force normal to the tailplane. For either
rotation direction, the largest change in load occurs on the inboard part of the tailplane.
This can directly be related to the distribution of ¢, (y) of the propeller-off condition,
which reduces towards the tip because of the tip-relief effect. This effect is depicted in
Fig. 8.36¢ which is computed over the interval a = [0,5]. For the propeller-off case, the
average ¢y, of the outboard part is 39% lower than the one of the inboard part and would
be even lower if the tailplane had a lower aspect ratio.
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Figure 8.36: Effect of propeller installation on the tailplane load distributions and integral forces on the
VGM-HTP model, time-averaged results of full-blade CFD simulations, J = 1.8.

The combination of the varying c;, and the higher dynamic pressure in the slip-
stream leads to a net normal force on the tailplane with the direction depending on the
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rotation direction of the propeller, shown in Fig. 8.36¢. Besides the offset at a = 0, the
gradient Cy,, relative to the propeller-off condition is 17% higher for the outboard-up
configuration while the inboard-up rotation shows a 7% reduction for the cruise condi-
tion (J = 1.8). The difference between the two rotation directions is due to a combination
of the downwash distribution that is a function of the vorticity shed by the tailplane and
the varying inflow angle with angle-of-attack. Figure 8.36e reveals that the tailplane sec-
tions towards the root, are particularly affected by the propeller installation as locally
Cn, is twice the value of the propeller-off condition, despite the fact that these are out-
side of the region on which the propeller slipstream impinges. The 1/y character of ¢,
for the outboard-up rotation indicates that in particular the vortex stemming from the
tailplane—fuselage junction is manipulated by the propeller. This is confirmed in Fig.
8.29. Therefore, the rate at which the slipstream is changing on the inboard part of the
tailplane is yielding an opposite trend to what is observed in Fig. 8.36e: for the outboard-
up rotating propeller the swirl and dynamic pressure increase which reduce Cy, . There-
fore, the observed trends of Cy, are attributed to the interaction of the propeller vortex
system with the tailplane and not to the changing slipstream characteristics with angle-
of-attack.

The drag force on the tailplane is changed by a higher friction drag, a change of drag
as the added lift AL is titled relative to the freestream because of the swirl in the slip-
stream, and by the induced drag as the tailplane vortex system is influenced by the pro-
peller. A swirl which locally enhances the normal force in propeller-off condition, lo-
cally leads to a larger swirl-recovery by the tailplane [37]. Therefore at a = 0 deg, there
is a reduction of tailplane drag on the side of the downgoing blades as the tailplane in
propeller-off condition produces a positive normal force in z-direction, as shown in Fig.
8.37a. The tailplane sections that exhibit a high lift-to-drag ratio in propeller-off con-
dition, i.e. towards the root, also have a higher potential to reduce the drag locally for
a given swirl angle. At a > 0 deg, the drag reduction becomes less for the outboard-up
rotating propeller. Not only the absolute drag is reduced at a constant angle-of-attack,
also the integral tailplane drag at the same Cy depends on rotation direction, shown in
Fig. 8.37b. For higher angles-of-attack, for which there is a positive Cy;,, an inboard-up
rotating propeller leads to a lower drag at the same normal force.
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Figure 8.37: Effect of propeller installation on the tailplane load distributions and integral forces, J = 1.8.
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8.5. UNSTEADY RESPONSE OF LIFTING SURFACES

The previous sections have established the understanding of the time-averaged effect
of propeller installation on the forces acting on lifting surfaces that are relevant for the
overall aircraft stability and control characteristics. By analyzing time-dependent load
distributions on the lifting surface, not only insights are gained for structural design
perspective, they also reveal opportunities to reduce the unsteady loads produced by
the propeller-lifting surface combination. The observations made from those analyses
may drive design choices such as rotation direction, propeller position relative to the
airframe, and the tail size.

In Chapter 2 it is discussed that the local angle of attack, dynamic pressure, and static
pressure vary at each location inside and outside the slipstream. It is widely known
that this time-dependent slipstream induces unsteady pressures on a lifting surface
[94, 249, 252, 253]. These fluctuations lead to a relevant increase in noise compared to
the propeller loading noise [254, 255] and, in most circumstances, also cause the circu-
lation around a section of the lifting surface to be time-dependent. For pylon-mounted
propellers, several publications have shown significant reductions in unsteady pressures
by applying porous material near the leading edge of lifting surfaces [256-258], which is
the region where the largest pressure fluctuations occur [94, 112]. Even though these
strategies exist, the application of such material adds significantly to the profile drag
and reduces the lift performance [256]. Furthermore, while the reported reductions are
significant, these fluctuations cannot be removed completely by the application of such
material. The understanding which factors drive the unsteady response may therefore
lead to less intrusive design modifications, such that the lifting capability is not com-
promised. For example, a slight adjustment of the propeller operating condition or local
adaptations to the geometry such as the selection of the local chord length may already
be effective.

Previous studies on unsteady response of a surface in the proximity of a lifting sur-
face [94, 197, 245, 248, 253], have not discussed the role of nonuniform propeller loading
on the unsteady loads on the lifting surface. Furthermore, the focus on the effect of an
angle of attack, the rotation direction, and the spanwise location on the magnitude of
these unsteady loads is limited. In this section, these factors are addressed by quanti-
tying the unsteady component of the loading that manifest in structureborne noise and
vibrations to the rest of the airframe. The approach is therefore to limit the analyses by
only considering the aerodynamic phenomena that are dominant. The following ques-
tions are addressed herein:

e What is the effect of the spanwise location of a propeller on the unsteady loads on
the lifting surface?

* How does the nonuniform disk loading affect the time-dependent loading on a
lifting surface?

* What implication has a displaced slipstream due to an angle of attack on the load-
ing on a lifting surface?

e What design choices can be made that would reduce the overall vibrations trans-
mitted from the lifting surface to the fuselage?
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These questions are evaluated for propeller—tailplane combinations, where the lift
coefficient remains in the linear part of the lift curve, and the ratio of the diameter to
chord is relatively high. Nevertheless, the trends and conclusions that are identified are
also applicable for wing-mounted configurations where the lateral spacing of the pro-
pellers is such that there is no aerodynamic interaction between adjacent propellers.
First, an overview of the mechanisms that lead to unsteady loads is provided, based on
previous literature. This is required to explain the findings of this section, but also to pri-
oritize the phenomena that are relevant for further investigation. Subsequently, Section
8.5.2 presents CFD results of the unsteady interaction by using a representative test case.

8.5.1. MECHANISMS LEADING TO UNSTEADY LOADS

The mechanisms that lead to unsteady loads on the lifting surface have been presented
in several studies, of which a brief overview is given in this section. Prior to assessing the
impact of the unsteady flowfield on the loading on the lifting surface, it is necessary to
revisit the instantaneous flowfield introduced by the propeller. The flowfield will provide
an indication what regions of the lifting surface will generate unsteady loads, of what
trends can be expected, and will allow for hypotheses to be formed such that specific
quantities are investigated in the following.

A typical instantaneous flowfield behind a propeller in isolated conditions is de-
picted in Fig. 8.38. The tip vortices are clearly visible, which introduce strong velocity
and pressure gradients to a lifting surface. From the horizontal survey lines it is clear that
even outside the slipstream, there is a time-dependent flowfield. Inside the slipstream,
in addition to the velocities induced by the helical vortex system, the blade wakes also
introduce local variations.
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Figure 8.38: Experimental results of an instantaneous flowfield showing that the length scale of the
perturbation strongly varies in the slipstream. PIV results of the XPROP propeller (Section 3.4). Conditions:
J=18, ﬁ0.7Rp =45 deg.
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In Section 2.3.3, more specifically Fig. 2.20, it is shown for an isolated propeller that
the time-dependent component of a typical slipstream is primarily confined to the shear
layer of the slipstream, introduced by the tip vortices that convect downstream. This is
a well-known characteristic, e.g. also shown in Refs. [109, 116, 259]. As it is the vortex
system that is the main cause of the unsteady flowfield, the magnitudes of these fluc-
tuations are directly related to the blade loading. This is visualized in Fig. 8.39, which
depicts the spread of local swirl angle and axial velocity around their mean values as a
function of T¢. It is clear that with higher T¢—therefore stronger tip vortices—the mag-
nitude of the fluctuations in the flowfield increase. A relevant condition is therefore a
case of high disk loading.

=)}
(o)

a

Spread V. /V_ [-]

\S]

N
Spread swirl angle ¢ [deg]
r/Rp [-

1.4 8 .
0.5 spread
1.2 . 04
— 1.0 — 1.0 =3
- &
g o8 : 02
0.6 ’ : 0.2
0.4 . 0.1
0.2 0 0.2 0.0
0 02 04 06

0. . 0.0 02 04 06
T C ['] T C [']
(a) Radial variation of the unsteady flowfield (b) Nllustration of the axial
velocity variations in the
slipstream

Figure 8.39: Unsteady flowfield in the slipstream of the XPROP propeller (8 7 Rp =45 deg) ata=0degasa
function of thrust coefficient. Time-averaged full-blade CFD results.

Figure 2.21 in Section 2.3.3 shows that the extent of the fluctuations in the flowfield
depends on the considered flow quantity. The static pressure perturbations are primarily
confined in the core of the tip vortices, while the velocity perturbations are distributed
over alarger region. Itis noted that since this flowfield is obtained from CFD simulations,
the spatial extent is larger than would occur in an experimental setup due to numerical
diffusion. The time-dependent flowfield along the remainder of the propeller radius is
partially introduced by the blade wakes and partially by the induced velocities (see Sec-
tion 2.1.1). This will lead to fluctuations in the force coefficient along a large part of the
span.

Figure 8.40 provides a few examples of the mechanisms. A distinction can be made
in the effect of the periodic inflow on the response of the lifting surface: ‘Direct lifting-
effects’ and ‘Lifting-effects due to interaction’.
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Figure 8.40: Different causes of propeller-induced unsteady loading on a lifting surface, based on Refs.

[94, 110, 174, 248, 249].
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e Fluctuating inflow. The fluctuations of local angle of attack and dynamic pressure
ahead of the airfoil directly change the local lift and drag coefficient of the airfoil.
The two regions that entail the largest fluctuations in terms of magnitude and gra-
dient are the tip vortex and the viscous wakes that trail from the blades (see e.g.
Fig. 2.19). This fluctuating inflow could therefore be seen as a two-dimensional
effect, comparable to a two-dimensional airfoil experiencing a disturbance such
as a gust [111]. Although the frequency of the disturbance is the same along the
span, the time-scale of the perturbation highly depends on the radial coordinate
and therefore spanwise location. This strongly varying flowfield is depicted in Fig.
8.38. In Ref. [112] it is highlighted that the reduced frequency Ujfniﬁ of the pertur-
bation on alifting surface has a profound effect on the magnitude and phase delay
of the response, i.e. unsteady lift and drag. For a given magnitude of the pertur-
bation, the response is larger if the reduced frequency of the perturbation is lower.
In other words, not only the magnitude of the disturbance is important, also the
advance ratio.

o State of boundary layer. The elevated turbulence level in the turbulent wakes that
trail from the propeller blades affects the transition location on the lifting surface,
for example shown in Ref. [110]. Between the passing blade wakes, the flow can be
laminar. This alternating state of the boundary layer introduces periodic loading
in drag and lift direction. This contribution can be expected to be small compared
to the lift and drag due to a fluctuating inflow. Moreover, at typical flight Reynolds
numbers, this contribution is even reduced, since it can be expected that a smaller
chordwise fraction of the boundary layer is laminar. Therefore, this not further
discussed in this dissertation.
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LIFTING-EFFECTS DUE TO INTERACTION

Due to the three-dimensional character of the aerodynamic interaction, the unsteady re-
sponse also depends on this interaction. Reference [243] presents a fundamental study
on vortex—surface interactions, together with an extensive literature review on the vor-
tex deformation, redistribution of vorticity, and interaction with a boundary layer. More
specifically, the typical interaction of a helical vortex with a lifting surface is further dis-
cussed in Ref. [174]. That reference identifies the various phenomena that take place:
the vortex bends around the leading edge, the helicity changes, the vortex interacts with
the boundary layer, and there is periodic vortex shedding from the trailing edge. It is
shown that the transport of the vorticity in downstream direction depends on the load-
ing of the lifting surface as well as the viscous interaction with the boundary layer. The
following distinction can be made in the effect of interaction on the unsteady loads:

* Pressure effects. A vortex that has a normal component to the chordline is split at
the stagnation point. The low static pressure in the propeller tip vortex is therefore
encountered by the lifting surface and the downstream convection of the vortex
along the surface of the airfoil leads to local pressure fluctuations. If on each side
of the lifting surface these are out-of-phase, the pressure difference leads to a net
force [94, 253]. This is typically the case if there is circulation around the airfoil and
in case of a shear of the slipstream in spanwise direction. An example of both is
shown in Fig. 8.41, where there is a clear net pressure difference between suction
and pressure side depending on the time instance. The magnitude of the pres-
sure fluctuation is relatively small compared to the time-averaged pressure distri-
bution. For higher thrust settings, the local fluctuating pressures may also lead to
earlier (periodic) boundary layer separation, as the local adverse pressure gradient
is increased, for example discussed in Ref. [243].

» Vortex—surface interaction. The spanwise displacement that is discussed in Section
8.3.1 induces a significantly different flowfield than an axisymmetric slipstream.
The displacement of the split vortex at the trailing edge leads to vortex shedding.
When the two displaced vortices on each side of the surface are shed, there is a
downwash induced in between, which in turn affects the loading on the lifting
surface periodically. Any response at spanwise location y due to a disturbance
introduced by the propeller at the same spanwise location, is therefore spread in
+y directions. This is inherently a three-dimensional effect, as shown in Fig. 8.42.

e Vortex—vortex interaction. As discussed in Ref. [165], two vortices in proximity of
each other interact. This means that the propeller helical tip vortex and the tip
vortex of the lifting surface interact, especially when the two cores are sufficiently
close to each other. This leads to a displacement and reorientation of the vorticity,
which in its turn affects the induced angle of attack to the lifting surface in a time-
dependent manner. The periodic shedding is clearly observable in Fig. 8.42.

In Ref. [97] it is discussed that the helical vortex system can start to break down
when it encounters a sufficiently large disturbance. Since the encounter with the
lifting surface inherently leads to a deformed helical vortex system, this interaction
can lead to a non-periodic flowfield, which in turn affects the loading on the lifting
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surface. However, as demonstrated in Section 6.2, a displacement of the helical
vortex far downstream has a negligible upstream effect.
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Figure 8.41: Time-averaged and time-dependent pressure distribution for the case PROWIM-HTP model
a =0degand e = +10 deg. The shaded area indicates the spread of the pressure fluctuations over a full
propeller rotation.
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Figure 8.42: Instanteneous vortex field for inboard-up rotation on the VGM-HTP model in cruise conditions,
J =1.8, a =0 deg. Viewed from below, isosurface shown only part of the y-values.

8.5.2. QUANTIFICATION AND MITIGATION OF UNSTEADY LOADING

The magnitude, phase, and shape of the unsteady loads depend on various factors.
Based on the slipstream shape (Chapter 2) and the knowledge of interaction between
the helical vortex and lifting surface, it can be expected that the unsteady response de-

pends at least on:
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e Circulation around the lifting surface

e The chord length of the lifting surface relative to the pitch of the helical vortex
system

e The gradients of the slipstream, which depend on the spacing between propeller
and lifting surface, the drag coefficients of the propeller blade sections, and the
strength of the tip vortices

e Aerodynamic characteristics of the lifting surface

 The relative position of the propeller vortex system to the vortex system of the lift-
ing surface

A representative case ideally covers all these aspects to a certain extent. The rele-
vance of propeller-induced vibrations is especially important for the configuration of a
horizontal tail-mounted propeller configuration, since the main reason for the specific
propeller location is improved passenger comfort. Since the design of the tailplane is
less constrained than the wing design, the tailplane lends itself for more design free-
dom compared to a wing-mounted propeller installation. The selected configuration
for the analyses is therefore the VGM-HTP model (see Section 3.3.5). This case allows
for the distinction between the vortex system that impinges on an inboard part of the
lifting surface, as well as the outboard part, which are two fundamentally different prob-
lems. It also illustrates the unsteady interaction between the tip vortex of the tailplane
and the helical vortex system. Furthermore, the lift acting on the lifting tailplane greatly
varies between flight conditions; from a downforce at low angle of attack, to a large lift at
high angles of attack, which allows for the investigation of the effect that these parame-
ters have on the unsteady loads. The combination of a relatively low aspect ratio of the
tailplane (leading to strongly varying circulation along the span) and the mounting of
the propeller at 70% of the span, allows for the assessment of spanwise location. More
specifically, for a given design, the effect of lift coefficient, rotation direction, and layout
of the tailplane on the unsteady loads are investigated.

First, to separate the propeller-induced loading in a mean and unsteady component,
the normal-force distribution is depicted in Fig. 8.43. The spread indicates the mini-
mum and maximum value at each spanwise location over a full propeller revolution. It
is this force component that has the largest time-dependency; drag force fluctuations
are a factor 10 to 30 smaller. Based on these distributions, several observations can be
made:

* The spread is distributed relatively evenly within the slipstream and the force fluc-
tuations are of the order of £10% around mean value that is induced by the pro-
peller, in line with Ref. [248]

* QOutside of the slipstream, the unsteady effect is small, but still present. The vary-
ing circulation along the tailplane still influences the downwash behind the lifting
surface, and therefore also the loading between the fuselage and slipstream edge.
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¢ The unsteady loads on the outboard part of the tailplane are different in magni-
tude and the distribution does not resemble the distribution on the inboard part

of the tailplane. The spanwise location of the slipstream impingement plays there-
fore an important role.

¢ On the outboard part of the tailplane, it appears that the amplitude of the time-
dependent loads does not significantly depend the direction of the tailplane tip
vortex relative to the direction of the helical vortex.
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Figure 8.43: Time-averaged and spread of the propeller-induced normal-force distribution at J = 1.8, CFD
results of the VGM-HTP model.

From Figs. 8.43a and 8.43b it appears that there is quite a difference in spread on the
inboard loading between inboard-up and outboard-up rotation. Going from a = 0 deg to
a =5 deg, the spread is increasing for the outboard-up rotation, while it is reducing for
the inboard-up rotation. Partially, this can directly be related to the strength of the pro-
peller tip vortex (see Fig. 8.16b). Moreover, the spread appears to be more pronounced
on the inboard part of the tailplane. On the outboard part of the tailplane the unsteady
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loads are negligible. It is clear that the unsteady response of the lifting surface is not
confined to the location where the tip vortices impinge, but instead is distributed over a
large part of the tailplane. The different amplitudes of the fluctuations are summarized
in Figs. 8.43c and 8.43d, indicating that especially for the inboard part of the tailplane,
different patterns can be distinguished. The physical mechanism that underpins this
behaviour is not clear.

More insight is gained by not only considering the variation, but also the power of
the unsteady loads. The standard deviation is plotted along the tailplane span in Fig.
8.44a. A clear set of nearly self-similar distributions are shown with the largest amplitude
slightly inboard of the impingement of the tip vortex core. This already suggests that not
the low pressure in the vortex is the cause of unsteady loads, but it is the velocity field
induced by the vortex that causes the strongest fluctuations. From the distributions in
Fig. 8.44a it is clear that even though the distributions have similarities, there are clear
differences in the shape. Especially the case of an outboard-up rotation at ¢ = 0 deg
shows a very irregular unsteady loading and is an outlier.

0.012 T " " . . 0.4
IU a =0 deg
0.010 — = —IU & =5 deg =
= 0,008 - OUa=0deg | g 037
= —— —OUa=5deg | © — Typelll
SV B Y 1 /AR G = RN
cj-; 0.006 OU a =8 deg 2 02k Type 11
) =S
=] S
S 0.004 | 1 5
Z o0l
0.002 &7 1
=</l K—\m Type I
0.000 —= : : : 0.0 : : i : :
0.0 0.2 0.4 0.6 0.8 1.0 0.0 0.2 0.4 0.6 0.8 1.0
Spanwise coordinate 2y/by  [-] Spanwise coordinate 2y/b, [-]

(a) Standard deviation of the normal-force coefficient. (b) Standard deviation of the normal-force coefficient
normalized with average thrust over 6 = [45,135] deg.

e N

\ \ \ / 7 q /

— ! N L N\ N\

Type I: Type 1I: Type I1I:
Nearly equal number vortex pairs Unequal number vortex pairs ~ Unequal number vortex pairs + shifted

(c) Identified types of slipstream development causing unsteady loads.

Figure 8.44: Computed unsteady loads induced by the propeller on the inboard part of the horizontal
tailplane, CFD results of the VGM-HTP model.

The difference in amplitude of the unsteady loads between the different rotation di-
rections and angles of attack is partially caused by the different blade loading for each of
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these cases; the rotation direction and angle of attack lead to unequal strength of the tip
vortices, and therefore in the unsteady response on the lifting surface. To demonstrate
the importance of the different blade loading relative to the type of interaction, the dis-
tributions in Fig. 8.44a are normalized by the average thrust coefficient in the quadrant
0 = [45,135] deg. By applying this normalization, the effect of a varying vortex strength
is removed, such that the type of interaction can be identified. In Fig. 8.44b, three dif-
ferent characteristic shapes (labelled I, II, III) are distinguished on the inboard part of
the tailplane, based on the development of the propeller tip-vortex. The three patterns
are reconstructed from the computed flowfields from the CFD simulations and are de-
picted in Fig. 8.44c. TypesI and Il have an equal number of vortex pairs that reside at the
tailplane at each time-instance. For Type I, the helical vortex cut by the lifting surface
reconnects at the trailing edge [174] nearly instantly without a chordwise displacement.
For Types II and I1J, there is larger spanwise displacement of the helical tip vortices. Fur-
thermore, Type I has a constant number of vortex pairs; at the time-instance a vortex
impinges the leading edge, a vortex pair leaves the trailing edge. This is not the case for
Type III, where there is an alternating number of vortex pairs residing on the tailplane.
Table 8.1 summarizes the properties of these three types of tip-vortex interaction with
the lifting surface.

Table 8.1: Qualitative rating of the factors of the helical vortex system that influences the unsteady loading on
the lifting surface.

Type Equal number of Number of vortex pairs ~ Spanwise displacement  Unsteady loads
vortex pairs on each side

I v Constant Small Low

1I v Alternating Large Moderate

111 X Alternating Large High

For the outboard part of the tailplane, where the center core of the propeller tip vor-
tex does not impinge on the tailplane (see Fig. 8.42), the spanwise distributions do not
differ significantly between the rotation directions or different angles of attack. For this
reason, only one distribution is shown in Fig. 8.45a. For 2y/by; = 0.8 to 0.9, the fluctua-
tions in the normal-force coefficient resemble the fluctuations between 2y/by; = 0.5 to
0.6, although the magnitude is somewhat reduced, due to a weaker response to a dis-
turbance if that disturbance is encountered near the tip of a lifting surface. Near the tip,
two clear structures can be identified: initial impingement and vortex shedding. From
the analyses of the flowfield from the CFD simulations it is clear that these are the con-
sequence of the initial impingement of the helical vortex system and a periodic vortex
shedding at the trailing edge. Due to the spanwise translation of the helical tip vortex as it
is in the proximity of the tip of the tailplane, the vortex shedding occurs more inboard. A
schematic of this vortex-vortex interaction is depicted in Fig. 8.45b. The results indicate
that in case the unsteady loads are to be reduced, the span of the lifting surface should
be selected such that its tip vortex is not in the vicinity of the helical vortex system. This
means either a span extension of the tailplane or a reduction by at least 15-20% of the
propeller radius. This is also a recommended value in aerodynamic and aeroacoustic
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evaluations of the counter-rotating open-rotor system (CROR), see Ref. [260].
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Figure 8.45: Computed unsteady loads on the horizontal tailplane induced by the propeller, CFD results of the
VGM-HTP model.

To demonstrate that in many cases the most important part of the unsteady loads are
introduced on the inboard part of the tailplane, the integral values of the normal-force
coefficient over a 1/ B propeller revolution for the inboard part of the tailplane are plotted
in Figs. 8.46a and 8.46b. The loads on the outboard part are plotted in Figs. 8.46d and
8.46e. If there is no phase lag due to structural deformation and differences in stiffness
along the tailplane, these values represent the forces at the root of the tailplane which
are transferred to the fuselage. As can be seen from the figures, the phase shifts of the
loads for a > 0 relative to the case of a = 0 are primarily caused by the apparent phase
offset due to a deflected slipstream, as highlighted in Fig. 8.12. While for vortex Types II
and III the response is nearly sinusoidal, for Type I the amplitude is greatly suppressed
(Fig. 8.46a, a = 0 deg). This is the result of the opposingrise in loading at the leading edge
and areduction in loading at the trailing edge. The figures also confirm the hypothesis of
more pronounced unsteady loads on the inboard part of the tailplane by nearly a factor
two.

The fact that the rise and reduction in load on each side of the propeller are not in-
phase leads to a time-dependent shear force at the root of the fuselage. If they would
be exactly 360/ (2B) deg out of phase, the loads would partially cancel for this operating
condition. Such a difference can be achieved by staggering the inboard and outboard
part of the lifting surface, or by applying sweep. An even further reduction of unsteady
loads can be achieved if the chord of the tailplane is chosen such that it is a multiple
of the pitch of the helical vortex such that vortex Type I exists. It is noted that this only
applies for a given advance ratio.

Another hypothetical way to reduce the unsteady loads that are transmitted to the
fuselage, is to compare the phase angles of the propeller and tailplane loads. Pro-
vided that the propeller shaft load is also periodic, the spacing between propeller and
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Figure 8.46: Time-dependent fluctuations of the normal-force coefficient on half of the tailplane, normalized
with Sy, CFD results of the VGM-HTP model.

tailplane can be selected such that the propeller shaft load is exactly out-of-phase with
the tailplane loading. This would minimize the loads transmitted to the cabin. How-
ever, the unsteady load on the propeller shaft is an order of magnitude smaller than the
loads acting on the tailplane. Therefore a selection of the spacing between the disk and
tailplane should not be motivated to introduce a phase-offset between the propeller and
tailplane loads. Instead, a larger spacing lowers the magnitude of the velocity perturba-
tions in the slipstream and therefore the unsteady loads on the lifting surface.

8.6. CONCLUSIONS

This chapter has addressed the time-averaged and time-dependent loading on a lifting
surface that is caused by installation of a tractor propeller ahead of it. It is a research
topic that has been studied by a large number of authors, especially in the light of a
wing-mounted propeller configuration. The previously identified trends of the response
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of a lifting surface to a slipstream have also been confirmed in this chapter.

In the presented work, the complex interaction is further explored with the objective
of providing handles that are useful for 1) developing an understanding what level of
modelling is required to capture the relevant effects, 2) support design choices, and 3)
further development of knowledge on the interaction between the vortex systems of the
propeller and lifting surface. The test cases also provide insight in typical values and
trends that can be expected, which may be useful for engineering problems. The main
conclusions that have not been discussed in literature before are categorized as follows:

FUNDAMENTAL AND TIME-AVERAGED AERODYNAMIC INTERACTION
One of the effects of propeller installation is that the inflow to the lifting surface is no
longer the inflow produced by an isolated propeller:

* The strongest changes of flowfield quantities with angle of attack occur at the
edges of the slipstream. The smallest changes of flowfield quantities with angle
of attack occur if the lifting surface is positioned at the propeller rotation axis.

e The gradient of the local angle of attack a' relative to the freestream value da’ i

? daso
reduced by the propeller due to the change loading on the disk.

e QOutside the slipstream the change in the flowfield with respect to angle of attack is
larger than inside the slipstream caused by both the deflected slipstream and the
presence of the nacelle. The effect of the slipstream deflection is estimated to be
three times more prominent than the presence of the nacelle.

* An angle of attack leads to a phase shift of the helical tip vortices on the advancing
side and retreating side of the propeller. This directly affects the unsteady loads on
the lifting surface.

e The installation effect of adjacent propellers is twofold. First, at the symmetry
planes larger velocity and pressure gradients are introduced. Secondly, the slip-
stream is less contracted at the symmetry plane, while more contraction is ob-
served on the upper/lower side of the array of slipstreams. The slipstream area is
nearly constant, as the reduction in thrust is negligible. The larger contraction on
the upper/lower side of the array of slipstreams leads to a smaller angle of attack
in case the propellers are mounted below the wing chord line, compared to a case
where there is no interaction between the adjacent propellers.

On the interaction of the slipstream with a lifting surface, the following can be con-
cluded:

* The results show that the change in loading due to an angle of attack is more con-
centrated towards the leading edge. When the propeller is spinning and the angle
ofattackisraised from a; to ay, the changein loading resembles the distribution of
the propeller-off case if the two pressure distributions are normalized. Therefore,
the propeller-tailplane combination behaves in the same way as the propeller-off
case: the presence of the slipstream can be described as a change in local lift curve
slope.
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If the change in loading is obtained through a change in advance ratio, i.e. going
from T¢, to T¢,2, the pressure distribution is not the same as a change in angle of
attack. This is caused by a finite height of the slipstream relative to the chord of
the lifting surface. Therefore, for low Dy/c ratios, the design of the leading edge
of the wing becomes relatively more important. This is, for example, the case for
distributed propellers along the leading edge.

The propeller increases the effectiveness of the flap/elevator and this increase is
nearly inversely proportional with advance ratio. By the deflection of a control
surface/high-lift device, there is relatively more loading toward the leading edge
of the main element and the leading edge of the control surface.

e Slipstream deformation is, in addition to the variation of spanwise loading, caused
by a change in helicity of the propeller tip vortex.

¢ The portion of the span that is washed by the propeller, the local downwash angle
is reduced. Outside this region, the downwash angle increases.

¢ Independent of rotation direction, the largest reduction of in-plane kinetic energy
is observed between the leading edge and quarter chord of the lifting surface due
to the presence of a nonpermeable boundary. More downstream, the kinetic en-
ergy deposition is further reduced if the propeller is rotating against the tip vortex
direction of the lifting surface.

¢ For a tip-mounted propeller configuration with the propeller rotating against the
wing tip-vortex, the portion of the wing washed by the propeller has:
— Ahigher lift coefficient at the same a
— Ahigher lift curve slope
— The angle of attack at which maximum lift coefficient is reached is approxi-
n mately independent of the propeller installation
— A higher lift-to-drag ratio at the same angle of attack
— The maximum c;/c 4 is achieved at higher ¢;
— At low lift coefficients, the c;/c; is lower compared to the propeller-off con-
dition

By varying the relative spanwise position of the vortex systems from the propeller
and lifting surface, the following can be concluded:

e Compared to a tip-mounted propeller, if the propeller is mounted close to the
fuselage, the jump in circulation at the propeller rotation axis is stronger than the
propeller hub vorticity. This is the result of a higher gradient of the section lift
coefficient with angle of attack if it is further away from the tip.

¢ Compared to a tip-mounted propeller, if the propeller is mounted close to the
fuselage, the main installation effect on the gradient of the normal force is ob-
tained on the inboard part of the tailplane. This is driven by the three vortices
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shed from the lifting surface at three distinct locations: at the root, at the edge of
the slipstream, and at the propeller rotation axis. For an inboard-up rotating pro-
peller, these three lead to a larger downwash gradient compared to the outboard-
up rotating propeller. An inboard-up rotating propeller in such installation there-
fore leads to a lower normal-force gradient of the lifting surface compared to an
outboard-up rotation.

UNSTEADY AERODYNAMIC INTERACTION AND MITIGATION STRATEGIES

The analysis of the time-dependent load distributions on the lifting surface do not only
gain insights for structural design perspective, also opportunities are revealed to reduce
the unsteady loads produced by the propeller-lifting surface combination. The obser-
vations made from those analyses may drive design choices such as rotation direction,
propeller position relative to the airframe, and the tail size. The following main conclu-
sions are formulated that have not been identified in previous literature:

e Three types of slipstream deformation have been identified that lead to vastly dif-
ferent unsteady loads on a lifting surface. The local chord length relative to the
pitch of the helical vortex is found to be the driving parameter to affect the un-
steady loads.

* The largest unsteady loads can be expected on the inboard side of the lifting sur-
face.

e The fact that the rise and reduction in load on each side of the propeller are not in-
phase leads to a net shear force and bending moment at the root of the fuselage.

* Close proximity of the helical tip vortex to the tip vortex of the lifting surface is
undesired because the associated periodic vortex interaction introduces unsteady
loads on the lifting surface.

e The strongest unsteady loading increase even further with angle of attack in case
the propeller rotates outboard-up since the strength of the tip vortices increases.

» At elevated angle of attack, a phase difference arises between the response of the
normal force on the inboard and outboard part of the lifting surface.

* The unsteady loading is strongly dependent on angle of attack, rotation direction,
and therefore is directly dependent on the propeller loading distribution.
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ASPECTS OF AIRCRAFT STABILITY,
CONTROL, AND PERFORMANCE FOR
UNCONVENTIONAL PROPELLER
INTEGRATIONS

9.1. INTRODUCTION

Previous chapters have investigated several propeller installation effects on component
level for unconventional propeller configurations. More specifically, the installation ef-
fects on the aerodynamic characteristics of lifting surfaces (i.e. a wing or tailplane) and
the effect of the presence of the airframe on the propeller forces and moments have been
quantified. An advantage of the assessment of the aerodynamic interactions on compo-
nent level is that the conclusions can be generalized, at least to a certain extent. However,
the installation effect on aircraft level based on these studies is not evident, e.g. in case
the aerodynamic interaction influences multiple surfaces, when the shift in the neutral
point is to be determined, or when the trimmed lift-to-drag curve is to be quantified.
Furthermore, the construction of aircraft moment curves with the purpose of designing
a control system or flight dynamics model is challenging as the superposition of individ-
ual components is generally not possible because of the aerodynamic coupling between
components.

The relative location of the propellers to the wing, fuselage, and stabilizing surfaces
will determine the propeller contribution to static stability, trim drag, maximum lift co-
efficient, and ultimately, the fuel consumption for a given mission profile. Examples of
‘direct contributions’ are the changed aircraft lift-to-drag ratio, propeller efficiency, and
available excess thrust. Examples of ‘indirect contributions’ are design adaptations such
as the tail size (and weight), the control surface area, the wing area, and the effectiveness

Parts of this chapter have been published in Ref. [119].
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of high-lift devices [39, 61, 63, 65-67]. Moreover, indirect performance benefits could
also be achieved if weight reductions are realized while vibration and noise levels are
maintained relative to a reference case.

In this chapter several ‘direct contributions’ of propeller installation on aircraft level
are investigated in detail. The key quantities that are of interest for unconventional con-
figurations include:

* The product 1, g—IL) is a measure for the fuel consumption [261].

¢ Offsets in pitching and yawing moment curves as these determine the required
trim input to nullify the moment about a reference point.

¢ The change in the slope of the moment curves determine the changes in static sta-
bility. Practically, the shift in the neutral point, together with a static margin, deter-
mines whether the range of allowable center of gravity locations is compromised
or extended. Furthermore, the dependency of the slope of the moment curves also
affects the flight dynamic behaviour (which is out of the scope of this dissertation).

¢ Control effectiveness. The effect of propeller installation on the effectiveness of
the control surfaces does not only determine their size for the sizing flight condi-
tion, also the change in drag due to deflection is relevant when deflected to trim
the aircraft. The dependency of the moment due to a control deflection on thrust
is also indicative of the initial dynamic response to a control surface deflection.

¢ Airframe lift. Changes in lift due to a change in thrust also affects the aircraft atti-
tude during (optimal) cruise, as well as the flight dynamic behaviour. For example,
a large drop in lift with higher thrust coefficient is undesired in case of a balked
landing.

¢ Airframe maximum lift. The maximum lift coefficient determines the low-speed
performance for transport aircraft, and thereby is a constraint on the sizing of
the wing. As is presented in the following sections, propeller installation leads
to changes in aircraft stability, and the maximum useable lift coefficient may be
compromised when the true maximum lift coefficient is achieved in an unstable
flight condition.

e Aircraft axial force. The airframe drag in cruise condition directly affects the fuel
consumption, while climb and manoeuvring performance are also affected by the
airframe drag [67]. Moreover, the propeller installation may reduce or increase
the (specific) excess thrust in accelerating or climb conditions by changes in the
installed airframe drag and propeller thrust.

¢ Propeller efficiency in the direction of flight. In Chapter 7 it is shown that the
installation of propellers leads to a resultant force vector which generally is not in
the direction of flight.

Conclusions on these indicators can also provide a direction on the installation im-
pact on overall aircraft design and performance. It is noted that besides these quantities,
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also required design changes impact aircraft performance. For example, an aft empty-
aircraft center of gravity for tail-mounted propellers leads to a large excursion of the cen-
ter of gravity and a fully loaded aircraft therefore has large trim drag [25, 29, 86, 132, 262—
265], while structural design challenges arise for tip-mounted propellers [266]. Such air-
craft design studies in terms of weight estimations and the sizing (procedure) of lifting
surfaces are not discussed in this chapter. For comparisons of propeller installation ef-
fects on overall aircraft design to estimate e.g. fuel efficiency, the reader is referred e.g.
Refs. [25, 265, 267].

The translation of the aerodynamic interaction on component level to aircraft level
requires the definition of a certain configuration, together with an assumed range of
center of gravity locations and operating conditions. To this end, two aircraft configura-
tions (depicted in Fig. 9.1), which have been used throughout this dissertation act as test
cases. These are selected since they differ substantially from each other in several ways:

* VGM-HTP. In this case the propeller is influenced by the airframe and is mounted
behind the center of gravity. In turn, the slipstream directly influences the stabi-
lizing surfaces at the back of the aircraft.

e A320-DP. In this case the wing is influenced by multiple propellers that are
mounted to its leading edge. This means the propellers are positioned ahead of
the center of gravity, and their slipstreams and the modified downwash field trail-
ing from the wing both influence the stabilizing surfaces at the back of the air-
craft. This aircraft has a moderately swept wing and resembles a short to medium
range aircraft. Although the introduction of such (a high) sweep is not envisioned
for (near) future propeller-driven aircraft, it introduces several unique interaction
phenomena that are not displayed for wing with low or no sweep angle. Therefore,
the presented findings are still useful for propeller-driven aircraft at high subsonic
flight Mach numbers that could become reality.
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(a) VGM-HTP model to investigate (b) A320-DP model to investigate
longitudinal & directional stability, control  longitudinal stability and performance
and performance aspects aspects

Figure 9.1: The two aircraft models selected to identify and quantify the propeller installation effects on
aircraft level.
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Several studies have already investigated aspects of stability, control, and perfor-

mance for these configurations. Especially on the wing-mounted propeller configura-
tion numerous publications appeared since the early days of aviation. Those findings
also apply to a certain extent for distributed propulsion systems, where a larger part of
the wing is affected by the propellers. For those configurations, typically more design
freedom is available in the particular placement of the propellers. For wing-mounted
propeller configurations, the following conclusions are found in open literature:

The slope of the lift curve of the full aircraft (including propeller contribution) sig-
nificantly increases with higher thrust coefficients [268].

The wing aerodynamic characteristics, i.e. lift, drag, pitching moment, yawing
moment, and rolling moment, are highly influenced by the spanwise location and
rotation direction of the wing-mounted tractor propeller [36, 45, 242, 269].

The high-lift capabilities in take-off condition and approach condition can signif-
icantly be enhanced [38-44].

The downwash angle € and the (average) downwash gradient g—; at the horizontal
tailplane typically increases with thrust coefficient [160], even when the slipstream
is not impinging on the horizontal tail. The complex flowfield at the tail surfaces
leads to large variations of static longitudinal stability between various aircraft at-
titudes [39, 62-66].

The wing-induced cross-flow to the vertical tailplane affects the directional stabil-
ity and trim [39, 62, 173, 251, 270]. For a high-wing configuration with one engine
inoperative, this interaction effect is of the same order as the propeller-only con-
tribution to the yawing moment [271].

In case of a co-rotating configuration, the drag difference between each side of the
wing leads to a net yawing moment [37].

While the installation effect of a nacelle on the propeller is small [272], the effect of
the nacelle on the wing is significant, leading to lower maximum lift coefficients, a
disturbed wing loading, and higher drag [273].

For configurations where the propellers are either mounted to a pylon behind the wing
or to the horizontal tailplane, the following main conclusions are presented in open lit-
erature:
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In Refs. [25, 86, 131, 229, 268, 274] it is concluded that a rear-installation of two co-
rotating propellers does not adversely affect the longitudinal and directional sta-
bility characteristics compared to the uninstalled configuration. The installation
effect is typically described as ‘small’ while stronger effects had been hypothesized
in most of these studies. An experimental campaign performed by Ref. [229] shows
an appreciable effect of the propeller installation on the change in trim, static sta-
bility, and control authority.



9.1. INTRODUCTION

* The vertical tailplane size can be reduced because of the smaller moment arm to
the fuselage symmetry plane and the lower sidewash on the vertical tailplane in
case of a one-engine-inoperative condition, leading to an estimated 4% reduction
of total aircraft drag [268].

* The propeller also impacts the flow angle outside the slipstream since the con-
traction of the slipstream leads to curved streamlines outside the slipstream. This
effectively increases the downwash angle in case of a T-tail configuration. At the
same time, the propeller reduces the dynamic pressure at the T-tail by approxi-
mately 1% of the freestream dynamic pressure [268]. For a pylon-mounted contra-
rotating open-rotor, the pressure drag on the fuselage could increase by 3% com-
pared to the propeller-off case.

¢ Aerodynamic performance benefits that arise from a clean wing, such as an ex-
tended region of laminar flow [132] and the reduced adverse compressibility ef-
fects on the wing caused by the elevated Mach number inside the slipstream [175],
are promising.

* In Ref. [86, 275] it is estimated that the fuel saving potential of using propellers
instead of turbofans could reduce with 50% compared to the wing-mounted pro-
peller configuration for missions of over 1,500 nautical miles due to increased trim
drag.

The quantified or estimated impact of the installation effects for both wing- and aft-
mounted configurations ranges between ‘small’ to ‘significant’. Even for relatively similar
layouts, quite a spread is found on the impact of propeller installation. There are several
reasons for the discrepancy in the observations. First, a more detailed assessment of
the aerodynamic interaction up to high angles of attack, especially for the aft-mounted
propeller configurations, is missing in the majority of these studies, while in Chapters
6 and 8 it is shown that these conditions introduce the largest installation effects. Sec-
ond, the available studies also acknowledge the limited detail of the complex propeller—
airframe aerodynamic interaction that was included in the performance assessments,
especially on aircraft design level. For example, to assess the impact on static stability,
the aft-mounted propeller was treated as an isolated propeller at a distance from the air-
craft center of gravity, neglecting the changes in the airframe and propeller forces due
to the aerodynamic interaction. The propeller contribution to aircraft stability and trim
are often estimated using linearized models [63] and typically, the propeller forces are
determined without including the influence of the airframe [61]. Moreover, simplified
models of the prediction of the slipstream on local flow angles at the horizontal tailplane
omit slipstream deformation and the presence of swirl in the slipstream, which will be
shown in this chapter to be an important factor. Finally, in the experimental and nu-
merical studies, the propellers are often co-rotating, and the individual characteristics
on each side of the aircraft therefore are being averaged and the installation effect ap-
pears as small. For a symmetric rotation direction however, the installation effect could
be (unexpectedly) more pronounced.

A general observation from the existing literature is that the relative contributions of
the propeller and airframe compared to the overall vehicle performance have not been
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not assessed, while these are key in order to understand the relevant interaction phe-
nomena. A more detailed breakdown of the propeller—airframe interaction in unconven-
tional configurations is required, as this can lead to improved performance predictions
and, ultimately, improved design choices. In this chapter part of this knowledge gap is
filled with a systematic breakdown of the interaction problem on aircraft level in case
the propellers are mounted to the wing leading edge or to the horizontal tailplane. More
specifically, the following main research questions are addressed in this chapter:

* RQ 9.1: What are the key drivers for each propeller configuration to alter the air-
craft static stability, control, and trim characteristics?

* RQ 9.2: What is the importance of the installation effect on the propeller relative to
the airframe for the estimation of the directional and longitudinal stability charac-
teristics?

* RQ 9.2: How does the installation effect on propellers compare to the installation
effect on the airframe in terms of changes in directional and longitudinal stability
characteristics?

* RQ 9.3: What is the relevance of the forces introduced by a slipstream on airframe
components that are in the vicinity of a propeller slipstream but not submerged in
it?

* RQ 9.4: What is the difference in aircraft performance when a certain rotation di-
rection is selected for a tail-mounted propeller compared to a wing-mounted pro-
peller?

* RQ 9.5: Can a co-rotating case be represented as the average of the two rotation
directions?

* RQ 9.6: What is the implication of wing sweep on the longitudinal static stability
characteristics of distributed leading-edge propeller installation?

* RQ 9.7: How does the interaction between the slipstreams of two adjacent pro-
pellers affect the flowfield at the horizontal tailplane?

* RQ 9.8: Is the propeller installation effect on longitudinal stability proportional
with angle of attack?

This chapter is split into two parts, where in the first part the tail mounted propeller
configuration is discussed (Section 9.2), followed by the assessment of a distributed
propulsion configuration in Section 9.3.

9.2. HORIZONTAL-TAILPLANE-MOUNTED PROPELLER CON-

FIGURATION
Based on the findings of Chapters 6 and 8, the expected trends of the installation ef-
fects of tail-mounted propellers on the integral moment curves, lift curves, propeller ef-
ficiency, and lift-to-drag ratio can already be formulated. Recalling the conclusions from
those chapters, it can be expected that:
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e The change in the aircraft pitching moment curve is not linear due to the varying
inflowfield to the propeller and tailplane with angle of attack.

* The neutral point shifts aft as a function of thrust for the linear part of the lift curve
from a more effective tailplane.

e Even at T¢ = 0, the presence of the propeller still increases the pitch and yaw sta-
bility because of its nonzero normal-force gradient.

¢ The elevator effectiveness is increased as function of thrust coefficient.

* For co-rotating propellers, a net sidewash is introduced due to the interaction of
the slipstream with the tailplane. This leads to a net yawing moment.

e The maximum lift-to-drag ratio is increased compared to the propeller-off config-
uration because of the higher lift and slightly reduced drag. At the same time, the
maximum is reached at a higher lift coefficient.

* The maximum propeller efficiency is achieved at non-zero angle of attack.

These rather qualitative interpretations are put into perspective in the following sec-
tions by the evaluation of the integral force and moment curves. The forces acting on
the propeller and airframe are evaluated separately, both using experimental and CFD
data. More specific tracing of individual contributions is done using CFD data for a small
range of conditions. In Ref. [268] it is shown that the propeller installation effect on the
static stability characteristics is nearly independent of Mach number. This observation
justifies the analysis at low-subsonic Mach number in this section. First, the installation
effects on longitudinal static stability and trim are investigated, followed by the assess-
ment on directional stability and one-engine-inoperative conditions. Finally, the effect
of propeller installation on a few performance indicators is quantified, such as propeller
efficiency, lift-to-drag ratio, and enhancement of lift.

9.2.1. LONGITUDINAL STATIC STABILITY AND BALANCE

The evaluations of the pitching moment coefficient in a reference point at x/¢ = 0.25
as well as the location of the neutral point provide insight into the impact of propeller
installation on the longitudinal stability characteristics. The largest changes in loading
on the aircraft can be expected to occur far from this x/¢ = 0.25 reference point, i.e.
towards the aft of the aircraft. Therefore, the trends that are observed in this arbitrary
reference point also apply to points that are close to this reference point. It is noted that
often the center of gravity is close to this point [276] and tail arms are also defined with
respect to x/¢ = 0.25 [67], which further justifies this choice.

To confirm this hypothesis, the separate contributions of the airframe components
on C,, — a are evaluated using Fig. 9.2, where Figs. 9.2a and 9.2b schematically show
the different contributions of each airframe component to the pitching moment. Figure
9.2c shows that the upstream effects of the propeller, i.e. the induction of a higher dy-
namic pressure, an effective angle of attack, and a pressure gradient on the suction side
of the wing, are negligible. The relative importance of the effect on the derivative of the
wing pitching moment becomes larger if the propeller-wing spacing would be reduced,
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as demonstrated in Ref. [277], leading to a more negative C,, o [98, 267]. Figure 9.2c also
shows that the carry-over of the loading acting on the horizontal tailplane to the fuselage
leads to a change in Cyy, o in the same direction as the one of the tailplane, but its con-
tribution is negligible. This confirmation of the dominant contributions allows to use
the findings on the horizontal tailplane and propeller to explain the trends on aircraft

level. Figure 9.2c shows several important characteristics for the tailplane and propeller,
which will be discussed later.

contribution from
tailplane and nacelles

lift carry-over
to the aft-fuselage

-~ i
propeller contribution
sl Ve T ACy.ACy,

upstream effect <---- ACy,ACy
to wing “
reference point N AC,, AC,,
(a) Schematic of different contributions to the pitching  (b) Forces and gradients relevant for longitudinal
moment stability and balance
— 0.06
= ——
2 0.04% Total
s —— Propellers
g 0.02f ~ — < — Tailplane+nacelles-
DS N\ e e Fuselage
| 0.00 g P Wing
O L
I 0.02 N outboard-up
Ds 004 -7 inboard-up
-0.08 * *
0 5 10 15

Angle of attack « [deg]

(c) Contributions about 0.25¢ for the clean configuration, J = 1.8 (cruise
condition)

Figure 9.2: Different contributions of the airframe and propeller to the aircraft pitching moment for the
VGM-HTP model.

The overall impact of propeller installation is shown in Fig. 9.3 as a AC,, =
Cm,prop-on = Cn,prop-off- The following is observed:

¢ The offset of the pitching moment curve increases with lower J. This is relevant
for the trim condition, shown in Figs. 9.3a and 9.3b.

¢ At zero thrust, the co-rotating configuration has approximately no pitching mo-
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ment at a low angle of attack and becomes negative for higher thrust settings;
dCm

are <0 for a > 0. For a symmetric rotation direction, there is a finite change of
the pitching moment.

The slope of the pitching moment curve with angle-of-attack at constant advance

ratio, as well as at constant T¢, becomes more negative with higher thrust settings
over the majority of angles of attack, shown in Fig. 9.3c.

The moment curve of the co-rotating configuration is the average between
inboard-up and outboard-up rotation directions, until the onset of stall, as shown

in Fig. 9.3d. This means that there is a negligible coupling between each side of
the tailplane.
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(c) Effect of propeller installation on aircraft Cj;,  (d) Demonstration of negligible aerodynamic coupling

between starboard and port side
Figure 9.3: Effect of the propeller installation on the aircraft pitching moment about 0.25¢. Experimental

results, f = 0 deg for the clean configuration of the VGM-HTP model.

Figure 9.3a and especially Fig. 9.3b reveal several important characteristics for ei-
ther symmetric rotation directions. For an outboard-up rotation, the propeller instal-
lation leads to a nose-up pitching moment, that needs to be compensated with an el-
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evator deflection. This means that, despite the propellers that are mounted above the
moment reference point in z-direction, the tailplane-induced pitching moment is dom-
inant compared to the thrust-induced moment, in line with findings on an aft-mounted
propeller configuration with a T-tail [268]. The figure also indicates a progressively more
negative C,,, — « curve at higher angles of attack for the outboard-up rotation, while be-
tween a =5 deg and a = 8 deg, the inboard-up rotation leads to a destabilizing effect by
the propellers. This is an observation that has not been made in previous studies which
do not consider a symmetric rotation direction.

To investigate this trend of a destabilizing propeller effect for inboard-up rotating
propellers, the relative contributions of the propeller and tailplane are analyzed. In Sec-
tion 8.4.2 it is shown that the inboard-up and outboard-up rotation decrease and in-
crease the normal-force gradient of the tailplane, respectively. This is confirmed in Fig.
9.4a, which shows the different contributions of the airframe and propeller, measured in
the experiment. The inboard-up rotation leads to a destabilizing airframe contribution
to the moment coefficient up to @ = 8 deg. The contrary is the case for the outboard-up
rotating configuration. This is in line with the findings on the normal-force gradient of
the tailplane in Chapter 8. The rapid change of the airframe contribution to C,,, at @ = 8
deg, in particular with the inboard-up configuration, is a consequence of two aspects.
Firstly, the rapid reduction in Cy,, for the inboard-up propeller indicates that the load-
ing on the upgoing blade is increased. The consequence is locally a larger swirl on the
inboard part of the tailplane, leading to a stabilizing normal force, and hence a more neg-
ative Cy,,,. The second aspect is that the fuselage-induced vortex in streamwise direction
(' in Fig. 6.35b), which initiates between a@ =5 deg and «a = 8 deg, is altered by the pro-
peller installation. Around a = 8 deg, these two vortices are situated slightly above the
tailplane, near the junction with the fuselage. The inboard-up rotating propeller leads
to an opposite vortex at the tailplane—fuselage junction, which is thereby reducing the
influence of I'; on the tailplane.
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Figure 9.4: Different contributions of the airframe and propeller to the aircraft pitching moment about 0.25¢
for the clean configuration of the VGM-HTP model with J =1.8.
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Of the propeller contribution to the aircraft pitching moment, the individual pro-
peller force and moment components are depicted in Fig. 9.4b. The normal-force con-
tribution is dominant and enhances the aircraft longitudinal stability because the pro-
pellers are behind a hypothetical aircraft center of gravity location. Trends regarding this
force component are therefore indicative of the direct propeller contribution on aircraft
level. The moment about the propeller y, axis is negligible, as is also concluded in Refs.
[195, 196]. The thrust is primarily an offset of the C,,, curve, and therefore affects the trim
condition. Because the thrust contribution to longitudinal stability is small, the vertical
location of the propeller relative to the airframe can be expected to have a small impact
on longitudinal stability. In that case, the changing flowfield from the wing that affects
CNp is likely to dominate.

A more complete overview of the installation effect on aircraft stability is provided
in Fig. 9.5, which depicts the slope of the C,;, — a curve compared to the propeller-off
case, Cp,/Cp, prop-off- For the inboard-up rotation, this ratio varies between 0.95 to
1.40; while smaller variations of 1.0 to 1.25 are induced by the outboard-up configu-
ration. Three distinct regions can be recognized, denoted with letters A through C for
the inboard-up rotation, and two regions are distinguishable for the other rotation di-
rection. In both regions A, there is a progressively more negative pitching moment curve
with angle-of-attack for the outboard-up rotation, while for the inboard-up rotation this
is the opposite. The large variations of Cy,, starting from the onset of the nonlinearity of
the lift curve, i.e. @ > 7 deg and are directly related to the changing normal-force curves
of the propeller and tailplane. The contour plot in Fig. 9.5 shows that for a given «, in-
creasing T¢ only leads to a moderate change in pitch stability, contrary to a change in
a, which has a significant impact on longitudinal stability. This rather unexpected result
has an important implication: an assessment of the impact of the propeller installation
on static stability does not require a large number of evaluations at different thrust set-
tings. By evaluating only two cases, i.e. a propeller-off case and a propeller-on case (e.g.
maximum thrust coefficient), will provide a rather conclusive result on the propeller in-
stallation effect on longitudinal static stability.
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Figure 9.5: Effect of the propeller installation on the gradient of the aircraft pitching moment about 0.25¢ of

the VGM-HTP model. Dashed lines represent constant advance ratio. Experimental results, § = 0 deg.
Contour map is computed using the interpolation in both directions, using multiple data sets with Aa = 1 deg.
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The gradient of the moment coefficient with angle of attack at a constant T¢ and «a
is not necessarily a quantity of interest, since for most combinations of thrust and angle
of attack the aircraft is either accelerating or decelerating. An indication of such an ac-
celerating flight is depicted in Fig. 9.6 for both rotation directions. The curves represent
a constant lift coefficient (and thereby varying angle of attack) as function of advance
ratio. The red arrows indicate a sequence of J and Cy, of an accelerating flight, from high
J and high Cj to a low J and low C;. This could be a balked landing. The schematic
indicates that in no condition the C,,, drops below the value of the propeller-off con-
dition, but reaches a less negative value, followed by a more negative value. Combined
with a varying elevator input required to nullify the pitching moment (next subsection),
this varying stability characteristic impacts the handling qualities.
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Advance ratio J [-] Advance ratio J [-]
(a) Inboard-up rotation (b) Outboard-up rotation

Figure 9.6: Indication of propeller installation effect when the aircraft is accelerating from low T and high Cj,
to ahigh T¢ and low Cy. The arrow gives an indication of a possible thrust-lift coefficient scheduling. Clean
configuration, experimental results of the VGM-HTP model.

As already shown in Fig. 9.3c, the co-rotating case resembles the average between the
two symmetric rotation directions. For a co-rotating configuration no destabilizing con-
tribution is found for any angle of attack and (positive) thrust values. This is evident in
Fig. 9.7, which depicts the shift in the neutral point as a function of angle of attack at two
different advance ratios. At the thrust setting that is representative for approach condi-
tions (J = 2.3, T¢ = 0.03), the neutral point shifts rearwards relative to the propeller-off
condition from % = —0.05 at low angles-of-attack, to % =0.00 at a = 7 deg. At higher
thrust settings, the rearward shift is larger. As the most forward location of the neutral
point is at low angle of attack in the clean configuration, it is the most critical of all flight
conditions in terms of stability. The overall stability is not adversely affected, which is in
line with the findings of Ref. [194].

In addition to the characterization for the clean configuration, the propeller installa-
tion effect for the high-lift condition is of interest as well. As discussed in Section 6.6.2,
a flap deflection results in a larger propeller normal force in Z-direction at the same lift
coefficient. The significant nose-down pitching moment from the flaps (Fig. 9.8a) is
only partially offset by the propeller installation. It follows that a slightly smaller eleva-
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Figure 9.7: Effect of co-rotating propellers on the neutral point. Experimental results of the VGM-HTP model,
p=0deg, J=1.8.

tor deflection is required to trim the aircraft, but these shifts in C,, still indicate that a
trim scheduling is required to maintain a constant lift coefficient. The figure also shows
that the overall installation effect of two co-rotating propellers on the pitching moment
is an offset and a nearly constant change in slope up to the non-linear region of the lift
curve, where the slope changes rapidly and remains approximately constant again for
the higher angles of attack. Compared to the clean configuration, there is no significant
difference in Cyn, /Cin, rp o (S€€ Fig. 9.8b): for the clean configuration on average it is
increased by 13%, while for the high-lift configuration it increases by 14% over the inter-
val a = [0,4] if the propellers are co-rotating at J = 1.8. This is primarily due to a lower
variation of the wing-induced flowfield at the plane of the propeller.
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Figure 9.8: Effect of the propeller installation on the aircraft pitching moment about 0.25¢ for the clean and
high-lift configurations of the VGM-HTP model. Experimental results, § = 0 deg. Errorbars representative for
all curves.
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9.2.2. CONTROL EFFECTIVENESS AND TRIM

The effect of propeller installation on the elevator effectiveness, i.e. Cmae, is a relevant
parameter from a design perspective, as well as to design a thrust-dependent control
law. In Section 8.4 it is shown that a trailing edge device becomes more effective if it is
emerged in a slipstream. This effect is confirmed in Fig. 9.9a as a higher C,,, compared
to the propeller-off condition. For a given angle of attack, the elevator effectiveness C;,
increases with T¢ due to the rise of dynamic pressure in the slipstream. The maximum
achievable normal-force coefficient is not compromised by the propeller installation,
and therefore it is sufficient to investigate the control effectiveness at low angles of at-
tack. It is clear that even at T¢ = 0, Cmae is larger than Cmﬁe,pmp.off' This is expected to
be the result of the propeller normal force that is introduced by the upwash from the
tailplane, schematically shown in Fig. 9.9b. In other words, the propeller could be con-
sidered an extension in upstream direction of the main element of the tailplane. A pos-
sible implication is that a smaller elevator is required if this interaction effect is included
in the design process since independent of the thrust and elevator deflection, the com-
bination of the propeller and tailplane can produce a larger downforce.
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Figure 9.9: Effect of propeller installation on elevator effectiveness. Gradients determined over ¢ = [0,15]
deg. Experimental results of the clean configuration, = 0 deg.
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The dependency of the elevator effectiveness on rotation direction is attributed to
the vortex systems of the tailplane and propeller, similar to the explanation of the differ-
ence in normal-force gradient for the tailplane with no elevator deflection. An elevator
deflection leads to an increase in Cyy,, (for the propeller-off case by +30% for a = [0, 5]
deg), governed by on the one hand a rearward shift of the aerodynamic center and a
higher section lift curve slope [67], and on the other hand more trailing vortices are shed
for this specific elevator design, which effectively reduce the aspect ratio of the tailplane
and therefore its lift-curve slope. Provided that, depending on the rotation direction of
the propeller, there is either a favourable or unfavourable interaction between the pro-
peller and tail plane vortices, the Cy, , increase/reduces if the elevator is deflected. Fol-
lowing the principle of superposition for the co-rotating configuration, Cy,;_ is nearly
independent of angle of attack, shown in Fig. 9.9c.

In Fig. 8.25d it is shown that the relatively more effective elevator due to propeller
installation also means that a higher pressure-drag is associated with it. This is clearly
observable in Figs. 9.9d and 9.9e, where the relative increase in drag by an elevator de-
flection is larger than the propeller-off configuration. The more effective elevator for the
outboard-up rotation also means that the drag increase is relatively high, around 25%
higher for a typical cruise condition.

The required elevator deflection to compensate for the offset and change in slope of
the aircraft C,,, curve due to the propeller installation is partially offset by the higher ele-
vator effectiveness. In Fig. 9.10 it is shown up to a thrust setting representative for cruise
(J = 1.8), the required elevator deflection as a result of propeller installation remains
within +4 deg compared to the propeller-off condition for a large range of moment ref-
erence points. A lower thrust setting leads to smaller required elevator deflection since
the impact on the tailplane is smaller. Since the pitching moment coefficient that is in-
troduced by the propeller is not linear with T¢ and the elevator effectiveness is a function
of the installed thrust coefficient, the required elevator deflection to maintain C,,, = 0 for
various moment reference points is nonlinear. Therefore, a thrust input at a constant Cy,
and V,, needs to be coupled with an elevator scheduling scheme to maintain a certain
pitching moment coefficient.

Several previous studies [25, 86] have concluded that the trim drag associated with
the large center of gravity excursion is a major drawback for aircraft with tailplane-
mounted propellers. In addition to this, the propeller installation also alters the pitching
moment curves. However, the consequence of the elevator deflections on the aircraft
trim drag for a constant lift coefficient is shown to be minimal for the outboard-up rotat-
ing case, see Fig. 9.11. For an inboard-up rotation, the added trim drag is approximately
25% of the propeller-off condition for a typical cruise lift coefficient, and remains a finite
offset for the full range of Cy. This property is useful, since the trim drag is therefore only
a function of T¢, which simplifies a mission analysis of such aircraft configuration. It
is noted that a in case the wing is shifted more rearwards to account for the aft center
of gravity, the difference in trim between propeller-on and propeller-off is expected to
increase.
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Figure 9.10: Difference in elevator deflection relative to the propeller-off condition of the VGM-HTP model to
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Figure 9.11: Trim drag for C;;, =0 at (x, y,2) = (0,0,0), clean configuration at / = 1.6, f = 0 deg.
Experimental results of the VGM-HTP model.
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9.2.3. DIRECTIONAL STABILITY AND TRIM

The directional stability and trim are influenced by the propeller installation in three
ways. First, the propellers introduce a yawing moment due to the thrust line having a
distance from the moment reference point. Second, the airframe induces a nonuniform
inflow to the propeller, that affects the propeller forces, and thus their contribution to
the moments. Finally, the (sheared) propeller slipstream introduces sidewash on the aft-
fuselage and vertical tailplane [62, 173, 174]. The separate contributions are indicated in
Fig. 9.12.

Figure 9.12: Forces and force gradients with sideslip angle relevant for directional stability and trim.

Figure 9.13 depicts the change in yawing moment coefficient for a range of angles of
side slip for a cruise condition (J = 1.8). For the co-rotating configuration (Fig. 9.13a),
the main effect is a larger yawing moment that is proportional to f§, hence a higher C,,,.
At least for the measured range of § = +10, the increment in C,, is almost a proportional
to B, while at significantly higher angles of sideslip it is expected to become more non-
linear. The initial onset of nonlinearity is already starting at § = —7 deg and 8 = +5 deg,
respectively. In Fig. 6.39a in Chapter 6 it is shown that the propeller side-force coeffi-
cient remains linear for 8 + 10 deg. Therefore, this nonlinearity is expected to originate
from the slipstream that approaches the trailing edge of the vertical tail, and thereby af-
fecting the pressure distribution on the vertical tail. This is not symmetric for +f for the
co-rotating case, since the slipstream deformation is not symmetric with respect to the
aircraft center plane. For this particular case, in Fig. 9.13b itis shown that the installation
effect on directional stability depends on rotation direction, with the outboard-up rota-
tion providing the largest increment in directional stability. The same figure also shows
that the co-rotating configuration is not the average between the two symmetric rota-
tion directions, and there is an offset in the C; — 8 curve. These two observations will be
addressed later in this section. From the figure is it clear that the main contribution to
Cny comes from the yawing moment of two isolated propellers that are mounted at the
respective (x, y, z) locations and the installation effect on the vertical tailplane is at least
an order of magnitude smaller.
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Figure 9.13: Effect of propeller installation on the aircraft yawing moment coefficient, @ = 0, clean
configuration, J = 1.8. Experimental results of the VGM-HTP model.

To understand the role of the rotation direction on the directional stability, the Cnﬁ is
evaluated for different thrust coefficients in Fig. 9.14a. The figure shows the gradient of
the yawing moment with sideslip angle, relative to the propeller-off configuration. Fig-
ure 9.14a also depicts the yawing moment caused if a propeller in isolated conditions is
positioned at the same (x, y, z)-location as the installed propellers. Nearly independent
of thrust coefficient, the propeller installation enhances the directional stability by ap-
proximately 6% to 12%. The low dependency of the propeller side-force coefficient on
Tc is also the case for an isolated propeller (indicated in the same figure). The differ-
ence between values of Cy; is caused by the installation effect, partially coming from the

changes in forces on the airframe, and partially due to the different forces acting on the
propeller.
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Figure 9.14: Effect of propeller installation on directional stability for the VGM-HTP model.
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The fuselage-induced non-uniform inflow to the propeller, schematically shown in
Fig. 9.14b, can be observed in the propeller side-force coefficient in Fig. 6.39a in Chapter
6. The fuselage induces an in-plane flowfield such that the regions (a) and (b) translate
in opposite direction to the side force on the vertical tail (FJ’Vt)’ while pair (c) and (d)
translate in the same direction as Fy,,. The consequence is an enhanced and reduced
Chy for an outboard-up and inboard-up configuration, respectively.

Besides the forces on the propeller, the presence of a slipstream on each side of the
vertical tail also influences the contribution of the vertical tail to the yawing moment by
the introduction of a sidewash and gradient of the flowangle between these slipstreams
[278]. This results in an offset and change in slope of the C,, — B curve as a function of
thrust. For a wing-mounted propeller configuration with corotating propellers, there is
also a sidewash to the vertical tail, induced by the non-symmetric lift-distribution [278].
For a rear-mounted configuration, the slipstream deformation due to the horizontal tail
occurs close to the leading edge of the vertical tail, thereby reducing its impact on the
sidewash to the vertical tail. For the configuration studied herein, the sidewash is equiv-
alent to a sideslip angle of approximately 2 deg for a typical cruise/climb thrust setting of
Tc =0.28, as shown in Fig. 9.15a, with the sidewash observable in the flowfield depicted
in Fig. 9.15b.
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Figure 9.15: Effect of co-rotating propellers on the vertical tail, « = 0 deg, / = 1.8. Experimental results of the
VGM-HTP model.

Without the vertical tail, the yawing-moment coefficient is zero at = 0 deg, indi-
cating that the propeller-induced sidewash primarily affects the vertical tail and not the
fuselage. Figure 9.15a also indicates that the installation of the vertical tail partially off-
sets the increased directional stability enhancement by the propellers. This reduction is
attributed to the position of the vertical tail between two slipstreams. The dynamic pres-
sure and the effective inflow at the vertical tail are both reduced with an increasing thrust
setting, which leads to a reduction of Cp;, 0f 2.5% compared to zero thrust. This value
is therefore representative of the reduction in effective sidewash to angle of sideslip for a
vertical tailplane.

For the one-engine-inoperative condition, the yawing moment introduced by the
operating propeller needs to be compensated by a rudder deflection if the flight path is to
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be maintained. Figure 9.16 depicts the yawing moment as the result of the port propeller
not operating, as well as the moment that is introduced as thrust multiplied with the
moment-arm, 1 = —Ty,. As expected, the sidewash on the vertical tail introduced by
the outboard-up rotating propeller is opposing the thrust-induced yawing moment. If
the outboard-up propeller is inoperative, the sidewash adds to the yawing moment and
a larger rudder input is required to trim the aircraft at zero sideslip angle. Hence, the
outboard-up propeller is the critical engine.
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Figure 9.16: Effect of one-engine-inoperative condition on yawing moment, / = 1.6. Inoperative port
propeller replaced by a dummy spinner. Experimental results of the VGM-HTP model.

9.2.4. INSTALLATION EFFECT ON LIFT, DRAG, AND LIFT-TO-DRAG RATIO
The installation of the propellers also affects the integral airframe lift and drag, and pro-
peller lift, leading to a net change in lift-to-drag ratio. While for a wing-mounted tractor
configuration the propellers enhance L/D and maximum lift [37, 269, 279, 280], for the
tail-mounted propeller configuration this is not evident. From the different contribu-
tions of the propeller, fuselage, and tailplane, it is not directly clear how the overall lift
is affected by the propeller installation. In Refs. [194, 229] it is demonstrated that the
effect on integral lift for a tail-mounted configuration is relatively small, with a ACy, in-
troduced by the propeller of an order of magnitude smaller than for a wing-mounted
configuration. This is attributed to the typically lower aspect ratio of the tailplane and
the relatively small size compared to the propeller. A more elaborate analysis of the in-
tegral forces introduced by the propeller will allow for the interpretation of the relevance
of the different contributions found in previous chapters.

Figure 9.17a depicts the change in lift coefficient for a typical cruise condition. As ex-
pected, the outboard-up rotation direction introduces a small reduction in Cr = —0.020
at a = 0, while the inboard-up rotation increases the lift by C; = +0.015. At higher an-
gles of attack, especially the propeller force components lead to a higher lift, shown in
Fig. 9.17b. Of the propeller forces, the normal force contributes most to added lift. If
the propellers were to be mounted to the leading edge of a wing, a larger propeller lift
component could be expected due to the wing upwash. The co-rotating configuration
is again approximately the superposition of the two rotation directions, and the added
lift by the propeller can be reasonably approximated using force data of an isolated pro-
peller.
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Figure 9.17: Change in aircraft lift due to propeller installation (contributions from both propeller and
airframe). Experimental results of the VGM-HTP model, =0 deg.

At typical cruise angles of attack (a = 2 deg to a = 4 deg), the thrust induced lift

for the co-rotating configuration is slightly positive, i.e. Z—% > 0. This is particularly

visible in Fig. 9.18, with a gradual larger effect for higher T¢ values. For the outboard-up
configuration at @ = 5 deg, the response C; — T¢ is rather flat. In this case, the negative

lift on the tailplane and the positive contribution of the propeller are compensating each
other.
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Figure 9.18: Change in lift as function of installed thrust. Experimental results of the VGM-HTP model, =0
deg.

Although the maximum lift coefficient for the clean configuration is at @ > 14 deg
(out of the measured range), Fig. 9.19a depicts a small positive effect on maximum lift.
Unlike a wing-mounted configuration, this is not the result of the higher dynamic pres-
sure at the same angle of attack, but primarily coming from the forces acting on the

propellers, as already shown in Fig. 9.17b. This observation is further supported by Fig.
9.2.
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A flap deflection leads on the one hand to a reduced normal force on the propeller,
but on the other hand to higher thrust values. The decomposition of the airframe and
propeller contributions in the high-lift conditions, depicted in Fig. 9.19b, puts the rel-
ative propeller contribution in perspective. The propeller contribution to lift is approx-
imately linear with a and is, similar to the clean configuration, again the dominating
contribution to AC;. The strong wing-induced downwash field causes Cy,, to be neg-
ative for low to moderate angles of attack. The nonlinear part in the airframe ACy, for
a > 6 deg is the consequence of the added lift on the tailplane on the inboard-up rotat-
ing side. The figure also shows that the change in airframe lift does not vary significantly
with angle of attack. This is due to the compensating normal force on each side of the
tailplane and nacelle (see Fig. 8.36¢).

The difference in maximum lift coefficient between the clean and high-lift condi-
tion (simulated with a flap deflection) is minor. The propeller and airframe combined
lead to only a moderate increase in Cr,, by up to 0.05, and this is nearly indepen-
dent of propeller thrust (since the normal force is dominating), contrary to a wing-
mounted propeller configuration, where the maximum lift enhancement is thrust de-
pendent [42, 107, 116].
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Figure 9.19: Change in propeller and airframe lift in installed conditions for the co-rotating configuration with
a flap deflection of 6§ = 27 deg. Experimental results of the VGM-HTP model, =0 deg.

In Section 8.4 it has been demonstrated that, depending on the rotation direction
and angle of attack, the drag of the tailplane is either reduced or increased compared to
the propeller-off condition. The implication of propeller installation the airframe drag
for the co-rotating configuration is depicted in Fig. 9.20a. At the same lift-coefficient,
the drag curve of the installed case falls nearly within the experimental uncertainty of
the propeller-off case. Despite the small reduction in tailplane drag for the co-rotating
case (Fig. 8.37), has nearly no effect on aircraft level. The airframe dragis slightly reduced
for a <2 deg, due to the swirl recovery by the tailplane at « = 0 and J = 1.8 and the drag
is reduced by 20 drag counts.

Figure 9.20 depicts the product of the installed lift-to-drag ratio curves with the ef-
ficiency in flight direction. If the lift of the propeller is included in the aircraft lift-
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coefficient, the total lift-to-drag ratio is slightly higher at higher angles-of-attack. At
these conditions, both the thrust vector and normal force enhance lift. The lower pro-
peller normal force at positive angles of attack leads to a higher propeller efficiency in
freestream direction compared to an isolated propeller. This makes the propeller effi-
ciency in flight direction multiplied with the lift-to-drag ratio up to 2% higher compared
to the situation in which the interaction is not included.

It is noted that for this particular aircraft the maximum lift-to-drag ratio is at a high
value (Cz = 0.9), and (L/ D) is relatively low because of the suboptimal design of the
aircraft. As the benefit of a propeller normal force particular is present at higher angles
of attack (a > 5 deg), the benefit would be smaller if the maximum airframe efficiency
would be at a lower Cy, for example by selecting a different wing incidence angle.
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Figure 9.20: Installation effect on Cp and rl% untrimmed the clean configuration at / = 1.8. Experimental
results of the VGM-HTP model, =0 deg.

An interesting quantity from a flight-mechanics perspective is the gradient of the ax-
ial force component with angle of attack. For a propeller-off configuration, this value
is negative; a perturbation Aa > 0 leads to higher drag force. In case the propellers
are installed and operate at constant advance ratio, it is not directly clear whether the
change in axial force is less/more negative compared to the propeller-off case. Fig-
ure 9.21a shows that the propeller installation leads to a slightly less negative value of
Cx,, while it becomes more negative at higher thrust settings. In a practical sense, this
means that at low thrust setting, a perturbation in angle of attack (and therefore lift coef-
ficient) is less critical for the axial force balance in case the airspeed is to be maintained,
compared to a situation where the airframe and propellers are modelled individually.
At higher thrust settings for an outboard-up rotation, Cx, is more negative, attributed
to the higher normal-force coefficient that points in the drag-direction. Finally, in Fig.
9.21c the gradient fli% is plotted as a function of lift coefficient. These curves indicate
the change in axial force for a change in lift coefficient. This figure shows that the instal-
lation effect is small: a first estimation of the dynamic behaviour along the x-direction
can be obtained without taking the propeller-installation effects into account, especially
for the co-rotating case.
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Figure 9.21: Installation effect the gradient of the axial force component. Experimental results of the clean
configuration of the VGM-HTP model.

The current study displays that even for a suboptimal design, the beneficial
propeller-airframe aerodynamic interaction could partially offset the drawbacks iden-
tified for the configuration [25, 86, 280]. These benefits are present despite the fact that
an aerodynamic performance benefit historically has not been the objective to study the
configuration.

9.2.5. PROPELLER EFFICIENCY

In Chapter 6 it is shown that a propeller installation to the horizontal tailplane slightly
increases the propeller efficiency due to the lower axial velocity at the aft of the aircraft.
Since the propeller inflow varies between flight conditions, i.e. angle of attack, angle of
sideslip, and the deployment of high-lift devices, the propeller efficiency is not constant.
This section puts these variations of 1, into perspective.

The propeller efficiency map, i.e. 17, — a, is depicted in Fig. 9.22a for the two rotation
directions. As expected, the efficiency along the propeller rotation axis slightly increases
with angle of attack, with a maximum for the inboard-up rotating case around J = 1.9.
This is close to the advance ratio at which the isolated propeller has its maximal effi-
ciency. Approximately the same trend is followed by the outboard-up rotating propeller.
However, the reduction of i, at @ = 8 deg is only present for the inboard-up rotating pro-
peller. This corresponds to the condition with swirling inflow (see Section 6.6.3)and the
inboard-up rotating propeller operates locally at a higher effective advance ratio. The
efficiency of the outboard-up rotating propeller continues to increase up to values close
to unity. These high efficiencies are possible because 7, is defined with V;, as reference
velocity, while there is kinetic energy deposition induced by the airframe at the propeller
plane. Figure 9.22b also shows that in case a fixed blade pitch is selected for operation,
the advance ratio, i.e. rotational speed, should be adapted to operate at the maximum
efficiency (further discussed in Chapter 7). However, in essence this is not different from
wing-mounted propeller configurations.

A more interesting quantity from an aircraft performance perspective is the propeller
efficiency in the direction of flight, n,, as it directly affects the fuel consumption for a
given flight condition. Typically, for an isolated propeller, n, decreases with angle of
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Figure 9.22: Installation effect on propeller efficiency 7p. Experimental results of the VGM-HTP model. Clean
configuration, § =0 deg.

attack because the normal force has a negative contribution in flight direction which
completely offsets the higher efficiency due to the reduced axial inflow. To the contrary,
for the installed propeller, 17, can be expected to increase for the linear part of the lift-
curve, as schematically shown in Fig. 9.23a. For the VGM — HT P model, this is indeed
the case from @ = 0 up to @ = 5 deg, as plotted in Fig. 9.23b. This increase is caused by
the reduced propeller normal force that is minimal at a positive angle of attack due to the
propeller operating in the wing-induced flowfield. The second peak around « = 14 deg
for the outboard-up rotating propeller is in line with the trend of 77,. This means that the
outboard-up configuration has a larger range of angle of attack at which 7 is close to the
maximum. Therefore, this rotation direction potentially has a better climb performance
from a propulsive efficiency point of view than the inboard-up configuration.
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The results in this section once again confirm that the propeller performance in the
installed condition is affected by the installation. If the installed propeller is to be oper-
ated at the maximal efficiency (along the direction of flight) the advance ratio and blade
pitch are to be adapted relative to an isolated propeller, which is in line with the conclu-
sions in Chapter 7. If a co-rotating configuration is to be selected that operates at the
same advance ratio (to avoid an annoying vibratory frequency [83, 281]), one propeller
may not operate at its highest efficiency point. If it would, a thrust imbalance would
arise that needs to be compensated by a rudder deflection.

9.3. LEADING-EDGE DISTRIBUTED PROPELLER CONFIGURA-
TION

In this section the propeller installation effect of an array of leading-edge-mounted pro-
pellers on various aircraft performance indicators is investigated. As mentioned before,
the A320-DP model is used (Section 3.4.4). The propeller forces are computed using the
method described in Chapter 5. The implementation in the CFD model is described in
Section 3.4.3, while the design choices for this particular aircraft are explained in Sec-
tion 3.4.4. The fact that the wing has a rather high sweep angle, which is not necessary
for the envisioned flight Mach numbers, does limit the quantitative projection of the re-
sults to a more representative geometry that has no sweep. On the other hand, it allows
to investigate particular features including the effect on flow separation and the shift in
aerodynamic center that would also occur on moderately swept wings.

In this section, specifically several design considerations are addressed from a fun-
damental interaction perspective. These include the effect of rotation direction and the
nacelle integration on:

¢ Longitudinal static stability
e Maximum lift coefficient
e Aircraft lift-to-drag ratio

Moreover, also the effect of tip-propeller radius is investigated on the propeller efficiency
and wing drag.

Since there is a resemblance with the conventional wing-mounted configuration,
the findings that pertain to either the wing sweep angle, the tip propeller, and the
slipstream-slipstream interaction of the inboard propellers are of special interest. How-
ever, there is also still overlap with the conventional twin-prop configuration with pro-
pellers mounted to the inboard part of the wing. First, aspects of nacelle-integration are
discussed in Section 9.3.1. The effect of rotation direction on airframe and propeller per-
formance is discussed in Section 9.3.2, followed by a discussion on propeller installation
effects on the pitching moment curve. Finally, a trade-off study is presented on the size
of the tip-propeller relative to the airframe performance.

9.3.1. ASPECTS OF NACELLE INTEGRATION
In Chapter 8 it has been shown that a nacelle introduces a significant velocity pertur-
bation to the wing in case of a crossflow, i.e. an upwash from the wing or angle of at-
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tack. The result is a higher angle of attack, especially near the leading-edge of the wing,
causing a higher suction peak. At high-speed flight, the additional suction can cause
compressibility losses [282, 283]. At low angle of attack, this suction increases the local
lift coefficient, while at high angle of attack, the maximum lift coefficient of the wing is
compromised [250, 273, 284] as flow separation is likely to initiate at that particular lo-
cation. On the other hand, for the portion of the wing where the nacelle is mounted,
typically the circulation is reduced compared to the clean wing.

At low thrust coefficients, the nacelle-induced flowfield dominates the installation
effect by a propeller—nacelle combination to the wing. At higher thrust coefficients, this
installation effect is further enhanced on the upgoing blade side. In case the wing is
swept, it is known from literature [162, 282, 285-287] that the installation of the nacelle
leads to a higher suction peak and a steeper adverse pressure gradient on the inboard
portion of the wing. While the local flow separation on a swept wing will change the
wing aerodynamic center, the effect of a nacelle mounted to the wing on the aircraft
stability characteristics are not frequently quantified. This aspect of nacelle integration
is discussed in Section 9.3.3. For the interpretation of some of the trends that are dis-
cussed in the following sections, it is required to investigate the installation effect of the
propeller-off case first, which serves as the baseline.

The local perturbations to the spanwise lift distribution caused by the nacelle are
visible in Figs. 9.24a and 9.24b. It is noted that since the nacelles are already tilted down
by 3 deg, the upwash effect to the wing is relatively small at a cruise condition with a = 4
deg. It is also noted that in this case the wing design is not adapted to account for these
local increased in inflow. The rising lift coefficients are caused by the additional upwash
from the nacelles, while the reductions are an indication of flow separation, especially
observable for @ > 4 deg. The drag increases from both a higher pressure drag that arises
from the flow separation, while also the induced drag increases, caused by the additional
spanwise vortices that are shed. The locations that are most influenced by the nacelles
are likely to achieve the local maximum lift coefficient of the section at a lower angle of
attack than in case of no nacelles. This leads to premature flow separation and therefore
a reduction of aircraft maximum lift coefficient. In Figs. 9.24c and 9.24d it is clear that
the local pressure distribution on the inboard side of the nacelle is affected as the result
of the adverse pressure gradient caused by the swept leading-edge. At a = 6 deg, the
inboard side already shows a leading-edge separation, where the region of reversed flow
extends further in chordwise direction for higher angles of attack. The flow separation is
absent on the outboard side of the nacelle.

To reduce the adverse installation effect of the nacelles, several studies have sug-
gested local adaptations of the nacelle [250] or to the wing—nacelle junction to suppress
the suction peak [282, 284, 288]. A rather complete overview of various techniques is
presented in Ref. [283]. The adverse installation effect can be reduced by a transla-
tion of the nacelle in z-direction, with the purpose of reducing the w-velocity compo-
nent. To demonstrate that this is an effective method, the inboard nacelle is translated
downwards (positive z-direction) by a distance equal to 0.5 times the nacelle radius (Figs.
9.25a and 9.25b). This translation would have a relatively small effect on the propeller-
installation as discussed in Section 8 (although not quantified herein).

By translating only the inboard nacelle for illustration purposes (while maintaining
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Figure 9.24: Effect of nacelle installation on the wing lift, drag, and pressure distributions (propeller-off)

the other nacelle locations), the lift increment on each side of this nacelle is reduced, as
is evident in Fig. 9.25c. The drag is reduced on the inboard side and increased on the
outboard side, which is as expected. The absence of the upwash on the outboard side
leads to a resultant force vector that is tilted more backward. Even for @ = 6 deg and with
one nacelle translated, the aircraft lift-to-drag ratio is increased by 2.5% (from 14.9 to
15.3), while the lift is reduced by ACy = —0.01.

Since the aim is not necessarily to improve the cruise performance but instead im-
prove the high angle-of-attack condition, the suction peak followed by a flow separation
is successfully suppressed for the translated nacelle for the case of a = 6 deg, as is evident
in Fig. 9.26a. On the outboard side of the nacelle (Fig. 9.26b) the influence is clearly vis-
ible in the front part of the airfoil, but does not impact the overall pressure distribution.
The less severe flow separation from the nacelle-leading-edge junction is also shown
in the flow structures, shown in Figs. 9.26¢ and 9.26d. The figure depicts discrete flow
pathlines to visualize the corner-flow separation, as well as additional pathlines that re-
main close to the wing surface to distinguish between the attached and separated flow
regions. Although not well visible, an isosurface is plotted with the axial velocity compo-
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Figure 9.25: Effect of a translated inboard nacelle on the wing lift and drag distributions, prop-off, a = 6 deg.

nent equal to zero, to identify the region of flow reversal. Even at this low angle of attack,
the corner-flow separation for the baseline case extents over nearly 25% of the chord and
incudes a strong vortex (also observed in Refs. [273, 289]). For the translated nacelle, the
corner-flow separation is still present, but its extent is limited. A small fillet to reduce
the curvature in this junction even further is expected to nearly remove the local flow
separation. Another advantage of a more downward mounted nacelle is the larger part
of the wing that is undisturbed. The wake that leaves the baseline nacelle on the suction
side greatly reduces the local effective curvature, and therefore the lift coefficient at the
nacelle y-location. Furthermore, for this swept-wing design, the streamlines on the suc-
tion side are curved towards the fuselage. A nacelle that has no toe-out angle introduces
an additional pressure gradient since it is experienced as a diverging channel. This is
highlighted by the dashed lines in Fig. 9.26d.

The remaining results in the following sections are computed with the baseline na-
celle, since the nacelle adaptation was only done at a later stage of the evaluation of
the A320-DP. Because the phenomena of a corner-flow separation are still present with
the translated nacelle (and could be even further suppressed), the presented results are
considered a more extreme case. Therefore, the conclusions of the severity of this in-
stallation on the stability characteristics should be interpreted with care and should be
considered as qualitative. Furthermore, by interpreting the benefits from the propellers
on airframe lift-to-dragratio, it should be remembered that the baseline values are rather
low compared to a well-designed wing—nacelle combination.
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9.3.2. EFFECT OF ROTATION DIRECTION ON AIRFRAME AND PROPELLER

PERFORMANCE

The rotation direction of propellers mounted to a swept wing can be expected to be a
more important parameter for the airframe performance (i.e. change in lift at given an-
gle of attack, the lift-to-drag ratio, trim drag), propeller performance (i.e. efficiency and
unsteady loads), and static stability characteristics (i.e. slope of the moment curves),
because the airframe-induced inflow is skewed with respect to the propeller, and ad-
ditionally, the previous section has shown that the nacelle-installation can significantly
impact the wing aerodynamic performance. This section discusses the installation ef-
fect on the wing, propeller, and full aircraft in the cruise condition (despite a low Mach
number of M = 0.14 is used as inflow condition).

Prior to the analyses of any performance changes related to the airframe, the effect of
the airframe on the propeller is estimated first. The varying load distribution, and there-
fore upwash, along the span leads to a larger installation effect in case the propellers
are mounted more inboard. On top of this, the wing leading-edge is swept, while the
y-axis of the propeller disks are perpendicular to the freestream flow. In Fig. 9.27a it
is schematically shown that a larger upwash is experienced on the inboard side of the
disk since it is closer to the wing leading-edge. The result is that at a = 3 deg (propeller
disks normal to direction of freestream) an outboard-up rotating propeller generally has
a higher efficiency. The average efficiency in flight direction, 7y, is shown in 9.27b, and
confirms this hypothesis. For the OU-OU-IU configuration, the difference is approxi-
mately An, = 0.01 compared to IU-IU-IU. In other words, the installation coefficient «,
as introduced in Chapter 6, is higher for an outboard-up rotating propeller. At higher an-
gles of attack, the normal-force coefficient of this rotation direction also increases. Since
this is a force that has a component in drag direction, the benefit in 77, becomes smaller
at higher angle of attack. The difference in loading on the propeller disk is also evident
in Fig. 9.27c, which shows the thrust distribution for each propeller of the IU-OU-IU
configuration. In this case, while the most inboard propeller experiences the largest dis-
turbance in inflow, the largest changes in loading are present for the middle propeller.
The corresponding flowfield, i.e. the varying swirl and increment of dynamic pressure,
determines the interaction with the wing.
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Figure 9.27: Installation effect of propellers mounted to the swept leading-edge.

The effect of the propeller on the wing lift distribution is depicted in Fig. 9.28. The lift
coefficient is particularly enhanced in the tip region (2y/by > 0.8), since the ratio Dp/c
is higher in this region and the effect of induced drag reduction is largest in this region
(see Section 8.4). This also means that the wing becomes prone to tip stall, especially in
case of further enhancement of lift by means of an aileron deflection. The lift coefficient
can be expected to increase even further for higher disk loadings since it comes with a
higher swirl angle in the slipstream (Fig. 2.14c).

The rotation directions of the inboard propellers have a profound effect on the span-
wise lift distributions. The following can be observed from the relative increase in lift in
Figs. 9.28b and 9.28c:

1. For inboard-up rotating propellers: The more inboard the propeller is mounted,
the larger the magnitude and the spanwise extent of that rise in lift is. The rise in
lift is therefore more inboard.

2. For outboard-up rotating propellers: The more outboard the propeller is mounted,
the larger the magnitude and the spanwise extent of that rise in lift is. The rise in
lift is therefore more outboard.
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3. Irrespective of the rotation direction, there is a net lift increase.

4. The part of the disk that is increasing the local angle of attack to the wing increases
the lift and at the same time decreases drag. At these locations, the sectional lift-
to-drag ratio increases significantly.
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Figure 9.28: Effect of propeller rotation on the lift and drag distributions for the cruise condition (a = 4 deg,
J=1.9).

The rather large gradients of the lift and drag on the inboard parts of the nacelle is
attributed to the local corner-flow separation, as discussed in the previous section. Since
an inboard-up rotating propeller increases the suction peak further, the flow separation
is more severe. This is clearly observable in the pressure distributions on each side of the
nacelle, shown in Fig. 9.29. The flow separation that already is present for the propeller-
off case due to the nacelle installation, is nearly completely suppressed by an outboard-
up rotating propeller. This effect is clearly observable in the spanwise and chordwise
extent of the stall cells that reside on the suction side of the wing in Figs. 9.29c and
9.29d. This strongly modified pressure distribution and flow structure at the nacelle-
wing junction can be expected to result in more favourable high-lift characteristics in
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case the propeller rotates outboard-up.
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Figure 9.29: Effect of propeller rotation on the local pressure distribution on each side of the most inboard
nacelle (o =4 deg, ] =1.9).

The net effect of propeller installation on the aircraft lift and drag is summarized in
Fig. 9.30. In Fig. 9.30a it is shown that the lift curve is shifted (Z—% > 0) up for the linear
range of angles of attack. Furthermore, the slope of the lift curve is higher, as expected
from the discussion in Chapter 8. The difference in ACy is small, showing that the loss
in lift from the corner-flow separation is not a dominant effect on the lift of the full air-
frame. In Fig. 9.30b it is clear that the slope of the OU-OU-IU configuration is higher
compared to only inboard-up rotating propellers. This is the result of the reducing jump
in circulation at the propeller y-locations when the angle of attack increases. For the IU-
TU-IU case, it is the inverse [37]. The figure also shows that in case only the tip-propeller
is operating, the lift increase accounts for approximately 1/3 of the lift increase of the
all-propellers operating cases. This means that since the propeller is only increasing the
angle of attack (there is no down-going blade to affect the wing), fact that the outboard
wing is less sensitive to a local angle of attack is completely offset. The tip propeller
is also responsible for a drag reduction, shown in Fig. 9.30c. Therefore, one can make
a division of the ‘functionality’ for propellers that are mounted along the leading-edge
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of a wing as sketched in 9.30d. All propellers cause a relevant lift enhancement, while
especially the tip-propeller causes the (induced) drag of the wing to reduce.
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Figure 9.30: Lift-to-drag ratio compared to the propeller-off case.

The overall effect of the propeller installation is an enhancement of the airframe lift-
to-dragratio, at least for low angles of attack. The offset relative to the propeller-off curve
is depicted in Fig. 9.31. At a constant angle of attack of a = 4 deg, % is increased by 6.5
% to 8.5%. The rotation direction has therefore a small effect on this increase. At higher
lift coefficients, the nacelle-induced flow separation starts to dominate the aerodynamic
efficiency of the wing: while the OU-OU-IU configuration shows still a high % atCr =0.9,
the TU-TU-TIU case approaches the propeller-off condition. The reason is that the flow
separation that is aggravated by inboard-up rotating propellers starts to dominate, and
the added drag caused by this is not offset by the drag reduction from the tip propeller.
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Finally, if the propeller efficiency along the x-direction (1y), is taken into account,
the overall beneficial installation effect is depicted in Fig. 9.32a. The same trend is ob-
served as the L/D curve in Fig. 9.31, where there is a significant benefit in the cruise
condition. The relative higher installation benefit at higher lift coefficients is the result
of the nacelle installation, as addressed in the previous section. If the nacelles would
have been translated down and a dedicated fairing would have been used, the drop-off
of then x% curve for the propeller-off case would already be less steep.
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Figure 9.32: Overall aerodynamic efficiency of the aircraft in (a). In (b) a sensitivity of performance indicators
to the installed thrust to drag (which includes the interaction effects). The subscripts ‘ac’ and ‘af’ refer to
aicraft and airframe, respectively. ‘Aircraft’ includes the propeller forces, while the ‘airframe’ excludes these.

Since in this particular thrust is not equal to drag (since the excrescences, tail sur-

faces, and gaps between lifting surfaces are not included in the simulations), the trend
of the relevant aerodynamic and overall efficiency indicators are evaluated by running
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the propellers at different advance ratios. In Fig. 9.32b these indicators are plotted rela-
tive to the uninstalled configuration, i.e. the propeller and airframe operate in isolation.
Even at low thrust conditions, the efficiency of the propeller is increased due to the up-
stream effect of the airframe. Although the drag of the full aircraft is unknown, the linear
trends indicate that the lift-to-drag can be expected to increase by 5% to 8%, and the
product n x% even slightly more. The reader is reminded that this is compared to the
wing+nacelle combination without propellers. Figure 9.32 also indicates that for accel-
erating flight or during a (climbing) manoeuvre, there is a consistent positive installation
effect at this angle of attack in terms of % and ny %. This means that even for the present
nacelle-wing combination and without adaptations to the propeller and wing to max-
imize the aeropropulsive n x%, still a significant increase in n x% can be achieved for a
wide range of lift coefficients and thrust settings.

9.3.3. ASPECTS OF PROPELLER INSTALLATION ON PITCHING MOMENT

AND PITCHING-MOMENT DERIVATIVE
The propeller installation changes the longitudinal static stability of the aircraft rela-
tive to the propeller-off case through three mechanisms: (1) the propeller normal force
derivative, (2) the altered wing pitching moment curve , and (3) the flowfield at the hor-
izontal tailplane. For the configuration evaluated herein, these three contributions are
discussed separately.

The contribution of the propeller forces to stability is relatively independent on
thrust setting, as the normal-force coefficient is quite insensitive to thrust, as can be
observed in Fig. 9.14a. The main focus therefore is on the wing contribution to the
pitching-moment derivative and the change in flowfield at the tailplane with angle-of-
attack under power-on conditions. Since the wing is swept and the propeller-nacelle
combinations are distributed along the span, the aerodynamic center shifts depending
on where stall is initiated and what the rise is in local lift curve slope. The fact that there
are distributed propellers makes the flowfield at the horizontal tailplane more com-
plex compared to the conventional twin-propeller configuration, although the lessons
learned on these configurations also supports the analyses presented herein. The rel-
atively unconventional wing sweep compared to envisioned aircraft with leading-edge
distribution propulsion has several unique characteristics:

e The axial positions of the propellers vary along the span. In case the reference
point is at 0.25¢, the normal force of the tip propeller is stabilizing, while the most
inboard propeller has a destabilizing contribution.

e In case of flow separation introduced by the propeller, the effect on longitudinal
stability is strongly dependent on the spanwise location of this flow separation

¢ Interference of the nacelle with the wing is known to cause premature stall at the
inboard junction of the wing and nacelle for the geometry that is presently under
consideration, as discussed in Section 9.3.1.

Based on these considerations, the trends and conclusions for the propeller-wing-body
combination are specific for this particular aircraft geometry. The observations made for
the (de)stabilizing flowfield at the tailplane are more general.
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MOMENT CURVES OF PROPELLER-WING-BODY COMBINATION

Figure 9.33 depicts the definition of the reference point used for the computation of the
pitching moment curves. The 35% location of the mean aerodynamic chord is a rep-
resentative location of the center of gravity for the cruise condition of the Airbus A320
aircraft [276] on which the A320-DP aircraft is based. It is noted that the contribution of
the horizontal tailplane is excluded.

\ l (tailplane excluded)

dq mean aerodynamic chord ¢

reference line for
pitching moment

Figure 9.33: Definition of the location of the reference point for the pitching moment at Ax = 0.35¢ from the
leading-edge of the mean aerodynamic chord.

The forces acting on the propellers and their contribution to the pitching moment
are summarized in Fig. 9.34. The variation of the propeller thrust with angle of attack
is minimal, as shown in Fig. 9.34a. The difference between the three propellers is the
upstream blockage and upwash, as well as the fuselage induced flowfield. The selected
propeller incidence of —3 deg is such that at a cruise angles-of-attack up to @ = 4 the
propeller normal force is slightly above zero, as shown in Fig. 9.34b. The effect of the up-
wash distribution is clearly observable in the same figure, as the most inboard propeller
generates the largest normal force, while the tip propeller experiences only a low upwash
angle and less blockage. The normal force acting on the tip propeller is further reduced
as the wing is only situated on one side of the disk.

The variation of the thrust and normal force with angle of attack affects the slope
of the pitching moment curve, where the normal-force component is dominant as the
moment arm in vertical direction between the thrust force and the moment reference
point is small. The contribution of each propeller to the aircraft pitching moment is
shown in Fig. 9.34c. As expected, the inboard and center propeller have destabilizing
contributions, while the tip propeller has a stabilizing contribution, which can already
be observed by there respective locations. Provided that the normal-force coefficient
is nearly independent of T¢ (Fig. 9.14), even in wind-milling conditions, a one-engine
inoperative situation will not significantly change the propeller contribution to longitu-
dinal stability. If this wing were unswept, the destabilizing effect of the propellers would
be larger [61].

Figure 9.35 depicts the effect of propeller installation on aircraft level. The relative
contributions of the propeller compared to the wing-nacelle combination is small, as
shown in Fig. 9.35a. The net effect on the fuselage is also negligible: any additional lift
at the fuselage-wing junction is close to the moment reference point. In Fig. 9.35b the
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Figure 9.34: Difference in forces for the three propellers, cruise conditions. The rotation direction has
negligible impact on the integral forces.

main effect of the installation is a shift in the C,, — a curve, primarily caused by the wing
loading. The downward shift of the curve implies Cy,;. < 0 up to an angle of attack of
a =6 deg. Part of this more nose-down pitching moment is compensated by the larger
down wash angle at the horizontal tailplane (shown in the next section). The slope of the
moment curve becomes 5% more negative without significant difference between the
rotation directions.
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Figure 9.35: Pitching moment about 35% of the mean aerodynamic chord for the clean configuration, / = 1.9
(cruise). Contribution of the horizontal tailplane is not included.

An interesting nonlinearity of the C,, — a curve arises for a > 6 deg. The propeller-
off case already shows a more negative C,,, even more negative for the IU-IU-1U case,
and a less negative value in case the configuration is OU-OU-IU. It is found that this is
due to the flow separation on the inboard part of the nacelles, as discussed in Section
9.3.1. Since the inboard part of the wing has a higher lift coefficient, flow separation
initiates on the inboard and center nacelles. This shifts the neutral point aft, hence Cy,,
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becomes more negative. In case the propellers rotate inboard up, the flow separation
initiates at a net lower lift coefficient and angle of attack (see Section 9.3.2). In case the
inboard propellers rotate outboard-up, the flow separation initiates at the tip, causing
tip-stall. This is not only unwanted from a lateral control and stability perspective, it
also means the neutral point shifts forward, leading to a less stable aircraft. Given the
wing sweep angle, selecting the inboard propeller to rotate opposite to each other would
be a compromise between maximum lift coefficient (see Section 9.3.2) and longitudinal
stability characteristics of the wing—nacelle combination.

FLOWFIELD EXPERIENCED BY THE HORIZONTAL TAILPLANE

In the case of a wing-mounted propeller configuration, the interaction of the slipstream
with the wing deforms the slipstream. The slipstream of the most inboard propeller is
in the vicinity of the horizontal tailplane, while it also modifies the wing lift and down-
wash distributions. In Section 8.2 it has been shown that a slipstream which approaches
a lifting surface in vertical direction leads to a destabilizing effect as the gradient of the
flowfield with angle of attack is lower than the change in flowfield without slipstream. In
this section, the effect of rotation direction on the flowfield at the horizontal tailplane is
investigated. Since the wing-mounted propeller configuration is relatively well known,
the impact of the middle propeller on the flowfield near the tailplane is particularly of in-
terest. Since the tailplane itself is not modelled in the current analyses, the evaluation of
the flowfield characteristics at the tailplane is relatively straightforward as no correction
is required to correct for the velocity induced by the tailplane.

To illustrate that indeed the rotation direction affects the location of the slipstreams
to the horizontal tailplane, the edges of the slipstreams are visualized by a contour of ax-
ial vorticity, shown in Fig. 9.36. The figure shows that in case of an outboard-up rotation,
the slipstream deforms such that on the suction side the slipstream is directed towards
the fuselage. This is an expected result [37]. In case of an inboard-up rotation, the span-
wise shear is significantly less, in line with the discussion in Section 8.3. The various
cases show that especially the most inboard propeller rotation direction determines the
amount of spanwise displacement. A slipstream from this inboard-up rotating propeller
is less likely to impinge on the horizontal tail. Moreover, a slipstream from an adjacent
propeller has negligible effect of the location of the first slipstream. This indicates that in
a time-averaged sense the slipstreams do not interact such that the global flow structure
is changed.

For a conventional layout with a fuselage-mounted horizontal tailplane, a slipstream
that is approaching the horizontal tail leads to several unwanted effects. Firstly, the gra-
dient of the local angle-of-attack % < 1, leading to a destabilizing installation effect.
Secondly, the flowfield is unsteady, and in case the edge of the slipstream impinges the
horizontal tail, unsteady loads are generated. If these considerations drive the design
choice for the inboard propeller (to rotate inboard-up), then the rotation direction of
the center propeller can be selected to achieve highest % or highest maximum lift, since
its influence on the flowfield near the tailplane is relatively small.

300



9.3. LEADING-EDGE DISTRIBUTED PROPELLER CONFIGURATION

3.0
2.0
1.0
0.0
—1.0
—2.0
—3.0
—4.0

Axial vorticity wx* [-]

2y/b [-] 29/b [-]

Figure 9.36: Axial vorticity (time-averaged) in a plane downstream of the wing in cruise condition to show that
a crossflow due to slipstream deformation affects the flowfield near the stabilizing surfaces and is dependent
on the rotation direction of the propellers. Cruise condition, a = 4 deg, J = 1.9. The horizontal tailplane
(excluded in simulation) is highlighted.

Figure 9.37 gives a more concrete picture of the distribution of the downwash angle
in a plane just downstream of the wing. Since the wing lift distribution is not elliptical
for the propeller-off condition, the downwash angle varies significantly along the span,
typical for a more triangular or bell-shaped lift distribution [290]. From the contours, it
becomes clear that the propeller installation especially modifies the downwash distribu-
tion locally, which is in line with the observations in Section 8.3.

On the inboard part of the wing, there is quite a variation of the local downwash,
since the lift distribution is strongly affected by the propellers. The downwash distribu-
tion along vertical survey lines (indicated in the contours) show a typical distribution
with a maximum downwash coinciding with the location of the wing wake. The direc-
tion of the downwash on the inboard part of the wing can be derived from the (change
of the) lift distributions presented in Fig. 9.28a. When the propellers are operating,
the downwash angle either increases (IU-IU-IU configuration) or decreases (OU-OU-IU
configuration). This means that a high thrust condition requires a different trim setting
compared to a low thrust setting. Figures 9.37b through 9.37d indicate that the rotation
directions of the inboard and middle propeller do not influence the downwash angle in
the tip region of the horizontal tailplane. On the surveyline at 15% of the wing semi-
span, the downwash is changed by approximately 1 deg, depending on the rotation di-
rection. Compared to the propeller-off condition, the downwash angle is reduced on the
outboard part of the wing (even though the lift is higher compared to the propeller-off
case), which is in line with the reduced drag caused by the tip propeller.

The propeller installation leads to a change in the lift distribution, and therefore in
the distribution of the downwash angle along the tailplane. The change in the local an-
gle of attack along the span of the horizontal tailplane is shown in Fig. 9.38a for the
cruise condition with a = 4 deg. The figure confirms that the inboard propeller is the
cause of the flowfield along the majority of the span. The influence of the middle pro-
peller is limited to outboard 40% of the tailplane. When the angle of attack is increased
from a = 4 deg to @ = 6 deg, the change in local flow angle is less severe in case the
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Figure 9.37: Downwash angle for a cruise condition (« = 4 deg, propeller operate at at J = 1.9). The horizontal
tailplane (excluded in simulation) is highlighted.

most inboard propeller rotates inboard-up, shown in Fig. 9.38b. In Fig. 9.38a it is clear
that the edge of the slipstream is already impinging on the tip of the tailplane, and as
expected, an outboard-up rotation leads to a larger portion of the tailplane submerged
in the slipstream, as depicted in Fig 9.38c. Interestingly, the fuselage-tailplane junction
also experiences a Ag. It is found that this is caused by the difference in loading the
boundary layer development on the fuselage. On average, the IU-OU-IU rotation direc-
tion has the smallest impact, i.e. the smallest deviation of the downwash angle relative to
the propeller-off case. This is the consequence of two phenomena. First, the rise in lift at
the inboard part of the wing is smaller (Fig. 9.28c). Second, the slipstream deformation
is smaller.

Like any lifting surface of finite span, the spanwise location where a perturbation of
the flowfield occurs determines the net change in the force; a perturbation towards the
tip has a smaller impact than the same perturbation that is experienced in the more in-
board part. For this reason, often an average downwash angle is used along the tailplane
[67]. The gradient of this average downwash value is depicted in Fig. 9.39. The relative
downwash gradient 5—2 compared to the propeller-off value is shown to vary between
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Figure 9.38: Characteristics of local flowfield at the horizontal tailplane at low angle of attack.

+20% and —10%. This figure demonstrates that the propeller installation effect cannot

be generalized as ‘stabilizing’ or ‘destabilizing’: depending on the angle of attack, the
downwash gradient either decreases or increases.
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Figure 9.39: Average downwash gradient along the horizontal tailplane relative to the propeller-off case.
Conditions: J = 1.9 (representative for cruise/climb), Rez = 1.7-10°

9.3.4. TRADE-OFF BETWEEN PROPELLER AND WING EFFICIENCY FOR THE
TiIP-MOUNTED PROPELLERS

In Chapter 8 it has been shown that the propeller can enhance the airframe lift-to-drag
ratio, especially if it is mounted to the tip of the wing. Since the payload-range energy ef-
ficiency of an aircraft is proportional to the product of propeller efficiency and airframe
L/ D, arelevant question is how this product can be maximized for a tip-mounted pro-
peller. This is addressed in Ref. [36]. However, often, the propeller operating condition is
selected such that 7, is maximal as the motivation for such a choice seems reasonable;
provided that the losses introduced by the propeller cannot be employed by the airframe
to their fullest for drag reduction, the introduction of swirl loss should be minimum for
the system to operate at its highest efficiency.
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From an overall aircraft perspective, such an approach can be questioned for various
reasons. Firstly, the weight of the propeller, motor, and nacelle components also deter-
mine the payload-range energy efficiency. Secondly, from an aerodynamic interaction
perspective, the location of the introduced swirl by the propeller relative to the airframe
is shown to be an important indicator for the change in airframe loading, i.e. a propeller
designed for isolated conditions introduces a certain slipstream (see Chapter 2). For a
given thrust requirement, the disk area can be selected to either operate at maximum
efficiency, or at a lower efficiency to either maximize n x% or to reduce the weight of the
propeller and other components related to the motor. Figure 9.40 depicts this design
freedom. A higher (maximum) swirl can be achieved at the expense of propeller effi-
ciency.
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Figure 9.40: Relation between swirl angle and propeller efficiency for two blade pitches of the XPROP
propeller. Typical operating conditions are indicated (for further reading, see Section 2.5).

In Section 2.3 it has been shown that the swirl distribution along the radius has a
maximum value around r/Rp, = 0.5, while the wing tip vortex has approximately a 1/r
character. This suggests that, in case the propeller design is not adapted, the swirl im-
parted to the flow cancels a larger part of the wing tip vortex if the propeller is small.
Therefore, there is a trade-off: for a smaller diameter, the propeller efficiency is compro-
mised, while at the same time, the wing lift-to-drag ratio may be increased. In the end,
the product of these two quantities is relevant. Besides 7, %, a smaller tip propeller can
also be beneficial in terms of mass and clearance to the ground (to meet the maximum
bank angle requirement).

To demonstrate that the optimal propeller performance is not necessarily the opti-
mal solution on aircraft level, the propeller installation effect for the tip-mounted pro-
peller of the A320-DP aircraft is evaluated for various propeller radii. The thrust is in
these cases maintained to approximately 1/6 of the aircraft drag, which means T¢ is not
constant. It is noted that the nacelle geometry remains constant and therefore the hub
radius as well. The loading on the inboard part of the disk is therefore not modelled,
while the propeller loading distribution away from the hub remains consistent.

Figures 9.41a and 9.41b depict the effect of a constant thrust on the wing lift and drag
coefficients. As expected, the lift increase and drag reduction are more concentrated
towards the wing tip if the propeller is smaller, while their magnitude is increased. Figure
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9.41a also indicates that the extent of the influence of the tip-propeller is limited to the
outer 20% of the wing, which has also been found in Section 8.3. Provided that, relative
to the propeller-off case, there is a lift increase, and at the same time a drag reduction,
this leads to a net increase in wing %. This is clearly observed in Fig. 9.41c, with a 20%
smaller propeller with the same thrust leading to a 0.5% increase in %. In case the thrust
is not maintained but instead the propeller remains operating at its maximum efficiency
point, the % benefit reduces by 1.5%.
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Figure 9.41: Impact of reduced diameter for the tip propeller on the airframe and system efficiencies of the
A320-DP configuration, while maintaining the nacelle geometry. Condition: @ =4 deg, J = 1.9. CFD results
obtained using an actuator disk model with a nonuniform loading that is different for each radius.

To explain the observed trends, the in-plane velocity field behind the wing tip is in-
vestigated. The phase-averaged flowfield is presented in Fig. 9.42 and indeed reveals
the more concentrated swirl that is added by the propeller. The figure shows that the
swirl reduction is local. This is in line with the finding of Section 8.3, specifically Fig.
8.23. The downwash field introduced by the wing-tip vortex is therefore not reduced
outside of the region of influence of the propeller, i.e. approximately the 1.2 times the
propeller radius. In fact, for r/ R > 1.2, it may be observed that the tangential velocity
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(and therefore downwash velocity) decreases: the result of a higher wing lift coefficient
and a larger spanwise loading variation. The still existing tip vortex of the wing is evident
near r/Rys = 0. The propeller adds therefore axial vorticity in both hub and tip region,
but is not compensating the tip vortex.
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Figure 9.42: Phase-averaged tangential velocity just behind the nacelle at the tip of the wing to show the still
finite switl at the core of the wing-tip vortex, with 2R.¢/ by = 0.2039. Away from the propeller tip, there on
average a higher tangential velocity (and therefore downwash). Conditions: @ =4 deg, J = 1.9.

The relatively low dependency of the propeller diameter on the combined propeller—
wing performance is an important result, as the weight of the propulsion system can be
reduced without a large loss of the beneficial installation. Furthermore, in case the pro-
peller is driven by an electric motor, a second advantage is employed: while maintaining
the shaft power, the torque reduces nearly proportional to the propeller diameter, as
shown in Fig. 9.43. This directly has advantages for either direct-drive and gearbox in-
stallations as in certain cases the torque requirement is the active sizing constraint for
electric motors [291, 292].
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Figure 9.43: Effect of propeller tip radius on shaft power and torque, constant T¢. The significant reduction in
torque at (nearly) constant power is indicative for lower electric motor mass.
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9.4. CONCLUSIONS

This chapter has extended the knowledge of the installation effect of horizontal-
tailmounted propellers on aircraft stability, control, and performance by employing
more detailed and elaborate analyses compared to previous works. Furthermore, a bet-
ter understanding has been developed on the effect of distributed propellers along the
leading edge of a wing with specific characteristics on several aircraft performance indi-
cators, as well as on the longitudinal stability characteristics. To limit the scope for both
configurations, only a select number of operating conditions have been evaluated. Part
of the conclusions of the analyses are common between these two configurations:

e The airframe-induced flowfield affects the direct propeller contribution to static
stability. By simplifying the installation using an isolated propeller with a moment
arm and in-plane force gradient, the static stability is either under- or overpre-
dicted, depending on the propeller location and the gradient of the inflow field
with angle-of-attack.

e The rotation direction that is most favourable from a performance and/or stabil-
ity perspective depends on the configuration and the propeller size relative to the
lifting surface downstream of it.

In addition to these common characteristics, the following more specific conclusions are
formulated in the following.

HORIZONTAL-TAILPLANE-MOUNTED PROPELLER CONFIGURATION
The following is concluded regarding longitudinal static stability and trim:

e An aft-mounted propeller installation generally does not adversely affect the air-
craft longitudinal static stability over a major part of the operating conditions,
which confirms the findings in literature. The neutral point shifts aft with increas-
ing thrust coefficient, up to 5% of the mean aerodynamic chord for a thrust coeffi-
cient typical for climb/cruise with co-rotating propellers. At higher thrust settings,
the neutral point shifts more aft. Exceptions to this are observed at high angles of
attack.

e The propeller normal force is the dominant component of the changes in aircraft
pitching moment resulting from propeller installation. Its contribution is linear
with angle of attack for the linear part of the lift-curve.

* On aircraft level, the propeller installation leads to a nonlinear contribution to the
pitching moment due to angle of attack (C,,,) which is dependent on rotation di-
rection. The large variations of C,,, start from the onset of the nonlinearity of the
lift curve, because of the strong nonuniform inflow to the propeller. The slope of
the pitching moment curve becomes up to 25% more negative for an outboard-up
configuration, and up to 40% more negative for an inboard-up configuration. The
dependency on thrust is low.
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¢ The propeller slipstreams are not significantly displaced relative to the stabilizing
surfaces for various flight conditions. For this reason, more predictable and more
favourable static stability characteristics are achieved compared to the situation
where propellers are mounted on the inboard part of the wing.

e The thrust-induced nose-down pitching moment is largely compensated by the
propeller normal force induced by the wing downwash field. Therefore, only a
small change in trim setting of +2 deg in cruise conditions is required between
propeller-off and propeller-on.

Regarding the directional static stability and trim:

* The propeller installation increases the Cy,, in a reference point at 25% of the mean
aerodynamic chord by 6% for the inboard-up propeller configuration and up to
12% for the inboard-up propeller configuration. The difference between the two
rotation directions is caused by the fuselage induced flowfield. The co-rotating
configuration can be approximated by the sideforce of two isolated propellers
multiplied with their moment arm. The rise is nearly independently of thrust co-
efficient.

¢ The presence of the slipstreams on each side of the vertical tail makes the vertical
tailplane less effective. The C,; is reduced by 2.5% for a cruise thrust setting.

e The change in yawing moment coefficient remains approximately linear for =
+10 deg.

¢ In the co-rotating configuration, a net yawing moment exists that is equivalent to
a sideslip angle of two degrees. This is caused by the thrust-dependent sidewash
of the slipstream due to interaction, in line with other research [62, 173, 174].

¢ The outboard-up rotating propeller is the critical engine. In case of an one-engine-
inoperative situation, the yawing moment becomes zero at = 1 deg in cruise
conditions, if the thrust of the operating engine is not increased to arrive at an
equilibrium condition of T'= D.

m Regarding the propeller efficiency and other performance indicators:
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¢ The installation is beneficial for the propeller efficiency at a positive (aircraft) an-
gle of attack as the normal force is suppressed. The maximum is found at approx-
imately @ = 5 deg. For comparable configurations, it is hypothesized that the pro-
peller installation angle should be chosen such that the net normal force is zero to
achieve highest efficiency in the direction of flight.

e The propeller efficiency in flight direction multiplied with the lift-to-drag ratio is
up to 2% higher for the co-rotating configuration compared to the situation in
which the interaction is not included.
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e The maximum lift coefficient is increased by up to ACr max = +0.06 for the co-
rotating configuration. This increment is significantly smaller compared to wing-
mounted propeller configurations. The propellers are the dominant contribution
to lift.

As a final note, the current study displays that even for a suboptimal design, the ben-
eficial propeller-airframe aerodynamic interaction could partially offset the drawbacks
identified for the configuration [25, 86, 280]. These benefits are present despite the fact
that an aerodynamic performance benefit historically has not been motivation for study-
ing this configuration.

LEADING-EDGE DISTRIBUTED PROPELLER CONFIGURATION
The geometry on which the analyses have been performed has a highly swept wing, com-
parable to an Airbus A320. Therefore, some of the conclusions only pertain to the swept
wing geometry. However, by varying the rotation direction, thrust coefficient, and pro-
peller diameter, design guidelines are formulated for comparable installations which do
not necessarily have a swept wing.

The following is concluded on the nacelle installation on a swept wing:

 Ifthe wing-nacelle junction is not adapted to lower the adverse pressure gradients,
even at low angles of attack the flow is prone to separation on the inboard side of
the nacelle, in line with other studies.

* Flow separation initiates at the inboard nacelles, which shifts the aerodynamic
center rearwards. On the other hand, the tip becomes more prone to tip stall com-
pared to the clean wing design due to the local higher angle of attack introduced
by the propeller-nacelle combination

* Avertical translation by a distance equal to half the diameter of the nacelle already
significantly postpones the onset of stall, in line with other studies. The lift-to-drag
ratio in that case is raised by approximately 2.5% per nacelle for a cruise/climb
angle of attack.

The following is concluded on the propeller installation on the aircraft performance:

* Due to wing sweep, an outboard-up rotating propeller has a higher efficiency (ap-
proximately 1%) than an inboard-up rotating propeller.

e The propeller installation leads to changes in lift, drag, and lift-to-drag ratio. The
inboard propellers especially contribute to aircraft lift, while the tip propeller not
only increases lift, but also reduces drag. The part of the disk that is increasing the
local angle of attack to the wing increases the lift and at the same time decreases
drag.

e Irrespective of the rotation direction, there is a net increase of the lift coefficient
which is proportional to the thrust coefficient.
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¢ For inboard-up rotating propellers: The more inboard the propeller is mounted,
the larger the magnitude and the spanwise extent of that rise in lift is. The opposite
is the case for the other rotation direction.

¢ The airframe lift-to-drag ratio increases between 5% to 8% depending on the refer-
ence drag and rotation direction. At high angles of attack, because of wing sweep,
the airframe lift-to-drag ratio remains high in case of outboard-up rotating pro-
pellers, since the corner-flow separation at the nacelle junction is suppressed.

* A smaller tip propeller can be selected at the cost of propeller efficiency and to
the benefit of airframe lift-to-drag ratio. The product of these two quantities re-
mains approximately constant for the evaluated radii (up to 30% smaller diameter
compared to a reference case). While the power increases by 2% to maintain the
same thrust, the torque is reduced by more than 20%. A smaller tip propeller may
therefore lead to a lighter nacelle, propeller, and (electric) motor.

The following is concluded regarding longitudinal static stability and pitching moment:
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¢ The direct propeller contribution to longitudinal stability is small. The tip pro-
peller is stabilizing, the inboard propellers are destabilizing for a moment refer-
ence location at 35% of the mean aerodynamic chord. The main effect of the pro-
peller installation is a more negative tail-off pitching moment.

e The slope of the tail-off moment curve becomes 5% more negative without signif-
icant difference between the rotation directions.

e The propellers and horizontal tailplane should be positioned such that the slip-
stream does not impinge the horizontal tailplane. Among other considerations
(such as unsteady loads), a slipstream impingement introduces rapid changes in
the pitching moment curve with angle of attack.

¢ On average, the rotation direction “down between blades” has the smallest impact
on the downwash angle at the horizontal tailplane relative to the propeller-off case.
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CONCLUSIONS AND
RECOMMENDATIONS

10.1. CONCLUSIONS

It is envisioned that the future generations of regional and short to medium-range air-
craft employ a high level of propeller integration to achieve low-emission flight. The
objectives of unconventional propeller installations include the enhancement of the air-
frame aerodynamic efficiency, increasing the propeller efficiency, improving cabin com-
fort, and improving the overall aircraft design. Furthermore, by introducing the aerody-
namic interaction in specific phases of the flight, beneficial propulsion integration can
also enable the use of alternative energy sources and increase the electrification level of
the propulsion system.

The higher level of integration also means that typically a stronger aerodynamic cou-
pling exists compared to the conventional configuration. The closer proximity of the
propeller and airframe requires a more dedicated integral design (approach) of both the
airframe and propulsion unit. This is partially driven by the impact of unconventional
propeller installations on static stability, as various proposed unconventional configu-
rations use propellers that are relatively far from the center of gravity. Therefore, new
design guidelines need to be formulated.

In order to achieve significant efficiency gains on aircraft level, it is required that
the aerodynamic interactions that lead to changes in aircraft performance, stability, and
control are understood from a fundamental perspective, and from an application point
of view. To contribute to the necessary knowledge required for further development of
these aircraft, the objective of this dissertation is:

"to characterize the role of the aerodynamic interaction between the propeller
and the airframe on the performance and static stability characteristics for
selected aircraft configurations which aim for a beneficial propeller-airframe
interaction’.
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The associated main research question is:

What are the fundamental mechanisms that determine the airframe perfor-
mance, static stability, and control characteristics when propellers are in close
proximity to the airframe and how can these be predicted?

To this end, a combination of experimental and numerical analyses on several con-
figurations have been conducted. Three different types of analyses were performed.
First, fundamental phenomena were investigated which provide insight for related con-
figurations and derivatives thereof. Second, a configuration study indicated the ex-
pected trends on various performance indicators. Finally, two detailed studies on air-
craft level demonstrate the relative importance and the coupling between aerodynamic
interactions.

To limit the scope, the aerodynamic interactions are studied on a select number of
configurations and conditions that would be representative for regional transport air-
craft. For these types of aircraft, it is the airframe that typically produces the domi-
nant flowfields and aerodynamic forces, while the propeller typically introduces a small
change to these. Moreover, for these aircraft the wing has a low sweep angle and the
operation is at subsonic Mach numbers. Conceptually, the following cases have been
studied:

¢ Propellers that are mounted ahead of the wing
¢ Propellers that are mounted near the stabilizing surfaces

¢ Propellers that are mounted above or behind the wing

Two particular cases were investigated in detail. The first configuration had pro-
pellers that are mounted to the horizontal tailplane. This is an example where there
is a strong interaction between the propeller and airframe that affects performance, sta-
bility, and control, and contains various interaction mechanisms that are of interest for
other configurations as well. A second specific case is a distributed propulsion configu-
ration with propellers mounted to the inboard part of the wing (in front of the high lift
devices), together with a propeller mounted to the tip of the wing. In such configuration,
the propellers are ahead of the center of gravity, and the dominant aerodynamic inter-
action is the effect of the propeller on the wing, which in turn influences the flowfield at
the stabilizing surfaces.

Comprehensive wind-tunnel tests and numerical simulations have been performed
on numerous specific propeller installations that are linked to these two configurations,
including isolated propellers, various combinations of a propeller and a single lifting
surface, and propeller—-propeller interaction. The experimental results also provide a
benchmark for both isolated propeller simulations and for propeller-installation stud-
ies on related configurations. This dissertation is therefore also useful as a reference to
compare the installation effect of different configurations.

It is also noted that the focus in the dissertation is on the aerodynamic phenomena:
the relative importance of certain observations (e.g. the impact of the nacelle or the
(non)linearity of force curves) are dependent on specific geometries and not all findings
can be generalized. For this reason, where possible, it is noted that a certain observation
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is case-specific, or can be perceived as a (more) general conclusion. Along those lines, al-
though the experiments and simulations were conducted at relatively low Reynolds and
Mach number, several results indicate that the results can be properly scaled to deter-
mine installation effects at other Mach and Reynolds numbers as well.

In line with the objective of this dissertation, six research questions have been formu-
lated and are answered in the following sections. First, the effect of nonuniform inflow
on the propeller is discussed, followed by the conclusions on the impact of the propeller
on lifting surfaces. Their combined interaction is then discussed on aircraft level, which
provides an outlook of the installation effect on aircraft performance, stability, and con-
trol. Finally, conclusions are presented on the modelling of these aerodynamic interac-
tions. Recommendations for further research are presented at the end of this chapter.

10.1.1. FUNDAMENTAL MECHANISMS OF NONUNIFORM INFLOW EFFECTS

ON INSTALLED PROPELLERS

Nonuniform inflow generally leads to changes in the propeller efficiency curve, the gra-
dient of in-plane and out-of-plane forces, maximum achievable thrust for a certain flight
condition, and unsteady loads on the blades. Compared to the conventional configura-
tion, for various unconventional propeller installations, the nonuniform inflow to the
propeller differs both in type and magnitude. This is not only the case for a single flight
condition. Since also the airframe-induced flowfield is not constant between flight con-
ditions, there is a larger dependency of the inflow on the angle-of-attack, sideslip angle,
and high-lift conditions. This directly affects the gradients and offsets of the propeller
force curves and therefore the aircraft stability and trim, respectively. Moreover, the ef-
fect of nonuniform inflow to the propeller is not limited to the propeller forces only: the
slipstream shape and consequently its interaction with lifting surfaces are affected as
well. The understanding of nonuniform inflow effects on the propeller is therefore of
importance for full aircraft studies, which has led to the following research question:

1. What are the physical mechanisms that determine the propeller performance in
installed conditions?

To address this question, steady and unsteady RANS simulations have been performed
of isolated and installed propellers. In Chapter 6 it was shown that airframe-induced
flowfield, i.e. the axial and tangential momentum transport, at the propeller disk is the
dominant factor that determines the propeller forces. Other effects that determine the
local inflow condition are of secondary importance. For example, it is shown that the de-
flection of a slipstream as the result of an angle-of-attack, introduces only small velocity
components at the propeller disk. Slipstream deformations that occur further down-
stream (for example due to the interaction with a wing) are not a relevant factor for the
propeller loading.

A study has been performed on the sensitivity of the radial load distribution to a
change in inflow condition that is expressed as a change in local advance ratio. The con-
structed distributions provide insight into what region of the disk is responsible for the
largest changes of the propeller forces. This was demonstrated to be the region of high-
est loading. The analogy can be made to a three-dimensional wing, for which the local
slope of the lift-curve along the span is proportional to its nominal lift distribution. This
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particular distribution is a property of the propeller design. For propellers with a high
number of blades and/or in case there is a duct around the propeller, the region most
sensitive to inflow perturbations can be expected to be more outboard. Furthermore, it
can be concluded that:

¢ A perturbation that is introduced at a certain radial location and phase angle leads
to a change in load that is spread in radial direction, and has a phase delay that
depends on the reduced frequency and Mach number.

¢ For a given blade design, it is shown that the normalized shape of the sensitivity
distributions of the blade forces is virtually independent of propeller advance ra-
tio.

¢ At constant rotational speed, the disk loading changes linearly with a velocity per-
turbation in in-plane direction, and quadratically with a velocity perturbation in
tangential direction.

e Due to the nonlinear sensitivity distribution over the disk, a varying nonuniform
inflow with angle-of-attack leads to a higher or lower gradient of the propeller
integral forces compared to the same propeller experiencing a uniform angle-of-
attack.

¢ The largest unsteady blade loads can be reduced if velocity perturbations at the
annulus of highest loading are avoided.

Next to the understanding of the local changes in blade loading in a single condition,
a prediction of the propeller efficiency curve in the installed case is of interest for an air-
craft designer. It has been shown that for a given propeller design, nonuniform inflow
can be represented by an ‘installation coefficient’ x such that the efficiency curve of this
uninstalled propeller is scaled along the J and 7, directions by x to obtain the installed
propeller efficiency. Using the data of the isolated propeller for an arbitrary blade angle,
the advance ratio at which the installed case has highest efficiency, as well as the value of
the maximum efficiency, can be quantified immediately. The computational intensive
analyses to find the optimum blade angle for the installed cases are therefore redundant
and the formulation of the installation coefficient is therefore highly valuable to the air-
craft designer. The following can be observed from the definition of «:

e For a given inflow disturbance, the largest installation effect occurs at high ad-
vance ratio, i.e. cruise and approach conditions.

¢ Any benefits/losses on the maximum efficiency will be more pronounced for large
blade pitches, as these typically operate at high advance ratio.

¢ An axial disturbance results in an increase or decrease in efficiency as a fraction of
TNiso- A tangential disturbance results in an increase or decrease in efficiency that
is linearly varying with J.

To determine the installation coefficient, the propeller performance in a limited
number of conditions should be quantified, preferably at low computational cost, since
high fidelity time-dependent analyses and experiments are often out of the scope for
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various stages in the aircraft design. Methods published in literature are either of high
fidelity, or based on lower order methods that lack the required accuracy to even predict
the propeller loads in uniform inflow conditions. The following question is therefore
addressed:

2. What aspects need to be captured by a low-order method in order to accurately esti-
mate the propeller loading caused by nonuniform inflow?

An engineering method has been developed to estimate the propeller load distribu-
tion for propellers operating in arbitrary nonuniform flow. A quasi-steady approach is
formulated by making use of the sensitivity distributions of the loading with advance ra-
tio. This input can be obtained by e.g. high fidelity CFD simulations, lower-order meth-
ods, or from experiments. Since the local torque and thrust are primarily dependent on
the lift force on the blade sections, the quasi-steady approach is successfully extended
by applying modified equations of unsteady aerodynamics for airfoils that predict the
lift of two-dimensional airfoils.

In case the actual shape of the nonuniform inflow is not taken into account, but in-
stead is averaged over the disk, the installation effect on the integral propeller forces is
generally underestimated and in-plane force components are not representative. For ex-
ample, by averaging the upwash introduced by a wing to a tractor propeller, the normal-
force coefficient is overpredicted by 10%.

The method has been applied to four representative validation cases, each having
a particular combination of nonuniform inflow. The integral forces on the individual
blades over a full revolution as well as the integral propeller forces compared well with
the validation data in terms of predicted trends and the magnitude. For the evaluated
cases, it is shown that the change in the load due to the nonuniform inflow is predicted
with errors ranging from 0.5% up to 12% compared to the validation data.

The proposed method provided a time-resolved solution within several CPU sec-
onds, which was 7 orders of magnitude faster than with full-blade RANS CFD compu-
tations. The unsteady analyses of the full annulus of the installed propeller are avoided,
while still a time-resolved solution is obtained, with a temporal resolution depending
on the spatial resolution of the inputs. The low computational cost makes the pro-
posed method suitable for both design and analyses of propellers in arbitrary nonuni-
form flows. Compared to relying on isolated performance data, this method allows for a
better prediction of the performance of aircraft with tightly integrated propellers, as well
as an estimation of the propeller contribution to the aircraft stability derivatives dur-
ing the preliminary design phase. A prediction of the slipstream-effect on the airframe
should be computed using a method in which this nonuniformity of the slipstream is
described.

10.1.2. CONFIGURATION-SPECIFIC NONUNIFORM INFLOW EFFECTS ON

INSTALLED PROPELLERS
In this dissertation, various propeller configurations have been evaluated. By making
use of the definition of the installation coefficient and by employing the developed en-
gineering method, the following questions are addressed:
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3. How do different propeller configurations compare in terms of cruise performance
and what design guidelines can be formulated?

4. What approaches should be followed to reduce or avoid unsteady loads on the pro-
peller when it is in close proximity to the airframe?

A configuration study has been conducted where a large number of propeller loca-
tions relative to a representative aircraft in cruise conditions have been evaluated. Al-
though the study focussed on the propeller only, the outcomes are useful for both pro-
peller and aircraft design studies. For example, any loss in propeller efficiency is an in-
dication of the minimum L/D benefit that needs to be achieved in order to still obtain a
positive np, L/ D gain. The study highlights the dependency of the installation coefficient,
normal-force coefficient, and unsteady loads on propeller diameter and position. The
study highlights that small adaptations (e.g. selecting a slightly different chordwise lo-
cation or vertical position) can have a significant impact on the propeller performance
in the order of 10% to 20% from the uninstalled condition. The study also shows that
the propeller location that leads to the largest propeller normal-force coefficient and/or
unsteady loads, does not necessarily coincide with the location that corresponds to the
largest installation coefficient. It is found that the relative magnitude of the unsteady
force compared to the thrust reduces when the propeller diameter increases.

PROPELLER AHEAD/BEHIND A LIFTING SURFACE

From all the evaluated configurations, a propeller ahead of a lifting surface experiences
the smallest installation effect, in line with findings from other research. The installa-
tion coefficient was found to vary between x = 1.00 and x = 1.02. The blockage effect
of the wing is the main cause of a higher installation coefficient. The upstream effect
due to displacement of the streamlines is proportional to the airfoil thickness-to-chord
ratio. The dependency of x on propeller diameter, axial and vertical location is low,
and the maximum value is reached when the propeller is slightly below the wing chord
line. Provided that the installation coefficient is above unity, the blade pitch should be
slightly increased (estimated to be up to 5 deg) to operate the desired thrust coefficient
at maximum efficiency. The normal force and unsteady loads are largest if the propeller
is mounted above the chordline.

Since the downwash and upwash gradient in the plane of the propeller (either up-
stream or downstream of the wing), depends on the wing aspect ratio, the (de)stabilizing
contribution of the propeller depends on the wing aspect ratio as well. Compared to an
isolated propeller, a wing with an aspect ratio lower than 10 reduces the normal-force
gradient if the propeller is mounted ahead of the wing. A reduction of the normal-force
gradient by 25% is found in case the propeller is mounted behind the wing with an aspect
ratio of 10, irrespective of the distance behind the wing.

In case the propeller is mounted behind a wing, the dependency of the installation
coefficient on diameter is significant, which ranges between x = 1.02 and x = 1.10 for
Dy = 1.0 to Dy = 0.1, respectively, and is in line with other research. Besides being re-
sponsible for the higher installation coefficient, the encounter of a wake especially leads
to unsteady loads, where the largest installation effects occur if the wake is encountered
at z/Rp = +0.5. The unsteady loads on the blades are either one-per-revolution or two-
per-revolution, depending on the vertical location of the wake-encounter. Compared to
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a propeller mounted ahead of a wing, the unsteady loads increase by a factor of four for
this particular case.

In case a propeller operates in the flowfield induced by the wing-tip vortex, a mod-
erate increase of the installation coefficient between x = 1.02 and « = 1.06 is primarily
caused by the tangential velocity component. A smaller diameter leads to a larger instal-
lation coefficient. A small normal force is produced, depending on the vertical location
of the propeller. The presence of the wake and downwash on the inboard side of the disk
leads to unsteady blade loads of the order of 20% to 40% of the mean thrust, and are
nearly independent of propeller diameter. If the propeller blade would have been de-
signed to operate in the radially varying flowfield, the efficiency benefit could have been
larger.

PROPELLER ABOVE/BELOW A WING

If a propeller is mounted above a lifting wing, the higher axial inflow leads to significant
reduction in installation coefficient (x = 0.8 to 1.0 have been found), which primarily
depends on the chordwise location of the propeller for a given condition. Next to the
chordwise location, the diameter is a key parameter that influences the propeller perfor-
mance, while the tip-clearance is shown to have only a small impact. For the particular
case investigated, the over-the-wing configuration can lead to significant downforce on
the propeller (up to 40% of the thrust). The under-the-wing propeller leads to zero to
moderate lift contribution (up to 20% of the thrust). Due to the strong varying velocity
profile normal to the airfoil surface, these installations lead to the largest unsteady loads
of all configurations.

ARRAY OF DISTRIBUTED PROPELLERS

In line with other research, installing propellers in a side-by-side arrangement reduces
the propeller efficiency for any thrust coefficient. For this particular case with a tip spac-
ing of 4% of the propeller radius, values ranging between Anp, = —0.05 at T¢ = 0.01 to
Anp =-0.005 at T¢ = 1.0 have been found. The main installation effect on the mean pro-
peller efficiency and thrust is introduced by the nacelles, increasing the effective inflow
velocity on adjacent propeller disks. The nacelle-effect becomes even more prominent
at higher thrust coefficients.

The largest unsteady loads occur due to the boundary condition that limits the slip-
stream to contract. The corresponding in-plane velocities lead to periodic loading and
these linearly increase with the thrust coefficient. The unsteady loads from the interac-
tion between tip vortices only leads to very local changes in load. The magnitudes of the
unsteady shaft loads are proportional to the installed thrust coefficient.

PROPELLERS MOUNTED TO THE HORIZONTAL TAILPLANE

When propellers are mounted to a horizontal tailplane, a distorted flowfield is experi-
enced caused by the wing, by the fuselage (especially in case of a side-slip), and by the
upstream effect from the tailplane. The dominant condition is when the separated flow
from the wing-fuselage junction impinges on the propeller disk. The swirling character
of this flowfield in particular leads to an increase in thrust and propeller normal force for
the outboard-up rotating propeller.
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The airframe-induced flowfield present at lower angles of attack leads to important
implications for the forces acting on the propellers. The contribution of the propeller
to longitudinal stability is reduced as the normal-force coefficient is lowered by up to
30% for the outboard-up rotating propeller for the cruise condition. The difference in
rotation direction is caused by the fuselage-induced flowfield (especially a cross-flow
component), that is not constant with angle-of-attack. In high angle-of-attack condi-
tions, the normal-force gradient becomes even slightly negative for an inboard-up rotat-
ing propeller, while the magnitude increases by a factor of three times the value existing
at a = 0 deg for the outboard-up rotating propeller.

A propeller installation above the fuselage centerline leads to a rotation-dependent
gradient of the side-force coefficient, estimated to be +10% from the value of an iso-
lated propeller. These changes in propeller loading are primarily caused by the fuselage-
induced flowfield in case of a sideslip.

Due to the nonuniform inflow, the maximum propeller efficiency is achieved at a
small positive angle-of-attack if the propellers are aligned with the fuselage centerline.
The largest values are achieved at high angle-of-attack for an outboard-up rotation,
while at angles of attack representative for cruise, the difference is small.

Finally, it has been shown that the consequence of nonuniform inflow significantly
impacts the unsteady pressure fluctuations (and therefore noise) on the fuselage outer
surface, the particular case showed that these doubled for angles of attack ranging from
a =0degto a =14 deg. The rotation direction has a large impact on the magnitude of
these, which is in line with other research.

10.1.3. AERODYNAMIC RESPONSE OF LIFTING SURFACES DUE TO A PRO-

PELLER SLIPSTREAM

The time-averaged effect of a propeller slipstream on the maximum lift coefficient, the
change in lift at constant angle-of-attack, and the lift-to-drag ratio of a lifting surface that
is submerged in this slipstream is in particular of interest from an aircraft performance
point of view. From an aircraft stability and control point of view, the gradients of the
forces with angle-of-attack and the change in control effectiveness are relevant. The
time-dependent interaction is primarily of interest when it comes to the assessment of
load-transfer to the cabin, structureborne noise, and the assessment of fatigue loads.

Fundamentally, these are research topics that have been studied by a large number of
authors, especially in the light of a wing-mounted propeller configuration. While most of
the previously identified trends have been confirmed in this dissertation, also opposite
trends have been found for specific cases and several new findings have been presented
on a fundamental interaction level, as well as from an application point of view. To arrive
at those conclusions, the underlying research question was formulated:

5. What are the physical mechanisms that determine aerodynamic forces on the air-
[frame as the result of propeller installation?

The various test cases that have been analyzed in Chapter 8 also provide insight in
typical values and trends that can be expected for comparable geometries. These results
may be useful for design (exploration) and other engineering/research problems.
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DEVELOPMENT OF THE SLIPSTREAM THAT INTERACTS WITH A LIFTING SURFACE

In the installed condition, the inflow to the lifting surface is no longer the inflow pro-
duced by an isolated propeller. In open literature, such a distorted inflow has not exten-
sively been addressed, while it is considered an important aspect. To further understand
the trends of the forces and gradients of the forces with angle-of-attack, it was essential
to evaluate the development of the propeller slipstream. From full-blade CFD simula-
tions of a propeller-nacelle combination, the following key observations were made:

* The gradient of the local angle-of-attack a' relative to the freestream value, lfa—“',

is reduced by the propeller on each side of the disk due to the change in loading
on the disk. The value varies along the radial direction and reductions have been
found up to 10%. This reduction directly reduces the (local) slope of the lift curve
of a surface that is submerged in the slipstream. It is expected that this reduction
depends on the gradient of the propeller normal-force coefficient.

e QOutside the slipstream the change in the flowfield with respect to angle-of-attack
is larger than inside the slipstream and is opposite in sign, caused by both the
deflected slipstream and the presence of the nacelle. The effect of the slipstream
deflection on the local angle-of-attack is estimated to be two to three times larger
than the presence of the nacelle.

* The strongest changes of flowfield quantities with angle-of-attack occur at the
edges of the slipstream. The smallest changes of flowfield quantities with angle-
of-attack occur if the lifting surface is positioned at the propeller rotation axis. Ac-
counting for the varying slipstream with angle-of-attack is therefore even more
important if the lifting surface has an offset from the rotation axis.

The installation effect of adjacent propellers (for leading-edge distributed propul-
sion) on the slipstream development is twofold. First, at the symmetry planes larger ve-
locity and pressure gradients are introduced. Secondly, the slipstream is less contracted
at the symmetry plane, while more contraction is observed on the upper/lower side of
the array of slipstreams. The slipstream area is nearly constant, as the reduction in thrust
is negligible. The larger contraction on the upper/lower side of the array of slipstreams
leads to a smaller angle-of-attack in case the propellers are mounted below the wing
chord line, compared to a case where there is no interaction between the adjacent pro-
pellers.

FUNDAMENTAL AERODYNAMIC INTERACTION

In Chapter 8 the aerodynamic interaction mechanisms that determine the changes in
loading on the lifting surface have been discussed. New findings are presented on the
pressure distributions that are affected by the propeller. Some of the findings from other
authors have been confirmed, and at the same time, the link to aircraft performance,
stability, and control has been made more apparent.

The interaction may be split up into a quasi-two-dimensional problem, where an air-
foil section experiences a different dynamic pressure and angle-of-attack. On top of that,
there is a three-dimensional interaction through the interaction of the vortex systems,
which in turn affects the local induced angle-of-attack. These quantities were analyzed
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using two test cases. The first case is a tip-mounted propeller which directly influences
the flowfield by the tip-vortex of the lifting surface. The second test case was a more in-
board mounted propeller, where the tip-vortex of the lifting surface resides between the
propeller rotation axis and the edge of the propeller disk. From these comprehensive
wind-tunnel tests and full-blade CFD simulations, the following is concluded:
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The results show that the change in loading due to an angle-of-attack is more
concentrated towards the leading-edge. When the propeller is spinning and the
angle-of-attack is raised from a; to ay, the change in loading resembles the pres-
sure distribution of the propeller-off case if the two distributions are normalized.
Therefore, the propeller-tailplane combination behaves in the same way as the
propeller-off case: the presence of the slipstream can be described as a change in
lift curve slope.

If the change in loading is obtained through a change in advance ratio, i.e. going
from T¢,; to Tcp, the pressure distribution is not the same as a change in angle-
of-attack. This is caused by a finite height of the slipstream relative to the chord of
the lifting surface. Therefore, for low Dy /c ratios, the design of the leading-edge
of the wing becomes relatively more important. This is, for example, the case for
distributed propellers along the leading-edge.

The propeller increases the effectiveness of the flap/elevator and this increase is
nearly inversely proportional with advance ratio. By the deflection of a control
surface/high-lift device, there is relatively more loading toward the leading-edge
of the main element and the leading-edge of the control surface/high-lift device.

Slipstream deformation is, in addition to the variation of spanwise loading, caused
by a change in helicity of the propeller tip vortex near the surface.
At constant angle-of-attack, for the portion of the span that is washed by the pro-

peller, the local downwash angle is reduced. Outside this region, the downwash
angle increases.

Independent of rotation direction, the largest reduction of in-plane kinetic energy
is observed between the leading-edge and quarter chord of the lifting surface due
to the presence of a nonpermeable boundary. More downstream, the kinetic en-
ergy deposition is further reduced if the propeller is rotating against the tip vortex
direction of the lifting surface.

For a tip-mounted propeller configuration with the propeller rotating against the
wing tip-vortex, the portion of the wing washed by the propeller has:

— A higher lift coefficient at the same a
— A higher lift curve slope

— The maximum lift coefficient is achieved at the same angle-of-attack as the
propeller-off case

— Ahigher lift-to-drag ratio at the same angle-of-attack

— The maximum c;/c,4 is achieved at higher ¢;

— At low lift coefficients, the c;/c,; is lower compared to the propeller-off con-
dition



10.1. CONCLUSIONS

Compared to a tip-mounted propeller, if the propeller is mounted close to the fuse-
lage, the jump in circulation at the propeller rotation axis is stronger than the propeller
hub vorticity. This is the result of a higher gradient of the section lift coefficient with
angle-of-attack if it is further away from the tip. This is driven by the three vortices shed
from the lifting surface at three distinct locations: at the root, at the edge of the slip-
stream, and at the propeller rotation axis. For an inboard-up rotating propeller, these
three lead to a larger downwash gradient compared to the outboard-up rotating pro-
peller, and therefore to a lower normal-force gradient of the lifting surface.

UNSTEADY AERODYNAMIC INTERACTION AND MITIGATION STRATEGIES

The vibration levels in the cabin for propeller driven aircraft are typically higher than for
turbofan aircraft of the same class. Part of this is caused by the unsteady aerodynamic
interaction between slipstream and airframe. From the analyses of the time-dependent
load distributions on the lifting surface not only insight is gained from a structural design
perspective, but also opportunities are revealed to reduce the unsteady loads produced
by the propeller-lifting surface combination. The observations made from those analy-
ses may drive design choices such as rotation direction, propeller position relative to the
airframe, and the tail size. Therefore, the following research question has been posed:

6. What approaches should be followed to reduce or avoid unsteady loads on the air-
frame it is in proximity to a propeller?

Although a design study has not been conducted to fully address this question, the
following conclusions have been formulated:

* Three types of slipstream deformation have been identified that lead to vastly dif-
ferent unsteady loads on a lifting surface. The case where there is an alternating
number of vortex pairs residing on the surface and in case there is a strong shear
of the slipstream, the unsteady loads at a spanwise station are maximum. The lo-
cal chord length relative to the pitch of the helical vortex is found to be the driving
parameter to affect the unsteady loads.

* The largest unsteady loads can be expected on the inboard side of the lifting sur-
face due to the higher lift-curve slope in this region compared to the tip region.

* Generally, the tip vortex strength is not constant over a revolution. The interaction
of a helical tip vortex with a lifting surface is therefore not symmetric on each side
of the propeller axis. The unsteady loads therefore directly depend on the nonuni-
form inflow to the propeller, e.g. an angle-of-attack.

¢ An angle-of-attack leads to a phase shift of the helical tip vortices on the advancing
side and retreating side of the propeller because the slipstream is deflected relative
to the lifting surface. This directly affects the integral unsteady loads on the lifting
surface, as the associated phase difference between the upgoing and downgoing
blade sides partially cancel or enhance the integral time-dependent for the lifting
surface.
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* Close proximity of the helical tip vortex to the tip vortex of the lifting surface is
undesired because the associated periodic vortex interaction introduces unsteady
loads on the lifting surface.

10.1.4. ASPECTS OF AIRCRAFT STABILITY, CONTROL, AND PERFORMANCE

FOR UNCONVENTIONAL PROPELLER INTEGRATION
The findings from the chapters on the fundamental aerodynamic interaction mecha-
nisms have been put in perspective by addressing the following question:

8. What are the key parameters that determine the airframe performance, static stabil-
ity, and control characteristics when propellers are in close proximity to the airframe
and what is their relation to aircraft design?

The two configurations of interest serve as representative examples of unconven-
tional propeller installation. The presented findings extend the knowledge of the in-
stallation effect of horizontal-tail-mounted propellers on aircraft stability, control, and
performance by employing more detailed and elaborate analyses compared to previ-
ous works. Furthermore, a better understanding has been developed on the effect of
distributed propellers along the leading-edge of a wing on several aircraft performance
indicators, as well as on the longitudinal stability characteristics. Several more general
conclusions have been formulated that apply to a wider range of configurations:

¢ A velocity field that reduces the effective advance ratio (i.e. lower axial inflow or
a swirl that is against the propeller rotation direction) leads to a higher propeller
efficiency and affects the optimal operating condition. In those cases, the optimal
thrust coefficient is lower and the corresponding advance ratio is higher. For the
same thrust coefficient, the blade pitch needs to be reduced to operate at maxi-
mum efficiency.

¢ The optimal propeller installation angle to achieve the maximum propeller effi-
ciency and/or a favourable lift-contribution, is generally not parallel to the direc-
tion of flight.

¢ The airframe-induced flowfield affects the direct propeller contribution to static
stability. By simplifying the installation using an isolated propeller with a moment
arm and in-plane force gradient, the static stability is either under- or overpre-
dicted.

¢ The rotation direction that is most favourable from a performance and/or stability
perspective depends on the configuration and the propeller size relative to the lift-
ing surface downstream of it. The rotation direction should therefore be a design
variable already in the early stages of the aircraft design.

The following conclusions are more specific to the two propeller configurations:
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HORIZONTAL-TAILPLANE-MOUNTED PROPELLER CONFIGURATION
When the propellers are mounted to the horizontal tailplane, the following can be con-
cluded regarding longitudinal static stability:

e An aft-mounted propeller installation generally does not adversely affect the air-
craft longitudinal static stability over a major part of the operating conditions,
which confirms the findings in Refs. [194, 229]. The neutral point shifts aft with
increasing thrust coefficient, up to 5% of the mean aerodynamic chord for a thrust
coefficient typical for climb/cruise with co-rotating propellers. At higher thrust
settings, the neutral point shifts more aft. Exceptions to this are observed at high
angles of attack.

e The propeller normal force is the dominant component of the changes in aircraft
pitching moment resulting from propeller installation. Its contribution is linear
with angle-of-attack for the linear part of the lift-curve.

e On aircraft level, the propeller installation leads to a nonlinear contribution to the
pitching moment due to angle-of-attack (Cy,,) which depends rotation direction.
The large variations of C;,, start from the onset of the nonlinearity of the lift curve,
because of the strong nonuniform inflow to the propeller. The slope of the pitching
moment curve becomes up to 25% more negative for an outboard-up configura-
tion, and up to 40% more negative for an inboard-up configuration. The depen-
dency on thrust is low.

* The propeller slipstreams are not significantly displaced relative to the stabilizing
surfaces for various flight conditions. For this reason, a more predictable and more
favourable static stability characteristics are achieved compared to the situation
where propellers are mounted on the inboard part of the wing.

Rear-mounting the propeller enhances the directional stability on aircraft level. The
propeller installation increases the C,,; with respect to a reference point at 25% of the
mean aerodynamic chord by 6% for the inboard-up propeller configuration and up to
12% for the inboard-up propeller configuration. The difference between the two ro-
tation directions is caused by the fuselage induced flowfield. The co-rotating configu-
ration can be approximated by the sideforce of two isolated propellers multiplied with
their moment arm. The rise is nearly independently of thrust coefficient. The change in
yawing moment coefficient remains approximately linear for § = £10 deg. On the other
hand, tail-off measurements show that the presence of the slipstreams on each side of
the vertical tail makes the vertical tailplane less effective. The effectiveness of the vertical
tailplane reduces by 2.5% for a cruise thrust setting.

The propeller installation leads to a different trim setting compared to the propeller-
off case. The thrust-induced nose-down pitching moment is largely compensated by
the propeller normal force induced by the wing downwash field. Therefore, only a small
change in trim setting of +2 deg in cruise conditions is required between propeller-on
and propeller-off. The small elevator input required for the outboard-up rotating case
leads to nearly no additional trim drag. For an inboard-up rotation, the added trim drag
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is approximately 25% of the propeller-off condition for a typical cruise lift coefficient,
and remains a finite offset over the full range of Cy.

In the co-rotating configuration, a net yawing moment exists that is equivalent to a
sideslip angle of two degrees. This is caused by the thrust-dependent sidewash of the
slipstream due to interaction, in line with other research. The outboard-up rotating pro-
peller is the critical engine. In case of an one-engine-inoperative situation, the yawing
moment becomes zero at § = 1 deg in cruise conditions, if the thrust of the operating
engine is not increased to arrive at an equilibrium condition of T = D.

The propeller efficiency in flight direction multiplied with the lift-to-drag ratio is up
to 2% higher for the co-rotating configuration compared to the situation in which the in-
teraction is not included. Mounting the propeller to the tailplane does not significantly
reduce the drag of the airframe. Moreover, the maximum lift coefficient is increased
by up to ACrmax = +0.06 for the co-rotating configuration, mainly caused by the pro-
peller forces. This increment is significantly smaller compared to wing-mounted pro-
peller configurations.

The current study displays that even for a suboptimal design, the beneficial
propeller-airframe aerodynamic interaction could partially offset the drawbacks iden-
tified for the configuration. These benefits are present despite the fact that an aerody-
namic performance benefit historically has not been the motivation for studying this
configuration.

LEADING-EDGE DISTRIBUTED PROPELLER CONFIGURATION

The focus of the case with propellers mounted to the leading-edge of the wing is twofold.
First, the performance benefit of the tip-mounted propeller is evaluated on aircraft level.
Second, the effect of two propellers mounted close to each other on the downwash field
at the tailplane is investigated. Although the geometry on which the analyses have been
performed has a highly swept wing, by varying the rotation direction, thrust coefficient,
and propeller diameter, design guidelines are formulated for the low angle-of-attack
range of comparable installations which do not necessarily have a swept wing.

If the wing—nacelle junction is not adapted to lower the adverse pressure gradients,
even at low angles of attack the flow is prone to separation on the inboard side of the na-
celle, in line with other studies. Flow separation initiates at the inboard nacelles, which
shifts the aerodynamic center rearwards. On the other hand, the tip becomes more
prone to tip stall compared to the clean wing design due to the local higher angle-of-
attack introduced by the propeller-nacelle combination. A vertical translation by a dis-
tance equal to half the diameter of the nacelle already significantly postpones the onset
of stall, in line with other studies. The lift-to-drag ratio in that case is raised by approx-
imately 2.5% per nacelle for a cruise/climb angle-of-attack. The following is concluded
on the propeller installation on the aircraft performance:

e Irrespective of the rotation direction of the inboard propellers, there is a net in-
crease of the lift coefficient which is proportional to the thrust coefficient. Espe-
cially the inboard propellers contribute to aircraft lift, while the tip propeller not
only increases lift, but also reduces drag. The maximum airframe lift-to-drag ratio
increases between 5% to 8% depending on the reference drag and rotation direc-
tion.
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* A smaller tip propeller can be selected at the cost of propeller efficiency and to
the benefit of airframe lift-to-drag ratio. The product n, % remains approximately
constant for the evaluated radii (up to 30% smaller diameter compared to a ref-
erence case). While the power increases by 2% to maintain the same thrust, the
torque is reduced by more than 20%. A smaller tip propeller may therefore lead to
a lighter nacelle, propeller, and (electric) motor.

The direct propeller contribution to longitudinal stability is small. The tip propeller
is stabilizing, the inboard propellers are destabilizing for a moment reference location at
35% of the mean aerodynamic chord. The main effect of the propeller installation is a
more negative tail-off pitching moment and the slope of the tail-off moment curve be-
comes 5% more negative without significant difference between the rotation directions.

On average, the rotation direction “down-between-blades” has the smallest impact
on the downwash angle at the horizontal tailplane relative to the propeller-off case.
Among other considerations such as unsteady loads, a slipstream impingement intro-
duces rapid changes in the pitching moment curve with angle-of-attack.

10.1.5. ANALYSIS METHODS AND APPROACHES FOR ESTIMATING

PROPELLER-INSTALLATION EFFECTS

Provided that propeller-airframe aerodynamic interaction has a highly three-
dimensional character, the interaction is time-dependent, and often involves rather
complex geometries consisting of multiple lifting and non-lifting surfaces, it is im-
portant to determine the fidelity level that is required to achieve the objective of an
analysis. In addition, the understanding of the effect of scale is relevant, especially when
an experimental approach is selected using scaled-down models. In this section, the
findings of employing a high-fidelity approach are presented.

There are several common flowfield characteristics between various propeller con-
figurations. Through the assessment of a select number of cases, it has been concluded
that the following flow phenomena play a relevant role in the changes in terms of abso-
luteforces and moments, as well in terms of the changes in the gradient of the forces and
moments with angle-of-attack, sideslip angle, deflection of high-lift devices, and thrust
coefficient:

e The development of the slipstream in axial and radial direction

 The slipstream deformation as a consequence of interaction with the airframe

¢ The slipstream deflection/displacement as a consequence of the local flow field

e The effect of nonuniform inflow on the propeller forces and slipstream generation

e The effect of the nacelle through the potential-flow effects and the associated
junction-flow

e The development and roll-up of the trailing vorticity from the lifting surface
e The fuselage-induced flowfield in case of propellers mounted close to the fuselage

e Therelative size of the slipstream compared to the lifting surface that is submerged
init
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¢ The time-dependency of the slipstream

An analysis method that can capture these phenomena is unsteady RANS using a
full-blade approach, which was the selected method for the majority of the simulations.
The advantage for the flowfield to be time-dependent becomes clear when considering
the fact the propeller helical vortex system is generally nonsymmetric, especially when it
encounters a lifting surface. This introduces a phase difference of the three dimensional
flowfield that impacts the time-averaged forces acting on the lifting surface.

Moreover, a RANS approach was also chosen since the necessity of modelling the
effect of viscosity is evident for high-lift conditions, for the slipstream development in
downstream direction, and for vortex-vortex interactions. However, the effect of small-
scale turbulent structures on the mean interaction have been discussed to be low, in
case the (majority) of the boundary layer is turbulent. This hypothesis is strengthened
by the fact that pressure distributions computed by unsteady RANS simulations correlate
well with the experimental results. This demonstrates the ability of an unsteady RANS
approach to capture the key factors of the aerodynamic interaction. Moreover, since
in full-scale conditions the boundary layer is turbulent for the majority of the airframe
components, enforcing the boundary layer to be turbulent is justified. The following is
concluded about the unsteady RANS simulations:

¢ In line with other publications, the dependency of several force coefficients and
the slipstream shape on the mesh size was low. No major differences were found
in the flowfield using finer meshes, except in the shear layer of the slipstream.

¢ Numerical diffusion is responsible for the large difference in vortex core radius and
the associated velocity gradients, while the circulation of the tip vortex is nearly
independent of the grid choice. The fact that numerical diffusion plays such an
important role in the vorticity transport was clearly observed in the roll-up pro-
cess. In the experiment, the complete roll-up took place significantly further away
from the propeller disk, while the velocity gradients are still large, even close to the
disk.

¢ For installation studies where the unsteady component of lift is important, a com-
bination of a higher-order (discretization) method and/or a fine grid is required.

The following was concluded about the differences between unsteady RANS simula-
tions and experimental results:

¢ Already with a relatively coarse mesh, the propeller performance for a cruise set-
ting compares well with the experimental results.

¢ The main deviation of CFD relative to experiment for the installed configurations
was found at the slipstream edges. However, the results also show that excessive
diffusion of the propeller tip vortices does not impact the integral forces on the
lifting surfaces.

¢ The results on a full aircraft configuration demonstrate that the CFD simulations
are well suitable to predict the aircraft performance. The estimated change in ax-
ial force component, i.e. the combined effect of propeller thrust variations and

326



10.1. CONCLUSIONS

airframe drag, is within 2% of the experimental result. The change in slope of the
pitching moment curve is also predicted to differ up to 2% of the experimental
result, which therefore falls nearly in the experimental uncertainty band.

* The largest differences between CFD and experiment for the propeller are found at
low thrust settings. The slope of the Cr — J curve is 20% higher in the experiment,
which was found to be driven by the low Reynolds number. By reducing J, two
phenomena occur simultaneously. First, the angle of attack to the blade sections
increases, and second, the Reynolds number increases. Provided that the lift curve
slope and «g increase with Re, an effective lift curve of each airfoil section can
be constructed. This apparent curve has a relatively high slope. Therefore, the
Reynolds number effect on a propeller is larger than for the rest of the airframe.
The difference between CFD and experiment would be smaller if the airfoils were
uncambered because there would be no shift of the lift curves.

* Given the differences in propeller loading, in case the thrust coefficient is matched
at a different advance ratio, still good agreement is found in the shape of the slip-
stream.

A comparison between two well-established models (the one-equation Spalart-
Allmaras model and the two-equation x — w shear stress transport model (SST) model)
showed significant difference in the flow structures. While the pressure distribution
from the simulation using the Spalart-Allmaras model coincides with experiment, the
Kk —w SST model greatly overpredicts the flow separation. For the evaluated cases in this
dissertation with a low Reynolds and Mach number, while strong pressure and veloc-
ity gradients are introduced, the Spalart-Allmaras turbulence models has proven to be
most suitable. The fact that two well-known models display such a significant difference
highlights the importance of validation data.

Despite the relatively large amount of computational resources required to obtain
a single solution, the excellent agreement indicates that the main flow phenomena on
each component can be studied in further detail. The power of a (well validated) CFD
setup is therefore clearly displayed herein. On the other hand, if one is interested in
trends (i.e. a large number of operating conditions), or in the time-accurate response
of a lifting surface in an unsteady flowfield, experimental campaigns are in particular
useful.

The wind-tunnel models employed in this research are scaled-down versions of the
envisioned propeller installations. The maximal thrust coefficients of the scaled-down
experimental setup are inherently lower because of the lower tip Mach number and
lower Reynolds numbers of the blade sections. Due to compressibility, at a given advance
ratio, the thrust and torque coefficients are increasing with freestream Mach number.
Consequently, the total pressure and swirl angle in the slipstream are increasing accord-
ingly. However, by normalizing the thrust distribution, it is shown that Mach number
only has a minor effect on the shape of the radial distribution of propeller forces, in case
there is no significant shock-induced separation on the outboard part of the blade. This
leads to the conclusion that the same slipstream shape can be obtained if J and Cy are
matched. This would be possible by slightly increasing the blade pitch for the scaled
model that operates at a lower freestream Mach number.
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10.2. RECOMMENDATIONS

Based on the expected trends of research topics that have not been covered in this dis-
sertation, several recommendations for future research are made.

The aerodynamic interaction that determines the aircraft high-lift performance is es-
pecially complex for leading-edge mounted tractor propellers with multiple propellers
that are in close proximity. Design guidelines in terms of propeller position, propeller
design, nacelle integration, and high-lift design are required to quantify the benefit of
such configuration that can be achieved in practice. For the leading-edge distributed
propulsion configurations, there is a large number of nacelles and it is expected that the
wing-nacelle interaction will be a prominent factor for the wing performance, both in
cruise and high-lift conditions. The presence of the nacelle on the development of the
flowfield and the interaction with the wing is probably the most underestimated factor in
the available studies to date. Various studies even completely omit the nacelle, leading
to very unrepresentative conclusions. Provided that the nacelle has a significant effect
on the gradient of the flowfield, is apparent in the determination of maximum lift coef-
ficient, locally reduces the lift-to-drag ratio along the span, and reduces the efficiency
of adjacent propellers, it must be a key topic in any distributed propulsion study that
attempts to predict performance of the system.

It has been shown that especially the leading-edge region of a lifting surface is af-
fected by a slipstream. It is this region that should be designed such that the drag re-
duction is maximum, while maintaining (or improving) the maximum lift capabilities.
For lower propeller-diameter-over-wing-chord ratios, the leading-edge region becomes
even more important. For distributed propulsion concepts, resources should be spend
on designing leading edge accordingly, where also the presence of the nacelle is in-
cluded.

It has been shown that nonuniform inflow has a significant impact on the noise lev-
els at the fuselage outer surface. At the same time, unsteady loads are transferred to
the aircraft structure. Since these are periodic and well defined in terms of magnitude,
selecting the frequency and phase, as well as adapting the structural design, are envi-
sioned to greatly reduce these unwanted installation effects. In addition to these strate-
gies, design adaptations regarding the propeller positioning may lead to partially can-
celling/reducing of the vibrations. The current study has shown that even by changing
the interaction with the airframe slightly, the propeller and airframe loads can be re-
duced. Concrete design rules have not been established yet, but are necessary for accu-
rate weight estimations of the airframe, given a desired comfort level.

Although several conclusions have been formulated that relate to aircraft design, the
implication of propeller installation on the sizing of the aircraft was out of the scope of
this research. For example, the configuration study that has been presented only con-
sidered the effect of the airframe on the propeller performance. Much more interesting
from an aircraft design perspective is the overall aircraft efficiency, i.e. the maximum
n x% that is changed by the propeller installation, where the airframe % is determined
based on a converged aircraft design. By the knowledge of the author only a handful of
such studies have been presented that capture sufficient detail. A broader design study
covering multiple configurations would be beneficial to quantify the actual performance
benefit/loss of a certain propeller configuration.
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Regarding the configuration with propellers mounted to the horizontal tailplane, it
is recommended to further investigate the noise benefits in the cruise condition in ad-
dition to the existing literature, especially for lower flight Mach numbers. Moreover, the
noise penalty and mitigation strategies for the high angle-of-attack conditions should
be investigated in detail. Minimizing the distortion at the propeller plane by redesign
of the airframe could allow for larger propeller diameters with potentially higher overall
system efficiency that otherwise would be constraint by, for example, the location of the
wing wake.

The pylon-mounted configuration,as recently proposed by industry, is a configu-
ration that is closely related to the tail-mounted configuration discussed herein. The
demonstrated drawbacks of an aft location of a center of gravity in other studies indi-
cate that this is a potential compromise between complexity of the mounting, the far aft
center of gravity, the added weight, and the added wetted surface area. Such a mounting
would allow more geometric and structural adaptations to further lower the impact of
the propeller on cabin noise. Provided that the shifted mass to the back of the aircraft
still would lead to large excursion of the center of gravity, it is recommended that also for
this configuration, engineering solutions are investigated to limit this excursion (e.g. a
trim tank that could be filled with water or fuel). Alternatively, a quantification of the ef-
fect of constraining the operational boundaries, e.g. by specifying a minimum payload,
could be insightful for reshaping the regulations for future aircraft.

The substantial aerodynamic benefit in terms of lift-to-drag ratio of a tip-mounted
propeller is in line with other research. Several research topics are to be addressed to
support further development of this concept. An example is the understanding of the
effect of an one-engine-inoperative condition on the aerodynamic interaction. This is
especially relevant for the aircraft rolling and yawing moment in the high-lift and high-
thrust conditions. Moreover, the ‘best’ location and orientation of the tip-mounted pro-
peller relative to the wing tip has not been investigated sufficiently to quantify the max-
imum attainable aerodynamic benefit. The nacelle length, diameter, and aft-shape de-
serve a fundamental role in these studies.

In the experience of the author, changing the mesh setup has significantly more im-
pact on the results than refining the same mesh. Most effort should therefore be spend
on the mesh design instead of elaborate mesh refinement studies. A mesh refinement
study is not a proof of the validity of the results, while it is often (indirectly) presented
as such. Along the same line, a numerical study that is not validated against a compa-
rable and well-characterized case, should be interpreted with great care. Therefore, it is
recommended that various benchmark cases should be characterized prior to research
these configurations using numerical tools. Resources have to be directed towards char-
acterizing and publishing benchmark cases, rather than spending the resources on nu-
merical studies that are comparable in type, for which the conclusions are already avail-
able in literature. Especially for studies that focus on high-lift conditions, benchmark
data that includes the propeller installation effects are required.

As a final remark, it is the author’s opinion that the quality, consistency, and clarity
of reporting of an experimental and numerical study are significantly improved in case
both simulations are conducted by the same researcher. The quality of the work is fur-
ther improved if it is performed in collaboration with one or more colleagues.
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DESCRIPTION OF THE DELFT
UNIVERSITY ‘DU 96-150’ AIRFOIL

The airfoil coordinates listed in this appendix are used for the wing of the VGM-HTP
airfraft. The DU 96-150 was originally designed by L. L. M. Veldhuis in 1996. Coordinates
are digitized from these original drawings by N. van Arnhem. The final data points are
obtained by fitting a smooth profile through these points. Figure A.1 depicts the airfoil
contour and its first derivative with respect to the local x-direction. The data points are
listed in Table A.1.
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Figure A.1: Description of the ‘DU 96-150’ airfoil profile.

331



A. DESCRIPTION OF THE DELFT UNIVERSITY ‘DU 96-150" AIRFOIL

332

Table A.1: Description of the ‘DU 96-150’ airfoil profile.

x/c, pressure side

ylc, pressure side

x/c, suction side

y/c, suction side

1.0000000000000000
0.9685892409218720
0.9372094804706870
0.9058916866814860
0.8746667664356960
0.8435655349597690
0.8126186854142750
0.7818567586034570
0.7513101128351450
0.7210088939607710
0.6909830056250530
0.6612620797547090
0.6318754473153220
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ROLE OF REDISTRIBUTION OF
LOADING THAT IS CAUSED BY AN
INFLOW PERTURBATION

The change in loading on a lifting surface as the result of a local inflow perturbation over
a portion of the span is not limited to the spatial size of this inflow perturbation. The
spanwise variation in circulation causes streamwise vorticity to be shed which induce
a local downwash field. This downwash also changes the (induced) drag of the lifting
surface. The quantification of these changes in loading for a wing is relatively straight-
forward, especially when the lifting surface is modelled as a lifting line.

The changes in the actual propeller vortex system that are caused by a local pertur-
bation in the flowfield are not calculated directly in the engineering method presented in
Chapter 5. Instead, these are approximated using the local ‘sensitivity’ of the loading to
a perturbation. The spanwise redistribution is therefore treated as a second-order effect
when computing the changes in propeller performance. This principle is demonstrated
in this appendix for a wing to show that the impact of the redistribution is indeed rela-
tively small. It is clear that the propeller vortex system consisting of the distribution of
bound vorticity and the helical vortex system is more complex than this simple example
and cannot directly be compared. Nevertheless, the results are indicative of the role of
the redistribution on the integral loads.

For this example, the classical lifting line method is used to compute the lift and
drag for a symmetric bell-shaped disturbance along the entire span of a straight and un-
twisted wing. The ‘full solution’ consists of the solution in which redistribution is taken
into account. The ‘approximated’ solution is computed by evaluating the entire wing
at each of the disturbed angles. This is equivalent to the main assumption and starting
point of the engineering method.

Figure B.1a shows the example of a local perturbation with a peak at 2y/b = +0.5.
From Figs. B.1b to B.le it is clear that the shed vorticity reduces the peak load at the
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location of the disturbance and redistributes part of the load towards adjacent wing sec-
tions. This example shows that the change in loading distribution can be approximated
relatively well. It can be expected that the gradient of the disturbance in spanwise di-
rection is a driving factor for the redistribution, since a perturbation with no gradient in
spanwise direction would exactly resemble the ‘full solution’. In Fig. B.2, it is shown that
the error in neglecting the redistribution remains within a few percent for the integral
lift. However, as the induced drag is driven by the spanwise variation of circulation, it is
more dependent on the actual circulation distribution than the lift coefficient. The er-
ror in induced drag coefficient relative to the actual induced drag distribution becomes
larger for disturbances with a higher spanwise gradient. Therefore the stated assump-
tion in Chapter 5 has a larger impact on torque than on thrust. Nevertheless, even for
a disturbance with a large gradient, the relative error is still acceptable for most appli-
cations, especially for thrust and torque as they are mostly dependent on the lift force
acting on the blade sections (Chapter 2).

334



g
=]

o 0.6
[}
S,
S -
415} -
) S 04 1
: 5 O
kS k3
= 1.0 i
= s 02 ]
205 — solution at o
—~ approximated
full solution
0.0 - : : : 0.0 ' ' ' '
0.0 0.2 0.4 0.6 0.8 1.0 0.0 0.2 0.4 0.6 0.8 1.0

2y/b [-]

(a) Local disturbance along the semi-span

0.10

épproxiniated
— full solution
0.08 1

0.02 r

0.00

0.0 0.2 0.4 0.6 0.8
2y/b [-]

(c) Change in lift distribution

2y/b [-]

(b) Comparison of lift distributions

0.015 T T T T
y solution at «
approximated
0.010 full solution

0.005

0.000 |

Induced drag coetticient ¢ i [-]

-0.005 : : : :
0.0 0.2 0.4 0.6 0.8 1.0

/b [-]

(d) Comparison of induced drag distributions

0.002

0.000

e

—0.002

Acy,

—0.004

approximated
full solution

—0.006 :
0.0 0.2

0.4 0.6 0.8 1.0

29/b [-]

(e) Change in induced drag distribution

Figure B.1: Comparison of the computed and approximated loading distribution as the result of a bell-shaped

disturbance along the semi-span. Straight and untwisted wing has an aspect ratio of 20 and a
two-dimensional lift-curve slope of 2.
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