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Abstract

Fatigue-life characterization of fibre-reinforced polymer composites traditionally relies on extensive
constant-amplitude testing to establish empirical S-N curves, with separate test campaigns often required for
different stress ratios and loading conditions. Physics-based approaches offer the possibility of reducing this
experimental burden; however, frameworks developed for fibre-dominated laminates rely on assumptions
that become questionable for matrix-dominated configurations where concepts such as creep, ratcheting,
fibre re-orientation and nonlinear viscoelastic behaviour are non-negligible. In light of this, the thesis sought
to answer the following main research question:

To what extent do +45° composite laminates conform to Krieg's modified linear viscoelastic fatigue prediction
framework, and how can previously overlooked matrix-dominated behaviors be used to justify the
framework’s deviation, and be leveraged to extend it?

An experimental campaign comprising monotonic tensile, constant-amplitude fatigue, stress-sweep, creep-
recovery and dynamic mechanical analysis (DMA) was conducted with fatigue tests covering stress ratios of R
=0.1, 0.3, 0.5 and 0.7. The resulting data were used as input and validation data for the proposed framework
developed to extend Krieg's model.

Analyzing cyclic stress-strain behaviour showed a pronounced initial transient associated with fibre re-
orientation, followed by a comparatively stable response in stiffness, mean strain and energy damping ratio
metrics. A nonlinear viscoelastic augmentation parameter, ¥, derived from Schapery-based creep-recovery
characterization, was incorporated into Krieg’s fatigue-life prediction formulation. The original framework
produced root-mean-square prediction errors of 0.656, 0.710 and 0.845 decades for stress ratios R = 0.3, 0.5,
and 0.7, respectively, while the inclusion of the new augmentation parameter reduced these errors to 0.316,
0.134 and 0.269 decades.

Additionally, stress-sweep test results combined with Miner’s rule showed potential for estimating the S-N
curve slope without a conventional reference fatigue dataset, yielding prediction errors of 0.629 and 0.494
decades for R = 0.1 and 0.3, respectively. The DMA loss-factor intersection yielded an estimated fatigue limit
of 71.5 MPa, while stress-sweep testing yielded estimates of 69.2 MPa and 77.0 MPa at R = 0.1 and R = 0.3,
respectively. Fatigue-equivalent monotonic tensile testing resulted in a 4.4-18.8% increase in ultimate tensile
strength compared with quasi-static loading, supporting its use as a physically representative estimate of the
R =0 upper anchor of the S-N curve.

Overall, the results provide a proof of concept that the fundamental energy-based principles of Krieg’s frame-
work can be extended to matrix-dominated composites, while indicating that further characterization of vis-
coplasticity and damage is required for a more complete physics-based formulation.
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1 Introduction

Fibre-reinforced composite materials are an increasingly popular choice for structural applications where
the priority lies in low density yet high strength, stiffness and resistance to environmental degradation. How-
ever, their behaviour under cyclic loading remains considerably more difficult to predict than conventional
metallic structures. Fatigue damage in composites develops through matrix cracking, fibre-matrix interface
degradation, delamination, and fibre breakage. Their contributions to failure depend not only on the applied
load, but also on the laminate structure, the stress ratio, the loading rate, temperature and time-dependent
nature of the matrix. Therefore, characterization of these materials under fatigue remains strongly dependent
on extensive experimental campaigns.

The conventional S-N curve plots various stress ranges and their corresponding number of cycles to failure.
Constructing these curves requires extensive experimental tests for multiple specimens to obtain an accu-
rate range of orders of magnitude in fatigue life. This empirical effort increases further when separate curves
are required for any variable difference e.g. stress-ratio, loading rate, temperature and/or laminate config-
uration. Particularly towards the lower stress levels, required testing may take days or weeks of continuous
cyclic loading. More efficient physics-based approaches capable of estimating fatigue behavior from shorter
material-characterization tests could offer considerable scientific and practical value.

This thesis aims to contribute to the ongoing work within the department of Aerospace Structures and Ma-
terials to reduce the reliance on extensive fatigue-testing campaigns for fibre-reinforced polymer composites
across a wide range of loading and environmental conditions. The objective is to contribute to a unified
physics-based approach that has the capacity to predict fatigue behaviour with sufficient accuracy while re-
quiring substantially less fatigue testing. Therefore, it warrants a deeper understanding of the underlying
macro-scale energy-based fatigue behavior, which could provide a promising path towards making all fatigue
testing obsolete.

The ongoing research originated from the hypothesis on whether the ratio between Total Dissipated Energy
(TDE) and Total Work (TW) might remain fixed or follow a predictable trend for a given composite, which
could potentially be estimated from simpler tests like monotonic tensile tests. Lennart Krieg [1] developed
a modified viscoelastic framework that models strain dissipated energy per cycle, and its summation values,
thereby effectively predicting fatigue life at different stress-ratios. He validated the framework using a fibre-
dominated 0/90 laminate, where applicability to matrix-dominated laminates remains uncertain.

Matrix-dominated laminates generate pronounced shear-dominated deformation with aspects like non-
negligible creep, ratcheting and nonlinear viscoelastic effects. These mechanisms introduce time-, rate- and
stress-dependent behavior which challenges the linear-viscoelastic assumptions in Krieg’s original formula-
tion. Therefore, this thesis investigates a potential extension to the framework, specifically focusing on the
+45° configuration.

The central motivation of the thesis lies in answering the following question,

To what extent can a physics-based fatigue prediction framework developed for fibre-dominated composites
be retained for a matrix-dominated laminate, and can the additional physical mechanisms responsible for its
deviations instead be leveraged to extend the framework?

To address this, the thesis begins with a literature study in Chapter 2, covering Krieg’s framework, its main
findings and where it breaks down for +45° laminates, highlighting the major research gaps, and the corre-
sponding research questions that guide the current study. Chapter 3 explores a potential extension of Krieg’s
framework that leverages the inherent nature of +45° laminates, and also presents the approach to identify
the model parameters for it. Chapter 4 describes the experimental campaign of the five principal testing types
conducted to obtain input and validation data for the thesis, where concepts such as ideal specimen geom-
etry and strain-rate control methods are discussed. The results, discussion and limitations are presented
in Chapter 5 where the proposed methods and their applicability in relation to the validation data are dis-
cussed. Finally, Chapter 6 draws conclusions from the main findings and its significance to the broader field
of research, with further recommendations to advance it.



2 Literature Review

In this chapter, a review of the existing literature on the fatigue behavior of matrix-dominated fibre-reinforced
polymer composites is presented. Central to this review is the modified linear viscoelastic framework devel-
oped by Lennart Krieg (2025), and its position within the broader context of this field; physics-based fibre-
reinforced composite fatigue modeling. Through a critical assessment of the applicability of this framework
to matrix-dominated laminates, the gaps in the current state of knowledge are highlighted, establishing the
basis for extending this framework to these composite configurations.

Section 2.1 establishes the general theoretical background of fatigue in fibre-reinforced composites and po-
sitions Lennart Krieg’s framework within the broader field. Section 2.2 then presents the framework itself and
itsintended application. Thereafter, Section 2.3 explores the challenges associated with extending this frame-
work to matrix-dominated composites. Finally, Section 2.4 narrows the discussion to the central focus of this
thesis, consolidating the research gaps identified throughout the review and formulating the corresponding
research questions.

2.1. Theoretical Background

Fatigue research on metals has been the subject of extensive research with a well-established history from the
1800s. However, fatigue research on composite materials is relatively new and significantly more complex
[2]. A fibre-reinforced composite cannot be compared to an isotropic metallic material as it is a structural
system, composed of interdependent factors such as fibre type, resin type, fibre volume fraction, stacking
sequence, curing cycle, and manufacturing method [3]. In addition, with composites, there is no dominant
failure mode. Fatigue of metals follows a localized phenomenon where it follows the nucleation of a crack
from persistent slip bands which is then followed by stable crack growth, described by the Paris Law and
eventually, leading to failure [4]. In contrast, composites degrade through a synergistic interaction of multiple
mechanisms such as matrix cracking, fiber breakage, delamination and debonding [5]. Therefore, fatigue
behavior of composite materials cannot be described by a single, universal law and requires complex multi-
parameter approaches accounting for interacting factors.

Fatigue damage assessment methods for composites can broadly be distinguished according to whether
damage is characterized directly or inferred from changes in the material response [6]. Direct characteri-
zation may involve non-destructive testing (NDT), such as computed tomography or ultrasonic inspection,
to identify physical damage, or destructive testing to assess properties such as residual strength. A limitation
of these approaches is that they may require the fatigue test to be temporarily interrupted or terminated. In-
terruptions in cyclic loading can influence the subsequent material response due to time-dependent recovery
effects [7]. Therefore, uninterrupted fatigue testing is preferred unless the phenomenon of creep is the focus,
which can be seen in Movahedi et al. [8]’s paper on interrupted tensile-tensile testing of +45° glass/epoxy
laminates including recovery phases.

Alternatively, damage evolution can be assessed indirectly by monitoring changes in measurable material
properties during cyclic loading. These approaches are well suited to continuous fatigue monitoring because
they can provide information on damage development without interrupting the test. Commonly used indica-
tors include the dynamic modulus and energy dissipation [2]. The dynamic modulus is the effective stiffness
between the two extremes of a hysteresis loop, while the energy dissipation is quantified by the area of the
hysteresis loop (Figure 2.1), representing the irreversible work done on the material.

Hysteresis area
(Energy loss) |
- | ~Strain Energy

Edyn

Stress, ¢ (MPa)

1 1 1
Emin Emax

Strain, ¢ (%)

Figure 2.1: Hysteresis Loop [9]
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The hysteresis loop provides a "snapshot" of the energy metrics during one cycle, while fatigue failure is
inherently a cumulative process. To capture the full history of degradation, literature proposes summing up
these instantaneous "snapshots" of energy dissipation into cumulative energy parameters. Movahedi-Rad et
al. [10] [11] extensively explored the hypothesis of a Total Dissipated Energy (TDE) criterion, as an "energy
budget" the material can dissipate before failure.

Ny
TDE =Wiora1 = ) Wi 2.1
i=1

They suggested that the relationship between the TDE and the maximum cyclic stress follows a power-law,
also defining the total energy dissipated as composed of two components: cyclic dissipation and creep dissi-
pation.

Wiotal = chclic + Wcreep (2.2)

While fibre-dominated composites experience negligible W¢;..p, matrix-dominated systems experience sig-
nificant creep. Movahedi-Rad et al. proposed shift factors ¥ as a function of different stress ratios (R) and
temperatures (T) to normalize TDE data, implying that if the rate of the dissipation during one cycle can be
modeled (e.g. via viscoelastic theory), the fatigue life can be predicted by determining the time required to
accumulate to the critical TDE.

Complementary to the 'output’ dissipated energy approach is the 'input’ energy theory, pioneered by El-Kadi
and Ellyin [12] [13]. They argued that the driving force for fatigue damage is the total applied strain energy
during the loading of the material.

AWin = AWeiastic + AWinelastic (2.3)

Due to the difficulty of quantifying heat loss, it was assumed to be negligible by El-Kadi and Ellyin [12] [13].
They created a power law equation where higher input energy implied fewer cycles to failure. This approach
is particularly useful for multi-axial stress states (as those in +£45°) [14]. Researchers Mandegarian and Taheri-
Behrooz [15] tried to improve this model by normalizing the input energy by the static input energy which
allowed them to take data from different off-axis UD fiber angles and collapse them onto a single curve. This
can be seen in Figure 2.2. The main flaw with using the input energy is assuming it stays constant as in reality,
the material’s stiffness degrades and therefore, the amount of energy absorbed per cycle changes. This limits
the applicability of the theory to a limited selection of off-axis unidirectional cases.
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Figure 2.2: Normalized strain energy density as a function of fatigue life for different off-axis fibre orientations, illustrating the collapse of
the experimental data onto a common master curve [15]



2.2. The Modified Linear Viscoelastic Framework 4

Lennart Krieg’s thesis explores a significant step towards operationalizing both these 'input’ and 'output’
energy concepts. Krieg identified that literature evaluates TDE and TW values as isolated scalar totals. In
contrast, Krieg focused on the evolution of the instantaneous dissipation ratio across the fatigue life, the
cumulative effect which leads to the TDE/TW ratio. This metric was then linked to the viscoelastic loss factor,
and explicitly accounted for R-ratio effects on the energy input - effectively, modifying linear viscoelastic
vibration damping theory to create a more consistent, R-ratio-independent fatigue evaluation model [16].
This will be explained further in the following section.

2.2. The Modified Linear Viscoelastic Framework

In this section, the central framework developed by Lennart Krieg is presented, providing the theoretical
foundation for subsequent developments. Subsection 2.2.1 introduces the theoretical mechanics of the
framework, and Subsection 2.2.2 presents his main findings and their applicability to matrix-dominated com-
posites highlighting the gaps that necessitate the current research extension.

2.2.1. Framework

Lennart Krieg’s framework essentially leverages classical linear viscoelastic theory by adapting rheological
models such as Maxwell and Kelvin-Voigt but avoiding their direct implementation. Representing the mate-
rial response explicitly through combinations of springs and dampers in series and/or parallel would require
extensive characterization of the relevant elastic moduli and viscosities, which in practice would typically
necessitate interrupted fatigue testing. Motivated by the need for a more practical framework suitable for
general application, Krieg instead introduced the concept of a complex spring stiffness to model the pure
cyclic hysteresis. In this representation, the material response is described using a complex modulus E*,
in which the real component, E’, represents the elastic or storage contribution, while the imaginary compo-
nent, E”, accounts for the viscous or dissipative contribution. This formulation therefore retains the essential
viscoelastic behaviour of the material while reducing the experimental characterization required for its ap-
plication. The following equation shows the corresponding stress-strain relation,

ep(t) = ( )o(t). (2.4)

E'+iE"
The formulation above describes only the cyclic hysteretic response and does not explicitly account for ratch-
eting or creep-induced translation of the hysteresis loops. To summarise, Krieg makes two fundamental mod-
eling assumptions,

1. Decoupling Hysteresis and Creep

For fibre-dominated composites, the creep strain accumulation can be considered negligible in com-
parison to the cyclic hysteresis. The cyclic hysteresis loop is treated as a closed loop, while creep is
treated as a separate function that shifts the position of the loop as a function of time, which remains
minimal in fibre-dominated composites (see Figure 2.3). In other words, this assumption addresses the
exclusion of the viscoplastic factor into the modeling.

Y creep considered as independent

as part of each cycle process in between cycles
) L

o exaggeration of creep strain

A € B €

Figure 2.3: Visual Representation of decoupling hysteresis and creep, illustrating the assumed model (B) compared to reality (A) [1]
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2. Linear Viscoelasticity

The behavior follows classical linear viscoelastic theory, therefore stress-dependent nonlinear vis-
coelastic effects are unaccounted for. So, this assumption addresses the exclusion of the nonlinear
viscoelastic effects.

By expressing the complex stiffness in terms of its magnitude and the corresponding viscous phase angle, the
formulation gains a more direct physical interpretation in the context of the hysteresis loop. The magnitude
of the complex stiffness governs the overall slope of the loop, while the phase angle describes the viscoelastic
lag between the applied stress and resulting strain. These quantities can be written as,

1

E*=|E*e®, |E*|=VE2+E"™, 5:taﬁ*(€%). (2.5)
Using this representation, Krieg subsequently defined the dissipated energy per cycle as the area enclosed by
the closed hysteresis loop. By applying Green’s theorem, this enclosed area can be evaluated as a line inte-
gral along the loop boundary, yielding an expression for the hysteretic energy dissipation AW. An important
consequence of this formulation is that the mean stress terms originally present in the stress and strain de-
scriptions vanish when the differentials required by Green’s theorem are taken. As a result, the classical linear
viscoelastic formulation naturally corresponds to fully reversed loading, for which opean = 0. Krieg there-
fore argued that an additional correction is required when extending the formulation to other stress ratios.
Although two loading conditions may have the same stress amplitude, the total applied work can differ geo-
metrically as a consequence of their different R-ratios. To account for this, the dissipated energy is scaled by
the ratio between the work associated with the considered R-ratio and the work corresponding to the refer-
ence condition R = -1. A further correction term is introduced to compensate for energy contributions that
are not inherently captured by the conventional viscoelastic loss factor. The resulting corrected dissipated-
energy formulation can therefore be written as

_ Wa Oqa z
Wy =AW. A . (2.6)
Wier \Om

These cycle-level quantities can then be accumulated over the fatigue life to obtain integral measures of the
overall material response. In particular, the dissipated energy and applied work calculated at each cycle can
be summed to define the total dissipated energy, T DE, and total work, TW, respectively:

2 3 Ny _. . 2 _ p2y Ny
o 1-R sin o 1-R 1
rpE = 2max 1= Z:l(?”, TME:JEQ———lZ: — for0sR=<1. 2.7
2 1+R = |E]| 2 = E; |
And its ratio,

TDE (I—Rr, ( ) 2.8
— RT|—— | SIn . .
W 1+R Perf

The effective loss factor sin(¢esr) is the energy weighted average of the individual cycle loss factor values of
each cycle. These cumulative measures form the basis of Krieg’s fatigue-life prediction framework. Of partic-
ular relevance to the present thesis is the hypothesis that the relationship between TDE and the maximum
applied stress, o max, follows a constant power-law relationship that is effectively independent of the applied
stress ratio. Under this assumption, a life-prediction relation can be derived,

1-Ry\?

B 1+R; 1- R% |E* lavg, R Sin(¢€ff)R1
fR2 le 1-— R2 2 1- R% |E* |avg,R1 Sin((peff)RZ
1+R,

(2.9)

The central implication is that, if the evolution of stiffness degradation or the viscoelastic loss factor can be
transferred or estimated between two different stress ratios, then the fatigue life at a target ratio R, may be
predicted using experimental information obtained at a reference ratio R;.

The primary objectives of Krieg’s thesis were therefore to evaluate the evolution of the effective loss factor
under fatigue loading and to assess the validity of the proposed energy-based life prediction framework. Fa-
tigue tests were conducted at different maximum stress levels and at stress ratios of R = 0.1 and R = 0.3, with
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particular attention given to how the loss factor evolved throughout the fatigue life and whether comparable
trends could be identified between the two loading conditions. A further objective was to verify whether the
proposed relationship between total dissipated energy, T DE, and maximum stress remained effectively inde-
pendent of stress ratio. The resulting life predictions were then compared directly with experimental fatigue
lives to assess the predictive capability of the model. In addition, Krieg investigated whether the pristine loss-
factor values obtained from dynamic mechanical analysis (DMA) could be related to the effective loss factors
measured during fatigue testing, with the aim of determining whether the high-cycle fatigue strength (HCFS)
could be estimated from these pristine DMA viscoelastic properties.

2.2.2. Main Findings
Krieg presents several key findings; however, their applicability to matrix-dominated composites remains
uncertain, thereby defining the principal research gaps addressed in the present study:.

* Loss Factor as a Unified Energy Dissipation Metric, and its dependence on stress level and R-ratio.

Krieg argues that analysing stiffness degradation or dissipated energy in isolation provides an incom-
plete description of fatigue damage. Instead, he suggests that the loss factor, sin ¢, is a more descriptive
parameter because it captures the combined effects of complex modulus degradation, changes in vis-
cous losses, and friction-driven damping. A key limitation of using the raw energy measures, TDE and
TW, is that their absolute values vary with stress ratio. However, through Krieg’s R-ratio correction,
these offsets are normalized, allowing a more direct and unified comparison between different stress
ratios.

Krieg noted that the loss factor trends were more conclusive than pure energy scalars. For example,
the loss factor trend of 0/90 laminates is given in Figure 2.4. The first cycles show high dissipation and
a larger loss factor relating to the immediate damage initiation in the 90° plies and at 0-90 interfaces.
For the remainder of its life, the loss factor stabilizes for low stresses, while at high stresses, it increases
steadily.
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Figure 2.4: Modified Viscoelastic Loss factor vs. Normalized fatigue life for [0/90]4s UD E-glass/BT080-epoxy laminate [1]

Figure 2.4 shows the loss factor trends for both R=0.1 and R=0.3 and despite the differences in the early
stage, the loss factors converge in the second half of the fatigue life, suggesting that R-ratio mainly af-
fects the damage initiation and early propagation, while long-term damage evolution and saturation
are governed by the cyclic maximum stress. The relation between the loss factor and stress-level along
with loss factor and R-ratio could be conclusively drawn from one trend curve. In addition, Figure 2.5
shows that the effective loss factor increases almost linearly with the maximum cyclic stress and data
from the two different stress ratios collapse onto a single linear trend, thereby validating the indepen-
dence of R-ratio for these laminates.
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Applicability to Matrix-Dominated Composites

Krieg performed a preliminary analysis where he used +45° fatigue data from Movahedi-Rad et al. [8]
to see preliminary applicability of his proposed framework. Figure 2.6 shows the loss factor trend as a
function of normalised fatigue life.
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Figure 2.6: Modlified Viscoelastic Loss factor vs. Normalised fatigue life for +45° Laminate [1]

The early stages show a rapid increase in loss factor. At lower maximum stresses, the factor stabilizes
while for higher stresses, there is continuous growth of the loss factor. The difference in trend between
the stress levels is similar to that observed for the 0/90 laminates; however, the loss-factor magnitudes
are significantly higher for the +45° laminates. Similarly to the 0/90 laminates shown in Figure 2.5,
the +45° laminates showed a similar linear dependency on the stress level even though the damage
mechanisms are different. This is shown in Figure 2.7.
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Figure 2.7: Effective Loss factor vs. Maximum stress for +45° Laminate [1]

However, the dependence of R-ratio for +45° remains unexplored. In addition, it is still of question
whether the collapse would occur as neatly for higher R-ratios close to 1.0 due to the presence of creep
and nonlinearities that are not accounted for here.

For the case of 0/90 laminates, the complex modulus remained relatively constant implying that the
linear dependence of the stress level arises from the weighted average loss modulus. However for +45°
laminates, both the complex modulus and the loss modulus were observed to be varying across the
tests despite resulting in similar loss factor trends.

Although the loss factor provides a conclusive description of both the R-ratio and maximum stress de-
pendence, its interpretation cannot be decoupled from the underlying evolution of the storage and
loss moduli when comparing different laminate architectures. In particular, although similar stress-
dependent loss factor trends are observed for both 0/90 and +45° laminates, these trends arise from
fundamentally different mechanisms. In 0/90 laminates, the near-constant complex modulus suggests
that the observed behaviour is primarily driven by changes in the loss modulus. In contrast, for the
matrix-dominated +45° laminates, concurrent variations in both the complex and loss moduli con-
tribute to the loss factor evolution. This challenges the notion that the loss factor alone constitutes a
universally superior damage metric, as previously suggested by Krieg, and highlights the necessity of
analysing the individual moduli to fully interpret fatigue damage mechanisms across different stacking
sequences. Consequently, a deeper investigation into the dependence of the loss factor on R-ratio and
stress level for +45° laminates is warranted, particularly to assess whether consistent and predictive
trends exist and/or whether the inherent complexity of matrix-dominated composites requires the use
of multiple complementary damage metrics.

Gap-01: Limited understanding of R-ratio and stress-level dependence on the loss factor for
+45°, and whether its use as a standalone damage metric adequately captures the underlying
fatigue mechanisms.

Correlation between DMA-Derived Loss Factors and High-Cycle Fatigue Strength.

As mentioned in Krieg’s thesis, literature [17] [18] [19] [20] states that there exists a transition point
where there is a noticeable sharp increase in the energy dissipation and internal damping, resulting in
dual-linear thermography plots, highlighted as the HCFS point. For the 0/90 laminates, the pristine loss
factor values from DMA intersected the fatigue loss factor curves at 230 + 30 MPa, matching the general
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10%-107 fatigue limits typically evaluated in literature [18]. This is shown in Figure 2.5. This intersection
point matches the fatigue limit experimentally acquired by Broughton et al. [21] of 214 - 285 MPa. This
correlation allows the HCFS to be predicted by measurable and physical damping quantities.

Applicability to Matrix-Dominated Composites

Krieg’s preliminary analysis on +45° also showed conclusive validity of this. Figure 2.7 shows the effec-
tive loss factor as a function of stress level, where the power-law fit (similarly to the linear fit) provides
an intersection at 43 and 45 MPa, which correlates to the endurance limit of 45-50 MPa by Liang et al.
[22] and the HCFS estimation of 37 MPa by Colombo et al. [20].

A limitation of this finding is that direct experimental validation of this endurance limit is limited,
which is inherently constrained by the prohibitively long testing times required at very high cycle fa-
tigue regimes. So despite the good agreement between this intersection point and literature values, the
estimated HCFS ranges such as 214 to 285 MPa and 37 to 50 MPa, for 0/90 and +45° respectively, cannot
be further narrowed. For the 0/90 laminates, the collapse of the stress-dependent loss factor trends for
both R-ratios onto a single curve enabled the identification of a unique intersection with the pristine
DMA-derived loss factor, supporting a well-defined HCFS estimate. In contrast, the absence of corre-
sponding R-ratio dependence data for the +45° laminates introduces ambiguity. Without establishing
whether the loss factor behaviour of the +45° laminate is similarly R-ratio independent, it remains un-
clear whether multiple HCFS intersection points exist and how such intersections should be physically
interpreted.

Gap-02: Unverified validity of the loss-factor intersection method for HCFS identification, for
+45°,

From Total Dissipated Energy metric to Critical Dissipated Energy metric.

Total dissipated energy, as shown in Figure 2.8, increases as a function of fatigue life and sharply inclines
at the final failure stages, especially at higher stresses. Due to the large presence of the final-cycle
damage, TDE is biased by the failure mode and the stress level which makes it hard to directly compare
between R-ratios.
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Figure 2.8: Dissipated energy per cycle as a function of normalized fatigue life for the [0/90]45 UD E-glass/BT080-epoxy laminate,

illustrating a predominantly stable plateau followed by a rapid increase near the end of lifeat N/Nyg = 1 [1].

Therefore, Krieg defined "Critical Dissipated Energy" (CDE) which is the accumulated hysteresis energy
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rup to the onset of final failure - removing the non-comparability due to different failure modes and
stress levels. This metric shows more meaningful and promising conclusions for fibre-dominated 0/90
laminates. The CDE vs. maximum cyclic stress trends, shown in Figure 2.9, collapse onto overlapping
confidence intervals for the two stress ratios R=0.1 and R=0.3 - supporting that the CDE vs. stress level
is approximately independent of R-ratio (as suggested by Movahedi-Rad et al. [11]).
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Figure 2.9: Critical Dissipated Energy vs. Maximum Gauge stress for [0/9014s UD E-glass/BT080-epoxy laminate [1]

However, greater scatter is observed at the higher stress levels, which is plausible given the more se-
vere evolution of dissipated energy and the increasing difficulty in defining the onset of final failure,
particularly when multiple synergistic failure mechanisms interact and their sequence becomes less
distinct. This raises the question of whether these very high-stress data points should be excluded from
the analysis to better assess the validity of Movahedi-Rad et al.’s proposed relationship. Krieg discusses
this directly in his thesis: the initial S-N curve prediction resulted in an RMSE of 0.51 decades, whereas

excluding the two highest-stress data points, both with Ny < 15 cycles, reduced the prediction error
substantially to 0.22 decades.

Applicability to Matrix-Dominated Composites

The dissipated energy per cycle as a function of normalized life for +45° is shown in Figure 2.10.

Hysteresis energy vs normalised life

Dissipated energy per cycle [M/m?]

0.0 0.2 0.4 0.6 o8 10
Normalised life Ni/NF

Figure 2.10: Dissipated energy per cycle versus normalized fatigue life for the +45° laminate, illustrating a predominantly monotonic
increase throughout the fatigue life and no clearly defined final failure transition.[1]

Contrary to 0/90 in Figure 2.8, the dissipated energy per cycle seems to monotonically increase along
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the normalized life without a stabilization phase - especially for higher stresses. For the 0/90 laminates,
the onset of failure point could be relatively easily deduced from TDE to result in CDE, however this
seems to be more challenging for +45° due to the onset of the final failure stage being considerably less
distinct. This raises the question of how the onset of critical damage should be defined for +45° lami-
nates and, more importantly, whether the assumed R-ratio independence of dissipated energy trends
with respect to stress level remains valid for matrix-dominated laminates.

Gap-03: Ambiguity in defining final-damage onset for CDE for +45°.

Predictive Capability and R-ratio scaling.

The fatigue life prediction equation derived by Krieg was under the assumption that TDE vs. stress-level
is independent of R-Ratio.

kmr
1+Ry (1 - R%) |E* |avg,R2 Sin(d’eff,&)

( 1-Ry )2 (1 - R%) |E* |avg,R1 Sin((Peff,Rlz)
1+Ry

Ny, = Np,R, (2.10)

So, the predictive capability of the framework relies on this dependency. Utilizing the new CDE metric,
the independence from R-ratio can be agreed upon.
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Figure 2.11: Average Complex Modulus over fatigue life vs. maximum stress level for [0/90]4s UD E-glass/BT080-epoxy laminate [1]

Given this, Figure 2.11 shows that the average complex moduli for both R=0.1 and R=0.3 differed merely
by 1.4% in relation to the pristine high-rate tensile modulus suggesting that

|E*|
— el o, (2.11)
|E |avg,R1

In addition, Figure 2.5 shows independence of the effective loss factor for R=0.1 and R=0.3, resulting in

sin(Qett)r, _

: ~ (2.12)
sin(esr) r,

This results in Equation 2.13 being a fatigue life prediction equation that is purely an R-ratio scaling
problem, allowing for predictions at untested R-ratios.

Npr, = NfRry W -/

1+Ry

Gﬂfl—ﬁ) (2.13)



2.3. The challenge of Matrix-Dominated Composites 12

Using the S-N curve R=0.1 data as the input, the equation successfully predicted the S-N curve for R=0.3
within a root-mean-square error of around 0.22 decades, as can be seen in Figure 2.12.
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Figure 2.12: S—N curves for the [0/90]45 UD E-glass/BT080-epoxy laminate, illustrating the good agreement between the predicted and
experimental response at R = 0.3, achieved through the application of only the R-ratio scaling terms.[1]

Applicability to Matrix-Dominated Composites

In order to apply the fatigue life prediction equation given in Equation 2.13, the relationship between
total dissipated energy (TDE) and stress level must be either independent or only weakly dependent
on the R-ratio. Currently, this assumption remains insufficiently verified. Further investigation into
the nature of this dependence is therefore required, including whether an appropriate augmentation
parameter could be introduced to account for any R-ratio effects and thereby extend the applicability
of Equation 2.13.

Similarly, the assumption that the average complex modulus and effective loss factor remain approxi-
mately constant between different stress ratios necessitates further investigation. While this behaviour
was observed for the tested fibre-dominated 0/90 laminates, it is unclear whether it would persist at
higher R-ratios approaching 1.0, where the governing failure mechanisms may differ, and this uncer-
tainty is expected to be even more pronounced for matrix-dominated laminates.

Gap-04: Uncertainty in the R-ratio dependence of fatigue-life model parameters, for +£45°.

2.3. The challenge of Matrix-Dominated Composites

Krieg’s modified linear viscoelastic framework was developed and validated primarily for fibre-dominated
behaviour. Its extension to +45° warrants examining whether the underlying modeling assumptions remain
valid when the response becomes strongly matrix-dominated. This section therefore establishes the material-
specific mechanisms that may limit the direct applicability of Krieg’s framework.

Subsection 2.3.1 discusses the mechanical behavior of the material, and concepts unique to it such as creep
phenomena, ratcheting and the vulnerability to temperature. With this context established, Subsection 2.3.2
lists the main assumptions taken in Krieg’s framework that may not cleanly comply for +45°, and the reasons
behind it.

2.3.1. Nature of +45° Laminates

Fibre-reinforced composite materials subjected to cyclic loading undergo severe degradation, and even en-
hancement, of the material properties throughout their fatigue life. This is a result of the internal damage
mechanisms such as fiber breakage, matrix cracking, debonding, transverse-ply cracking, and delamination
which act separately and synergistically. Due to the different constituents in the composite, unlike metals, it
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is difficult to accurately predict the damage progression. However a generalized failure process for unidirec-
tional, cross-ply and angle-ply laminates has been identified, which follows a three-stage process.

¢ Stage I: Initiation of micro-cracks within the matrix.

e Stage II: Crack propagation, eventually reaching the matrix-fibre interface, and leading to debondings
and delaminations.

¢ Stage III: Once fully reaching the fibre, it leads to fibre-breakage and thereafter, declared as failed.

Due to the presence of the matrix, a viscoelastic constituent, fatigue is not a pure cyclic-dependent phenom-
ena but is also time-dependent, where concepts of creep, relaxation and recovery are non-negligible. The
relationship between stress and strain for viscoelastic materials is time-dependent, and additionally load-
dependent under nonlinear behavior [23]. Krieg [1] modifies a linear viscoelastic theory; however, it remains
a question whether a nonlinear formulation would offer improved predictive capability for matrix-dominated
composites. There are three ways nonlinearities exist: material, geometry and interaction [23]. Figure 2.13
shows the generalized stress-strain curves for different conditions.
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Figure 2.13: Generalized stress-strain curves for (a) linear elastic, (b) linear viscoelastic, (c) material nonlinearity, (d) interactional
nonlinearity [23]

The definitions and relevance of creep, relaxation and recovery are discussed below.

¢ Creep

Creep is defined as the time-dependent increase in strain as the material is subjected to a constant
stress over time. In pure creep studies, the key design parameter is the time of rupture as a function
of applied stress and temperature. Under cyclic loading, however, this distinction becomes less clear,
giving rise to the debate over whether fatigue life should be characterized in terms of elapsed time
or number of cycles. Physically when a material is subjected to creep, as time elapses, the molecu-
lar chains inside the polymer matrix start to gradually untangle and slide past each other. There are
three stages of creep; 1) sudden deformation that slows down (strain-hardening), 2) a steady stage of
deformation and 3) rapid acceleration of deformation leading to rupture. This is shown in Figure 2.14.



2.3. The challenge of Matrix-Dominated Composites 14

ety A

G and T are constant

Tertiary
Range

Primary Secondary
Range Range

o
t[s]

Figure 2.14: Three-stage creep phenomena [24]

Creep is a phenomenon that is challenging to isolate and is significantly non-negligible for matrix-
dominated composites subjected to cyclic loading. Under load-controlled fatigue testing, the material
is essentially subjected to interrupted creep. Due to the viscoelastic nature, the strain is not fully re-
gained during the unloading stage. This strain accumulates each cycle, and is a phenomenon called
cyclic creep or ratcheting [25]. For matrix-dominated composites, this accumulation of strain can be
larger than the failure strain even if the applied stress is well below the static strength.

One of the driving parameters for cyclic creep is the mean stress. It can be visualized as the some-
what 'constant’ load that is constantly pulling on the material, while the amplitude stress is wiggling it
back and forth helping the polymer chains untangle. At zero mean stress, the ratcheting is minimized
(approximately zero) as the tension creep and compression creep cancel out, assuming the material
has parallel behavior for tension and compression - which is usually not the case for composites. As
the mean stress increases, ratcheting becomes faster. One of the main accelerators of ratcheting, con-
tributing to this 'snowball effect’ is the self-heating. The viscous component of the matrix causes larger
hysteresis loops which leads to more heat generated, thereby softening the matrix further, and as tem-
perature reaches the glass transition temperature, creep accelerates - and the cycle repeats.

¢ Relaxation

Relaxation is defined as the time-dependent decrease in stress required to maintain a constant strain
subjected to the material. If the polymer is stretched and held in one place, the internal molecular
chains rearrange to a lower energy, relieving the stress without shape changes.

Stress relaxation is a governing mechanism if the cyclic loading is applied in a displacement-controlled
manner. Contrary to creep, cyclic relaxation could extend the fatigue life. Ellyin et al. [25] states that for
deformation-controlled cases, the damage development could be decreased due to stress relaxation.
As this thesis aims to focus on load-controlled cases, stress relaxation is of limited relevance and is
therefore not discussed in detail.

¢ Recovery

Recovery is defined as the time-dependent reduction in the strain once the stress is removed. This is
a complementary phenomenon, alongside creep, consisting of two components; instantaneous elastic
recovery - the spring-back - and delayed viscoelastic recovery - as the polymer chains recoil and grad-
ually return to the shape. For most composites, the deformation does not fully recover due to plastic
damage or friction.

Creep and recovery are intrinsically linked. A schematic diagram of a creep-recovery test can be seen
in Figure 2.15. The concept of recovery becomes more important for nonlinear cases where the stress-
dependent terms can be extracted from recovery tests [26].
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Figure 2.15: Schematic diagram of a creep-recovery test [27]

While time-dependent phenomena can be characterized independently, the primary challenge lies in un-
derstanding their interaction with cyclic-dependent effects, the relative influence of which depends on the
loading spectrum and material type. The interaction between creep and fatigue is regarded as complex, dif-
ficult to separate, and definitely cannot be overlooked. Reifsnider [28] comments that one must be careful
to not fully detach time-dependent characteristics for such analysis. Vassilopoulos [29] presents a compre-
hensive overview of the mechanical behavior of +45° glass/epoxy composites subjected to different loading
profiles, forming the basis of this chapter. For each loading profile, the variation in structural changes are
explored, along with their effects on mechanical, thermal and optical behaviour.

Short Tests

Although this thesis focuses on fatigue behaviour, attention is also given to understanding the material be-
havior under short-term tests and how it contrasts with long-term fatigue tests. As demonstrated in Krieg’s
thesis [1], short-term characterization methods such as DMA can provide valuable insight for fatigue life pre-
diction, motivating the exploration of similar physics-based shortcuts in the present work on +45° laminates.

¢ Dynamic Mechanical Analysis (DMA)

DMA is a characterization method that has roots in rheology - the study of viscoelastic properties. DMA
relies on the application of a sinusoidal stress (or strain) to a material, and the reaction is measured.
Figure 2.16 shows this difference in the applied sinusoidal stress curve and the output strain curve for
ideal elastic, viscoelastic and ideal viscous materials [30].
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Figure 2.16: Generalized material responses for ideal elastic, viscoelastic and ideal viscous materials [30]
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For the composite matrix, due to its inherent viscoelastic nature, the strain is time-dependent and it
lags behind the stress. This phase lag allows the machine to quantify the material’s resistance. The main
outputs are: Storage Modulus (E’), Loss Modulus (E”) and the damping ratio tané = E”/ E'. The general
stiffness quantity is denoted as the complex modulus E* = E. where the star’ exponent indicates it is

=4
a dynamic stiffness value.
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With the use of an environmental test chamber, sweep tests can be done with DMA. Sweep tests are
performed by applying a small oscillatory stress/strain and systematically sweeping one variable; these
can be amplitude, frequency, temperature, humidity and time [30]. There are different methods as to
how the sinusoidal waveform is applied: tension, bending, torsion/shear or compression.

The outputs from the DMA can be used to extract useful information about the material. In the case of
+45° laminates, several authors have performed DMA tests to obtain the glass transition temperature

Ty . Vassipolous [29] acquired the T by plotting the evolution of the storage modulus against tempera-
ture, shown in Figure 2.17.
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Figure 2.17: Determination of Tg on a E' vs. T graph for +45° glass/epoxy [29]

It shows a clear transition regime from glassy to rubbery, where the regime ranges from 70° to 100°
Celsius. The onset of the glass transition temperature is denoted as 80°. Karvanis et al. [31] plotted the
storage modulus, loss modulus and the loss factor as a function of temperature. Figure 2.18 presents
Karvanis et al.’s storage modulus as a function of temperature [31] - showcasing a transition range from
90° to 120°, when analyzed similarly to Vassipolous [29].
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Figure 2.18: Storage Modulus vs. Temperature [31]

As Karvanis et al. [31] mention, the determination of the Ty is a well-known point of debate for scien-
tists. Karvanis et al. [31] acquires the glass transition temperature from the peak from loss modulus vs.
temperature and loss factor vs. temperature graphs - shown in Figure 2.19 and Figure 2.20. This gives
an onset of transition at 110° and 120°
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Figure 2.19: Loss Modulus vs. Temperature [31]
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Figure 2.20: Loss Factor vs. Temperature [31]

The discrepancies between the two studies arise from differences in resin systems, curing procedures,
experimental configurations, and fibre architecture. Specifically, Karvanis et al. [31] utilized a three-
point bending setup, while Vassilopoulos [29] employed a single-cantilever configuration, and the ma-
terials differed in laminate architecture (UD versus woven). If these variables are controlled, the results
may be considered repeatable. In the context of fatigue, the primary relevance lies in assessing how
closely self-heating temperatures approach the glass transition temperature, beyond which the poly-
mer transitions from a glassy to a rubbery state, fundamentally altering its mechanical response.

Esse et al. [32] perform Dynamic Mechanical Thermal Analysis (DMTA) which is DMA but highlighting
the temperature sweep conducted. This paper highlights the work of Miyano et al. [33] who developed
fatigue-life prediction model that relies on trading time for temperature - in other words, testing at high
temperatures can be mathematically shifted to predict failure at low temperatures under viscoelastic
failure. This only holds for thermorheologically simple materials meaning that the failure mechanism
does not change but simply accelerates in speed. Esse et al. [32] used a graph of loss vs. storage modu-
lus to show that GFRP +45° is indeed thermoheologically simple under DMA testing. The paper shows
differences in the DMA outcomes for neat epoxy versus the GFRP, due to the presence of fibers physi-
cally slowing down the relaxation of the matrix.

As previously mentioned in Subsection 2.2.2, Lennart Krieg’s thesis relies heavily on DMA as he uses the
loss factors derived from this as "pristine" viscoelastic properties of the material before damage. As the
effective loss factors derived from fatigue test data are plotted against the stress level, the intersection
between the pristine loss factor and the power-law trendline of these points results in the HCFS.

Monotonic Tensile Tests

Vassipolous [29] reports monotonic tensile tests at quasi-static rates of Imm/min and 30.5kN/s as dis-
placement control and load controlled tests, respectively. Figure 2.21 shows the rate-dependent non-
linear stress-strain curves.
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Figure 2.21: Quasi-static stress-strain curves for GFRP +45° laminates [34] [29]

Compared to lmm/min, the loading rate at 30.5kN/s yielded higher yield and ultimate strength. This
sets the starting point for a discussion on the influence of loading parameters, such as frequency, load-
ingrate, strain rate and time at peak load, on the material response. This is attributed to the viscoelastic
nature of the material, an effect that is expected to be particularly pronounced and intertwined for +45°
laminates. This interplay is expected to be equally, if not more, significant under fatigue loading and
will therefore be revisited during the experimental design phase, where the primary research questions
will guide the prioritization and isolation of loading parameters for fatigue validation.

Ellyin et al. [25] perform tensile loading tests on +45° laminates at different strain rates: ranging from
107%/5s to 1073/s. Figure 2.22 shows the influence of the strain-rate on the stress-strain curves, where
the biggest influence is seen in the decreasing tangent modulus of the curve at higher stress levels.
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Figure 2.22: Influence of strain rate on the stress-strain curves of GFRP +45°, illustrating the increase in the tangent stiffness with
increasing strain rate. [25]

In comparison to other stacking configurations like multidirectional [+45°,0°]s and/or off-axis UD 45°,
angle-ply +45° showcases the most ductile curves - resulting in much greater strain at failure values.
The nonlinear curves showcase the absence of a clear elastic-plastic transition. In addition, at higher
strain levels, the fibre reorientation towards the loading direction contributes to an apparent rise in the
stiffness, which superimposes with the ongoing matrix-dominated damage processes.
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¢ Pure Creep

Movahedi-Rad et al. [35] (reported by Vassipolous [29]) tested six GFRP +45° laminates under pure
creep at different constant stress levels; 48.6, 58.2, 58.2, 64.2, 68.0 and 70.0. Thereafter, the strain re-
sponse as a function of time was plotted and can be seen in Figure 2.23.

8

| | | —— Creep-70
: 1 : —— Creep-68
i —— Creep-64
,,,,,,,,,,, £ |- ——- Creep-58
| i -- —— Creep-53
| SRRTE Creep-49

&(%)

1200 15,500 16,200
Time (h)

Figure 2.23: Creep curves at different stress levels for GFRP £45° [29]

The creep strain follows three stages as previously mentioned. The elastic strain and the creep rate
increase proportionally to the stress but the failure strain does not differ much. Vassipolous also mon-
itored the translucency where he saw that up until secondary stage, there was no damage - seen in
Figure 2.24.
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Figure 2.24: The corresponding light transmittance at different stages of creep for 70MPa stress level [29]

Note that Vassipolous [29] focuses on the mechanical characterization and failure analysis of these
GFRP +45° laminates under pure creep at relatively high stress levels. At these stress levels, the material
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exhibits nonlinear behavior and has exceeded the linear viscoelastic regions. A common use of creep
tests is the use of Time-Temperature Superposition (TTSP) to construct a master curve and predict time
of rupture, yet at high stress levels, the material is damaged and is not thermohereologically simple
which means no use of TTSP.

In contrast, Xu et al. [36] explores the creep behavior of Flax-fibre-reinforced polymers, but under the
same stacking sequence of +45°. Unlike Vassipolous [29], who uses dead weight and waits the entire
duration till rupture, Xu et al. [36] trades temperature for time and creates a master curve. For the
construction of the master curve, unlike 0° laminates, which require horizontal and vertical shifting,
+45° only needs horizontal shifting. However, this could only be the case for stresses low enough such
that linear viscoelastic theory can be used.

Allin all, the short-term characterization emphasizes the significant viscoelastic sensitivity of the +45° lami-
nate. While these tests define some static failure envelopes and time-dependent compliance, they do not fully
capture the cumulative damage mechanisms encountered when subjected to cyclic loading. Consequently,
the following section extends the discussion into the long-term tests.

Fatigue Tests: Constant Amplitude, interrupted and creep-fatigue loading patterns

Vassipolous [29] reports the results of fatigue experiments at constant amplitude, interrupted and creep-
fatigue loading profiles at a stress ratio of R=0.1, in a constant temperature of 20°. All the specimens were
loaded at a loading rate of 30.5kN/s, which was derived to avoid excessive self-heating. The applied inter-
rupted fatigue loading profile shows a sinusoidal waveform, followed by a two-hour recovery period -at zero
stress, while the creep-fatigue loading profile shows the same sinusoidal waveform, but followed up with a 2
h or 48 h creep period - at a maximum cyclic stress level. This can be visualized in Figure 2.25.
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Figure 2.25: Interrupted (A) and creep-fatigue (B) loading patterns
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In order to capture the full range of fatigue responses under these loading patterns, different instrumentation
was used to monitor the mechanical, thermal and optical changes. A video-extensometer was used to capture
the variation of strain. The surface temperature was monitored with an infrared thermal camera, and finally,
to detect the optical responses, photographs of the translucent specimens were taken at regular points during
the fatigue life.

* Fatigue life

Figure 2.26 shows the S-N curves for the different loading patterns; Conf shows the constant amplitude
loading, Cref is the creep-fatigue interaction where 2h or 48h denotes the amount of creep time in
between sinusoidal loading blocks and Intf is the interrupted loading pattern.
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Figure 2.26: S—N curves for the different loading patterns, illustrating the influence of creep and interrupted loading on fatigue life. Conf
denotes constant-amplitude fatigue loading, Cref (2 h) and Cref (48 h) denote creep—fatigue loading with 2 h and 48 h creep periods
inserted between fatigue loading blocks, respectively, and Intf denotes the interrupted-fatigue loading pattern. [29]

The creep-fatigue loading for 48hrs seems to have the most shallow slope while the interrupted load-
ing shows the highest slope. At higher stresses such as 70MPa, the influence of creep caused a smaller
number of cycles while at lower stresses, the influence of creep was not as significant. For the inter-
rupted loading pattern, the recovery period recovers some strain of the viscoelastic matrix allowing for
a higher number of cycles to failure at higher stresses.

Ellyin et al. [25] investigated the S-N curve changes as the frequency changes. Figure 2.27 shows two
S-N curves for frequencies 3.6 Hz and 0.417 Hz.



2.3. The challenge of Matrix-Dominated Composites 22

_1d

6 ]
) y (u)

g

%) i

"3 i

1]

o ]
o
é _
3 1 Legend
S O t=3.6Hz

g MW f=.417 Hz

]
Z 10 e

100 10° 10" 1¢° 1

Cycles to Failure, N

Figure 2.27: S-N curves for loading frequencies of 3.6 Hz and 0.417 Hz, illustrating the frequency-dependent fatigue response and the
cross-over in fatigue life between the two loading frequencies [25].

Figure 2.27 shows a "cross-over" point separating into two distinct behavioral regimes. Stress lev-
els - below this point - have decreasing fatigue life as the frequency is reduced suggesting the time-
dependent creep-driven damage dominates in this regime. For stresses above this point, the fatigue
life decreases with increasing frequency suggesting the influence of self-heating.

* Stiffness degradation, energy dissipation and cyclic creep

Figure 2.28, Figure 2.29 and Figure 2.30 show the cyclic stress-strain curves for continuous, interrupted
and creep-fatigue loading patterns, respectively.
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Figure 2.28: Hysteresis loop evolution for (A) 68 MPa and (B) 47 MPa [29]
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Figure 2.29: Hysteresis loop evolution for (A) 64 MPa and (B) 49 MPa [29]
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Figure 2.30: Hysteresis loop evolution for (A) 70 MPa and (B) 47 MPa [29]

Continuous cyclic loading, in Figure 2.28, show progressive loop widening and gradual stiffness loss
and for interrupted loading, in Figure 2.29, there is strain recovery due to the recovery period which
is visualized in a backward shift of the next hysteresis loop, but no recovery of the stiffness loss - no

slope changes. This can be seen in Figure 2.31. This separates the reversible viscoelastic effects from
irreversible damage effects.
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Figure 2.31: Back shift of hysteresis loops [29]

Figure 2.32, Figure 2.33 and Figure 2.34 shows the degradation of stiffness as a function of normalized
life for continuous, interrupted and creep-fatigue loading patterns, respectively.
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Figure 2.32: Normalized fatigue stiffness vs. cycles to failure for continuous fatigue loading pattern [29]
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Figure 2.33: Normalized fatigue stiffness, En|E1, versus normalized fatigue life, N/ Ny, for the interrupted-fatigue (Intf) loading pattern.
In the legend, “Intf” denotes interrupted-fatigue loading, 0.1 denotes the stress ratio R = 0.1, the values 49, 53, 58, and 64 indicate the
applied maximum stress in MPa, and the final letters identify the individual specimens [29]
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Figure 2.34: Normalized fatigue stiffness, En/E1, versus number of cycles, N, for constant-amplitude fatigue (Conf) and creep—fatigue

(Cref) loading. In the legend, “Conf” denotes constant-amplitude fatigue loading and “Cref” denotes creep—fatigue loading; 0.1 denotes

the stress ratio R = 0.1, 68 and 47 indicate the applied maximum stress in MPa, and the final letters identify individual specimens. (A)
Results at 68 MPa; (B) results at 47 MPa [29]

When the stiffness is normalized by the first cycle stiffness and plotted against the normalized fatigue
life, all specimens show the same degradation shape regardless of stress level or loading pattern - imply-
ing that the damage accumulation governs stiffness evolution. The stress level controls the magnitude
in degradation - not the trend. Lower stress levels lead to greater total stiffness loss and higher stresses
cause faster stiffness loss but less total damage volume. Figure 2.33 shows the influence of the interrup-
tion, the partial recovery which decreases at lower stress levels - relating to the viscoelastic recovery and
not damage healing. Figure 2.34 shows the creep-fatigue loading; temporary stiffness recovery after in-
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terruptions, accelerated damage growth at high stress and, generally, a shorter fatigue life compared to
continuous fatigue. While stiffness degradation provides a clear and robust indicator of damage evo-
lution, it does not readily distinguish between cyclic-dependent and time-dependent contributions to
the overall response. As noted by Krieg [1], alternative metrics such as the damping or loss factor offer
potential advantages.

Ellyin et al. [25] also present the normalized stiffness as a function of the normalized number of cycles
in Figure 2.35.
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Figure 2.35: Normalized Stiffness vs. Normalised Life [25]

The difference between Figure 2.32 and Figure 2.35 may be due to the different loading parameter,
where Ellyin et al. load at a constant frequency of 3.6 Hz while Vassipolous loads at a constant load rate
0f30.5 kN/s. For higher stresses, the load rate and the frequency is somewhat similar, and consequently,
showing a similar degradation trend even though it is steeper and rapidly degrading for Figure 2.35.

Ellyin et al. [25] also monitors the shift of the hysteresis loop, creep strain, as a function of the nor-
malized life. Figure 2.36 shows its rate as a function of the elapsed life for different stress levels, at two
different frequencies.
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Figure 2.36: Cyclic creep rate vs. Normalized life [25]
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It can be seen that for higher stresses, the lower frequency shows a generally lower cyclic creep rate but
vice-versa for lower stresses, which suggests this "cross-over" point between the two regimes. Conse-
quently, Ellyin et al. [25] compares the stress level vs. cyclic creep rate against the stress level vs. total
cycles to failure, shown in Figure 2.37.
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Figure 2.37: Normalized maximum stress vs. (a) cycles to failure, (b) steady rate of cyclic creep [25]

It can be seen that the cross-over point for both plots occurs at similar stress levels providing a strong
correlation demonstrating in which Ellyin et al. states "that the frequency effect on the fatigue behavior
is a function of the cyclic creep"[25].

Thermal and optical behaviour

Vassipolous [29] visualized the damage using light transmittance where the darker regions corre-
sponded to higher local damage. They noted that the damage usually develops along the fibre direction,
where at higher stress levels, it shows more localized damage that leads to earlier failure while for lower
stress levels, the damage is more uniformly distributed.

Similarly, the self-heating of the specimen can be tracked with the IR camera. Self-heating is significant
for £45° [37]. Early in the fatigue life, the temperature is distributed uniformly and as life progresses, the
temperature fields become non-uniform leading to localized hot-spots that generally aligned with the
fibre direction. For interrupted loading, the damage and temperature distributions remain relatively
uniform throughout most of the life. Load interruptions promote crack blunting in the viscoelastic
matrix which delays crack initiation and growth, leading to a longer life. During creep-fatigue loading,
at high stress and long hold times, the damage localizes more rapidly and there are temperature spikes
near failure. In addition, the fatigue life is shortened due to creep-assisted damage growth. At lower
stresses, the damage and temperature remain broadly distributed and failure occurs later.

The damage and temperature changes as cycles elapse are shown in Figure 2.38a, Figure 2.38b, Fig-
ure 2.39 for continuous, interrupted, creep-fatigue loading patterns, respectively.
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Figure 2.38: Thermal and optical damage evolution under different fatigue loading conditions [29].
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Figure 2.39: Thermal and optical damage evolution under different creep-fatigue loading patterns [29].
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All in all, as the number of cycles progresses, the thermal and optical observations show a transi-
tion from distributed to localized damage. Under continuous loading, the temperature and dam-
age remain somewhat homogeneous until rapid localizing near the end of life. Interrupted loading
shows ’interrupted’ accumulation of temperature, while also remaining localized towards failure. Un-
der creep-fatigue loading, the creep hold can significantly accelerate localized damage, especially at
higher stresses and hold times. For lower severity, both the temperature and damage remain relatively
distributed allowing for a gradual progression till failure. Ultimately, the localized thermal trends give
insight into where it transitions from distributed matrix damage to dominant macroscopic failure.

Failure analysis

Vassipolous et al. [29] also looked into the main failure mechanisms that spanned across all specimens
and loading conditions. The main two dominant failure mechanisms that were identified at failure are
fiber breakage and fibre-pull out. Most specimens failed through a mixed-mode combination of these
two mechanisms.

For higher stress levels, the failure was dominated by extensive fibre pull-out, reflecting severe degra-
dation of the matrix-fibre interfaces and reduced load transfer from matrix to fibres. For lower stress
levels, failure shifted toward predominant fibre breakage, corresponding to a more uniform and less
severe damage distribution that allowed stresses to be effectively transferred to the fibre before failure.
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For continuous and interrupted, the overall failure modes were similar, although the interrupted load-
ing showed slightly less severe damage localization - shown in Figure 2.40a. Creep and creep-fatigue
loading produced diagonal damage patterns aligned with the fibre orientation, confirming matrix and
interface-dominated damage mechanisms. Under creep—fatigue conditions, longer hold times and
higher stresses promoted interface degradation, increasing the extent of fibre pull-out and accelerating
failure. This can be seen in Figure 2.40b.
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Figure 2.40: Failed Specimens Images

Above a lot of information is noted on the nature and behavior of matrix-dominated composites, specifically
looking into +45° stacking sequence. The most important concluding remarks to note are as follows.

* These time-dependent mechanisms, such as creep, recovery, ratcheting and self-heating are non-
negligible and should be explicitly acknowledged when interpreting fatigue response.

¢ The loading method, whether it is frequency, strain rate or stress rate, can shift the governing mecha-
nisms. Therefore, variations in these parameters between different points on an S-N curve may reduce
the direct comparability of the resulting fatigue behaviour across stress levels.

* Self-heating becomes localized as failure starts forming, and creep-fatigue loading at high stress/long
hold time accelerates this localization.

These coupled factors make specific assumptions of Krieg’s framework questionable, so each assumption
must now be explored individually.

2.3.2. Breakdown of Assumptions

Subsection 2.2.2 summarized the main findings of Krieg’s thesis and highlighted the areas where discrep-
ancies may arise when the framework is applied to matrix-dominated composites. Having discussed the
behaviour unique to matrix-dominated composites in Subsection 2.3.1, the key assumptions underlying the
framework, and how and why these assumptions break down in the context of matrix-dominated composites
are identified in this section.

¢ The "Closed Loop" Assumption

Krieg assumes that the hysteresis loops are considered "closed", as depicted in Figure 2.41, suggesting
that the framework decouples creep acknowledging its negligibility for fibre-dominated cases.
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Figure 2.41: "Closed" Loop Assumption as depicted in Krieg's thesis [1]

Movahedi-Rad et al. [38] studied +45° glass/epoxy laminates and outlined that the shift of the hystere-
sis loops constitutes the cyclic effects of the material which are non-negligible in matrix-dominated
composites. Therefore, the two cannot be cleanly decoupled; the hysteresis loop shape from the loop
shift as the coupled mechanisms drive the viscoelastic matrix flow, which is more prevalent for matrix-
dominated composites.

¢ Independence of Creep & Fatigue

Similarly to the "decoupled” nature discussed above, Krieg treats creep and fatigue as independent
processes, stating that "if indeed the total dissipated energy... follows a constant power-law rela-
tion...independent of the R-ratio as suggested by Movahedi-Rad et al..". However, for +45°, Movahedi-
Rad et al. [39] explicitly identify that neglecting the creep term leads to non-applicability of this idea
when the stress ratio increases towards 1.0, allowing the mean stress to increase and therefore, a larger
presence of creep. Movahedi-Rad et al.’s [11] paper presents a model where the total dissipated energy
W is the summation of the dissipated energy due to cyclic loading W,y;;c and creep loading Weyeep,
and they propose stress ratio correction factors due to the cyclic and creep loading, as ¥ c;c and
Wcreep Tespectively. The specific correction terms written as a function of stress-ratio R is shown below:

1+n

(1+R) (1-R)?
(1+ Rp) (1 - Ry)?

(I1+R)

m (2.14)

Yeyclic (R) = Yereep (R) =

Krieg only makes use of the cyclic stress ratio correction in his life prediction equation, which suggests
that incorporating the time-dependent creep term might exhibit more accurate predictions for +45°
laminates. While acknowledging the absence of the creep term, the use of the same stress-ratio term
is questionable.. This is because Movahedi-Rad et al. [11] derives this term using Thale’s theorem by
assuming that the cyclic stiffness would be comparable at different R-ratios and the stiffness does not
affect the hysteresis loop area. The question becomes if this is still the case for matrix-dominated cases.
Consequently, the limitations are twofold: the negligence of the creep term but also if Thales’ theroem
still holds.

¢ Constant vs. Dynamic Stiffness
Krieg’s life prediction equation makes use of the "average complex modulus" (|[E*|4,4) as shown below.

2

1-R;
1+Ry) (1—R2)IE*|avg r, Sin(¢ef,

Nf:RZ = Nf:Rl i - 2 ( _ 21) * = R2 . (¢efle) (2'15)
1-Ry (1 Rg) |E |avg,R1 Sln((Peff,Rlz)

1+Ry

Contrary to fibre-dominated composites, +45° laminates showcase a three-stage stiffness degradation
phenomenon that is too significant to be classified under one "averaged" quantity. This is supported
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by Manjunatha, C. [40] who studied how shear-loaded laminates, such as the +45° one, initially, go
through a rapid drop, followed by a linear decline and finally, an accelerated descent due to delamina-
tion. Numerically, the stiffness can drop by 20-30% which discourages the use of an "average" quantity.
In addition, Movahedi-Rad et al. [38] and Sartorio, S. [41] both note that during the specimen’s life, it is
subjected to fiber re-alignment, meaning more fibre in the direction of the load and therefore, a larger
stiffness value. This is something that is overlooked in Krieg’s model.

2.4. Fatigue Life Prediction

Having established the challenging nature of +45° laminates and the resulting limitations that may surface
when applied to Krieg’s framework, attention is now directed towards the primary objective of this thesis: fa-
tigue life prediction. Subsection 2.4.1 provides a general overview of existing fatigue life prediction models for
fibre-reinforced composites. Subsequently, Subsection 2.4.2 transitions into the prediction model applicable
to this thesis, and presents the research objectives formulated to address the identified research gaps.

2.4.1. Overview

The purpose of this thesis is not to entirely develop an extensive model of every related damage mechanism
individually, but rather to explore whether measurable macroscopic quantities can be used to predict fatigue
life while acknowledging a physically meaningful underlying reasoning.

Vassipoulos [29] gives a high-level overview of existing fatigue life prediction models for composites. The
broadest group of theoretical models used to predict composite fatigue behavior is the macroscopic failure
theories, which are predominantly empirical. This is chosen largely because of its simplicity. Building on
August Wohler’s 1850s work, these models plot experiment pairs of stress levels and the number of cycles
to failure on a log-log scale, commonly known as the S-N curve. Basquin in 1910 introduced a power-law
relationship that fits this trend, with exponents that range between 7 and 25 for composite materials.

0q=02Np" (2.16)

This is highly relevant to this current thesis due to the extensive use of the S-N curve. However, augmenting
onto Krieg’s framework, this thesis attempts to move past empirical dependence. Secondly, there are strength
and stiffness degradation fatigue theories. These theories model and predict fatigue life by monitoring the ac-
tual physical damage state using metrics such as residual strength or residual stiffness. Stiffness degradation
is far more evident than strength degradation, noted by Vassipolous [29]. Despite this, it still stands that
monitoring the residual strength and stiffness still requires extensive fatigue testing, which, at the end of the
day, are intended to be made obsolete with new physics-based prediction models. In addition, other mod-
ern modeling techniques exist, such as multiscale modeling which models virtual testing environments that
minimize the need for costly physical prototypes and extensive experiments. Nonetheless, it requires a large
number of parameters that researchers rarely quantify.

Krieg employs the S-N curve, and sees whether its trend can be predicted using measurable macroscopic
quantities such as stiffness degradation and loss factor (using dissipated and applied energy). Subsequently,
these quantities prove to be independent/weakly-dependent on R-ratio allowing for a prediction that is fully
on the R-ratio correction terms. For the present extension, it should be explored whether this independency
still holds for matrix-dominated composites, or if physics-based augmentation parameters are required. The
main thing to note is that the current thesis seeks to remain within a physics-based modeling framework and
to minimize reliance on empirical data, with fatigue testing used primarily for model validation.

2.4.2. Research Gaps and Questions

Within this framework, the fatigue life prediction problem is structured around the three defining con-
stituents of the S-N curve: the slope, the lower fatigue limit (bottom anchor), and the high-stress or short-life
regime (upper anchor). Four principal gaps emerged from the literature concerning the applicability of exist-
ing findings to +45° laminates.

GAP-01: Limited understanding of R-ratio and stress-level dependence on the loss factor for +45°, and whether
its use as a standalone damage metric adequately captures the underlying fatigue mechanisms.

This also is closely related to the dependence of TDE vs. stress-level on R-ratio. Due to their propor-
tionality, it is believed that addressing one of these metrics will lead to resolutions of the other.
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GAP-02: Unverified validity of the loss-factor intersection method for HCFS identification, for £45° laminates.
GAP-03: Ambiguity in defining final-damage onset for CDE, for +45° laminates.
GAP-04: Uncertainty in the R-ratio dependence of complex modulus E*, for +45° laminates.

In addition, severe degradation of the complex modulus E* raises questions regarding the definition of
Eqyg and its comparability across different stress ratios.

Slope
Addressing Gap-01, Gap-03 and Gap-04 is required to preserve the applicability of Lennart Krieg’s fatigue
life prediction model, which primarily governs the slope of the S-N curve - as is, therefore, relevant for this
section.

Potential Extensions for GAP-01/GAP-03

Lennart Krieg derived his fatigue life prediction framework under the assumption that the relationship be-
tween total dissipated energy (TDE) and stress level collapses across different stress ratios. In practice, this
assumption was found to break down due to the pronounced increase in energy dissipation during the final
failure stage, which introduces a strong stress-ratio dependence. To address this, Krieg introduced a finite
integration limit, defining the critical dissipated energy (CDE) by excluding the final failure phase.

While this approach can, in principle, be extended to +45° laminates, a key challenge lies in identifying
whether the onset of the final failure stage can be defined in a clear and physically meaningful manner. In
particular, it remains unclear whether suitable criteria such as the onset of tertiary creep or accelerated stiff-
ness degradation can be consistently identified, and whether these indicators coincide. Consequently, the
primary objective becomes the systematic observation of fatigue response trends and their dependence on
parameters such as stress level, stress ratio, temperature, strain rate, and frequency, in order to assess whether
arobust integration limit can be defined that restores collapse of the energy—stress relationship across differ-
ent stress ratios.

In addition to the uncertainty surrounding the integration limit for CDE, the use of the loss factor as a stan-
dalone damage metric for +45° laminates remains unresolved. This can be investigated by comparing its
evolution with complementary indicators derived from the same cyclic stress—strain response, including stiff-
ness degradation, dissipated energy and cyclic ratcheting strain. Agreement between these quantities would
support the loss factor as a representative damage metric, whereas diverging trends may indicate that the
matrix-dominated response cannot be adequately described by a single scalar parameter. Such a comparison
also provides insight into whether the observed dependencies on stress level and R-ratio reflect a consistent
underlying damage process.

Research Question-01

To what extent do trends in stiffness degradation, cyclic ratcheting strain, loss factor and dissipated
energy derived from cyclic stress—strain data exhibit consistent trends across stress levels and R-ratios,
and to what extent can the loss factor therefore serve as a representative standalone damage metric
for £45° laminates?

Potential Extensions for GAP-01/GAP-04

Rather than modifying the integration limit to exclude the final failure stage, an alternative approach is to
redefine the energy-based metric itself. It is hypothesized that an appropriate augmentation parameter can
be introduced such that the corrected total dissipated energy becomes invariant with respect to the stress
ratio. By reformulating the energy metric in this manner, the collapse of fatigue life data across different R-
ratios may be achieved without requiring a subjective definition of the onset of final failure. This approach
preserves the full fatigue history while shifting the focus toward identifying a physically meaningful correction
that accounts for stress-ratio effects in the dissipated energy measure.

So the idea is to introduce an augmentation parameter ¥ such that the corrected TDE is constant with chang-
ing R-ratio.
TDEcorr(R) =Y (R) -TDE(R) 2.17)
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This leads to a modified fatigue life scaling between the two stress ratios R; and R».

_ 2
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Research Question-02

How can a physics-based augmentation parameter, ¥, be formulated to reformulate Lennart’s
fatigue-life prediction equation and compensate for deviations in stiffness degradation and effective
loss factor across different stress ratios?

Once the trends are observed and proposed correction concepts are tested, it could be the case that neither
the integration limit nor the energy metric redefinition alone may be sufficient to fully isolate stress-ratio
effects. Instead, a combination of both approaches may be required to better isolate the relevant damage
evolution and enable potential collapse of the TDE vs. stress-level relationship across different R-ratios.

Alternative Slope Determination without Input R; fatigue data

Krieg’s fatigue life prediction equation, whether used with or without the proposed augmentation parameter,
still requires an experimental fatigue dataset at the reference stress ratio R in order to predict the fatigue life
of a desired stress ratio Ry. This still imposes some fatigue-testing burden. An approach to eliminate this bur-
den is currently being researched by Sartorio (personal communication) [41]. The idea employs stress-sweep
testing (SST) on a single specimen to determine a prediction of the slope of the S-N curve, with the poten-
tial to substantially reduce the experimental effort required compared with conventional extensive fatigue
campaigns involving multiple specimens.

Sartorio suggests subjecting the specimen to successive blocks of increasing stress amplitude, and imple-
menting Miner’s rule to iteratively adjust the S-Nslope until the cumulative damage condition is satisfied.
The exact procedure is covered in the subsequent chapter in Section 3.2. While this is currently researched
on angle-ply CFRP laminates, its applicability to matrix-dominated +45° GFRP remains unknown and is of
interest to the present study. If successfully applied, the SST-derived slope could potentially replace the input
R, fatigue dataset required by Krieg’s framework, further reducing reliance on extensive constant-amplitude
fatigue testing.

Research Question-03

To what extent can stress-sweep testing, and the implementation of Miner’s rule, be used to determine
the S-N curve for +45° GFRP laminates, and thereby replace the reference R; fatigue dataset required
by Krieg'’s fatigue-life prediction framework?

Bottom Anchor

The discussion of the bottom anchor of the S-N curve is closely linked to GAP-02, which concerns the stress
dependence of the effective loss factor. In fibre-dominated laminates, the effective loss factor versus stress
level has been shown to collapse across different stress ratios, allowing its intersection with the pristine DMA-
derived value to be used as a definition of the high-cycle fatigue strength (HCFS).

However, for matrix-dominated laminates, the collapse is not expected to fall as neatly. The question is
whether applying a correction factor is the right way to approach this. The hypothesis is that the stress-
ratio dependence should be explicitly acknowledged, and that the individual intersections of the loss-factor
curves with the pristine reference may correspond to distinct HCFS values for different R-ratios. Exploring
whether these intersections exhibit a consistent and physically meaningful relationship therefore becomes
central to understanding the bottom-anchor behaviour.
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Research Question-04

How does the effective loss factor vary with stress level across different stress ratios, and how do its
intersections with the pristine DMA loss factor correspond to stress-ratio-dependent HCFS values?

Alternative Bottom-Anchor Determination without DMA data

The aforementioned stress-sweep tests may also provide an alternative method for estimating the bottom
anchor of the S-N curve. Sartorio proposed that the evolution of the ratio between dissipated energy and
applied energy, per successive stress blocks, could be used to identify the onset of fatigue-related damage.
Using bilinear regression, the point where this linear trend deviates to a greater slope could suggest the emer-
gence of damage, and may yield an approximation of the fatigue limit. Further details of this determination
are presented in Section 3.2.

In combination with the SST-derived input R; S-Nslope, this method could potentially reduce all long-
duration constant amplitude fatigue tests allowing for a unified physics-based prediction model.

Research Question-05

To what extent can the transition between two linear regimes in the TDE-to-total-work ratio during
stress-sweep testing be used to identify a reliable lower fatigue-limit estimate for +45° laminates?

Upper Anchor

The upper anchor of the S-N curve is not directly associated with the identified gaps; however, there is grow-
ing discussion in the literature suggesting that dynamic testing performed at fatigue-equivalent loading rates
may provide a more representative measure of strength than conventional quasi-static tests. This motivates
a comparison between dynamic and quasi-static test results to assess their relevance for defining the upper
anchor. If short-term dynamic tests are shown to reproduce stiffness degradation trends comparable to those
observed in fatigue, they could offer a valuable and efficient means of characterizing upper-anchor behaviour
and contribute to modeling the S-N curve without fatigue tests.

Research Question-06

To what extent can dynamic tests performed at fatigue-equivalent loading rates provide a suitable
basis for defining the upper anchor of the S-N curve?




2.4. Fatigue Life Prediction 35

Main Research Question
The question that unifies all six aforementioned questions is as follows

To what extent do +45° composite laminates conform to Krieg’s modified linear viscoelastic fatigue prediction

[framework, and how can previously overlooked matrix-dominated behaviors be used to justify the

framework’s deviation, and be leveraged to extend it?

All in all, the literature review culminates in one main research question and six supporting sub-questions.
These address the three principal constituents of the S-N curve, while targeting the four research gaps identi-
fied through exploring the matrix-dominated composite behaviour and its hypothesized limited conformity
to Krieg’s modified linear viscoelastic framework. The six supporting research questions are restated below
for completeness.

1.

To what extent do trends in stiffness degradation, cyclic ratcheting strain, loss factor and dissipated
energy derived from cyclic stress—strain data exhibit consistent trends across stress levels and R-ratios,
and to what extent can the loss factor therefore serve as a representative standalone damage metric for
+45° laminates?

How can a physics-based augmentation parameter, ¥, be formulated to reformulate Lennart’s fatigue-
life prediction equation and compensate for deviations in stiffness degradation and effective loss factor
across different stress ratios?

To what extent can stress-sweep testing, and the implementation of Miner’s rule, be used to determine
the S-N curve for +45° GFRP laminates, and thereby replace the reference R, fatigue dataset required
by Krieg’s fatigue-life prediction framework?

. How does the effective loss factor vary with stress level across different stress ratios, and how do its

intersections with the pristine DMA loss factor correspond to stress-ratio-dependent HCFS values?

To what extent can the transition between two linear regimes in the TDE-to-total-work ratio during
stress-sweep testing be used to identify a reliable lower fatigue-limit estimate for +45° laminates?

. To what extent can dynamic tests performed at fatigue-equivalent loading rates provide a suitable basis

for defining the upper anchor of the S-N curve?

The question then becomes: what comes next? The thesis now progresses toward the development of the
augmentation parameter, ¥ (R), which forms the focus of the following chapter.



3 The Proposed Framework

This chapter follows the exploration into Schapery’s Nonlinear Viscoelastic theory and investigates how its
constituent principles can be leveraged to extend Krieg’s fatigue-life prediction equation through the intro-
duction of an augmentation parameter W (R), directly addressing Research Question-02. The chapter also po-
sitions Research Questions-03, -04, -05 and -06 within the proposed framework, concluding with a schematic
representation of the overarching framework.

Section 3.1 introduces Schapery’s 1971 paper on the Nonlinear Viscoelastic Theory, followed by how it can
be used to augment Krieg’s framework. Section 3.2 covers the exact protocol used to acquire these model pa-
rameters, while also addressing the bottom- and upper-anchor constituents of the S-N curve, consolidating
with the overall schematic overview in Section 3.3.

3.1. Nonlinear Viscoelastic Extension of Krieg’s Fatigue-Life framework
Krieg’s framework is based on a modified linear viscoelastic theory so extending this framework naturally
motivates the consideration of nonlinear viscoelasticity. Lou and Schapery published a paper in 1971 titled
"Viscoelastic Characterization of a Nonlinear Fiber-Reinforced Plastic’, which discusses the nonlinear charac-
terization of unidirectional, glass fiber-epoxy material using a thermodynamically based nonlinear constitu-
tive equation [26].

The linear viscoelastic theory is mostly used for the characterization of polymeric materials when the stresses
are sufficiently low, which gives a very narrow range relative to the practical total range prior to failure. In
reality, most composite materials show a considerable amount of nonlinearity, except for fibres parallel to
the loading direction. Naturally, this leads to the discussion of a nonlinear viscoelastic constitutive equation
that is required to characterize a matrix-dominated composite, which is the interest of this thesis. Therefore,
the motivation lies in reformulating the TDE metric so that its linear component continues to cancel out,
thereby isolating only the newly nonlinear factor while otherwise preserving the original structure of Krieg’s
framework.

A range of constitutive theories has been developed to describe material behaviour by relating stress to the re-
sulting strain response [42]. For nonlinear viscoelastic materials, the constitutive description becomes more
complex and require extensive simplifications for simple use. However this characterization necessitates only
uniaxial creep and recovery tests which means the constitutive equation for the uniaxial loading condition is
sufficient. The corresponding equation is given by

ngU

2= d 3.1
e T (3.1)

t
€=goA0)o+ g, / AAy —vy")
0
This equation treats stress o as an independent state variable, which is consistent with the load-controlled
fatigue tests adopted in this study. The parameters are defined as follows:

¢ Ay - Initial linear elastic compliance component

e AA(y) - Transient linear elastic compliance component

. / tdr

* y - Reduced time, follows v =y (1) = [ %; v =y =) ’fl—ff

* £0,81,8 and a, - the four stress-dependent parameters that distinguish the nonlinear formulation
from its linear counterpart.

In simpler terms, the nonlinear constitutive equation is composed of two parts: the initial component and the
transient component of strain. The transient component is referred to as ‘delayed’ compliance that depends
on reduced time, which is time corrected by a stress-dependent term a, which controls how quickly the
material experiences viscoelastic time under a given stress state.

For the present application, the stress-dependent terms are assumed to remain constant within one fatigue
loading cycle. Even though the cyclic stress o (?) is time-varying, the nonlinear parameters are kept at a con-
stant representative stress state. This assumption is justified by the fact that the stress-dependent parameters
are considered relatively constant over a duration of a single fatigue cycle, especially at higher stress ratios
where the amplitude is smaller. At the same time, the higher mean stress associated with higher stress ra-
tios may increase creep and ratcheting effects which may make this framework particularly relevant in that
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regime. Under this assumption, the reduced time simplifies to

tdte t , -1
y=| —=— = y-y'=

0 Gg Qg ag

(3.2)

Subsequently, under the assumption that the linear transient creep compliance follows a power-law relation,
it becomes

f— n
AMyp)=Cy" =  AAy-y)= C( P T) : (3.3)
g
In addition, since g» is also considered constant over a cycle,
d[go(1)] do(1)
= . 3.4
dr 82 dr G4
Finally reducing to
t
d
e(t) = goAD)o () + glfz/ cit-0" % 4. 3.5)
all Jo dr

Essentially, this can be presented as the elastic component and viscous component, which together define
the viscoelastic strain response.

¢ L do(T)
€(t) = goA0)o (1) + Clt—-1)'———dr. (3.6)
——— 0 d‘[
elastic part ~ g

viscous part

For comparison, the linear constituent equation can be acquired by simply equating the stress-dependent
termstoone (g§op=g1 =82 =ds =1).

! ado
e(t) = Ago + Cit—-1)"—drt 3.7
0 drt
Considering the transient terms, it shows that the nonlinear viscous strain response is related to the linear
counterpart where the proportionality term is a ratio between the stress-dependent terms.

_ | 8182
€nl, viscous = )
ag

€linear, viscous (3.8)

. This can be adopted to extend the definition of dissipated energy. The dissipated energy is defined as the
enclosed area of a stress-strain hysteresis loop, refer to Figure 2.1.

Weycle = §Z§ o (t)de = moyepsin(0) where €9 = €p, viscous- (3.9

The strain € can be scaled by the proportionality term V¥, thereby scaling the dissipated energy itself.
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TDEjinear- (3.10)

This provides the first stepping stone into introducing Schapery’s nonlinear viscoelastic description into
Krieg’s framework. Krieg [1] states that his life-prediction equation is under the assumption that the total
dissipated energy follows a constant power-law relation with maximum stress, independent of the stress-
ratio. However, it is still of question whether this still holds for matrix-dominated cases where the higher
stress-ratios would still equate to the same total dissipated energy at the same maximum stress.

Therefore, introducing nonlinearity, the total energy dissipated becomes
TDE,,; = ¥ -TDE;. (3.11)

At the same maximum stress, the equivalent ratio corresponding to a different R-ratio R, can be related to the
first test through Equation 2.8.

(E) 1-R )
TW Jr, _ (1+R1) Sm((peff)Rl_ (3.12)

(TDE) 1—R,\2
TW J, (1+R2) sm(‘/’eff)Rz
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Under the assumption of a constant linear TDE; for equal maximum stress,
TDE ¥, TDE;

(W)Rl ~ ( ™ )Rl _ TWg, ¥g,

(E) (\PRZ TDEI) TWg, ¥r,
W g, ™ Jg,

(3.13)

The total applied work ratio on the right-hand side of Equation 3.13 can be further extended using Equa-
tion 2.7. Thereafter, it can be equated to each other to form Equation 3.14.

1-R )2 in(gr)
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Finally, the aforementioned equation can be re-arranged to predict the number of cycles to failure for a stress
ratio of Ry, given a dataset for R;.

2
[om) 8
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(1 - Ry )2 l—RS |E*|avg,R1 sin (‘peff)Rz P, .
——
1+Ry

Consequently, the novel extension to Krieg’s original fatigue life prediction equation is the augmentation
parameter,

Nf,r, = Np,R, (3.15)

New

Yg,

Wg,
In this proposed formulation, R; is modeled to be smaller than R», in the regime of tension-tension fatigue
R > 0. For example, a commonly tested stress ratio in the literature is R=0.1 [43] [44], which can be used as
the reference condition to predict higher, less-common stress ratios, R, > R;. Given this interpretation, R
fatigue behavior is expected to display a greater nonlinearity than R;, due to the larger mean stress in higher
stress-ratios. As an initial approximation, the nonlinear augmentation parameter at the reference condition
R; is approximated to 1.

(3.16)
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This approximation is also compatible with the intended characterization protocol for the nonlinear param-
eters. The identification is based on step-wise isothermal, uniaxial creep and recovery tests, where during
the creep hold, the specimen is subjected to a constant prolonged stress. If this creep stress was equated in
the context of maximum stress in fatigue loading o .4, then two fatigue conditions with the same maximum
stress but different stress-ratios will still be characterized by the same creep stress. Under this consideration,

the physical distinction between the two ¥ values for the stress-ratios becomes unclear.

. (3.17)

1

An important feature of Krieg’s final applied formulation of Equation 3.15 is that effectively the stiffness and
effective loss-factor ratios were collapsed to unity across the investigated stress-ratios. Under this observa-
tion, the corresponding terms were removed from the final equation, yielding a simpler prediction equation.
Whether this same simplification remains valid for this present study of +45° is uncertain. Ideally, these terms
would still either be shown to remain somewhat invariant and approximate to unity, or be replaced by a phys-
ically meaningful ratio to ensure limited empirical fitting. This is directly addressed in Research Question-01,
which examines whether relevant fatigue-response quantities evolve in a sufficiently consistent manner to
permit such a simplification. In the proposed framework, the goal is to retain only the explicit stress-ratio
correction terms along with the nonlinear augmentation extension, while avoiding empirical corrections.
Overall, the proposed framework preserves the structure of Krieg’s original fatigue-life prediction while intro-
ducing a nonlinear viscoelastic correction through the augmentation parameter ¥ = g;‘fz . Given the material,
a high 'nonlinearity’ score could allow for augmentation of the equation while for more linear states, the ratio
approaches unity and the formulation reduces to Krieg’s original equation.

Life Prediction Equation : N¢ r, = Ny g, (3.18)
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3.2. Identification of Model Parameters

This section establishes the exact protocol required to extract the parameters required to apply the proposed
framework. Note that the creep and recovery testing procedures are described later in the methodology chap-
ter, the present discussion assumes that the creep and recovery strain data is available and presents the post-
processing methodology to obtain parameters gy, g1, g2 and a? in Subsection 3.2.1. Thereafter, the section is
extended by discussing the identification of required parameters to characterize the remaining constituents
of the S-N curve, in Subsection 3.2.3.

3.2.1. Model Parameters for the Slope Constituent (Implementation of ¥ Augmentation)
The procedure beings with the measured creep and recovery strain data as a function of time, €, and ¢, re-
spectively. This should be obtained at several constant stress levels. The steps undertaken to achieve these
parameters are numbered and referenced in the schematic diagram presented in Section 3.3.

Extracting n and a, from recovery data.
Step 1) Plot the recovery strain data on reduced coordinates

For each of the different stress levels, plot the recovery data €, against the reduced time,

t—r
A=t (3.19)
5]

where t; denotes the duration of the preceding creep hold. Both axes should be represented on a log-
arithmic scale. This should result in a family of curves corresponding to different stress levels. An
example can be seen in Figure 3.1.
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Figure 3.1: Example plot of the recovery curves from Schapery et al. [26]

Step 2) Form a master curve

Identify the recovery curve at a sufficiently low stress level that can be assumed to be in the linear
viscoelastic regime. This becomes the reference curve. The remaining curves will be horizontally and
vertically shifted until they collapse onto one curve, thereby forming the master curve. Figure 3.2 shows
an example master curve.
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Step 3)

Step 4)
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Figure 3.2: Example Plot of the master curve from Schapery et al. [26]

Determine the creep power-law exponent n

The following relation can be used to fit the master curve,
log(€/)ret =log[(1+ )" —A"]. (3.20)

The exponent 7 is adjusted until the relation provides the best fit for the existing reference recovery
curve.

Determine the stress-dependent time-scale factor a,

The horizontal and vertical shifts used to superpose the curves onto the master curve provide useful
parameters for the analysis.

A
Horizontal Shift = log(ay;), Vertical Shift =log( f) (3.21)
1

The horizontal shift directly determines a, per stress-level, and the vertical shift will be used in the
subsequent steps.

Extracting g, g1 and g» from creep data.

Step 5)

Step 6)

Determine intermediate parameters using the low-stress reference data o

The following power-law form can be used to fit the creep strain vs. time data.
e(t) = €intercept + K" (3.22)

where n is one acquired in step 3. Given this fitting, intermediate parameters Ay and C can be deter-

mined as follows,

€ K
Intercept and C==. (3.23)
g

A(0) =

Determine g, g; and g, from the next incremental stress level o,

Aey

o ) for this stress

This step requires the strain €. vs. time curve, a, value and the vertical shift = log(
level 0.

Similarly, fit the following curve onto the strain €, vs. time curve,

e(t)=eg+K't". (3.24)
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where go can be calculated as [26],

__©o
O

80

using Equation 3.21 and Ae; = €(#;) — €9, g1 can be found as

Lastly, g» can be obtained by calculating the net creep compliance at ¢ = t; [26],

_ Ae 1
&1 = 10(vertical shift) *
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Thereafter, repeat this step for the next incremental stress levels.
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(3.25)

(3.26)

(3.27)

(3.28)

This provides the nonlinear augmentation parameter which should be used to determine the slope con-
stituent of the S-N curve at a stress-ratio of interest,

Life Prediction Equation : N¢ g, =

lle)Z )

T+R; 1-Ry\ g1(0) g2(0)
1—R2)2 1-R?) ag(o)"
1+Ry

(3.29)

The interdependence of the identified model parameters is summarized in Figure 3.3, which traces how the
creep and recovery data are used to determine n, dg, g0, 81, and g», before combining them into the final
nonlinear augmentation parameter term used in the fatigue-life prediction framework.

Creep/Recovery Tests

I

Recovery ¢&,(t) for
each stress level

Creep €.(t) for
each stress level

A\ 4

A 4

g2

—

Life Prediction Equation

Figure 3.3: Schematic overview of the nonlinear parameter-identification procedure. Numbered circles denote the sequential
identification steps, while rectangular boxes indicate the quantities or model parameters obtained as outputs from each step and
subsequently used to determine the final augmentation term.
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3.2.2. Model Parameters for the Slope Constituent (Implementation of SST Miner’s Rule)
This section outlines the procedure used to incorporate Sartorio’s stress sweep testing approach as an alter-
native means of estimating the slope of the S-N curve.

Step a) Identification of damage-active stress levels.

For each successive stress block, the ratio of the total dissipated energy to the total applied work,

TDE
WtOt '

(3.30)

is calculated and plotted against the corresponding stress level. A schematic is shown in Figure 3.4.
A bilinear regression approach is used to identify the transition between the two linear regimes. The
lower-stress regime is interpreted as the baseline response, where the subsequent stress levels corre-
spond to the onset of fatigue damage. These higher stress levels are hereafter referred to as the damaged
stress levels.

TDE

Wiot

>

Fatigue Limit Omax

Figure 3.4: Schematic of TDE/ Wy per stress-level allowing determination of the damaged stress levels, and the fatigue limit.

Step B) Slope identification using Miner’s rule.

The damaged stress levels are now used as the summation points in a cumulative-damage calculation
based on Miner’s rule,

n;
D=Y -, (3.31)
; N;

for each i-th damaged stress level where 7n; is the number of cycles applied, which should be the same
for all stress levels, and N; is the corresponding number of cycles to failure which is the output predic-
tion of this optimization.

The S-N curve slope is then iteratively adjusted such that the damage parameter satisfies
D=1. (3.32)

The resulting slope can be used as an alternative method to predict the S-N curve for either the in-
put reference stress-ratio R, or even the desired stress-ratio R, given that the stress-sweep test itself
complies with the same stress-ratio of interest.

It should be noted that Miner’s rule is used here as an empirical cumulative-damage approximation
rather than as a physically based description of fatigue damage. The rule assumes linear damage accu-
mulation and neglects load-sequence effects, interaction between damage mechanisms and changes
in the material response as damage evolves. These assumptions are particularly restrictive for matrix-
dominated composites, where nonlinear viscoelasticity, ratcheting and interacting failure mechanisms
may cause the damage contribution of a given stress level to depend strongly on the preceding loading
history. Accordingly, the condition D = 1 is treated here as a pragmatic criterion for slope identification,
rather than as evidence that the accumulated damage has a unique physical meaning.
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3.2.3. Model Parameters for the Upper and Bottom Anchor

Contrary to the slope of the S-N curve, which addressed a novel extension to the equation, the two remain-
ing constituents, namely the upper and bottom anchors, are retained from Krieg’s original approach rather
than reformulated through Schapery’s theory. The upper anchor is obtained from fatigue-equivalent strain
rate monotonic strength, while the bottom anchor is obtained from the intersection between the pristine
DMA loss factor and the fatigue-derived effective loss factor trend against the stress levels. Note that only the
parameter-identification procedure is described here, detailed experimental procedures are presented later
in Chapter 4.

Upper Anchor

Step a) Determine the fatigue-equivalent loading rate.

The monotonic tensile test is performed at a strain rate representative of the fatigue loading condition
of interest. Commonly, most monotonic test machines require a displacement rate rather than a strain
rate, and therefore the equivalent crosshead displacement rate can be calculated, using the clamp-to-
clamp gauge length, as 6 = L¢, where L is the clamp-to-clamp length and ¢ is the target strain rate.

Thereafter, determine the ultimate tensile strength UTS.

The peak value on the resulting stress-strain curve is used to identify the ultimate tensile strength, UTS.
This value is represented as the upper anchor at Ny = 1. In addition, the UTS value is used to design the
stress-sweep tests defining the suitable stress amplitudes per successive blocks.

Bottom Anchor (DMA)

Step i) Determine the pristine DMA response.

A temperature sweep is performed using the DMA testing device to obtain the pristine loss-factor re-
sponse against a working temperature range. The response also provides information on the glass-
transition temperature, Tg, which is useful for defining suitable thermal conditions for the creep and
recovery characterization methodology which is described later in the methodology chapter.

Stepii) Select a representative pristine loss factor.

From the measured loss-factor vs. temperature plot, a representative pristine loss factor is selected
from the approximately stable region below the onset of the glass-transition response. This is expected
to be less stable for more temperature-sensitive material, such as matrix-dominated composites. This
value is intended to characterize the undamaged viscoelastic state of the material.

Step iii) Identify the HCFS intersection.

From the reference R fatigue dataset, the effective loss factor can be calculated for each stress level

using
2

_R (3.33)

sin =——
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The resulting values are plotted against their corresponding stress level to establish a linear best-fit line,
where the pristine loss factor’s intersection with this line results in the HCFS value. This intersection
defines the bottom anchor of the S-N curve.

1TDE(1+R

Bottom Anchor (SST)

The same stress-sweep dataset can also provide an alternative approach of estimating the bottom anchor
of the S-N curve. As described above, the ratio TDE/W;,; is evaluated per stress level of each successive
block and plotted against the corresponding stress level, refer to Figure 3.4. A bilinear regression is applied to
identify the transition between the initial undamaged linear baseline and the subsequent linear regime with
increased damage. The intersection of the two fitted trends is interpreted as the fatigue limit.

3.3. Schematic Overview of the Proposed Framework

To conclude the chapter, this section presents an overarching schematic representation of the fatigue-life
prediction framework. A more detailed workflow for determining W, corresponding to the light-blue dotted
region, is provided in Figure 3.3.
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4 Experimental Methodology

This chapter covers the methodology undertaken to answer the established research questions. Section 4.1
discusses the major aspects of experimental design considerations such as specimen design and loading pa-
rameter. Section 4.2 summarizes the main manufacturing process taken to create the final specimens. Lastly,
Section 4.3 presents how the five principal experimental campaigns are designed such that appropriate input
and validation data are obtained.

4.1. Experimental Design

Prior to performing the experiments, several major aspects of the experimental design required careful con-
sideration, namely the specimen design and loading strategy. These aspects are investigated in detail in the
present study in Subsection 4.1.2 and Subsection 4.1.3, respectively. In addition, the chosen overarching ma-
terial system is described in Subsection 4.1.1.

4.1.1. Chosen Material and Lay-up

Since the present study is centered around the validation of Lennart Krieg’s framework on matrix-dominated
composites, the material and laminate selection is straightforward maintaining the same material system
as Krieg’s, as controlled variables, and only differing the lay-up. The principal independent variable is the
stacking sequence: transitioning from Krieg’s fibre-dominated [0/90]45 to a matrix-dominated [+45]4; lay-
up.

The selection of [+45]4 to represent the matrix-dominated is used as this is widely used in literature and
aerospace applications [45] [46]. In literature, ASTM D3518/D3518M specifically necessitates this stack-
ing sequence to determine in-plane shear stress strain response, directly supporting the characterization
of matrix-dominated behavior. This makes [+45]4; a suitable configuration for examining the validation of
Krieg’s framework under a matrix-dominated environment.

To ensure comparability with Krieg’s study, the same glass-fibre/epoxy prepreg was selected, and its proper-
ties are summarised in the table below.

Table 4.1: Material properties of the glass-fibre UD prepreg system [1].

Property Specification

Material designation Deltapreg glass UD EGL-200-BT080-34 EF
Fibre type E-glass

Matrix system BT080 O0A epoxy-based resin system
Fibre areal weight 200 g/m?

Resin content by weight 34%

Cured fibre volume fraction 0.49

Cured ply thickness 0.157 mm

4.1.2. Specimen Design

The primary objective of the specimen design is to ensure consistent, localized failure within the central
gauge section, avoiding invalid failure modes such as tab debonding or stress concentrations at the gripping
interface. While ASTM D3479 provides standard guidelines for tension-tension fatigue of polymer matrix
composites, it typically suggests rectangular specimens (250mm x 25mm). However, for matrix-dominated
laminates such as +45°, the lower transverse stiffness and shear-driven deformation mechanisms require
specific geometric modifications to minimize the influence of clamping constraints and Poisson contraction
at the grips.

To address these challenges, a custom dogbone geometry is adopted, maintaining comparability with pre-
vious work by Krieg while exploring a novel geometry design developed by Sofia Sartorio and Julia Carvalho
[47], hereafter referred to as the Double Euler geometry.

Tab Design
For the tab design, attention is given to minimizing the stiffness mismatch. The ASTM D3039 suggests E-glass
reinforced composite tab at an orientation of +45° to the load direction, which advantageously is the same

45
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stacking sequence as the specimen material allowing for minimized stiffness mismatch. According to the
same aforementioned standard, a thickness of 1.5 mm is chosen and it is bonded to the main material using
Loctite AE 3430. For proper grip, a tab length of around 60 mm is chosen. Both of these remain the same as
Krieg’s specimen allowing comparability.

Table 4.2: Summary of tab-design parameters.

Parameter

Selected value / specification

Tab material

+45° GFRP/epoxy (same as specimen)

Tab thickness approx. 1.5 mm (ten plies)
Tab length 60 mm
Adhesive Loctite EA 3430 structural adhesive

Specimen Geometry Selection

Dogbone-type specimens are promoted to force failure in the gauge section rather than at the grips. This can
be achieved by reducing the gauge width relative to the tabbed section which attracts a greater local stress
at the gauge due to its smaller cross sectional area. However, curved transitions could allow for additional
shear stresses and therefore are not generally preferred in literature. Yet, with some numerical optimizations,
a carefully constructed geometry could be used such that failure outside of the gauge section is not risked.

On this basis, five different geometry concepts were considered for this exploration; rectangular, single ra-
dius, double radius, linear and Double Euler as can be seen in Figure 4.1.

1. Rectangular: uniform width, no reduced gauge section

2. Single Radius: Single constant radius profile, no distinct transition region

3. Double Radius: Constant radius transition, constant width gauge section

— S —

4. Linear: linear taper transition, constant width gauge section

o o
ROV o iy WOkl

5. Double Euler: Double Euler curvature, non-constant width gauge section

Figure 4.1: Comparison of specimen geometries: rectangular, single-radius, double-radius, linear-taper, and double-Euler profiles. The
gauge width was held constant across all five geometries to maintain the same nominal gauge stress for direct comparison; this constant
gauge width is not accurately represented in the schematic.
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Krieg evaluated the linear, single radius and double radius geometries, ultimately selecting the single-radius
geometry for his corresponding fibre-dominated specimens. These concepts are retained in the current study
as useful basis for comparison and assessing suitability for this +£45° stacking sequence. In addition, a con-
ventional rectangular specimen is explored because ASTM D3518 or ISO 14129 adopt straight-sided rectan-
gular specimens, and therefore their suitability can be assessed in comparison with the other geometries. Fi-
nally, a further geometry, developed by Sartorio and Carvalho [47], was also explored, called "Double Euler".
This builds on the non-parallel gauge width, similarly to the single radius, with the aim to further optimize
and force the greater local stress within the gauge.

The primary aim of the optimization is to compare the different geometries under an equivalent gauge-
section stress state. This was conducted on ABAQUS, subjected to a tensile load selected to achieve consistent
gauge-section stresses for all the geometries. The parameters of importance are,

* S11, representing the normal stress in local fibre direction of each +45 and —45 plies, and
¢ S1» representing the in-plane shear stress in the local 1-2 plane.

These two parameters were extracted as a function of distance along the clamp-to-clamp length, which are
presented in Figure 4.2.

Average 511 Stress vs Normalized Position i Shear Stress (512) vs Normalized Position

Average 511 Stress (MFa)
512 Stress (MPa)

— singie Radius
oo az o] o as 1o oo az 04 oe e ]
Karmalized Position Kormalized Position

Figure 4.2: S11 normal stress (left) and S12 shear stress (right) against the clamp-to-clamp distance of the specimen, for the five geometry
concepts.

The preferred geometry was identified as the geometry concept that allowed the peaks of S;; and S, to be
close to each other, and overall being near the gauge section. Therefore Figure 4.2 shows that the "best"
specimen geometry in this case is the Double Euler.

The discussion is shifted to the size and dimensions of the selected geometry, with particular attention to the
gauge-to-tab width ratio. Krieg discusses the importance of a criterion of

Wgauge! Wrap < 0.8 (4.1)

to avoid grip-related failure. The same reference may not be as strict for angle-ply +45° configuration yet a
narrower gauge section would be advantageous nonetheless. Therefore, a parametric study is conducted on
ABAQUS evaluating the S1; and S;, responses to three different wgayge/ w;qp ratios 0f0.68, 0.71 and 0.78. The
latter two are comparable in relation to Krieg, and 0.68 was included to compare with the specimens used by
Sartorio, who adopts this ratio [41].

The results of this parametric study can be seen in Figure 4.3 which showcases limited sensitivity. On this
basis, a wgauge! Wqp ratio of 0.71 was adopted.
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Average S11 Stress vs Normalized Position Shear Stress (512) vs Normalized Position
—— Waauge/Werip = 0.68
— WosugeMgrip = 071
—— Woauge/Worip = 0.78

—— WisugeWyrip = 0.68
—— WsugeMgrp = 071
—— WosugeWiyrip = 0.78
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Figure 4.3: S11 normal stress (left) and S12 shear stress (right) against the clamp-to-clamp distance of the specimen, for a narrowing ratio
0f0.68, 0.71 and 0.78.

Final Specimen

Figure 4.4 presents the final chosen geometry, and the relevant dimensions; gauge width of 16.4 mm, gauge
thickness of approximately 3 mm (16 plies), tab length of 60 mm, tab thickness of approximately 1.5 mm (10
plies), overall specimen width of 23 mm and a total length of 290 mm.

0 ®
290
&
60 | 16.4
i i
\ J
I

Double Euler Curvature

Figure 4.4: Final Specimen Geometry and Dimensions

The Double Euler curvature can be seen more accurately in Figure 4.5 which presents the ABAQUS sketch
and the real-life geometry side-by-side.
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Abaqus Real life

Figure 4.5: Side-by-side view of ABAQUS sketch (left) and real-life specimen (right), showing the Double Euler Geometry.

4.1.3. Loading Strategy

A critical deviation from standard industrial practice is the selection of the loading parameter in fatigue
testing. While standard composite fatigue protocols, such as ASTM D3479/ASTM D379M, often suggest a
fixed loading frequency in the range of 5- 10 Hz, this approach fails to account for the material’s viscoelastic
rate sensitivity and self-heating, leading to inconsistent material behaviour across different stress levels and
stress-ratios.

Frequency controlled testing introduces competing effects, where self-heating and viscoelastic/creep effects
evolve simultaneously and non-uniformly across different stress levels and stress-ratios, making direct com-
parisons difficult. A constant strain rate approach is adopted following the recommendation of Lennart
Krieg, as it is consistent with the objective of this thesis to evaluate composite fatigue behaviour from an en-
ergy dissipation ratio perspective. This requires acknowledging rate-dominated effects on stiffness, strength,
damage propagation and viscoelastic characteristics of the material itself. Mitigating the creep- and self-
heating-related effects associated with frequency variation requires the definition of lower and upper fre-
quency bounds, respectively, which in turn directly informs the selection of the target strain rate.

Therefore, similarly to Krieg, this study adopts a constant strain rate approach. Rather than fixing the fre-
quency (f), the frequency for each test is calculated individually to maintain a consistent target strain rate
across all stress levels and stress ratios. The specific loading frequency for each test is derived using the stiff-
ness E, the stress ratio R, and the maximum applied stress, according to the following relationship:

f _ étarget : Eavg

= . (4.2)
2(1-R) -0 max

While the constant strain rate approach proposed by Lennart Krieg is well-suited for fibre-dominated lami-
nates such as [0/90]4s, its application to +45° laminates introduces a significant complication. In contrast to
fibre-dominated configurations, +45° layups exhibit pronounced matrix- and shear-dominated behaviour,
resulting in substantial stiffness degradation throughout fatigue life. This degradation fundamentally chal-
lenges the assumption of a constant strain rate. Although the loading frequency is selected based on the
initial modulus to achieve a target strain rate, the progressive reduction in stiffness necessitates an increase
in strain amplitude to maintain the imposed stress level. Consequently, the effective strain rate increases
continuously as damage accumulates. This implies that the constant strain rate condition is only strictly sat-
isfied at the onset of the test, after which the specimen experiences an evolving, and ultimately accelerating,
deformation rate. The issue is particularly critical given that this increase in strain rate directly elevates the
rate of energy input into the material, raising the risk of thermally driven failure mechanisms rather than the
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intended mechanical fatigue processes. Figure 4.6b illustrates this evolution, modeled using the generalized
stiffness degradation trend for GFRPs described by Ellyin and Kujawski [25], shown in Figure 4.6a.
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(a) Experimental stiffness degradation trend (Ellyin and Kujawski) [25] (b) Strain rate evolution based on stiffness degradation model

Figure 4.6: Evolution of strain rate as a consequence of stiffness degradation in GFRP laminates.

As shown, the strain rate begins at the target value of 0.05s~! and gradually increases as the modulus drops,
accelerating sharply towards the end of the fatigue life (N/ Ny — 1). By failure, the effective strain rate has
increased significantly (approaching 0.09 s™! in the final cycles).

Feng et al. [48] show that the presence of +45° laminates within the composite creates more shear-
dominated, transverse matrix cracking, along with interlaminar stress resulting in the lack of the "sharp"
transition points found in the more common three-stage degradation trend. This can be seen in Figure 4.7.

1 T 1 T
1
0.8 \ 1 0.85 k
— e i
- —_ - ,\"\\-l\._
% —== !:\‘,—:':_;:E_:‘_N;: o % — e
i —231 ) = L
:;\U.() = \}\. = 0.7 \\r\‘\\‘\\
= N = e T
\ ~\
= Hxperimental data |_lL’LJ()]1.i | = Experimental data [‘45/(3/-45/’00_]\. e ‘
0.4 Proposed model i| 0.55F Proposed model
Shiri's model!? Shiri’s model!?
Guo’s model? Guo’s model?
0.2 L . . 0.4 L . L
0 0.25 0.5 0.75 1 0 0.25 0.5 0.75 1
() niIN (b) n/N

Figure 4.7: Comparison of Normalized stiffness degradation between [0/90]25 (a) vs. [+45/0/ —45/90]5 (b) at the same stress level [48]

This naturally leads to discussion on how the trend differs as stress levels vary. As the stress levels increase,
the trends change from a smoother transition between damage regimes to a more identifiable larger gradient.
In other words, at higher stresses, the trend may appear more continuously nonlinear rather than a clear
distinction of the separate three stages.

The challenge becomes mitigating the progressive increase in strain rate resulting from stiffness degradation.
Ideally, this would be achieved through continuous adjustment of the loading frequency throughout the test,
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such that the target strain rate is maintained as the modulus evolves. However, the MTS fatigue system does
not support real-time adaptive frequency control based on material response. As a practical alternative, a
stepwise frequency adjustment strategy is implemented, where the test is divided into discrete cycle blocks,
each assigned a predefined loading frequency. The key question then becomes the definition of these cycle
intervals and corresponding frequency updates.

To address this, a simplified predictive framework should be established to output stiffness degradation
trends as a result of the desired stress level. Establishing a general degradation trend, however, remains chal-
lenging, as even similar material systems exhibit different sensitivities to changes in stress levels, also just the
absolute stiffness jumps within the same trend. Sartorio [41] highlights observing prominent fibre reorienta-
tion in the +45° stacking sequence. Therefore, generalizing a predictive stiffness degradation model a priori
may be inappropriate for the present material. Accordingly, the study will proceed with conducting initial
fatigue tests under a constant frequency, which yields insight into the expected stiffness degradation trend
for the material system corresponding to the current study.

Based on this, the initial loading frequency is determined from the target strain rate and the pristine mod-
ulus. Subsequently, the total frequency variation required to compensate for stiffness loss over the fatigue
life is discretised into a finite number of steps. The number of steps is selected according to a prescribed
allowable frequency increment, ensuring stable machine operation while limiting excessive deviations from
the target strain rate. Finally, the resulting sequence of frequency values and corresponding cycle intervals is
implemented directly within the MTS fatigue program as a block-wise loading schedule. Note that this ap-
proach is only applicable when the expected number of cycles to failure exceeds a certain limit that allows
the PVC response within the machine to stabilize. For tests below this limit, attempting to use this approach
would cause variable amplitude loading as the tests jump between cycle blocks, challenging the compara-
bility of the overall results. Consequently, the high stress tests, below this limit, are expected to operate at a
constant frequency throughout the test. Given the relative novelty of this testing approach, the identification
of degradation trends, their subsequent modeling, and the selection of inputs for the proceeding tests were
undertaken in an adaptive testing strategy, where observations from previous tests were used to design the
following tests.

With the constant strain rate methodology established, the specific target value (€/4rge:) must be selected.
This selection is constrained by three factors:

¢ Lower Limit: Lower frequencies result in higher time at peak load which allows for creep effects to take
place.

* Upper Limit: Higher frequencies cause self-heating, which risks thermal failure, instead of mechanical
failure.

¢ Operational Limits: The MTS machine has limits on the maximum frequencies it can operate at.

The following discussion identifies the range of frequencies that can be used for stress levels between 60 MPa
and 120 MPa, while respecting limits imposed by creep, self-heating, and machine operability.

The lower bound of the operational frequency window is governed by creep-related effects. Perreux and
Joseph [49] investigated the influence of frequency on the tensile-tensile fatigue behaviour of pressurized
+55° filament-wound E-glass/epoxy composite pipes. Their results showed that increasing the frequency
from 0.2 to 1 Hz led to a consistent increase in fatigue life, expressed in cycles to failure, while little additional
benefit was observed between 1 and 5 Hz. A comparison of strain evolution revealed that, despite similar
strain amplitudes, both minimum and maximum strains were higher at lower frequencies. This behaviour
was attributed to a matrix creep-dominated mechanism, whereby longer dwell times near peak load at low
frequencies allow greater accumulation of viscoelastic and viscoplastic strain per cycle, accelerating damage.
Based on these findings, a lower frequency limit of approximately 1 Hz can be identified for +55° laminates.
However, the +45° lay-up considered in the present study is more shear-dominated and lacks a transverse
normal stress component, making it more susceptible to creep effects. Consequently, a lower frequency limit
of 1 Hz is adopted.

The upper frequency limit is primarily dictated by self-heating, which is a critical aspect especially with re-
gard to matrix-dominated composites. Hiilsbusch et al. [50] proposed an energy-based method for selecting
fatigue test frequencies in PA6 by correlating the induced energy rate with the measured temperature rise
during multiple frequency tests. In their approach, a limit frequency is defined as the frequency at which the
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specimen temperature remains below a selected critical increase, taken as 2 K in their study. This limit is in-
tended to avoid significant thermal softening, stiffness degradation, and premature thermal failure caused by
excessive heat generation during cyclic loading. Ideally, the same multiple frequency test procedure should
be applied directly to the present composite material to obtain a material- and stress-specific upper fre-
quency limit. However, as will be discussed in the subsequent sections, the limited specimen sample size
did not permit a systematic characterization of the upper limit according to Hiilsbusch et al. [50]. Therefore,
a standard upper limit of 5 Hz was adopted [51].

In addition to material-related constraints, the operational frequency range is further limited by the capa-
bilities of the testing equipment. The upper frequency bound is also challenged by the limit imposed by the
actuator velocity of the MTS 100kN machine. The question becomes: given a desired stress level and R-ratio,
how fast should the actuator move and what is the maximum frequency limit accordingly?

The cyclic stress imposed onto the material on the machine follows a sinusoidal pattern which mathemati-
cally can be written as
o) =0, +0,sin2rfe). (4.3)

Assuming a preliminary linear elastic behavior following Hooke’s law, then the strain as a function of time can
be denoted as
e(t) =gm+egsinnft) (4.4)

which differentiated would be
&(t) =2nfe cosrfr). (4.5)

Therefore, the maximum strain rate is Equation 4.5 at cos(2n ) =1,
o
Emax = 2T feq =21 fE“. (4.6)

Given the effective clamp-to-clamp length L, then the required crosshead velocity is related as approximately

. Oq
Umax,required = Lémax == Umax,required = 2nf Lf 4.7)
which in turn rearranges to a maximum frequency that can be calculated using the following relation,
UmaxE
fmax = (4.8)

27L[5R 0ax]

The maximum allowable actuator velocity of the MTS 100kN machine is 50 mm/s [52] and the effective
clamp-to-clamp length is approximately 155 mm. Having established the lower limit concerning creep ef-
fects and upper limits addressing self-heating and machine operability, the next step is to determine feasible
combinations of target strain rate and stress ratios over the expected stress range.

Monotonic tensile tests, discussed further in later chapters, provided estimates of the ultimate tensile
strength for the present material system and therefore an indication of the appropriate stress range of 90
to 200 MPa. In addition, it was shown that both Equation 4.2 and Equation 4.8 require a stiffness modulus
value. Ideally, a consistent initial strain rate across all fatigue stress levels is desired, which permits careful
input of this value. Preliminary tests showed clear differences in the initial stiffness between specimens. A
stress-dependent stiffness trend was later established from experimental data and used to predict the initial
modulus per stress level. For the preliminary selection of target strain rate and stress ratios, a conservative
modulus of 5000 MPa was used.

Using a stress range from 90 to 200 MPa and a stiffness modulus of 5000 MPa, a feasible operating region was
evaluated, as shown in Figure 4.8, therefore settling on a target strain rate of 0.05 and possible stress-ratios
from R=0.1 to R=0.7.
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Feasible Strain Rate and R-Ratio Combinations
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Figure 4.8: Feasible combinations of strain rate and R-ratios, and consequent required frequencies for desired stress levels. The tested
point markers indicate the experimental conditions evaluated at selected combinations of maximum stress, R-ratio and corresponding
loading frequency.

Overview of Loading Parameters
Table 4.3 presents the key loading parameters from the aforementioned discussion.

Table 4.3: Summary of selected fatigue loading parameters.

Parameter Selected value / range

Target initial strain rate, érarger  0.05 5!

Stress ratios, R 0.1,0.3,0.5,0.7

Strategy Maintain constant initial strain across stress-levels.

For HCF attempt strain rate control using MTS cycle blocks.
Follow adaptive testing with progressive refinement.

4.2. Specimen Manufacturing and Preparation

This section provides an overview of the main manufacturing process steps taken to create the final speci-
mens required for the experimental campaign. Subsection 4.2.1 presents the main manufacturing steps to
prepare the specimens, and Subsection 4.2.2 discusses the quality of the final specimens, and their distinct
"textured" surface quality which should be acknowledged. Finally, the overview of the final specimens and
their assigned testing campaigns is presented in Subsection 4.2.3.

4.2.1. Manufacturing Process
The section summarizes the main manufacturing steps taken to produce the +45° specimens.

1. Cutting the UD Prepreg Material.

The original pre-preg material, which is usually kept in the freezer, was left to defrost overnight prior
to use. Since the material was supplied in a unidirectional fibre configuration, the following procedure
was employed to produce the +45° plies shown in Figure 4.9.
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(b) Cutting pattern

(a) Cutting manner in practice

Figure 4.9: Comparison of the practical cutting process and the corresponding cutting pattern.

Different tests require different thicknesses, necessitating multiple laminates. The specimens for
monotonic, stress-sweep, fatigue and creep tests require sixteen 848 x 848 mm plies of alternating +45°
layers. The tabs of those same specimens require ten plies. The DMA samples require twelve plies.
The cutting was done on a GERBERcutter DCS machine. Once the plies were cut into their respective
dimensions, they were stored in the freezer until further use to reduce further moisture absorption.

2. De-bulking and lamination.

The next step of the manufacturing process is de-bulking in the lamination room. Every layered ply is
ironed with a block of metal, before a three-minute de-bulking is performed to ensure adherence to the
main plate and minimize air bubbles within the ply. This was performed with perforated release film
and a peel ply layer for air path.

3. Vacuum Bagging, Curing + Post-Curing

The vacuum bag system consists of the tooling plate/mould tool which is the big Aluminium base plate
that provides the rigid base for the laminate layup and consolidation. The perforated release film is
used with direct contact with the breather during the cure process. This also minimizes the level of
voids. Thereafter, the peel-ply is used along with breather fabric ensuring it reaches the vacuum valves.
A standard nylon vacuum bag was generously used, ensuring no bridging of the film which could cause
the bag to burst in the autoclave. This was vacuum sealed using Black LST90B Tacky Tape. This can be
seen in Figure 4.10.

Figure 4.10: Vacuum Bag Set-Up Prior to Autoclave curing cycle.
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The curing cycle used for the laminates is as follows,

Table 4.4: Curing cycle steps and specifications.

Step Specification Duration [hrs]
Initial ramp RT-80°C 2°C/min 0.5
Dwell 80°C 12
Post-cure ramp 80-120°C  0.33°C/min 2
Post-cure dwell 120°C 1
Cooldown 120-60°C —2°C/min 0.7
Total curing time 16-16.5

4. Compcut Cutting and Machining.

The CompCut ACS 600 CNC diamond-blade water-cooled circular saw cut the specimens after the cur-
ing cycle. The DMA specimens were ready for testing, however the specimens required for the other
experimental tests were handed into the DEMO shop to construct the Double-Euler specimen geome-
tries.

5. Tab preparation.

The tab material was cut to the designated geometry shown in Figure 4.4, after which a taper angle
was applied. The bonding of the tabs consisted of using Loctite AE3430 two-component structural
adhesive. The bonding surfaces were ground with 300-grit sandpaper and cleaned with isopropanol.
Thereafter, the tabs were bonded using 200 um glass beads. Finally, they were put in the oven at 50°C
for 2 hours. The bonded tabs prior to oven curing are shown in Figure 4.11.

[reR

Figure 4.11: The clamping of the tabs bonded onto the specimens, prior to oven.

4.2.2. Specimen Quality

The release foil used during the de-bulking stage caused some premature curing into the prepreg which was
imprinted onto the final specimens, seen in Figure 4.12. This raises the question of specimen usability. How-
ever, it could be argued that if the same textured specimens are fed into the proposed framework, then if the
physics holds, the model should still yield consistent outputs. However from this point onward, the limited
sample size constitutes an obstacle that requires careful consideration when assigning specimens to their
respective tests.
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(a) Textured specimen

(b) Release-foil responsible for the print.
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Figure 4.12: Surface texture imprinted on the specimen during processing, showing (a) the textured specimen surface and (b) the
release-foil texture responsible for the transferred imprint.

4.2.3. Overview of Final Specimens

Given the limited number of available specimens, Table 4.5 presents the final specimen set and their assigned

testing campaigns.
Table 4.5: Measured Coupon Dimensions for the Different Mechanical Tests.
Test Coupon ID Gauge width Thickness Length
Top Middle Bottom Top Middle Bottom Gauge Total

1.1 24.02 16.73 23.86 6.22  3.09 6.03 6.00 155.00 51.70
Monotonic Tensile 1.2.1 2420 16.72 24.03 637 3.19 6.33 6.00 154.83 53.34
1.2.2 23.49 16.85 2358 6.74 3.10 6.54 6.00 155.72 52.24
Stress Sween Test 2.1 24.09 16.71 23.79 6.10 2.87 6.37 6.00 155.77 49.88
P 2.2 2485 1731 2390 6.11 293 6.51 6.00 155.70 50.72
3.1 24.05 16.65 23.60 6.69 295 5.96 6.00 156.00 49.12
3.2 23.06 16.59 23.56  6.50 2.92 7.00 6.00 156.00 48.44
3.3 24.13 16.40 2322 639 289 6.44 6.00 156.00 47.40
Fatigue Testsat R=0.1 3.4 23.20 16.60 2351 611 278 6.01 6.00 156.00 46.15
3.5 23.29 16.61 23.19 6.04 284 5.85 6.00 156.00 47.17
3.6 23.79 17.04 2460 595 290 6.22 6.00 156.00 49.42
3.7 23.40 16.55 2397 6.17 2.85 6.04 6.00 156.00 47.17
4.1 23.88 16.65 2449 6.00 292 6.33 6.00 156.00 48.62
4.2 23.09 16.77 2361 6.06 2.86 6.11 6.00 156.00 47.96
4.3 2450 16.63 2365 6.18 2.85 6.48 6.00 156.00 47.40
Fatigue Testsat R=0.3 4.4 23.85 16.53 2409 6.11 293 6.05 6.00 156.00 48.43
4.5 24.14 16.68 2390 631 296 6.10 6.00 156.00 49.37
4.6 23.96 16.63 23.80 6.56 295 6.51 6.00 156.00 49.06
4.7 2411 16.40 2408 595 3.03 6.36 6.00 156.00 49.69
Faticue Tests at R = 0.5 5.1 23.26  16.58 2440 6.01 3.00 6.59 6.00 156.00 49.74
§ Y 52 2421 16.51 2434 644 295 6.29 6.00 156.00 48.70
Fatieue Tests at R = 0.7 6.1 24.04 16.75 2424 599 286 6.07 6.00 156.00 47.91
& —0 6.2 24.03 16.60 23.86 6.46  2.90 6.38 6.00 156.00 48.14
Creep Test 7.1 23.74 16.68 2422 631 278 6.27 6.00 156.00 46.37
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4.3. Experimental Procedures and Equipment

Building on the established experimental design and loading strategy, this section describes the five prin-
cipal testing procedures: monotonic tensile testing, stress-sweep testing, constant amplitude fatigue test-
ing, creep and recovery testing and dynamic mechanical analysis (DMA) which can be found in Subsec-
tion 4.3.1,Subsection 4.3.2, Subsection 4.3.3, Subsection 4.3.4 and Subsection 4.3.5, respectively. Each subsec-
tion presents the purpose of that specific test identifying the key quantities required to answer the research
questions. Thereafter, how the experimental method used to obtain these parameters discussed, along with
the exact machines and relevant programs used.

4.3.1. Monotonic Tensile Testing

Monotonic tensile tests characterize the strain-rate dependent tensile response of the [+45]4; composite.
The quantity of interest is ultimate tensile strength (UTS), which helps answer Research Question 6 and also
functions as input information for designing the appropriate stress levels of stress-sweep testing and constant
amplitude fatigue testing. The peak of the stress-strain curve yields this value.

Firstly, one specimen was tested at a quasi-static (QS) rate of 2 mm/min. Thereafter, the UTS value from
this was used to iterate the appropriate stress range in the target strain rate selection plot Figure 4.8 in Sub-
section 4.1.3. Once the desired target strain rate of 0.05/s was established, two specimens were tested at a
displacement rate equivalent to a strain rate of 0.05/s. This was calculated as follows

6 =Lé=156-0.05=7.8 mm/s = 468 mm/min, (4.9)

where L is the clamp-to-clamp length of 156 mm, established once the specimen was clamped onto the ma-
chine.

Tensile, stress-sweep, constant amplitude fatigue and creep tests were all performed on the MTS 100kN
servo-hydraulic test machine which uses hydraulically actuated wedge grips (Figure 4.13), consistent with
the experimental setup used by Krieg as well.
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Figure 4.13: MTS 100kN Servo-Hydraulic machine used for tensile, SST, CA Fatigue and Creep tests.
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4.3.2. Stress-Sweep Testing

Stress-sweep testing addresses research questions 3 and 5, on the slope determination and fatigue limit re-
spectively. This requires the ratio of total dissipated energy over total applied work TDE/W,,; for each suc-
cessive stress block. The cycle stress-strain data are separated into their individual hysteresis loops per cycle,
from which the dissipated energy and total applied work are calculated. These quantities are then summed
over the corresponding stress block to determine the ratio for that corresponding stress level.

The stress-sweep test starts at 20% of the fatigue-equivalent ultimate tensile strength (FE UTS), obtained from
the monotonic tensile tests. The initial stress level was selected to be sufficiently low to minimize likelihood
of high damage, staying below the onset of damage and therefore allowing two distinct linear regimes and
a resulting deviation point. Every following stress level was increased in increments of 5% UTS, with each
stress level programmed to run for 1000 cycles, which is consistent with Sartorio. This stepwise sequence is
programmed until the specimen fails. The procedure was performed twice for stress-ratios R=0.1 and R=0.3.
The corresponding stress levels and frequencies required to maintain a target strain rate of 0.05 /s for each
cyclic stress block are presented in Table 4.6. Although a nominal upper frequency of 5 Hz was adopted as the
upper limit when selecting a target strain rate, given that it is the lowest stress level of the entire sweep, the
self-heating effect was not expected to be significant.

Table 4.6: Stress-sweep loading programmes for R =0.1 and R = 0.3.

R=0.1 R=03
Block UTS (%) Omax [ (Hz2) Block UTS (%) oOmax [ (Hz)
1 20 45.48 4.762 1 20 45.48 6.123
2 25 56.85  3.810 2 25 56.85  4.898
3 30 68.22  3.175 3 30 68.22  4.082
4 35 79.59 2721 4 35 79.59  3.499
5 40 90.96 2.381 5 40 90.96 3.061
6 45 102.33  2.117 6 45 102.33  2.721
7 50 113.70 1.905 7 50 113.70  2.449
8 55 125.07 1.732 8 55 125.07 2.226
9 60 136.44  1.587 9 60 136.44  2.041
10 65 147.81 1.465 10 65 147.81 1.884
11 70 159.18 1.361 11 70 159.18 1.749
12 75 170.55 1.270 12 75 170.55 1.633
13 80 181.92 1.191 13 80 181.92 1.531
14 85 193.29 1.121 14 85 193.29 1.441
15 90 204.66 1.058 15 90 204.66 1.361
16 95 216.03 1.003 16 95 216.03 1.289

4.3.3. Constant Amplitude Fatigue Testing

The constant-amplitude fatigue testing was the largest experimental campaign where its cyclic stress-strain
data allowed for determination of metrics such as stiffness degradation, cyclic creep rate, dissipated energy
and applied energy, which address Research Question 1. The number of cycles to failure Nf per stress level is
used to make S-N curves which serve as both input data for R1, and validation data for R2. This is the starting
point to answer research questions 2, 3, 4 and 5.

For R=0.1, fatigue tests were conducted at 80%, 65%, 62%, 60%, and 50% of the fatigue-equivalent UTS. The
stress levels were selected progressively to obtain a sufficiently broad range of fatigue lives, spanning approx-
imately from 10! to 108 cycles. A run-out criterion of 10® cycles was adopted due to the experimental time
constraints of the thesis. For R=0.3, tests were performed at 90%, 80%, 70%, 65%, 60%, and 50% UTS. For the
higher stress ratios, a reduced number of stress levels was investigated: 80% and 65% UTS for R=0.5, and 80%
and 60% UTS for R=0.7. Greater experimental coverage was allocated to R=0.1 and R=0.3, as these datasets
were of primary importance for model development and validation. At higher stress ratios, the reduced cyclic
stress amplitude at a given maximum stress generally results in longer fatigue lives, making extensive testing
considerably more time-consuming.

Two frequency-control approaches were employed during the constant-amplitude fatigue campaign. Some
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specimens were tested at a constant frequency corresponding to the prescribed initial strain rate, while oth-
ers were tested using a stepwise frequency-adjustment strategy intended to better maintain the target strain
rate as stiffness degradation progressed. The required frequency adjustments were determined either from
repeated tests conducted at the same stress level or by interpolation between previously established degrada-
tion trends, following the procedure described in Subsection 4.1.3. The tested stress-levels, frequencies and
R-ratios are in Table 4.7.

Table 4.7: Fatigue test conditions for the different stress levels and stress ratios.

R=0.1 R=03
Stress Level  Frequency Stress Level Frequency
(% UTS) (Hz) (% UTS) (Hz)
80 1.479 90 1.222
80 1.479 80 1.901
65 1.820 70 1.364-1.695
62 1.157-1.091 65 2.340
60 1.216-1.142 65 1.590-1.893
50 1.809-1.580 60 1.848-2.071
50 1.735 50 3.042
R=05 R=0.7
Stress Level Frequency Stress Level Frequency
(% UTS) (Hz) (% UTS) (Hz)
80 1.144 80 2.071
65 1.713 60 3.194

An example of a MTS 100kN program can be found in Table 4.8 for 65% UTS R=0.3, and the stiffness degra-
dation trend on which it was based is shown in Figure 4.14.

Table 4.8: MTS MPT programming sequence for 65% UTS at R = 0.3.

Block Cycles f (Hz) Cumulative Cycles

1 100 1.590 100

2 200 1.677 300

3 300 1.727 600

4 500 1.783 1100
5 1000 1.843 2100
6 2000 1.891 4100
7 5000 1.919 9100
8 5000 1.929 14100
9 5000 1.929 19100
10 5000 1.919 24100
11 2635 1.893 26735
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Figure 4.14: Stiffness degradation at 65% UTS and R = 0.3, and the corresponding target loading frequency required to maintain the
prescribed strain rate.

4.3.4. Creep and Recovery Testing

Isothermal, uniaxial creep and recovery tests were used to obtain the strain response at different stress levels
required for determination of the nonlinear viscoelastic model parameters and, subsequently, the augmen-
tation parameter ¥ addressing Research Question-02.

Prior to the main creep-recovery program, the specimens were mechanically conditioned. Schapery em-
ployed a substantially longer conditioning procedure which consisted of one-hour creep and one-day recov-
ery, for ten days. Due to the time constraints of the present study, an alternative shortened conditioning
procedure was adopted, as illustrated in Figure 4.15 [53].
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Figure 4.15: Program for Mechanically Conditioning

The final conditioning step was repeated until the measured strain response became approximately repeat-
able between consecutive cycles, indicating satisfactory mechanical conditioning. A maximum conditioning
stress of 100 MPa was selected to correspond to the highest stress level intended for the creep tests.

Since the creep-recovery programme was conducted after the constant-amplitude fatigue campaign, the
available fatigue results were first examined to identify a stress level that could be sustained for a sufficiently
long duration without premature specimen failure. Particular attention was given to stress levels associated
with fatigue lives exceeding approximately two hours of loading, from which a conservative upper creep stress
of 100 MPa was selected. The tests were conducted at an elevated temperature of approximately 73°, following
the temperature used in Schapery’s experimental procedure as closely as practical. Owing to the temperature
regulation of the available thermal chamber, the actual test temperature fluctuated within approximately
70° -73°.

During the main creep-recovery test, each prescribed stress level consisted of a one-hour creep period fol-
lowed by a two-hour recovery period. The loading sequence began at a sufficiently low stress level to establish
an approximately linear viscoelastic response, which is required for the model-parameter identification pro-
cedure described in Section 3.2. Similar to the stress-sweep program, the creep sequence was defined using
progressively increasing stress levels from 20% to 85% of the selected reference strength. The programme was
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intentionally defined beyond the stress level expected to be reached experimentally, since specimen failure
was anticipated before completion of the full sequence. Two specimens were tested using this procedure.
The specific stress levels applied are summarized in Table 4.9.

Table 4.9: Creep testing conditions for specimens 7.1 and 7.2.

Condition % UTS Stress (MPa) Load-7.1(N) Load-7.2(N)
Mechanical conditioning - 100.00 4637.00 4765.80
20 45.48 2108.926 2167.486
25 56.85 2636.157 2709.357
Creep/Recovery Testing 30 68.22 3163.389 3251.229
35 79.59 3690.620 3793.100
40 90.96 4217.852 4334.972
45 102.33 4745.083 4876.843

Due to the tests conducted at an isothermal 73°C , the creep-recovery experiments were performed using
the Zwick 200kN test machine equipped with a thermal chamber, as shown in Figure 4.16. Strain gauges
were bonded to both sides of the specimen gauge section to measure the longitudinal strain response and to
maintain consistency with the measurement approach adopted in Schapery’s experimental procedure.

Specimen for
Creep/Recovery Testing

Figure 4.16: Zwick 200 kN mechanical testing setup equipped with a thermal chamber and specimen arrangement for creep/recovery
testing.
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4.3.5. Dynamic Mechanical Analysis

Dynamic Mechanical Analysis (DMA) was performed using a TA Instruments RSA-G2 analyzer, as shown in
Figure 4.17. The system permits relatively low applied forces, with a maximum force capacity of approxi-
mately 35 N. This load limitation makes tensile testing of comparatively stiff fibre-reinforced polymer spec-
imens impractical. The DMA specimens were therefore tested in flexure using a three-point-bending (3PB)
configuration.

Figure 4.17: 3PB configuration on TA Instruments RSA-G2 solids analyser for DMA Testing.

The principal quantity of interest from the DMA testing was the pristine loss factor, which is subsequently
used in the determination of the high-cycle fatigue strength (HCFS). The loss factor was obtained through a
temperature-sweep test extending from approximately room temperature 25° —30° to 160°. Ideally, multiple
specimens would have been tested under different bending configurations while reproducing, as closely as
possible, the stress ratios and target strain rate of 0.05 /s used in the fatigue programme. However, repro-
ducing this strain-rate condition would have required excitation frequencies beyond the practical operating
range of the DMA system, whose usable frequency was limited to approximately 10 Hz before resonance ef-
fects became significant.

A further limitation was that the DMA system was not configured for direct load-controlled cycling in the
same manner as the servo-hydraulic fatigue machines. Instead, the primary control input was the imposed
strain amplitude, corresponding to the maximum cyclic deformation of the specimen. Consequently, the
fatigue loading conditions could not be replicated directly. In addition, equipment failure restricted the ex-
perimental campaign to a single successful DMA test. The corresponding test conditions are summarized in
Table 4.10.

Table 4.10: DMA test parameters.

TestID Mode Frequency (Hz) emax (%) €min (%) R-ratio
DMA-1 3PB 3 0.1 0.01 0.1




5 Results, Discussion and Limitations

This chapter presents the results obtained from the experimental campaign and is structured to allow the
findings to be interpreted directly in relation to the research questions.

Section 5.1 begins with a general exploratory assessment of the +45° laminate response, especially the fatigue
metrics that provide the basis for addressing Research Question-01. The slope constituent of the S-N curve
is then explored in Section 5.2, which covers the creep-recovery test analysis and stress-sweep test analysis,
assessing whether they can predict the slope of the S-N curve, addressing Research Questions -02 and -03.
The bottom anchor is subsequently explored in Section 5.3 through DMA and stress-sweep results, addressing
Research Questions -04 and -05. Finally, the upper anchor is evaluated in Section 5.4, addressing Research
Question-06. While the preceding sections discuss the S-N curve constituents separately, Section 5.5 brings
these findings together and discusses their integration within a unified fatigue-life prediction approach. To
conclude the chapter, Section 5.6 summarises the main limitations within the results.

5.1. General Observed Behavior

In this section, the physical observations of the +45° are presented and discussed, with the aim of answering
Research Question-01 in Subsection 5.1.8. The rate-dependent stress-strain responses from the monotonic
tensile tests are presented in Subsection 4.3.1. Subsection 5.1.2 presents a summary of the fatigue test results,
prior to post-processing. Relevant metrics, acquired from the cyclic stress-strain hysteresis loop, such as
stiffness degradation, strain progression, dissipated energy, applied energy and the resulting loss factor are
investigated in Subsection 5.1.3, Subsection 5.1.4, Subsection 5.1.5, Subsection 5.1.6 and Subsection 5.1.7,
respectively.

5.1.1. Monotonic Tensile Test Results

Monotonic Tensile Tests were performed on three specimens; one at quasi-static displacement rate of 2
mm/min, and two at the fatigue-equivalent dynamic displacement rate of 7.8 mm/s. The stress-strain re-
sponses of the three specimens are shown in Figure 5.1.

—— QS 2 mm/min
—— FE 7.8 mm/s
= FE 7.8 mm/s
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Figure 5.1: Monotonic Tensile test results at quasi-static (QS) 2 mm/min and fatigue-equivalent (FE) 7.8 mm/s

Figure 5.1 depicts a two-stage response where the transition between the first linear regime and second quasi-
linear regime is initiated by the influence of re-orientation of the +45° fibres.

Fibre re-orientation is defined as the progression realignment of the fibres relative to the loading direction,
as a result of the load. The rotation of the fibres increases the effective stiffness, which is shown in the sec-
ond quasi-linear regime. This re-orientation angle can be calculated given the gauge strains in the y and x

63
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direction; €y, and €y, respectively [54].

0 =90 —arctan | tanfy

(5.1)

1+£yy)

Exx

where 0 is 45°. This is plotted as a function of the strain for each of the three specimens in Figure 5.2.
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Figure 5.2: Re-orientation Angle vs. Strain for monotonic tensile tests.

Figure 5.2 shows that the initial point where re-orientation begins coincides with the transition between the
two linear regimes in the stress-strain curves Figure 5.1. All three specimens display a re-orientation from 45°
to = 36° — 37° which is a substantial increase in effective stiffness and is clearly seen in Figure 5.1.

The fatigue-equivalent dynamic rate tests show a 4.4% - 18.8% increase in ultimate tensile strength (UTS)
and a 2.0% - 11.4% increase in the failure strain. Even though an increase in these parameters was expected,
the two specimens show a large range. Based on qualitative observations, specimen FE; was considered
potentially unreliable. Hereafter, specimen FE, was used as the representative fatigue-equivalent reference
data-point. However, an important remark is the sensitivity of the fatigue-equivalent stress-strain responses
to variables in manufacturing differences, alignment/positioning on the MTS machine and pre-existing de-
fects which result in a fairly large range for the UTS and failure strains.

5.1.2. Overview of General Fatigue Performance

Table 5.1 summarizes the measured cycles to failure, time to failure and final failure strain for the correspond-
ing stress-levels and R-ratios. Given the hypothesized greater contribution of time-dependent mechanisms
in £45° laminates, the time-to-failure T is also a relevant metric to evaluate.
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5.1. General Observed Behavior
Table 5.1: Fatigue test results for different stress ratios.
R=0.1 R=0.3
UTS O max Ny Ty Efail UTS oOmax Ny Ty Efail
(%) (MPa) (s) (%)  (MPa) (s)
80 181.92 59 40.46 0.140 90 204.66 39 33.54 0.181
80 181.92 68 47.54 0.151 80 181.92 132 70.96 0.139
65 147.81 398 219.76 0.140 70 159.18 2558 1541.86  0.126
62 140.988 3599 3184.63 0.111 65 147.81 26737 11426.63 0.121
60 136.44 11936 10398.73  0.115 65 147.81 110921 58496.01 0.119
50 113.70 175567 101216.95 0.081 60 136.44 64515 31105.40 0.108
50 113.70 73440 44819.80  0.091 50 113.70 >10% - -
R=0.5 R=0.7
UTS O max Ny Ty Efail UTS Omax Ny Ty Efail
(%) (MPa) (s) (%)  (MPa) (s)
80 181.92 1412 1236.03 0.140 80 181.92 10129 4892.31 0.152
65  147.81  >10° - - 60 136.44  >10° - -

All the specimens failed in the specimen gauge section confirming the advantage of the Double-Euler geom-
etry. The results discussed hereafter refer to the cyclic stress-strain responses from each of the specimens at

their respective stress-level and R-ratio. An example is shown in Figure 5.3.

100
!
—=—- 50% UTS RO.1 (Const. Strain Rate) (Initial Load, E=9.9 GPa)

50% UTS RO0.1 (Const. Strain Rate) (Cycle 1, E=7.3 GPa)
50% UTS R0.1 (Const. Strain Rate) (Cycle 2, E=7 4 GPa)

50% UTS R0.1 (Const. Strain Rate) (Cycle 10, E=7 4 GPa)

50% UTS R0.1 (Const. Strain Rate) (Cycle 100, E=6.9 GPa)
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Figure 5.3: Cyclic Stress-Strain Data resulting in Hysteresis Loops (50% UTS R=0.1).

The slope of the hysteresis loop represents the stiffness at the corresponding cycle number. The progres-
sive horizontal shift of this hysteresis loop is the ratcheting strain, while the area inside the loop refers to the
dissipated energy. The applied energy refers to the total work input during the loading cycle, encompassing

both the dissipated energy and the recoverable energy represented by the area beneath the loop. For consis-
tency throughout figures, the R-ratios 0.1, 0.3, 0.5 and 0.7 are plotted in colors blue, orange, purple and green,

respectively.



5.1. General Observed Behavior

5.1.3. Stiffness Evolution

66

The stiffness progression during a testing cycle is evaluated by the slope of the hysteresis stress-strain loop,

and calculated as follows

|Ef‘| _ Omax,i — Omin,i
1

E€min,i

The stiffness evolution trends for the different stress-levels and R-ratios are shown in Figure 5.4.
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Figure 5.4: Stiffness Degradation E| Ey over the Normalized fatigue lives. For the exact stress levels and corresponding test conditions,
refer to the test matrix in Table 4.7.

For the exact stress levels and corresponding test conditions represented in Figure 5.4, refer to the test matrix
in Table 4.7. As seen in Figure 5.4, the stiffness shows a common trend of rapid increase at the start of the test,
and followed by either a stabilization or gradual decay depending on the stress level. The stiffness response
generally exhibits an initial increase followed by stabilization and, at sufficiently long fatigue lives, a subse-
quent gradual decline. This latter stage is more apparent at lower stress levels, whereas specimens subjected

to higher stresses tend to fail before a distinct stiffness-decay regime can develop.

The initial rapid increase in stiffness is again associated with fibre re-orientation. For example, for the 80%
UTS specimen at R=0.1, Figure 5.5 shows the re-oriented fibre angle progressions from 45° to approximately

39°, till 15% of the normalized life, which coincides with the stiffness evolution trend seen in Figure 5.3.
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Figure 5.5: Re-orientation Angle vs. Strain for 80% UTS R=0.1 Fatigue Test.

Directly proportional to the stiffness is the strain rate, which forms the next point of discussion. Contrary to
the hypothesized pronounced strain rate evolution as a result of stiffness degradation, it shows that, past the
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re-orientation stage the stiffness remains fairly stable. This suggests that the associated evolution in strain
rate may be less severe than initially anticipated, thereby calling into question the necessity of continuously
adjusting the loading frequency to maintain a constant strain rate throughout the test.

Instead, more attention should be given to maintaining a consistent initial strain rate across specimens
should be present. This remains challenging since the initial stiffness does not correlate to the pristine
stiffness values from the monotonic tests (Figure 5.1), and adding to the complexity, the prescribed strain
rate evolves almost immediately after loading begins due to re-orientation. In conclusion, the difficulty was
initially misattributed to strain-rate evolution throughout fatigue life, whereas the results indicate that the
greater challenge lies in establishing a consistent initial strain-rate condition. This is reflected in the strain
rate evolution shown in Figure 5.6.
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Figure 5.6: Strain-Rate Evolution over the normalized fatigue lives. For the exact stress levels and corresponding test conditions, refer to
the test matrix in Table 4.7.

Another point of interest is the R-ratio dependence. The stabilized average stiffness value is plotted against
the corresponding stress level in Figure 5.7.
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Figure 5.7: Average Stabilized Stiffness Values across stress-levels and R-ratios.

Figure 5.7 shows a 21%, 48% and 74% difference between R-ratios 0.3, 0.5 and 0.7 in relation to R=0.1, respec-
tively. In comparison with Krieg’s fibre-dominated specimens, that showed a difference of only 1.4%, this is
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non-negligible, and challenges the assumption that the stiffness ratio can be omitted from Krieg’s fatigue-life
prediction equation (Equation 3.15).

5.1.4. Strain Progression
The strain progression is evaluated by reflecting on the shift of the cyclic stress-strain hysteresis loop, calcu-

lated using the following equation
€max,i t €min,i

2
Figure 5.8 shows the corresponding mean strain value throughout fatigue life for the different stress levels
and R-ratios.

(5.3)
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Figure 5.8: Mean Strain Progression over the normalized fatigue lives. For the exact stress levels and corresponding test conditions, refer to
the test matrix in Table 4.7.

Similarly to the stiffness degradation, Figure 5.8 shows an initial rapid increase as a result of fibre re-
orientation. Following this stage, lower-stress tests approach a plateau, while higher-stress tests show a con-
tinuous increase in strain till failure. Figure 5.9 shows the fatigue failure strains plotted against the maximum
stresses for the four R-ratios.
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Figure 5.9: Fatigue Failure Strain vs. Stress Level
Figure 5.9 exhibits a largely linear relationship across the investigated R-ratios. Krieg’s [0/90] results show

that the R =0.1 and R = 0.3 datasets do not initially collapse onto a single line, although they remain approx-
imately parallel. He found that normalizing the results by a factor of (1 — R?), representing the ratio of the
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work done on the material during a cycle to the maximum strain energy stored at peak loading, causes the
two trends to collapse onto a common relationship [1].

In contrast, such a normalization appears unnecessary for the present +45° results. This suggests that, for
both R-ratios, the fatigue strain is governed primarily by the maximum stress rather than by the stress am-
plitude. This difference can be attributed to the distinct deformation mechanisms of the two laminate con-
figurations. In the fibre-dominated [0/90] laminate, the 0° fibres are aligned with the loading direction, so
the deformation and damage are strongly influenced by the cyclic elastic energy imposed on the fibres. For
the +45° laminate, however, deformation is dominated by matrix shear and fibre rotation. In this case, the
cyclic stress amplitude influences the fatigue life by controlling how quickly the material ratchets toward its
deformation limit, while the final strain capacity remains primarily governed by the maximum applied stress.

Regarding the relationship with the monotonic failure strains, the extrapolated fatigue-failure trends inter-
sect closely with the quasi-static failure marker, as shown in Figure 5.9. During fast, dynamic monotonic
loading, the matrix is forced to sustain load over a very short timescale, which limits viscous relaxation. As
a result, the matrix exhibits a stiffer response and can sustain a higher stress before extensive in-plane shear
deformation develops. In contrast, fatigue tests extend over many cycles and therefore subject the matrix to
load over a much longer cumulative duration, making their deformation response more comparable to the
quasi-static condition. Considering the two dynamic fatigue results, an increase in strain rate would generally
be expected to increase both the ultimate strength and the corresponding failure strain. The comparatively
low value of erp; therefore suggests premature failure, likely caused by a local defect, fibre misalignment,
or another specimen-specific imperfection, rather than representing the true ultimate strain capacity of the
material.

5.1.5. Hysteresis Dissipated Energy
The dissipated energy is calculated by evaluating the area inside the hysteresis loop, using the following equa-
tion,

n
Witiss = = ) (€i0i41 = 0j€j41). (5.4)

1
2i3
The energy metric as a function of the normalized life across different stress levels and R-ratios is shown in
Figure 5.10.
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Figure 5.10: Dissipated Energy over the normalized fatigue lives. For the exact stress levels and corresponding test conditions, refer to the

test matrix in Table 4.7.

Coinciding with the stiffness degradation and ratcheting strain, Figure 5.10 shows heavy dissipation at the
start, especially for higher stresses. Following that, it approaches a plateau.
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5.1.6. Applied Energy
The applied work is calculated as the area underneath the stress-strain hysteresis loop (Figure 2.1), following
the following equation,

2 2
O max amin (5.5)

T2Ef| 2B

Similar trends to the aforementioned metrics are depicted in Figure 5.11.
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Figure 5.11: Applied Energy over the normalized fatigue lives. For the exact stress levels and corresponding test conditions, refer to the test
matrix in Table 4.7.

Figure 5.11 shows a similar trend, with a relatively stable response at lower stress levels and subtle scattered
behaviour as the stress level increases.

5.1.7. Loss Factor

The ratio between the dissipated energy and applied work is a critical parameter in the present study. Fig-
ure 5.12 and Figure 5.13 show the Wy;s/ W, ratio and the viscoelastic loss factor against normalized life,
respectively.

1 Wyiss (1+R

2
Viscoelastic Loss Factor = sin(¢) = — —) , 0<R=<l1 (5.6)
T W, \1-R
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Figure 5.12: Loss factor Wy; s/ W, over the normalized fatigue lives. For the exact stress levels and corresponding test conditions, refer to
the test matrix in Table 4.7.
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Figure 5.13: Viscoelastic Loss factor sin(¢p) over the normalized fatigue lives. For the exact stress levels and corresponding test conditions,
refer to the test matrix in Table 4.7.

Both loss-factor metrics exhibit the same general evolution of a pronounced initial stage followed by a com-
paratively stable plateau over most of the fatigue life. The R-ratio terms in Equation 5.6 account for R-ratio-
dependent differences in cyclic input energy, thereby enabling comparison of the derived loss factors across
R-ratios. Referring back to Chapter 3, Krieg demonstrated that the stress-ratio dependent effective loss factor
terms collapse such that,

sin (Petr) Ri

sin (egr) R

The same can be said for the +45° laminate as seen in Figure 5.13.

~1. (6.7
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5.1.8. Answers to Research Question-01
This section concludes the above discussion on the exploratory observed behavior of the +45° material,
thereby answering the question,

To what extent do trends in stiffness degradation, cyclic ratcheting strain, loss factor and dissipated energy
derived from cyclic stress—strain data exhibit consistent trends across stress levels and R-ratios, and to what
extent can the loss factor therefore serve as a representative standalone damage metric for +45° laminates?

The trends in stiffness, cyclic strain progression and energy metrics were found to coincide in an overall
consistent and physically meaningful manner. All showcased a pronounced initial transient that was caused
by the fibre re-orientation during the early stages of loading, < 15% of fatigue life. This resulted in the stiffness
increasing rapidly, while the mean strain and energy metrics changed drastically.

Following the initial stage, the responses exhibit a more stable trend approaching a plateau. At higher
stresses, the strain continued to accumulate more strongly toward failure and for stiffness, responses showed
astiffness "enhancement” rather than degradation as it did not reach a distinct decay regime due to early fail-
ure. Therefore, the correspondence between the metrics is rather qualitative than strictly proportional. They
exhibit similar stages of initial jump, followed by a stable plateau, although the degree of correspondence
varies with the stress level and R-ratio.

The overall shapes of dissipated energy and applied work done are broadly similar, but the normalization re-
moves much of the absolute energetic information. Two tests can therefore exhibit similar loss-factor trends
while having very different absolute levels of dissipated energy, applied work, creep accumulation, or strain-
rate evolution. The loss factor provides a useful normalized description of the dissipative behaviour, yet it
does not uniquely capture irreversible strain accumulation, absolute energy dissipation, or changes in load-
ing response. Consequently, for +45° laminates, it is better interpreted alongside complementary metrics
rather than as a standalone damage parameter.

5.2. Fatigue Life Prediction and Validation

In this section, the main slope constituent of the S-N curve is explored in relation to the creep-recovery test
analysis (Subsection 5.2.1) and the stress-sweep test analysis (Subsection 5.2.3), with the aim of answering
Research Questions-02 and -03 in Subsection 5.2.2 and Subsection 5.2.4, respectively.

5.2.1. Creep-Recovery Analysis, and the Augmentation Parameter ¥V

The creep-recovery test results are presented according to the sequence of analysis. Figure 5.14 shows the
recovery strain €, as a function of reduced time A before and after shifting to form the master curve. The 20%
UTS curve is selected as the reference curve and is treated as representing the baseline linear response.
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Figure 5.14: Recovery Strain Curves against reduced time, before (left) and after (right) shifts

Following Schapery’s method of identifying model parameters, an n value of 0.446 is obtained. Schapery’s
paper [26] yields an n value of 0.27 which, in the context of the power law,

AA() = Cy" (5.8)
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implies a higher time-dependence, meaning a more rapid creep accumulation. Using the n value of 0.446, the
individual creep curves are fitted to obtain the remaining relevant stress-dependent parameters. The creep
curve fits can be seen in Figure 5.15.
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Figure 5.15: Fitted creep strain vs. time curves for 20%, 25%, 30% and 35% UTS

The final acquired stress-dependent parameters can be found in Table 5.2.

Table 5.2: Identified Lou-Schapery model parameters at the investigated stress levels.

UTS (%) o (MPa) ag 8o a P ¥ RMSE

20 45.48 1.000 1.000 0.507 1.973 1.000 0.000117
25 56.85 2195 0997 0.683 2.041 0.981 0.000113
30 68.22 3.286 1.039 1.136 2.431 1.623 0.000048
35 79.59 3.910 1.173 2392 2892 3.764 0.000111

Schapery’s parameters were identified over stress levels ranging from 13.79 to 55.16 MPa (2000 to 8000 psi),
with 2000 psi used as the baseline stress level. Similarly to Schapery’s reported augmentation values, which
ranged from approximately 1.0 to 3.3 - 4.0, the present analysis yielded values of ¥ ranging from 1.0 to 3.764.
The only deviation is observed in the shift factor, a, which increases with stress in the present analysis,
whereas Schapery reported a decreasing trend. This difference is associated with the direction of horizon-
tal shifting required to construct the recovery master curve, with the present recovery curves shifted to the
right rather than to the left.

5.2.2. Answers to Research Question-02
For ease of reference, the relevant research question is restated below.

How can a physics-based augmentation parameter, ¥, be formulated to reformulate Lennart’s fatigue-life
prediction equation and compensate for deviations in stiffness degradation and effective loss factor across
different stress ratios?

The augmentation parameters, ¥, have now been obtained from Schapery’s creep-recovery analysis. The
next question is whether these parameters can be incorporated into Krieg’s fatigue-life prediction model to
account for the nonlinear viscoelastic behaviour observed in the +45°laminates. A key limitation, however,
concerns the mechanical conditioning procedure used prior to parameter identification. The maximum con-
ditioning stress was limited to 100 MPa to ensure a repeatable strain response and to characterize the pris-
tine nonlinear viscoelastic behaviour. This stress level is lower than the minimum stress level investigated
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in the constant-amplitude fatigue campaign. Consequently, applying the identified augmentation parame-
ters at the higher fatigue stress levels would require extrapolation beyond the experimentally characterized
creep-recovery range. The question therefore becomes whether such an extrapolation is physically justified.
Figure 5.16 shows the measured augmentation parameters in relation to the required values in order to accu-
rately predict the fatigue lives.
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Figure 5.16: Required Augmentation Parameters, in relation to yielded Parameters from Creep-Recovery tests.

Figure 5.16 shows that blindly extrapolating would not be justifiable in this case. Schapery’s nonlinear vis-
coelastic framework assumes that a material’s non-linearity is strictly driven by stress-enhanced molecular
mobility (such as an increase in free volume allowing polymer chains to slide easily) which is classified un-
der a reversible thermodynamic process. Therefore, extrapolating would imply an "exaggerated" viscoelastic
flow. In reality, this is not the case. At high stress levels, there are two competing mechanisms: viscoplasticity
and continuum damage, that are unaccounted for in this case. Characterizing either or both would therefore
provide a more physically accurate basis for defining this ¥ factor.

Therefore, as a first approximation, the following procedure is proposed. A threshold stress is first identified
from the creep-recovery tests, defined by the stress level at which the creep-recovery test fails. For the identi-
fied parameters to remain representative primarily of nonlinear viscoelastic behaviour, this threshold should
lie below the mechanical-conditioning limit, beyond which damage and viscoplastic effects may become sig-
nificant. The augmentation parameter, ¥, is then capped at the value corresponding to this threshold and
treated as a saturated viscoelastic contribution at higher stress levels (see Figure 5.16). In this formulation, ¥
is intended to capture only the nonlinear viscoelastic contribution, while excluding additional effects associ-
ated with damage and viscoplastic deformation. So below this threshold stress, the measured augmentation
parameters are used and above this threshold, the capped ¥ is applied. Figure 5.17 presents the resulting S-N
curves, using the R = 0.1 dataset as the model input and predicting the response at R = 0.3, 0.5, and 0.7, with
comparison against the corresponding validation fatigue data. Figure 5.17a shows the original Krieg frame-
work excluding the new augmentation parameter, while Figure 5.17b shows the new augmented version.

Stress amplitude [MPa]
Stress amplitude [MPa]

100 10? 10¢ 108 108 100 102 104 106 108
Cycles to failure [-] Cycles to failure [-]

(a) Krieg-based fatigue-life prediction. (b) ¥ Augmented fatigue-life prediction.

Figure 5.17: Comparison of the fatigue-life predictions obtained using the original Krieg formulation and the augmented model.

Merely applying Krieg’s life prediction equation gives a root-mean-square error (RMSE) of 0.656, 0.710 and
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0.845 decades. With Schapery’s contribution, the error reduces to 0.316, 0.134 and 0.269 decades. The
substantial reduction in RMSE therefore supports the hypothesis that nonlinear viscoelasticity contributes

meaningfully to fatigue-life behaviour, and that a saturated W provides a reasonable first-order representa-
tion of this effect.

5.2.3. Stress-Sweep TDE-TW Ratio, and Implementation of Miner’s Rule
The stress-sweep test results are used to plot the TDE/TW ratio as a function of stress level, before implemen-
tation of Miner’s rule. The total dissipated energy TDE and TW are calculated as follows,

1000 1000
TDE=) Wy, and TW=) W,. (5.9)
i=1 i=1
This ratio plotted against the corresponding stress level is shown in Figure 5.18. Performing bilinear regres-
sion yields the damaged stress-levels, stress-levels greater than the transition point between the two linear
regimes. These stress-levels are used along with Miner’s rule as an alternative prediction method for the
slope constituent. These graphs are further utilized in Subsection 5.3.2.

® Experimental Data '3 ® Fitted Data
| — Baseline fit | | % Ignored Points
— Deviaticn Fit — Baseline fit
¢ Fatigue Limit = 69.2 MPa — Deviation Fit
“ Fatigue Limit = 77.0 MPa
0104

Ratio: TOE / Waor
=

o10

0 100 120 &0 80 100 120 140 160
Maximum Stress (MPa) Maximum Stress (MPa)

(@ R=0.1 (b) R=0.3

Figure 5.18: Bilinear fits used to identify the fatigue-limit transition for stress ratios of R =0.1 and R = 0.3.

5.2.4. Answers to Research Question-03
For ease of reference, the relevant research question is restated below.

To what extent can stress-sweep testing, and the implementation of Miner’s rule, be used to determine the S-N
curve for +45° GFRP laminates, and thereby replace the reference R, fatigue dataset required by Krieg's
fatigue-life prediction framework?

Implementing the protocol described in Subsection 3.2.2, the prediction slopes for R-ratios 0.1 and 0.3, with
comparison to the validation fatigue data, are presented in Figure 5.19. Note that the estimated fatigue limits
obtained from Figure 5.18 are indicated on this graph for reference. A more detailed discussion of the bottom
anchor will be provided in the subsequent sections.
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Figure 5.19: Fatigue Life Predictions for R=0.1 and R=0.3 using Miner’s rule on Stress-sweep tests.
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The root-mean-square errors for R-ratios 0.1 and 0.3 are 0.629 and 0.494 decades. Figure 5.19 shows a positive
result for R=0.3, although R=0.1 seems less accurate especially for lower stress-levels. Sartorio [41] suggests a
defective or damaged specimen may have been used in the stress-sweep test for R=0.1.

The question becomes, even with an error of 0.629 decades, can the Miner’s rule applied at R=0.1 be the input
data to predict the fatigue life of R-ratios 0.3, 0.5 and 0.7? Figure 5.20 shows this prediction on the S-N curve.
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Figure 5.20: Fatigue Life Predictions for R=0.3, 0.5 and 0.7 using input R=0.1 from SST Miner’s rule.

This give a root-mean-square error of 0.563, 0.148 and 0.284 for R-ratios 0.3, 0.5 and 0.7 respectively. Alter-

natively, given an input R=0.3 from Miner’s rule, can slopes for R=0.1, 0.5 and 0.7 be predicted? Figure 5.21
shows this alternate S-N curve.
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Figure 5.21: Fatigue Life Predictions for R=0.1, 0.5 and 0.7 using input R=0.3 from SST Miner’s Rule.

This gives root-mean-square errors of 0.710, 0.093 and 0.043 decades for R-ratios 0.1, 0.5 and 0.7. Figure 5.21
shows that the prediction for R=0.1 seems non-conservative and may not be a feasible solution, even though

the predictions for R-ratios 0.5 and 0.7 appear to be highly accurate. This, however, requires additional spec-
imens to validate the curve further.

In conclusion, with the exception of the potentially defective R=0.1 SST specimen, the Miner’s rule input for
R=0.1 and Krieg-Schapery augmentation for higher stress-ratios appears to be a feasible start to a unified
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physics-based fatigue life prediction, potentially eliminating the need for further constant amplitude fatigue
testing.

5.3. Fatigue Limit Determination using DMA and SST

In this section, the bottom anchor constituent of the S-N curve is explored in relation to the DMA test analysis
(Subsection 5.3.1) and stress-sweep testing (Subsection 5.3.2), with the aim of answering Research Questions
-04 and -05, in Subsection 5.3.3.

5.3.1. DMA Test Results, and HCFS Determination

The storage modulus and the loss factors resulting from the temperature sweep are presented in Figure 5.22.
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Figure 5.22: Storage Modulus and Loss Factor vs. Temperature (DMA)

Figure 5.22 can be used to determine the glass-transition temperature Tg. Following the ASTM E1640-23 and
ASTM D7028-07 (2024), this metric is determined from the intersection of the glassy region (65°C — 105°C)
and the steep gradient transition tangent (= 115°C —135°C). This yields a T of 112°C. With central attention
on the temperatures below this limit, the loss factor ranges from 0.020 to 0.026 with only subtle temperature
dependencies between 25°C —80°C. The mean value of 0.022 + 0.002 was adopted as the pristine DMA loss
factor.

In order to proceed with this pristine loss factor value for fatigue limit determination, the effective loss factor
values from the fatigue data should be plotted against the corresponding stress levels. This is shown in Fig-
ure 5.23. Viscoelastic loss factor is the energy weighted average of the individual cycle loss factors over the
fatigue life. The effective loss factor is calculated as follows,

1 TDE
i =—— 5.10
sin(¢etr) —TW (5.10)

1+R)2
1-R

where the TDE/TW ratio refers to the stable plateau seen in Figure 5.13.
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Figure 5.23: Effective Loss Factors vs, Stress level for the different R-ratios, and HCFS determination using pristine DMA loss factor of
0.022.

Figure 5.23 shows the best-fit line through the data points, together with its extrapolation. The intersection
of this extrapolated line with the pristine DMA value of 0.022 yields an estimated HCFS value of 71.50 MPa.

5.3.2. Bilinear Regression on Stress-Sweep TDE-TW Ratio

The same stress-sweep test data can be used as an alternative method to evaluate the fatigue limit. This was
done using bilinear regression on TDE/TW vs. stress level plot (Figure 5.19), where the transition between the
two linear regimes yields the predicted fatigue limit. Fatigue limits of 69.2 MPa and 77.0 MPa for R-ratios 0.1
and 0.3 was obtained.

5.3.3. Answers to Research Question-04/05
For ease of reference, the relevant research questions are restated below.

How does the effective loss factor vary with stress level across different stress ratios, and how do its intersections
with the pristine DMA loss factor correspond to stress-ratio-dependent HCFS values?

To what extent can the transition between two linear regimes in the TDE-to-total-work ratio during
stress-sweep testing be used to identify a reliable lower fatigue-limit estimate for +45° laminates?

Figure 5.23 shows that the effective loss factors collapse onto a single line, allowing a single intersection
with the pristine DMA loss factor. The pristine DMA loss factor gives an estimated fatigue limit of 71.5 MPa.
This is in good agreement with the stress-sweep fatigue limit of 69.2 MPa obtained at R = 0.1, particularly
considering that the DMA test was not performed at an exact stress ratio of R = 0.1. In the DMA test, the
axial force was maintained at 10% greater than the oscillatory force amplitude. For a sinusoidal load, the
equivalent stress ratio can be expressed as

_ Frnean - Famp
Frean + Famp

Therefore, with Finean = 1.1Famp, the DMA loading condition corresponds to an equivalent sinusoidal force
ratio of approximately R = 0.048, rather than R = 0.1. Although a lower stress ratio would generally be ex-
pected to result in a lower fatigue limit, the DMA-based estimate of 71.5 MPa is slightly higher than the 69.2
MPa obtained from the R = 0.1 stress-sweep test. This small difference should therefore not be interpreted as
a direct stress-ratio effect, particularly since the two values were obtained using different estimation meth-
ods and the DMA loading ratio does not correspond directly to a fatigue-test stress ratio. Nevertheless, both
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estimates are of comparable magnitude, while the higher fatigue limit of approximately 77 MPa obtained at
R = 0.3 is consistent with the expected overall increase in fatigue limit with increasing stress ratio. The close
agreement between the DMA- and SST-based estimates therefore supports the use of the pristine DMA loss
factor as an approximate fatigue-limit criterion.

With regard to literature values, Movahedi-Rad et al. [34], Liang et al. [22] and Colombo et al. [20] present
fatigue limits of 43-45 MPa, 45-50 MPa and 30-36 MPa, respectively. These seem relatively low in comparison
to the limits yielded from the current DMA and SST tests. However, normalizing by UTS provides a first-order
comparison. Their fatigue/UTS ratios appear to be 44%-47%, 44%-49% and 21%-26% UTS. In this case, the
results yield a ratio of 34% UTS so it is a more reasonable result. In conclusion, a fatigue-limit determination
through both DMA and SST seem feasible, yielding a value in between 69 - 77 MPa for this +45° prepreg
material.

5.4. Rate-Dependent UTS and S-N curve Applicability

In this section, the upper anchor constituent of the S-N curve is explored in relation to the rate-dependent
monotonic tensile tests performed in Subsection 4.3.1, addressing Research Question-06 in Subsection 5.4.1.

5.4.1. Answers to Research Question-06
For ease of reference, the relevant research question is restated below.

To what extent can dynamic tests performed at fatigue-equivalent loading rates provide a suitable basis for
defining the upper anchor of the S-N curve?

The monotonic tensile test results confirmed the strain-rate sensitivity of the ultimate tensile strength values,
with an increase of 4.4% to 18.8% from quasi-static to fatigue-equivalent dynamic rate. The question becomes
which of these values is responsible for the upper anchor constituent of the S-N curve at Ny = 1. A monotonic
tensile test corresponds approximately to an R=0 loading condition, since the stress increases from o ,;,, =0
to 0 max = UTS. Figure 5.24 plots the equivalent UTS/2 data-points alongside the fatigue life predictions
using Krieg-Schapery augmentation for R=0, 0.3, 0.5 and 0.7 with R=0.1 input data.

120

—— Prediction R=0.1 Est. Fatigue Limit R=0.3
'Y — = Prediction R=0.0 -+ Predicted Est. Fatigue Limit R=0.5
Prediction R=0.3 -+ Predicted Est. Fatigue Limit R=0.7
----- Prediction R=0.5 uTS QS 2mmimin

----- 2regimu‘;\;=ﬂ; it e © UTS FE1 7.8mmfs
- « = Predicted Est. Fatigue Limit R= UTS FE2 7.8mmfs

=+ Est. Fatigue Limit R=0.1

44 4

Ao
100 >~

80

60 -

Stress amplitude [MPa]

40 4

20 A

100 10? 10* 108 108 1010
Cycles to failure [-]

Figure 5.24: Fatigue Life Predictions for R=0, 0.3, 0.5 and 0.7 using input R=0.1 with Krieg-Schapery augmentation, incorporating UTS
values obtained from the monotonic tensile (MT) results

The results therefore support the use of fatigue-equivalent-rate monotonic tensile strength as the Ny =1,R =
0 upper anchor, although the limited number and scatter of dynamic tensile specimens prevent this con-
clusion from being considered fully validated. Figure 5.24 also presents predicted fatigue limits for R-ratios
of 0, 0.5, and 0.7, obtained by linear extrapolation from the estimated fatigue limits at R = 0.1 and R = 0.3.
Whether this linear relationship can reliably predict the fatigue limit across a wider range of stress ratios re-
mains uncertain. Additional DMA tests conducted at equivalent stress ratios, or further stress-sweep testing,
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are therefore required to validate this assumption experimentally. Nevertheless, the current results indicate
the extrapolated fatigue limits for different stress ratios, although direct experimental validation of the values
is still lacking.

5.5. Towards a Unified Fatigue-Life Prediction Approach

The preceding sections investigated the observed behavior of this +45° laminate and how it comes together
to the three principal constituents of the S-N curve independently; the slope, the bottom anchor and the
upper anchor. The present study used the R=0.1 constant-amplitude fatigue dataset as the reference condi-
tion R for predictions towards R=0.3, 0.5 and 0.7, consistent with Krieg’s selection of R = 0.1 as the reference
condition [1], which was adopted to maintain comparability with the original framework.

Ideally, the reference S-N curve would be established at R=0. This provides a physically convenient start-
ing condition given that the upper anchor of R=0 is directly associated with the fatigue-equivalent mono-
tonic tensile strength. The remaining constituents of the reference R=0 S-N curve could then, in principle, be
obtained without a conventional constant-amplitude fatigue campaign. An R=0 stress-sweep test could be
used to estimate the S-N slope through the Miner’s rule procedure, while the transition in the stress-sweep
TDE/TW response could provide an estimate of the corresponding fatigue limit. The latter could additionally
be compared with a pristine DMA loss-factor measurement obtained with the mean axial force equal to the
oscillatory force amplitude, corresponding to an equivalent sinusoidal force ratio of R = 0. Alternatively, if
stress-sweep testing is excluded from the framework, a simpler first-order approach could be to define the
S-N curve by interpolating between the fatigue-equivalent UTS as the upper anchor and the DMA-derived
fatigue limit as the bottom anchor. In this manner, the upper anchor, slope and bottom anchor of the R=0
reference curve could each be obtained predominantly from shorter-duration material characterisation tests
rather than from a complete fatigue dataset.

Once the R=0 reference curve is established, the extended Krieg & Schapery formulation could subsequently
be used to transform this reference response to higher stress-ratios R>0. For matrix-dominated laminates, the
nonlinear viscoelastic augmentation introduced in this thesis would then account for the additional stress-
dependent dissipation when transferring the reference response toward higher R-ratios.

Such an approach should presently be regarded as a proposed pathway rather than a validated predictive
framework. In particular, the R = 0 stress-sweep slope and fatigue limit have not been experimentally es-
tablished in the present study, the extrapolation of fatigue-limit behaviour across stress ratios remains un-
validated, and the use of Miner’s rule provides an empirical rather than uniquely physical representation of
cumulative fatigue damage. Nevertheless, the present results demonstrate that each constituent required
to construct such a framework can, to varying degrees, be related to independently measurable material re-
sponses. This provides a basis for future work in which a single R = 0 reference condition could be character-
ized using relatively short-duration tests and subsequently transformed to predict fatigue behaviour at higher
stress ratios.

5.6. Limitations

The results of this study demonstrate the potential of combining nonlinear viscoelastic characterization,
energy-based fatigue metrics, dynamic mechanical analysis, and stress-sweep testing to construct the three
principal constituents of the S-N curv. However, the results should be interpreted within the boundaries of
the present experimental campaign and practical time constraints. This section summarizes the limitations
that restrict the extent to which the proposed methods can currently be generalized, and highlights the areas
in which further characterization is required for advancement of the model.

1. Limited sample size and experimental scatter.

Although a variety of experiments were conducted: fatigue tests at multiple stress-ratios, creep tests,
stress-sweep tests, etc., some conclusions are based on very few specimens. For example, the fatigue-
equivalent UTS values and their applicability as the upper anchor are supported by two specimens
which show a relatively large range. In addition, for stress-ratios R=0.5 and R=0.7, the prediction accu-
rate is high yet they are validated by one specimen per stress-ratio.

2. The Schapery Augmentation Parameter V¥ is identified at stress-levels below the main fatigue stress
range.
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This is one of the main critical limitations of the aforementioned conclusions.The creep-recovery tests
were conducted at a conservative stress level of 100 MPa to avoid failure, again to preserve the limited
specimens. The improved fatigue life predictions, however, appear promising, but the physical validity
of a capped V still requires direct experimental confirmation.

3. The augmentation parameter ¥ does not include viscoplasticity and damage characterization, per-
tinent to higher stress levels.

Building on the previous limitation, the augmentation parameter ¥ should account for viscoplastic
and damage effects in order to have a more physically accurate model. Further recommendations to
account for this limitation are discussed further in Section 6.3.

4. Miner’s Rule assumes linear-damage phenomena.

Miner’s rule is more commonly applied to variable amplitude loading fatigue life predictions. Mathe-
matically, it expresses linear cumulative damage accumulation, see item 3.31. This means that load-
sequence effects or interaction between damage types at successive stress levels is not addressed. This
is especially relevant for the case of matrix-dominated +45° laminate, where fibre rotation, ratcheting
and nonlinear viscoelastic effects evolve synergistically during loading.

5. The R=0.1 stress-sweep result may be affected by specimen-related imperfections.

Sartorio [41] speculates that the stress-sweep miner’s prediction for R=0.1 may be substantially poorer
than the R=0.3 case, seen in Figure 5.19, suggesting the defective specimen supposition. However, again
referring to the limited sample size and validation data, with only one test it is inaccurate to conclude
with confidence whether the Miner’s rule prediction holds for all stress-ratios.

6. The fatigue limit predictions are accurate estimations at this stage, not directly validated.

The bottom anchor fatigue limit estimations from both DMA and stress-sweep responses yield a value
of around 69 - 77 MPa which seem reassuring, but they have not been validated with long-duration
constant-amplitude tests, especially when the capped maximum total number of cycles was restricted
at 10° cycles accounting for time constraints. Therefore, the bottom anchor predictions should be cur-
rently denoted as estimated fatigue limits, rather than validated endurance values for this +45° prepreg
laminate.

7. Limited DMA tests at different frequencies and load set-ups.

Initially, the plan was to conduct multiple DMA tests using both 3-point-bending and double-
cantilever-beam loading configurations at several frequencies, in order to maintain consistency with
Krieg’'s methodology and to investigate the sensitivity of the results to temperature and frequency. How-
ever, due to machine inoperability, only one set of DMA results was obtained. In hindsight, additional
DMA tests using alternative loading conditions could have provided further insight into the influence
of stress ratio. For example, increasing the axial force from 10% to approximately 22% above the oscilla-
tory force amplitude would have produced a loading condition close to R = 0.1, while larger axial-force
offsets could have been used to investigate higher stress ratios. Such tests would have enabled a more
direct comparison with the fatigue stress-sweep results and provided a more robust assessment of the
DMA-based fatigue-limit estimation method.

8. Maintaining equivalent strain-rate conditions across stress levels is difficult for +45° laminate.

Figure 5.4 shows pronounced early fibre re-orientation and therefore associated stiffness enhance-
ment, meaning that the prescribed strain rate changes almost immediately after loading is imposed.
Following the initial re-orientation stage, stiffness evolution trends approach a stable plateau. This in-
dicates that establishing an initial strain rate may be more challenging than controlling its evolution. A
physically-supported prediction method should be looked into to characterize the initial re-orientation
induced by loading such that its proportionality to the initial stiffness could be used to program the fre-
quency needed to maintain the same target strain rate.

9. Lack of material defect characterisation through C-scan inspection.

No C-scan inspection was performed on the manufactured laminate prior to specimen testing, limit-
ing the ability to relate the observed mechanical response to possible internal manufacturing defects.
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This represents a particular limitation given the considerable scatter observed in the fatigue-equivalent
UTS measurements, since it cannot be determined whether this variability originated primarily from
the loading procedure, specimen-to-specimen material variability, or pre-existing defects within the
laminate. More broadly, the absence of defect characterisation also introduces uncertainty when in-
terpreting the remaining experimental results, as undetected imperfections may have influenced local
stress concentrations, damage initiation and fatigue life. Future studies should therefore incorporate
C-scan inspection and retain the positional traceability of each specimen within the original laminate
so that measured defects can be compared directly with the subsequent mechanical response.

10. The results are specific to +45° E-Glass/Epoxy Prepreg laminates.

The current study concerns one +45° prepreg system using a specific Double Euler geometry and test-
ing only at positive R-ratios. The validity of the proposed methods to identify the constituents of the
S-N curve requires further attention. Validation would be needed for other lay-ups, resin systems, fibre
systems, geometries, strain-rates, temperatures and negative R-ratios.

Referring back to the manufacturing limitations discussed in the methodology, the restricted number
of specimens due to the distinctive surface texture of the laminate should also be considered when in-
terpreting the generalisability of the results. However, the textured surface did not appear to introduce
fibre-related defects severe enough to invalidate the observed fatigue trends. The results can therefore
still be regarded as a useful proof of concept for the specific material system investigated, provided
that the underlying physical interpretation is valid. Nevertheless, broader validation across additional
material systems and laminate configurations is beneficial before the proposed approach can be con-
sidered generally applicable.



6 Conclusion

This chapter concludes the present study by summarising the main findings in Section 6.1 and evaluating
their significance within the broader objective in Section 6.2. Finally, recommendations for future advance-
ments are discussed in Section 6.3.

6.1. Summary

This thesis investigated approaches to expand on Krieg’s modified linear viscoelastic framework for fatigue
life prediction. The study was structured around the three principal constituents of the S-N curve : the slope,
the bottom anchor (fatigue limit) and upper anchor (representative UTS value). The objective was to investi-
gate whether these three constituents could be characterized through nonlinear viscoelastic characterization,
stress-sweep testing, dynamic mechanical analysis and fatigue-equivalent monotonic tensile testing.

An experimental campaign was performed on +45° specimens with a Double-Euler geometry. The con-
stant amplitude fatigue tests covered R-ratios 0.1, 0.3, 0.5 and 0.7, and provided the input and validation
datasets required to assess the proposed prediction approaches. Analysis of cyclic stress-strain hysteresis
loops yielded trends in stiffness evolution, mean-strain progression and energy-dissipation metrics that col-
lectively show a consistent trend through the fatigue life; a pronounced initial transient as a result of fibre
re-orientation followed by a more stabilized plateau.

Krieg’s fatigue-life prediction equation was tested to see whether the augmentation parameter ¥ = %

could be used to extend his equation to be suitable for matrix-dominated composites. Creep-recovery testir(;g
yielded augmentation parameter values from 1.0 to 3.7. Since the experimentally characterized stress range
remained below that of the constant-amplitude fatigue tests, direct extrapolation was considered unjustified.
Instead, the cut-off point identified from the creep-recovery tests was used as a first-order approximation of
the nonlinear viscoelastic contribution. The corresponding maximum augmentation parameter was there-
fore applied at the higher stress levels. This reduces the RMSE values from 0.656, 0.710, and 0.845 decades
to 0.316, 0.134, and 0.269 for predictions at R=0.3, 0.5, and 0.7, respectively. It is beneficial to see a reduc-
tion in the RMSE value as a result of incorporating the nonlinear viscoelastic effects but it does not establish
that it uniquely represents the exact nonlinear viscoelastic contribution. Rather, it indicates that account-
ing for nonlinear viscoelastic effects improves the predictive capability of the model for matrix-dominated
composites.

A second approach investigated whether stress-sweep testing could be used to implement Miner’s rule and
predict the slope of the S-N curve. This method showed encouraging predictive capability, obtaining an error
of 0.629 and 0.494 decades for R = 0.1 and R =0 .3. This shows that it could act as a surrogate for S-N slope
estimations for the input fatigue data R;.

The bottom anchor was investigated independently using two methods: DMA and stress-sweep testing. The
DMA analysis yielded a fatigue limit of 71.5 MPa through the intersection of the effective loss factor trend
and the pristine loss factor of 0.022 + 0.002. The DMA loading condition itself corresponded to an equivalent
sinusoidal force ratio of approximately R = 0.048. Alternately, bilinear regression on the TDE/TW ratio vs.
stress level plot yielded two fatigue limits of 69.2 MPa and 77.0 MPa for R-ratios 0.1 and 0.3, respectively. The
agreement between these independent methods supports the possibility of characterising the bottom anchor
constituent of the S-N curve . However, experimental data were not obtained to directly validate this fatigue
limits so they remain estimates.

Finally, fatigue-equivalent monotonic tensile testing exhibited clear strain-rate sensitivities yielding UTS val-
ues that increase 4.4-18.8% from quasi-static to fatigue-equivalent rates. In the context of defining the upper
anchor of the R = 0 S-N curve, the fatigue-equivalent UTS values may provide a more representative esti-
mate than the quasi-static UTS values, as they are obtained at strain rates closer to those experienced during
fatigue loading. However, considerable variability remains among the measured UTS values.

6.2. Concluding Remarks
The overarching main research question that guided the trajectory of the thesis is re-stated as follows:

To what extent do +45° composite laminates conform to Krieg's modified linear viscoelastic fatigue prediction
framework, and how can previously overlooked matrix-dominated behaviors be used to justify the
framework’s deviation, and be leveraged to extend it?

83
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The findings of the present study show that +45° laminates do conform to the fundamental energy-based
principles of Krieg’s framework, allowing a reasonable fatigue life prediction with a root-mean-square er-
ror of 0.656 decades (for R = 0.3). Nonetheless, characterizing the stress-dependent terms associated with
Schapery’s nonlinear viscoelastic theory could be used to augment Krieg’s framework to account for nonlin-
ear viscoelastic effects, reducing the error to 0.316 decades. It is believed that future research on characteriz-
ing the viscoplastic and damage effects would result in a more accurate framework. In addition, stress-sweep
testing and using Miner’s rule proved to be a plausible starting approach to replace the input fatigue data
that is required for Krieg's framework. Further work is required to assess the applicability of Miner’s rule
in this context. This should include additional validation points and a more rigorous investigation of the
physical basis of the approach, particularly given the largely empirical nature of Miner’s rule and its limited
ability to capture the underlying fatigue-damage mechanisms, especially given the time- and load-sequence-
dependent behaviour associated with stress-sweep testing of matrix-dominated composites.

Furthermore, DMA and stress-sweep testing independently produced comparable estimates of the fatigue-
limit, while fatigue-equivalent monotonic tensile strength showed potential for defining the upper anchor
(N¢ = 1). The results therefore supports a transition from a purely modified linear viscoelastic framework
toward a broader formulation in which the upper anchor, S-N slope and bottom anchor are linked to inde-
pendently measurable material properties.

Allin all, the findings provide a proof-of-concept of extending Krieg’s modified linear viscoelastic framework
to matrix-dominated +45° laminates.

6.3. Recommendations

The thesis has shown the possibility of a unified physics-based framework, demonstrating that Krieg’s frame-
work can be extended to matrix-dominated composites, such as +45°, with proposed augmentation methods.
However, there is a wide range of opportunities to continue expanding this framework and this field of work,
with the aim of making all fatigue testing obsolete. This section presents several fundamental recommenda-
tions that may be valuable for future research. A more elaborate procedure for applying and extending the
framework in future research is presented in Appendix B.

1. Coupled Viscoelastic-Viscoplastic and Damage Characterization Models for the Augmentation Pa-
rameter V.

Future studies can investigate methods to characterize the viscoplastic and damage effects that con-
tribute to predicting fatigue life, outside of the pristine nonlinear response using Schapery. In literature,
researchers have already started to identify Schapery’s nonlinear viscoelastic theory as insufficient for
higher stress levels. Thereafter, several coupled models exist such as Schapery’s Work Potential Theory
[55] which presents a constitutive equation that describes viscoplastic and damage characteristics. Fu-
ture research should explore this constitutive equation and corresponding characterization protocols
for the relevant model parameters.

Zhang et al. [56] researches a modified protocol, directly addressing Schapery’s missing components,
such as permanent creep/damage. They add a viscoplastic strain term, Bo*t™ which represents per-
manent, irreversible creep deformation. They also characterize the damage, by introducing an effective
stress that represents the damaged state, & = 5.

In addition, Zhang et al. [56] excludes the g; stress-dependent term as they argue it creates unrealistic
instantaneous jumps in the viscoelastic strains when the applied stresses change. For sufficient damage
characterization, the specimens were tested in their "fresh" state without mechanically conditioning.
This requires at least one specimen per stress-level, which was beyond the practical limits imposed by
the specimen size used in the current study. An important remark is that the Zhang et al. tested at a
maximum stress level of approximately 90 MPa. Therefore, further research should investigate the use
of Zhang’s protocol, and see whether augmentation parameters can be characterized for higher stress-
levels. If not, investigate whether it is physically-accurate to extrapolate to those higher stress levels.

2. Modeling of Early-Stage Fibre Re-orientation, and therefore strain-rate control.

The thesis revealed that there is a non-negligible contribution from fibre re-orientation that shapes the
early stages of fatigue life. This causes a sharp transient shift in the effective stiffness which renders the
conventional strain-rate controls ineffective. Further research should explore the relationship between
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pristine stiffness moduli from monotonic tensile tests, initial fibre angles, and rotation angle models
that enable predictions of the stiffness trends, and therefore the strain-rate control as well.

Moreno et al. [54] explored fibre re-orientation of +45° laminates and monitored their change in angle.
This updated fibre angle was fed into Classical Laminate Plate Theory (CLPT) to investigate the result-
ing stiffness. Subsequently, they investigated how this fibre re-orientation contributes to the pseudi-
ductile nonlinear response. This may not substitute as a basis for a kinematic re-orientation model,
but could be a promising starting point for further research.

3. Strain-Sweep Tests and Continuum Damage Models as alternative Fatigue Prediction Model.

The current thesis focused on building on Lennart Krieg’s framework on fibre-dominated composite
domain requiring adaptation to account for the matrix complexities inherent to +45° laminates. An
alternative perspective is to approach the problem from the opposite direction: taking a pure-matrix
damage model for fatigue life prediction and subjecting it to the structural complexities introduced by
a fibrous architecture.

In the asphalt binder and neat polymer industries [57], multiple amplitude tests (MAT), simply strain-
sweep tests, are used as a surrogate for fatigue life prediction utilising a Simplified Viscoelastic Con-
tinuum Damage (S-VECD) model. Future research could investigate the use of strain-sweep tests for
fatigue life prediction, while addressing the complexities that come with the presence of fibres. Strain-
sweep tests seem promising for the use of the bottom anchor constituent as well. Low-amplitude blocks
of the strain-sweep tests could act as an in-situ tensile DMA, extracting the pristine effective loss fac-
tors.

4. Broadening Frequency and Temperature Spectra in Dynamic Mechanical Analysis (DMA).

The thesis demonstrated a promising baseline for the fatigue limit predictions with a single DMA
dataset. However, further tests should be conducted to measure temperature and frequency sensi-
tivities, and evaluate whether the predictions remain promising. A greater research direction is uti-
lizing these dynamic mechanical analysis tests to map out comprehensive master curves using Time-
Temperature Superposition (TTS) principles across varied loading configurations. In addition, a tensile
configuration on the DMA could yield a more accurate representation. A tensile-tensile configuration
is intended for thin films, strips and individual fibers and fiber bundles so if the specimen is manufac-
tured sufficiently thin, the tensile DMA response could be analyzed.

5. Extension to other Laminate Configurations, Thermoplastic Matrix and negative R-ratios.

The methodologies adopted in this thesis were limited to tension-tension fatigue (R>0) on a specific
+45° E-glass/epoxy prepreg layup using a Double-Euler geometry. The applicability of this model for
other matrix-dominated composites of different angles can be investigated.

Schapery et al. [26] investigate multiple off-axis fibre re-orientations, 0°,30°,45°,60° and 90° where he
argues that if the polymer matrix properties remain the same between the different fibre orientations,
then it should not matter at what angle the fibres are positioned at. Under the same load, the different
orientations experience different responses which Schapery wanted to normalize the angle-dependent
information with an effective parameter 7, which he coins as the "normalized octahedral shear stress".
Under his assumption that two fibre angles with the same octahedral shear stress 7, should have sim-
ilar nonlinear behaviours. Future research could investigate the applicability of this octahedral shear
stress quantity to characterize and normalize angle-ply laminate configurations.

The applicability of this model to thermoplastic matrix should also be investigated where it showed
even greater time-, temperature- and strain-rate dependencies. In addition, the whole damage mech-
anisms alter as the focus drifts to compression-compression fatigue so future research could explore
whether viscoelastic theories can be applied in the context of compression.

Overall, these research directions are recommended to further expand this field of fatigue life prediction and
hopefully make all fatigue testing obsolete.
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A MTS MPT Programming Sequences

This appendix presents the MTS Multi-Purpose Testware (MPT) frequency programmes used during selected
constant-amplitude fatigue tests. The programmed frequencies were obtained from the predicted evolution
of the dynamic modulus and the corresponding frequency required to maintain the prescribed target strain
rate. For each test condition, the implemented MPT programme is presented alongside its corresponding
predicted modulus and frequency profile.

A.1. Programming Sequences for R = 0.1

A.1.1.50% UTS, R=0.1

Table A.1: MTS MPT programming sequence
for50% UTS at R =0.1.

Block Cycles f(Hz) Cum.
1 100 1.809 100
2 200 1.741 300
3 300 1.725 600
4 500 1.745 1100
5 1000 1.763 2100
6 2000 1.731 4100
7 5000 1.681 9100
8 5000 1.650 14100
9 50000 1.627 64100
10 10000 1.630 74100
11 50000 1.628 124100
12 51464 1.580 175564

A.1.2.60% UTS, R=0.1

Table A.2: MTS MPT programming sequence
for60% UTS at R =0.1.

Block Cycles f (Hz) Cum.
1 100 1.216 100
2 200 1.222 300
3 300 1.196 600
4 500 1.181 1100
5 500 1.169 1600
6 620 1.142 2220

A.1.3.62% UTS, R=0.1

Table A.3: MTS MPT programming sequence
for62% UTSat R =0.1.

Block Cycles f (Hz) Cum.
1 100 1.157 100
2 200 1.152 300
3 300 1.142 600
4 500  1.127 1100
5 213 1.091 1313

Absolute Dynamic Modulus

716 —— 50% UTS Ro.1 (Const. Frequency) 19

oy, f (H2)
2

Edyn (GPa)

Required Frequency

00 02 04 06 08 10 00
Life Fraction (N/Ng)

Target Frequency for é = 0.05

50% UTS RO.1 (Gonst. Frequency) (Continuous)
— — 50% UTS R0.1 (Const. Frequency) (TS Program)

02 04 06 08 10
Lite Fraction (N/Nj)

Figure A.1: Dynamic modulus evolution and corresponding continuous and
MPT-programmed target frequency for 50% UTS at R =0.1.

Absolute Dynamic Modulus

—— 65% UTS Ro.1 (Const. Frequency)

Euyn (GPa)

00 02 04 05 08 10 00
Lite Fraction (N/Nj)

Figure A.2:

Target Frequency for = 0.05

65% UTS R0 1 (Const.
—~ 65% UTSRO.1 (Const

wency) (Continuous)
ency) (MTS Program)

02 04 06 08 10
Lite Fraction (N/N)

Predicted dynamic modulus evolution and corresponding continuous and

MPT-programmed target frequency for 60% UTS at R =0.1.

Predicted Absolute Dynamic Modulus

—— PREDICTED: 620% UTS R0.1

00 02 04 06 08 10 00
Life Fraction (N/Ny)

Predicted Target Frequency for & = 0.05

PREDICTED: 62.0% UTS R0.1 (Confinuous)
— — PREDICTED: 62.0% UTS R0.1 (MTS Program)

02 04 06 08 10
Lite Fraction (N/Nj)

Figure A.3: Predicted dynamic modulus evolution and corresponding continuous and
MPT-programmed target frequency for 62% UTS at R =0.1.
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A.2. Programming Sequences for R = 0.3

A.1.4.65% UTS, R=0.1

Table A.4: MTS MPT programming sequence

Absolute Dynamic Modulus Target Frequency for £ = 0.05
108
65% UTS RO.1 (Const. Frequency) (Continuous)

—— 65% UTS R0.1 (Const Frequency)
== 65% UTS RO.1 (Const. Frequency) (TS Program)

for65% UTSat R=0.1. o
56 108 ________,l _____________
Block Cycles f(Hz) Cum. s E
1 100 1.057 100 i, I
200 1.043 300 g "
3 97 1.009 397 .

04 08 04 08
Lite Fraction (N/Nj) Lite Fraction (N/N)

Figure A.4: Dynamic modulus evolution and corresponding continuous and
MPT-programmed target frequency for 65% UTS at R =0.1.

A.2. Programming Sequences for R = 0.3
A.2.1.60% UTS, R=0.3

Table A.5: MTS MPT programming sequence

Predicted Absolute Dynamic Modulus Predicted Target Frequency for £ = 0.05

for60% UTS at R =0.3. " 20 et ,
E [—
Block Cycles f (Hz) Cum. ” :-:
1 100 1.848 100 £ f
2 200 1.848 300 g i
3 300 1.878 600 b |
4 500 1.940 1100 Y =
5 500 1.992 1600 I — - PREDICTED. 8004 VTSROSO
6 1000  2.032 2600 00 02 0s 06 o8 10 00 02 04 o 08 10
- 5000 2083 7600 Lo Fraction (U3 L Frcton 0y
8 5000 2.100 12600
9 5000 2.104 17600 Figure A.5: Predicted dynamic modulus evolution and corresponding continuous and
10 5000 2.096 22600 MPT-programmed target frequency for 60% UTS at R = 0.3.
11 4135  2.071 26735
A.2.2.65% UTS, R=0.3

Table A.6: MTS MPT programming sequence

Absolute Dynamic Modulus Target Frequency for £ = 0.05

for65% UTS at R =0.3. 50 L
Block Cycles f(Hz) Cum. 7 i
]
1 100 1590 100 g
2 200 1.677 300 & oo
3 300 1.727 600 5 &
4 500 1.783 1100
5 1000  1.843 2100 TS - Swutsmosgrsn
6 2000 1.891 4100 00 02 04 06 08 10 00 02 04 06 08 10
7 5000 1'9 19 9 100 Life Fraction (N/Ny) Life Fraction (N/Np)
8 5000 1.929 14100 ] ) ] ]
9 5000  1.929 19100 Figure A.6: Dynamic modulus evolution and corresponding continuous and
10 5000 1.919 24100 MPT-programmed target frequency for 65% UTS at R = 0.3.
11 2635 1.893 26735
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A.2.3.70% UTS, R=0.3

Table A.7: MTS MPT programming sequence

for 70% UTS at R =0.3.

Block Cycles f (Hz) Cum.
1 100 1.364 100
2 200 1.512 300
3 300 1.624 600
4 500 1.677 1100
5 1000 1.705 2100
6 2000 1.717 4100
7 342 1.695 4442

Predicted Absolute Dynamic Modulus Predicted Target Frequency for é = 0.05

PREDICTED: 70.0% UTS R0.3 (Contint
—— PREDICTED: 70.0% UTS R0.3 — = PREDICTED: 70.0% UTS R0.3 (MTS Pr

00 02 04 08 08 10 00 02 04 06 08 10
Life Fraction (N/N) Life Fraction (N/N)

Figure A.7: Predicted dynamic modulus evolution and corresponding continuous and
MPT-programmed target frequency for 70% UTS at R = 0.3.



B Recommended Procedure for Applying and
Extending the Proposed Framework

Further research on the proposed fatigue-life prediction framework should initially focus on validation rather
than immediate reformulation. The framework developed in this thesis has been assessed using a limited
experimental dataset and therefore its applicability to other material systems, laminate configurations and
loading conditions remains to be established. Nevertheless, it is hypothesised that the overall structure of the
framework may remain applicable to a broad range of composite configurations, potentially even without
the nonlinear augmentation introduced in this work where the material response is sufficiently close to the
assumptions underlying Krieg’s original formulation.

For a new material configuration, the first objective should therefore be to determine whether the existing
framework can reproduce the observed behaviour with only re-identified material parameters. Where this is
unsuccessful, the discrepancy should be used to identify which component of the framework requires modi-
fication. This may range from redefining the augmentation parameter for a particular material system, fibre
orientation or stress state, to revisiting more fundamental assumptions within Krieg’s framework. Identify-
ing the material and loading configurations that lead to substantial violations of the framework’s underlying
assumptions is itself an important research gap.

The stress-sweep testing methodology should be treated similarly. In particular, the application of Miner’s
rule provides a practical means of deriving an approximate S-N slope from an accelerated test, but its physical
validity within this context requires further investigation. It is therefore recommended that the SST-based
procedure is initially regarded as a practical engineering approximation, analogous to the conventional use
of Miner’s rule, rather than as a fundamental description of fatigue damage accumulation. Future studies
should consequently place particular emphasis on validating the resulting S-N slope across different stress
ratios and material systems.

The following procedure is proposed as guidance for researchers wishing to apply and/or extend the fatigue-
life prediction framework developed in this thesis.

Define New Case

The first step is to define the material configuration and loading conditions of interest. Relevant variables
may include the matrix type, reinforcement material, fibre orientation, laminate architecture, stress ratio,
temperature, environmental condition and intended loading regime. For example, a new study may con-
sider a thermoplastic matrix, carbon-fibre reinforcement, a different fibre orientation or negative stress ra-
tios. An initial judgement should then be made as to whether the resulting response is expected to remain
predominantly matrix-dominated or fibre-dominated. This provides an indication of whether the nonlinear
viscoelastic extension introduced in this thesis is likely to remain relevant.

As a general starting point, it is recommended that the same framework developed in this thesis is first
applied with the appropriate material parameters re-identified. This allows departures from the current
assumptions to be identified systematically rather than introducing additional model complexity a priori.
Where a particular limitation can already be anticipated from the physics of the new case, however, a corre-
sponding modification may be introduced before testing.

One notable example concerns negative stress ratios. The present work-done correction was developed for
the investigated positive R-ratio conditions. For R < 0, the definition of the applied-to-reference work ratio,
%, should first be revisited so that the contribution of the compressive portion of the hysteresis loop is
appropriately represented. Once this definition has been established, the remainder of the framework can
be applied unchanged as an initial working hypothesis, after which any discrepancies with the experimental

response can be used to identify which aspects of the framework require further modification.

Step 1: Specimen Design and Finite Element Verification

The specimen geometry should first be selected based on the manufacturing and testing capabilities. Re-
gardless of whether the specimen geometry developed in this thesis is retained, an FE analysis should be
performed using the mechanical properties and fibre architecture of the new material configuration. The
principal objective is to confirm that failure is expected to occur within the gauge section and that the cor-
responding stress distribution is sufficiently uniform and representative of the intended loading condition.
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Changes in fibre stiffness, laminate orientation or matrix properties may substantially alter the stress redis-
tribution compared with the present E-glass/epoxy configuration.

Step 2: Selection of the Target Strain Rate

A target strain rate should then be selected and, where possible, maintained consistently across the rele-
vant experimental campaigns. The strain rate should be selected by considering the trade-off between three
principal constraints; creep effects, self-heating and machine operability. Particular attention should also be
given to how the loading parameter is controlled. For a material with a substantially different initial stiffness,
the imposed displacement rate required to achieve a desired initial strain rate will change. Conversely, if
maintaining a constant strain rate during stiffness degradation is considered more important than matching
the initial strain rate, an alternative control strategy may be required. The researcher should therefore explic-

itly determine whether the priority is to control the initial strain rate, its evolution throughout fatigue life, or
both.

Step 3: Specimen Manufacturing and C-scanning.

Following specimen design, the material should be manufactured and inspected using an appropriate non-
destructive technique such as C-scan. The location and extent of manufacturing imperfections should be
documented for each specimen where possible.

This is particularly important for the monotonic tests performed at fatigue-equivalent loading rates, for
which considerable scatter in UTS was observed in the present study. Comparing the resulting strength with
the corresponding C-scan may provide useful information regarding whether this variability originates from
manufacturing defects rather than from the loading procedure itself. Where the C-scan is performed on the
complete laminate prior to specimen extraction, the position of each final specimen should therefore be
traceable to its original location.

A suggested minimum experimental programme is summarised below.

Table B.1: Suggested minimum number of specimens for the proposed experimental programme.

Test Suggested minimum

Monotonic tensile — quasi-static At least 2 specimens

Monotonic tensile — fatigue-equivalent rate Atleast 3 specimens

Conventional creep/recovery [26] At least 2 specimens

Modified creep/recovery [56] Atleast 1 fresh specimen per stress level

DMA frequency dependence At least 1 frequency-sweep specimen

DMA equivalent R-ratio investigation Approximately 1 specimen per equivalent R-
ratio

SST Atleast 1 specimen per R-ratio

Fatigue — input Ry Approximately 7 or more stress levels/data
points

Fatigue — validation R, At least 2 stress levels per R-ratio

For conventional creep/recovery characterisation based on Schapery’s original conditioning procedure, at
least two specimens are recommended so that repeatability can be assessed and the experimental campaign
is not dependent on a single successful specimen. If the modified Schapery procedure is adopted [56], where
fresh specimens are used at individual stress levels without the preceding mechanical conditioning sequence,
atleast one specimen should be tested for each stress level of interest. This approach may be particularly rele-
vant where viscoplastic deformation or irreversible damage is to be incorporated explicitly into the nonlinear
augmentation.

DMA specimens are comparatively small relative to the fatigue specimens. It is recommended that a pre-
liminary frequency sweep is first performed to identify an appropriate test frequency, and also judge its fre-
quency sensitivity. Once selected, additional specimens may be tested at representative equivalent R-ratios
while maintaining this constant frequency. This would allow the dependence of the pristine loss factor on the
loading condition to be investigated more systematically.
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For fatigue testing, the required number of specimens depends strongly on the research objective. If the
principal objective is to validate the transfer of the augmentation parameter between stress ratios, a relatively
well-populated S-N curve should first be established at the reference stress ratio Ry, with approximately seven
or more stress levels/data points. Predictions at additional R, values may then initially be assessed using at
least two stress levels, preferably representing relatively high- and low-life regions. If the principal objective is
instead to validate the SST-derived slope, a larger number of fatigue data points at each R-ratio is preferable,
since two validation points may be insufficient to independently establish the experimental S-N slope.

Step 4: Recommended Experimental Sequence

The experiments should preferably be performed in an order that allows the results of earlier tests to inform
the design of later experimental campaigns.The monotonic tensile tests should therefore be performed first.
These provide the UTS and allow the initially assumed operating stress range used during strain-rate selection
to be checked. If the measured UTS differs substantially from the preliminary estimate, the target loading
rate and feasible stress range should be reassessed before continuing. The UTS can then be used to define
the stress levels for the stress-sweep, creep/recovery and constant-amplitude fatigue programmes.

It is recommended that the SST is subsequently performed at an early stage. Application of the bilinear
regression procedure provides an initial estimate of the fatigue-limit region. Together with the UTS, this pro-
duces a preliminary description of the S-N curve and provides an approximate range of expected fatigue lives.
This information can then be used to plan the subsequent constant-amplitude fatigue validation campaign
more efficiently.

A practical sequence is therefore MT — SST — DMA/CT — FT. The precise ordering of the final three ac-
tivities need not be rigid. DMA and creep/recovery testing may, for example, be carried out in parallel with
the fatigue programme. Furthermore, the relevance of individual characterisation methods should depend
on the physical response of the material. For a strongly fibre-dominated configuration exhibiting negligible
time-dependent deformation, an extensive creep/recovery campaign may provide limited additional infor-
mation.

Step 5: Framework Assembly and Validation

Following completion of the experimental programme, the relevant S-N constituents should be determined
using the same procedure proposed in this thesis. This includes the upper and lower anchors, S-N slope,
stress-ratio correction and, where applicable, the nonlinear augmentation parameters.

Predicted fatigue lives should then be compared against an independent subset of the constant-amplitude
fatigue data. The agreement should be assessed both visually and quantitatively. An error measure such as
the RMSE may be used alongside the observed experimental scatter.

Recommended Routes for Framework Revision
Where validation of the original framework is unsuccessful, the required modification should be guided by
the physical origin of the discrepancy rather than by the material category alone.

* Thermoplastic or strongly viscoplastic matrices

If substantial permanent strain remains following recovery, the assumption that the nonlinear response
can be represented entirely through recoverable viscoelasticity should be reconsidered. Two possible
routes may then be followed. The first is to retain the overall structure of Krieg’s framework and modify
only the nonlinear augmentation. A modified Schapery formulation [56] may be used to incorporate
viscoplasticity and damage into the stress-dependent augmentation parameter. Since this approach
relies on characterising irreversible deformation at different stress levels, fresh specimens would be
required for each stress level of interest. This route would preserve most of the existing fatigue-life
framework while extending the constitutive description to account for non-recoverable deformation.

A more fundamental alternative is to revisit the closed-loop assumption used in the derivation of the
dissipated energy. In the present framework, creep-induced loop translation is neglected such that
the hysteresis loop is treated as closed. For a viscoplastic material, however, progressive ratcheting
may introduce an additional dissipative contribution. Conceptually, the total dissipated energy could
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therefore be written as
TDE;o; =YTDE,, + TDE,,,[J (B.1)

where TDE,, represents the additional work associated with permanent viscoplastic deformation. A
first approximation could relate this term to the mean stress and the permanent loop shift, evp.

If the assumption that total dissipated energy is independent of stress ratio is retained, this additional
term would enter explicitly into the life-prediction equation. Unlike the purely multiplicative augmen-
tation used in the present formulation, the viscoplastic contribution would not necessarily cancel when
taking ratios between two stress ratios. Consequently, absolute viscoplastic deformation quantities
would be required for each loading condition, making the resulting formulation increasingly depen-
dent on empirical characterisation.

This would represent a shift away from the predominantly physics-based nature of the present frame-
work toward a more phenomenological formulation. If maintaining a physics-based description is con-
sidered important, a more fundamental treatment of viscoplasticity, potentially through a microme-
chanical or constitutive modelling approach, would therefore be preferable. It should also be noted
that the preceding argument relies on the assumption that the total dissipated energy remains approx-
imately invariant across different stress ratios. If this assumption does not hold, an alternative route
may be to represent the viscoplastic contribution in a multiplicative form, analogous to the augmen-
tation parameter introduced in the present framework, such that stress-ratio effects remain embedded
within a transferable scaling relation. If neither an additive nor multiplicative augmentation is suffi-
cient, the formulation may need to be reconsidered at a more fundamental constitutive level. In that
case, interrupted fatigue testing could be used to identify the evolution of material stiffness and vis-
cous response with damage, for example through evolving Maxwell- or Kelvin-Voigt-type parameters.
This would allow the moduli and viscosities to be re-identified at different stages of fatigue life, rather
than treating the viscoelastic response as fixed throughout the test. However, the practical feasibility of
such an approach, as well as the additional scientific value it would provide relative to its experimental
complexity, remains uncertain.

Carbon-fibre composites

Changing from glass to carbon fibre does not necessarily require a fundamental modification of the
framework. If the investigated laminate remains matrix-dominated, the underlying viscoelastic re-
sponse is still governed predominantly by the polymer matrix, and the same general formulation may
remain applicable. Therefore, the primary concern is instead experimental. The greater stiffness of
carbon fibres may reduce the magnitude of the cyclic strain response and produce considerably nar-
rower hysteresis loops. This can make the determination of dissipated-energy quantities increasingly
challenging. It is therefore recommended that the existing framework first be applied without modifi-
cation. Particular attention should then be given to whether the hysteresis quantities can be measured
with sufficient accuracy. If the loops become too narrow for reliable energy determination, alternative
measurement techniques, signal-processing procedures or different damage metrics may need to be
considered before modifying the underlying material model.

Different fibre orientations

For a different fibre orientation, the first step should be to determine whether the laminate response
remains matrix-dominated or becomes increasingly fibre-dominated. This judgement determines
whether the nonlinear augmentation parameter remains physically relevant. Where the governing
damage mechanism is unclear, preliminary monotonic testing combined with post-failure microscopy
may provide a practical indication of whether failure is governed predominantly by matrix cracking,
fibre/matrix interaction or fibre failure. This can then guide whether nonlinear viscoelastic characteri-
sation is necessary.

For matrix-dominated angle-ply laminates, a useful extension would be to investigate whether the
augmentation parameter can be expressed using an orientation-independent effective stress measure.
Schapery’s octahedral stress [26] concept provides one possible route, since it attempts to relate the
nonlinear matrix response to an equivalent stress state rather than directly to the externally applied
laminate stress. This raises the possibility that an augmentation parameter identified for one matrix-
dominated orientation, for example +45°, could be transformed and applied to another orientation,
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such as +30°, without requiring a complete creep/recovery characterisation for every laminate an-
gle. The underlying hypothesis would be that, if the nonlinear response originates primarily from the
matrix, the augmentation law should depend more strongly on the effective matrix stress than on the
nominal fibre orientation itself. Such transferability should nevertheless be treated as a hypothesis and
validated using a limited number of creep/recovery or fatigue tests at the new orientation.

¢ Different stress ratios, particularly R<0

Extension to negative stress ratios requires greater caution because the loading condition may intro-
duce damage mechanisms that are absent under tension—tension fatigue. Under tension—compression
or compression—compression loading, phenomena such as fibre kinking, local buckling, crack closure
and contact between previously formed damage surfaces may contribute to the measured hysteresis
response. In such cases, the enclosed loop area no longer necessarily represents only intrinsic mate-
rial damping or viscoelastic dissipation, but may also contain a significant contribution from evolving
damage.

The first step should therefore be to examine the physical damage mechanisms associated with the se-
lected negative stress ratio. Microscopy, surface observations or complementary damage-monitoring
techniques may be useful in determining whether the measured hysteresis response is dominated by
recoverable matrix behaviour or by damage-related mechanisms. If permanent deformation and dam-
age become significant, a modified Schapery-type formulation incorporating viscoplasticity and dam-
age [56] may again be relevant. The validity of the assumption that creep and fatigue contributions can
be treated independently should also be reassessed.

The broader recommendation is that negative-R cases should not initially be treated as a simple ex-
tension of the existing stress-ratio correction. Instead, the physical origin of the measured dissipation
should first be established, after which the appropriate component of the framework can be modified.

Overall, the recommended procedure for applying, validating and, where necessary, revising the proposed
framework for new material systems and loading conditions is summarised schematically in Figure B.1.
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PP dominated. the R-ratios of interest.
¢ Try the exact same framework ¢ Then follow the same overall
developed in this thesis. framework.
Step 1) Specimen Design and FEM check: Confirm gauge-section failure |
and acceptable stress distributions.
Step 2) Choose target strain rate: Trade-off creep-effects, self-heating and
machine operability to choose a target strain rate and feasible R-ratios
within your expected stress range. Make a judgement on the loading
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Step 4) Perform the tests: In this order, firstly MT = SST - DMA/CT = FT.
Step 5) Determine the S-N constituents: Apply framework to target R-ratios
and stress-levels. Validate against the experimental fatigue results.
NO :
Does the framework hold? > Revise the
Framework
!_ _______________________________ 1
: - E B - |
Sils : Thermoplastic matrix Different fibre-orientation | |
|
: More viscoelastic e Reassess matrix- vs. I
I therefore, two fibre-dominated |
v I approaches: behaviour. Test whether :
: ¢ Redefine ¥ to include ¥ remains necessary. !
Validated I VP + Damage. * Express ¥ using an i
Framework for this : » Revisit the closed loop :tftf'its:tsl::e?stj?eeqltzlst :
idation: i assumption. Define j
Validation: mfaiatenal./ : W P transferability between :
coniiguration | W different matrix- i
: dominated ones. |
1
I
I Carbon Fibre R<0 :
I
: I
: These are .much stlffe.r ¢ Revisit fundamental |
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Figure B.1: Proposed workflow for applying, validating and adapting the fatigue-life prediction framework to new material systems, fibre

orientations, stress ratios and loading conditions.
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