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Abstract 
 

 

 

With heavy duty propulsion systems under development for upcoming Mars missions, such as the 

Space Launch System and the Interplanetary Spaceship, the stability of high-performance liquid-

propellant rocket engines is of renewed interest. High-power-density rocket turbopumps forward 

pressurized fuel to the combustor at high rates. Turbopumps operate at extreme design conditions, 

where propellants may cavitate, and cause instabilities. Of particular interest is Rotating Cavitation, 

which is characterized by a non-axisymmetric cavity distribution that rotates super-synchronously 

with the pump impeller. Rotating Cavitation can cause severe structural vibration and fatigue fracture, 

which have, and may again lead to loss of the mission.  

 

Rotating Cavitation is traditionally suppressed through casing treatment. To comply with the high 

market pressure dictated by the private space sector, it needs to be suppressed through impeller 

design, before expensive production and testing initiates. Despite significant research, no general 

impeller design guidelines exist to avoid the onset of Rotating Cavitation. State-of-art predictive 

methods are either prohibitively time-consuming, or yield limited prognostic capacity. Predicting 

Rotating Cavitation requires time-accurate 3D numerical assessment, and an explicit understanding 

of the physics that drive its mechanism. It has recently been hypothesized, that Rotating Cavitation 

is caused by strong coupling of cavity dynamics between blade passages, which is governed by 

blockage. This hypothesis facilitates the blockage-based assessment of Rotating Cavitation, which is 

presented in this thesis. 

 

The goal of this project is to devise a new numerical capability to predict Rotating Cavitation during 

the design phase of turbopumps. This is achieved by reducing the computational cost of calculations. 

Mesh dimensions and the complexity of governing equations can be reduced by accounting for 

viscous- and cavity-blockage with models derived from first principles. Reduced-order blockage 

models are incorporated into inviscid, one-phase numerical simulations. The method is validated 

through comparison with high-fidelity simulations and experimental data from literature. The total-

to-total pressure characteristics of a 2D cascade is captured within 0.26% error, and the flow 

displacement due to cavity formation on a hydrofoil within 5% error. Rotating Cavitation is captured 

in a 2D cascade, at an order of magnitude less computational cost than what high fidelity methods 

require. The thesis proves the hypothesis, that Rotating Cavitation is a purely blockage-driven 

phenomenon.  

 

Keywords: turbopump, flow instability, rotating cavitation, blockage model, body force method 
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A 

B 
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D diameter [m] 
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f 

f 
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external force field [kg m-2 s-2] 
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k 
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l tip vortex cavity length [degree], distance measured along stream path [m] 
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m number of unstable cavitation cells [-] 

ṁ 

n 

interphase mass transfer rate per unit volume [-] 

normal vector [-] 

N specific speed [-] 

p pressure [kg m-1 s-2] 

Q volumetric mass flow [m3 s-1] 

R radius [m] 

Re 

s 

Reynolds number [-] 

arbitrary source term (scalar or vector) 

S 

SC 

SE 

SM 

suction specific speed [-] 

continuity source [kg m-3 s-1] 

energy source [kg m-1 s-3] 

momentum source [kg m-2 s-2] 

St Strouhal number [-] 

T 

u 

Time [s] 

velocity vector [m s-1] 

U velocity in the X direction [m s-1], system characteristic velocity [m s-1] 

V 

W 

velocity in the Y or θ direction [m s-1], control volume [m2] 

velocity in the Z direction [m s-1], 

Zn blade count [-] 



       

16 
 

Greek Symbols 

 

α  

β 

absolute frame flow angle [degree] 

relative frame flow angle [degree] 

γ  

ε 

λ 

surface tension [kg s-2] 

turbulent dissipation factor [m2 s-2] 

second coefficient of dynamic viscosity [kg m-1 s-1] 

μ 

∇ 

dynamic viscosity [kg m-1 s-1] 

Nabla (del) operator 

ν kinematic viscosity [m2 s-1] 

ρ density [kg*m-3] 

σ  

σ 

τ 

Φ 

cavitation number [-] 

fluid stress tensor [kg m-1 s-2] 

viscous stress tensor [kg m-1 s-2] 

flow coefficient [-] 

ϕ arbitrary intensive flow property 

φ volume fraction [% 100-1] 

ψ 

ω 

head [m], or pressure-rise coefficient with ‘p’ subscript [-] 

internal thermal energy [m^2 s-2] 

Ω rotational velocity [rad-1] 

 

 

Subscripts 

 

1 parameter denoting upstream condition 

2 parameter denoting downstream condition 

A subscript for ‘available’ NPSH (Net Positive Suction Head): NPSHA 

bn 

cond 

direction binormal to wall surface, defined by: t x n  

parameter describing condensation process (vaporliquid) 

cr critical parameter value 

e 

i 

parameter taken at boundary layer edge 

parameter denoting inlet condition 

l 

n 

parameter describing quality of liquid flow phase 

direction normal to streamlines, or wall surface 

nuc 

o 

parameter describing quality of nucleation site 

parameter denoting outlet condition 

P 

p 

pressure (used to differentiate pressure-rise coefficient from head rise) 

direction parallel to streamlines 

R subscript for ‘required’ NPSH (Net Positive Suction Head): NPSHR 

s steady-state parameter, or static pressure coefficient 

t 

tip 

direction tangential to wall surface, parallel to projection of free-stream 

parameter describing quality valid at the impeller tip 
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v parameter describing quality of vapor flow phase 

vap parameter describing vaporization process (liquidvapor) 

x parameter in the axial direction 

∞ parameter denoting far field condition, infinitely far from observation 

 

 

Acronyms 

 

ABC Alternate Blade Cavitation 

CFD Computational Fluid Dynamics 

CS Cavitation Surge 

DNS Direct Numerical Simulation 

IGV Inlet Guide Vane 

LES 

LHS 

Large Eddy Simulation 

Left Hand Side 

LOX Liquid Oxygen 

LPFP Low-Pressure Fuel Pump 

LPLOP Low-Pressure Liquid Oxigen Pump 

MIT Massachusetts Institute of Technology 

NPSH 

N-S 

Net Positive Suction Head 

Navier-Stokes 

PVR 

RANS 

Propagation Velocity Ratio 

Reynolds Averaged Navier-Stokes  

RC 

RHS 

R-P 

SSME 

Rotating Cavitation 

Right Hand Side 

Rayleigh-Plesset 

Space Shuttle Main Engine 

URANS Unsteady Reynolds-Averaged Navier-Stokes 
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1 
 

1 Introduction 

 
 

1.1. Background 

 

Recent advancements of the private space sector (such as the Falcon 9 landings) drive innovation 

in liquid-propellant rocket engine design, and push the envelope of rocket performance and stability. 

Consequently, market pressure to deliver reliable launch vehicles at reduced engine development 

cost grows rapidly, which leads to increased industrial interest in reduced order design tools.  

 

Modern liquid propellant space launch systems require high-performance turbopumps to provide 

pressurized propellants to the combustor at high flow-rates. System requirements of low mass and 

volume translate into high power-density pumps.  High rotational speeds of the impeller yield 

operating conditions where pressure drops below vapor pressure and the fuel vaporizes. In order to 

mitigate cavitation in highly loaded pumps, liquid propellant systems typically feature an inducer 

positioned ahead of the turbopump, whose function is to sufficiently increase the pump inlet 

pressure to avoid cavitation. Inducers are in turn exposed to considerable cavitation even at design 

condition. Cavitating inducers are susceptible to dynamic flow instability because the mass (and 

therefore energy) storing capacity of compressible vapor bubbles amplify disturbances when mass 

and pressure fluctuations are in phase. Flow instability in turbopumps might cause structural 

vibrations, failure of launch vehicle elements, and potentially the loss of the mission.  
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Unforeseen violent structural vibrations of NASA launch systems in the 60ies (Titan II, Saturn V, 

Apollo 13, Thor/Agena, Delta, Gemini and the Titan-5) necessitated research on cavitation-induced 

instabilities [1]. In fact, 59% of all failed rocket launches are due to propulsion system failure, mostly 

caused by instabilities in the turbopump or combustor.  One of such instabilities is Rotating Cavitation 

(RC), characterized by an uneven distribution of blade cavities at the inducer inlet that travels faster 

than the pump impeller. Alternating loads exerted by non-axisymmetric blade loading are transferred 

to the pump casing, which causes high order vibration and eventually the fatigue fracture of launch 

vehicle elements. RC was observed in the liquid oxygen (LOX) and liquid hydrogen inducers of the 

Japanese LE-7 rocket engine [2], the LOX turbopump of the NASA FASTRAC (or MC-1) rocket engine 

[3], the Low-Pressure Oxidizer Pump (LPOP) of the Space Shuttle Main Engine (SSME) [4], and 

during the development of the Ariane 5 Vulcain engine [5]. In each case, cavitation instabilities were 

discovered late in the design process. In the case of the LE-7 engine, unanticipated RC led to the 

loss of the H-II flight 8 mission and its payload [6]. 

 

 

1.2. Limitations of Current Practice 

 
Casing treatment methods and simple modifications of the inducer blades have long been employed 

to enhance liquid rocket system stability in hindsight, typically at the significant expense of 

performance. To find an optimal trade-off between performance and stability, inclusion of RC 

assessment in the inducer design process is key. RC is an unsteady, non-axisymmetric, three-

dimensional and inherently non-linear cavitation instability, which requires numerical assessment. 

Unfortunately, high-fidelity simulations with acceptable RC prognostic capacity are prohibitively 

expensive. On the other hand, computationally affordable reduced order methods yield limited 

capacity to assess RC, due to the insufficient modeling of key fluid behavior. Despite significant 

research, no affordable RC assessment capacity has yet been devised, and so RC is typically 

identified after expensive manufacturing and testing has begun.  

 

The capability of predicting the onset of RC from first principles would increase propulsion system 

reliability and decrease engine development costs, which is of great benefit for turbopump 

manufacturers.  

 

 

1.3. Scope 

 

This research project proposes and validates models derived from first principles to improve RC 

predictive capacity of current numerical solvers and ease further research in the area. These models 

focus on capturing blockage (due to viscous effects and cavitation in individual blade passages), 

which is hypothesized to drive RC. Blockage models are validated against 2D canonical geometries. 

Challenges of scaling the viscous models to 3D are also explored. 
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The literature review presented in Chapter 2 provides answers for the following two questions: 

 

 What is the impact of RC on rocket engine turbopumps? 

o What is the theoretical framework of cavitation and the stability of turbopumps?  

o What non-dimensional parameters characterize the behavior of cavitating turbopumps? 

o How is RC different from other fluid instabilities observed in rocket turbopump inducers?  

o What physical mechanism leads to RC, and which parameters influence its behavior?  

 

 Which RC mitigation practices may drive the design of future RC-free turbopump inducers? 

o What are the best practices to mitigate RC and to what extent are they successful?  

o Which successful RC mitigation practices deteriorate pump performance the least?  

o How do RC mitigation practices comply with low weight, size, and complexity requirements?  

 

The thesis provides answers for the following research question: 

 

 Could RC be captured at reduced computational cost?  

o What methods have successfully been employed to analyze cavitating fluid instabilities?  

o What are the limitations of state-of-art reduced order methods? 

o How could a reduced order model be combined with high-fidelity analysis to assess RC for a 
fraction of the computational cost of full-scale CFD simulations?  

o By what margin are the cavity displacement and viscous pressure characteristics of canonical 
2D test cases captured by the proposed models? (Validation) 

o Does the proposed method capture RC in a canonical 2D cascade? 

o Is it possible to scale the model to 3D, and what are the expected challenges? 

 

 

1.4. Major Contributions of Thesis 

 

 Combined viscous models capture the total-to-total pressure characteristics of 2D cascades 

with 0.23% error in steady simulations. Neither the viscous Kinetic Energy Dissipation Model, 

nor the Inviscid Stream Displacement Model yield acceptable results on their own. 

 The Cavity Blockage Model captures cavity displacement thickness and collapse point around 

2D hydrofoils with 10% and 5% errors respectively, in steady 1-phase simulations. 

 The Cavity Blockage Model captures RC in transient 2D cascade simulations. The rate of cavity 

growth and decay needs to be modeled to assess RC Propagation Velocity Ratio (PVR). 



       

22 
 

 Capturing RC with blockage models implemented in single-phase inviscid numerical 

simulations proves the hypothesis, that RC is a purely blockage-driven fluid instability. 

 The devised method reduces the computational overhead associated with non-axisymmetric 

three-dimensional unsteady 2-phase simulations by an order of magnitude. 

 

 

1.5. Thesis Outline 

 
The literature review is presented in Chapter 2. Section 2.1 provides an overview of cavitation 

(2.1.1), and introduces the physical mechanism and key parameters (2.1.2) associated with 

cavitating turbopumps. Section 2.1.3 explores pump stability, arriving at the conclusion that the 

energy-storing capacity required for dynamic instability onset might be provided by cavity bubbles. 

Unlike stall-like instabilities, this can very well happen at design condition, which brings the 

discussion to cavitation effects on turbopump stability in Section 2.1.4. Section 2.2 presents the 

state-of-art description of RC and aims to unravel the physical mechanism that drives its onset and 

propagation. Section 2.2.1 introduces the dynamic transfer functions of cavitating turbopumps and 

connects the onset of RC to tip vortex cavity growth. Finally, Section 2.2.2 discusses best practices 

to suppress RC, which can drive the design of future RC-free inducers.  

 

The gap in knowledge is identified in Chapter 3. Limitations of state-of-art RC analysis methods are 

presented in Section 3.1. The discussion includes simplified linear stability analysis techniques, body 

force methods, and Computational Fluid Dynamics (CFD) approaches of varying complexity: RANS, 

URANS, LES and DNS. The need for a new numerical capacity with blockage models derived from 

first principles is highlighted in Section 3.2. Finally, research objectives are listed in Section 3.3, and 

the technical roadmap for model validation is given in Section 3.4. 

 

Chapter 4 provides the mathematical framework for the thesis. Section 4.1 describes the numerical 

solver’s governing equations, to facilitate discussion on model assumptions. Derivations of the 

Viscous Blockage Models are given separately for the Kinetic Energy Dissipation Model and the 

Inviscid Stream Displacement Model in Sections 4.2.1 and 4.2.2. Finally, the Cavity Blockage Model 

(an extension to the Inviscid Stream Displacement Model) is derived in Section 4.3. 

 

Validation results are discussed in Chapter 5. The Viscous Blockage Models are validated on the 

NASA rotor 67 2D mid-span cascade in Section 5.1. The steady response of the Cavity Blockage 

Model is validated on the NACA 0015 hydrofoil 2D profile in Section 5.2. Transient model capacity 

to capture RC in the 2D flat-plate cascade of Iga et al. is assessed in Section 5.3. Challenges with 

scaling viscous models to 3D are documented in Section 5.4, using an experimental inducer 

geometry of the Pratt & Whitney Aircraft Company (Rockwell inducer).  
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2 
 

2 Literature Review 

 
High performance turbopumps in liquid propellant rocket engines operate under heavily cavitating 

conditions, which makes them susceptible to develop unstable behavior. Cavitation instabilities, such 

as Rotating Cavitation (RC), may appear under design conditions, where unsteady behavior is 

unexpected for the most part. RC is characterized by a non-axisymmetric distribution of blade 

cavities at the inducer inlet, which rotates faster than the pump impeller. Uneven blade loading due 

to travelling cavities is transferred to the pump casing in the form of oscillating stresses, which can 

cause fatigue fracture and disintegration of launch vehicle elements. To prevent severe degradation 

of performance, structural vibration and loss of the mission, suppression of RC is imperative to 

modern rocket design.  

 

Traditional industrial practices trade off performance for stability by modifying the inducer and 

casing after expensive manufacturing and testing has taken place. To find the optimal trade-off and 

comply with the growing market pressure set by the private space sector, RC needs to be suppressed 

in the design phase. There are no generally accepted design guidelines as to how RC should be 

suppressed. Thus, a new RC assessment capacity needs to be devised and incorporated into the 

automated design optimization of rocket inducers. 

 

This literature review explores the physics and key parameters that drive RC, and evaluates 

limitations of state-of-art RC predictive methods. The review also identifies best practices to guide 

the design of future RC-free inducers. 
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2.1. Review of Cavitation-Induced Fluid Instabilities 

 

2.1.1. The Cavitation Phenomenon in General 

Cavitation in fluid systems occurs when fluid pressure drops below the vapor pressure, and vapor 

bubbles start to form. Unexplained blade erosion in high-speed marine propellers necessitated 

pioneering research on bubbly flow. Reynolds linked erosion damage to entrained air bubbles in the 

wake in 1873 [7], which is now known as ventilation. Parsons [8] was first to recognize the possibility 

of pressure-driven fluid vaporization in 1906, which initiated a century of scientific experimentation 

with cavitation. In 1917, Rayleigh [9] derived the first mathematical model of bubble dynamics, 

which described the growth of spherical cavity bubbles (RB) as function of the external fluid pressure 

(p∞). The Rayleigh equation (Eq. 1) can be derived from mass balance and the Navier-Stokes 

equations of momentum conservation across the bubble boundary [10]. The model assumes 

constant density liquid (ρl), and constant internal bubble pressure (p(RB)), which is equal to the 

saturated vapor pressure (pv). 

 

RB
d2RB
dt2

+
3

2
(
dRB
dt
)
2

=
p(RB) − p∞

ρl
    

 

Since Rayleigh, the formation and collapse of cavity bubbles have become a field of intensive 

research, driven by the need to investigate the head drop (or cavitation breakdown) of pumps, 

which is a sudden deterioration of performance due to extensive cavitation. In 1953, Guinard et al. 

[11] observed large cavity volumes at stable operating conditions of pumps, and – for the first time 

– cavitation in vortex filaments, which is known today as tip vortex cavitation. Acosta confirmed 

both findings experimentally in 1958 [12], and recognized that proper description of cavitating 

turbopumps was not possible without radical simplification of the problem at the time. His follow-up 

work on cascades and simple geometry hydrofoils characterize basic cavitation research of the 60ies 

and 70ies. Acosta et al. reviewed the pioneering work on cavitating turbopumps in 1959 [13], 

describing the steps cavities typically progress through: from inception to partial- and sheet 

cavitation and finally to cavitation breakdown.  

 

Modern cavitation research aims to identify the pump design parameters and fluid properties that 

influence the cavitating performance of pumps, and delay the occurrence of head drop. In 1962, 

Stripling et al. [14] explored the possibility of predicting head drop in cascades by relating cavity 

length to fluid flow angle (α) and free-stream pressure (p∞). To control experiments, the authors 

used a conventional dimensionless parameter called cavitation number (σ or Kc), which indicates 

the likelihood of cavitation inception in fluids, and makes its first appearance in the experimental 

works of Knapp et al. [15] as early as 1948. In 1969, Ruggeri et al. [16] presented a method of 

generalizing experimental results to assess performance characteristics of turbopumps with widely 

diverse physical properties. 
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In 1977, Plesset [17] reviewed contemporary state-of-art knowledge on cavity growth, collapse, and 

non-spherical bubble dynamics. Referring to his previous work from 1949 [18], Plesset provided an 

extension to Eq. 1, which accounted for effects of viscosity (νl) and surface tension (γ) on cavity 

growth. The resulting equation, widely referred to as the Rayleigh-Plesset equation (R-P), is given 

in eq. 3. The R-P is derived from equilibrium of the normal forces acting on the bubble lamina (eq. 

2), due to pressure (LHS:1 & RHS:1), surface tension (RHS:2) and viscosity (RHS:3). The equilibrium 

of normal forces is expressed in eq. 2, which yields eq. 3 when substituted into Eq. 1. The R-P is an 

ordinary differential equation, which governs bubble dynamics in most modern two-phase 

Computational Fluid Dynamics (CFD) solvers. Vapor pressure inside the bubble (pv) and pressure of 

the surrounding liquid (p∞) may now be functions of time. 

 

 

p(RB) = pv −
2γ

RB
−
4νl
ρlRB

dRB
dt

   

 

 
 

RB
d2RB
dt2

+
3

2
(
dRB
dt
)
2

+
2γ

ρlRB
+
4νl
RB

dRB
dt
=
pv(t) − p∞(t)

ρl
   

 

 

In 1995, Brennen [19] reviewed the literature on basic cavitation research, and discussed bubble-

dynamics on a micro level, with glimpses into large-scale cavity structures. Brennen stated that flow 

contaminants (small particles and microbubbles) are far more relevant for the formation of cavity 

bubbles than surface nuclei (surface roughness and wall contaminants). With this, he essentially 

differentiated cavitation from boiling, from the perspective of nucleation sites. Brennen also listed 

the necessary flow parameters to be controlled or measured in systematic experiments on small-

scale cavitation inception: fluid temperature, stream turbulence, surface roughness, cavitation- and 

Reynolds numbers, and the amount, and nature of free-stream nuclei.   

 

Further review work of Brennen [20] concerned the fundamentals of multiphase flows focusing on 

cavitation inception, erosion, noise and luminescence. He explained that doughnut-like shape-

distortion of spherical bubbles against a solid surface led to micro jet formation upon bubble collapse. 

Peak temperatures and pressures up to 6700 K and 848 bar sustained for a fraction of a microsecond 

chip away material from the blade, mechanically eroding its surface. Blade erosion and propeller 

noise are the traditional drivers for cavitation research, due to reliability and stealth issues of marine 

applications. In contrast, cavitation in turbopumps is a domain of distinguished research interest 

because of the vibration and structural damage caused by unstable pump behavior.  
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2.1.2. Performance of Cavitating Turbopumps 

The performance and unsteady behavior of cavitating turbopumps can be fully characterized with a 

handful of non-dimensional parameters that ensure general validity of results between similar cases. 

Pump performance is assessed through the head coefficient (ψ), a function of flow rate. Flow rate 

is controlled by the flow coefficient (ϕ) under non-cavitating conditions. The specific speed (N) is 

the basic preliminary design parameter of turbopumps. Arguably the most critical parameter to the 

onset of RC is the cavitation number (σ), which is also expressed as the suction specific speed (S), 

or in traditional dimensional form as the Net Positive Suction Head (NPSH). The Reynolds (Re) and 

Strouhal (St) numbers ensure dynamic similarity between cases, by preserving the ratios of inertial 

and viscous forces, and time-scales of steady and oscillatory phenomena within the fluid. An 

extensive overview of the derivation of non-dimensional parameters is given by Dixon [21]. 
 

The pressure rise coefficient (ψ) is the most important performance parameter of turbopumps. Given 

in Eq. 4, ψ is a ratio of pressure- and inertial forces within the fluid, and is not different from the 

Euler number (Eu), or the reciprocal Ruark number (Ru), applied between the inlet (1) and outlet 

(2) of the pump. The coefficient’s name originates from the traditional measure of liquid pressure 

(p), the hydraulic head (H= p/ρg).  
 

ψ = 2 Eu = 2
1

Ru
 =
p2 − p1
1
2
ρU2

    

 

The flow coefficient (ϕ) is a measure of the non-dimensional flow rate, and hydrodynamic forces 

generated on the blades critically depend on it [22]. The flow coefficient (Eq. 5) corresponds to the 

ratio of characteristic axial (cx) and circumferential velocities (Vtip). Alternatively, ϕ is given by the 

volumetric fluid flow (Q) normalized by the upstream cross-section (A) and blade tip velocity (Vtip). 
 

ϕ =
cx
Vtip

=
Q

AVtip
    

 

The specific speed (N) correlates volumetric flow rate (Q), head rise (ψ) and shaft speed (Ω) in one 

basic, size-independent performance parameter. The specific speed (Eq. 6) characterizes the desired 

performance of a pump in its initial design phase, when pump dimensions are yet undetermined. 
 

N =
ΩQ

1
2

(𝐻)
3
4

    

 

The Net Positive Suction Head (NPSH) is a historical parameter that measures how close the fluid is 

to cavitation inception on the scale of the hydraulic head (H). The NPSH (Eq. 7) is expressed using 

total pressure (pT) at the pump inlet (i), and so it takes velocity into account, which is not relevant 

to cavitation [23]. NPSHA indicates the available (A) pressure margin above cavitation onset. 

Conversely, NPSHR gives the hydraulic head required (R) at any point, to keep fluid from cavitating. 
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NPSHA = (
pi
ρg
+
Ui
2

ρg
) −

pv
ρg

    

 

A non-dimensional form of net positive suction head is the net suction specific speed (S) of pumps 

given in Eq. 8. This parameter indicates the critical condition at which head-rise degradation due to 

extensive cavitation reaches a critical percentage [23]. 
 

S =
ΩQ

1
2

(NPSH)
3
4

    

 

The cavitation number (σ) characterizes the susceptibility of the fluid to undergo cavitation. The 

cavitation number indicates the difference between the static pressure (p) and saturated vapor 

pressure (pv), also called tension, over the dynamic pressure. The dynamic pressure is expressed in 

terms of the fluid velocity (U) and density (ρ) in Eq. 9. Originally, Thoma’s cavitation number (σTH) 

denoted the NPSH over the head (p/ρg) of the pump. Since NPSH is defined using total pressure 

(pT), σTH varies greatly with impeller size [13], and therefore σ is an arguably better alternative. 
 

σ =
p − pv
1
2
ρU2

 
   

 

The Reynolds number (Re) indicates the relative importance of viscous effects against inertia effects, 

where low Re flows are dominated by viscous forces. Derived from the scaling of the momentum 

equation, the Reynolds number (Eq. 10) is an important determinant of dynamic similitude between 

different machines, fluids and experimental setups. 
 

Re =
ρUL

μ
=
UL

ν
    

 

The Strouhal number (St), or reduced frequency, relates two time-scales: the time required for flow 

particles to pass through the machine (L/U), and the characteristic time-scale of an instability (1/f). 

The parameter given in Eq. 11 indicates whether a flow-instability problem requires quasi-steady, 

or transient modeling. Low St values correspond to either high speed fluid or low frequency 

oscillation, which translates into quasi-steady, low Re flow. Conversely, high values indicate highly 

unsteady behavior typical for high Re turbulent flow.  
 

St =
fL

U
    

 

Finally, the Greitzer B parameter [24] indicates a fluid system’s susceptibility to develop surge, based 

on the wheel speed at mean diameter (Vmean), and the total effective length of the system (LC). 
 

B =
fVmean
2LC
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2.1.3. Stability of Turbopumps 

Fluid pumping systems consist of a pump and some sort of system resistance, against which the 

fluid is moved. The resistance can be adjusted by adding a throttle to the system. The steady-state 

operating point is where the pressure rise on the pump equals the pressure drop due to system 

resistance, and there is equal flow through the pump and throttle [24]. Betchov et al. [25] defined 

system stability as “the quality of being immune to small disturbances”. In 1981 Greitzer concluded 

[24], that a turbopump is considered stable if it returns to its stable operating condition after any 

disturbance in pressure rise or flow stream. This is shown in Figure 1, which plots pressure rise 

across the pump (curve) against pressure drop on the throttle (lines). Steady state operating points 

(A, B, C & D) correspond to different throttle settings. As a rule-of-thumb, the throttle characteristics 

need to be steeper than the pump pressure-rise curve, in order to maintain static stability (point A 

to B). Otherwise, the flow rate disturbances across the pump get amplified on the throttle, and the 

system diverges from its steady operating point (point B to E). Even if statically stable, fluid systems 

can experience dynamically unstable behavior when operating on positively sloped parts of the pump 

pressure rise characteristics. This is shown on the RHS of Figure 1, at point D, and its causes are 

explored next. 

 

 

  – Static and dynamic instability criteria in fluid pumping systems [24] 

 
The physical mechanism responsible for system-level dynamic instability is illustrated in Figure 2. In 

simple words: if the pump (the only energy source to an adiabatic system) supplies excess 

mechanical energy to an otherwise dissipative system, severe pressure and mass-flow oscillations 

will appear with growing amplitudes. This is called surge. The realization of surplus oscillatory energy 

is possible when the components of mechanical energy disturbance (oscillating mass flow (ṁ) and 

pressure difference (Δp)) are in phase, and their product sums positive over time. The components 

of surplus mechanical energy are illustrated on the RHS of Figure 2, with a traditional dissipative 

(dynamically stable) system given on the LHS for contrast. 

E 
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  – Negative damping of in-phase ṁ and Δp oscillations cause dynamic instability [24] 
 

Surge-type instabilities can be modeled as results of negative damping in a classic mass-spring-

damper system representation. The spring coefficient can be derived from the compliance of large 

plenums of fluid and compressible gases, which is found in a fuel tank for instance. Compliance can 

also be added to the system through the energy-storing capacity of compressible vapor bubbles. 

When considerable amount of gas-phase medium is present in the pump, traditional stability 

considerations no longer grant immunity from unstable behavior. Cavitation-induced instabilities 

may appear even at dynamically stable operating points and cause considerable damage to launch 

vehicles. 

 

 

2.1.4. Cavitation Effects on Turbopump Stability 

The effect of cavitation on the stability of fluid pumping systems became the subject of distinguished 

scientific attention when NASA connected extreme structural vibration (POGO) to cavitating 

turbopumps in 1970 [1]. Space launch systems might develop violent fluctuations of pressure and 

mass-flow across the entire hydraulic system, which originate from the mass (and inherently energy) 

storing capacity of cavity bubbles dispersed in a fluid. This capacity is characterized by the Cavitation 

Compliance (K), a parameter that relates changes in cavity volume (Vc) to the cavitation number 

(σ) [26]: 

K =
∂VC
∂σ

    

 

Wade et al. first observed the parameter K in the 60ies, during the experimental assessment of 

partial cavity transition into full-scale cavities over hydrofoils [27] and cascades [28]. Brennen et al. 

worked out a linearized theory to account for Cavitation Compliance in cascades in 1970 [29] and 

1973 [30], which provided the basic reference for research on cavitation instabilities over the next 

three decades. In 1976, Brennen et al. discovered that a neglected term in the 1973 [30] formulation 

of the transfer matrix of cavitating pumps was responsible for large discrepancies between 

Dynamically Stable System     Dynamically Unstable System 
    (positive dissipation)                (negative dissipation) 

- 
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calculated and measured compliances. Based on that term, the authors derived the Mass Flow Gain 

Factor (M) in 1976 [31], which is a dynamic transfer function that tracks cavity volume variation 

(Vc) due to flow rate fluctuations (ϕ), described in Eq. 14. Cavitation Compliance (K) and Mass Flow 

Gain Factor (M) together characterize the dynamic behavior of cavity bubbles. 
 

M =
∂VC
∂ϕ

    

 

In 1971, NASA [32] reviewed the possibility of mitigating unintended oscillatory pressure loading 

(which was observed during the normal operation of many space launch systems), by adding an 

axial inlet portion to cavitating centrifugal turbopumps, called an inducer. A typical four-bladed 

inducer is displayed in Figure 3, which was designed at MIT based on the Space-Shuttle Main Engine 

(SSME) Low-Pressure Liquid Oxygen Pump (LPLOP). Sutton et al. [33] explained the function of 

inducers as to increase the fluid pressure ahead of the pump sufficiently enough (typically by 2-10% 

of the total required head rise along the pump) to avoid substantial cavitation on the pump impeller. 

Benefits of inducers are twofold. First, inducers mitigate flow-induced vibration and cavitation 

erosion on the pump impeller, by which they support more compact pump designs. Second, by 

increasing the Available Net Positive Suction Head (NPSHA) of rocket fuel pumps, inducers allow for 

less pressurized fuel tanks, which translates into considerable weight reduction. In return, inducers 

experience moderate cavitation even in the vicinity of their design point, which can develop into 

severe instabilities.  
 

 
  – Geometry of the 4-bladed MIT test inducer is based on the SSME LPOP inducer [34] 

 

Several cavitation-induced fluid instability modes are shown in Figure 4, mapped on the static 

pressure coefficient (ψS) - cavitation number (σ) plane of the LE-7 inducer, which Tsujimoto et al. 

[34] generated experimentally in 1997. When describing cavitation instabilities, one must notice 

their similarities to stall-induced instabilities. For instance, an axisymmetric cavitation instability, 

which causes large-scale oscillations of pressure and flow rate, was named Cavitation Surge (CS) 

[35], highlighting its analogy to traditional Axisymmetric Stall (AS), or compressor surge [24]. This 

instability mode was found to be responsible for POGO, and the domain on which it was observed 

is indicated in blue in Figure 4. 
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  – Cavitation map (LE7 inducer) indicates relation between RC inception & σ/2α [34] 

 

Another cavitation induced fluid instability is RC, which is indicated in red in Figure 4. Unlike CS, RC 

is a local phenomenon, which is characterized by a non-axisymmetric distribution of blade cavities 

that rotates super-synchronously around the inducer inlet [36]. This instability occurs under 

moderately cavitating conditions just above head drop, often at the pump design point. RC is in 

some degree analogous to Rotating Stall (RS), which is a non-axisymmetric flow driven by the 

viscous blockage of stalled passages, and rotates at 45-60% of the compressor speed. Both RS and 

RC are triggered by flow rate disturbance due to increased blockage in a neighboring blade passage. 

Blockage is caused by flow separation due to increasing inlet flow angle in case of RS, and by 

growing cavities due to positive Mass Flow Gain Factor (M) [37] in case of RC. The flow physics that 

govern the mechanism of RC is further discussed in Section 2.2. 

 
  

a b c 
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2.2. Rotating Cavitation 

 

2.2.1. Onset and Propagation Mechanism of Rotating Cavitation 

Rotating Cavitation (RC) was first identified experimentally in 1977, when Kamijo et al. [36] 

described it as a fluid instability mode of unequal cavity volumes travelling around the impeller inlet, 

slightly above head breakdown. Following Kamijo, most of the scientific research concerning RC has 

been conducted by the Japanese research community. Basic RC research is heavily intertwined with 

the development of a reduced order RC assessment capacity, which is summarized next. 

 

At first, Tsujimoto et al. [37] assessed RC using an actuator disk approach, based on [38]. At that 

time, both Cavitation Compliance (K, Eq. 13) and Mass Flow Gain Factor (M, Eq. 14) were well-

established dynamic transfer functions, which accounted for cavity growth due to change in σ and 

ϕ. Tsujimoto et al. demonstrated the mathematical link between instability modes and their 

propagation frequencies based on K and M, which the authors estimated from Brennen et al. [39]. 

Although Propagation Velocity Ratio (PVR) of forward-rotating RC modes matched experimental 

results of Kamijo et al. [36] and those of the LE-7 LOX pump inducer [2], comprehensive assessment 

of model applicability was not possible at the time, because of the absence of further test data. 

Moreover, backward rotating modes of RC have never been found in experiments. Watanabe et al. 

[40] provided the parameter values for K and M for a wide range of cascade geometries in 1998. 

 

In 1996, Otsuka et al. [41] examined K and M in inducers, using a closed cavity mathematical model, 

which showed perfect analogy with the results of Wade, obtained from conformal mapping in 1967 

[42]. The approach of Otsuka et al. supported unequal cavity lengths on different blades, and 

eliminated the previous assumption of low frequency cavity oscillations by Furuya [43]. Otsuka et 

al. found numerical proof of the various cavity instability modes being characterized by the combined 

effects of cavitation number (σ) and flow angle (α), which the authors expressed in the parameter 

σ/2α. Constant parameter values of σ/2α can be visualized with straight lines crossing the origin of 

the graph in Figure 4. In Figure 4, RC develops at a wide range of operating conditions between 

lines ‘a’ and ‘b’, and again between ‘b’ and ‘c’, indicating clear connection between critical σ/2α 

parameter values and the onset of RC. Watanabe et al. [44] further clarified the nature of this 

connection, by analyzing RC in cascades without the empirical parameters M and K. Watanabe et 

al. observed a strong relation between the parameter σ/2α and the length of tip vortex cavities, 

which are slender volumes of vaporized fluid formed in the low-pressure vortex cores of the tip 

leakage flow. In 1998, Horiguchi et al. [45] analytically confirmed, that tip vortex cavity length (and 

so σ/2α) is a powerful indicator of the breakdown of Alternate Blade Cavitation (ABC) into RC. The 

theoretical framework of assessing ABC, RC and CS by relaxing the cavity closure constraint in the 

model of Otsuka is discussed next. 
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In 2000, Horiguchi et al. [46] documented the basic methodology for the linear stability analysis of 

cavitating flat plate cascades based on the work of Otsuka et al., aiming for analytically reproducing 

every mode of cavitation instability observed in inducers. The authors achieved this by relaxing the 

cavity-closure and phase-difference constraints on individual blades, and analyzing the cavity closure 

constraint residuals to identify different cavity modes. Horiguchi et al. detected cavitation patterns 

with steady components of two types: equal length cavities (ELC) and ABC. Imposing unsteadiness 

on the identified steady cavity types, three main modes of cavitation instability emerged: CS, RC, 

and unsteady ABC. In agreement with experiments, ABC developed first with decreasing values of 

σ/2α. Unstable cavitation phenomena started when the average length of tip vortex cavities (ls) 

covered approximately 65% of the blade pitch (h), at which point ABC appeared. This is clearly 

visible in Figure 5, which plots the normalized steady cavity length of both ELC and ABC against 

various σ/2α parameter values. Following the characteristics of ELC towards decreasing σ/2α, two 

different additional stable cavity lengths appear at a critical σ/2α, which indicates the onset of ABC.  

 

To model various modes of RC on a wide scale of Strouhal numbers (St), Horiguchi et al. relaxed 

the phase difference constraint. The authors showed analytically that PVR is proportional to the 

σ/2α at which RC develops, and inversely proportional to inter-blade phase difference (2πm/ZN), 

where ZN is the blade count, and m indicates the number of unstable cavity cells around the annulus.  
 

 
 – Alternate Blade Cavitation develops from equal length blade cavities at l/h=0.65 [46] 

 

In the new millennium emphasis is put on formulating the appropriate answer to exactly what 

physical mechanism drives RC and its onset, for which proper assessment of the flow field is needed. 

In 2007, Hosangadi et al. [47] successfully employed an unsteady three-dimensional numerical 

method to simulate RC within an inducer, and described an interaction pattern between detached 

blade cavities. Following the work of Hosangadi et al., Tani et al. established the Travelling Cavity 

Interference Theory in 2012, which is visualized in Figure 6 [48]. The figure displays the growth and 

decay of individual blade cavities in a three bladed inducer, over one period of RC. On each blade, 

the large cavity volume starts to decay when the cavity on the previous blade reaches maximum 

extent, which results in a forward-rotating pattern of unequal blade cavities. The strong coupling of 

cavity dynamics is governed by interaction between neighboring cavities, which is discussed next. 
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  – RC is governed by blade cavity interaction & travels forward at pump inlet [48] 

 
In 1999, Watanabe et al. [44] observed, that RC is first triggered by interaction between the tip 

vortex cavity of one blade and the local flow at the leading edge of the next blade. Kimura et al. 

[49] explained this interaction by comparing the tip vortex cavity collapse point to a fluid volume 

sink of negative velocity divergence, which reduces flow angle at the next leading edge, and triggers 

unstable behavior. In 2009, Kang et al. [50] conducted an exhaustive numerical study on the velocity 

disturbance flow of collapsing tip vortex cavities in 3D inducers. The trigger mechanism is depicted 

schematically in the top of Figure 8, in the blade-to-blade view of a four-bladed inducer cascade.  
 

In 2016, Lettieri et al. [51] explained the breakdown mechanism of ABC into RC in a four-bladed 

inducer designed at MIT, based on the SSME LPLOP inducer (Figure 3). Experimental results of the 

normalized cavitating head (just above head drop) against σ are shown in Figure 7, indicating 

regions of ABC, RC and CS. The authors found that RC developed again at low σ, where it has 

already been triggered by tip vortex cavities, and has reverted back into ABC. It was hypothesized, 

that the interaction between neighboring blade passages that leads to RC may be triggered by 

unequal blockage. Blockage (a combination of viscous losses and cavitation displacement) alters the 

flow angle along the full length of the next leading edge in 3D inducers, which is shown schematically 

in the bottom of Figure 8. 

 
 – The second appearance of RC in the MIT inducer is governed by blockage [51] 
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 – RC propagation mechanisms driven by tip vortices (top) and blockage (bottom) [51] 

 
In conclusion, there is a scientific consensus that RC is first triggered by tip vortex cavity 

interference. Mitigating this interference has been the primary focus of RC suppression research. 

Most RC suppression techniques take advantage of backflow, which is a reverse flow fueled by a 

pressure-driven leakage between the pump casing and blade tips, as indicated in grey in Figure 9. 

Although essentially a loss, intense backflow blows the tip vortex cavities upstream into the inducer 

inlet duct and away from the leading edges, by which it delays RC. This was demonstrated 

experimentally in the works of Hashimoto et al. in 1996 [52] and Torre et al. in 2011 [53], and it is 

the key for industrial RC suppression techniques. Instabilities in the shear layer between the main 

flow and backflow might grow into vortices [54], which Yokota et al. [55] confirmed experimentally 

in 2004. These backflow vortices are indicated in black curls in Figure 9. Backflow vortices extend 

far upstream of the impeller, occupying up to 75% of the inlet cross section and distorting velocity 

profiles of the main flow, by which they deteriorate pump performance. The number of vortex 

filaments decreases at reduced ϕ, as they are pushed towards the duct axis by the growing backflow 

volume [56]. Moreover at low σ, cavities appear in the low pressure cores of backflow vortices 

(regions ‘i’ and ‘v’ in Figure 4), which might coexist with RC [56]. The intermittent cavity interference 

caused by backflow vortices introduces disturbance into the tip leakage vortices, by which it plays a 

minor role in delaying RC [57]. In 2007, Yamanishi et al. [58] demonstrated all of the above 

characteristics of backflow vortices in high fidelity LES simulations. Finally, Yamamoto et al. [59] 

reviewed the scientific work on backflow in 2009. Backflow tends to destabilize the hydraulic system 

at flow-rate oscillation frequencies lower than 10% of the inducer rotational frequency [60]. 

 

  – Vortices appear at the rolled-up shear layer between backflow and main flow [55]  
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2.2.2. Rotating Cavitation Suppression Techniques 

Many design techniques have been used to suppress the onset of cavitation instabilities in rocket 

engine turbopumps, which can be categorized based on their approach to the problem. One is a 

collective of trial-and-error based approaches, which aim to avoid further catastrophes by means of 

casing treatments, the other involves basic research and complete redesign of the inducer geometry. 

The latter is considered superior for its preventive nature and relative simplicity of the resulting 

design, but it requires immense computational capacities and a thorough understanding of RC. In 

2009, Kang et al. [57] investigated the effect of some basic inducer design modifications to avoid 

RC: blade sweepback to promote backflow, blade metal angle drop to weaken tip vortices, and outlet 

angle increase to extend tip vortices into the blade channel. A review by Lettieri et al. [51] 

pronounced sweepback, tip gap, leading edge blade metal angle and rotational velocity to be critical 

design parameters to RC suppression. Of those, decreasing the rotational velocity is a trivial solution 

to the problem (reduced flow angle translates into increased σ), and will not be further discussed. 

To find a comprehensive list of design parameters and suggest a direction to drive the design of RC-

free inducers, a review of historical and cutting-edge RC suppression techniques follows. Visual 

reference for all discussed design considerations is given in Figure 10. 
 

 

  – Various design modifications of rocket inducers might suppress RC 

 

 TIP CLEARANCE AND SWEEPBACK: Backflow delays the breakdown of stable cavity 

patterns into unstable ones, by driving the tip vortex cavities away from the leading edge of 

neighboring blades [61]. Despite its stabilizing effect on cavitation instabilities [53], backflow 

is essentially a loss mechanism, and should be minimized from a performance point-of-view. 

Brennen [23] noticed, that the performance of non-cavitating turbopumps deteriorates 

rapidly when the tip clearance exceeds 2% of the inducer inlet diameter. To predict pump 

performance as function of tip clearance, Torre et al. proposed a semi-empirical model in 

2009 [62], and later examined the effect of 2.7% and 6.8% tip clearances on cavitation 

instabilities [53]. Torre used the DAPAMITO3 test inducer, which was designed using a 

reduced order analytical model by Cervone et al. [63] and d’Agostino et al. [64], and was 

further tested by Torre et al. [65] [66] [53] and Pasini et al. [67]. Torre et al. [53] concluded, 

that the wider the tip clearance gets, the stronger the backflow becomes, and the more the 

cavitation instabilities (including RC) are suppressed – at the inevitable cost of pump 
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performance. Tip vortex strength is inversely related to tip clearance, ceteris paribus [68]. In 

summary, increasing tip clearance at the pump inlet reduces the initial blade loading, weakens 

cavitation in the tip vortices, and diverts the vortex filaments upstream. However, maintaining 

large tip gap along the rest of the blade chord significantly deteriorates the performance of 

pumps.  

 

A possible solution to minimizing tip leakage loss further downstream of the pump inlet 

emerges in the form of a highly swept leading edge, which melds into the traditionally small 

downstream tip clearance. In 2001, Acosta et al. [69] found that both forward- and back-

swept leading edge designs mitigated RC, however, forward-swept designs made no further 

appearance in literature, due to their poor hydro-elastic and vibrational properties. In 2007, 

Kang et al. [70] examined inducers with moderate (90°) and high back-sweeps (210°). Kang 

et al. registered a 10% increase in backflow axial extent for a 210° swept design as compared 

to a standard 90° case. Backflow grew by an additional 50% when the blade metal angle was 

also increased by 2°, showing strong effect of blade cutback when combined with high initial 

blade loading. Unfortunately, highly swept leading edge designs yield 16% deterioration in 

pump performance, which is four times more than due to blade metal angle modifications. 

 

 LEADING EDGE BLADE METAL ANGLE: Kang et al. [70] also examined the effect of 

reduced blade metal angle at the pump inlet. Results show that blade angle drop mitigates 

tip vortex cavitation (and so RC) by modifying the blade loading distribution locally at the 

leading edge. The inherent loss in pressure rise across the pump is counteracted by the 

contraction of backflow, causing only minor changes to pump performance. Backflow length 

is reduced by up to 50%. In conclusion, blade metal angle drop has the potential to reduce 

tip vortex strength and backflow concurrently, uphold pump performance and mitigate RC. 

 
 CAMBER, THICKNESS AND LEADING EDGE PROFILE: In 2006, Horiguchi et al. [71] 

assessed the contribution of suction side pressure gradients to RC. They did so by examining 

effects of blade camber and thickness in the theoretical setup of Osaka University’s singularity 

model for cavitation instability analysis in cascades. The study registered negligible decrease 

in steady cavity length due to changes in blade camber and thickness. Regarding the leading 

edge profile, there is scientific consent on the 1973 findings of Furuya et al. [72]: a pointy 

leading edge design filed on the suction side is superior to all other designs and is also the 

easiest to manufacture. 

 

 ALTERNATE CUTBACK: One intuitive solution to suppressing RC (and any other cavitation 

instability that develops from tip vortex cavity interaction) is to increase the blade pitch. When 

the impeller blade-count and diameter are fixed, increasing blade pitch at the inlet is only 

possible by cutting back the leading edge of every second blade. This is only possible on 

inducers with even number of blades. Horiguchi et al. established the theoretical basis for 

alternate cutback analysis in 2000 [22] [73], and found two types of ABC: one with shorter 

cavities on shorter blades and longer cavities on the longer blades, one the other way around. 
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Yoshida et al. have experimentally validated the model in 2001 [74] finding only the first type 

of the predicted ABC. Although the technique successfully mitigates the breakdown of ABC 

into RC, it causes considerable drop in pump performance. Moreover, asymmetric blade loads 

and inherent shaft vibrations might appear due to uneven cavity volumes on cutback blades. 

 

 SPLITTER BLADES: Carrying the design of alternate cutback even further, splitter blades 

(reduced chord-length blades installed downstream between main blades) might suppress 

RC, by allowing for lower blade-count on the inducer. Splitter blades are widespread used in 

centrifugal pumps to increase performance and suppress cavitation instabilities [75] [76], but 

only limited amount of valid research has been conducted on axial inducers. Splitter blades 

are expected to suppress cavitation instabilities by increasing blade pitch at the leading edge, 

while providing sufficient guidance in the channels. Performance degradation is expected. 

 

Alternatively to impeller design modifications, the upstream flow field can be influenced via casing 

treatments. While casing treatment solutions introduce weight and varying levels of complexity, they 

provide convenient symptomatic treatment without having to modify the impeller design. Casing 

treatments suppress RC by either changing the flow angle at the tip so that the tip vortex cavity 

weakens, or redirecting the tip vortex cavity to avoid its interaction with the proceeding blade. 

 

 J-GROOVES: A circumferential pattern of axially oriented chases carved into the casing at 

the inducer inlet plane is shown in Figure 12 (left). Shimiya et al. [77] found that by axially 

redirecting the tip leakage flow, its kinetic energy is better focused to extend the tip vortex 

cavity upstream. It is important to note, that short J-groove designs (L/D=0.265) introduced 

severe CS to the system. When the axial extent of grooves was increased to L/D=0.398, no 

RC was observed, and CS occurred only at low σ. J-grooves increase flow resistance, but also 

support a decrease in tip gap, by which their toll on pump performance is minimal. 

 

 LEADING EDGE CASING POCKETS: A structural pocket carved into the casing just 

upstream of the inducer inlet extends the tip vortex cavities radially outwards, so that their 

interaction with the next blade decreases. This is shown in the bottom right image of Figure 

12. Although it is a handy solution to the problem, the casing pocket introduces weight and 

considerable resistance to the inlet flow, for little gain in RC suppression. 

 

                        

  – J-grooves (left) and casing pockets (right) redirect tip vortex cavities [77] 



       

39 
 

 JET INJECTION: It is possible to weaken the tip vortices and mitigate vortex cavitation by 

either reducing the flow angle, or increasing the fluid pressure at the blade tip. Jet injection 

achieves both, by introducing pre-whirl in the impeller rotational direction, in the vicinity of 

the shroud, as shown in Figure 12 (left). Tests show that injecting approximately 10% of the 

main flow just upstream of the backflow domain suppresses RC. Despite its success to 

mitigate RC, the weight and complexity of the injectors are prohibitive to rocket turbopump 

applications [78]. 

 

 INLET GUIDE VANES Fixed angle IGVs have similar effect to jet injection. Better flow 

control is possible through an active device (variable angle IGV, Figure 12, right), which are 

widespread utilized and tested to control pressure rise, efficiency and cavitating performance 

in centrifugal machines [79]. IGVs introduce weight, complexity, and risk of failure to the 

system, which makes them unsuitable for rocket turbopump applications. 

                                                     

  – Jet injection (left) and IGVs (right) reduce flow angle at blade tip [78] [79] 

 

In summary, high leading edge sweep and reduced blade metal angle characterize the most 

successful impeller designs to suppress RC in inducers. These two parameters may drive the design 

of future RC-free inducer geometries. The present thesis focuses on devising a tool to help assess 

RC in the inducer design process, which is discussed next.  
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3 Modeling of Cavitation Instabilities 

 
Rotating Cavitation (RC) is a dangerous cavitation-induced instability in liquid propellant 

turbopumps, which can occur at pump design condition and therefore must be suppressed. RC is 

traditionally discovered during the experimental phase of the pump development, and is suppressed 

through casing treatment. The modification of the casing usually adds weight and complexity to the 

system, and deteriorates pump performance. Alternatively, the inducer geometry can be altered to 

mitigate RC, albeit no generally accepted design guidelines have been established as to how this 

should be done. To find the optimal RC-free inducer design, numerical assessment of RC in the early 

development phase of turbopumps is key. 

 

Modeling RC leads to a complex 2-phase instability problem, which requires a time accurate 3D 

assessment of the entire flow field. This chapter reviews current RC assessment capabilities, 

identifies the gap in knowledge and defines the research objectives.  

 

The evolution of the state-of-art of RC has been guided by the development of linear stability 

analysis methods, whose limitations are addressed first. Next, the RC predictive capabilities of two-

phase high fidelity numerical solvers are assessed, which are generally limited by computational 

cost. It is possible to reduce the computational overhead by mapping the force field exerted by the 

blades directly onto the flow field, using body forces. However, a thorough assessment on the 

limitations of one-phase body force methods concludes, that the blades need to be included in order 

to accurately model the local pressure field, which is indicative of cavitation blockage. The inclusion 

of blades in a body-force simulation brings the discussion to the viscous body force methods, and 

their extension to two-phase fluids, which characterizes the method devised in the present thesis.  
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3.1. Flow-Analysis Methods to Assess Cavitation Instabilities 

 

RC is an unsteady, non-linear, non-axisymmetric, viscous, 2-phase phenomenon, which requires high-

fidelity numerical assessment. In general, the accurate modeling of each of the properties above 

reduces the level of empiricism of the simulation, at the expense of computational cost (demand for 

time, memory and CPU). For single-phase flow assessment techniques, model empiricism is plotted 

against the demanded computational resources in Figure 13 (adapted from Xu [80]). The two-phase 

extension adds complexity to each method, but their depicted relations stay valid. On the two ends 

of the scale are high-fidelity Computational Fluid Dynamics (CFD) methods, which provide reliable 

but time-consuming results, and reduced order models, which prioritize evaluation time over 

accuracy. Between the two are methods, where features of the impeller or the fluid are either 

neglected, or approximated with empirical models. The following sections illustrate the strengths and 

limitations of each approach. 
 

 
  – Overhead of RC assessment methods grows as level of empiricism decreases [80] 

 

3.1.1. Linear Dynamic Analysis Methods 

Linearized methods provide a convenient framework for addressing cavitation instabilities in 

hydraulic systems, based on dynamic transfer functions. The dynamic response of cavity volumes 

(VC) to changes in cavitation number (σ) and flow rate (ϕ) are described in the Cavitation 

Compliance (K, Eq. 13) and Mass Flow Gain Factor (M, Eq. 14). Expressing the transfer functions of 

system components in matrix format has the potential of “clarifying the nature of dynamic 

performance of cavitating pumps” [24], although it is not particularly suited for detecting local (not 

system-level) instabilities such as RC. Linearized methods constitute the pioneering work on RC and 

they have been thoroughly discussed in Section 2.2.1. The present section focuses on the limitations 

of the linear dynamic analysis of RC.  

 

Linearized methods are limited to two-dimensional, inviscid, irrotational flows with low amplitude 

oscillations, because of their linearized potential flow assumption. Watanabe et al. [44] significantly 

reduced the level of empiricism of previous linear models by coupling the singularity method with a 

closed cavity model, by which unsteady cavitating pump characteristics were assessed without K or 

M. Watanabe accounted for cavitation with sources distributed along the oscillating cavity length, 

and represented blades and wakes with bound and free vortices respectively. Although the method 
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successfully captured RC in a cascade, the range of σ at which it appeared was much larger than in 

experiments. Horiguchi et al. [46] corrected the discrepancy, and presented a reduced order analysis 

model aiming to account for all modes of cavitation instabilities, including RC. Although the authors 

found Cavitation Surge (CS), Alternate Blade Cavitation (ABC) and RC, no critical comparison with 

experiments has been conducted to validate the theoretical approach. In 2013 Brennen [81] 

explained that the unavailability of tests and the lack of a solid theoretical background on the 

dynamic characteristics of turbopumps eventually limited the method’s applicability. Hori et al. 

emphasized the need for a comprehensive study on the dynamic response of cavitating turbopumps 

to global oscillations [82]. In summary, linearized analysis methods are capable of detecting RC, but 

cannot indicate local changes of σ and ϕ, providing limited insight to the mechanism of RC inception. 

 

3.1.2. Computational Fluid Dynamics (CFD) 

Numerical Methods provide solutions to flow problems by solving continuity, momentum and energy 

equations over a discretized flow field. In general, Numerical Methods are identified by their approach 

to solving the Navier-Stokes (N-S) equations of momentum conservation. Direct Numerical 

Simulations (DNS) evaluate the N-S equations without compromises to accuracy, resolving the whole 

range of spatial and temporal scales of turbulence. DNS yield results whose accuracy is only limited 

by the discretization quality. Small-scale turbulence modeling demands immense computational 

capacities that exceed the memory and processor speed of most state-of-art computers, and cannot 

conform to the time limit of design evaluations (<1 hour). Large Eddy Simulations (LES) reduce the 

computational cost of DNS by resolving only the large-scale motions, while accounting for the effect 

of small-scale turbulence through a subgrid-scale model [83] [84]. The Reynolds Averaged Navier-

Stokes (RANS) equations provide time-averaged approximate solutions to the N-S problem, further 

reducing the computational cost. RANS simulations are less accurate than LES or DNS, but they 

represent an acceptable compromise between cost and performance. 

 

RANS decomposes the N-S into mean and fluctuating components, and approximates the effect of 

small-scale fluctuations on the mean flow field. During this decomposition, the non-linear term of the 

fluctuating turbulent velocities can be interpreted as a stress-like contribution to the momentum 

balance. This term is called the Reynolds-stress, and it needs additional modeling. A set of additional 

transport equations are required to close the governing equations. Depending on the turbulent 

properties modeled, the turbulence model is called k-ε, k-ω, or SST. The k-ε and k-ω models both 

adopt two differential equations. These equations describe the common turbulent kinetic energy (k), 

and either the turbulent dissipation (ε, Jones at al. [85]), or the specific rate of dissipation of turbulent 

kinetic energy (k) into internal thermal energy (ω, Wilcox [86]). Most commonly used is the Shear 

Stress Transport (SST) turbulence model, which reduces the sensitivity of the k-ε model to the free-

stream turbulence intensity, while keeping its accuracy near the wall. Appropriate grid point 

assignment is critical to capture viscous effect in the boundary layer, which translates into mesh 

refinements near the walls, and consequently increases computational overhead. The inviscid and 

incompressible form of the N-S equation is referred to as the Euler equation, which is a quasilinear 

homogenous representation of the Cauchy equations. 
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3.1.3. Two-Phase Computational Fluid Dynamics 

Numerical methods can be extended to model cavitation, and so capture RC. Liuzzi [87] gave a 

comprehensive review on cavitation models, which can be characterized into one-phase, two-phase 

and multi-phase methods. The most simplistic (single-phase) method resolves the liquid phase 

without mass transfer, assuming that it circumvents the impenetrable cavity domain, which is 

attached to the blade surface. The cavity boundary can be modeled as a wall, whose extent is either 

accounted for via simplified analysis, or semi-empirically via previous simulations, which Liuzzi called 

a “cavity interface tracking method”. 

 

Alternatively, when interphase mass transfer is modeled, the flow might be assumed two-phase or 

multi-phase. Under the two-phase assumption, liquid and vapor phases are treated as a single 

interpenetrating continuum with no slip between the phases, and a common velocity field. Single-

phase vapor transport equations were derived by Kubota et al. in 1992 [88], Schnerr et al. in 2001 

[89], and Zwart et al. in 2004 [90], among others. CFX uses the Zwart-Gerber-Belamri model, which 

is given separately for vaporization (lv) and condensation (vl) in Eq. 15 and Eq. 16. These equations 

are derived from the simplified Rayleigh-Plesset (R-P) equation (Eq. 3), by neglecting the second 

order terms and the surface tension force (γ), and translating change in bubble radius (∂RB/ ∂t) 

into mass gain (ṁ) of the vapor phase. The equation requires empirical parameters for nucleation-

site radius (Rnuc=1[μm]) and volume fraction (rnuc=5e-4), and two empirical factors to account for 

the different rates of condensation (Fcond=0.01) and vaporization (Fvap=50). The volume fraction of 

the vapor phase (φv) is tracked by a separate equation.  
 

𝑚̇𝑙→𝑣 = 𝐹𝑣𝑎𝑝
3𝑟𝑛𝑢𝑐(1 − 𝜑𝑣)𝜌𝑣

𝑅𝑛𝑢𝑐
√
2

3

|𝑝𝑣(𝑡) − 𝑝∞(𝑡)|

𝜌𝑙
𝑠𝑔𝑛(𝑝𝑣(𝑡) − 𝑝∞(𝑡))     𝑖𝑓 𝑝∞(𝑡) < 0    

  

𝑚̇𝑣→𝑙 = 𝐹𝑐𝑜𝑛𝑑
3𝜑𝑣𝜌𝑣
𝑅𝐵

√
2

3

|𝑝𝑣(𝑡) − 𝑝∞(𝑡)|

𝜌𝑙
𝑠𝑔𝑛(𝑝𝑣(𝑡) − 𝑝∞(𝑡))                      𝑖𝑓 𝑝∞(𝑡) ≥ 0    

 

Finally, multi-phase cavitation models, such as the Full Cavitation Model by Singhal et al. [91], 

simulate N-phase flows and account for the effect of non-condensable gases. Multi-phase modeling 

is possible in Ansys Fluent, but is not required to capture RC, because its effect on cavity thickness 

(which is the most RC critical property of cavities) is negligible.  

 

One example of cavitation modeling in CFD is the work of Ji et al. [92], who compared hybrid RANS-

LES results on the Delft Twist-11 hydrofoil to experimental results presented by Foeth [93]. LES can 

capture the cavity shedding dynamics and cavitation-vortex interaction in agreement with 

experiments, but it is prohibitively expensive to turbopump applications. Furthermore, the different 

time and length scales of turbulent eddies and the RC instability supports the RANS approximation 

of the flow field. Unsteady RANS (URANS) simulations by Hosangadi et al. [94] [95] [96] captured 

RC in the SSME LPFP turbopump [95] at discrete points, where RC was expected. The approach is 

not feasible during design, where a causal link between inducer geometry and the onset of RC must 

be established through RC assessment at several design points. 
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3.1.4. Body Force Models 

The computational overhead of URANS can be reduced by eliminating the blades, and accounting 

for their effects (flow turning and viscous losses) through body forces. Peters verified the validity of 

body force modeling of a compressor fan stage in 2014 [97]. Peters extracted discrete blade forces 

from single-passage steady RANS calculations, from which he created an equivalent force field in 

the fan domain to simulate the effect of blades on the flow. The extraction of blade forces from 

steady-state simulations is illustrated in Figure 14. Peters linked the force- and flow fields through 

the blade passage model, which comprises component models for parallel and normal forces. The 

model allows the local flow field to respond to force perturbations in unsteady simulations by 

prescribing body forces based on the local flow coefficients.  
 
 

 
  – Blade forces extracted from viscous results to create equivalent body force field [97] 

 

Sorensen [98] extended the above body force model to cavitating turbopumps, with the aim of 

investigating RC in rocket inducers. The complex secondary flow in turbopumps pose a challenge to 

body force methods. Sorensen introduced a third force component model in the binormal direction 

to account for the strong radial flow due to the displacement effect of the backflow. Despite this 

correction, his one-phase results were limited by pitch angle instability, which kept the cavitation 

model from being thoroughly tested. Sorensen nevertheless provided an incompressible, isothermal 

alternative to the Peters derivation of the parallel force, by deriving it directly from the N-S equation. 

This parallel force model is incorporated to the method devised in the present thesis.  

 

In summary, body force methods are limited to quasi-steady flow with little secondary flow effects. 

Most importantly, body force methods conceal the local pressure field that drives cavitation. To 

model the leading-edge pressure drop of the blades, including their geometries in the calculation is 

essential. The computational cost can still be mitigated by eliminating the near-wall refinement of 

the computational grid, if viscous blockage is otherwise accounted for. Viscous losses can be mapped 

onto the inviscid flow field in each individual blade passage, which Xu [80] described as a Viscous 

Body Force Method. The present thesis concerns the development of a Viscous Body Force Method 

with additional models to account for cavity blockage.  
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3.2. Gap in Knowledge 

 

There is no widely accepted methodology to assess RC in the design phase of rocket inducers. On 

the one hand, linear analysis methods are limited to small disturbances, neglect three-dimensional 

effects, and do not account for viscosity. On the other hand, high-fidelity numerical simulations 

(DNS, LES, U/RANS) are computationally expensive. A reduced order analysis tool is needed to 

assess RC at reduced computational cost. A simplified model based on first principles derived from 

the idea of uneven viscous and cavity blockages has the potential of successfully capturing RC, and 

verifying the physical mechanism associated with it. 

 

 

3.3. Objectives of Current Research 

 
The present research aims to develop and validate viscous and cavity blockage models to numerically 

identify the occurrence of RC. The devised computational method mitigates computational cost by 

reducing mesh dimensions and simplifying the governing equations. The latter is achieved by 

eliminating the volume fraction equation and the R-P equation [9] [17] of 2-phase mass transfer. 

Non-axisymmetric behavior is maintained through a link to the local flow field. The devised models 

include momentum- and continuity sources to account for losses, and streamline displacement due 

to boundary layer and cavity volume formation.  

 

The proposed simplified analysis method employs the parallel-force model of Sorensen [98] to 

account for viscous blockage in inviscid simulations. Blade metal blockage is not modeled, since 

impeller blades are included in the simulations. To account for streamline displacement due to both 

boundary layer and cavity volume, continuity sources are distributed along the wall, based on the 

transpiration velocity concept of Lighthill [99]. Models are primarily tested on 2D canonical 

geometries: the NASA rotor 67 mid-span cascade, the NACA 0015 hydrofoil, and a 2D cascade 

reported by Iga et al. [100]. The proposed reduced order model is not limited to 2D, and it is 

expected to capture RC with satisfying accuracy when scaled to 3D. The challenges of scaling the 

model to 3D are also presented.   
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3.4. Technical Roadmap 
 

This section aims at describing the simulation setups, model assumptions, and steps of model 

validation given in Chapter 5. The viscous models (loss & displacement) are first validated on the 

2D mid-span cascade of a canonical transonic fan, the NASA rotor 67 (Section 5.1). Next, the viscous 

models are scaled to 3D, which is demonstrated on the PWA 3-bladed test inducer (Section 5.4). 

The steady-state cavity model is validated on the NACA-0015 hydrofoil (Section 5.2). Finally, the RC 

assessment capacity of the transient cavity model is assessed on a 2D cascade (Section 5.3). 

 

Reference simulations for model parameter extraction are executed in Ansys CFX with RANS, an SST 

turbulence model, and the Zwart formulation of 2-phase mass transfer model (Eq. 15 & Eq. 16). 

The governing equations are given in Section 4.1. Assuming incompressible, isothermal water, the 

continuity equation (Eq. 19) reduces to conservation of velocity gradient, the momentum equation 

(Eq. 22) loses the heat transfer term, and the energy equation (Eq. 23) becomes redundant. The 

final version of the governing equations is given in Eq. 24. Since Euler calculations are not possible 

in CFX, inviscid solutions can be imitated by prescribing low viscosity (μ~10-12) and free slip wall 

condition, with the laminar turbulence model. All axisymmetric cases (Sections 5.1, 5.4, and the 

one-phase simulations in Section 5.3.1) use the single blade passage approximation with circular 

periodicity to reduce discretization size. The validation consists of three steps for each model 

derived: (1) acquiring the geometry, (2) building reference characteristics and (3) assessing model 

accuracy. Single-phase, steady, axisymmetric, and 2D assumptions are made in the case of the 

Viscous Blockage Model validation. Additional assumptions (A.) are listed in Figure 15 below.  
  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

  – The Viscous Blockage Model is validated on the NASA rotor 67 2D cascade in 3 steps 

1: Geometry Validation  (5.1.1) 

2D mid-span cascade of NASA rotor 67 
 

 Objective: assess accuracy of 2D 
representation (choke, performance) 

 Assumptions: viscous, compressible 

3D NASA rotor 67 transonic fan stage 
 

 Objective: validate 3D geometry 
against experimental data 

 Assumptions: viscous, compressible 

2: Building Performance Characteristics  (5.1.1) 

Viscous t2t pressure characteristics 
 

 Objective: build viscous pressure-rise 
curve to assess model accuracy 

 A.: viscous, incompressible, isotherm 
 

3: Implementing Viscous Models                (5.1.2) 

Kinetic energy dissipation due to BL 
 

 Objective: assess model capacity to 
capture slope of viscous characteristics  

 A.: inherited + loss model based on 
Peters [97] & Sorensen [96] 

 

Inviscid streamline displacement of BL 
 

 Objective: assess model capacity to 
capture slope of viscous characteristics 

 A.: inherited + displacement model 
based on Lighthill [98] 

 

Inviscid t2t pressure characteristics 
 

 Objective: build inviscid pressure rise 
curve to assess model accuracy 

 A.: inviscid, incompressible, isotherm 
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The validation of the Cavity Blockage Model is similar to the validation of the Inviscid Stream 

Displacement Model, derived in Section 4.2.2. First, the steady state cavity displacement model is 

validated at a variety of cavitation numbers (σ) (Figure 16, 3a), using the 2D NACA-0015 hydrofoil. 

The RC assessment capacity of the transient model is validated on the 2D flat-plate cascade of Iga 

et al. [100] (3b). The two-phase flow is assumed to be a mixture of incompressible, isothermal 

water, and saturated water vapor. Additional assumptions and validation steps are listed in Figure 16. 

 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
  – Cavity Blockage Model is validated on the NACA-0015 hydrofoil & a 2D cascade [100] 

 
Finally, the viscous loss and displacement models are scaled to 3D, using the experimental three-

bladed rocket inducer of the Pratt & Whitney Aircraft Company (Rockwell inducer). In order to assess 

viscous losses and boundary layer displacement on the blade, interference effects of secondary flow 

features must be minimized, which is demonstrated in Section 5.4. For this, three different setups 

are prepared, following Figure 59: one fully viscous, one where only the blade is assumed viscous 

and the hub & shroud inviscid, and one the other way around. This is shown in the RHS of Figure 

17 (‘v’: viscous wall setup with no-slip wall condition, ‘i’: inviscid wall setup with free-slip condition). 

Because the proper assessment of secondary mixing losses is critical to indirectly measure blade 

losses, all three cases are solved with RANS SST, with viscous fluid. The flow is treated inviscid only 

when assessing the inviscid total-to-total pressure characteristics. The continuum is assumed to be 

incompressible, isothermal, liquid phase water at 25ºC in all cases.  

 
 
 

 
 
 
 
 

 

  – Challenges of the 3D extension of Viscous Blockage Model shown in Rockwell inducer  

Geometry Validation Attempt to extract viscous losses 

Viscous characteristics 
 

 Objective: validate geometry against 
experiments, assess v & i characteristics 

 A.: inviscid & viscous wall  

Extract blade losses 
 

 #1 #2 #3 

Shroud i v v 
Blade v i v 

Hub i v v 

 

Explore flow 
characteristics  
& challenges of 
extracting viscous 
model parameters 
 

1 & 2: Geometry Validation 

NACA 0015 Hydrofoil  (5.2.1) 
 

 Objective: validate hydrofoil geometry 
and CFX 2-phase solver against 
experiments  

 A.: viscous, 2-phase 

3a: Validating Cavitation Model (5.2.2) 3b: Capturing RC with Model   (5.3.2) 

 Objective: validate RC assessment 
capacity of cavitation model 

 A.: inviscid, 2-phase + cavity model 
based on Lighthill [98] + time delay 

Steady-state Transient 

Flat-Plate Cascade of Iga et al.  (5.3.1) 
 

 Objective: validate viscous perfor-
mance characteristics & cavitation 
breakdown against Iga, capture RC 

 A.: inviscid & viscous, 2-phase 

 Objective: assess capacity to capture 
cavity thickness & collapse point 

 A.: inviscid, 1-phase + cavity model 
based on Lighthill [98] 



       

49 
 

 
 
 
 

4 
 

4 Model Derivation 
 
 
 

4.1. Governing Equations of the Numerical Solver 

 

Ansys CFX provides an iterative numerical solution to the mass, momentum and energy conservation 

equations, by applying the Reynolds Transport Theorem (Eq. 17) to respective flow properties. Eq. 

17 describes the balance of intensive flow property ϕ of velocity u in control volume V, as the ϕ 

crossing the control surface (A), and ϕ generated within the volume via sources (s). 
 

d

dt
∫ 𝛟 dV

V

= −∫ 𝛟𝐮 · 𝐧 dA

A

− ∫ 𝐬 dV

V

    

 

Applying the Divergence Theorem to the surface integral part (term 1 RHS) in Eq. 17 and the Leibniz 

rule for differentiation under the integral sign, Eq. 18 emerges. The left hand side (LHS), without the 

source term (s), is commonly known as the property’s material derivate, or convective derivate 

(Dϕ/Dt), which yields the conservation of ϕ in time and space. 
 

∫ (
∂ϕ

∂t
+ ∇ ·  (ϕu) + s)  dV

V

= 0          →            
Dϕ

Dt
= s    

 

Substituting density (ρ) into ϕ in the above expression for the material derivate, the compressible 

continuity equation takes form in Eq. 19, with continuity source SC on the right hand side (RHS). 
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∂ρ

∂t
+ 𝛁 · (ρ𝐮) = 𝐒𝐂    

 
Considering momentum (ρu) as intensive property (ϕ) in Eq. 18, the Cauchy momentum equation 

emerges in Eq. 20. The source term on the RHS can be divided into pressure-induced acceleration 

(term 1), momentum loss due to viscous friction (term 2) and the effect of external forces (term 3). 

 

ρ
D𝐮

Dt
= 𝛁σ̿ + 𝐒𝐌 = −𝛁p + 𝛁τ̿ + 𝐒𝐌    

 

Completed with Stokes’ expression for the viscous stress tensor (Eq. 21), the Navier-Stokes (N-S) 

equation emerges in Eq. 22. Ansys CFX assumes that the second coefficient of viscosity is λ=-μ(2/3). 
 

τ̿ =  μ [𝛁𝐮 + (𝛁𝐮)T −  λδ𝛁𝐮]     

 

∂(ρ𝐮)

∂t
+ 𝛁ρ𝐮𝐮 = −𝛁p + μ𝛁 [𝛁𝐮 + (𝛁𝐮)T −  λδ𝛁𝐮] + 𝐒𝐌    

 

Finally, the total energy equation (Eq. 23) models the energy dissipation due to viscous effects in 

high-speed cases, such as for a transonic fan stage, where hT stands for total enthalpy. 

 

∂(ρhT)

∂t
+ 𝛁ρ𝐮hT =

∂p

∂t
+ 𝛁(λ𝛁T) + 𝛁𝐮τ̿ + 𝐮𝐒𝐌 + 𝐒𝐄    

 

The LHS in Eq. 23 gives the material derivate of the total energy. The RHS is divided into five 

contributors to energy change: the work of temporal pressure change (term 1), the heat transferred 

from the boundaries (term 2) and created via viscous friction (term 3), and the energy supplied by 

external momentum sources (term 4) and volumetric heat sources (term 5). In an incompressible 

fluid, the effects of viscous heating and momentum sources can be neglected. Assuming that the 

case is also isothermal (adiabatic boundaries and no volumetric heat sources), terms 2 and 5 can 

also be discarded. With the above, Eq. 23 decouples from the continuity (Eq. 19) and momentum 

(Eq. 22) equations, and plays no role in determining flow within blade passages [98]. Assuming the 

flow to be incompressible and isothermal also simplifies the continuity and momentum equations: 

 

𝛁 · 𝐮 = 𝐒𝐂 

∂(ρ𝐮)

∂t
+ 𝛁ρ𝐮𝐮 = −𝛁p + μ𝛁2𝐮 + 𝐒𝐌 

   

 
The above set of equations is completed with transport equations of turbulent properties to solve 

the Reynolds stress, and close the RANS problem. These equations are provided by the SST 

turbulence model. Finally, in 2-phase simulations, two additional equations are necessary to govern 

the interphase mass-transfer (Eq. 15 & Eq. 16), and one equation to account for volume fractions. 
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4.2.  Viscous Blockage Models 

 
When accounting for the effect of viscosity on internal flow, one should consider both the momentum 

loss due to viscous friction, and the flow displacement due to boundary layer growth. The boundary 

layer is the fluid region adjacent to the wall, where viscous forces are dominant. The boundary layer 

in a 2D compressor cascade is shown in Figure 18a. A portion of the free stream momentum is 

dissipated via fluid friction in the boundary layer. This can be regarded as kinetic energy loss, which 

needs to be accounted for. Viscous flow displacement also needs to be modeled, because of the link 

between the total energy rise (ΔhT) on the compressor stage and the net turning of the flow. The 

link is given by the Euler turbine equation, which is derived from the concepts of conservation of 

angular momentum and energy, given in Eq. 25. 
 

hT,o − hT,i = Ω(RoUo − RiUi)    
 

In summary, two different viscous models are required: one to account for the viscous dissipation 

of kinetic energy, and another to model the stream displacement due to the boundary layer. Kinetic 

energy loss is modeled with a momentum source term called parallel force (fp), which opposes the 

local (relative frame) velocity vector (W) of the fluid. This momentum source is applied in a 

circumferentially uniform manner, and is indicated by the green area in Figure 18b. Boundary layer 

displacement is modeled via a continuity source term, called transpiration velocity (Un). The mass 

source at the wall fills the domain normally occupied by the boundary layer, which leads to flow 

displacement, as indicated in orange in Figure 18b. The figure also displays the different mesh 

densities required by viscous (Figure 18a) and inviscid (Figure 18b) numerical setups, which 

determine the computational cost. 

 
  – Viscous Blockage Model accounts for viscous friction (momentum sources) and flow 

displacement (surface sources) to capture viscous flow features in inviscid 2D cascade 

a) b) 
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4.2.1. Kinetic Energy Dissipation in the Boundary Layer 

The kinetic energy loss of the boundary layer is modeled with a momentum source term, called 

parallel force (fp), whose values can either be extracted from steady state viscous RANS simulations 

with varying flow coefficients (ϕ), or be accounted for analytically. The parallel force is applied 

uniformly around the circumference of the blade passage, opposing the local velocity vector, by 

which it distributes viscous blockage evenly in the pitch-wise direction. The parallel force is a function 

of the axial (X) and radial locations (R) within the pump, and the local flow rate (ϕ): 
 

fp = f(X, R,ϕ)    

 

In numerical simulations of pseudo-2D flow fields (constant & high radius, one-cell-wide, prismatic), 

momentum sources must be prescribed in the cylindrical coordinates: x and θ. The link between the 

cylindrical coordinates and the directions of fluid movement (parallel (p) and normal (n)) is given by 

the relative-frame flow angle (β). The parallel force components are given in Figure 19, together 

with visual reference to its circumferentially uniform application. The meridional entropy rise is also 

given under the cascade, which is discussed next. 
 

 

  – Energy dissipation modeled with momentum source (fp) to oppose fluid movement  

 

In his work on the body-force formulation of a transonic compressor fan, Peters [97] derived fp from 

the 1st and 2nd laws of thermodynamics, following the work of Marble [101]. In that formulation, fp 

is proportional to the pitch-wise averaged entropy generation (∂s̅) in the meridional direction (m), 

corrected by the pitch-wise averaged relative flow angle (β̅) and temperature (T̅): 
 

fp̅ = −T̅
∂s̅

∂m
cosβ̅    
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Eq. 27 cannot be applied to incompressible, isothermal fluids, which limits its applicability to 

turbopumps. In constant density fluids with constant specific heat (cp), the total specific energy rise 

(dh) is given by Eq. 28. When substituted into the second law of thermodynamics, this yields an 

expression for entropy rise, which is given in Eq. 29. 
 

dh = cpdT + 
dp

ρ
    

ds = cp
dT

T
 

   

 

Based on Eq. 29, the model of Peters can no longer be used if the fluid is also assumed isothermal. 

To overcome this limitation, Sorensen [98] derived the parallel force directly from the steady 

incompressible momentum equation, which is given along a 1D stream path (l) in Eq. 30.  
 

𝐮
∂𝐮

∂l
= −

1

ρ

∂p

∂l
+ μ

∂2𝐮

∂l2
    

 

Reorganizing Eq. 30 and rebranding the viscous loss term (RHS, term 2) as fp, Eq. 31 finally emerges. 
 

fp = 𝐮
∂𝐮

∂l
+
1

ρ

∂p

∂l
    

 

The viscous loss model of the present thesis follows Eq. 31. It is important to assess the capacity of 

Eq. 31 to capturing viscous losses in simulations where entropy is not defined. For this, the ratio of 

Eq. 27 and Eq. 31 is plotted on the NASA rotor 67 mid-span profile (Figure 20), which is the same 

geometry that is used for further viscous model validation. More information on geometry selection 

is given in Section 5.1.1. The parallel force models of Peters and Sorensen stow satisfactory 

agreement (over 99%), with discrepancies limited to the laminar sublayer and the edge of the 

boundary layer. These differences are attributed to the different assumptions of the two cases 

compared: the Peters derivation of the parallel force was assessed on a low-speed compressible 

case with heat transfer, while the Sorensen derivation on an incompressible and isothermal case. 

 

 
 

  – Parallel force (fp) models of Peters and Sorensen show satisfactory agreement 
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4.2.2. Inviscid Stream Displacement due to Boundary Layer 

The streamline displacement due to the boundary layer is modeled with continuity sources 

distributed along the blade surface, which is based on the transpiration velocity concept proposed 

by Lighthill [99]. Lighthill derived the location-accurate velocity term (Un), with which new fluid 

needs to be introduced through the wall, so that it occupies the same displacement domain, as the 

boundary layer would. The derivation of the stream displacement model is presented below. 

 

Lighthill derived his model by considering the wall-normal velocity component (un,e) at the edge of 

the boundary layer (δ*), which is shown in Eq. 32. First, the 2D incompressible continuity equation 

(conservation of velocity gradients) expresses the boundary layer expansion velocity (un,e) in terms 

of the tangential velocity. Second, Eq. 32 is extended by the tangential derivate of ut.e, which is then 

subtracted under the integral.  
 

un,e = ∫
∂un
∂n
dn

δ∗

0

  
step 1
⇒     −∫

∂ut
∂t
dn

δ∗

0

  
step 2
⇒     −

dut,e
dt
n +

∂

∂t
∫(ut.e − ut)dn

δ∗

0

    

 

This formulation is a sum of what would be present in the irrotational flow around the body (term 

1), and a source for additional flow into the displacement domain [99]. Further elaborating on the 

last term in Eq. 32, one should arrive at Eq. 33, which gives the 2D formulation of what is called the 

transpiration velocity (Un,2D), governing mass flux through the wall. 
 

∂

∂t
∫(ut.e − ut)dn

δ∗

0

  
           
⇒     

∂

∂t
∫(ut,e − ut)dn

∞

0

  
           
⇒     

∂

∂t
(ut,eδ

∗)   =   Un,2D    

 

Figure 21 illustrates the directions n & t, velocities Ut & Ut,e, and displacement thicknesses δ∗ & δbn. 
 

 
  – Edge velocities and displacement thickness of the boundary layer determine the 

displacement source strengths based on Eq. 33 

 

The displacement thickness (δ*) in Eq. 33 indicates the normal distance from the wall, at which mass 

flow rate (or volumetric flow rate in incompressible cases) equals the freestream value (Eq. 34). 
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δ∗ = ∫ (1 −
ρ(n)ut(n)

ρeut,e
)dn

∞

0

        incompressible ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗  ⃗        ∫ (1 −
ut(n)

ut,e
)dn

∞

0

    

 

The transpiration velocity concept is heavily utilized in viscous panel solvers, which provide iterative 

solutions between the inviscid free-stream and the semi-empirical boundary layer, based on the 

geometry and flow angle. One of the most popular panel solvers is Xfoil, which was developed by 

Professor Drela at MIT [102]. Drela referred to Un,2D as the 1D spatial derivate of the mass defect 

of the growing boundary layer. The main difference between the implementation of the transpiration 

concept in Xfoil and in CFX (which is used in the present thesis) is due to the different nature of the 

solvers with which the transpiration concept is coupled with. The potential flow solver of Xfoil allows 

for the direct addition of Eq. 33 to the inviscid surface sources, as shown in Figure 22a. 
 

 
  – Transpiration concept can be implemented via wall sources in XFOIL (a), CFX 

implementation (b) requires tangential component to avoid shear layer instability 

 

However in the current implementation, an unstable shear layer was observed between the source 

flow and the free-stream, when there was substantial tangential velocity difference between the 

two. In order to mitigate the excess kinetic energy loss due to mixing, the transpiration flow can be 

given a tangential velocity component (ut), which equals the free-stream velocity at the edge of the 

boundary layer (ue). This is illustrated in Figure 22b. The CFD implementation of the transpiration 

velocity concept is limited to isothermal fluids and adiabatic walls, in order to eliminate the modeling 

of excess heat loss in the displacement domain. Furthermore, the mismatch between the tangential 

velocities at the edge of the displacement domain and the wall becomes more pronounced around 

highly curved geometries, or if the displacement domain is thick. The discrepancy in Ut was found 

challenging to account for during the validation of the one-phase Cavity Blockage Model, which 

limited model accuracy at high σ. Validation results of cavity displacement modeling are further 

explained in Section 5.2.2. 

 

Momentum balance can be ensured by removing the momentum gain due to wall sources (SMC). 

The relation between continuity and momentum sources is given by Eq. 35, based on the normal 

(n) and tangential (t) velocities (u) of the mass sources (SC), given for both the axial (x) and 

circumferential (θ) directions at every axial location (x). These quantities are provided in Figure 23, 

which depicts an arbitrary circumferential control volume within the blade passage of a 2D 

compressor cascade, together with the wall-bound velocity components of the transpiration sources 

on blades 1 and 2.   

a) b) 
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SM⃪C,x(x) = −∑ [𝐮𝐧,𝐱(x)𝐒𝐂(x) + 𝐮𝐭,𝐱(x)𝐒𝐂(x)]
2

1
 

SM⃪C,θ(x) = −∑ [𝐮𝐧,θ(x)𝐒𝐂(x) + 𝐮𝐭,θ(x)𝐒𝐂(x)]
2

1
 

   

 

  – Corrective source term balances excess momentum introduced by transpiration mass 

 
To ensure mass balance within the system, continuity sinks are implemented in the blade channel. 

Volume sink strength (SV(x)) is defined as the ratio of the sum of relevant surface sources (SS(x)) 

over the axial-location-accurate width of the blade channel (h(x)). At every x, surface sources of 

blades 1 and 2 are summed, as shown in Eq. 36. 
 

𝐒𝐕(x) = −
∑ [𝐒𝐒(x)]
2
1

h(x)
    

 

The 3D scaling of the model is given in Eq. 37, for which derivation is provided by Lighthill [99]. In 

the case of 3D flow, the displacement thickness in the tangential direction (δt) equals δ*. 

Displacement thickness in the binormal direction (δbn) is given in Eq. 38. 

 

Un,3D =
∂

∂t
(ut,eδt) −

∂

∂bn
(ut,eδbn)    

 
 

δbn = ∫
ρ(n)ubn(n)

ρeut,e
d(bn)

∞

0

        incompressible ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗ ⃗⃗  ⃗        ∫
ubn(n)

ut,e
d(bn)

∞

0

    

 
 

4.3. Cavitation Blockage Model 

 

When accounting for cavitation blockage, the goal is to capture the streamline-displacement due to 

an oscillating cavity volume. Since the density of saturated water vapor is five orders of magnitude 

smaller than that of liquid water at 25ºC, the inter-phase mass transfer is negligible. This means, 
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that the cavity volume can be modeled as a wall, or other non-penetrable displacement domain, 

which Liuzzi called a “cavity interface tracking method” [87]. In the present thesis, the cavity 

displacement domain is modeled via the transpiration velocity from Section 4.2.2, where the cavity 

displacement thickness (δ*) is defined as the fluid surface of 25% vapor volume fraction. This surface 

was found to best coincide with cavitation-related changes in the velocity field.  

 

Similarly to the case of the boundary layer, the cavity volume (Vc) is determined by the chord-wise 

distribution of transpiration velocities, that displace the free-stream. This distribution of sources is 

determined by the displacement thickness and fluid velocity, which can be extracted from steady 2-

phase simulations, or be accounted for analytically. Cavity model parameters at various ϕ and σ 

populate the dynamic transfer functions K (Eq. 13) and M (Eq. 14), which links the model to theory. 

 

Unlike the boundary layer in Section 4.2.2, blade cavities usually reach their ends within the blade 

channel, and so the subsequent turning of flow needs to be modeled. This is illustrated around the 

NACA-0015 hydrofoil profile in Figure 23a. The current implementation extracts the displacement 

profile directly from the trajectory of the streamline adjacent to the cavity volume, which includes 

the displacement profile of the recirculating flow. Figure 23b illustrates the streamlines of the 

transpiration flow, visualizing how it fills the cavity displacement volume, and exits the fluid domain 

at the back-side of the cavity, also capturing the reattaching flow. 

 
 

  – Cavity displacement is modeled with 1-phase transpiration velocities on 2D hydrofoil 

 

The model validation in Section 5.2 indicates that the transpiration velocity concept captures the 

cavity displacement within 5% error. This is due to the approximation of the tangential velocity 

component of the transpiration velocity based on free-stream values, which loses validity as surface 

curvature grows. Unlike hydrofoils, typical inducer blades are rather flat with a sharp leading edge, 

and so cascade results are expected to maintain accuracy to lower cavitation numbers. For a proof 

of concept, a 5% implementation error is acceptable.  

 

Finally, no additional mass or momentum sources are needed to implement the balanced cavity 

displacement model. The word balanced refers to a calibrated input source distribution, so that the 

total mass input and output along the chord are equal. Calibration results for a specific 2D cascade 

are shown in Figure 46c. This correction provides a passive control over mass balance, which 

translates into reduced computational cost, but it yields a <1% change in the empirical data and 

±0.1% fluctuation in the resulting mass-flows.   

a) 

b) 
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5 
5 Results 

 

5.1. Validation of the Viscous Blockage Model 

 
Selecting a well-documented canonical test geometry is crucial for successful validation. Following 

careful assessment, the NASA rotor 67 was selected over the rotor 37, for its better availability of 

geometry and measurement data. The low-speed single-stage experimental rig fan of Cambridge 

University’s Whittle Laboratory was also considered, but could not be used for the lack of publicly 

available profile data.  

 
 

5.1.1. Test Geometry (NASA rotor 67) 

The NASA rotor 67 is an axial-flow transonic compressor fan stage with 22 blades, which was 

developed at the NASA Lewis research center in 1978, to provide a low-aspect-ratio alternative to 

the previous experimental fan rigs [103]. The details of the rotor 67 are summarized in Table 1. 
 

 

Table 1 – NASA rotor 67 main technical parameters 

Design Rotational Speed [RPM] 
Tip Diameter     [m] 

16043 
0.51 

Number of Blades     [#] 22 
Aspect Ratio      [-] 1.56 

Tip/Hub diameter ratio      [-] 2.35 
Choking flow coefficient      [-] 0.4 

Peak Isentropic Efficiency    [%] 89.6 
Total Pressure Ratio at Peak Efficiency      [-] 1.629 
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The model validation necessitated the development of a canonical 2D cascade geometry, which was 

generated based on the mid-span profile of the NASA rotor 67. This is illustrated in Figure 25a. NASA 

reported the blade profiles at 15 separate radial locations [103], of which the 7th is at mid-span. The 

profile coordinates were approximated with cubic splines, from which the 2D cascade was created 

in a parametric blade modeler, called BladeGen. To minimize radial flow in the domain, the radius 

and blade-count were increased tenfold, which reduced the curvature of the domain while 

maintaining blade pitch. The quasi-2D domain was meshed in TurboGrid, an automated mesh 

generator for turbomachinery applications, to create a high quality structured mesh. Near-wall mesh 

refinements ensured the proper mesh for the SST turbulence model by setting the non-dimensional 

cell thickness (y+) to 1 near the wall. The resulting profile geometry was verified against the original 

NASA geometry and showed >99.9% match, as is reported in Figure 25b.  

 

 
  – Profile of the NASA rotor 67 2D cascade (b) agrees with 3D mid-span (a) to >99.9% 

 
Prior to the validation of the blockage model on the 2D cascade, the geometry was validated by 

comparing the computed performance of the 3D rotor with the experimental data. Simulations are 

also compared to previous computational works (reported by [104], [105], [106], [107] and [108]). 

The results are shown in Figure 26 for both the 3D geometry, and the 2D cascade. The boundary 

conditions were set to total pressure at the inlet and mass flow at the outlet, with the latter being 

changed to static pressure close to choke condition in order to achieve better convergence. The 

results of the simulation are indicated with the marker: ■ in Figure 26. The total pressure ratio (TPR) 

of the computation is captured within 0.1% error of the measured data along the entire operating 

envelope. The choke condition is captured within 0.9% error. The maximum deviation from other 

computed data is 0.6%. 
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  – 3D Ansys CFX results capture performance of the NASA rotor 67 within 0.1% error 

 
The results of the transonic simulations of the 2D cascade are indicated with the marker: ▲. The 

2D geometry yields the choking mass flow with 1% error compared to experiments, the maximum 

TPR (above stall condition) with 0.5% error, and the TPR at peak efficiency with 3% error. These 

differences are a natural result of the 2D cascade approximation, which assumes identical flow along 

the entire radius, and eliminates 3D effects. 
 
 
 

5.1.2. Validation Results of the Viscous Blockage Model 

The viscous model validity was assessed based on its capacity to capture the viscous pressure 

characteristics of the 2D cascade. Since the Ansys CFX solver uses the viscous Navier-Stokes (N-S) 

momentum equations with a turbulence closure model on discretized 3D domains, it is not directly 

possible to solve inviscid 2D flows. The workaround is to set a ‘laminar’ turbulence scheme, inviscid 

wall conditions (free-slip), very low dynamic viscosity (order < 10-12), and a one-cell wide prismatic 

geometry with symmetry boundary condition. Because of the non-zero viscosity, the solution 

supports vortex formation. Consequently, vortices shed from the blade leading edge at high flow 

angles, limiting the validity of pseudo-inviscid results to a range of flow coefficients around design 

condition. This range is indicated in Figure 27 between ϕ=0.44 and ϕ=0.55, which might be enough 

to capture Rotating Cavitation (RC) in later simulations.  
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According to Figure 27, the viscous losses reach a minimum at ϕ~0.39. Viscous losses in isothermal 

fluids can be divided into two categories: mechanical losses due to viscous shear forces in the 

boundary layer and vortex cores, and stream displacement due to reduced flow turning caused by 

the boundary layer. Capturing the slope of the viscous pressure characteristics is crucial in order to 

maintain pump stability. To this end, the two main loss mechanisms were accounted for by separate 

loss models, which are derived from first principles in Sections 4.2.1 and 4.2.2. The resulting pump 

pressure characteristics are shown in Figure 27. The curves indicate the Kinetic Energy Dissipation 

Model in blue, the Inviscid Stream Displacement Model in green, and the combined models in red. 

The relative slope errors of the predicted viscous characteristics are discussed next.  
 

 

  – Individual & combined Viscous Blockage Model assessment on the NASA rotor 67 2D 

cascade show that combined models capture pressure slope of within 0.26% error 

 
The relative slope errors are reported in Table 2 (calculated with Eq. 39), showing that the combined 

Viscous Blockage Models capture the pressure characteristics of pumps with only 0.26% relative 

slope error and 0.03% average absolute error. The data also suggests that no separate model can 

capture viscous blockage and flow turning at the same time. This can be explained by the different 

physical loss mechanisms that the viscous model components represent. The Kinetic Energy 

Dissipation Model captures the momentum loss due to viscous friction, which corresponds more to 

blockage, while the Inviscid Stream Displacement Model captures performance loss due to flow 

turning. Both mechanisms contribute to the viscous performance loss. 
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Relative Error of Slope =
slopeviscous − slopemodel

slopeviscous
    

 

 
Table 2 – Relative slope error of 2D cascade characteristics with different viscous models 

Viscous CFX [%]   0.00 (by definition) 

Inviscid CFX [%] 87.71 

Kinetic Energy Dissipation Model (Peters & Sorensen) [%] 28.72 

Inviscid Stream Displacement Model (Lighthill & Drela) [%]  4.80 

Combined models [%]  0.26 

 

During model implementation it was observed that the accurate division of pressure- and suction 

sides at the leading edge is critical to capturing viscous flow turning. This is because the thickness 

of the flow displacement domain is sensitive to the initial mass-flux assignment, which may differ 

significantly between the sides. Since the leading edge stagnation point shifts with flow rate, an 

appropriate adjustment in the definition of sides is crucial, as shown in Figure 28. Approximating 

the stagnation point based on the inlet flow angle (and assuming circular leading edge cross-section) 

was found sufficient to capture the slope of pressure characteristics.   

  

 
 

  – Flow-angle-accurate division of blade ‘sides’ is critical to capturing flow displacement 
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5.2. Validation of the Cavity Blockage Model 

 

The Cavity Blockage Model was validated in two steps. First, the cavity displacement capacity of the 

steady model formulation was assessed on a canonical symmetric hydrofoil, the NACA-0015. Second, 

the model was applied to transient flow simulations to assess its RC prognostic capability on 2D 

cascades, which is documented in Section 5.3.2. 

 

Figure 29 illustrates the typical topology of cavity volumes over hydrofoils. The pressure coefficient 

(cp) distribution displays key features of cavitating hydrofoils. The most salient effect of cavitation 

on the pressure field is the characteristic constant pressure plateau under the cavity volume. The 

plateau is due to the constant pressure inside the cavity, which corresponds to the saturated vapor 

pressure. Hoekstra [109] demonstrated, that partial cavitation invokes flow separation soon after 

the inception phase, which results in rapid pressure recovery under recirculating flow. A liquid stream 

penetrating under sheet cavities (re-entrant jet) is responsible for the dynamic shedding of vapor 

clouds by impinging on the forward end of the cavity volume. Eventually, the pressure is slowly 

recovered towards the trailing edge, under reattached flow. The chord-wise pressure coefficient 

distribution around the NACA-0015 hydrofoil is shown schematically in Figure 29, and it is further 

discussed in Section 5.2.1. 
 

 
  – Typical pressure distribution of cavitating hydrofoils consists of a constant pressure 

plateau under the cavity, and rapid pressure recovery under the recirculating flow [110] 

-cp 

x/c 
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5.2.1. Test Geometry (NACA 0015) 

The steady response of the Cavity Blockage Model was validated against two setups of the NACA-

0015 hydrofoil, shown in Figure 30. The setup above (Figure 30a) corresponds to a free-mounted 

case, which is verified against experimental data by Kawanami [111] and simulations by Štigler et 

al. [112]. The geometry on the bottom (Figure 30b) mimics wind tunnel experiments by Cervone et 

al. [113], and helps assessing both the σ of unstable cavity inception, and the mean cavity length. 
 

 
  – NACA-0015 validation geometries: free-mounted (a) and wind tunnel (b) 

 

In Figure 31, Ansys CFX results of the free-mounted case are compared to experimental results by 

Kawanami [111]. Inlet conditions were flow angle of 8 [deg], velocity 8 [m/s], Re 1.3e6 [-], and the 

outlet pressure was determined from σ. The chord-wise pressure coefficient (cp) distribution of the 

non-cavitating setup (Figure 31a) shows over 95% agreement between the simulation and 

experiment. Under cavitating condition (Figure 31b), the value of the cp plateau and the position at 

x/c=0.35 match with experiment, indicating that the cavity extent is well captured. 
 

  

  – Non-cavitating(a) and cavitating(b) cp over NACA-0015 match measurements [111] 
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The Δcp~0.5 difference in the suction-side pressure recovery characteristics in Figure 31b could be 

explained by the limitation of the numerical method in capturing separated flow. The SST model 

predicts a steeper pressure rise over the recirculating domain and a later reattachment point than 

what measurements indicate.  

 

The verification of the Ansys CFX two-phase solver against another commercial solver (Fluent), its 

different software versions, and two types of cavitation models is illustrated in Figure 32. The 

reported cavitation models are two-phase (TP) and multi-phase (MP, only available in Fluent). The 

figure indicates agreement between the capacities of the TP cavitation models of the two CFD solvers 

for both 6 (a) and 8 (b) degrees inlet flow angle. The difference in cavity lengths predicted by the 

MP, and the TP models could be explained by the ambiguity of cavity length assessment resulting 

from the presence of multiple gas phases in MP simulations. 
 

   

  – Ansys CFX two-phase (TP) solver is verified against Ansys Fluent [112] 

 

The validation of the two-phase solver is given in Figure 33. The figure compares simulation results 

to experimental data of a constrained hydrofoil case by Cervone et al. [113], (Figure 30b). Figure 

33 displays the minimum, maximum, and mean values of oscillating cavity volumes over the NACA-

0015 hydrofoil. Both the mean cavity length and the inception σ of unsteady cavitation was captured 

within 5% error in the calculations with respect to experiments. 
 

   
  – Mean unstable cavity length validated against wind tunnel experiments [111]   

0

0,2

0,4

0,6

0,8

1

1,2

1,4

0 0,5 1 1,5 2 2,5

L
ca

v
/c

 [
-]

σ [-]

MP Fluent 6.4 6º 10% turbulence
MP Fluent 6.3 6º 10% turbulence
TP Fluent 6.3 & 6.4 6º 10% turbulence
TP CFX 17.1 6º 10% SST turbulence

0

0,2

0,4

0,6

0,8

1

1,2

1,4

1,6

1,8

0 0,5 1 1,5 2 2,5 3

L
ca

v
/c

 [
-]

σ [-]

MP Fluent 6.4 8º 10% turbulence
MP Fluent 6.3 8º 10% turbulence
TP Fluent 6.3 & 6.4 8º 10% turbulence
TP CFX 17.1 8º 10% SST turbulence

0

0,2

0,4

0,6

0,8

1

1,2

1,4

1 1,25 1,5 1,75 2 2,25

L
ca

v
/c

 [
-]

σ [-]

measured max cav. length 6º

measured mean cav. Length 6º

measured min cav. length 6º

TP CFX 17.1 6º SST 10% turbulence

0

0,2

0,4

0,6

0,8

1

1,2

1,4

1 1,5 2 2,5 3

L
ca

v
/c

 [
-]

σ [-]

measured max cav. length 8º

measured mean cav. Length 8º

measured min cav. length 8º

TP CFX 17.1 8º SST 10% turbulence



       

67 
 

5.2.2. Validation Results of the Cavity Blockage Model 

Following the derivation in Sections 4.2.2 and implementation guidelines in 4.3, the Inviscid Stream 

Displacement Model was applied to model cavity displacement in steady-state one-phase CFD 

simulations. Model parameters were extracted from two-phase calculations. Figure 34 compares the 

flow field and cavity displacement of two-phase and one-phase simulations. The velocity plots are 

normalized with the inlet value, and the edge of the cavity volume is indicated in red in Figure 34a. 
 

 
 

  – Qualitative comparison based on Figure 24 indicates good agreement of the cavity 

displacement and velocity field between two-phase and one-phase simulations 

 

The chord-wise streamline displacement due to cavity formation is depicted in Figure 35 at a wide 

range of σ, spanning from cavity inception to extensive sheet cavitation. The selected perspective 

aids the visual assessment of the linear relationship between cavitation number, cavity thickness 

and the point of cavity collapse, which is further shown in Figure 36. 

 
 

  – Quantitative comparison of two-phase and one-phase simulations show 95% 

agreement of cavity displacement at whole range of σ, sufficient for proof of concept 
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/c

) 
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Figure 36 plots the thickness of maximum cavity displacement and the chord-wise location of cavity 

collapse against σ, extracted from the two-phase solutions. The relationships are linear, except for 

values of cavity displacement at high σ, which correspond to cavity inception and initial growth. 

 
  – Two-phase simulations of the NACA-0015 hydrofoil capture linear relation between 

the maximum cavity displacement, axial cavity extent and cavitation number (σ) 
 

The relative errors between the two-phase results in Figure 36 and the corresponding one-phase 

results with the Cavity Displacement Model  are shown in Figure 37. Both cavity length and maximum 

displacement are 5% under-predicted by the model, which yields sufficient accuracy for a proof of 

concept. The discrepancy is due to two decisions during the implementation. First, the tangential 

velocity component of the displacement flow was approximated from the freestream. The link 

between tangential velocities across the displacement domain weakens as the surface curvature 

grows, which led to the under-prediction of cavity thickness around hydrofoils. Second, the cavity 

displacement was extracted from the trajectory of the streamline adjacent to the cavity volume in 

two-phase simulations. This approximation conveniently captures the displacement profiles of 

cavities and the recirculating flow behind them, but it does not correct for flow turning around the 

stagnation point, which affects the initial 10% of the chord of blunt-edge hydrofoils. As a result, the 

initial displacement profile of hydrofoil cavities needs to be calibrated, or accounted for analytically. 

In summary, the errors in Figure 37 are due to approximations in the implementation, which are 

limited by the profile curvature and blunt leading edge of hydrofoils. Inducer blades are typically flat 

and feature sharp leading edges, which are expected to mitigate the errors in Figure 37. 

 
  – Cavity Blockage Model captures flow displacement by 10% & axial extent by 5% error  

0

0,1

0,2

0,3

0,4

0,5

0,6

0,7

0,8

0,9

0,00

0,01

0,02

0,03

0,04

0,05

0,37 0,39 0,41 0,43 0,45 0,47 0,49

C
a
v
it
y
 c

o
lla

p
se

 p
o
in

t 
(x

/c
)

M
a
x
 c

a
v
it
y
 d

is
p
la

ce
m

e
n
t 

(δ
/c

)

Cavitation number (σ) [-]

maximum cavity displacement

cavity collapse point

-10%

-8%

-6%

-4%

-2%

0%

2%

4%

6%

0,37 0,39 0,41 0,43 0,45 0,47 0,49

R
e
l.
 e

rr
o
r 

((
m

o
d
e
l-
C
F
X
)/

C
F
X
)

Cavitation number (σ) [-]

cavity collapse point

maximum cavity displacement



       

69 
 

5.3. Rotating Cavitation in 2D Canonical Cascade 

5.3.1. Iga’s Flat Plate 2D Inducer Cascade 

 
In order to assess the capability of the Cavity Blockage Model to model instabilities, it was 

implemented on a canonical 2D cascade reported by Iga et al. [100]. Because of the odd number 

of blades, Alternate Blade Cavitation (ABC) is not possible on the test cascade, and RC develops 

directly from steady cavities. The geometrical details of the cascade are given in Table 3. The velocity 

field is displayed in the relative frame of reference in Figure 38, together with the cascade geometry. 

The simulation setup is explained next. 

 
Table 3 – Main parameters of the 2D cascade adapted from Iga et al. [100] 

# of blades     [-] 
Blade chord (c)   [m] 

3 
0.1 

Stagger angle (90-γ)     [º] 75 

Normalized blade pitch (h/c)     [-] 0.5 
Inlet flow velocity (UIN) [m/s] 12 

Upstream domain extension (XUS/c)     [-] 2 
Downstream domain extension (XDS/c)     [-] 3 

Monitor plane displacement (Xf/c)     [-] 0, 0.1, 0.15 
 

 
The inlet boundary condition was defined in terms of the relative flow angle (β) and velocity 

magnitude (U). The standard static pressure was prescribed at the outlet. The simulation control 

parameters were flow rate (ϕ, controlled by β) and cavitation number (σ), corresponding to the 

dynamic transfer functions M (Eq. 14) and K (Eq. 13). Iga et al. [100] controlled σ with the outlet 

static pressure, but this choice is unpractical, because it necessitates the solver to compute the 

entire flow field anew for each value of σ. In this work, control over σ was achieved by varying the 

saturated vapor pressure, which in turn significantly shortened wall clock time. The geometry was 

constructed and meshed in Ansys ICEM, using 90 x 300 prismatic hexahedral cells for each blade 

channel. The thin cascade blades were modeled by assigning a different fluid domain to each 

channel. The geometrical information and flow parameters given in Table 3 are visualized in Figure 

38, where blades are numbered B1, B2 and B3. The upstream monitor planes are indicated with 

dotted lines. 

 

  – Geometry and relative frame velocities of 2D cascade adapted from Iga et al. [100] 

β 
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RC was assessed at discrete values of cavitation number (σ), where its onset was expected based 

on Iga et al. [100]. The propagation mechanism of RC is hypothesized to be sustained by channel 

blockage, which alters the local flow field at neighboring blades. The Cavity Blockage Model links 

the stream displacement effect of blade cavities to the upstream flow rate (ϕ), which in turn 

determines the blockage of each channel. The blade-specific flow rate (ϕ) is a function of the relative 

flow angle (β), which can be assessed at monitor objects upstream of each blade. To find the link 

between flow angle and cavity volumes, both monitor points and planes were considered, which is 

shown in Figure 39. The monitor objects need to be defined upstream in the absolute frame of 

reference, to minimize the influence of flow turning in front of the neighboring blades.  

 
  – Model is driven by flow angle (β) at upstream monitor locations (points or planes)  

 

The locations of monitor planes were chosen to minimize interference from neighboring blades, and 

obtain discrete values of cavity thickness for each flow angle. The latter requirement eliminated 

monitor point and planes too close to the blade’s leading edge, which yielded non-discrete values, 

as illustrated in Figure 40. The solid lines in the figure indicate transient results from a two-phase 

RC solution. These results show the hysteresis set by the different time rates of cavity growth and 

collapse. The path that cavities follow is indicated with arrows. The discrete data points correspond 

to steady state two-phase solutions, from which model parameters are extracted to drive the Cavity 

Blockage Model. There is no salient difference between the quality of planes positioned sufficiently 

far upstream (4% to 6% of the chord length) in the absolute frame.  

 
  – Monitor planes too close to the leading edge yield non-discrete model parameters 
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The final simulations were executed using both monitor planes positioned 4% upstream, and 

monitor points 1% upstream of the blades. When set up correctly in the absolute frame, these 

monitor objects yielded little difference in model performance, which is discussed in Figure 47 of the 

following section. 

 

The computed inviscid and viscous pressure characteristics of the cascade are reported in Figure 

41, where they are compared with non-cavitating data reported by Iga et al. [100]. The figure shows 

the Static Pressure Coefficient (SPC = 0.5ψ) against ϕ, where the originally reported values of ϕ 

correspond to 3, 5, 7, 9, 9.5 and 11 degrees relative inlet flow angle. A 20% discrepancy in the 

viscous data at lower-than-design ϕ could be attributed to the differences between the turbulence 

model used by the current work and the one used by Iga. The nature of this difference is unknown, 

and it does not influence model validity. Steady inviscid solution over β=3.5 degrees (ϕ<0.2) showed 

convergence issues due to leading edge vortex shedding, as reported in Section 5.1.2. The flow 

coefficient chosen for the transient model validation is indicated by the red dashed line.  

 
  – Viscous pressure characteristics of 2D cascade are up to 20% higher than by Iga, 

inviscid characteristics limited by vortex shedding, RC reported at design condition 

 

The cavitation performance at the selected upstream flow angle (β=3⁰ or ϕ=0.213) is illustrated in 

Figure 42. The cavitation number at which performance breakdown occurs was captured within 

0.1% of the experiment, indicated by the black dashed line. Iga et al. reported RC at a wide range 

of flow coefficients (0.07-0.21), which is due to the 2D cascade being a crude representation of 

inducer geometries. In 3D inducers, RC develops near design condition, which is indicated with red 

markers in Figure 42. To validate the Cavity Blockage Model, ϕ and σ were selected, so that: 

1. RC is observable within a range of ϕ and σ (± 10%), and the conditions are representative 

to RC in 3D inducers (near-design flow coefficients)  

2. There should be a sufficient range of ϕ around the mean value (± 10%) at which converged 

steady-state 2-phase simulation data is achievable to drive the cavity displacement model 

The condition of ϕ=0.213 (β=3⁰) and σ=0.114 was selected for further model validation. 
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  – Selected condition for model validation is σ=0.114 and ϕ=0.213 (β=3⁰), the σ of 

cavitation breakdown is captured within 0.1% error in two-phase simulation 

 

Two-phase calculations need to be initialized from a fully converged one-phase flow field. Because 

this solution needs to contain vapor-specific variables, the first simulations are set up as two-phase, 

with only the liquid phase solved. This is achieved by prescribing zero vapor volume fraction (φv=0) 

and disabling the mass transfer model. After convergence, the final simulation can be initiated with 

mass transfer, which is shown in Figure 43. The figure reports the oscillating lift coefficient on each 

blade, which is attributed to changes in the extent of blade cavities. Cavities limit the achievable 

lowest pressure around the blades, by which the pressure distribution and so the blade loading is 

altered (Figure 29). In general, extensive blade cavities yield reduced lift coefficients, which 

propagate around the cascade with super-synchronous speeds. Iga et al. assessed the frequency 

ratio of RC and the rotor via the Propagation Velocity Ratio (PVR, Eq. 40). Based on experiments, 

RC yields a PVR between 1.1 and 1.5. The PVR of the RC detected in viscous 2-phase calculation is 

1.24, which is 3% higher than reported by Iga et al. [100].  

 

PVR =
Ωrotor + ΩRC(rel.frame)

Ωrotor
    

 

 

  – Oscillating blade loadings indicate RC with PVR: 1.24 in 2-phase viscous calculation 
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RC was also captured in a pseudo-inviscid case with PVR 1.21 (within 0.1% of the reported value 

by Iga et al. [100]), which is shown in Figure 44.  

 

 

 – Oscillating blade loadings indicate RC with PVR: 1.21 in 2-phase inviscid calculation 

 

The positive value of PVR can be visually assessed from Figure 45, where t1, t2 and t3 correspond 

to a sequence of time steps, where the cavities of different blades reach their maximum extent. The 

blade order of cavity growth and collapse (3, 2, 1) shows that the detected cavitation instability 

rotates forward, which is a strong indicator of RC. The depicted blade conditions agree with the 

propagation mechanism of RC, depicted in Figure 6. 

  

 

  – Two-phase flow field of the 2D cascade of Iga et al. [100] reveals forward 

propagating mechanism of RC in agreement with Figure 6 
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5.3.2. Rotating Cavitation Prediction with Cavity Model 

 
In 2D blade channels, the viscous flow blockage is negligible compared to cavity blockage, which 

alone characterizes the interaction mechanism of RC. The above statement is supported by a 

marginal PVR difference (3%) between the RC captured in viscous and inviscid simulations. Based 

on the above, the Cavity Blockage Model is assumed to be sufficient to capture RC in 2D inducer 

cascades, which is demonstrated next. 

 

Corresponding to the selected RC validation case in Figure 42, the following simulations were 

executed at constant cavitation number (σ=0.114). The Cavity Blockage Model needs to be 

populated with chord-wise transpiration velocity distributions (Un(x)) at various ϕ around the mean 

value (ϕ=0.213  β=3 deg). Un(x) is derived from the displacement thickness (δ*) and velocity (Ut) 

of the cavity volumes, which can either be generated via a simplified analysis, or be extracted from 

measurements. In the present thesis, model parameters were extracted from steady state two-

phase CFD simulations, which represents a semi-empirical approach to populating the model. Figure 

46 provides a tangible link between the inputs (δ* & Ut), and the output (Un) of the Cavity Blockage 

Model. Data labels determine the inlet relative flow angle through n in Eq. 41, with label ‘17’ 

corresponding to the mean inlet βi. The LHS plot gives the trajectory of the streamline closest to the 

fluid boundary of 1% vapor volume fraction, which also captures the profile of reattaching flow. The 

central plot reports the velocity component tangential to this streamline. Finally, the RHS plot 

displays the transpiration velocity distribution based on Eq. 33. In a passively balanced model, the 

integrals of positive and negative function values must equal out (Section 4.3), which is achieved 

via the <1% corrections shown in red. 
 

βi = 0.125 ∗ (n + 7) [degree]    

 

 – Transpiration velocities need to be calibrated to balance the mass in- and outputs 

 
The most RC-critical property of the cavity volume is its maximum thickness, which is plotted against 

the average upstream β in the LHS image of Figure 47. The image displays the δ*max of both transient 

and steady two-phase RANS results, at two monitor objects: a monitor plane 4% upstream of the 

blade in the absolute frame (blue, adapted from Figure 39), and a monitor point 1% upstream (red).  

     Original model output 
     Balanced model output 
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RC was successfully captured in one-phase inviscid simulations, both by using monitor planes and 

points to drive the Cavity Blockage Model. In Figure 47, the RHS image shows the oscillating flow 

angle (β) on the monitor point (top) and plane (bottom) in one-phase simulations. In the case of 

the monitor point (red, LHS), the non-discrete flow angle data was corrected manually, by mapping 

it onto the transient line of growing cavities (black, LHS). Because of this non-discreteness, only the 

RC results driven by the monitor plane are discussed below. 

 

 – RC is captured in one-phase simulations of the 2D cascade using the Cavity Blockage 

Model, which is driven by upstream flow angles at both monitor points and planes 

 
The oscillatory blade loadings of the one-phase RC assessment are given in Figure 48, with 

amplitudes comparable to the two-phase solution shown in Figure 44. As the time-rates of cavity 

growth and collapse are not modeled, the blade cavity volumes respond to the upstream β 

instantaneously. Consequently, the PVR is governed by the time rates of fluid dynamics, which are 

much faster than the time rates of cavity growth and collapse. This results in a PVR of 6.32, 

considerably higher than the expected value of 1.21. Despite the limited model capacity to indicate 

PVR, RC is clearly identifiable in Figure 48, from the order of lift variation on the blades. 
 

 

 – RC propagation mechanism captured with Cavity Blockage Model, but PVR too high 
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In Figure 49, the flow field of the captured RC (bottom) is compared to the corresponding time step 

in a two-phase simulation (top). The two model setups yield almost identical flow fields, with slightly 

larger flow angles in the one-phase results due to the insufficient modeling of cavity dynamics. This 

shift in β is most evident in Figure 47, where the one-phase transient flow angles (right) only yield 

blade cavity volumes whose normalized thicknesses are higher than 0.1 (left). In Figure 49, the 

cavity domain is visualized by the fluid boundary of 1% vapor volume fraction in the top, and with 

streamlines initiated on the blade surface in the bottom.  

 

 

 

 – Flow field of RC captured with satisfactory accuracy using Cavity Blockage Model 

 
The discrepancy in PVR (and the inherent overshoot of flow angles) could be corrected by modeling 

the time-rates of cavity growth and collapse, and accounting for the time which information takes 

to propagate from the monitor object to the blade. These effects of time can be modeled individually: 

 
1. The β hysteresis in Figure 47 is a result of the different time rates that characterize 

vaporization and condensation. These time rates are accounted for by the coefficients Fvap 

and Fcond in the Zwart formulation of the R-P equations, which drives the 2-phase model of 

CFX (Eq. 15 & Eq. 16). In theory, the dynamic behavior of cavities is characterized by their 

response to changes in the cavitation number (σ) and flow rate (ϕ), given by the Cavitation 

Compliance (K) and the Mass Flow Gain Factor (M). The fundamental difference between 

the Cavity Blockage Model and M, is that M prescribes cavity growth with respect to a change 

in ϕ, whereas the cavity model assigns cavity volumes to the absolute values of β. 

 

 

Blade 1 Blade 2 Blade 3 Blade 1 Blade 2 Blade 3 

Relative Frame Flow Angle: β [degree] 
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By limiting the maximum rate of cavity growth per time step, the effect of M could be 

mimicked, and the interaction mechanism of RC slowed down, which is shown in Figure 50. 

In the LHS of the figure (based on Figure 47), a time step from t1 to t2 would result in a Δβ 

change in the upstream flow angle with instantaneous model response. By limiting the 

maximum physical growth rate of cavity volumes, as shown in the RHS of the figure (based 

on Figure 46), the ∂β/∂t decreases, and so the PVR drops. Unfortunately, the implementation 

of reduced order cavity dynamics is not possible in the standard Ansys CFX, because the 

bookkeeping of the source strength history requires access to previous time-steps. A work-

around user routine could be written in FORTRAN, which would have exceeded the scope 

and time constraints of the present thesis, and has therefore not yet been implemented. 

 

 

 – Mass Flow Gain Factor (M) can be implemented to limit cavity growth rate 

 
2. Another contributor to PVR is the time that the upstream Δβ information takes to reach the 

blade. This can be implemented in CFX via monitor statistics, which store the time history of 

β, shown in Figure 51. Solving 30 time steps per rotation (dt = 0.0004 s), and assuming that 

the information propagates with the fluid velocity (Ut = 12.5 m/s based on Figure 46), the 

cavity chord can be divided into 10 different sections, all influenced by a different state of 

the upstream β. After implementation in CFX, this model yielded a PVR of 2.7, which is a 

76% improvement to the instantaneous model response. Consequently, the mass flow 

discrepancy of the balanced cavity model increased to 3%. 

 

 

 – Modeling Information Propagation Velocity (IPV) along the cavity saves 76% on PVR 
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It is possible to achieve the expected PVR by calibrating the Information Propagation Model, for 

demonstrative purposes. The calibration produces distorted blade cavity profiles at extreme low 

information propagation velocities (IPVs), which are not physically valid. Also, the assumption that 

the PVR is set only by the IPV is flawed, as the time-rates of cavity dynamics are arguably more 

important. Calibration results are shown in the LHS of Figure 52, where the target PVR is reached 

assuming an IPV of 0.8 m/s within the fluid, which is unphysical. The RHS image of the figure gives 

the relationship between the PVR and the time steps per RC period, which is defined by Eq. 40. 

 

  

 – IPV can be calibrated to capture the exact PVR, but the basic assumption is invalid 
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5.4. Model Implementation on 3D Geometries 

 

Following the successful model validation for 2D cases, the blockage models were applied to 3D 

geometries. Strong secondary flow features of the publicly available PWA inducer made the 

extraction of the viscous model parameters challenging within the time frame given for the present 

thesis. Further 3D model validation is suggested for follow-up research. The challenges met during 

viscous parameter extraction are discussed in this Section.  

 
 

5.4.1. Test Setup: The PWA (Rockwell) Inducer 

The 3-bladed test inducer of the Pratt & Whitney Aircraft (PWA) Company was selected [114] 

because of its simple blade geometry. This is also referred to as the Rockwell inducer. The geometry 

features flat blades with a straight leading edge and circular leading edge profile. The blade angle 

and tip radius are constant along the chord, which is shown in Figure 53. The simple geometry yields 

strong secondary flow features that dominate the blade passage. Main parameters of the Rockwell 

inducer are highlighted in Table 4.  

 
Table 4 – PWA inducer main technical parameters [114] 

Design Rotational Speed [RPM] 4900 
Number of Blades     [#] 3 

Tip Diameter     [m] 0.178 
Tip-to-Root ratio      [-] 
Blade Root Angle  [deg] 

Blade Tip Angle  [deg] 

1.87-2.51 
8(inlet)-10(exit) 
19.35-18.25 

Blade Thickness to Tip ratio     [%] 
Tip gap to Tip ratio     [%] 

1.85 
1.74 

Design flow coefficient      [-] 0.073 

 
The geometry of the PWA (Rockwell) inducer is given in the front and side views in Figure 53. The 
inducer domain in which momentum sources are applied is indicated with dashed lines. Flow 
displacement sources are applied on the blade surface. 

     

 – PWA Inducer impeller geometry and the impeller fluid domain (dashed lines) 
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The computed viscous pressure characteristics (total-to-total pressure rise coefficient: ψTT) were 

validated against the original experimental data [114] with 1.74% (radius percentage) tip gap in 

Figure 54. Both the slope and values of the measured data were captured within 0.1% error over a 

wide range of flow coefficients using one-phase CFD (RANS with SST). Sorensen [98] reported 

simulation results of similar accuracy, using identical simulation setup for the 0.6% tip gap geometry.    

 
 – PWA inducer viscous performance captured by 0.1% error in one-phase CFD [114] 

 

The strong interference between the viscous blade and the secondary flow in the blade passage 

posed a challenge to the 3D implementation of the Viscous Blockage Model. This challenge originates 

from the pseudo-inviscid approximation of the inviscid flow, which is introduced in Section 5.1.2. 

Eventually, the selection of the flow solver (Ansys CFX) limited the ability of the current 

implementation to assess viscous blockage, which may be resolved by switching to an inviscid solver, 

or by creating an in-house code that solves the Euler equations.  

 

The objective of one-phase viscous simulations of the PWA inducer, was to assess the viscous flow 

blockage at several flow coefficients (ϕ), to populate the Viscous Blockage Model. In 2D cases, this 

was done by assessing the change of momentum loss and flow displacement between viscous and 

inviscid results. For this, the inviscid pump characteristics need to be assessed, which can involve 

the inviscid assumption of the blade, the hub and shroud, or both in 3D inducers. Various pseudo-

inviscid simulation setups are shown in Figure 55 (a, b and c), with their pressure characteristics 

reported in Figure 56. Figure 56 also reports the viscous characteristics from Figure 54 (data points 

e), and the blockage-based assessment of the inducer performance (data points d), which is 

currently limited by the challenges of 3D model implementation. The causes of the different pressure 

characteristics of the inviscid setups, and the 20% error of the blockage-based performance 

assessment are discussed next. 

0,05

0,10

0,15

0,20

0,25

0,07 0,08 0,09 0,10 0,11

P
re

ss
. 
C
o
e
ff
. 
(T

o
ta

l-
to

-T
o
ta

l)
 ψ

T
T

[-
]

Flow Coefficient ϕ [-]

simulation result

measured data



       

81 
 

 
  – Inviscid performance of the PWA inducer assessed by assuming inviscid condition on 

all walls (a), or viscous condition on the shroud (b), or on the hub as well (c) 

 
  – Performance assessment of the PWA inducer illustrates losses due to secondary flow, 

and shows 20% error of the Viscous Blockage Model (d) under current implementation  

 
When all solid surfaces are set up as free-slip walls (Figure 55a), and the fluid is treated as pseudo-

inviscid continuum (due to the limitation of the Ansys CFX solver), the slope of the inviscid pressure 

characteristics is higher than that of the viscous pressure characteristics, which is in contrast with 

Greitzer [24]. The confusion is caused by the deterioration of key secondary flow features (backflow 

and horse-shoe vortices), which may be modeled by setting up the shroud (Figure 55b) and the hub 

(Figure 55c) as viscous walls. The corresponding pressure characteristics are reported with the 

markers Δ and ◊ in Figure 56, and the effects of these changes are discussed next.  

 

First, the no-slip wall condition on the shroud dissipates the kinetic energy in the backflow, which 

acts as blockage and accelerates the freestream. This is shown in Figure 57, where the 

circumferentially averaged velocity field of Figure 55b is normalized with that of Figure 55a, at 

ϕ=0.93. The increased effective ϕ reduces the blade loading and contributes to pressure loss, which 

becomes more pronounced at low ϕ, where the backflow is at its strongest. This loss is visible in 

Figure 56, from the slope difference between the data with inviscid (a,●) and viscous (b,Δ) shrouds.  
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  – Viscous shroud dissipates backflow momentum, its blockage accelerates freestream  

 
Second, the viscous boundary layer at the hub contributes to the growth of horse-shoe vortices, 

which are shown in Figure 58. The figure displays the PWA inducer blade in axonometric views from 

the front (a) and back (b), which supports the visual assessment of vortices. The blade is colored 

by the normalized viscous losses at the surface, expressed in the parallel force (fp), based on Eq. 

31. Vortices are indicated in grey, as fluid surfaces of constant vorticity. The viscous dissipation of 

the rotational energy of these vortices contribute to mixing losses. The relative strength of root 

vortices is determined by the flow rate (ϕ). At high ϕ, the pressure-side vortex dominates the losses 

in the blade passage, which is visible in Figure 60, and is responsible for the slope difference between 

data b (Δ) and c (◊) in Figure 56. 
 

 

                  

  – Root vortices appear in the 3D inducer passage, vortex strength determined by ϕ 

 
The plan-of-attack to extract viscous blockage due to the blades alone is shown in Figure 59. The 

underlying assumption is that the blade boundary layer has little effect on the strength of the 

secondary flows within the blade passage. This assumption allows for the indirect assessment of the 

viscous blockage, by using the difference of viscous losses between the setups depicted in Figure 

59e and Figure 59c. The pressure characteristics of these setups are indicated with the markers O 

and ◊ in Figure 56. The analysis of the simulations indicated that the viscous loss due to the boundary 

layer is exceeded by the viscous losses caused by its amplifying effect on the secondary flows. This 

made the underlying assumption of Figure 59 invalid, and posed a challenge to the assessment of 

viscous blockage due to the blades. Because of this challenge, and the time constraint of the present 

thesis, full 3D validation of the Viscous Blockage Model was not achieved.  
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  – Viscous blockage due to the blade boundary layer may be assessed indirectly from 

the difference of losses in the viscous (e) and inviscid (c) simulations 

 
Despite the limitations of the low-interference assumption detailed above, the viscous blade losses 

were assessed based on the logic of Figure 59, with a solely demonstrative motive. When 

implemented in inviscid 3D simulations, the Viscous Blockage Model yielded 20-50% discrepancy in 

the pressure characteristics, which are shown with red markers (o) in Figure 56. These results 

highlight the need for better model implementation, which is possible through an inviscid fluid solver. 

 

In the followings, the viscous losses, and the boundary layer thickness on the blades of the PWA 

inducer are discussed, which are the flow properties most critical to viscous blockage. For this 

demonstration, the simulation at Φ=0.093 was selected, for its articulate secondary flow features. 

 
 

5.4.2. Losses in the Rockwell Inducer Passage 

The Viscous Kinetic Energy Dissipation Model is driven by viscous losses in the blade passage, which 

can be assessed through the parallel force (fp, introduced in Eq. 31). The pitch-wise average of the 

parallel force is shown in the meridional view of the inducer blade passage in Figure 60. In the 

absence of thermal losses, because of the isothermal fluid assumption, the parallel force captures 

friction losses in the boundary layer, and mixing losses in the free shear layers. Based on the figure, 

the major contributors to viscous losses are identified, which is discussed next. 

 

The adverse pressure gradient at the inducer inlet leads to the early turbulent transition of the 

boundary layer, which dominates the viscous losses in the initial 25% of the chord. At low flow 

coefficients, where the tip leakage flow develops into extensive backflow, the initial viscous losses 

are dramatically increased. This is due to the acceleration of the freestream (based on Figure 57), 

and its mixing with the backflow, which results in increased blade loading and consequent losses 

along the entire span. In the hub region, losses are dominated by turbulent mixing in the core of 

the vortices, which are shed from the leading edges of blades. These vortices are shown in Figure 

58. The pressure-side vortex becomes considerably stronger than its suction-side counterpart at 

higher-than-design flow coefficients. At the tip at the mid-chord of the blade, the pressure difference 

between the two sides of the blade pivots, which results in reverse tip leakage flow, and the local 

acceleration of the fluid. Acceleration is captured by the negative values of the parallel force. The 

moderate viscous losses due to the boundary layer are only identifiable in the middle of the passage. 

e) 

d) 

c) 
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  – Kinetic energy loss assessment on the PWA inducer shows dominant secondary 

losses near the hub, shroud, and the leading edge of the blade (ϕ = 0.093) 

 

5.4.3. Boundary Layer Thickness in the Rockwell Inducer Passage 

In the current implementation, the Inviscid Stream Displacement Model is driven by the semi-

empirical boundary layer displacement data extracted from viscous simulations. The boundary layer 

thickness is also heavily affected by secondary flows, which is assessed in Figure 61, individually on 

the suction side (Figure 61a) and pressure side (Figure 61b) of the blade.  

 

The suction-side boundary layer undergoes rapid growth in the first 25% of the chord, and continues 

to grow at a reduced pace as it enters the blade passage. The pressure-side boundary layer shows 

a steady initial growth. Secondary flow affects the boundary layer thickness through the horseshoe 

vortices at the hub, which wedge into the surrounding flow. The reinforced tip leakage flow due to 

the aft-loading of blades extracts flow from the pressure side, which is shown in Figure 61b. The 

resulting fresh suction-side boundary layer bulks up the boundary layer in the middle of the blade 

passage, which is shown in Figure 61a. 

 

In conclusion, both the secondary flow losses, end wall losses and the friction losses in the blade 

boundary layer are coupled in the PWA (Rockwell) inducer, which presented challenges that were 

beyond the scope of the present work. To overcome these challenges, the use of both a different 

test geometry and fluid solver is recommended. The four-bladed MIT inducer is designed based on 

the SSME LPOP inducer [34], and has a better behaving flow field, with less dominant secondary 

flow, than the PWA inducer. The utilization of an inviscid flow solver (commercial, or in-house) may 

further reduce the computational cost, facilitate convergence of inviscid results at a wide range of 

flow coefficients, and ease the assessment of viscous blockage. Further recommendations are listed 

in Section 6.3. 
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 – Boundary layer thickness of the blade of the PWA inducer is affected by vortex 

formation at the root, and leakage flow at the tip (ϕ = 0.093) 
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6 
6 Conclusions 

 
 

6.1. Major Findings 

 
 

In the present thesis we have devised and validated a source-term-based 2D numerical model to 

investigate Rotating Cavitation (RC) in rocket inducers. The devised method reduces the 

computational cost of calculations by an order of magnitude compared to high fidelity RC assessment 

methods. This is achieved by one-phase inviscid simulations on a coarse mesh, which eliminates the 

turbulence model, the energy equation, the equations of two-phase mass transfer and the volume 

fraction equation of previous computational RC assessment methods. The viscous blockage is 

captured by two models, one accounting for viscous friction and one for flow displacement. The 

models are linked to the local flow field via the local flow coefficient (ϕ). The viscous body force 

formulation is coupled with a Cavity Blockage Model, which mimics the cavity displacement of the 

blade passage flow with surface sources. The Cavity Blockage Model is derived from the response 

of cavity volumes to changes in flow rate (ϕ), which is expressed in the dynamic transfer function 

called Mass Flow Gain Factor (M). The model may be extended to capture cavity response to changes 

in cavitation number (σ), expressed in the Cavitation Compliance (K). In the current model, which 

is a proof of concept, the dynamic modeling of cavities is not implemented. The proposed method 

facilitates computationally affordable research of non-axisymmetric, viscous, two-phase flow 

instabilities of several types. 
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The combined Viscous Blockage Models capture the slope of viscous total-to-total pressure 

characteristics within 0.26% error in the NASA rotor 67 2D mid-span cascade. The Cavity Blockage 

Model consistently under-predicts the cavity extent around hydrofoils by 5%, which is especially 

notable at low σ. The discrepancy is due to the CFD implementation of the transpiration concept, 

which is limited by the surface curvature and blunt leading edge profile of hydrofoils, such as the 

NACA-0015. This limitation is alleviated in inducers, which feature flat blades and sharp leading 

edges. Even with the current implementation around hydrofoils, the model yields satisfactory 

accuracy for a proof of concept.  

 

RC was captured in both viscous and inviscid two-phase simulations, matching the flow rate (ϕ) and 

cavitation number (σ) at which its onset was anticipated, based on experimental data. The viscous 

two-phase assessment indicated 14% higher frequency of RC than reported in the reference [100]. 

The forward-rotating self-sustained interaction cycle of RC was successfully captured in one-phase 

inviscid simulations, using only the steady Cavity Blockage Model. This corroborates the hypothesis 

that the contribution of viscous blockage to RC is marginal compared to that of cavity blockage. This 

observation cannot be generalized to 3D. The dynamic assessment of RC via the dynamic transfer 

functions K and M is beyond the reach of the present thesis, in which RC is captured through the 

instantaneous cavity response model. Without the dynamic modeling of the cavity displacement 

domain, the propagation velocity of RC is governed by the information propagation velocity in the 

liquid phase, and not the natural time rates of cavity dynamics. This results in an order of magnitude 

larger RC propagation velocities indicated by the Cavity Blockage Model, than what experiments 

suggest. Even though the propagation velocity is not controlled by the proposed cavity model, the 

identified forward propagating instability mechanism unmistakably corresponds to RC. This supports 

the hypothesis, that RC is a purely blockage-driven phenomenon. 

 

Finally, the viscous models were scaled to 3D, and applied to a test inducer of simple geometry. The 

flow field of the selected inducer (PWA or Rockwell) is heavily affected by secondary flow features, 

which made the assessment of viscous friction losses and streamline displacement challenging. The 

key features of the flow field, and the components of the Viscous Blockage Model were nevertheless 

assessed. Blade losses were found to be marginal compared to secondary and end wall losses in the 

3D inducer. The slope of viscous total-to-total pressure characteristics was captured within 1% error 

by setting up the hub and shroud as viscous walls, even without any viscous model implementation. 

A constant 20% error along the pump characteristics is likely attributed to the excess flow turning 

due to the lack of the boundary layer displacement, which has little dependency on the flow 

coefficient (ϕ). 
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6.2. Model Limitations 

 

6.2.1. Assumptions of the Source-Term Based Models 

The viscous Kinetic Energy Dissipation Model is derived for incompressible, isothermal fluids and 

adiabatic systems. Viscous heating and compressibility effects may be included in the parallel force 

model by using the formulation given by Peters (Eq. 27), instead of the one by Sorensen (Eq. 31). 

The streamline displacement models are applied to incompressible 2D fluid, but are not limited by 

these assumptions. The compressibility correction of the transpiration concept was included in the 

model derivation (together with its scaling to 3D), however, neither the compressible, nor the 3D 

capability was validated. Furthermore, transonic compressible application is not recommended, as 

no boundary-layer – shock-wave interaction was considered in the model derivation.  
 

6.2.2. Limitations due to Current Implementation 

At this early phase of model validation, loss and displacement data was extracted from two-phase 

and viscous simulations to populate the blockage model parameters. The generation of this semi-

empirical dataset requires the capability to simulate steady state viscous and two-phase cavitating 

flows. The devised blockage models might be driven by analytical correlations in the future, which 

would result in the substantial decrease of the wall time of numerical RC assessment. 

 

The current implementation of the cavity displacement extraction is based on streamline trajectories, 

which does not account for the initial flow turning around blunt leading edges. This leads to the 

necessary calibration of the cavity displacement model near the leading edge of hydrofoils. 

Furthermore, the tangential velocities of the displacement flow were approximated from free-stream 

values. This approximation loses validity near walls with substantial curvature, causing 5-10% 

relative error in the hydrofoil validation case. This discrepancy is acceptable in a proof of concept. 

The error is mitigated by the low curvature and sharp edge of inducer blades. 

 

In the present thesis, the Ansys CFX 17.1 fluid solver was used for all CFD simulations. CFX solves 

the Navier-Stokes equations of momentum conservation, which is not practical for inviscid 

assessment, because the viscosity cannot be set to zero. This means, that the mathematical 

formulation supports the formation and shedding of leading-edge vortices. This unsteadiness limits 

the validity of inviscid model assessment to a narrow range of flow coefficients around the pump 

design condition, and poses a challenge to the assessment of viscous blockage in 3D inducers. 
 

6.2.3. Limitations due to Time Constraint 

So far, the blockage models have been validated for 2D cases. In the current implementation, the 

propagation velocity of RC is affected by the information propagation velocity in the liquid phase, 

because the time rates of cavity growth and collapse are not controlled by the model. The Viscous 

Blockage Models were applied to a 3D test inducer, but full model validity was not achieved, due to 

challenges posed by the complex internal flow and the inviscid implementation of the fluid solver.  
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6.3. Further Research 

 
 

Future research should address the model limitations due to implementation choices, and further 

elaborate on concepts that for the time being could not be implemented. These are discussed first: 

 

The level of empiricism of the Cavity Blockage Model  shall be reduced by defining the cavity volume 

(Vc) analytically, as a function of the relative flow angle (β) and the flow coefficient (ϕ). A 

comprehensive study to define M and K in terms of non-dimensional pump parameters would ensure 

model applicability to several impeller geometries, without necessitating an empirical cavity database 

for every inducer setup. The time-accurate modeling of cavity volumes based on the dynamic 

transfer functions M and K would add control over the propagation velocity of RC to the cavity 

model, by which the RC assessment capability of the method would be whole. The dynamic transfer 

functions of the Cavity Blockage Model might be implemented in CFX using FORTRAN routines. User 

routines can assess time-step data otherwise not supported by the graphical user interface, which 

will help realize the computational advantage yielded by the blockage-based assessment of RC.  

 

Regarding model limitations due to implementation choices, the Cavity Blockage Model and the 

numerical modeling of inviscid flow can be identified as directions for follow-up work. The error in 

the predicted cavity extent around hydrofoils might be improved by prescribing purely normal 

direction for mass output through the wall, when the walls act as sinks at the back-side of cavities. 

This would reduce the delay in capturing flow reattachment at the backside of the cavity, which 

becomes noticeable as the cavity extends over 60% of the chord in the hydrofoil validation case. 

Finally, in order to mitigate the leading edge vortex shedding in inviscid solutions and further reduce 

the computational cost, the use of a 2D Eulerian solver is recommended instead of the pseudo-

inviscid approximation of CFX. Ansys Fluent can be set to solve the Euler equations on a 2D domain 

for instance. For further model validation on 3D inducers, the four-bladed MIT inducer developed 

by Lettieri et al. [51] is recommended over the PWA inducer (which was used in this study), for its 

better internal flow behavior and availability of abundant experimental and simulated data. 
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7 
 

7 Appendix 
 

A 1 Mesh sensitivity analyses 

 
Mesh sensitivity analyses were conducted for each geometry and mesh configuration (Eulerian or 

with wall-refinement). In each cases, a mesh density at which relative error dropped below 0.1% 

was selected, which is indicated with a solid black marker in the following figures. Below are results 

of mesh sensitivity analysis for the NASA rotor 67 single-blade geometry (Figure A1), its 2D mid-

span cascade (Figure A2) and the 2D cascade of Iga et al. (Figure A3). 

 
 

 
Figure A1 – Total Pressure Ratio of the NASA rotor 67 3D single blade geometry 
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Figure A2 - Pressure Coefficient of the NASA rotor 67 2D cascade, viscous & inviscid mesh 

 
 

Figure A3 – Total Pressure Ratio of the 2D cascade of Iga et al. for β=5º (ϕ=.176) 
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A 2 Summary of Calculation Setup 

 

 

The followings are general guidelines for simulation setup, which aim at facilitating further research 

in the field. The fellow researcher who will continue the project is encouraged to read through the 

following considerations and advices. 

 

 

 

Pre-Processor 

 

The physics of a CFD simulation is set up in the pre-processor. The User needs to define a discretized 

(meshed) geometry that represents the flow domain of the experimental setup, set the physics of 

the solver and the boundary conditions, and in some cases provide the initial flow conditions of the 

simulation. These steps should fully characterize a mesh-independent solution, and are further 

explored below. 

 

The fluid domain of complex numerical problems (for which analytical solution is unattainable) must 

be split into smaller subdomains, which are more approachable by the partial differential equations 

that govern fluid flow and heat transfer. The Geometry of turbomachines can be designed in the 

parametric blade modeler of Ansys, called BladeGen. BladeGen cannot model 2D geometries, but 

they can be approximated by setting the impeller radius to large values, thus reducing the domain 

curvature. Subsequently, the number of blades need to be increased to preserve blade pitch. Note, 

that BladeGen requires at least three span-wise profiles to create the blade geometry. In case of a 

one-cell-wide quasi-prismatic domain, the center profile can be manually deleted in the geometry 

output file, to reduce the computational overhead by 50%. Alternatively for simple geometries, such 

as the NACA-0015 hydrofoil test cases presented in this thesis, Ansys ICEM might be used to 

generate structured hexahedral mesh. This environment requires a substantial amount of manual 

labor to set up the fluid domain and mesh at once, but the GUI actions can be recorded into scripted 

sessions from which iterations on the geometry can be generated with relative ease. Flat blade 

cascades might be generated in ICEM by assigning different materials to neighboring blade channels 

before blocking.  

 

The process of geometrical discretization is called Mesh Generation (or Grid Generation), and it 

requires some expertise. Automatic mesh generators, such as TurboGrid may help provide high-

quality structured mesh for turbomachinery applications. TurboGrid is compatible with BladeGen. In 

general, the mesh needs to be as coarse as possible, while conforming to general quality standards, 

to ensure optimal performance of the solver. The independence of the solution on the mesh quality 

should always be checked by reaching convergence on different discretization sizes and comparing 

the results. In general, a deviation of 0.1% from the asymptotic value is accepted. If the condition 

is not fulfilled, the mesh size must be increased by 50%, and checked again. This is done in Appendix 
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A1 in the present thesis. The most important quality checks of a mesh are aspect ratio, skewness, 

expansion ratio and the size of the first cell near viscous walls, expressed in the non-dimensional 

wall distance: y+. This value is critical to solving the viscous boundary layer, and it should be kept 

around 1 for SST applications. As a rule of thumb, expansion ratio in the wall refinement domain 

should be kept at a maximum of 1.2, which results in a minimum of 35 cells across the boundary 

layer domain.   

 

Boundary Conditions (BC) refer to the prescribed properties of fluids on the inlet, outlet or opening 

interfaces, the expected behavior of fluids next to walls, and across fluid interfaces. BCs should 

always be chosen to provide acceptable control over the critical simulation parameters, and fully 

characterize the solution. For instance, prescribing mass flow at the outlet of a nearly choked 

transonic fan might result in wildly different pressure fields within the numerical uncertainty of the 

BC, providing little control over the results, and bad convergence. These cases can be set up with 

total pressure at the inlet and static pressure at the outlet, which is a robust combination of BCs. As 

a rule of thumb, BCs should provide enough information for the solver to calculate the internal 

energy, velocity- and pressure fields of the domain. Total pressure & mass flow or total pressure & 

static pressure are robust combinations to be defined at the inlet and outlet. BCs should always be 

defined with an understanding of the physics of the setup, possibly with the feasibility concerns of 

a wind-tunnel experiment in mind. Walls might be set to no-slip for solving the boundary layer or 

free-slip for assuming inviscid walls, which do not require mesh refinement. Additional BCs are those 

of internal fluid interfaces, which might be symmetry, cyclic, rotating or general connection. The 

latter two may connect adjacent fluid domains defined in separate geometries. Cyclic wall conditions 

allow the user to simulate only one blade channel of axisymmetric cases, by linking the flow at the 

two cyclic sides of the domain. Symmetry condition is generally useful to define parallel flow on a 

surface without defining it as wall. This BC might be defined on the top and bottom of 2D domains. 

 

Finally, Initial Conditions are necessary to initiate the two-phase solver. First, the initial volume 

fractions need to be prescribed at the entire fluid domain, which is usually φv=0 & φl=1 uniformly. 

Second, the two-phase solver must be initiated from a fully converged one-phase pressure field for 

the solver to converge. This is because the Rayleigh-Plesset equations (and its formulation by Zwart, 

used by CFX [90]) treat the fluid as an interpenetrating continua of two phases. During the initial 

convergence of the flow field, local pressure minimums may induce non-physical cavitation in the 

free-stream, and around velocity boundaries, which the solver cannot find its way back from. 

Therefore, an initial solution needs to be attained in all cases, with both fluid phases present in the 

solution, but with the cavitation model switched off, and φv set to a uniform 0.  
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Solver 

 

The Solver may be initiated from Ansys Workbench, from the pre-processor, or from the command 

window through the cfd5 command. Matlab may also communicate with the pre-processor, solver 

and post-processor through the cfd5 environment. Matlab macros around CFX may be used to set 

up several cases in succession, process simulation results, and even externalize the optimization 

engine. In some cases, when the solver or interpolator faces memory shortage, increased memory 

allocation (by 20%) might solve the problem. 

 

The Solver might solve the fully inviscid Euler equations, or the Navier-Stokes (N-S) equations of 

momentum conservation. Accompanying the momentum equation, the continuity equation, and in 

some cases the energy equation (1 eq.), the equations of two-phase mass transfer (2 eq.) and 

volume fractions (1 eq.), and the equations of a turbulence model (2 eq.) might be required. CFX 

solves the N-S equations, which poses a challenge to assessing inviscid flows. Namely, the non-zero 

viscosity supports velocity curl and hence vortex formation in the domain, which will subsequently 

shed from the leading edges of blades even at relatively small flow angles, preventing the solution 

from reaching convergence. Inviscid solutions of small flow angles may be approximated by setting 

low viscosity, inviscid wall conditions, and selecting the laminar turbulence model. The turbulence 

model encompasses the set of equations that solve the Reynolds stresses in a Reynold Averaged 

Navier-Stokes (RANS) simulation. In general, the SST model is recommended for turbomachinery 

applications, which provides a combination of the k-ω and k-ε models, detailed in Section 3.1.2 of 

the present thesis. The energy equation is needed when heat transfer is modeled either by external 

heat sources, or by internal heating due to viscous friction in high-velocity compressible fluids. In 

case of liquid fluid simulations, and what concerns Rotating Cavitation (RC), an incompressible, 

isothermal fluid approximation yields valid results. Such simulations require uniform fluid 

temperature to interpolate constant fluid properties from, and no energy equation.  

 

Modeling RC requires transient simulations. In the present thesis, setting 10 time steps per blade 

passing was found to yield time-step independent results, which on the 2D cascade of Iga [100] 

means a time step of 0.0004 s. Time step data may be saved at every step for demonstrative 

purposes, such as video compiling, for creating time plots, or for assessing the propagation velocity 

of traveling instabilities, but it dramatically increases the required memory and wall time of the 

simulations. Time-plots are also available in the solver manager, provided that the user defined the 

appropriate monitor objects in the pre-processor. Time-step independence should also be checked. 

 

It is advisable to use custom monitor points to monitor solution convergence, as equation residuals 

are not always the best indicators of convergence. For example, at turbulent cases, or where 

separation is present in the solution, the residuals flatten out, while the solution still converges. 

Monitor statistics may also be used to assess simple time-step data. Monitor statistics can access 

the minimum value of an arbitrary set of time step data at monitor objects. This data needs to be 

made monotone through the monitored expression, to make sure that the minimum value 

corresponds to the minimum time step. This can be achieved by multiplying the monitored 



       

96 
 

expression with timeStep*10x, where x may be selected to yield monotone data. This allows the 

user to circumvent the necessity of using user FORTRAN in simple cases, which require access to 

data from previous time steps. In more complex cases, the monitor approach may induce cyclic 

dependence of variables, and the use of FORTRAN is unavoidable. 

 

 

 

Post-Processor 

 

The use of macros written in Matlab proved to be especially useful during post-procession. Both 

states and post-processing sessions can be saved into easily intelligible text files. These can be 

modified either manually, or by an appropriately written code in a loop to assess several cases with 

minimum repetitive manual labor. Boundary layer thickness cannot be directly extracted from CFX. 

The velocity profiles may be extracted from lines normal to the blade surface at several locations 

along the chord. Automation of the line assignment and data extraction might significantly reduce 

the overhead of post-procession. Boundary layer thickness was taken at locations, where the 

tangential velocity approached 99% of the free-stream value. Assessing the extent of the cavity 

domain is considerably easier. It was found, that the fluid surface of 25% vapor volume fraction 

(φv=0.25) best coalesced with the cavity-induced discontinuities in the velocity field. In the present 

thesis, the trajectory of the first streamline adjacent to the cavity volume was used to drive the 

Cavity Blockage Model. The streamline trajectory captures the profile of the cavity displacement, 

the recirculating domain behind it, and the viscous displacement of the reattached flow. On the flip 

side, streamline data does not correct for the initial flow turning at the leading edge of blunt-edge 

blades, which may necessitate model calibration in the initial 10% of the chord.   
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