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Underground pipelines are the arteries of our nation, the lifeblood of our
society. They work silently and continuously, 24 hour a day, 365 days a

year, to deliver the energy to enable our country to thrive.

Opening Address by I. Itzkovitch
to Managing Pipeline IntegrityAn Issues Workshop

on Pipeline Life cycle in 1994
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Summary

T he assessment of the potentially destructive impacts of subaqueous landslides
on offshore pipelines is required when the pipeline route passes through zones

with a risk of mass movements. Therefore, quantifying and evaluating the ultimate
load/pressure acting on the pipeline is one of the key factors in geotechnical safety
design of the pipeline. One of the triggers of subaqueous soil mass movements
is the monotonic loads, which induce the trigger relative displacement between a
soil layer and a pipe under both drained and (partially) undrained conditions. Two
approaches based on geotechnical and fluid dynamics perspectives have been pro
posed for estimating the ultimate load/pressure for different stages of a submarine
landslide. Traditionally, the former method focuses on the analysis of pipelines in
stalled under flat seabed experiencing relative movements to the surrounding soil,
whereas, the latter method focuses on the behaviour of pipelines laid on the sur
face of the seabed and subjected to debris flows. However, offshore pipelines
are often buried under the seabed, which is not always flat and has a modest in
clination in some cases. This engineering condition normally differs from that of
the simplifying assumptions and boundary conditions (such as seabed inclination,
and soil strength) commonly imposed to the geotechnical and fluid dynamics ap
proaches. Accordingly, a better understanding of the soilpipeline interaction when
the pipelines are buried in subaqueous slopes is essential for evaluating the ultimate
load/pressure that would be caused by the slope failures.

This thesis presents a research effort on investigating the soilpipeline interac
tion during subaqueous slope failures using advanced physical modelling. In this
research, the experiments can be divided into two main groups according to the
soil drainage conditions. The first group of tests were carried out in the drained
condition by using dry sand as the soil material for the slopes. The pipe was buried
at 5 different locations inside the slopes to study the pipe burial position and pipe
embedment ratio effects on the ultimate pressure during slope instability. Particle
image velocimetry analysis was conducted to study the pipe movement and slope
failure mechanisms. The results of these tests reveal that the slope angle and the
pipe distance to slope crest play significant roles on the ultimate loads acting on
the pipe.

The second group of tests were carried out in the (partially) undrained condition
which consists of three steps, the first of which was designed with the main aim
of simulating monotonicloadinduced liquefaction in a centrifuge. An actuator was
designed which comprised of a tilting system, a fluidization system and high speed,
high resolution image capturing system. An Xray CT scan was also performed to
monitor the uniformity of the samples. The outcome of this step of the research
was the development of a novel test setup for controlled and repeatable triggering
of landslides in submarine slopes using geotechnical centrifuge.

xi



xii Summary

The second step of this research examined the scaling laws for pore fluid viscos
ity to simulate the onset of monotonicloadinduced liquefaction in the centrifuge.
A hypothesis of a static liquefaction triggering mechanism was proposed, which is
followed by the determination of the scaling factor of pore fluid viscosity based on
the grain scale analysis. A ”modellingofmodels” study was carried out on satu
rated sandy samples using both Nfluid and √𝑁fluid as the pore fluids. (Nfluid
represents a fluid has a viscosity of Ntimes higher than water; √𝑁fluid represents
a fluid has a viscosity of √𝑁times higher than water.) Based on the experimen
tal results in terms of slope failure angle and excess pore pressure ratio, it was
confirmed that the scaling factor of pore fluid viscosity for simulating the onset of
static liquefaction (i.e. for slope stability analysis) is different from that for simu
lating slope postliquefaction behaviour. The former case requires a fluid √𝑁times
more viscous than water, while the latter case requires fluid Ntimes more viscous
than water.

In the last step of this group of tests, the pressures acting on the buried pipes
during slope liquefaction were measured and the influence of including pipe em
bedment ratio, pipeline structural stiffness, slope angle and shear strain rate on the
measurements were investigated. The Particle Image Velocimetry technique was
applied, which enables the analysis and visualization of the development of static
liquefaction. The ultimate pressures exerted on the pipes were compared with the
estimations from both the geotechnical and fluid dynamics approaches. The results
indicated that, unlike the geotechnical approach, the ultimate pressures were not
affected by the different pipe embedment ratios; however, there was a power law
relationship between the ultimate pressures and the soil shear strain rates. Further
more, it was observed that a higher value in either the pipeline structural stiffness
or slope angle would result in a higher soil shear strain rate and a larger ultimate
pressure on the pipe.



Samenvatting

W anneer een offshore pijpleiding zich in een zone bevindt waarin onderzeese
aardverschuivingen kunnen optreden, dienen de mogelijke gevolgen van een

dergelijke aardverschuiving in kaart te worden gebracht. Om bij het ontwerp het
vereiste veiligheidsniveau te bereiken dient de (geotechnisch) ingenieur de grootte
en de aard van de belasting, die op de pijpleiding aangrijpt, te kennen. Een on
derzeese aardverschuiving kan onder andere door een monotone belasting wor
den getriggerd en als gevolg hiervan kunnen er relatieve verplaatsingen tussen de
grond en de pijpleiding optreden. De grond kan zich hierbij zowel gedraineerd of
(gedeeltelijk) ongedraineerd gedragen, afhankelijk van de snelheid van het proces.
Twee verschillende benaderingen, gebaseerd op respectievelijk grond en vloei
stofdynamica, zijn voorgesteld om de belasting tijdens de verschillende stadia van
een onderzeese aardverschuiving te schatten. Traditioneel richt de eerstgenoemde
benadering zich op pijpleidingen die zijn aangelegd onder een vlakke zeebodem
en relatieve bewegingen ondergaan ten opzichte van de omringende grond, ter
wijl de laatstgenoemde benadering zich richt op pijpleidingen die op de zeebodem
zijn gelegd en blootstaan aan puinstromen. Offshore pijpleidingen liggen echter in
werkelijkheid veelal begraven onder de zeebodem, die niet overal even vlak is en
ook een bescheiden helling kan aannemen. Deze conditie verschilt daarmee van
de vereenvoudigende aannamen en condities, zoals zeebodemhelling en bodem
sterkte, die gewoonlijk worden opgelegd aan de twee genoemde benaderingen.
Dienovereenkomstig is, wanneer pijpleidingen worden begraven in onder water ge
legen hellingen, een beter begrip van de interactie tussen de grond en de pijpleiding
essentieel voor het evalueren van de uiteindelijke belasting die worden veroorzaakt
door de afschuivingen.

Dit proefschrift behelst onderzoek naar de interactie tussen de pijpleiding en
de bodem tijdens een afschuiving van een onderwatertalud met behulp van gea
vanceerde fysieke modellering. In het licht van de drainagecondities kunnen de
experimenten die zijn uitgevoerd in dit onderzoek worden onderverdeeld in twee
hoofdgroepen. De eerste hoofdgroep behelst experimenten waarin volledig gedrai
neerd gedrag is gewaarborgd door droog zand toe te passen als materiaal voor de
taluds. De modelbuis is op vijf verschillende locaties onder het talud gepositioneerd
om de invloed van de aanlegpositie en van de inbedding op de uiteindelijke belas
ting tijdens een taludinstabiliteit te bestuderen. De gemaakte opnamen zijn door
middel van de Particle image velocimetrymethode geanalyseerd om de beweging
van de pijpleiding en het faalmechanisme van het talud te bepalen. De tetsresul
taten laten zien dat de helling van het talud en de afstand tussen de pijpleiding en
de kruin een belangrijke rol spelen als het gaat om de belasting op de pijpleiding.

De tweede hoofdgroep bevat experimenten waarin (gedeeltelijk) ongedraineerd
gedrag is opgelegd. Hierin kunnen drie stappen worden onderscheiden. De eer
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xiv Samenvatting

ste stap was het mogelijk maken van het simuleren van een statische liquefactie
in een geotechnische centrifuge. Voor dit doeleinde is een opstelling ontworpen
en ontwikkeld die bestaat uit een kantelsysteem, een fluïdisatiesysteem en een
camerasysteem, dat hoog frequent beelden met hoge resolutie kan vastleggen. Er
is gebruikt gemaakt van de röntgenCTscantechniek om de uniformiteit van het
grondmodel te evalueren. Het resultaat van deze eerste stap was de ontwikke
ling van een nieuwe testopstelling voor een geotechnische centrifuge waarmee ge
controleerd en herhaalbaar afschuivingen in een onderwatertalud kunnen worden
geactiveerd.

Bij de tweede stap binnen dit onderzoek zijn de schaalwetten voor de viscositeit
van de porievloeistof onderzocht om de aanvang van een statische liquefactie te
simuleren tijdens een experiment in een centrifuge. Hiervoor is eerst een hypo
these opgesteld over het mechanisme dat een statische liquefactie activeert. Dit
werd gevolgd door het bepalen van de schaalfactor op basis van een analyse van
de korrelgrootte. Het“modellerenvanmodellenprincipe”is toegepast op verza
digde zandmonsters door twee typen porievloeistof toe te passen: een vloeistof
met een viscositeit N keer groter dan water en een vloeistof met een viscositeit √N
keer groter dan water. In termen van hellingshoek en relatieve wateroverspanning
bevestigen de testresultaten dat de vereiste schaalfactor voor het simuleren van de
aanvang van een statische liquefactie (d.w.z. voor de analyse van de taludstabili
teit) verschilt van die voor het simuleren van het taludgedrag na verweking. Het
eerste fenomeen vraagt om een vloeistof met een viscositeit √N keer groter dan
water, terwijl het tweede fenomeen om een vloeistof vraagt met een viscositeit N
keer groter dan water.

De laatste stap binnen de tweede hoofdgroep experimenten bestond uit het me
ten van de drukken op de leiding tijdens het verweken van het talud. Daarbij is de
invloed van de inbeddingsdiepte en de stijfheid van de pijpleiding, van de helling
van het talud en van de schuifreksnelheid op de gemeten drukken onderzocht. Om
de ontwikkeling van de statische verweking te analyseren en te visualiseren is ook
hier de Particle image velocimetrymethode toegepast. De gemeten drukken die
werden uitgeoefend op de modelpijpleiding zijn vergeleken met de schattingen op
basis van zowel de geotechnische en de vloeistofdynamicabenadering. In tegen
stelling tot de geotechnische benadering suggereert, werden de gemeten drukken
niet beïnvloed door de inbeddingsdiepte van de leiding. Er werd echter wel een
machtsverband gevonden tussen de uiteindelijke druk op de leiding en de schuif
reksnelheid in het grondmodel. Verder werd waargenomen dat een hogere waarde
van de stijfheid van de pijpleiding en/of van de hellingshoek van het talud resul
teert in een hogere (relatieve) schuifreksnelheid en daarmee in een hogere druk
die wordt uitgeoefend op de leiding.



1
Introduction

The fear of the Lord is the beginning of wisdom.

Psalm 111:10, New International Version.
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2 1. Introduction

1.1. Background

D uring the period from 1970s to 1990s, around 90 000 km of offshore pipelines
have been installed. It is reported that 6436 km of offshore pipeline are planned

to be built in the years from 2016 to 2020 . Due to the long transportation distance,
offshore pipelines may span over a variety of geotechnical/geological environments
and pass across areas with a high potential for geohazards. The failure of subma
rine slopes is one of the frequently reported geohazards that may have catastrophic
effects on offshore infrastructure (Randolph and Gourvenec, 2011).

Reifel (1979) reported seven significant buried/unburied pipeline damages which
were caused by mudslides during the period from 1961 to 1977. Woodson (1991)
reported that 12% of pipeline failures in the Gulf of Mexico (U.S. outer continental
shelf region) were caused by natural forces, such as storms and mudslides. The
transported crude oil flows into the ocean as a consequence of the pipelines’ leakage
contributed to marine landslides. This will cause pollution, death of sea creatures
and shortage in energy supply, and require huge reparation fees (Randolph and
Gourvenec, 2011). During the private communication with some experts from the
petroleum industry, the author has learned that many cases of offshore pipeline
failure damaged by geohazards have not been published to the public to avoid the
potential negative effects on global petroleum price and hence also on the global
economy.

Compared to onshore landslides, offshore landslides feature long runout dis
tance, huge released soil mass and mild slope failure angle, as seawater signifi
cantly influences the sliding process. It is reported that the runout distance of
subaqueous landslides varies from less than one kilometre to tens of kilometres
with released material ranging from less than 10 km3 to more than 100 km3 (Gue,
2012). Submarine slope failure angles are generally smaller than 25∘, with most
failure angles ranging from less than 1∘ to 10∘. The characteristics of subaque
ous landslides are influenced by many factors such as geophysical and geological
conditions, triggering mechanism, and environment conditions.

The development of a submarine landslide can be generally divided into five
stages as explained by Boylan et al. (2009), which are schematically illustrated
in Figure 1.1. At the different stages, the soil velocity and properties vary sig
nificantly. The sliding material can be regarded as intact soil moving slowly and
holding geotechnical properties in the initiation stage. The failed soil mass then
becomes agitated and transits into debris flow, turbidity current and heavy fluid,
with a high moving rate as the gravitational potential energy converts to internal
kinetic energy. The strength of the sliding material is weakened accordingly during
the evolution of a submarine landslide attributed to the presence of excess pore
pressure (EPP). When the EPP is zero, the soil mass has a drained shear strength;
when the EPP equals the soil principle effective stress, the soil mass liquefies and
loses its shear strength; and when the EPP is less than the soil principle effective
stress, the soil has an undrained shear strength. Clearly, the magnitude of the
generated EPP plays an important role in affecting soil properties and soilpipeline
interaction mechanisms.

Sandy soil is widely distributed in the delta areas and inner continental shelf.
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Figure 1.1: Schematic illustration of the evolution of a marine landslide (Modified after Boukpeti et al.,
2012, Boylan et al., 2009, Fan et al., 2018)

This type of soil is normally characterised as fine, loose and saturated sand which is
prone to liquefaction under either cyclic or monotonic loading conditions. Monotonic
loads due to rapid deposition, toe erosion, scour, slope steepening and human con
struction activities have been reported as one of the major factors affecting seabed
slope stability (Kvalstad et al., 2001, Ye et al., 2017). Slope angles increase with the
process of sedimentation deposition, erosion or tectonic motion, and liquefaction
may happen as a result of the changing of soil stress conditions and the accumula
tion of pore pressure during this process.

In engineering practice, some offshore pipelines are designed to be fully em
bedded into seabed with a certain depth for protection from hydrodynamic loads
due to strong currents/waves above seabed, or impact loads from ship anchors or
icebergs. In the geotechnical design of a buried pipeline, the prediction of pipeline
external loads is indispensable. A buried pipeline subjected to a marine landslide
will deform, as schematically illustrated in Figure 1.2, due to the combination of var
ious loads such as drag force along the soil moving direction, uplift and selfweight
in the outofplane direction, as well as soil passive and frictional resistance out
side of the soil failure zone. Zakeri et al. (2008) proposed that the ultimate external
load in the direction perpendicular to the pipeline axis (horizontal direction) is larger
than the uplift force and soil resistance along pipeline axis. Thus, it is important
to evaluate the ultimate horizontal pressure acting on the pipeline during a marine
landslide.

Figure 1.2: Schematic illustration of pipeline deformation due to seabed movement (top view)
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1.2. Motivation and objectives

T he current study is motivated by the desire of providing a method to evaluate
the ultimate horizontal forces impacting on embedded pipelines with the con

sideration of seabed movement effects in order to reduce the chance of pipeline
damage that could be caused by subaqueous monotonicloadinduced landslides.
The attempts to investigate the ultimate horizontal pressure acting on the pipeline
generally fall into two main categories: geotechnical approach and fluid dynamics
approach, as summarised by Zakeri et al. (2008). Literature study of both meth
ods is presented in Chapter 2 and Chapter 6. Herein, in short, the geotechnical
approach is traditionally developed based on the condition that the pipe is buried
under flat ground, the soil resistance is caused by the active movement of the pipe,
and the pipe moving velocity could be controlled in such a way that the soil can be
mobilised under either drained or undrained conditions. While the fluid dynamics
approach considers the condition that a nonburied pipeline is being hit by a debris
flow with the assumption that the sliding material is a dense fluid composed of a
mixture of soil with water.

A reasonable assessment of the ultimate pressure/load acting on an embedded
pipeline as a result of seabed soil movement is crucial for offshore pipeline safety
design. However, both geotechnical and fluid dynamics approaches are not able to
be directly applied to the case when a pipeline is buried in an unstable slope. Thus,
this study aims at investigating soilpipeline interaction mechanisms with the pipe
embedded in an unstable subaqueous sloping ground under monotonic loads.

1.3. Methodology, novelty and outline of the thesis

P hysical modelling techniques have been widely adopted to investigate com
plex soilstructure interaction engineering problems, especially for subaqueous

landsliderelated issues (Boylan et al., 2010, Phillips and Byrne, 1995, Rui and Yin,
2019). Considering the scale and subaqueous environment, field and largescale
tests are impractical. Physical modelling has the advantage of studying prototype
soilstructure behaviour in smallscale models. As soil behaviour is highly depen
dent on stress conditions, the centrifuge modelling technique has been developed
to provide prototype stress conditions in smallscale models by performing tests
under enhanced centrifugal acceleration conditions.

Based on the literature study presented in Chapter 2 and Chapter 6, several
centrifuge tests have been conducted to investigate soilpipeline interaction mech
anisms based on geotechnical method (Hodder and Cassidy, 2010, Sahdi et al.,
2014, Zhang et al., 2002) and fluid dynamics method (Zakeri et al., 2012). How
ever, the research related to monotonicloadinduced seabed slope instabilities and
the behaviour of buried pipeline in inclined seabed is limited. Hence, in the cur
rent research, centrifuge modelling is adopted as the main methodology to simulate
monotonicloadinduced subaqueous landslides with the purpose of evaluating the
ultimate pressure impacting on a buried pipeline.

In this research, the soilpipeline interaction mechanism has been studied ac
cording to the two extreme drainage conditions, i.e. fully drained condition and
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undrained conditions. For loose sandy seabed, soil drainage is related to soil per
meability, loading rate and relative pipesoil moving rate. In prototype, sandy soil
deformation under monotonic loads can happen slowly under drained conditions or
rapidly under undrained conditions. Furthermore, the geometric factors, such as
pipe embedment ratio, slope angle and pipeline burial location according to slope
crest and slope toe, and soil shear strain rate, can influence the ultimate pressure
acting on the pipe as well.

Accordingly, centrifuge models with the variation of the abovementioned factors
have been conducted to explore their effects on the ultimate pressure exerted on
the pipe. This dissertation is composed of four main chapters (i.e. Chapters 3 to
6). The outline of these main chapters is presented in Figure 1.3. Each of these
chapters are organised with the purpose of being selfconsistent research work.
Among them, Chapters 3, 4 and 5 are journal papers which have already been
published, and Chapter 6 has been received positive feedback from the reviewers
of Landslides at the moment of submitting this dissertation. It should be noted
that two types of monotonic load triggering mechanisms (i.e. slope crest loads and
slope steepening) were assigned to the tests with different soil drainage conditions
as shown in Figure 1.3. The structure, purpose and methodology of these main
chapters and the selection of triggering mechanisms are explained in the following
subsections.

Figure 1.3: Schematic illustration of the main structure of this dissertation

Furthermore, this dissertation consists of the three other chapters, which are
explained below:

• Chapter 1 introduces the background, motivation and objectives of this study
as well as the main adopted methodology.



1

6 1. Introduction

• Chapter 2 reports the literature review of previous research on soilpipeline
interaction and on centrifuge modelling of marine landslides. Two traditional
analytical models for predicting the ultimate pressure are introduced first.
Secondly, the experimental techniques that have been developed in the pre
vious research are briefly reviewed. Lastly, the limitations of these two ana
lytical methods are discussed.

• In Chapter 7, a summary of the thesis, some main research conclusions and
recommendations for future research are provided.

1.3.1. Simulation under drained condition (Chapter 3)
Many researchers have conducted tests under dry condition to simulate soil be
haviour under fully drained condition (Cox et al., 2014, Yamada et al., 2010). In
the case when excess pore pressure can dissipate freely, the behaviour of dry sandy
samples is similar to that of saturated sandy samples provided that all other con
ditions are the same. However, the buoyancy effect on soil stress levels should be
accounted for when air is used as the pore fluid.

Chapter 3 presents some centrifuge slope failure tests triggered by monotonic
loads on slope crest by using a displacementcontrolled load actuator. This trig
gering mechanism is analogous to that of construction loads on seabed slopes or
deposition of sedimentation. For exploring pipe burial position and pipe embed
ment ratio effects on the ultimate horizontal pressure, the pipe was buried at five
different locations in the slopes. Strain gauges were installed on the pipe to mea
sure the external forces on the pipe induced by the surrounding soil movements. To
investigate soilpipeline interaction mechanism, slope failure mechanisms were vi
sualised by using the Particle Image Velocimetry (PIV) technique. Moreover, a new
prediction method is introduced as a modification of the traditional geotechnical
method for estimating the soil resistance acting on a pipe buried under flat ground.
The new method is able to consider the effects of slope angle and pipetoslope
crest distance on the ultimate pressure.

1.3.2. Simulation of static liquefaction (undrained condition)
–a) development of the test setup (Chapter 4)

As the first step to investigate the ultimate pressure on a buried pipeline due to the
static liquefaction of a subaqueous slope, a novel testing system was designed to
simulate subaqueous slope static liquefaction. The sample preparation system, the
triggering mechanism of static liquefaction, the pipeline burial and external pressure
measuring system and the image capturing system were integrated into the test
setup design. Chapter 4 presents the details of this newly developed setup.

The fluidization method was adopted to prepare loose and saturated sandy sam
ples with the purpose of resembling seabed soil structures and conditions. The
relative density, uniformity and saturation of a sandy sample play important roles
in simulating seabed static liquefaction. Therefore, the examination of these prop
erties of the sample are introduced in Chapter 4.

Slope steepening (i.e. gradual increase of shear stress level) was selected as the
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triggering mechanism of static liquefaction, hence, a tilting mechanism was added
into the test setup. Gradual increase of local seabed inclination can be induced by
the deposition of sedimentation or sand erosion and scour around hydraulic struc
tures and offshore foundations. During this process, shear stresses in the soil body
increase monotonically which may eventually lead to static liquefaction. Such pro
cesses have been identified as a potential threat to the safety of the Eastern Scheldt
storm surge barrier, in which a scouring hole has been developing near the seabed
protection layer of the barrier (De Jager, 2018, Silvis and Groot, 1995). Further
more, the slope steepening rate effects and Coriolis effects on sample stability are
discussed in Chapter 4.

1.3.3. Simulation of static liquefaction –b) investigation of scal
ing laws for pore fluid viscosity (Chapter 5)

As the second step to investigate the ultimate pressure on a buried pipeline due to
the static liquefaction of subaqueous slope, the scaling factor for pore fluid viscos
ity was investigated to simulate subaqueous slope static liquefaction by using the
test setup developed in Chapter 4. The onset of static liquefaction in loose sand
is related to the change of the soil drainage regime, from drained to temporarily
undrained conditions, which is directly linked to the pore fluid viscosity. In order to
simulate prototype behaviour properly in a 1/Ntimesscaled model at a centrifugal
acceleration field of Ng, an understanding of the scaling effects of the testing ma
terials is necessary. For example, in an Ng test, time for dynamic processes has a
scaling factor (prototype/model) of 1/N, whereas time for pore fluid pressure dis
sipation has a scaling factor of 1/𝑁2, hence a fluid with a viscosity Ntimes higher
than that of water is required to study dynamic processes.

For a monotonicloadinduced slope liquefaction, the failure process can be
divided into two processes, i) static phase: the onset of static liquefaction, be
fore which the stress condition changes monotonically; ii) dynamic phase: once a
seabed liquefaction develops, i.e. the soilfluid behaviour is dynamic. The scaling
factor for pore fluid viscosity has been well studied for the dynamic phase, however,
for the static phase, relevant studies are limited.

Hence, in Chapter 5, firstly a postulation about static liquefaction trigger mech
anism based on the grain scale analysis is presented; then results of centrifuge
tests conducted under three different centrifugal accelerations with two types of
fluid viscosity are discussed. The first type of fluid has a viscosity of √𝑁 times
that of water, which is determined from the grain scale analysis; the second type
of fluid has a viscosity of N times that of water, which is traditionally used for the
simulation of fluid dynamic behaviour. Slope failure angles which indicate the onset
of static liquefaction and excess pore pressure ratio at various locations are com
pared to examine and verify the scaling factors of pore fluid viscosity in simulating
the onset and postliquefaction behaviour of monotonicloadinduced liquefaction
of subaqueous landslides.
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1.3.4. Simulation of static liquefaction –c) behaviour of buried
pipelines in staticallyliquefied slopes (Chapter 6)

The last step to investigate the ultimate pressure on a buried pipeline due to static
liquefaction of subaqueous slope is to introduce the pipeline burial and external
pressure measuring system in the test setup explained in Chapter 4. In Chapter
6, soil and buried pipe behaviour during the initiation of subaqueous slope static
liquefaction is discussed. The ultimate pressures exerting on the pipes are com
pared to the two traditional approaches, namely geotechnical approach and fluid
dynamics approach, as well as to the modified geotechnical approach proposed in
Chapter 3. Furthermore, the influence of pipe embedment ratio, pipeline structural
stiffness, slope angle and soil shear strain rate are investigated. Besides, a high
speed, high resolution imaging system is introduced which enables the application
of the PIV technique in analysing soil flow behaviour during slope liquefaction. The
evolution of liquefaction zone is presented.
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This chapter aims at presenting an overview on the previous experimental re
search on soilpipeline interaction. Note that a detailed literature review on each
specific topic can be found in Chapters 3 to 6 according to their corresponding objec
tives. Hence, some of the equations reported in these chapters are also presented
and discussed in this chapter for the sake of clarity.

During the development of a subaqueous slope failure, the sliding soil mate
rial may experience a transition from intact soil, holding shear strength, in the
initial stages to soilfluid mixture behaving like debris flow or heavy fluid in the
later stages, as demonstrated in Figure 1.1. In practice, offshore pipelines might
be located either within the initial zone or on the runout path of a slope failure.
Accordingly, geotechnical and fluid dynamics approaches have been proposed as
summarised by Zakeri et al. (2008). The geotechnical approach focuses on the
soilpipe interaction when a pipe is buried and moves in a soil layer which has kept
the original shear strength properties to a large extent; the fluid dynamics approach
focuses on the impact of a fluid like flow on a pipe that is placed on the seabed. This
chapter firstly describes these two approaches. Thereafter, details of the previous
centrifuge modelling techniques applied to investigate soilpipeline interaction are
discussed. This is followed by a brief introduction to the centrifuge modelling of
marine landslides.

2.1. Soil reaction due to pipe movement
2.1.1. Geotechnical approach
Various formulae in the form of Equations 2.1 and 2.2 have been developed to
evaluate the ultimate soil pressure (𝑞u) acting on a buried pipe due to the hori
zontal motion of the pipe, as recommended in the pipeline design guidelines (e.g.
Alliance, 2001, ASCE, 1984, CCORE et al., 2009). Here, 𝛾′soil is effective soil unit
weight; 𝐻𝑐 is pipe buried depth defined as the distance between the soil surface
and the pipe centre; 𝑁qsand is a bearing capacity factor for sand which has a re
lationship with pipe embedment ratio (𝐻c/𝐷, where D is pipe diameter) and soil
friction angle (Hansen, 1961, Ovesen, 1964); 𝑠u is undrained shear strength; and
𝑁qclay is a bearing capacity factor for clay (it is either a constant or shear strain
rate dependent).

sand: 𝑞u = 𝛾′soil𝐻𝑐𝑁qsand (2.1)

clay: 𝑞u = 𝑠u𝑁qclay (2.2)

Audibert and Nyman (1977) is considered as one of the pioneering experimen
tal research works conducted to investigate the interaction between a buried pipe
and soil with relative soilpipe displacement. They developed a testing setup (see
Figure 2.1) in which the pipe was buried inside a soil layer with a flat surface
and was pulled horizontally to generate relative soilpipe movement. This test
ing method is referred as the ”pullingpipe” method hereafter. The ”pullingpipe”
method has been extensively adopted by successive researchers to estimate the
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soil reaction due to pipe movement (e.g. Almahakeri et al., 2013, Audibert and Ny
man, 1977, Calvetti et al., 2004, Liu et al., 2015, Ono et al., 2017, Paulin, 1998,
Roy and Hawlader, 2012, Sahdi et al., 2014, Tian and Cassidy, 2011, Trautmann
et al., 1985, Zhang et al., 2002).

Figure 2.1: Illustration of the test setup (side view) developed by Audibert and Nyman (1977) which is
integrated with the ”pullingpipe” method

Audibert and Nyman (1977) measured the soil resistance while the pipe was
dragged horizontally in loose and dense dry sand material. They concluded that
𝑁qsand derived from the Hansen method (Hansen, 1961) in Figure 2.2a can be
used in Equation 2.1. The experimental results (see Figure 2.3) showed that, for
shallow and intermediate burial pipes with 𝐻c/𝐷 ≤ 6, a passive wedge and a vertical
active zone were formed in front of and behind the pipe, respectively; for the deep
burial pipe with 𝐻c/𝐷 = 24, a confined soil flow zone was generated instead. The
failure mechanism in Figure 2.3a was observed in the laboratory tests conducted
by Ansari et al. (2019) as well.

Trautmann et al. (1985) tested model pipes in soil with three different densities
and two types of pipe diameters. The measured loads in medium and dense sand
layers agreed closely with the estimation by using the Ovesen method proposed by
Ovesen (1964) (see Figure 2.2b), and were overpredicted by a factor of up to two
when the Hansen method (Hansen, 1961) was used. They argued that the effect
of pipe diameter on the resultant loads was insignificant in both loose and dense
sand layers.

Calvetti et al. (2004) designed a test setup with a hydraulic system to study the
soilpipeline interaction for buried pipes in a fully saturated sand layer with various
excess pore pressures, as shown in Figure 2.4. The sand material had a 𝐷50 of
0.35 mm, a relative density of 20% and an internal friction 𝜑′ of 32∘ determined by
triaxial compression tests. The pipe was buried with different 𝐻c/𝐷 ranging from
1.35 to 5.24. The hydraulic gradients (i, water head difference/sand layer height)
varied from 0 to 0.87.

It was found that the force required to drag the pipe in the sand layer decreased
linearly with an increase of the magnitude of i. Calvetti et al. (2004) proposed
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Figure 2.2: Bearing capacity factor (𝑁qsand) as a function of pipe embedment ratio (𝐻c/𝐷) and soil
internal friction angle ( 𝜑′): a) Hansen method modified after Audibert and Nyman (1977); b) Ovesen
method modified after Trautmann and O’Rourke (1985)

Equation 2.3 to extrapolate Equation 2.1 into the condition when there is seepage
flow or excess pore pressure in the sand layer, where 𝛾w is the unit weight of water.

sand: 𝑞u = (𝛾′soil − 𝑖𝛾w)𝐻𝑐𝑁qsand (2.3)

Calvetti et al. (2004) suggested to use the Hansen method for the 𝑁qsand factor,
as both the experimental and numerical (distinct element method) simulation results
showed a good agreement with the Hansen method (when 𝜑′ = 35°). It was
explained that the inconsistent in the values of 𝜑′ can be attributed to the low
confining stress during the laboratory tests.

Trautmann et al. (1985) and Guo and Stolle (2005) reported that the exist
ing methods provide a considerable variation in the prediction of the ultimate soil
restraint associated with the relative soilpipeline displacement. They pointed out
that, the difference in 𝑁qsand provided by the methods developed by Hansen (1961)
and Ovesen (1964) can differ about two times in medium or dense sand when the
value of 𝐻c/𝐷 is between 3 and 4. This is attributed not only to the difference in soil
density, pipe diameter and burial depth, but also the difference in testing conditions
including boundary conditions and the relative soilpipeline movement rate.
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Figure 2.3: Failure mechanisms of pipe buried at various embedment ratios, modified after Audibert and
Nyman (1977)

Figure 2.4: Test setup developed by Calvetti et al. (2004)

2.1.2. Fluid dynamics approach
In the later stages of marine landslides, the sliding soil is regarded as low strength
debris flow or turbidity current as illustrated in Figure 1.1. The soil/fluid mass is
assumed to be liquefied and behaves as a nonNewtonian fluid, such as Bingham
fluid or Herschel–Bulkley fluid (Boukpeti et al., 2012b, Locat and Lee, 2002, O’Brien
and Julien, 1988, Pazwash and Robertson, 1975). Therefore, the fluid dynamics ap
proach has been applied to study the impact loads/pressures on offshore pipelines
subjected to debris flows (Boukpeti et al., 2012a, Zakeri, 2009). Equation 2.4 has
been used to evaluate the pressure acting on a pipeline:

𝑞u =
1
2𝐶D𝜌slide𝑉

2
slide (2.4)

where, 𝐶D is a drag coefficient, 𝜌slide and 𝑉slide are the density and velocity of the
sliding soil, respectively. (Note that 𝑉slide represents the relative pipesoil velocity as
the pipe was kept in position during the corresponding tests.) Zakeri et al. (2008)
studied the impact loads on pipe induced by subaqueous gravity flow by conducting
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experiments in a 9.5m long flume as shown in Figure 2.5. In these tests, the pipe
was either suspended above or laid on the flume bed, and the slurry made of
clay and water was released from a distance of 6.2 m to the pipe location. Zakeri
et al. (2008) defined 𝐶D as a function of the nonNewtonian Reynolds number,
𝑅𝑒nonNewtonian, as shown in Equation 2.5. The definition of Reynolds number for a
Newtonian fluid is presented Equation 2.6, where 𝜇slide is the dynamic viscosity of
the sliding material and �̇� (in Equation 2.7) is the shear rate. Zakeri et al. (2008) took
the sliding material as a shearthinning nonNewtonian fluid material and defined
the nonNewtonian Reynolds number (in Equation 2.8) in line with the definition
of 𝑅𝑒Newtonian for a Newtonian fluid, where 𝜇app is the apparent dynamic viscosity.
Based on the power law model, they assumed that the mobilised shear stress of
the sliding soil 𝜏slide has a power low relationship with �̇� and 𝜇app is defined as the
ratio of 𝜏slide to �̇� (see Equation 2.9) , where 𝑎 and 𝑛 are constant factors. Note
that the value of 𝜏slide is identical to the soil undrained shear strength, 𝑠u, however,
the terms of 𝜏slide and 𝑠u are used for fluid dynamics approach and geotechnical
approach, respectively, to emphasize the difference between the two approaches.

Figure 2.5: Experiment setup developed by Zakeri et al. (2008)

{
𝐶D = 1.4 +

17.5
𝑅𝑒1.25nonNewtonian

𝐶D = 1.25 +
11.0

𝑅𝑒1.15nonNewtonian

(2.5)

𝑅𝑒Newtonian =
𝜌slide𝑉slide𝐷
𝜇slide

= 𝜌slide𝑉2slide
𝜇slide�̇�

(2.6)

�̇� = 𝑉slide/𝐷 (2.7)

𝑅𝑒nonNewtonian =
𝜌slide𝑉2slide
𝜇app�̇�

= 𝜌slide𝑉2slide
𝜏slide

(2.8)
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𝜏slide = 𝑎�̇�𝑛 and 𝜇app =
𝜏slide
�̇� (2.9)

With the setup shown in Figure 2.5, Zakeri (2009) carried out a series of flume
tests and analysed the impact forces exerted on the model pipe. Various slurry
materials were made of water (35% by mass), kaolin clay (10% to 35% by mass)
and silica sand. The slurry velocities before hitting the pipe varied from 0.5 m/sec
to 1.35 m/sec. Pipes with outer diameters (D) of 22.2 mm and 28.6 mm were
selected and placed either on the floor (laidonseafloor pipe) or 1 D above the
floor (suspended pipe). Computational fluid dynamics simulations were conducted
to simulate the flume tests as well. Results of the laboratory tests and numerical
simulations are presented in Figure 2.6 which presents the relationship between 𝐶D
and 𝑅𝑒nonNewtonian in line with Equation 2.5.

Figure 2.6: Drag coefficient (for the case when the debris flow direction is normal to pipe axis) as a
function of nonNewtonian Reynolds number (modified after Zakeri (2009))

2.1.3. Hybrid approach
Randolph and White (2012) evaluated the flume tests results conducted by Zakeri
(2009) and proposed a hybrid approach (as expressed in Equation 2.10) to evaluate
the debris flow effects on offshore pipelines. This approach is a combination of the
fluid dynamics approach (the first term in Equation 2.10) and geotechnical approach
(the second term in Equation 2.10).

𝑞u =
1
2𝐶D𝜌slide𝑉

2
slide + 𝑠u𝑁q (2.10)
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𝑠u = 𝑠u,ref (
�̇�
�̇�ref

)
𝜂

(2.11)

Here, the undrained shear strength 𝑠u is shear strain rate (�̇�) dependent and
𝑠u,ref is the undrained shear strength tested at a reference shear strain rate (�̇�ref); 𝜂
is the power law coefficient and is typically less than 0.2 for most of the natural soil
(Jeong et al., 2009); 𝑁q is a constant bearing capacity factor which is estimated to
be 9.1 for a fully smooth pipe and 11.9 for a fully rough pipe (Martin and Randolph,
2006, Randolph and Houlsby, 1984).

Sahdi et al. (2014) performed a series of drum centrifuge tests to assess the
soil restraint on buried pipes. The pipe was dragged horizontal in clay material
with 𝐻c/𝐷 = 2.5 and velocities ranging from 0.004 m/sec to 4.2 m/sec. The ef
fects of soil strength, density and relative soilpipeline velocity on the soil resistance
were studied. Sahdi et al. (2014) followed the hybrid approach (Equation 2.10) and
further argued that when the 𝑅𝑒nonNewtonian is smaller than 3, then the geotech
nical component dominates the overall resistance. They found that 𝐶D=1.06 and
𝑁q=7.35 fit their centrifuge tests results well. Sahdi et al. (2014) believed that a
fullflow failure mechanism was not established with the tested embedment ratio
(𝐻c/𝐷 = 2.5) which was the reason that the value of 𝑁q is lower than the range of
9.1 –11.9 predicted by Randolph and Houlsby (1984).

2.2. Centrifugemodelling of offshore soilpipeline in
teraction

2.2.1. Testing under drained conditions
Pipelinesoil behaviour under drained conditions has been studied by conducting
model tests either in saturated sand with low pipe moving rate, or in dry sand. With
the aim of extrapolating the knowledge in soilanchor plate interaction mechanisms
to soilpipeline interaction mechanisms, Dickin (1988) performed centrifuge tests
at 40𝑔. In these tests, the anchor plate and pipeline were buried in both loose and
dense dry sand samples with embedment ratios ranging from 1 to 11 and enforced
to move laterally. Dickin (1988) found a great similarity in the forcedisplacement
behaviour of the two structures.

Krstelj (1997) compared the geotechnical loads on pipelines buried in a dry sand
layer obtained from centrifuge model tests with the theoretical results from both
Ovesen (1964) and Hansen (1961) methods. He observed that the test results
agreed well with the expectation from the Ovesen (1964) method, while the results
were around 50% of the expectation from the Hansen (1961) method.

With the purpose of calibrating a constitutive model for describing soilpipe in
teraction in calcareous sand, Tian et al. (2010) studied the pipe behaviour by con
ducting centrifuge tests at 50𝑔. The drained condition was achieved by using water
as the pore fluid and using a normalized pipe velocity (𝑉pipe𝐷/𝑐v) of 0.002, where
𝑉pipe is pipe velocity (𝑉pipe represents the relative pipesoil velocity as the sandy layer
was kept in place during the tests) and 𝑐v is the soil consolidation coefficient. (Note
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that 𝑉pipe is used to emphasize the pipe moved actively during the tests, although it
is identical to 𝑉slide which is used to describe the moving soil velocity.) Chung et al.
(2006) argued that a normalized pipe velocity larger than 0.01 is considered to be
a fully undrained condition.

2.2.2. Testing under undrained conditions
Paulin (1998) has conducted several centrifuge tests with the pipes laterally pulled
in clay material as illustrated in Figure 2.7. The pipe had a prototype diameter
of 0.95 m and were loaded with a variety of pipeline displacement rates ranging
from 0.3 m/year to 315 m/year in prototype scale in order to simulate both drained
and undrained pipelinesoil interaction. A rate effect was discovered, i.e. the loads
experienced by the pipeline under an undrained loading condition was smaller than
that under a drained loading condition. Furthermore, it was observed that the
embedment ratio can significantly influence the lateral load when 𝐻c/𝐷 < 1.84, but
the influence was insignificant when the pipe was buried deeper.

Figure 2.7: Illustration of centrifuge test setup (side view) designed by Paulin (1998)

Zakeri et al. (2012) designed a test setup with a releasable gate, as shown
in Figure 2.8, to study the drag force impacted on an offshore pipeline induced by
sliding clay blocks. A series of tests were carried out at 30g with two pipe prototype
diameters: 0.19 m and 0.29 m. The clay blocks were made of kaolin clay with shear
strengths in the range of 4 kPa to 8 kPa. The impact shear strain rates of the clay
blocks were between 4 sec−1 and 137 sec−1. By fitting the experimental results,
Zakeri et al. (2012) found that the factor 𝑁qclay in Equation 2 was shear strain rate
(�̇�) dependent, which can be expressed as 𝑁qclay = 7.5�̇�0.12.

Oliveira et al. (2017) designed a centrifuge testing system integrated with a
moving plate which can move actively to push the clay type soil towards a buried
pipe as shown in Figure 2.9a. The pipe was placed in the clay layer with two end
fixity conditions: i) fixed ends (Figure 2.9b), i.e. the pipe was fixed to the side walls
of the centrifuge box with rotational joints; ii) free ends (Figure 2.9c), i.e. there
was gaps between the ends and the walls of the model box. The loads acting on
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Figure 2.8: Centrifuge test setup developed by Zakeri et al. (2012)

the pipes with different end resistance conditions were compared. It was found
that the pipe movement flexibility (or pipe restraints) determines the load acting
on the pipe due to the soil movement. Oliveira et al. (2017) observed that the pipe
with free ends experienced bigger displacement and less soil resistance than the
pipe with fixed ends.

Figure 2.9: Illustration of the centrifuge test setup developed by Oliveira et al. (2017) with dimensions
in model scale (PPT: pore pressure transducer)

2.3. Centrifugemodelling on the initiation of offshore
slope liquefaction

Marine landslide induced by liquefaction has been recognised as one of the ma
jor offshore geohazards. Considering the loading conditions of the triggering
mechanisms of offshore slope liquefaction, these failures can be categorised into
monotonicloadinduced slope liquefaction and dynamicloadinduced slope lique
faction. The monotonic load examples include rapid accumulation of sediments,
seabed erosion, dredging, displacing of soil due to movement of icebergs and some
human construction activities; the dynamic load examples include earthquakes,
tsunamis, currents and waves. Abundant research has been done with a focus on
the triggering and failure mechanisms of subaqueous slope failure. These research
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works cover constitutive modelling, laboratory element testing, physical modelling
(both at 1𝑔 and 𝑁𝑔) and numerical modelling. Among them, only some relevant
research works adopting centrifuge modelling approach are discussed below.

2.3.1. Dynamicloadsinduced slope liquefaction
Centrifuge modelling has been used to study the behaviour of subaqueous slope/seabed
under dynamic loads, among which cyclic loading conditions related to earthquakes
(e.g. Coulter and Phillips, 2003, Elgamal et al., 2005, Huang et al., 2014, Ling
et al., 2003, Sharp et al., 2003, Takahashi et al., 2019) and waves (e.g. Miyamoto
et al., 2020, Sassa and Sekiguchi, 1999, Sekiguchi et al., 1998) have been inves
tigated. Sassa and Sekiguchi (1999) have conducted centrifuge tests with a focus
on waveinduced liquefaction of loosely packed sandy seabed under two types of
wave modes, namely progressive waves and standing waves. The developed test
setup is presented in Figure 2.10. They proposed a criteria for evaluating the liq
uefaction of a sandy seabed under wave loads, which is expressed in terms of the
cyclic stress ratio. The cyclic stress ratio is defined as the ratio of the waveinduced
maximum shear stress to the initial vertical effective stress. Sassa and Sekiguchi
(1999) argued that liquefaction can happen when the cyclic stress ratio exceeds
0.14 and 0.20 under progressivewave loading condition and standingwave load
ing condition, respectively.

Figure 2.10: Illustration of the centrifuge test setup developed by Sassa and Sekiguchi (1999) with
dimensions in mm in model scale

Sharp et al. (2003) simulated earthquakeinduced liquefaction using an inclined
laminar box at 50𝑔. The effects of relative density (𝐷𝑟), input peak acceleration
(𝑎𝑚𝑎𝑥) and sample permeability (𝑘) on the liquefied soil thickness (𝐻liquefaction)
were investigated. They found that 𝐻liquefaction decreases as 𝐷𝑟 increases, 𝑎max
drops or 𝑘 increases. In all the centrifuge tests, the soil lateral movement ceased
as the shaking ended.
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2.3.2. Monotonicloadsinduced slope liquefaction
There are less centrifuge experiments that have been conducted focusing on seabed
liquefaction triggered by monotonic loads than that induced by dynamic loads. The
Canadian Liquefaction Experiment (CANLEX) project involved a centrifuge model
test to study the failure behaviour of a subaqueous slope under undrained mono
tonic loading (Phillips and Byrne, 1995). As shown in Figure 2.11, the submerged
slope was made of oil sand tailings with a relative density of around 30%, a slope
angle of 16° and a prototype height of 8.8 m. Both undrained triaxial compression
and extension tests were conducted on the sand material. Based on the triaxial
tests results, static liquefaction could be expected when the soil is under extension
condition rather than under compression condition, since strain softening behaviour
was noticed in the triaxial extension tests, whereas strain hardening behaviour was
observed in the triaxial compression tests.

Figure 2.11: Illustration of the test model designed to simulate static liquefaction of a subaqueous slope
in centrifuge with dimensions in model scale (Phillips and Byrne, 1995)

In the centrifuge test of CANLEX project, a steel surcharge was dropped on the
slope crest firstly at 50𝑔, which applied a static pressure of 43 kPa. An increase in
pore pressure and redistribution of pore pressure were observed, however no sig
nificant movements of the slope occurred due to the dissipation of pore pressure.
Then, a new surcharge load offering a static pressure of 87 kPa was applied on the
same slope sample after the previous surcharge was removed. The slope lique
faction was observed 0.25 seconds after the surcharge dropped on the slope crest
indicated by the vertical sink of the surcharge and soil flow. A large deepseated
lateral soil flow was noticed and the slope rested at a the slope angle of 7∘. This
slope failure initiated at the slope toe due to the strain softening behaviour of sand
which increased the pore pressure.

Zhang et al. (2015) explored liquefaction of offshore sloping sediments initiated
by elevated pore pressures as a result of gas hydrate dissociation. Samples con
sisted of two layers  a layer of kaolin clay on the top and a thin sand layer at the
bottom (see Figure 2.12a). The elevated pore pressures were simulated by intro
ducing pressurized water into the sand layer from base as shown in Figure 2.12b.
It was found that excess pore pressure ratios of 1.27 and 0.54 were necessary to
trigger the failure of the slopes with slope angles of 15∘ and 25∘, respectively.
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Figure 2.12: Illustration of the centrifuge model of a subaqueous slope (after Zhang et al. (2015))

2.4. Summary
A brief literature review on the topics including the experimental study on the soil
pipeline interaction and centrifuge modelling on the initiation of subaqueous slope
failure has been presented in this chapter. Based on the literature study, the fol
lowing conclusions can be drawn:

• Offshore pipelinesoil interaction has been widely investigated under the frame
works of geotechnical approach and fluid dynamics approach. However, it
should be noted that either approach is suitable for certain specific engineer
ing conditions. It is found that the initiation of an offshore sloping ground
liquefaction in the vicinity of a buried pipeline is a case that has not been
investigated yet;

• Centrifuge modelling techniques have been extensively used to study pipeline
soil behaviour with more focus on clay type materials and much less focus on
sandy materials;

• The available methods provide a wide range of prediction on the landslide
induced loads on pipelines;

• The majority of centrifuge experiments triggered soilpipeline displacement
following the ”pullingpipe” method which is not necessarily resembling reality.
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Behaviour of Buried Pipes in

Unstable Sandy Slopes

子曰：“温故而知新，可以为师矣。”

《论语. 为政篇》

Confucius said, “If a man keeps cherishing his old knowledge,
so as continually to be acquiring new, he may be a teacher of others.”

Analects of Confucius

The content of this chapter has been accepted as research paper in Landslides, Zhang and Askarinejad
(2019).
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3.1. Abstract
Significant forces can be applied to embedded pipelines in sloping grounds
due to soil instabilities, which potentially might lead to leakage of hazardous
fluids into the environment. The soilpipeline interaction in sandy slopes has
been investigated experimentally using small scale physical models tested
in a geotechnical centrifuge. A novel method is developed in this paper to
estimate the ultimate external forces, induced by slope failures, acting on
buried pipes at various locations inside the slope. Instabilities were trig
gered by surcharge loading on the slope crest in the centrifuge tests. Six
dense coarse sandy slopes were tested with different pipe locations with re
spect to the slope crest. Moreover, two medium dense fine sand slopes were
tested in the same manner to study the effect of the grain size distribution
on the soilpipe interaction. The external forces on the pipe induced by the
surrounding soil movements were calculated based on the measurements of
four strain gauges installed on the pipe. The shape of failure surface and
pipe movements was monitored with the aid of advanced image processing
techniques. The results indicate that a buried pipeline has the potential to
affect the slope failure mechanism. Normalized forcepipe displacement rela
tionships were derived and compared to the estimation methods suggested in
previous studies which were mainly done on pipes installed in flat grounds.
A new prediction method is introduced in this study which considers the pipe
burial distance to the slope crest. Moreover, the slope angle effect on the ulti
mate force applied to the pipe is also investigated, and a generalised formula
is developed. Finally, two examples of the application of the new method are
presented for pipelines installed at the toe of two large scale subaerial and
submarine slopes.
Key words: Slope pipeline interaction, Physical modelling, Image analysis,
Landslide, Pipeline
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3.2. Introduction

P ipelines are widely used to transport fluids over long distances and may pass
through various geological and topographic conditions. Due to the environ

mental and safety concerns or constraints imposed by the land use, pipelines are
sometimes placed in sloping ground in either onshore or offshore projects. How
ever, relative movements of the soil and the pipe can impose major external loads
to the structure, which might eventually result in the failure of pipelines along un
stable slopes. It is reported that ground movement, such as slope instability, was
the cause of 13% of European gas pipeline incidents during the period from 2004
to 2013 (Wu et al., 2017). The forces induced on the pipe by soil movements have
a direct relationship with the relative soilpipe movement (Chan and Wong, 2004,
Feng et al., 2015, Rammah et al., 2014), and are categorised as one of the ma
jor threats to the pipeline operation. Therefore, reliable prediction of the external
forces applied to the pipe as a result of slope instability is of utmost importance in
the design or evaluation process. Moreover, the relationship between the peak ex
ternal load and the corresponding pipe displacement, as well as the determination
of the corresponding structural stresses or strains, are necessary for a safe design
of pipelines buried in slopes.

During a slope or an embankment instability, an embedded pipe might move
along a curved path with horizontal, vertical and/or longitudinal components (Fig
ure 3.1a). Di Prisco and Galli (2006) indicated that the vertical and horizontal soil
resistance have coupling effects. However, physical modelling of the soilpipeline
interaction is traditionally conducted by pulling or pushing the pipeline horizon
tally in level grounds using wires or rigid shafts along a constant direction (Fig
ure 3.1b)(e.g. Almahakeri et al., 2013, Audibert and Nyman, 1977, Calvetti et al.,
2004, Liu et al., 2015, Oliveira et al., 2009, Ono et al., 2017, Paulin, 1998, Roy and
Hawlader, 2012, Sahdi et al., 2014, Tian and Cassidy, 2011, Trautmann et al., 1985,
Zhang et al., 2002). Ignoring the direction of the pipe movement might result in an
underestimation of the loads that can be exerted on the pipe (Calvetti et al., 2004).

Figure 3.1: Failure mechanism: a) a pipe buried within a slope; b) a pipe pulled horizontally in a flat
ground

3.2.1. Physical modelling of the soil–pipe interaction
Based on the results of smallscale tests on buried pipes pulled horizontally under
a flat soil surface, Audibert and Nyman (1977) suggested that the ultimate soil
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resistance (𝑞u) is expressed as:

𝑞u = 𝛾𝐻c𝑁uq = 𝐹ud/𝐷𝐿 (3.1)

where 𝛾 is the soil unit weight; 𝐻c is the pipe embedment depth (from the soil sur
face to the centre of the pipe); 𝑁uq is the ultimate bearing capacity factor proposed
by Hansen (1961) which is also known as the ultimate dimensionless force; 𝐹ud is
the maximum drag force applied on the pipe; 𝐷 and 𝐿 are the pipe length and pipe
diameter, respectively. Liu et al. (2015) designed several lateral pullout tests to
investigate the resultant forces on the pipelines both in sand and soft clay samples.
They claimed that the lateral soil resistance increases with increasing embedment
ratio, 𝐻c/𝐷. Oliveira et al. (2017) studied the lateral soil movementpipe interaction
in centrifuge conditions using a marine soil (soil internal friction angles, 𝜑′ = 24.8∘).
The soil movements were developed by moving a plate which was partially embed
ded into the clay samples towards the buried pipe. They observed that the induced
force rises slightly as the embedment ratio increases.

Audibert and Nyman (1977) found that the normalized forcedisplacement rela
tionship of a pipe pulled horizontally below a flat soil surface can be fitted by means
of a hyperbolic curve as expressed by

𝐹d
𝐹ud

= 𝑦/𝑦u
𝑎 + 𝑏(𝑦/𝑦u)

(3.2)

where 𝐹d is the drag force; 𝑦 is the pipe movement; 𝑦u is the pipe movement
corresponding to 𝐹ud; 𝑎 and 𝑏 are two model constants. Based on results from both
loose and dense samples (𝜑′ is 33∘ and 40∘, respectively, reported by Trautmann
et al. (1985)), Audibert and Nyman (1977) found that all the results fell into a
region bounded by an upper (𝑎 = 0.0486, 𝑏 = 0.9554) and a lower (𝑎 = 0.2405, 𝑏
= 0.7566) hyperbolic curves. Trautmann et al. (1985) fitted their test results using
𝑎 = 0.17 and 𝑏 = 0.83. Yimsiri et al. (2004) suggested 𝑎 = 0.1 and 𝑏 = 0.9 for
deepburied pipes in medium dense sand with 𝐻c/𝐷 ranging from 11.5 to 100.

Trautmann et al. (1985) performed largescale pipe pulling tests in a container
with dimensions of 1.2 (length) x 2.3 (width) x 1.2 (depth) m3 and discovered
that 𝑁uq increases linearly with 𝐻c/𝐷 when 𝐻c/𝐷 is less than eight. Hsu (1996)
studied the soil restraint on pipelines which were pulled with various oblique angles
with respect to the horizontal plane. They observed that 𝑁uq decreases with the
increase of the oblique angle, prominently when the oblique angle is within 45∘. This
observation is in agreement with the prediction of Nyman (1984) who extended the
inclined anchorsoil behaviour to the buried pipesoil behaviour.

For a pipe that moves 30∘ corresponding to the horizontal direction in loose
sand sample (𝜑′ = 33∘), Hsu (1996) discovered that the 𝑦u = 0.075𝐻c and 0.085𝐻c
for 𝐻c/𝐷 = 3.5 and 1.5, respectively. Trautmann et al. (1985) suggested that the
pipe displacement at the ultimate soil resistance, i.e. 𝑦u in Equation 3.2, can be
estimated as:
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{
𝑦u = 0.13𝐻c (for loose sand, 𝜑′ = 31∘)
𝑦u = 0.08𝐻c (for medium dense sand, 𝜑′ = 36∘)
𝑦u = 0.03𝐻c (for dense sand, 𝜑′ = 44∘)

(3.3)

The majority of the experimental work conducted to study the soilpipeline inter
action is performed on small or medium scale models under normal Earth gravity
conditions (1𝑔). This type of physical modelling technique, although quite infor
mative in a qualitative way, cannot be used reliably for quantitative analysis as the
stress state of the soil in the model and prototype are different (Terzaghi, 1943). An
alternative to this technique is the use of a geotechnical centrifuge. In a centrifuge
test, a model with geometry 𝑁 times smaller than the prototype is constructed and
is tested under an enhanced acceleration field with a magnitude of 𝑁 times Earth’s
gravity (𝑁𝑔). This situation provides a gradient of body stresses within the model
similar to the prototype, which ensures similar effective stresses and pore pressures
at equivalent depths (Schofield, 1980, Taylor, 1995, Wood, 2014). The prototype
behaviour is approximated in accordance with scaling laws in the centrifuge model
testing. The major scaling laws are summarised in Table 3.1.

Table 3.1: Scaling laws for centrifuge model tests

Parameters Unit Model/prototype
Acceleration m/sec2 𝑁
Dimensions (length, diameter, thickness) m 1/𝑁
Pipe external force (𝐹N) kN/m 1/𝑁
Pipe flexural rigidity (𝐸𝐼)* kN⋅m 1/𝑁3
Pipe cross section outer strain (𝜀)  1
Bearing capacity factor (𝑁q)  1
*: 𝐼 is the second moment of area per unit length

This paper presents the results of a series of centrifuge model tests with pipes
buried in unstable dense sandy slopes. Slope failures were induced by the increas
ing loads at the slope crest. The interaction of the pipe and the unstable slope is
studied to quantify the external forces exerted on the pipe due to the slope failures.
Moreover, the influence of a buried pipe on the slope failure mechanism in terms
of alterations in the shape of the failure surface is studied.

3.3. Physical modelling
3.3.1. Soil characterisation
Two types of sand were used in the tests of this study. The first one is the coarse
grained, Merwede river Sand from the Netherlands, which is also known as the
Delft Centrifuge Sand (DC Sand), and the second one is the fine Geba Sand. The
geotechnical characteristics of these two sands are reported in Table 3.2. Direct
shear tests with three normal stresses of 15.1 kPa, 31.0 kPa and 47.1 kPa were
conducted on dense DC Sand samples with relative densities of 𝐷𝑟 = 75%. Fur
thermore, drained triaxial tests at two cell pressures of 25 kPa and 100 kPa were
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performed on Geba Sand samples with relative density of 55% to determine the
internal friction angle. The grains of both sands are characterised as subangular
based on image analysis techniques (De Jager et al., 2017, Maghsoudloo et al.,
2017).

Table 3.2: Geotechnical characteristics of Delft Centrifuge Sand and Geba Sand

Property DC Sand Geba Sand
𝐷10, 𝐷30, 𝐷50, 𝐷60 (mm) 0.74, 0.85, 0.92, 0.98 0.078, 0.110, 0.117, 0.121
Specific gravity, 𝐺s () 2.65 2.67
Minimum void ratio () 0.52 0.64
Maximum void ratio () 0.72 1.07
Residual friction angle (∘) 33.6 36.0

3.3.2. Centrifuge test setup
The tests were performed using the beam geotechnical centrifuge at TU Delft which
has an arm radius of 1.22 m and is capable of creating an acceleration field of 300
times Earth’s gravity (300𝑔) with a maximum payload of 30 kg (Allersma, 1994,
Askarinejad et al., 2017). A strongbox was designed with two transparent Plexiglas
walls in order to monitor the movements of the sand grains and the pipe assuming
a plane strain condition (Figure 3.2). The strain field of the slope as well as the
movements of the pipe during the loading on the slope crest were monitored using a
high resolution digital camera facing the transparent side of the model. The images
were analysed using the PIV technique (Askarinejad et al., 2015, Stanier et al.,
2015, White et al., 2003). All tests were conducted at a centrifugal acceleration
field of 30𝑔.

Model preparation
The samples were prepared using the dry pluviation technique (Pozo et al., 2016,
Presti et al., 1992) in four steps:

1. Sand layers were poured into the strongbox up to the pipe position level.

2. The pipe was placed carefully on the sand bed.

3. The sand pluviation was resumed to form a flat horizontal layer up to the crest
level of the eventual slope.

4. Thin layers of sand were carefully excavated from the model to form the
slopes.

The sand falling height during the dry pluviation was kept fixed at 160 mm from
the sand surface and the diffuser ratios (nozzle diameter/𝐷50) for DC Sand and
Geba Sand samples were 6.0 and 25.4, respectively. The variation in the attained
relative densities of the samples was very low and the average relative densities
for the DC and Geba Sand samples were 71% (with a standard deviation of 3%)
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Figure 3.2: Test setup: 1) High resolution digital camera; 2) load cell and footing; 3) instrumented pipe
(dimensions in prototype scale).

and 43% (with a standard deviation of 1%), respectively. The final slopes have a
length of 3.6 m (prototype scale) and angle of 18.7∘.

Slope instabilities were induced by pushing a rigid footing onto the slope crests.
The footing was connected to the displacementcontrolled actuator using a rigid
loading rod. A load cell with a capacity of 5 kN (equivalent to 4.5 MN in prototype
scale) was installed between the loading rod and the footing.

The dimensions of the pipe have been selected based on three criteria: 1) 𝐷/𝐷50
ratio, 2) the typical diameter and thickness of the gas pipes in practice and 3) the
dimensions of the strong box of the centrifuge. Accordingly, a hollow steel pipe
(Young’s modulus 𝐸 = 193 GPa) with the outer diameter of 𝐷 = 18 mm (540 mm
in prototype scale), wall thickness of 𝑡 = 0.5 mm (15 mm in prototype scale) and
length of 𝐿 = 132 mm (3.96 m in prototype scale) was used as the model pipe in
these tests (Figure 3.3).

Figure 3.3: Steel pipe in prototype and strain gauges (SG1 to SG4) installation.

The model pipe dimensions have been selected based on typical gas pipes in
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practice (e.g. Folga, 2007). Since the pipe dimensions including the thickness are
scaled down by a factor of 𝑁 as shown in Table 3.1, and the same material is used
for the model pipe as the one in prototype, the scaling factor of pipe flexural rigidity
is also satisfied (Taylor, 1995). Moreover, this ensures that the outer strain of pipe
cross section in model scale is equal to that in prototype scale.

Ovesen (1981) investigated the uplift capacity of anchor slabs in dry sand by
conducting both centrifuge and field tests. While varying the 𝐵/𝐷50 ratio, where
𝐵 is the width of the anchor slab, no scale error was observed if 𝐵/𝐷50 = 25 in
the centrifuge tests. Considering the analogy between anchor slab and a pipe as
suggested by Garnier et al. (2007) and the fact that the value of 𝐷/𝐷50 for DC sand
is about 20, the particle size effect is evaluated to be minor or negligible in the tests
of this study. Four strain gauges of type FLA135011 were installed at 90∘ angles
on the pipe to monitor the cross section deformations caused by the external forces
during the slope instability.

3.3.3. Testing programme
In total, eight tests were conducted on sandy slopes with and without buried pipes
(Table 3.3). Six tests were performed on sample slopes built with DC Sand (NP, P1
to P5) and the other two were made on slopes with Geba Sand (NPG and P1G).
While the geometry of all slopes is identical, the position of the pipes has been
altered over 5 locations (P1 to P5). The geometry of the slopes in prototype scale
and the location of the pipes are shown in Figure 3.4. For clarity, all tests were
named based on the pipe positions. Pi represents the pipe at location i, where i
= 1 to 5 (as shown in Figure 3.4 and summarised in Table 3.3); while NP is the
test without a pipe. The added letter G to the last two tests refers to the Geba
Sand tests. All tests were repeated at least once to check the reproducibility of the
results.

Table 3.3: Summary of relative densities, pipe positions and embedment ratios

Test name 𝐷𝑟 Pipe position 𝐻c/𝐷
(%) X (m) Y (m) ()

NP 70.7   
P1 70.6 2.4 1.8 2.96
P2 69.4 2.4 1.2 1.85
P3 69.8 2.4 2.4 4.07
P4 70.0 3.6 1.8 2.22
P5 71.5 4.8 1.8 1.48
NPG 43.6   
P1G 43.4 2.9 2.6 4.11

Pipe locations were designed based on the shape and location of the failure
surface in the samples without a pipe which is regarded as the potential failure
surface (PFS). The displacements and the shear strains of the samples as well as
the exact location of the failure surfaces were obtained using the PIV method. For
the DC Sand tests, firstly, the test without the pipe (NP) was conducted aiming
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Figure 3.4: Five pipe locations for DC Sand tests (P1 to P5) and one pipe location for Geba Sand test
(P1G)

to investigate the location of the PFS. Thereafter, five pipe locations (Figure 3.4)
were selected to measure the loads applied to the pipes and to explore the effect
of the pipes on the shape of the failure surface. Accordingly, pipe of the test P1
was placed at the deepest point of PFS, whereas, pipes of P2 and P3 were approx
imately 1𝐷 (one pipe diameter) above and below P1, respectively. P4 and P5 were
approximately 2𝐷 and 4𝐷 further away from P1 towards the slope toe, respectively.

3.4. Results & Discussion
3.4.1. Failure mechanisms
Incremental shear strain plots at three successive normalized foundation settle
ments (𝜉) of tests P1 and P3 are shown in Figure 3.5 and Figure 3.6, respectively.
The factor 𝜉 indicates the ratio between the footing settlement (𝛿𝑦f) and the footing
width (𝐵f). The incremental shear strain plot is the shear strain map obtained from
two successive captured images during the loading process, and illustrates the lo
cation of the shear band in the slope. Figure 3.7 shows all of the incremental shear
strain plots for DC Sand samples when the corresponding failure surfaces were fully
formed.

Figure 3.5: Incremental shear strain plots for test P1 at three successive normalized footing

Figure 3.5 and Figure 3.6 indicate that the shear strains initiated at the edges of
the footing and extended towards the pipe at the early stages of the loading. With



3

38 3. Behaviour of Buried Pipes in Unstable Sandy Slopes

Figure 3.6: Incremental shear strain plots of test P3 at three successive normalized footing settlements

Figure 3.7: Failure surfaces of various models at peak bearing capacities of footing

increasing 𝜉, a shear band became more noticeable. The slope failure happened
when the value of 𝜉 reached about 0.10. It is obvious that the failure surface of
test P1 (FS_P1) passes below the pipe and the same phenomenon can be observed
in tests P2 and P4 (Figure 3.7). The failure surfaces of both tests P3 (Figure 3.6,
FS_P3) and P5 (Figure 3.7, FS_P5) were above the pipes which are the deepest
and farthest pipe positions with respect to the crest. These observations imply that
only if the pipe is placed at a location close enough to the potential failure surface
can the failure surface pass below the pipe.

All failure surfaces are summarised in Figure 3.8. By taking PFS as a benchmark,
it is notable that the existence of the pipes influenced the propagation of the failure
surfaces. Results of the tests in which the pipes were horizontally placed at about
1𝐷 distance to the crest edge (P2, P1 and P3) show that a deeper pipe results
in a deeper failure surface. Failure surfaces in tests P1 and P2 formed beneath
their respective pipes. Hence, the pipe can be regarded as a weak zone in each
sample. There are two reasons: first, the hollow pipe is lighter than the soil mass
with the same volume; second, the sandpipe interface is smoother than the sand
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sand interface. For the test P3, though FS_P3 did not form below the pipe, it was
deeper than FS_P1 and FS_P2. As P3 was about 1𝐷 deeper than PFS and had
the highest confining stress condition, it moved the least (further shown in Figure
3.10). However, the amount of soil mass just above the crown of P3 was easier to
deform compared with the soil at the same place of the test NP. This explains the
fact that the first half of FS_P3 was steeper than that of PFS (Figure 3.8).

Figure 3.8: Failure surfaces of both DC Sand samples and Geba Sand samples

Similarly, results of the tests in which the pipes were positioned at the same
horizontal level (P1, P4 and P5) illustrate that the influence of the pipes on the
failure surfaces was getting less significant with increasing burial distance to the
slope crest. The failure surface of P4 ended further than FS_P1, as P4 was buried
further than P1. It is observed that FS_P5 was very close to PFS (Figure 3.8) which
indicates that P5 hardly affected the slope failure. This might be due to the fact
that it was the closest pipe to the slope toe and also lower than PFS. Comparing
the effects of pipes on the failure mechanisms, it can be inferred that if a pipe is
buried no more than 0.5𝐷 below PFS, the failure surface tends to pass below the
pipe.

Comparing the test NPG with the test NP, the failure surface location of NPG is
generally lower than that of NP (Figure 3.8). Furthermore, the failure surface of
P1G developed above the pipe when the pipe was placed at the lowest point of the
failure surface of NPG. This is a different behaviour compared to the test P1 but is
similar to the test P3. P1G was close to but lower than P3 and had a larger value of
𝐻c/𝐷 ratio than that of P3 which might result in the failure surface passing above
P1G.

3.4.2. Pipe movement
It can be assumed that the friction between the pipe ends and the strong box
walls is less than that between the sand grains and the side walls. Furthermore, to
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prevent ingress of sand particles, the two ends of the pipe were carefully covered
with thin lubricated layers of plastic. Hence, the friction between the strong box
wall and the pipe is considered to be insignificant. Markers were made on the pipe
end cover which was facing the camera in order to track the pipe movement using
PIV method.

The traces of P1, P2 and P4 are demonstrated in Figure 3.9. It can be seen
that the each pipe moved along broadly parallel to the failure surface in each slope
instability test. Furthermore, the magnitude of pipe movement decreases as the
distance to the slope crest increases. Figure 3.10 illustrates the total movements of
the pipes with respect to the footing vertical movement. Comparing the behaviour
of P1, P2 and P3, the shallower pipes had relatively larger movements. P2 had the
largest pipe displacement since it had the shallowest burial depth and the shallowest
failure surface. The movements of P1 and P4 demonstrate a decreasing trend as
the original location of the pipe moved towards the toe. The moving rate of P2 was
slightly higher than that of the footing, while the moving rates of P1 and P4 after
their corresponding failures were comparable with the footing settlement rate.

Figure 3.9: Trajectories of P1, P2 and P4

3.4.3. Cross section deformation of the pipes
The deformed shape of pipe cross section can be inferred from the measurements
of the four strain gauges secured on the pipe as shown in Figure 3.3. All tests had
the same pattern of strain development. Results of P1 are illustrated in Figure 3.11.
The strain gauges reached their peak values at the same moment when the failure
surface was fully generated.

The strain measurements before loading were subtracted from total strain mea
surements. Hence, the initial deformation due to the soil weight was excluded.
The peak strain measurements of the pipes for different tests and the schematic
deformed shape of the pipe are plotted in Figure 3.14. Based on the maximum pipe
cross section strain measurements, it can be inferred that the pipe deformation of
each test was symmetric since the peak values of the opposite strain gauges were
almost identical (Figure 3.14a). The maximum average value of SG2 and SG3 as
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Figure 3.10: Total pipe movement with respect to footing vertical movement

well as that of SG1 and SG4 for each test are summarized in Table 3.4 and are used
to calculate the external forces on the pipe in the following section.

Table 3.4: Estimated ultimate acting forces on the pipes and their respective directions

Test 𝜀1,max+𝜀4,max

2
𝜀2,max+𝜀3,max

2 The ultimate acting force, 𝐹uN direction,
(𝜇𝜀) (𝜇𝜀) 𝐹uN (kN/m) 𝜃u(∘)

P1 364.69 349.30 59.52 17.94
P2 127.21 104.30 16.55 12.98
P3 288.12 259.74 43.05 16.08
P4 251.57 286.07 53.58 22.63
P5 129.91 115.51 18.99 15.64
P1G 372.13 374.60 65.47 19.39

3.4.4. External forces on the pipes
The external forces acting on the pipe during the soil movements can be simplified
as a pair of dominant counterbalancing point forces (𝐹N) as depicted in Figure 3.14.
The outer strain (𝜀) for an arbitrary point of the pipe with an angle of 𝜃 with respect
to the direction of the counterbalancing point forces has the following relationship
with the magnitude of the acting force 𝐹N:

− 𝜀 = 6𝐹N𝑟
𝐸𝑡2 (

1
𝜋 −

| sin𝜃|
2 ) (3.4)
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Figure 3.11: Development of the cross section strains of P1

where 𝑟 is the outer radius, 𝐸 is the Young’s modulus of the pipe material and 𝑡 is
the wall thickness of the pipe. Note that 𝐹N is in the unit of kN/m. Hence, the four
cross section stain measurements (𝜀𝑖) can be expressed in Equation (3.5).

{
−𝜀3 = −𝜀2 =

6𝐹N𝑟
𝐸𝑡2 (

1
𝜋 −

cos𝜃
2 )

−𝜀1 = −𝜀4 =
6𝐹N𝑟
𝐸𝑡2 (

1
𝜋 −

sin𝜃
2 )

(3.5)

By solving Equation (3.5) with the maximum strain measurements, 𝜀1,max and
𝜀3,max, the ultimate values of point load and the direction, 𝐹uN and 𝜃𝑢 can be deter
mined from Equation (3.6) and Equation (3.7), respectively. Equation (3.6) has two
answers, however, 𝐹uN should be a positive value because the acting forces due to
the slope instability should be compressing the pipe. The maximum acting forces
and the respective directions with respect to horizontal are represented in Table
3.4. Note that, since the initial strains due to soil weight have been subtracted, 𝐹uN
in Table 3.4 was induced only by the slope failure.

𝐹uN =

− 𝜋𝐸𝑡
2

3𝑟
𝜀23,max + 𝜀21,max

2𝜀1,max + 2𝜀3,max ± 𝜋√𝜀23,max − (
2
𝜋 (𝜀3,max − 𝜀1,max))

2
+ 𝜀21,max

(3.6)
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Note: positive value stands for extension

Figure 3.12: a) Maximum pipe strain measurements tests with DC Sand; b) Schematic deformation of
the pipe cross section caused by the slope failure

Figure 3.13: Simplified model of acting forces on a pipe embedded inside an unstable slope

𝜃𝑢 = sin−1

(
2
𝜋 (𝜀3,max − 𝜀1,max)𝜀3,max ∓ 𝜀1,max√𝜀23,max − (

2
𝜋 (𝜀1,max − 𝜀3,max))

2
+ 𝜀21,max

𝜀23,max + 𝜀21,max
)

(3.7)

Audibert and Nyman (1977) found the normalized forcepipe movement rela
tionships of their results were hyperbolic and were bounded by two curves. The
normalized test results are compared with these two boundaries in Figure 3.14. The
test results follow hyperbolic trend but are slightly below the lower boundary sug
gested by Audibert and Nyman (1977). This might be attributed to the difference
between the two testing environments, i.e. level ground and sloping ground. The
two constant values, 𝑎 and 𝑏, in Equation (3.2) were obtained by fitting the test
results. The average curve and corresponding function are shown in Figure 3.14.
Only the results of tests P1, P2 and P4 are discussed here and after, because the
pipes of other tests were not in the corresponding sliding zones.
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Figure 3.14: Normalized acting force vs. normalised pipe movement

The values of 𝑦u/𝐻c are summarized in Table 3.5. The results of the tests P1
and P4 are in good agreement with the estimation by Trautmann et al. (1985)
for medium dense sand. Nevertheless, 𝑦u/𝐻c for test P2 is comparable with the
estimation for loose sand.

Table 3.5: Ratios of ultimate pipe movements with respect to pipe embedment depths

P1 P2 P3
𝑦u/𝐻c 0.09 0.12 0.08

3.5. Estimation of the ultimate acting forces on pipelines
in slopes

T he results of the centrifuge tests and the measurements of the load applied to
the pipes are used in this chapter to derive a general formulation to determine

the normal load applied to a pipe in an unstable slope. The maximum soil load
acting on a pipe buried in a flat ground surface depends on the soil unit weight,
pipe embedment depth and the ultimate bearing capacity factor which is a function
of 𝐻c/𝐷 and soil friction angle (Guo and Stolle, 2005, Trautmann et al., 1985). This
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dependency is generally presented using Equation (3.1). However, the ultimate soil
force acting on a pipe in the sloping ground condition (𝑞us) depends not only on
the soil unit weight, pipe embedment depth and ultimate bearing capacity factor
but also depends on the location of the pipe centre with respect to slope crest (𝐿c)
as well as on the slope angle (𝛽). The parameter 𝐿c is specifically important for
the case of a rotational slope failure mechanism. The effect of slope angle on the
ultimate soil load on the pipe will be investigated in Section 3.5.1 and thereafter,
a general equation is derived to account the impact of other factors on the load
transferred from the moving soil to the pipe.

3.5.1. Effect of slope angle on the applied force to the pipe
Audibert and Nyman (1977) proposed Equation (3.1) for pipes buried under the
flat ground condition; however, this equation cannot be directly applied to a pipe
buried in a slope due to the geometric difference between the two ground surface
conditions as shown in Figure 3.16. Line AO is the slope surface, line AC is the
hypothetical level ground, and line BO has an inclination of 45∘ − 𝜑′/2 suggested
by Hansen (1961), where 𝜑′ is the internal soil friction angle of the soil.

Figure 3.15: Slip surface of a slope with a buried pipe

In order to link the ultimate soil resistance for the sloping ground condition, 𝑞us,
with the ultimate soil resistance for the flat ground condition, 𝑞u, a geometric factor
𝛼 is introduced in this study. The factor 𝛼 can also be regarded as the ultimate
soil resistance ratio between the two ground surface conditions as expressed by
Equation (3.8). The geometric factor 𝛼 is approximated by the ratio between the
areas of EBOF and EBCG, i.e. 𝑆𝐸𝐵𝑂𝐹/𝑆𝐸𝐵𝐶𝐺, as shown in Equation (3.9), which is
dependent on the soil friction angle and the slope angle.

𝑞us = 𝛼𝑞u (3.8)

𝛼 = 𝑆EBOF
𝑆EBCG

= tan(45∘ − 𝜑′/2)
tan𝛽 + tan(45∘ − 𝜑′/2) (3.9)

It should be noted that during the process of slope failure, the pipe position and
the slope surface (AO in Figure 3.16) are changing, however, these changes are
assumed to be negligible at small soil strains.
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3.5.2. Effect of buried depth and buried distance to the slope
crest on the applied force to the pipe

Equation (3.10) is proposed to accommodate the dependencies of the burial depth
(𝐻c) and the distance to the slope crest (𝐿c). The model parameter 𝜔 is a weight
factor indicating the influence of 𝐻c compared with the influence of 𝐿c on 𝑞us.
Substituting Equation (3.1) and Equation (3.9) into Equation (3.10) yields the model
parameter 𝜔 to be defined as demonstrated in Equation (3.11). When the pipe is
buried under a flat surface, the geometric factor 𝛼 is 1 (see Equation (3.9)) and
yields 𝜔 to be 1, hence, Equation (3.10) reduces to Equation (3.1). In this study,
the slope angle (𝛽) is 18.4∘ and 𝜑′ is 33.6∘, hence, 𝛼 equals to 0.62. The values of
𝜔 for P1, P2 and P4 can be obtained from Equation (3.11) and are listed in Table
3.6.

𝑞us = 𝛾𝐷 (
𝐻c
𝐷 )

𝜔
( 𝐷𝐿c

)
(1−𝜔)

𝑁uq (3.10)

𝜔 = 1 + ln𝛼
ln(𝐿c/𝐷) + ln(𝐻c/𝐷)

(3.11)

Table 3.6: Values of 𝜔 for tests P1, P2 and P4

𝐻c (m) 𝐿c (m) 𝜔 ()
P1 1.6 0.6 0.594
P2 1.0 0.6 0.330
P4 1.2 1.8 0.759

The values of 𝑁uq for tests P1, P2 and P4 are shown in Figure 3.16 with respect
to the newly defined embedment ratio ((𝐻c/𝐷)𝜔(𝐷/𝐿c)(1−𝜔)). Results show a very
good agreement with 𝑁uq predicted by Ovesen (1964), Hansen (1961) and Hsu
(1996).

Figure 3.17 illustrates 𝑁qs versus normalized pipe movement for P1, P2 and
P4. The results show that 𝑁qs increased with the pipe movement and reached
their ultimate values. After reaching peaks, 𝑁qs fell down slightly (P1 and P4) or
stayed constant (P2). It is also remarkable that a deeper sliding surface (see Figure
3.8) resulted in a higher stiffness for the normalized forcepipe movement curve.
Furthermore, the development of 𝑁qs with raising pipe movement generally follows
the observations of Hsu (1996) as demonstrated in Figure 3.17 .

3.6. Application of Results

F or illustrating the estimation of the ultimate soil load acting on a pipe, a sandy
slope with the dimensions shown in Figure 3.18 is considered. Two scenarios of

dry and fully submerged slopes are considered. The soil is composed of medium
dense sand with a friction angle of 35∘, the dry and saturated unit weights are 18
and 20 kN/m3, respectively. The sand layer is deposited above the bedrock layer
in both cases. The slope instability is triggered by loading the slope crest. The
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Figure 3.16: Comparison between measured and estimated 𝑁𝑢𝑞𝑠 from two published methods

slope instability analysis is conducted based the Bishop’s method of slices Bishop
and Morgenstern (1960) using DGeo Stability software (version 16.2), and gives a
potential failure surface as illustrated in Figure 3.18.

A 1.0 mdiameter gas pipe is buried in the slope above the potential failure
surface as illustrated in Figure 3.18. The ultimate soil load applied to the pipe can
be calculated using the following steps:

• Step 1: Calculation of the geometric factor 𝛼. Equation (3.9) leads to a value
of 0.589 for 𝛼 when 𝛽 = 20∘ and 𝜑′ = 35∘.

• Step 2: Calculation of parameter 𝜔 from Equation (3.11). 𝐻c ⁄ 𝐷 is 2.5 and
𝐿c ⁄ 𝐷 is 21.1 and these parameters result 𝜔 to be 0.867.

• Step 3: Calculation of the value 𝑁uq from the method proposed by Ovesen
(1964) based on the newly defined embedment ratio (((𝐻c/𝐷)𝜔(𝐷/𝐿c)(1−𝜔)=1.5).
Figure 3.19 shows 𝑁uq from the method of Ovesen (1964) which is applicable
for both dry and saturated conditions. Hence, a value of 4.8 is selected for
𝑁uq as indicated in Figure 3.19.

• Step 4: Calculation of 𝑞us. The values of ultimate soil load on the pipe in two
scenarios of dry and submarine slopes are calculated using Equation (3.10).
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Figure 3.17: Development of dimensionless force on pipe with pipe movement

𝑞us = 127.2 kPa and 𝑞us = 70.7 kPa are obtained for the dry and submerged
slopes, respectively.

3.7. Summary and Conclusions

I n this paper, the behaviour of buried pipes in unstable sandy slopes was studiedby means of centrifuge modelling. The magnitudes of the slope failureinduced
external forces on the pipes were investigated and the interactive influence of the
pipes on the development of the failure surfaces were discussed. The forces acting
on the pipes buried in sloping grounds were compared with published results based
on the tests on pipes under flat surfaces. Moreover, the effect of the pipe burial
distance to the slope crest on the bearing capacity factor was illustrated. In addition,
a geometric factor was introduced to modify the bearing capacity factor suggested
for pipes buried in flat surfaces. The following conclusions are made based on the
conditions that the embedment ratio of a pipe is less than or equal to 4.1 in a sandy
sloping ground subjected to surcharge loading:

1. Pipes buried within the potential failure zones of the slopes suffer larger move
ments than those buried outside the potential failure surfaces. The potential
failure surface can be estimated using analytical or numerical methods, such
as the Limit Equilibrium or Finite Element Methods in the process of the design
or evaluating a segment of a pipeline in a slope cross section.

2. The failure surface tends to pass below the pipe when it is placed no more
than 0.5𝐷 below the potential slip surface.
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Figure 3.18: A case study of slope instability

3. The bearing capacity factors for pipes buried in slopes should be dependent
on not only soil unit weight, pipe diameter and burial depth but also the slope
angle and the pipe burial distance to the slope crest.

4. The normalized forcepipe displacement relationship could be represented by
a hyperbolic equation.
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Figure 3.19: Plot of 𝑁uq versus 𝐻c/𝐷 modified from Ovesen (1964)

The maximum external force exerting on the pipe due to any circular failure
mechanism of the slope can be predicted based on the method presented in this
study. For the condition that the pipe is not located inside the failure zone, the pro
posed method for estimating the ultimate dimensionless force is invalid. However,
in this case, the centrifuge test results of this study indicate that there is no neces
sity to consider the maximum pipe external forces induced by a landslide, as the
pipe will be hardly influenced. Nevertheless, further investigations with other slope
angles and more pipe positions are necessary to validate the proposed method.
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List of Symbols

Symbol Definition
PFS potential failure surface
DC Sand Merwede river sand is also called Delft Centrifuge Sand
FS failure surface
NP, NPG tests without a pipe for the DC Sand sample and Geba Sand sample,

respectively
P1G Geba Sand sample with a pipe placed at the deepest location of its

corresponding potential failure surface
Pi pipe at different locations (i is from 1 to 5) for the DC Sand samples
PIV Particle Image Velocimetry
SGi strain gauges (i is from 1 to 4)

𝑎, 𝑏 factor for normalized drag force and pipe movement relationship
𝑔 Earth’s gravity
𝑞u ultimate soil resistance
𝑞us ultimate soil resistance for the sloping ground condition
𝑟 pipe outer radius
𝑡 pipe wall thickness
𝑦 Pipe movement
𝑦u pipe movement at the ultimate soil resistance
Δ𝑦f settlement of the footing

𝐵 the width of the anchor slab
𝐵f width of the footing
𝐷 pipe outer diameter
𝐷10, 𝐷30,
𝐷50, 𝐷60

maximum size of the smallest 10%, 30%, 50% and 60% of the sam
ple, respectively

𝐷𝑟 relative density
𝐸 young’s modulus
𝐸𝐼 pipe flexural rigidity
𝐹d drag force
𝐹N counterbalancing point forces
𝐹ud the ultimate drag force
𝐹uN the ultimate counterbalancing point forces
𝐺s specific gravity
𝐻b depth from the soil surface to the invert of the pipe
𝐻c depth from the soil surface to the centre of the pipe
𝐼 the second moment of area per unit length for a longitudinal section
𝐿 pipe length
𝐿c distance between the pipe centre and the slope crest
𝑁 scaling factor
𝑁q bearing capacity factor or dimensionless force
𝑁qs bearing capacity factor for the sloping ground condition
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Symbol Definition
𝑁uq the ultimate bearing capacity factor
X, Y Cartesian coordinate

𝛼 geometric factor
𝛽 slope angle
𝛾 soil unit weight
𝜀 pipe cross section outer strain
𝜀i strain measurements for strain gauges (i is from 1 to 4)
𝜀i,max maximum strain measurements for strain gauges (i is from 1 to 4)
𝜃 angle with respect to the direction of the counterbalancing point

forces
𝜃u 𝐹uN direction with respect to the horizontal plan
𝜉 normalized foundation settlement (the footing settlement / the foot

ing width)
𝜑′ internal soil friction angle
𝜔 weight factor indicating the influence of the pipe burial depth com

pared to the distance between the pipe centre to the slope crest on
the bearing capacity factor
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4
Centrifuge modelling of

submarine landslides due to
static liquefaction

子曰：“学而不思则罔，思而不学则殆。”

《论语. 为政篇》

Confucius said, “It throws one into bewilderment to read without thinking
whereas it places one in jeopardy to think without reading.”

Analects of Confucius

The content of this chapter has been accepted as research paper in Landslides, Zhang and Askarinejad
(2019).
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4.1. Abstract
Sand erosion and scouring caused by waves and marine currents result in
gradual increase of local seabed inclination and formation of slopes around
hydraulic structures and offshore foundations. During this process, shear
stresses in the soil body increase statically, which may lead to static liq
uefaction and damage of the adjacent offshore infrastructure. This paper
presents the details of a newly developed static liquefaction triggering actu
ator to be used at an enhanced gravity condition in a geotechnical centrifuge.
This actuator simulates the steepening process of submarine sand layers
due to scouring and enables the investigation of failure mechanisms in sub
merged slopes. The details of the centrifuge test setup designed and con
structed to simulate the process of triggering static liquefaction in loose sand
layers are presented. Furthermore, the performance of the novel integrated
model preparation facility using the sand fluidization technique is explained.
The setup was used to conduct several centrifuge tests at four different slope
steepening rates to investigate the slope steepening rate effects. Moreover,
the effect of viscosity of the submerging pore fluid on the behaviour of the
slopes at the onset of failure is investigated. The Coriolis effect on loose sat
urated sand samples during increasing of glevel is examined also. Results
show that the builtup of pore pressure due to local shear deformations can
be detected and considered as one of the triggering mechanisms of this kind
of submarine slope instabilities.
Key words: Submarine landslides, Static liquefaction, Centrifuge modelling,
Offshore foundations
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4.2. Introduction

T he failure of natural or manmade slopes under water is one of the main threats
to offshore assets. Liquefied submerged slopes or embankments are often char

acterised by relatively small failure angle, sudden failure, a considerable amount
of released soil mass and large influencing areas (Kvalstad et al., 2001). These
make static liquefaction to be one of the most catastrophic mechanisms of under
water slope failures. Instability of these slopes can be triggered by static loads,
such as sediments deposition, toe erosion, rising of an embankment height, scour
near a structure or dredging activities (De Jager et al., 2017, Kvalstad et al., 2001,
Maghsoudloo et al., 2017, Sadrekarimi, 2016, Wanatowski and Chu, 2012). Several
cases of static liquefaction of submarine slopes and flow slides have been reported
in the literature (Andresen and Bjerrum, 1968, Bjerrum, 1971, Kraft Jr et al., 1992,
Kramer, 1988, Sladen et al., 1985). Numerous submerged slope instabilities have
occurred in Zeeland, the Netherlands, over the past 200 years which were major
threats for the flood defence systems (Silvis and Groot, 1995). Take the case of
the Eastern Scheldt storm surge barrier as example (Silvis and Groot, 1995), due
to waves and currents scouring happens near the structure as illustrated in Fig
ure 4.1, which schematically shows the development of a scour hole. During the
scouring process, the slope inclination increases before reaching a stable condition,
which results in a change of stress state, leading to an unstable stress path and
liquefaction, as shown in Figure 4.1b. Before the scouring occurs, the stress state
of the soil element in Figure 4.1a is indicated as point A which lies on the 𝐾0 line,
where 𝐾0 is the ratio of effective horizontal stress to effective vertical stress at rest.
Then, as the scour hole develops and seabed slope angle (𝜃) rises gradually, mean
effective stress (𝑝′) decreases while the deviator stress (𝑞) increases monotonically
under a drained condition. Hence the stress state constantly shifts to the upper left
in the 𝑝′−𝑞 space. At a certain point, due to collapse of voids in the soil structure,
instability under undrained conditions would be triggered when the stress path hits
the instability line (IL) at point B. As a result, excess pore pressure would be gen
erated and the sand would lose its strength suddenly which is expressed as line BC
which lies in between IL and the critical state line (CSL). Full liquefaction happens
at point C. Therefore, understanding of soil behaviour and excess pore pressure
generation during the increasing of slope inclination is necessary in assessing the
failure mechanism of static load induced liquefaction for marine slopes.

Static liquefaction can occur in a loosely packed sand element under a slight
change in the static load, due to the successive microcollapses of the voids re
sulting in the buildup of pore water pressure in a temporarily undrained condition
(Askarinejad et al., 2015, Lade, 1992, Lade and Yamamuro, 2011, Sladen et al.,
1985, Take et al., 2004). Physical modelling techniques (large/smallscaled mod
els and centrifuge tests) have been applied to study underwater landslide failure
behaviour, as they have the advantage of evaluating some specific features of pro
totypes (Wood, 2014). In many large/smallscaled tests (1𝑔 tests) the “releasing
gate” method was adopted as the slope failure triggering mechanism to investi
gate the landslide post failure behaviour. For example, De Groot et al. (2012) and
De Jager (2018) summarized a series of static liquefaction experiments in large
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Figure 4.1: Schematic view of development of seabed inclination due to scouring and resultant effective
stress path

and medium sized flumes. In the large flume, the valid length of samples was 24
m and the height varied from 1.0 to 2.1 m. The samples were kept in position by
a rotatable gate, which would be lifted with a speed of around 0.1 m/sec during
the tests. In their medium sized flume, samples’ lengths were about 5.0 m and
10.0 m for coarse sand and fine sand, respectively, and their heights were around
0.63 m. By means of dredging, these samples were made with steep slope angles
which were kept stable by applying suction from the base. Failures were induced
by releasing the suction. Sudden development of excess pore pressures was ob
served at the onset of slope instabilities in these tests. Spence and Guymer (1997)
adopted a similar idea to trigger flow slides. Samples were made on an inclined
tank and were kept stable by a watertight barrier before testing. Flow slides were
triggered by quickly removing the barrier. A retrogressive noncircular slipping be
haviour of flow side motion was observed. Ilstad et al. (2004) studied subaqueous
debris flows in a 10m long tank. The claysand mixture was stored in a reservoir
which was hanging above a 6∘ rough bed. By releasing the gate of the reservoir,
debris could flow down along the bed during which the pore pressure evolution was
recorded.

Similarly, Yamada et al. (2010) conducted several sandbox experiments using
dry sand to study submarine landslides triggered by slope steepening due to tec
tonic deformation. However, this test model is unable to consider the buildup of
pore water pressure. Alternatively, Byrne et al. (2000) built an 8m high clay em
bankment with a slope angle of 21.8∘ over a loose saturated sand layer in the field
as part of the Canadian Liquefaction Experiment project. The intent of this field test
was to trigger liquefaction in the loose sand layer by applying static load rapidly,
however, the embankment was stable during the event. They concluded that the
direction of loading, which controls the soil residual strength, and the drainage con
ditions governed the stability of the base sand layer. De Jager (2018) designed a
large scale 1𝑔 Liquefaction Tank at TU Delft with the main purpose of investigating
slope oversteepening effects on underwater liquefaction. Submerged fine sand
samples were prepared flat initially and then were triggered to failure by lifting up
one side of the 1𝑔 Liquefaction Tank constantly and slowly. They found that slope
failure is governed by the looser part of the sample and tilting rate (TR) affects
slope instability. However, the maximum sand layer height is 1.5 m, and the max
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imum tilting angle is 10∘ in this facility. The application of 1𝑔 tests’ results to field
situation is restricted by the model scale effects.

Simulation of in situ stress conditions is vital for assessment of soil strength,
soil resistance to liquefaction and pore pressure conditions (Kvalstad et al., 2001,
Schofield, 1980). Centrifuge techniques have the advantage of preserving the stress
condition in the field in a smallscaled model at a high centrifugal acceleration condi
tion and have been widely applied in geotechnical engineering. The “releasing gate”
method, adopted in the 1𝑔 tests performed by De Groot et al. (2012), De Groot et al.
(2019), Spence and Guymer (1997) and Ilstad et al. (2004), has been applied into
centrifuge modelling for studying the landslide flow behaviour as well (e.g. Acosta
et al., 2017, Boylan et al., 2009, Gue et al., 2010, Yin et al., 2017). However, only
clay/slurry materials have been used in these models. It has been acknowledged
that the application of the “releasing gate” method is capable of providing useful
information about flow slide behaviour, which is assumed to be independent of
initiation method (Spence and Guymer, 1997).

However, knowing the potential triggering mechanisms of marine landslides is
of crucial importance in order to reduce the chance of seabed liquefaction during
construction and the whole lifetime of offshore structures, such as pipelines, wind
turbine foundations and barriers. Several marine landslides triggering mechanisms
were investigated in centrifuge, such as earthquake induced landslides (e.g. Coulter
and Phillips, 2003, Elgamal et al., 2005) and wave induced landslides (e.g. Sassa and
Sekiguchi, 1999). However, only a few centrifuge experiments have been conducted
on fully saturated soil under a static loading condition. One of the first reported
static liquefaction tests conducted in a centrifuge was done by Phillips and Byrne
(1995). As a result of dropping a surcharge above the slope crest, liquefaction
was induced and the slope angle changed from 16∘ to 7∘ after failure. Zhang
et al. (2015) studied the generation of high pore pressure in gentle submarine
slopes. Samples were composed of a layer of kaolin clay on the top and a thin
sand layer below. Slope failures were triggered in flight by injecting pore fluid
into the sand layer from the embedded perforated pipes. Accumulation of pore
pressure was observed before the major failure. Zhang et al. (2015) used saline
water to simulate seawater, whereas the scaling effect of pore fluid viscosity was
not considered. Based on literature study, effects of the increasing of submarine
slope inclination on the slope instability have not been studied in centrifuge yet.

The objective of this paper is to introduce a new geotechnical centrifuge testing
facility which is designed to investigate the static liquefaction mechanism in sub
marine sandy slopes. Due to the special requirements for conducting centrifuge
tests on very loose saturated sand samples, a new strongbox equipped with a flu
idization system was developed. In this paper, the details of the testing facility are
presented. Furthermore, the sample properties, such as uniformity, distribution of
relative density and degree of saturation across the sample are discussed. Besides,
the development of excess pore pressure inside the soil layer prior to and post
failure are analysed.
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4.3. Sample preparation

S ample preparation methods affect soil structure, saturation, uniformity and rel
ative density and therefore have a major influence on the sample behaviour

(Della et al., 2011, Vaid et al., 1999). Kramer (1988) compared several historical
liquefaction flow slides happened in coastal areas, such as the slow slides occurred
in Orkdalsfjord of Norway in 1930, and found that the natural deposit materials
are similar in these areas which are described as silty fine sand or loose fine sand.
Modelling the depositional process is essential for resembling prototype soil struc
ture and for the assessment of the generation of excess pore pressure (Kvalstad
et al., 2001). Therefore, the sample prepared for the physical modelling should have
similar properties to that in the field for simulating slope static liquefaction. Further
more, a special design is required for transporting the sample from the preparation
area to the carrier of the geocentrifuge. Since a small disturbance could cause
sample densification. In this section, we discuss about the various conventional
sample preparation methods and explain the details of a strongbox designed for
making samples as well as the soil and pore fluid material used in this study.

4.3.1. Background

Coulter and Phillips (2003) prepared fully saturated sand samples for studying earth
quake effects on soil liquefaction in centrifuge. Sand samples with relative densities
( 𝐷𝑟) of 38%  42% were made by a combination of air pluviation technique, sample
saturation technique (using vacuum and carbon dioxide) and pore fluid replacing
technique. Rietdijk et al. (2010) developed the drizzle method for creating saturated
samples with 𝐷𝑟 around 5%. However, such a loose sample would be densified in
the process of sample transportation. Askarinejad et al. (2018) adopted the water
pluviation method and successfully prepared saturated slopes with relative density
of 15%. However, this technique was reported to be extremely time consuming,
i.e. approximately 8 hours were required to construct a sample in a strongbox with
dimensions of 270 mm x 150 mm x 135 mm.

Fluidization technique has been applied in physical modelling as the sample
preparation technique to simulate the formation of a seabed/riverbed in coastal
areas (De Groot et al., 2012, De Jager, 2018, Spence and Guymer, 1997). The
fluidization technique has the following three advantages: i. the sample properties
are reproducible; ii. the uniformity of samples can be guaranteed; iii. the achieved
average relative density can be as low as that of the prototype. Spence and Guymer
(1997) got loose samples with 𝐷𝑟 less than 31% by fluidizing sand around 30 mins.
De Groot et al. (2012) reported that the relative density was dischargerelated. The
1𝑔 Liquefaction Tank at TU Delft (De Jager, 2018) is equipped with a fluidization
system at the base which is composed of a filter and perforated pipes. Samples with
relative densities ranging from 28% to 58% were made by adjusting the discharge
of the fluidization system.
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4.3.2. Fluidization system

A strongbox was constructed for the beam centrifuge at TU Delft with a Ushaped
aluminium frame and two transparent side walls made of Plexiglass. The di

mensions of the strongbox were designed to take advantage of the space in the
centrifuge carrier. Samples with a length of 355 mm, a width of 134 mm and height
of up to 110 mm, at model scale, can be prepared (Figure 4.2). The pore pressure
developments in the soil layer can be monitored by three pore pressure transducers
(PPTs, MPXH6400A) during both sample preparation and testing.

Figure 4.2: Fluidization system (outside view, model scale): 1) filter layer; 2) PVC block; 3) tilting
direction

A fluidization system was integrated to the base of the strongbox. It is composed
of three parts, a filter layer (Figure 4.3), a network of perforated pipes system
(Figure 4.4) and a pump. The filter layer is sandwiched between the sand (on
top) and the perforated pipes system (at the bottom). The filter layer has two
main functions: i. to prevent sand particles from blocking the perforated pipes
system, and, ii. to allow a smooth and uniform flushing of external fluid into the
sand layer. Moreover, the filter layer was designed to be rigid enough to resist the
deformation which might be caused by the sand weight during centrifuge spinning.
The filter is made up of three mesh layers, a top mesh which is a fine square
hole perforated stainless steel mesh, a bottom mesh which is a coarse round hole
perforated stainless steel mesh, and a middle mesh which is a fine Nylon mesh filter
(Figure 4.3). The bottom mesh has an opening size of 3 mm and a thickness of 1
mm, and it is seen as the backbone of the filter layer; the pore size of the Nylon
mesh filter is 41 micrometers which is chosen to be smaller than 𝐷10 of Geba Sand
(Table 4.1); the top mesh has an opening size of 0.5 mm and a thickness of 0.5 mm
which functions as the protection layer for the Nylon mesh filter. The filter layer
was fixed onto a 6mm thick aluminium frame (Figure 4.4), which was mounted on
the base of the strongbox through screws; besides, it was supported by four 3mm
thick and evenly distributed PVC sticks as well. The PVC sticks were also used to
secure the perforated pipes. A sealing rubber belt was placed in between the filter
layer and the aluminium frame for preventing leakage along the boundaries of the
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filter layer (Figure 4.3).

Figure 4.3: Filter layer of fluidization system (model scale): 1) sealing rubber; 2) screw holes; 3) top
mesh; 4) middle filter; 5) bottom mesh

Figure 4.4: Fluidization system (inside view, model scale): 1) parallel pipes; 2) aluminium frame; 3) PVC
sticks; 4) transverse pipe; 5) Plexiglas; 6) Ushape frame; 7) openings with diameter of 0.5 mm

The perforated pipe system is composed of eight parallel pipes with outer di
ameter of 𝐷o = 6 mm and inner diameter of 𝐷i = 4 mm which are connected to a
transverse pipe with 𝐷o = 12 mm and 𝐷i = 10 mm (Figure 4.4). Fifty openings with
diameter of 0.5 mm are evenly distributed along each small pipe. Based on expe
rience of the construction of the 1𝑔 Liquefaction Tank (De Jager, 2018), a uniform
sand sample requires a uniform fluid pressure in the fluidization system. Consider
ing that the outflow will generate a pressure gradient along each perforated pipe,
the rule that the area of outlet should be smaller than or equal to the inlet area
is guaranteed, e.g. the total area of the fifty openings on one perforated pipe is
smaller than the inner area of the pipe, thus the pressure difference in the pipe
remains relatively small. The existence of the fine Nylon mesh filter may further
smooth the fluid pressure specially within the fluidization system. Moreover, these
openings are designed to be facing downwards (Figure 4.4). This design is assumed
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to be useful to improve the uniformity of the fluid pressure below the fluidization
filter.

Two inlet valves were connected to the transverse pipe from outside of the
strongbox (see further in Figure 4.11). These valves were open during the flu
idization and closed during the centrifuge tests. Because there are no openings
on the transverse pipe, less discharge would be expected in the zone above the
transverse pipe which may cause sample nonuniformity. Therefore, a PVC block
was fixed onto the filter layer above the area of the transverse pipe (Figure 4.2).
The submerging fluid height from the sample bottom was 180 mm (model scale)
for all tests. A modular foursided “extension box” on top of the strongbox provides
enough space for the submerging fluid and generated waves after the landslides
(see further in Figure 4.11).

A Grundfos PO07 water pump was used to fluidize the sand. One side of the
pump was connected to the two valves (Figure 4.11) and the other side was con
nected to a container filled with deaired fluid. A third valve was installed in a tube
connecting the pump and the strongbox for controlling the discharge. The minimum
fluid velocity for fluidizing the sample (𝑉mf) can be estimated based on Equation 4.1
proposed by Lowe (1976),

𝑉mf =

− 150𝛼2𝜇f
3.5𝛼1𝐷particle𝜌f

+ [( 150𝛼2𝜇f
3.5𝛼1𝐷particle𝜌f

)
2
+
𝐷particle𝑔(𝜌particle − 𝜌f)

1.75𝛼1𝜌f
]
2

(4.1)

where 𝛼1 and 𝛼2 are suggested to be as 14 and 11, respectively (Wen and Yu, 1966);
𝜇f is kinematic viscosity of the fluidization fluid (g/(cm s)); 𝐷particle is sand particle
diameter (cm); 𝜌f and 𝜌particle are fluidization fluid density and sand particle density
(g/cm3), respectively; 𝑔 is acceleration due to gravity (cm/sec2). Substituting 𝜇f
= 0.01 g/(cm s), 𝐷particle = 1.17 x 10−2 cm (= 𝐷50 in Table 4.1), 𝜌particle = 2.67
g/cm3 obtained from 𝐺s in Table 4.1, 𝜌f = 1.0 g/cm3 for deaired water and 𝑔 = 981
cm/sec2 into Equation 4.1 yields 𝑉mf = 1.36 x 10−4 m/sec. The applied discharge
was around 1.8 x 10−3 m/sec from the filter of the fluidization mesh when using de
aired water, which is larger than the estimated minimum fluid velocity for fluidizing
the sample (𝑉mf = 1.36 x 10−4 m/sec). Applying this discharge during sample
preparation, the excess pore pressure ratio (𝑟u) at PPT1 is around 1.0 and 𝑟u at
PPT3 is around 0.93. Hence, it is believed that this fluidization system is able to
uniformly liquefy sand samples during the process of fluidization.

4.3.3. Soil material
Subangular and subrounded sand, known as Geba Sand, supplied by Eurogrit
(www.eurogrit.com) was used in this study which was also used and characterised
by De Jager (2018), Askarinejad et al. (2018) and Maghsoudloo et al. (2018). The
soil properties are listed in Table 4.1, where 𝐷10, 𝐷50 and 𝐷60 are the intercepts for
10%, 50% and 60% of the cumulative mass; 𝜑′residual is the residual friction angle;
𝐾 is coefficient of permeability tested with water as the submerging fluid; 𝑒 is the
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void ratio, and the subscriptions min and max denote the minimum and maximum
void ratios, respectively; and 𝐺s is sand specific gravity.

Table 4.1: Main sand properties (after Maghsoudloo et al., 2017)

𝐷10 𝐷50 𝐷60 𝜑′residual 𝐾 𝑒min 𝑒max 𝐺s
(mm) (mm) (mm) (∘) (m/sec)   
0.078 0.117 0.121 36 4.2 ×10−5 or 1.3 ×10−5* 0.64 1.07 2.67
*: Theoretical value when the submerging fluid has a viscosity of 3.2 cSt

4.3.4. Pore Fluid
In this study, both deaired water and deaired viscous fluid were used. Hydrox
ypropyl Methylcellulose (HPMC) powder is biodegradable and can dissolve in water
easily. Viscous fluid made of HPMC has been widely used in centrifuge modelling
considering the difference in the scaled time for the pore fluid generation and dissi
pation under 𝑁𝑔 condition (𝑁 times Earth’s gravity, 𝑔). Dewoolkar et al. (1999) and
Ko (1994) argued that the soil constitutive properties will not be changed by HPMC
solutions. Stewart et al. (1998) reported that for a concentration of 2% for HPMC,
the solution has a density of no more than 0.5% higher than water. Therefore,
HPMC powder marketed as Benecel E10M supported by ASHLAND was used in this
research.

The employed dispersion method was the ’hot/cold’ technique (Company, 2002).
The deaired viscous fluid was made by the following steps: i. approximately 20%
of the required volume of water was heated to around 90∘C; ii. the HPMC powder
was mixed into the warm water in a blender; iii. agitation was continued until the
powder was evenly dispersed; iv. the prepared fluid was mixed into the rest of
required water; v. the viscous fluid was deaired by vacuum for at least 12 hours.

4.3.5. Sample preparation procedures at 1𝑔 condition
The sand mixed with deaired fluid was put into a vacuum for 24 hours. It was
carefully transported into the strongbox, which had been filled with deaired fluid
in advance to avoid any air bubbles. In order to prepare samples easily and in a
reproducible manner, the procedures listed in Appendix A were repeated for every
centrifuge test. The pore pressure change recorded during the sample preparation
for all the samples are similar, which confirms the reproducibility of the fluidization
technique. The fluid was put under vacuum for at least 12 hours after every two
tests.

There are four main advantages associated with this sample preparation tech
nique. Firstly, the sample preparation time is no more than 40 minutes, which is far
less compared than the 8 hours per sample required for the wet pluviation method
(Askarinejad et al., 2018); secondly, each sample can be made in the centrifuge
carrier, which excludes any possible artificial disturbance before starting the cen
trifuge; thirdly, no extra space above the strongbox on the centrifuge carrier is
needed for preparing a sample, hence, the vertical space of the centrifuge carrier
can be fully utilised; lastly, since the same procedures are followed for every test,
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the reproducibility, the fully saturated condition and the loose state of the sand
samples are ensured. These qualities are discussed in the following section.

4.4. Sample properties
4.4.1. Relative density
The average sand layer height of each test was obtained from five scales which
were attached on inside of the Plexiglas walls of the strongbox at different positions
(two of them can be seen in Figure 4.11 and the rest of scales were attached onto
the other Plexiglas wall) at 1𝑔 condition and from two scales (see Figure 4.11 and
Figure 4.14) at 𝑁𝑔 condition. The initial relative densities at 1𝑔 condition (𝐷𝑟1g)
and relative densities at 𝑁𝑔 condition (𝐷𝑟Ng) are listed in Table 4.2, where 𝑁 is 10
in this study. As a result of the rise of centrifugal acceleration, the samples became
denser.

Table 4.2: Summary of centrifuge tests

Test name* TRm TRp 𝑔level 𝐷𝑟1g 𝐷𝑟Ng Height** 𝜃f
(∘/sec) (𝑁) (%) (%) (m) (∘)

W_0.01_10g 0.1 0.01 10 28 43 1.07 
W_0.1_10g 1.0 0.1 10 35 49 1.07 
W_0.2_10g 2.0 0.2 10 20 32 0.74 13.4
V_0.01_10g_NoSand 0.1 0.01 10    
V_0.01_10g 0.1 0.01 10 23 35 0.83 17.7
V_0.05_10g 0.5 0.05 10 27 37 0.86 12.2
V_0.1_10g 1.0 0.1 10 31 42 0.83 11.1
V_0.2_10g 2.0 0.2 10 27 43 0.88 9.0
*: W stands for deaired water; V stands for viscous fluid; the number after W or V stands
for the testing tilting rate at prototype scale in [∘/sec]; 10g represents the testing 𝑔level;
NoSand means the test was done with viscous fluid only and no sand.
**: prototype scale

4.4.2. Degree of saturation
Submerged sand samples were kept under vacuum for more than 24 hours before
being transferred into the strongbox. The sand column method (Chapuis, 2004) was
adopted to examine the degree of saturation (𝑆r) of sand layer after fluidization.
Results are presented in Table 4.3. The prepared deaired viscous fluid was put
under vacuum after every two tests.

Table 4.3: Degree of saturation measured from four samples after fluidization

Sample 1 Sample 2 Sample 3 Sample 4 Average
𝑆r (%) 99.9 ±1.8 98.7 ±1.7 98.7 ±1.6 99.2 ±1.7 99.1 ±1.7
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4.4.3. Uniformity
Petrovic et al. (1982) concluded that computed tomography (CT) scanning is a
useful technique to evaluate soil bulk density. The homogeneity (Table 4.2) in
terms of relative density was investigated by scanning a sample using a Siemens
Somatom Volume Zoom CT scanner with a maximum resolution of 0.6 mm. This
CT scanner is capable of generating 24 sequential images for a layer with thickness
of 30 mm in a single scan. Thus, each image has a thickness of 1.25 mm. Each
pixel of the images has a size of 0.59 x 0.59 mm2. The voltage and current were
set at 120 kV and 35 mA, respectively.

A loose soil sample was made following the same preparation procedures as that
applied for other samples listed in Table 4.2. This sample was prepared directly on
the CT scanner table so that the sample was intact before scanning. The same
sand and deaired water was used. The influence of fluid viscosity on the samples’
homogeneity is considered to be insignificant as all the tested samples were fully
fluidized and consolidated at 1𝑔 condition. Therefore, the soil properties of this
sample are assumed to be similar to that of centrifuge test samples. The computed
tomography number (𝐶𝑇number), which is expressed in Hounsfield Units (HU) and
is proportional to the densities of scanned materials. Figure 4.5 illustrates 3D view
of the strongbox in HU in greyscale. In Figure 4.5 and following figures which are
shown in HU, a material with higher density is presented brighter than a material
with a lower density. For example, in Figure 4.5, the density of the aluminium
frame of the strongbox (number 8) is higher than that of submerged sand (number
4) which is higher than that of submerging fluid (number 3), hence number 8 is the
brightest and number 3 has the lowest brightness among these three materials.
The air has the lowest density in the system, therefore it is shown in black in these
images. With assumption of full saturation, the sand sample can be considered as
a porous medium with two phases.

Figure 4.5: 3D view of the strongbox in Hounsfield Units in greyscale (model scale): 1) cables of PPTs;
2) extension box; 3) submerging fluid (deaired water); 4) submerged sand; 5) Plexiglas; 6) filter layer;
7) parallel fluidization pipes; 8) base of the Ushape aluminium frame of the strongbox
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Calibration of CT results
The 𝐶𝑇number is proportional to scanned material density when the voltage of the
CT scanner is larger than 100 kV (Gupta et al., 2018, Higo et al., 2011). Based
on the 𝐶𝑇number for air, water, Plexiglas and aluminium which have densities of
0.0012 g/cm3, 1 g/cm3, 1.19 g/cm3 and 2.7 g/cm3, respectively, the CT scanner
was calibrated as shown in Figure 4.6. The bulk density of saturated sand material
can be expressed in Equation 4.2, 𝜌f is submerging fluid density which is 1 g/cm3
in this study. Thus, sample void ratio can be obtained from 𝐶𝑇number based on
Equation 4.3, where 𝛼1 = 0.0010 and 𝛼2 = 1.0146 are two parameters determined
after calibrating 𝐶𝑇number.

Figure 4.6: Calibration of CTnumber

Bulk density = 𝐺s + 𝑒𝜌f
1 + 𝑒 (4.2)

𝑒 = 𝐺s − 1
𝛼1𝐶𝑇number + 𝛼2 − 1

− 1 (4.3)

Beam hardening correction (BHC) method
Due to the difference in densities of the submerged sand and the stainless steel
(filter layer) there are beam hardening artefacts existing in the sample especially
in the zone close to the filter layer. A large unexpected variation in 𝐶𝑇number was
observed. Application of advanced and complicated beam hardening correction
(BHC) algorithms, such as the algorithms proposed by Kyriakou et al. (2010) and
Gu and Dogandžić (2016), is out of scope of this study; hence, a simple way of
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correcting beam hardening was adopted. According to the maximum and minimum
void ratios (Table 4.1) and Equation 4.3, the largest and lowest expected 𝐶𝑇number
can be obtained which are 975.4 (HU) and 760.1 (HU). Thus, every 𝐶𝑇number which
either exceeds 965.7 (HU) or lower than 760.1 (HU) is deleted.

Relative density distribution along sample height, width and length
It should be noted that due to the setting of the CT scanner, only a slice of sam
ple with a thickness around 30 mm in length direction, i.e. x direction, could be
scanned still as shown in Figure 4.5; then the scanner table carrying the strongbox
had to be moved in order to scan the whole sample in x direction. However, due
to the movement of the scanner table the sample was disturbed. Hence, only rela
tive density distributions over sample width and depth could be obtained from the
undisturbed sample (Figure 4.7a); relative density distribution over sample length
could be only evaluated based on the same sample which was partially disturbed
as illustrated in Figure 4.7b.

Figure 4.7: 2D view of the sample in Hounsfield Units in greyscale (model scale): a) Crosssectional
view scanned before the table movement used for analysing the 𝐷𝑟 distribution along width and depth;
b) Longitudinal sectional view scanned after the table movement and the analysed zone is used for
analysing 𝐷𝑟 distribution along sample length

Figure 4.7a demonstrates 2D view of cross section of the sample (around 27
mm in outofplane direction, i.e. x direction). The whole sand sample cross section
(90 × 134 mm2) was used to analyse the relative density distribution over sample
depth and width. The 𝐷𝑟 along the sample depth is illustrated in Figure 4.8. By
comparing with the results before and after BHC, it can be seen that the beam
hardening artefacts exist and go severely from depth 60 mm to sample bottom and
a large amount of beam hardening artefacts can be corrected by the BHC method.

Results after BHC shows that, the relative density profile over sample depth is
characterized by a looser top layer (0 mm  10 mm), a denser bottom layer (from
70 mm to 90 mm) and a relative constant value in between (Figure 4.8). It is
reasonable that the sample bottom layer is denser than the sand above, as the
vertical effective stress increases with the sample depth. However, there might be
still some beam hardening artefacts in the bottom layer, considering the fact that
the effortless BHC method applied in this study is a simplistic. The 𝐷𝑟 profile over
sample width is uniform from 7 mm to 124 mm (Figure 4.9). The relatively low 𝐷𝑟
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near the two sides might be a consequence of the wall friction effect during sand
sedimentation. It can be concluded that the main sample is reasonably uniform in
the crosssection plane. The average relative densities over depth and width are
around 30.8% (with a standard deviation of 7.4%) and 30.4% (with a standard
deviation of 3.1%), respectively.

Figure 4.8: Variation of relative density over depth (model scale)

The 𝐷𝑟 profile in the length direction for the sample that was affected by the
movement of CT Scanner table shows that the top 50 mm sand was densified,
however below 50 mm the sand remained nearly unaffected (Figure 4.8). The top
10 mm of the sample was looser than the sand below, hence this part of sand was
prone to densification. However, a 50mm depth of sand was densified. This might
be due to the disturbance being strong enough to densify the sample more than the
top 10mm layer, and the densification of this layer may further influence the sand
below due to the dissipation of pore pressure that was expected to be generated.
Therefore, not the whole sample but only the analysed zone, in Figure 4.7b, which
was selected to be within the sample depth from 50 mm to 70 mm, was used
to obtain the 𝐷𝑟 distribution over sample length. The analysed zone is assumed
to be less affected by the movement of the scanner table and beam hardening
effects from the filter. 𝐷𝑟 along the sample length is presented in Figure 4.10. The
existence of PPTs might influence the 𝐷𝑟 above them and beam hardening artefacts
caused by the sensors might be not corrected completely. Considering the 𝐷𝑟 in
sample length, it is believed that the sample is uniform in this direction as well. The
average relative density over length is about 29.6% with a standard deviation of
5.9%.
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Figure 4.9: Variation of relative density over width (model scale)

4.5. Submarine landslide triggering mechanism

A singleplane rotatable setup was designed to study static liquefaction of sub
marine slopes induced by the slope oversteepening as a result of the scouring

effect (De Groot et al., 2012) or dredging actives. The overview of this setup is
shown in Figure 4.11. The base plate, supporting the strongbox, is connected to
the 40mm rotating axis with five bearing blocks. The setup can rotate using a
linear actuator (Linak 28210040150100, capacity: 1 kN). Six shaft blocks connect
the casing of the rotating axis to the centrifuge carrier. The outer frame, which
consists of four angled profiles at four corners and a lid plate on the top, keeps the
strongbox in place and prevents sliding during tilting. A potentiometer (S13FLP25A)
linking the base plate and the centrifuge carrier is used to measure the tilting an
gle. For safety reasons, in case of excessive tilting two end switches were installed.
Metal components of the setup are made of (7075 aluminium sheet) and designed
to be as light as possible.

The weight of the sample is mainly carried by the casing of the rotating axis
below the middle of the strongbox, therefore this structure of the setup requires
a low capacity for the linear motor. Furthermore, a smooth and linear change of
load acting on the linear motor during tilting is expected. The setup can bear a
maximum static load of 47 kN. The maximum tilting angle is 20∘. By controlling
the linear motor, the strongbox can rotate with a tilting rate ranging from 0.1∘/sec
to 2.0∘/sec with a precision of 0.002∘/sec at model scale; the corresponding tilting
rates at prototype will be 𝑁 times smaller than that at model scale as explained in
the next section.
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Figure 4.10: Variation of relative density over length (model scale)

Figure 4.11: Test setup in the centrifuge carrier (model scale): 1) outer frame; 2) extension box; 3)
linear motor; 4) scale; 5) fluid; 6) submerged sand; 7) high resolution, high speed camera; 8) camera
holder; 9) base plate; 10) linear potentiometer; 11) bearing blocks; 12) switches; 13) shaft blocks; 14)
rotation axis; 15) valves; 16) sample length: 355 mm; 17) sample height: 87 mm; 18) fluid table (it is
initially parallel to the sample bottom with a distance of 180 mm)
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4.6. Scaling law
4.6.1. Scaling law for tilting rate
In a centrifuge test, the scale factor for acceleration (𝑎) is 𝑎r = 𝑎p ⁄ 𝑎m = 1 ⁄ 𝑁,
where henceforward the subscripts ’p’, ’m’ and ’r’ indicate prototype, model and the
ratio of prototype to model, respectively; furthermore, the scale factor for length
(𝐿) is 𝐿r = 𝐿p ⁄ 𝐿m = 𝑁. Therefore, considering the unit of acceleration, the scale
factor for kinematic time (𝑡kr ) is:

𝑡k = √𝐿𝑎 , 𝑡
k
r = √

𝑡kp
𝑡km

= √
𝐿p𝑎m
𝐿m𝑎p

= 𝑁 (4.4)

where the superscript ’𝑘’ refers to kinematic. Tilting rate has a unit of degree per
second. The scale factor for slope angle is unity. Hence, the scale factor for tilting
rate is:

𝑇𝑅r =
𝑇𝑅p
𝑇𝑅m

= 1
𝑡kr
= 1
𝑁 (4.5)

4.6.2. Scaling laws for pore fluid viscosity for static liquefac
tion

Based on Darcy’s law, the specific discharge (𝑞) can be expressed in the form of
Equation 4.6, where 𝑞 has a unit of m/sec, 𝐾 is the hydraulic conductivity (as shown
in Equation 4.7), which is also called the coefficient of permeability with a unit of
m/sec, 𝑖 is the hydraulic gradient (dimensionless), 𝜅 is the intrinsic permeability
(m2) which depends on the soil properties, 𝜇 is the dynamic viscosity (kg m−1 s−1),
𝜈 is the kinematic viscosity (St), 𝜌f is the fluid density and 𝛾f is the unit weight of
fluid at which the permeability is measured (Zienkiewicz et al., 1999).

𝑞 = 𝐾𝑖 (4.6)

𝐾 = 𝜅𝛾f
𝜇 , 𝜇 = 𝜈𝜌f (4.7)

Macroscopic scale
It is widely accepted that, in a 1/𝑁time scaled model under 𝑁𝑔 condition, the scale
factors for 𝐾, 𝑖 and 𝑞 are 1, 1/𝑁 and 1/𝑁, respectively, if the same pore fluid and soil
are used in the model and prototype (Arulanandan et al., 1988, Cargill and Ko, 1983,
Garnier et al., 2007, Singh and Gupta, 2000, Taylor, 1995). Hence, the scale factor
for the seepage time (𝑡sr ) is 𝑁2 as shown in Equation 4.8 (Schofield, 1980, Taylor,
1995), where the superscript ’s’ refers to seepage. Due to the conflict between
the scaling laws for the kinematic time (Equation 4.4) and seepage time (Equation
4.8), a pore fluid which is 𝑁 times more viscous than water is recommended (e.g.
Dewoolkar et al., 1999, Schofield, 1980, Taylor, 1995). The viscous fluid makes the
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ratio of kinematic time to seepage time in the prototype equals to that in the model,
as explained in the Equations 4.9 and 4.10.

𝑡s = 𝐿
𝑞 , 𝑡

s
r =

𝐿r
𝑞r
= 𝑁2 (4.8)

𝜇p
𝜇m

= 1
𝑁 →

𝐾p
𝐾m

= 𝑁 →
𝑞p
𝑞m

= 1 →
𝑡sp
𝑡sm

= 𝑁 (4.9)

𝑡kp
𝑡sp
= 𝑡km
𝑡sm

or 𝑡kr = 𝑡sr (when
𝜇p
𝜇m

= 1/𝑁) (4.10)

Grain scale
Take et al. (2004) proposed that soil collapse initiates the sudden increase of pore
pressure, which can be the triggering mechanism of static liquefaction. They men
tioned that the duration of the generation of excess pore pressure can be a function
of falling distance of a grain on to another (ℎ) and acceleration as expressed in
Equation 4.11, where the superscripts ’gen’ and ’grain’ stand for ’generation’ and
’grain scale’, respectively. The scaling factor for length related factors is 1 at grain
scale (Askarinejad et al., 2015).

𝑡gen,grain ∝ √ℎ𝑎 , 𝑡
gen,grain
r = √ 1𝑎r

= √𝑁 (4.11)

Askarinejad et al. (2015) postulate that the initial soil voids collapse should hap
pen locally and hence the grain scale is of interest in the case of static liquefaction.
They argue that the generation time of excess pore pressure due to the collapse of
soil structure is √𝑁 times slower than its dissipation time at grain scale under 𝑁𝑔
acceleration (see Equation 4.11). Therefore, a fluid which is √𝑁 times more viscous
than water as the pore fluid for a test at 𝑁𝑔 is recommended so that the time for
excess pore pressure generation and that for excess pore pressure dissipation are
both scaled with the same factor as explained in Equations 4.12 and 4.13.

𝜇p
𝜇m

= 1
√𝑁

→
𝐾p
𝐾m

= √𝑁 →
𝑞p
𝑞m

= 1
√𝑁

→ 𝑡s,grainp

𝑡s,grainm
= √𝑁 (4.12)

𝑡gen,grainr = 𝑡s,grainr (when
𝜇p
𝜇m

= 1
√𝑁

) (4.13)

Therefore, based on the scaling laws for pore fluid at grain scale, a submerging
fluid with a viscosity of √10 should be used for a test under 10𝑔 condition. Hence,
HPMC powder was used in this study to make the viscosity of the submerging fluid
to be 3.2 cSt. The permeability of the sample with the viscous fluid was 3.2 times
less than 4.2 ×10−5 m/sec, i.e. 1.3 ×10−5 m/sec (Table 4.1). Furthermore, in order
to investigate fluid viscosity effect on the sample failure water as the submerging
fluid was also applied.
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4.7. Results and Discussion

T he landslides were triggered by tilting the sand layers gradually. To investigate
the effects of the steepening rate of slope on slope instability, four tilting rates,

namely 0.01 ∘/sec, 0.05 ∘/sec, 0.1 ∘/sec and 0.2 ∘/sec at prototype scale, were
tested at 10𝑔. The tilting started around 1200 seconds (prototype scale) after
achieving the target glevel. No change in pore pressure was noticed before tilting,
i.e. the consolidation due to the increase in glevel had finished. The characteristics
of the tests are summarised in Table 4.2.

4.7.1. Coriolis effect on very loose sample during increasing of
glevel

Due to the high sensitivity of the very loose sand samples, the standard incre
ment rate of the angular velocity of the geocentrifuge at TU Delft, which takes 67
seconds from 1𝑔 to 10𝑔, could cause a local liquefaction (Figure 4.12). This distur
bance could happen due to the Coriolis effect. Hence, a very low increasing rate
of centrifugal acceleration was adopted for all the tests listed in Table 4.2, which
would take 990 seconds from 1𝑔 to 10𝑔 and could provide a gradual and smooth
increase of hydrostatic pressure during the process of rising 𝑔level.

Figure 4.12: Ratio of Coriolis acceleration to centrifuge acceleration and partial liquefaction during in
creasing of glevel

The Coriolis acceleration (𝑎Coriolis) depends on the centrifuge angular velocity
(𝜔) and the sample velocity in the centrifuge rotation plane (𝑣rotation), as described
in Equation 4.14 (Schofield, 1980), where 𝑅ac, 𝑅beam and 𝑅sample in Equation 4.15
are the centrifuge rotation radius, length of centrifuge beam and the distance be
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tween the hinge of the centrifuge carrier and 1/3 of the sample height, respectively,
and 𝛽 is the position angle indicating the rotation of the centrifuge carrier. During
the development of 𝜔, the centrifuge acceleration (𝑎c) rises and the sample posi
tion changes with increasing 𝛽 as illustrated in Figure 4.13 and Equation 4.16. In
this process, the soil sample moves in the centrifuge rotation plan, hence it has
a certain velocity in the centrifuge rotation plane 𝑣rotation which can be expressed
in Equation 4.17. The changing rate of 𝛽 (Equation 4.18) can be obtained from
Equations 4.15 and 4.16.

Figure 4.12 demonstrates that the maximum value of 𝑎Coriolis/𝑎c is about 7.8%
when the centrifuge takes 67 seconds from 1𝑔 to 10𝑔 and it is around 1% when the
centrifuge takes 990 seconds from 1𝑔 to 10𝑔. Hysteresis upon the local liquefaction
was observed. Taylor (1995) proposed that Coriolis effects could be negligible when
the ratio of Coriolis acceleration to centrifuge acceleration is less than 10% for
dynamic modelling in centrifuge. However, this limit needs to be lowered for testing
a saturated loose sand sample with 𝐷𝑟 in the range of 20%  30%. It is found that
1% is a reasonable value as the limit of 𝑎Coriolis/𝑎c in this case.

Figure 4.13: Schematic description of sample moving velocity in the centrifuge rotation plane during the
process of increasing centrifuge acceleration (grey: initial position when 𝜔= 0; black: position due to a
certain amount of 𝜔)

𝑎Coriolis
𝑎c

= 2𝜔𝑣rotation
𝜔2𝑅ac

(4.14)

𝑅ac = 𝑅beam + 𝑅sample sin𝛽 (4.15)

𝛽 = tan−1 (𝜔
2𝑅ac
𝑔 ) (4.16)

𝑣rotation =
𝑑(𝑅sample sin𝛽)

𝑑𝑡 = 𝑅sample cos𝛽
𝑑𝛽
𝑑𝑡 (4.17)
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𝑑𝛽
𝑑𝑡 =

2𝜔𝑅ac
𝑔 + 𝜔4𝑅ac2/𝑔 − 𝜔2𝑅sample cos𝛽

𝑑𝜔
𝑑𝑡 (4.18)

4.7.2. Sample failure
A high resolution (3840 x 2160 pixels), high speed camera (the highest frame rate
is 30 fps) was used to take videos during all tests. The camera was connected
to the tilting device with the camera holder (Figure 4.11). Thus, it could rotate
together with the strongbox. The captured videos (30 fps) show that the slope
failures happened almost without any visible precursor. Figure 4.14 illustrates three
frames at three tilting angles (𝜃), namely 0∘, 17.0∘ and 17.7∘, for test V_0.01_10g
(Table 4.2). There was no local or global movement could be detected during tilting
before the liquefaction. The videos indicate that the liquefaction happened over the
entire length and around 85% depth of the sample.

Figure 4.14: Three frames of V_0.01_10g (prototype scale): 1) sand surface before tilting/failure; 2)
camera holder; 3) tilting direction; 4) sand surface after failure; 5) observed failure surface; 6) water
table; 7) strongbox; 8) PVC block; 9) PPTs (from left to right: PPT1, PPT2 and PPT3); 10) rotation axis

Due to the fact that excess pore pressure dissipated during the liquefaction, the
sliding sand stopped when the excess pore pressure reduced to zero. It should be
noted that boundary effects would be expected from the low end of the strongbox
which would prohibit moving of liquefied sand. It is expected that a larger scale in
length would give a gentler slope after failure (De Groot et al., 2019). Considering
that W_0.01_10g and W_0.1_10g did not fail up to the maximum tilting angle of
the setup (20∘), while all other tests failed before reaching the limitation (Table
4.2), it can be concluded that the boundary effects play an important role in the
postfailure behaviour of flow slides, but barely influence the samples before the
onset of liquefaction. Since this paper mainly focuses on investigating the triggering
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mechanism of static liquefaction, we believe that the boundary effects are of minor
importance before the onset of static liquefaction.

4.7.3. Failure angle
The failure angles for centrifuge tests are demonstrated in Figure 4.15 with respect
to the tilting rate at prototype scale. The tilting rate effect on slope instability
can be revealed by comparing the failure angles in slopes with the same viscous
fluid (Figure 4.15). A reduction in the failure angle is visible with the increasing
tilting rate. This is also observed from results of 10𝑔 tests with water, as failure
occurred in W_0.2_10g but did not happen in W_0.1_10g and W_0.01_10g. The
generation and dissipation of pore pressure coexist when a fully saturated sand
sample is under shearing (Goren et al., 2010, Iverson, 1993, Taylor, 1995). It
is reasonable to assume that the dependency of slope instability on tilting rate
is related to the difference between the pore pressure generation rate and the
pore pressure dissipation rate. A faster increase of the slope angle increases the
probability of the occurrence of microcollapses in the soil body and hence triggers
the switch of the drainage condition from drained to undrained, which then causes
the generation of the excess pore pressure and liquefaction.

Figure 4.15: Tilting rate effect on slope failure angles for 10𝑔 tests

The tilting mechanism applied in the centrifuge tests mimics the rise of seabed
slope angle as a result of scouring/dredging. Therefore, the development of stress
state for a soil element in the samples is similar to that of a soil element which
lies below a seabed slope with gradually increasing inclination as shown in Figure
4.1. The tilting rate effect, i.e. slope angle changing rate (�̇� ) effect, is expressed
in Figure 4.16. For a test with a higher tilting rate, the sample was stable before
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arriving at point B1 with a failure angle of 𝜃f1, and then the stress state follows
path 1 till to full liquefaction at point C; for a test with a lower tilting rate, the stress
path continues further under a drained condition to point B2 with a failure angle of
𝜃f2(> 𝜃f1) following by the path 2 under an undrained condition. It can be inferred
that the instability line is a function of shear rate as demonstrated in Figure 4.16.

Figure 4.16: Dependency of static liquefaction triggering mechanism on slope angle changing rate

This postulation can also explain the two tests performed by De Jager (2018) in
the Liquefaction Tank as shown in Table 4.4. Test1, with a tiling rate of 0.12 ∘/sec,
failed at a slope angle of 6.1∘, while Test2, with a tiling rate of 0.01 ∘/sec, did not fail
even at a slope angle of 10∘ (the maximum tilting angle of the Liquefaction Tank).
Test1 and V_0.1_10g have a similar tilting rate, while the slope failure angles for
these two tests are different (i.e. 6.1∘ for Test1 and 11.5∘ for V_0.1_10g). It is
believed that the difference in the relative densities of these two tests (i.e. 35.0%
for Test1 and 41.0% for V_0.1_10g) is the main reason for the difference in the
failure angles (Askarinejad et al., 2019).

Table 4.4: Two tests performed by De Jager (2018) in the 1𝑔 Liquefaction Tank

Test name Tilting rate (∘/sec) 𝐷𝑟 (%) Failure angle (∘) Sand layer height (m)
Test1 0.12 35.0 6.1 0.51
Test2 0.01 35.9 No failure* 0.51

*: The maximum tilting angle for the Liquefaction Tank is 10∘.

It can be found that the fluid viscosity plays an important role in triggering static
liquefaction as well. W_0.2_10g failed at a larger slope angle than V_0.2_10g (the
failure angles for W_0.2_10g and V_0.2_10g are 13.4∘ and 9.9∘, respectively), and
W_0.1_10g and W_0.01_10g did not fail but V_0.1_10g and V_0.01_10g failed.
The pore fluid viscosity of the tests with viscous fluid is 3.2 times higher than that
for the tests with water. Therefore, the possible generated pore pressure for the
tests with water dissipates 3.2 times faster than that for the tests with viscous
fluid. Dewoolkar et al. (1999) discovered a similar behaviour from results of level
ground seismic centrifuge tests. By giving the same earthquake motion, the sample
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submerged by a viscous fluid liquefied, while the sample submerged by water did
not.

4.7.4. Excess pore pressure due to static liquefaction
Static liquefaction of submerged loose sand layer is related to sudden development
of pore fluid pressure, which reduce effective stresses under undrained conditions.
Therefore, knowing the behaviour of pore fluid pressure during the increase of
slope angle is important to evaluating the sand behaviour. Pore fluid pressures were
measured using three pore pressure transducers (PPT1, PPT2 and PPT3) located at
sample bottom as illustrated in Figure 4.2 and Figure 4.14.

Figure 4.17 demonstrates the pore fluid pressure change for tests
V_0.01_10g_NoSand and V_0.01_10g taking the pore fluid pressure before the
tilting as zero. V_0.01_10g_NoSand was performed with viscous fluid only but no
sand. During tilting, the slope angle increased, as shown in Figure 4.14, however
the fluid table remained perpendicular to the direction of the resultant centrifuge ac
celeration. Therefore, the distance between the fluid surface and each PPT changed
according to the tilting angle. As a result of increasing fluid table near slope toe,
the hydrostatic fluid pressure of PPT1 increased, i.e. positive values as illustrated
in Figure 4.17. PPT3 shows the opposite change since it was situated at slope crest
side. The hydrostatic fluid pressure of PPT2 dropped less than that of PPT3 as it
was close to the middle of the sample (see Figure 4.2). Moreover, the transient
buildup of pore pressures indicates the static liquefaction for V_0.01_10g. The
moment at which the pore pressure starts to increase is defined as the moment of
failure.

The difference between the pore fluid pressures from the tests with sand
(V_0.2_10g, V_0.1_10g, V_0.05_10g and V_0.01_10g) and the hydrostatic fluid
pressures from V_0.01_10g_NoSand gives the change of excess pore pressure as
shown in Figure 4.18. The transient increase in excess pore pressures was detected
in all the four tests. Due to the fact that the data logging rate was one sample per
five seconds at prototype scale (two samples per second at model scale), details
of the development of pore pressures were not completely recorded especially for
V_0.2_10g which has the highest tilting rate (see Figure 4.18a). Assuming the tran
sient excess pore pressures increased and decreased linearly around their summits,
the maximum excess pore pressures can be taken as the intersection of growing
segment and declining segment of the transient excess pore pressures, for instance,
the estimated peak for PPT1 in Figure 4.18a.

For tests V_0.2_10g and V_0.1_10g, PPT3 detected a faster variation in pore
pressure than PPT1 and PPT2 which can be seen around five seconds (prototype
scale) before the failures. While after failure, the pore pressures recorded by PPT1
and PPT2 increased faster than that recorded by PPT3 before reaching the peaks. It
implies that a local part of the samples failed firstly and then caused the liquefaction.
This local area should be closer to PPT3 (near slope crest during the change in slope
angle) than the other two sensors. Positive excess pore pressures were observed
in tests V_0.2_10g to V_0.05_10g, while, in contrast, slight negative excess pore
pressures were detected in test V_0.01_10g before failure. It can be inferred that a
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Figure 4.17: Pore pressure change with increasing slope angle for tests V_0.01_10g_NoSand and
V_0.01_10g

faster changing rate of the slope angle (V_0.2_10g to V_0.05_10g) would result in
a faster growth of shear stress in the loose sand layer, hence a quicker increase in
excess pore pressure due to the contraction of the sand layer. The negative excess
pore pressures for V_0.01_10g indicate that dilation was happening at the bottom
layer of the sample before the failure, however, the side images captured during
this test show that the top loose layer of the sample failed first and the liquefied
zone propagated quickly toward the lower levels of this sample.

The excess pore pressure ratio for a soil element inside a submerged infinite
slope can be defined using Equation 4.19 (Biondi et al., 2000),

𝑟u =
Δ𝑢
𝜎′𝑣

= Δ𝑢
𝛾′𝐻 cos𝜃f

(4.19)

where, Δ𝑢 is the measured excess pore pressure, 𝛾′ is the effective unit weight, 𝐻 is
the normal distance between the slope surface and the soil element, 𝜃f is the slope
angle (at failure). The excess pore pressure ratios (𝑟u) for the centrifuge tests with
liquefaction are demonstrated in Figure 4.19. The excess pore pressure distribution
was very much influenced by the dynamic motion of the liquefied mass during slope
failures, i.e. affected by the postfailure behaviour. Hence the excess pore pressure
ratio at the position of PPT1 (near slope toe) is the highest and that of PPT3 (near
slope crest) is the lowest among the three PPTs (see Figure 4.2).

According to the definition of 𝑟u (Equation 4.19), 𝑟u = 1 would be expected when
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Figure 4.18: Excess pore pressure with increasing slope angle for 10𝑔 tests with viscous fluid Excess
pore pressure ratio

liquefaction happens. However, all the obtained 𝑟u values are less than 1 in this
study. This might be explained by the following two facts: firstly, only around 85%
of the depth of the samples failed during slope liquefaction whereas the PPTs were
located at sample bottom. Since the pressure generation and dissipation coexist
during flow slides, the excess pore pressure measured by the sensor is less than
that in the sliding soil mass; secondly, the real maximum excess pore pressures
might not be recorded by the PPTs due to the relatively low data logging rate as
explained in Figure 4.18a.

4.8. Summary and Conclusions

I n this study, the performance of a newly developed strongbox with an integratedfluidization system for preparing very loose, fully saturated and uniform sand
samples were discussed. Moreover, the details of a novel setup made for simulating
triggering mechanisms of submarine landslides in a beam centrifuge have been
illustrated. The soil properties of the samples have been examined using computed
tomography technique. The tilting rate effects have been investigated by testing
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Figure 4.19: Excess pore pressure ratios for all 10𝑔 tests with static liquefaction

samples at various slope steepening rates under 10𝑔 conditions. Static liquefaction
has been observed at various slope angles. Submerging fluid has been prepared
based on the scaling law for pore fluid flow at the grain scale. The main conclusions
are presented below:

• The fluidization technique can be applied to prepare samples for centrifuge
models. This technique could make reproducible, very loose and uniform
fully saturated samples directly on the beam centrifuge carrier ruling out any
disturbance which could be caused by sample transportation. Less effort is
needed compared to the traditional techniques such as dry pluviation, moist
tamping, drizzle and wet pluviation methods.

• Statically liquefied submarine landslides can be triggered in centrifuge condi
tion by the tilting technique. This technique is similar to the natural process
of slopes oversteepening due to scouring erosion or dredging activities.

• Tilting rate (or slope overstepping rate) affects the generation of pore pressure
and hence governs the slope instability regime. The instability line is a function
of slope increasing rate, i.e. shearing rate.

• A statically liquefied submarine landslide happens in a very short time with no
visible precursors long before the failure.

• Coriolis effects during starting of the centrifuge should be taken into account
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when testing loose saturated samples. A value of 1% for the ratio of Coriolis
acceleration to centrifuge acceleration is suggested.
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5.1. Abstract
The scaling laws for the centrifuge modelling of the initiation and propagation
of static liquefaction in submerged slopes are investigated in this paper. A
theoretical model is developed to analytically determine the scaling factor of
fluid viscosity in simulating the onset of static liquefaction by detailed anal
ysis of the hydromechanical processes at the grain scale. Based on this, a
fluid with a viscosity of √𝑁times that of water (√𝑁fluid) is suggested, where
N is the geometrical scaling factor in centrifuge modelling. A fluid with a
viscosity of 𝑁times that of water (𝑁fluid) was adopted for simulating dy
namic events in the centrifuge, which is used and suggested by previous
researchers. Centrifuge tests were designed to examine and verify the scal
ing factors for pore fluid viscosity in simulating the onset of static liquefaction
and the postliquefaction behaviour of subaqueous landslides. These tests
were performed at 10𝑔, 30𝑔 and 50𝑔 conditions, with √𝑁fluid, 𝑁fluid or wa
ter, where g is the Earth’s gravitational acceleration. Results confirm that
the correct scaling factors (prototype/model) for pore fluid viscosity are 1/√𝑁
and 1/𝑁 for investigating the onset of static liquefaction and the postfailure
behaviour of the submarine slopes, respectively.
Key words: static liquefaction, geotechnical centrifugemodelling, scaling law,
submarine slopes
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5.2. Introduction

S ubsea slope instabilities could be induced by monotonic loads, such as: rapid
accumulation of sediments, erosion and some human activities (Hance, 2003,

Locat and Lee, 2002, Ye et al., 2017). The onset of static liquefaction in loose
sand is related to the change of soil drainage regime, from drained to temporarily
undrained conditions, and the resulting development of excess pore pressure (EPP)
due to monotonic loading (Askarinejad et al., 2015, Lade, 1992, Lade and Yama
muro, 2011, Sladen et al., 1985, Take et al., 2004). Centrifuge modelling provides
an experimental technique to investigate the triggering mechanisms of static lique
faction (Askarinejad et al., 2015, Take and Beddoe, 2014, Zhang and Askarinejad,
2019). The general physics of soil grains and pore fluid behaviour during porous
matrix deformation can be described by mass conservation equations (Goren et al.,
2010, Taylor, 2014). The mass conservation for soil grains over a time period (𝑡) is
expressed in Equation 5.1,

∇ ⋅ [(1 − 𝑛)𝜌grain𝑉grain] +
𝜕(1 − 𝑛)𝜌grain

𝜕𝑡 = 0 (5.1)

where, 𝑛 is the soil porosity; 𝜌grain is the grain density; 𝑉grain is the grain velocity
vector. The pore fluid mass conservation equation can be demonstrated in Equation
5.2,

∇ ⋅ (𝑛𝜌f𝑉f) +
𝜕𝑛𝜌f
𝜕𝑡 = 0 (5.2)

where, 𝜌f is the pore fluid density; 𝑉f is the pore fluid velocity which is shown in
Equation 5.3.

𝑛𝑉f = 𝑛𝑉grain − 𝑞 (5.3)

The specific pore fluid discharge, 𝑞, given by Darcy’s law (Darcy, 1856, Taylor,
2014, Verruijt and Van Baars, 2007) is shown in 5.4,

𝑞 = 𝜅
𝜇∇(Δ𝑝) with Δ𝑝 = Δℎh𝛾f (5.4)

where, 𝜅 is the intrinsic permeability; 𝜇 is the fluid dynamic viscosity; Δ𝑝 represents
the pore pressure or energy difference and ∇(Δ𝑝) denotes the pressure or energy
gradient; Δℎh is the hydraulic head difference over a certain length inside the porous
medium; 𝛾f is the fluid unit weight. The pore pressure in a soil matrix is related to
the development of excess pore pressure (EPP), thus it depends on the triggering
mechanism that generates the EPP.

Centrifuge modelling techniques have been used to investigate the triggering
mechanisms of static liquefaction (Askarinejad et al., 2015, Take and Beddoe, 2014,
Zhang and Askarinejad, 2019). Due to the complexity of the soilfluid system, a
consensus on the triggering mechanism of static liquefaction has not been agreed
upon yet between the researchers who has investigated this phenomenon. To the
authors’ knowledge, the first centrifuge tests to simulate static liquefaction of sub
merged slope were carried out as part of the CANLEX program (Phillips and Byrne,
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1995). Monotonic loads were applied on the slope crests by dropping steel blocks to
trigger static liquefaction flow. These tests were performed at 50𝑔, and the samples
were saturated with Canola vegetable oil with a dynamic viscosity of approximately
50 times that of water. Moreover, the pore pressure accumulation effect on marine
landslides due to gas hydrate dissociation was investigated by Zhang et al. (2015)
using a geotechnical centrifuge at 50𝑔. Water was used as the pore fluid with the
assumption that the soil material (clay) in the model represented a prototype soil
with a permeability 50 times higher. Several centrifuge model tests were performed
at HKUST to simulate static liquefaction of loose sandy slopes (with a slope angle of
30∘) induced by the mechanism of rising ground water table and rainfall (Ng, 2014,
Zhang, 2006). Zhang (2006) mentioned that fluid that is 𝑁 times more viscous than
water should be used in the tests, although, due to practical reasons, water was
used instead.

Take et al. (2004) simulated rainfallinduced unsaturated slope failures and pro
posed that the collapse of soil voids could result in the build up of transient pore
water pressure. They used water as the pore fluid in the centrifuge tests and con
cluded that the difference in the scaling factors applied to the time duration for the
generation of pressure pulse due to the soil voids collapse and for the dissipation
of induced pore pressure was the reason that static liquefaction was not triggered
in their centrifuge models. Therefore, in order to simulate static liquefaction of
subaqueous slopes, it is essential to investigate the porefluid interaction response
to soil matrix deformation caused by monotonic loads at the grain scale.

Askarinejad et al. (2015) hold the same opinion and further propose that at
tentions should be paid onto the grain scale as voids collapse initiates locally at a
scale of a small pack of grains. They have investigated the gravitational falling of a
sand particle and pore fluid dissipation theoretically at the grain scale. They believe
that √𝑁fluid should be used in centrifuge tests on 𝑁times scaled down models
in order to simulate the onset of static liquefaction at an acceleration field of 𝑁𝑔.
However, the derivation of this scaling factor is limited to the unsaturated condition.
Accordingly, for simulating static liquefaction of underwater slopes which is under
fully saturated conditions, the triggering mechanism and the scaling factor for pore
fluid viscosity need to be studied.

This paper aims at presenting an understanding of scaling laws for the onset of
static liquefaction in centrifuge modelling. Once seabed static liquefaction happens,
the postliquefaction behaviour and its influence on surrounding structures is of in
terest in practical engineering. Several researchers have experimentally confirmed
that a fluid with a viscosity 𝑁times higher than that of water (prototype pore fluid)
should be used in order to study dynamic processes in a centrifuge including liq
uefaction induced by earthquakes and waves, and debris flows (e.g. Arulanandan
et al., 1988, Bowman et al., 2010, Cargill and Ko, 1983, Garnier et al., 2007, Singh
and Gupta, 2000, Taylor, 1995). The postliquefaction of saturated sand layer initi
ated by monotonic loads is similar to seismicinduced liquefaction and debris flows,
as all these events include dynamic interaction between grains and fluid along with
the generation and dissipation of pore pressure. Hence, the scaling factor with a
value of 𝑁 for pore fluid viscosity was adopted. The validity of the scaling laws for
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both the onset of static liquefaction and postliquefaction is checked by conducting
centrifuge tests at three different acceleration fields. These tests have been con
ducted using the geocentrifuge at TU Delft which is equipped with a tilting system
designed for controlled triggering of static liquefaction in submerged slopes. Three
types of pore fluid were applied, namely water, 𝑁fluid and √𝑁fluid.

In this paper, firstly, a triggering mechanism of pore pressure development for
saturated soil material during deformation induced by monotonic loads is presented;
secondly, the derivation of the scaling factor for pore fluid viscosity for simulating
the onset of static liquefaction is illustrated; and lastly, the results of centrifuge
tests are discussed in terms of slope failure angle, development of liquefaction and
generated EPP (ratios) as verifications for the developed theoretical model.

5.3. The scaling law for pore fluid viscosity at the
onset of static liquefaction

5.3.1. General equation for simulating deformation of satu
rated granular material in centrifuge

The schematic sketches in Figure 5.1a and Figure 5.1b demonstrate the deforma
tion of a loosely packed saturated granular matrix due to shear force in a drained
condition. At the beginning, the sand grains move with a velocity of 𝑉grain dur
ing shearing (𝑉grain,x and 𝑉𝑢𝑛𝑑𝑟𝑎𝑖𝑛𝑒𝑑grain,x are the sand grains velocity in the 𝑥 direction
under drained and undrained drainage conditions, respectively). During this stage,
pore fluid could drain freely, and the pore pressure generation rate ( ̇GPP) is smaller
than the pore pressure dissipation rate ( ̇DPP), i.e. there is no EPP being generated.
The sand grains and pore fluid behaviour during this process can be classically de
scribed by Equations 5.1 and 5.2. Assuming the sand grain density and pore fluid
density are constant, Equations 5.1 and 5.2 can be rewritten as Equations 5.5 and
5.6. Equations 5.3, 5.4 and 5.6 lead to a general mass conservation equation as
shown in Equation 5.7.

∇ ⋅ 𝑉grain =
1

(1 − 𝑛)[
𝜕𝑛
𝜕𝑡 + 𝑉grain∇𝑛] (5.5)

∇ ⋅ (𝑛𝑉f) +
𝜕𝑛
𝜕𝑡 = 0 (5.6)

∇ ⋅ (𝑛𝑉grain) − ∇ ⋅ [
𝜅
𝜇∇(Δ𝑝)] +

𝜕𝑛
𝜕𝑡 (5.7)

Equation 5.7 can be written as Equation 5.8 and be further simplified as Equation
5.9 by only considering the grain and fluid movement in the 𝑥 direction shown in
Figure 5.1 for the sake of clarity, where 𝐶x is a constant in the range from 0 to 1.
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Figure 5.1: Schematic illustration of soil and pore fluid behaviour in loose porous matrix during defor
mation: a) initial soil structure before deformation; b) when the generated pore fluid can fully dissipate
in response to the reduction of pore volume under drained condition; c) the moment when ̇GPP equals
to ̇DPP while the sand grains still have the potential to move; d) shortly after previous stage, the grain
velocity reduces to zero and EPP develops under (partially) undrained condition as the locally trapped
pore fluid resists further reduction of pore volume size, hence it prevents the movement of sand grains;
e) local liquefaction due to the buildup of EPP which might further lead to the sample liquefaction

𝜕(𝑛𝑉grain,x)
𝜕𝑥 +

𝜕(𝑛𝑉grain,y)
𝜕𝑦 +

𝜕(𝑛𝑉grain,z)
𝜕𝑧 − 1𝜇 [𝜅(

𝜕2Δ𝑝
𝜕𝑥2 + 𝜕

2Δ𝑝
𝜕𝑦2 + 𝜕

2Δ𝑝
𝜕𝑧2 )

+ 𝜕𝜅𝜕𝑥
𝜕Δ𝑝
𝜕𝑥 + 𝜕𝜅𝜕𝑦

𝜕Δ𝑝
𝜕𝑦 + 𝜕𝜅𝜕𝑧

𝜕Δ𝑝
𝜕𝑧 ] +

𝜕𝑛
𝜕𝑡 = 0 (5.8)

𝜕(𝑛𝑉grain,x)
𝜕𝑥 − 1𝜇 [𝜅(

𝜕2Δ𝑝
𝜕𝑥2 ) +

𝜕𝜅
𝜕𝑥
𝜕Δ𝑝
𝜕𝑥 ] + 𝐶x

𝜕𝑛
𝜕𝑡 = 0 (5.9)

Equation 5.9 generally describes mass conservation for sand grains and pore
fluid in a deforming soil matrix, hence, it is valid both in prototype and model.
Equation 5.9 can be expressed as Equation 5.10 and Equation 5.11 for prototype
and model, respectively. Equation 5.10 can be further rewritten as Equation 5.12,
where ∗ determines the scaling ratio of prototype to model.

𝜕(𝑛p𝑉grain,x,p)
𝜕𝑥p

− 1
𝜇p
[𝜅p(

𝜕2Δ𝑝p
𝜕𝑥2p

) +
𝜕𝜅p
𝜕𝑥p

𝜕Δ𝑝p
𝜕𝑥p

] + 𝐶1
𝜕𝑛p
𝜕𝑡p

= 0 (5.10)

𝜕(𝑛m𝑉grain,x,m)
𝜕𝑥m

− 1
𝜇m
[𝜅m(

𝜕2Δ𝑝m
𝜕𝑥2m

) + 𝜕𝜅m𝜕𝑥m
𝜕Δ𝑝m
𝜕𝑥m

] + 𝐶1
𝜕𝑛m
𝜕𝑡m

= 0 (5.11)
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(
𝑛∗𝑉∗grain,x
𝑥∗ )

𝜕(𝑛m𝑉grain,x,m)
𝜕𝑥m

− ( 𝜅
∗Δ𝑝∗

𝜇∗(𝑥∗)2)
1
𝜇m
[𝜅m(

𝜕2Δ𝑝m
𝜕𝑥2m

) + 𝜕𝜅m𝜕𝑥m
𝜕Δ𝑝m
𝜕𝑥m

]

+ (𝑛
∗

𝑡∗ )𝐶1
𝜕𝑛m
𝜕𝑡m

= 0 (5.12)

By comparing Equation 5.12 with Equation 5.11, it can be therefore concluded
that Equation 5.13 should be guaranteed in order to simulate loosely packed soil
under monotonic shear load in a centrifuge.

𝑛∗𝑉∗grain,x
𝑥∗ = 𝜅∗Δ𝑝∗

𝜇∗(𝑥∗)2 =
𝑛∗
𝑡∗ (5.13)

If the soil in the centrifuge model is the same as that in the prototype, then
𝑛∗ = 𝜅∗ = 1, and Equation 5.13 becomes Equation 5.14.

𝑉∗grain,x
𝑥∗ = Δ𝑝∗

𝜇∗(𝑥∗)2 =
1
𝑡∗ (5.14)

5.3.2. Triggering mechanism at the onset of static liquefaction

During the process of shearing caused by an external monotonic load, a loose soil
tends to contract under a drained condition. However, at a certain stage (Figure
5.1c, as a result of voids contraction, ̇GPP becomes equal to ̇DPP at a local zone
in the sand layer. Due to inertia, the grains tend to keep on moving forward with
a velocity of 𝑉grain, i.e. the pore volume tends to decrease further. The balance
between the generation and dissipation of pore pressure is suddenly broken, due
to further minor changes in soil fabric. The drainage condition may transform to
partially drained or even undrained condition, and ̇GPP becomes higher than ̇DPP,
as demonstrated in Figure 5.1d. Since the pore fluid cannot flow out freely from
the contracting void, the pore fluid would prevent soil contraction (i.e. grain move
ments) under (partially) undrained condition. Thus, in a short period, the grain
velocity (𝑉undrainedgrain ) approaches zero. Due to the grainfluid interaction, EPP would
be generated at a much higher rate than before, which would result in an increase in
shear stress ratio as the mean effective stress reduces and the shear stress remains
nearly constant. This could potentially lead to static liquefaction (Figure 5.1e).

Equation 5.15 shows Newton’s second law Stronge (2018), where 𝐹 represents
force, 𝑚 is mass, 𝑎 is acceleration and 𝑉 denotes velocity. Based on Newton’s
second law, a certain force would be applied on the porefluid interface (𝐹impulse

grainfluid)
in the process shown in Figure 5.1c and Figure 5.1d. In the 𝑥 direction, if the
net force 𝐹impulse

grainfluid is constant at a time interval of 𝑑𝑡, the momentum of the
grains changes by an amount expressed by Equation 5.16, where 𝑑𝑡 represents the
kinematic time interval and 𝑚grain is the sand grain mass.



5

98 5. Centrifuge modelling of static liquefaction: the scaling law dilemma

𝐹 = 𝑚𝑎 = 𝑚𝑑𝑉𝑑𝑡 , 𝑖.𝑒. 𝐹𝑑𝑡 = 𝑚 𝑑𝑉 (5.15)

𝐹impulse
grainfluid𝑑𝑡 = 𝑚grain(𝑉grain,x − 𝑉undrainedgrain,x ) = 𝑚grain𝑉grain,x (5.16)

Take et al. (2004) proposed that the increase of pore pressure due to the col
lapse of saturated voids locally can be a possible triggering mechanism of static
liquefaction. Askarinejad et al. (2015) proposed the grain scale analysis method for
deriving the scaling factor for pore fluid viscosity in the case of rainfallinduced static
liquefaction in an unsaturated silty sand layer. The grainscale analysis method as
sumes that the clollapse of sand voids is the internal mechanism leading to static
liquefaction. It also assumes that the scaling factor for dimensions, such as length
(𝐿), is 1 as expressed in Equation 5.17, if the prototype soil structure is similarly
reproduced in the model using the same soil material.

𝑥∗ = Δ𝐿∗ = 1 (5.17)

The proposed hypothesis on the triggering mechanism of liquefaction of sat
urated sand due to a monotonic increase of shear stresses is also based on the
assumption that the collapse of sand voids is the internal mechanism, as illustrated
in Figure 5.1. Hence the grainscale analysis method is adopted in this study.

The scaling factor for time, 𝑡∗, can be obtained from the dimensional analysis
of centrifugal acceleration (𝑎) which has a unit of length divided by square of time
(𝐿/𝑡2) as illustrated in Equation 5.18. Hence, it can be concluded that the scaling
factor for time is √𝑁.

𝑎∗ =
𝑎p
𝑎m

=
𝐿p
(𝑡p)2

(𝑡m)2
𝐿m

= ( 1𝑡∗)
2
= 1/𝑁 → 𝑡∗ = √𝑁 (5.18)

The dimensional analysis of velocity which has a unit of length divided by the
kinematic time (𝐿/𝑡) yields a scaling factor of 1/√𝑁 for the grain velocity (𝑉∗grain,x),
as expressed in Equation 5.19.

𝑉∗grain,x =
𝐿p
𝑡p
𝑡m
𝐿m

= 1
𝑡∗ =

1
√𝑁

(5.19)

If the soil material in the model and prototype is the same, the scaling factor of
soil mass is unity (Equation 5.20).

𝑚∗grain =
𝑚grain,p

𝑚grain,m
= 1 (5.20)

Substituting Equations 5.18  5.20 into Equation 5.16 yields a scaling factor of
1/𝑁 for the induced force inbetween the grain and pore fluid (Equation 5.21).

𝐹impulse,*
grainfluid =

𝑚∗grain𝑉∗grain
𝑡∗ = 1

𝑁 (5.21)
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The generated pore pressure equals the pressure acting on the grain, hence the
scaling factor for excess pore pressure (Δ𝑝∗) is 1/𝑁 as illustrated in Equation 5.22,

Δ𝑝∗ =
𝐹impulse,*
grainfluid

𝐴∗grain
= 1
𝑁 with 𝐴∗grain = 1 (5.22)

where 𝐴∗grain is the scaling factor for the contacting area between the grain and
pore fluid, which equals one at the grain scale.

Substituting Equations 5.17, 5.18, 5.19 and 5.22 into Equation 5.14 yields that
the pore fluid dynamic viscosity in the model should be √𝑁 times of that in the
prototype, as shown in Equation 5.23.

𝜇∗ = Δ𝑝∗𝑡∗
(𝑥∗)2 =

Δ𝑝∗
𝑥∗𝑉∗grain

= 1
√𝑁

=
𝜇p
𝜇m

(5.23)

5.4. Centrifugemodelling of static liquefaction at var
ious centrifugal accelerations

5.4.1. Testing method
A novel strong box with an integrated tilting system was designed for triggering
static liquefaction in loose sand layers. The test setup is illustrated in Figure 5.2.
One side of the strongbox can be lifted up by the linear actuator (Linak 282100
40150100), and the sample is tilted around the centre of the rotation axis. Hence,
the gradual steepening of sea floor can be simulated. The applicable tilting rate (𝑇𝑅)
ranges from 0.1∘/sec to 2.0∘/sec with a precision of 0.002∘/sec at model scale. The
maximum slope angle that could be reached is 20∘. Moreover, three pore pressure
transducers (PPTs, MPXH6400A) were placed at the sample base, as illustrated in
Figure 5.3, to monitor the pore pressure development during testing.

In this study, a linear potentiometer (item number 10 in Figure 5.2a) was fixed
to the tilting frame on the top (point A) and had a ball connection at the tip (point
C). Hence, both lines BA and BC in Figure 5.2b are fixed throughout the tests, which
denote the distances from the centre of the rotation axis (point B) to the top and
to the tip of the linear potentiometer, respectively. The change in the length of line
AC can be indicated by the readings from the linear potentiometer which is related
to the change in angle ABC and hence in slope inclination.

Initially all the prepared samples had an inclination of zero degree as the tilting
frame was kept flat. The centrifuge carrier has a hinge connection to the horizontal
beam of the centrifuge as shown in Figure 4.13. Hence, the resultant acceleration
(due to the centrifugal acceleration and Earth’s gravity) was always perpendicular
to the surface of each sample inflight before tilting. The hinge of the centrifuge
has been maintained regularly, therefore, the effect of hinge friction in centrifuge
carrier inclination is regarded as minimal.
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Figure 5.2: Test setup in the centrifuge carrier (after Zhang and Askarinejad, 2019): 1) outer frame;
2) extension box; 3) linear motor; 4) scale; 5) fluid; 6) submerged sand; 7) high resolution, high speed
camera; 8) camera holder; 9) base plate; 10) linear potentiometer; 11) bearing blocks; 12) switches;
13) shaft blocks; 14) rotation axis; 15) valves; 16) sample length: 355 mm (model scale); 17) sample
height

Figure 5.3: Schematic illustration of PPTs in a sample with a slope angle of θ (model scale) Test scenarios

5.4.2. Soil material and pore fluid
Geba Sand was used as the soil material in this paper, which has been characterised
by De Jager (2018), Askarinejad et al. (2018) and Maghsoudloo et al. (2018). The
material is fine, subangular and subrounded sand, with 𝐷10 = 0.078 mm, 𝐷30 =
0.108 and 𝐷60 = 0.121 mm, where 𝐷10, 𝐷30 and 𝐷60 are the grain diameters at
10%, 30% and 60% passing, respectively. The internal friction angle is 34∘. The
minimum and maximum void ratios, 𝑒min and 𝑒max are 0.64 and 1.07, respectively.
The sand has a specific gravity (𝐺s) of 2.67. It is determined that the intrinsic
permeability, 𝜅, is about 4.3 x 10−12 m2 when 𝐷𝑟 is approximately 30% at 1𝑔
(Krapfenbauer, 2016).

In this study, viscous fluids with six different viscosities were prepared with
Hydroxypropyl Methylcellulose (HPMC) powder, which has been widely applied in
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centrifuge models (Stewart et al., 1998). The adopted fluid preparation technique
was explained in Chapter 4. The fluid dynamic viscosities were selected based on
the scaling laws for pore fluid and testing 𝑔levels, which are listed in Table 5.1. The
viscous fluid density, 𝜌f, is assumed to be equal to the water density as all of the
applied concentrations of HPMC powder are less than 1% (Stewart et al., 1998).

5.4.3. Test scenarios
In order to validate the proposed scaling laws for simulating both the onset of static
liquefaction (Equation 5.23) and post liquefaction in centrifuge, three centrifugal
accelerations (10𝑔, 30𝑔 and 50𝑔) and two types of viscous fluids (𝑁fluid tests and
√𝑁fluid) were adopted as shown in Table 5.1. Besides, a test with water as the
submerging fluid was performed at 10𝑔 also to investigate the fluid viscosity effect
on the onset of static liquefaction. During a centrifuge test, the 𝑔level varies with
the sample depth following a second order polynomial. In order to minimise the
error in stress distribution due to this effect, the effective centrifuge radius is defined
as from the centrifuge central axis to 1/3𝐻s,1g as suggested by Taylor (2014), where
𝐻s,1g is sample height. In this study, the maximum error in the stress profile is less
than 2%.

The samples were tilted at a controlled 𝑇𝑅 as shown in Figure 5.2. The adopted
tilting rate was 0.1∘/sec at model scale (𝑇𝑅m) in this study. The corresponding tilting
rate at prototype will be 𝑁 times smaller than that at model scale as explained in
Chapter 4, i.e. 𝑇𝑅p = 𝑇𝑅m/𝑁. The same sample preparation method was followed
and a similar amount of sand was used, so all the samples have a similar height
(𝐻s,1g) initially after sample preparation. The slope angles at the onset of static
liquefaction (𝜃f) and the relative densities after sample preparation (𝐷𝑟1g) and at
𝑁𝑔 (𝐷𝑟Ng , where 𝑁 is 10, 30 and 50, hereinafter) are included in Table 5.1 as well.
Both 𝐷𝑟1g and 𝐷𝑟Ng are the average relative density of the whole samples calculated
from the sample heights (i.e. total sample volumes). Due to the enhanced stress
levels, the samples have been consolidated differently, hence 𝐷𝑟Ng is larger than
𝐷𝑟1g and their difference gets larger as the 𝑔level increases.

5.4.4. Similarities between samples at three 𝑔levels
Figure 5.4 schematically illustrates three samples with the same height (𝐻s,m, at
model scale) and the corresponding stress distribution profiles along the sample
height at three different 𝑔levels, namely 10𝑔, 30𝑔 and 50𝑔. 𝜌′ denotes the aver
age buoyancy density which varies with testing 𝑔levels. It can be concluded that
the sand layer heights in prototype represented by the three samples have a rela
tionship of 𝐻s,10g,p ≈ 1/3𝐻s,30g,p ≈ 1/5𝐻s,50g,p, where the subscripts 10𝑔, 30𝑔 and
50𝑔 denote the testing 𝑔levels. Accordingly, in the view of the stress distribution
profiles, the entire 10𝑔 sample is similar to around 1/3 depth of the 30𝑔 sample
and is similar to about 1/5 depth of the 50𝑔 sample from top, as shown in Figure
5.4. These layers are named as ”comparable layers” hereafter.

In this study, loose saturated samples were prepared using the fluidization tech
nique. Chapter 4 shows the relative density distribution of a sample prepared with
this technique on the computed tomography (CT) scanner table. It is concluded
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Table 5.1: Summary of centrifuge tests

Test name𝑎 𝑇𝑅p 𝑔level 𝜇 𝐷𝑟1g 𝐷𝑟Ng 𝐻Ng,p 𝜃f
(∘/sec) (𝑔) (cP) (%) (%) (m) (∘)

W_10𝑔 0.01 10 1.0 28 41 1.04 
V_√𝑁_10𝑔 0.01 10 3.2 23 32 0.83 17.7
V_𝑁_10𝑔 0.01 10 8.5 28 40 0.79 16.2
V_𝑁_10𝑔+ 0.01 10 8.5 24 38 0.82 14.3
V_√𝑁_30𝑔 0.003 30 5.5 28 45 2.68 17.2
V_√𝑁_30𝑔+ 0.003 30 5.5 29 46 2.66 18.5
V_𝑁_30𝑔 0.003 30 30 25 49 2.53 10.5
V_𝑁_30𝑔+ 0.003 30 30 33 49 2.51 10.8
V_√𝑁_50𝑔 0.002 50 7.0 28 52 4.24 16.3
V_𝑁_50𝑔 0.002 50 50 33 54 4.12 10.1

𝑎: W stands for deaired water; V stands for viscous fluid; 10𝑔, 30𝑔 and 50𝑔 represent the
testing 𝑔levels; + denotes a repeated test.

Figure 5.4: Stress distribution of samples tested at 10𝑔, 30𝑔 and 50𝑔 with the same sample height at
model scale, i.e. 𝐻s,10g,m = 𝐻s,30g,m = 𝐻s,50g,m

that the relative density distribution over sample depth before the spinup of the
centrifuge is characterized by a thin loose top layer with 𝐷𝑟 ranging from 15% to
31% and a major uniform soil layer below with 𝐷𝑟 around 31%. However, the pre
pared samples densify upon centrifuge spinup. The top soil densifies more than
the soil layer below due to the looser structure. Thus, the variation in 𝐷𝑟 in the top
layer after spinup is believed to be less than that at the 1𝑔 condition resulting in a
more uniform sample at the target 𝑔levels.

An initially loose sandy sample will be densified upon increase in the centrifugal
acceleration to lesser degree in the top layer compared with the lower layers (i.e.
stress densification effect). This response is due to the nonlinear stress profile
along the sample depth. Byrne et al. (2004) proposed that the resultant relative
density of an initially uniform sample prepared by the dry pluviation method has an
approximately linear relationship with the square root of the vertical effective stress,
as explained in the following equation, where 𝐷𝑟0 is the initial relative density at 0
kPa, 𝐶Dr is a constant factor related to sand properties including 𝐷𝑟0, 𝑒max, 𝑒min
and sand stiffness, 𝜎′v is the vertical effective stress and 𝑃𝑎 is atmospheric pressure.
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𝐷𝑟 = 𝐷𝑟0 + 𝐶Dr√
𝜎′v
𝑃𝑎 (5.24)

However, the sand grain structures in a sample prepared by the fluidization
method can be more compressible than a sample built up by the dry pluviation
method. In the former method, the sand particles suspense in the fluid with the
supplied fluid pressure and then fall down under the effect of gravity. The formation
of the sample is similar to that of natural sediment deposits in coastal areas.

As it is shown in Table 5.1, the average relative densities for the samples at
10𝑔, 30𝑔 and 50𝑔 are 38%, 47% and 53%, respectively. The intrinsic permeability
can be estimated from Equation 5.25 proposed by Chapuis (2004) based on the
KozenyCarman equation (Carman, 1939) for sand, where 𝐶sand is a factor of sand
grain diameter and shape and tortuosity of channels which is approximately 1.0 x
10−11 m2 in this study.

𝜅 = 𝐶sand
𝑒3

(1 + 𝑒) (5.25)

The difference in the sample densities and Equation 5.25 yields that the maxi
mum difference in 𝜅 in the prototypes of three types of samples is less than 17%,
which is approximately equivalent to the accuracy of the measurements for a loose
sand packing therefore, the difference in 𝜅 between various samples can be re
garded as minimal. Note that values of 𝐷𝑟NG in Table 5.1 represent the average
relative densities of the whole samples.

The theory of ”modelling of models” has been assumed to be valid in the three
tests summarised in Figure 5.4, if one considers the similarity of stress distribution
in the ”comparable layers” and if liquefaction initiates within these layers. It is
reported in Chapter 4 that the loose sand samples failed originally from the top
of the layer, which is also observed in this series of tests as explained in the next
section. It can be inferred that the top sand layer is the most critical part in the
slope and dominates the initiation of liquefaction when the seabed slope inclination
(i.e. shear stress) gradually increases. However, this assumption might be limited
by the possible boundary effects especially at the sand layer base which is discussed
afterwards.

5.5. Results and discussions

A s listed in Table 5.1, in total, seven types of centrifuge tests were conducted
at three different 𝑔levels with water and two types of viscous fluid as the

submerging fluid, i.e. √𝑁fluid and 𝑁fluid. Figure 5.4 shows that, for each type
of submerging fluid, the sample tested at 50𝑔 can serve as the prototype of the
ones conducted at 10𝑔 and 30𝑔. Therefore, it can be assumed that the soilfluid
behaviour should be similar for all the tests at various 𝑔levels if an appropriate
scaling factor for pore fluid viscosity is applied (Schofield, 1980, Taylor, 1995). Since
the onset of static liquefaction can be indicated by the sample failure angles, it can
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be expected that the failure angles for √𝑁fluid tests should be similar according to
Equation 5.23.

Furthermore, the image analysis results indicate that the liquefaction initiated at
the sample surface and propagated downwards to the base of the layer. Details are
discussed in following sections. The downward propagation of the liquefied zone
and the magnitude of the generated EPP are governed by the postfailure dynamic
behaviour of the liquefied soil. Hence, the similarities in these two factors can be
used to examine the scaling factor for the pore fluid viscosity in simulating the post
liquefaction behaviour. Therefore, the details of sample failure angles, development
of liquefied sand layer and EPP ratios are discussed below.

5.5.1. Failure angles
The test with water as the pore fluid, W_10𝑔, did not fail before reaching the
maximum slope angle, 20∘. It is expected that failure of a similar sample at 30𝑔
and 50𝑔 will not happen either, considering the hypothesis developed based on
Figure 5.4. Comparing the failure angles of W_10𝑔 (larger than 20∘), V_√𝑁_10𝑔
(17.7∘) and V_𝑁_10𝑔 (16.2∘), it appears that a higher fluid viscosity results in a
lower failure angle, i.e. a higher potential of static liquefaction. This phenomenon
can be seen in Figure 5.5 as well, which shows the angles at the onset of liquefaction
for all the centrifuge tests. At the same 𝑔level, the 𝑁fluid tests failed earlier than
√𝑁fluid tests. A higher fluid viscosity reduces the capability of fluid dissipation, and
thus boosts the process of changing soil drainage regime from drained to undrained
conditions.

Figure 5.5 demonstrates similar failure angles for √𝑁fluid tests. However, the
failure angles for 𝑁fluid tests are not comparable and decrease with increasing
𝑔level. The agreement in the failure angles for √𝑁fluid tests proves that the ap
propriate scaling factor for pore fluid dynamic viscosity in case of simulating the
onset of static liquefaction should be √𝑁. According to Equations 5.4, the applica
tion of 𝑁fluid would reduce the discharge √𝑁 times more than the one given by
√𝑁fluid. Hence, fluid discharge difference between an 𝑁fluid test and a √𝑁fluid
test is increasingly prominent with the increasing value of 𝑁. This can explain the
dependency of failure angles on 𝑔levels for 𝑁fluid tests.

Furthermore, the consistency in failure angles for the tests which were repeated
confirms that the testing system is able to produce repeatable results. Thus, for the
sake of simplicity, only one of the tests with a repetition is presented and discussed
in the following sections.

5.5.2. Development of liquefaction
During the centrifuge tests, high resolution images were captured from the side
transparent window of the box at a frame rate of 30 fps (model scale). By comparing
the last frame captured before the onset of the flow slide (frame_0) with the first
and second frames (frame_1 and frame_2) after the failure, the development of
the liquefied zones could be visualised. The results of this image analysis in terms
of the extent of the liquefied zone at each time are summarised in Figure 5.6. The
subfigures in Figure 5.6 show the soil status before failure. The deeper line in each
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Figure 5.5: Failure angles of centrifuge tests at various 𝑔levels

subfigure roughly represents the largest extent of the liquefied zone. All samples
liquefied suddenly, and no visible precursor could be found before liquefaction.

The results indicate that the failure of each sample initiated at the top layer and
propagated towards the base. This phenomenon is similar to the results of Byrne
et al. (2004), Steedman et al. (2000) and Gonzalez et al. (2002) who designed
several centrifuge model tests to evaluate liquefaction response of sandy samples
under cyclic loads. Byrne et al. (2004) hypothesised that this observation is domi
nated by the stress densification effect which would result in a looser surface layer
and a relatively dense layer at base at the testing centrifugal acceleration condition.
The top layer is, thus, more compressible than the base layer which is beneficial to
the accumulation of excess pore pressure, i.e. liquefaction, during tilting/shearing.

The shape of the liquefied layers in Figure 5.6 shows that all the failure zones
have a flat section in the middle (far from the longitudinal boundaries) which is
parallel to the sand surface before failure. This is in agreement with the pattern of
slide surface of a submarine landslide which is generally parallel to the seabed (Ye
et al., 2017).

Table 5.2 summaries the downward liquefaction propagation rates, at prototype
scale. A constant liquefaction propagation rate can be found for the 𝑁fluid tests.
This rate has been determined to be 1.1 m/s on average. However, the liquefaction
propagation rate for the √𝑁fluid tests does not show a constant value. Considering
the theory of ”modelling of models” (Schofield, 1980), only if an appropriate scaling
law for pore fluid is applied can models tested at different 𝑔levels represent similar
prototype behaviour. Hence, it can be inferred that a fluid that is 𝑁times more
viscous than water should be used for simulating the propagation of liquefaction,
which is a dynamic process.
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Figure 5.6: Development of failure surfaces for tests at three 𝑔levels with 𝑁fluid and √𝑁fluid (time
is expressed at prototype scale): 1) sand surface before failure; 2) sand surface after failure; 3) failure
surface from frame_1; 4) failure surface from frame_2

Table 5.2: Propagation rates of failure surfaces for tests with viscous fluid (prototype scale)

Test Name V_√𝑁_10𝑔 V_√𝑁_30𝑔 V_√𝑁_50𝑔 V_𝑁_10𝑔 V_𝑁_30𝑔 V_𝑁_50𝑔
Propagation rate (m/sec) 1.1 1.2 1.5 1.0 1.2 1.2

5.5.3. Excess pore pressures and excess pore pressure ratios
The development of EPP measured by PPT3 is shown in Figure 5.7. The moment
of the sudden increases in the EPP indicates the onset of liquefaction in samples.
EPP is measured close to zero before the onset of liquefaction and drops back to
zero again after liquefaction. For the tests at the same 𝑔level, samples with higher
viscosity (𝑁fluidtests) show larger generated EPP. The permeability of 𝑁fluid is
√𝑁times smaller than that of √𝑁fluid, hence ( ̇DPP) for an 𝑁fluid test is √𝑁times
less than that for a √𝑁fluid test at the same 𝑔level. Thus, it can be expected that
a lower ( ̇DPP) (closer to fully undrained conditions) would result in a higher EPP.

The excess pore pressure ratios as defined in Equation 5.26 (Biondi et al., 2000)
are illustrated in Figure 5.8,

𝑟u =
Δ𝑢

𝛾′𝐻 cos𝜃f
(5.26)
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Figure 5.7: Excess pore fluid pressure development at position of PPT3 during increase of slope angle

where, Δ𝑢 is the peak of measured EPP, 𝐻 is the normal distance between the slope
surface and the soil element.

Figure 5.8: Excess pore pressure ratios at three PPT positions

During liquefaction, the sand mass flows towards slope toe. Hence, the EPP
ratios were influenced by the dynamic behaviour of the flow slides as well as the
rigid boundaries. EPP ratios are similar in 𝑁fluid tests, but not in √𝑁fluid tests.
This behaviour infers that 𝑁fluid tests represent a similar prototype behaviour in
terms of the generation of EPP during seabed liquefaction. Accordingly, it can be
concluded that 𝑁fluid should be used in centrifuge models for studying the post
liquefaction behaviour of saturated sand.

For the tests with √𝑁fluid, only the EPP ratios of PPT3 are close, which might be
explained by the fact that the slope crest side was affected less by the energy of flow
slides than the slope middle and slope toe. The EPP ratios are less than 1, though
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liquefaction happened in all samples. It should be noted that EPP ratio can be less
than unity when failure occurs with a nonzero deviatoric stress. Sadrekarimi (2019)
proposed that the static liquefaction of a submerged slope could occur with 𝑟u < 1
and the magnitude of 𝑟u is related to soil shear modes, such as triaxial compression
and triaxial extension. Moreover, the following four postulations might be also the
reasons that EPP ratio < 1: i. due to the base boundary effect, the bottom sand
layer did not fully liquefy during slope failure; ii. during flow slides, generation and
dissipation of EPP coexist; iii. dilation might happen during failure since bottom
sand layer might be in dense state; iv. due to the low data logging rate which is
2 HZ and the fact that EPP generates so quickly (Figure 5.7) that real peaks might
have not been captured as explained in Chapter 4.

5.6. Conclusions

T he scaling factors of the pore fluid viscosity for simulating the onset of static
liquefaction and postliquefaction behaviour, in the modelling of fully saturated

sand layers in a centrifuge, have been investigated. A hypothesis of the triggering
mechanism of a monotonicload induced saturated sand liquefaction has been ex
plained. The scaling law for the pore fluid viscosity has been derived based on the
grain scale analysis. Static liquefaction has been observed at various 𝑔levels. The
onset and development of liquefaction, the excess pore pressures and the excess
pore pressure ratios have been investigated. The main conclusions are presented
below:

• Static liquefaction of a fully saturated loose sand layer could be triggered
locally by fluidgrain interaction at the onset of the change of drainage regime
from drained to (partially) undrained conditions.

• The derivation of scaling law for the triggering mechanism of static liquefaction
should be based on the hydromechanical processes at the grain scale.

• The consistency of failure angles for √𝑁fluid tests conducted at various cen
trifugal accelerations proves that a √𝑁fluid should be applied for simulating
the onset of static liquefaction of underwater slopes triggered by monotonic
loads.

• Slope surface of an underwater sandy slope tends to liquefy first while the
slope steepening happens.

• A pore fluid with a viscosity 𝑁time that of water is required to simulate the
flow slide dynamic behaviour (postliquefaction behaviour) in a centrifuge.

• The onset of static liquefaction of saturated sandy slope (slope stability) and
the slope postliquefaction behaviour should be studied separately in cen
trifuge model tests.
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List of Symbols

Symbol Explanation
10𝑔, 30𝑔 and 50𝑔 tested centrifuge accelerations
CT computed tomography
̇DPP dissipation rate of pore pressure

EPP excess pore pressure
̇GPP generation rate of pore pressure

HPMC Hydroxypropyl Methylcellulose
√𝑁fluid viscous fluid that is √𝑁time more viscous than water
𝑁fluid viscous fluid that is 𝑁time more viscous than water
𝑁𝑔 centrifuge acceleration which is 10𝑔, 30𝑔 and 50𝑔
PPT pore pressure transducer
𝑇𝑅 tilting rate

fps frame per second
subscripts m and p model scale and prototype scale, respectively
superscript ∗ scaling ratio of prototype to model

𝐴grain contacting area between the grain and pore fluid
𝐶x a constant
𝐶Dr a constant factor related to sand properties including 𝐷𝑟0,

𝑒min, 𝑒max and sand stiffness
𝐶sand a factor of sand grain diameter and shape and tortuosity

of channels
𝐷10, 𝐷30 and 𝐷60 grain diameter at 10%, 30% and 60% passing
𝐷𝑟 and 𝐷𝑟0 relative density and initial relative density at 0 kPa, respec

tively
𝐷𝑟1g and 𝐷𝑟Ng average relative densities of sample at 1𝑔 and 𝑁𝑔, respec

tively
𝐹 force
𝐹impulse
grainfluid force in between the pore fluid and sand grain
𝐺s specific gravity
𝐻 normal distance between slope surface and the soil ele

ment
𝐻s,1g sample height after sample preparation, at normal gravity

condition
𝐻s sample height
𝐻s,Ng sample height at 𝑁𝑔 condition
𝐿 length
𝑁 geometrical scaling factor which is 10, 30 and 50
𝑃𝑎 atmospheric pressure
𝑉 velocity
𝑉f pore fluid velocity
𝑉grain grain velocity vector under drained condition
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Symbol Definition
𝑉grain,x, 𝑉grain,y and
𝑉grain,z

grain velocities in 𝑥, 𝑦 and 𝑧 directions under drained con
dition, respectively

𝑉undrainedgrain grain velocity vector under undrained condition
𝑉undrainedgrain,x grain velocity under undrained condition in 𝑥 direction

𝑎 acceleration
𝑒min and 𝑒max minimum and maximum void ratios
𝑚 mass
𝑚grain sand grain mass
𝑛 porosity
𝑞 specific discharge
𝑟u excess pore pressure ratio
𝑡 time
𝑥, 𝑦 and 𝑧 cartesian coordinates

Δℎh hydraulic head difference
Δ𝑝 pressure difference
Δ𝑢 peak of measured EPP
𝜎′v vertical effective stress
𝛾′ sand buoyancy unit weight
𝛾f fluid unit weight
𝜃 slope angle
𝜃f slope angle at the onset of liquefaction
𝜅 intrinsic permeability
𝜇 dynamic viscosity
𝜌f fluid density
𝜌grain grain density
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6
Ultimate lateral pressures
exerted on buried pipelines

by the initiation of submarine
landslides

不积跬步，无以至千里;
不积小流，无以成江海。

《荀子. 劝学篇》

Unless you pile up little steps, you can never journey a thousand miles;
Unless you pile up streams, you can never make a river or a sea.

XUNZI

The content of this chapter has been submitted as a research article to Landslides.
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6.1. Abstract
Submarine slope instabilities are one of the major threats for offshore buried
pipelines. This paper is intended to present a testing method to evaluate the
ultimate pressure acting on a buried pipeline as a result of an inclined seabed
liquefaction. Smallscaledmodel tests with pipes buried at three different em
bedment ratios have been conducted at 50g in a geotechnical centrifuge. A
high speed, high resolution imaging system was developed to quantify the
soil displacement field in the soil body and to visualize the development of the
liquefied zone. The ultimate pressures were compared with the geotechnical
approaches proposed by Audibert and Nyman (1977), Calvetti et al. (2004)
and Zhang and Askarinejad (2019a) as well as the fluid dynamics approach
suggested by Zakeri et al. (2008). The outcomes of this case study show that
the currently available theoretical approaches either under or overestimate
the ultimate stresses acting on the buried pipelines most are not able to pre
dict the trend of the imposed pressure on the pipe with the landslide velocity,
i.e. shear strain rate. A new relationship between the shear strain rate and
the ultimate pressure acting on the buried pipeline is suggested in this paper
based on extensive experimental results.
Key words: Underwater infrastructure, Submarine landslides, Liquefaction,
Soilpipeline interaction, Image analysis
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6.2. Introduction

O ffshore pipelines are often buried in the seabed for protection against hydrody
namic forces caused by strong currents/waves or fishing gear (Fredsøe, 2016).

Due to the long transportation distance and complexity of the seafloor environment,
these pipelines may go through a variety of geological conditions, thus they are
threatened by offshore geohazards. One of main reported geohazards is marine
landslides (Parker et al., 2008, Sahdi et al., 2014, Zakeri et al., 2008). A complete
study of the available data on offshore pipeline safety during the period from 1967
to 1990 was commissioned by the Marine Board of the National Research Coun
cil (Woodson, 1991), which reported that 12% of pipeline failures on the Gulf of
Mexico (U.S. outer continental shelf region) were caused by seabed movement.
Failure of offshore pipelines may cause significant environmental pollution due to
the leakage of transported materials in addition to the economic loss and social
impact (Randolph and Gourvenec, 2011).

If a segment of a buried pipeline is subjected to seabed movement, the pipeline
will deform as shown schematically in Figure 6.1. The pipeline displacement and
deformation are caused by the landslideinduced pressures (where 𝑞u is the ulti
mate pressure in the 𝑥 direction which is referred as the lateral direction hereafter).
Meanwhile, the pipeline is restrained by the passive soil resistance, frictional resis
tance and pipeline fixities outside of the seabed failure zone (Randolph et al., 2010,
Summers and Nyman, 1985). During a landslide, a pipeline can bear loads in the
vertical, lateral and axial directions. Among them, the magnitude of the load in
the lateral direction is normally regarded as the greatest (ASCE, 1984, Zakeri et al.,
2008). Therefore, knowing the ultimate lateral pressure acting on a buried pipeline
due to a marine landslide is crucial in offshore pipeline design.

Figure 6.1: Schematic illustration of pipeline deformation due to seabed soil movement (top view)

The duration of submarine slope movements may range from less than one
hour to several days. The induced forces acting along the pipeline depend on
the landslide velocity, and thus the shear strain rate (Georgiadis, 1991, Zhu and
Randolph, 2011). Regarding the velocity of soil movements, the soilpipeline inter
action mechanism of submarine buried pipelines has been commonly investigated
from two perspectives, namely the geotechnical approach and the fluid dynamics
approach. These two approaches consider two extreme offshore landslides in terms
of slide velocity.

The geotechnical approach is suitable for the case when the relative soil velocity
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compared to the pipeline is sufficiently low that the soil holds strength and the
soil behaviour can be described within the conventional soil mechanics framework.
Researchers have proposed formulas in the form of Equation 6.1 (for sand material)
and Equation 6.2 (for clay material) for evaluating the ultimate horizontal pressure,
𝑞u, acting on a buried pipeline caused by the relative soilpipe displacement (e.g.
Audibert and Nyman, 1977, Bea and Aurora, 1983, Calvetti et al., 2004, Georgiadis,
1991, Guo and Stolle, 2005, Summers and Nyman, 1985, Trautmann et al., 1985,
Zhang and Askarinejad, 2019a),

sand: 𝑞u = 𝛾′soil𝐻c𝑁qsand (6.1)

clay: 𝑞u = 𝑠u𝑁qclay (6.2)

where, 𝛾′soil is the effective unit weight; 𝐻c is the pipe buried depth, from the
soil surface to the pipe centre; 𝑁qsand is the bearing capacity factor for the sand
material, which has a relationship with the pipe embedment ratio (𝐻c/𝐷, 𝐷 is the
pipe diameter) and the soil friction angle (Hansen, 1961, Ovesen, 1964); 𝑠u is the
undrained shear strength; and 𝑁qclay is the bearing capacity factor for the clay
material.

It is well accepted that soil shear strength is influenced by shear strain rate
(Boukpeti et al., 2012, Schapery and Dunlap, 1978). Georgiadis (1991) argued that
the landslide induced pressure on a buried pipeline is affected by the soil sliding
velocity and proposed a power law model (Equation 6.3) to describe the strainrate
dependency of soil undrained strength, where 𝑉shearing is the shearing velocity, 𝑠u,ref
is the soil undrained strength tested at a reference shearing velocity, 𝑉shearing,ref,
and 𝜂 is an empirical viscosity coefficient. Boukpeti et al. (2012) investigated the
shear strain rate (�̇�) effect on 𝑠u for clay material and adopted the power law
model as well (Equation 6.3), where �̇�ref is the reference shear strain rate (�̇�ref =
𝑉shearing,ref/𝐷).

𝑠u = 𝑠u,ref (
𝑉shearing
𝑉shearing,ref

)
𝜂
or 𝑠u = 𝑠u,ref (

�̇�
�̇�ref

)
𝜂

(6.3)

The fluid dynamics approach has been used to study submarine landslides when
the sliding soil is regarded as a low strength debris flow or turbidity currents (Locat
and Lee, 2002, Niedoroda et al., 2003, Sahdi et al., 2014, Zakeri, 2009). Randolph
et al. (2011) reported that the pressure acting on a pipeline is related to the density
(𝜌slide) and velocity (𝑉slide) of the sliding soil, as well as to the drag coefficient
(𝐶D). Based on the fluid dynamics and rheology principles (Pazwash and Robertson,
1975), the ultimate lateral pressure can be estimated from Equation 6.4.

𝑞u =
1
2𝐶D𝜌slide𝑉

2
slide (6.4)

The two methods outlined above have been proposed and verified based on
laboratory tests and have been frequently used in practice. However, the available
methods provide a wide range of prediction on the landslides induced loads (Bea
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and Aurora, 1983, Georgiadis, 1991, Zakeri, 2009). Accordingly, it is necessary to
bear in mind that both approaches have their own strengths and limitations which
originate from the corresponding experiments from which the two approaches were
developed.

In the recent decades, for studying soil pipeline interaction, many physical mod
els were designed with either a ”pulledpipe” method or a ”releasedgate” method.
In the ”pulledpipe” method the buried pipe is artificially pulled by a mechanical sys
tem in a single direction (e.g. Almahakeri et al., 2013, Ansari et al., 2019, Audibert
and Nyman, 1977, Calvetti et al., 2004, Liu et al., 2015, Oliveira et al., 2009, Ono
et al., 2017, Paulin, 1998, Robert et al., 2016, Roy and Hawlader, 2012, Sahdi et al.,
2014, Tian and Cassidy, 2011, Trautmann et al., 1985, Zhang et al., 2002). In the
”releasedgate” method, a soil flow is triggered by releasing a rotatable/releasable
gate which is designed to keep the soil material in its original position (e.g. Acosta
et al., 2017, Gue et al., 2010, Yin et al., 2017, Zakeri et al., 2012, 2008).

The testing condition of the ”pulledpipe” method represents the case when a
pipe moves actively, as illustrated in Figure 6.2a (Case 1). In reality, the pipes may
be pulled by fishing gear or anchors. The soil pressures acting on a buried pipe
caused by the pipe movement (i.e. the pipe moves actively) is different than the
case when the soil pressures are determined by the soil movement (i.e. the soil
mass moves actively). It is because that the soil failure mechanisms around the pipe
for these two cases are different as explained in Chapter 3. The ”releasedgate”
method can be employed for the case that a debris flow passes around a pipeline
that is either laid on the seabed or suspended above the seabed as demonstrated
in Figure 6.2b (Case 2).

Figure 6.2c (Case 3) demonstrates the early stage of seabed slope liquefaction,
which can be triggered by either dynamic loads (such as earthquakes, tsunamis, and
waves) or static loads (such as rapid accumulation of sediments, seabed erosion and
dredging) as discussed by Locat and Lee (2002), Hance (2003) and Ye et al. (2017).
The soil/fluid flow behaviour in the postliquefaction stage of seabed liquefaction
triggered by various mechanisms are similar, as the soilfluid flow is mainly driven by
the gravitational forces (Iverson, 1997). It is important to note that the soil failure
mechanism in Case 1 is different than that in Case 3, owing to the differences in
a) seabed inclination (Case 1 has a flat surface, while Case 3 has a certain slope
angle); b) excess pore pressure (EPP, which exists in Case 3 but not in Case 1); c)
soil resistance mobilisation mechanism (soil moves passively in Case 1 and actively
in Case 3). Moreover, comparing Case 2 to Case 3, the reduction in soilfluid mixture
strength in Case 2 is much more dramatic than in Case 3, owing to a higher moving
velocity and a more sufficient mixture in the former. Therefore, it can be concluded
that the soil failure mechanisms and soil (or soilfluid mixture) properties in the
three conditions illustrated in Figure 6.2 are all different. Considering the fact that
the geotechnical approach is developed for Case 1 and the fluid dynamic approach
is developed for Case 2, neither of them could be applied for Case 3.

Currently, the available literatures fall short in providing a means to investigate
the ultimate pressure subjected to a pipeline buried in a liquefied slope (Figure
6.2c). Teh et al. (2006) investigated the pipeline stability on a liquefied seabed.
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Figure 6.2: Illustration of soilpipeline interaction at three cases: a) active pipe movement induced soil
failure; b) debris flow (𝜃 is slope angle); c) initiation of seabed slope liquefaction

However, only flat seabed condition was applied in their experiments with the main
focus on floating/sinking behaviour of a pipeline during seabed liquefaction. Cal
vetti et al. (2004) built up a 1𝑔 model which is able to simulate buried pipeline
movement (the pulledpipe method) in a partially liquefied flat seabed by applying
a certain hydraulic gradient, 𝑖. They proposed Equation 6.5 as a modification of
the geotechnical approach, for partially liquefied sand, where 𝛾w is the water unit
weight.

𝑞u = (𝛾′soil − 𝑖𝛾w)𝐻c𝑁qsand (6.5)

Chapter 3 shows the influence of slope geometry on 𝑞u by conducting centrifuge
tests with pipes buried at various locations in sandy slopes. Equation 6.7 was
proposed which further consider the effect of pipe burial position to the slope crest
(𝐿c) and the slope angle (𝜃), where 𝜑′ is the soil friction angle and 𝑁qsand is from
the Ovesen (1964) method.

𝑞u = 𝛾′soil𝐷 (
𝐻c
𝐷 )

𝜔
( 𝐷𝐿c

)
(1−𝜔)

𝑁qsand (6.6)

𝜔 = 1 + ln𝛼
ln (𝐿c/𝐷) + ln (𝐻c/𝐷)

, where 𝛼 = tan(45∘ − 𝜑′/2)
tan𝜃 + tan(45∘ − 𝜑′/2) (6.7)



6.3. Testing Methods

6

121

Based on the analysis above, the application of the existing methods to Case
3 shown in Figure 6.2c needs to be verified based on model tests that are able
to represent the corresponding situation. Thus, a series of centrifuge tests have
been conducted in this study with the objective of investigating the ultimate lateral
pressure of a buried pipeline during the initiation of a marine landslide. The effects
of slope angle, pipeline structural stiffness, pipe embedment ratio and relative soil
velocity on the resultant ultimate pressure on the pipe are discussed and analysed
using experimental data from centrifuge tests carried out at 50𝑔, where 𝑔 is Earth’s
gravity.

6.3. Testing Methods

T he beam centrifuge at TU Delft was used in this study, which has a nominal
radius of 1.22 m and is able to generate a maximum centrifugal acceleration of

300𝑔. All of the tests presented in this paper have been conducted at 50𝑔. The
effective centrifuge radius is taken as the distance from the centre of the centrifuge
to 1/3 of the sample height (𝐻sample), so that the maximum error in stress profile
is less than 2% of the prototype stress (Schofield, 1980, Taylor, 2014).

6.3.1. Test setup
Zhang and Askarinejad (2019b) described an experimental setup designed for trig
gering liquefaction of a submarine slope by steepening the slope angle in centrifuge.
The same device is applied in this study, as shown in Figure 6.3. The device is
equipped with a tilting mechanism which increases the inclination of the prepared
loose sand layer around the rotating axis in the xz plane until the sample liquefies
or up to a maximum angle of 20∘, at 50𝑔. The slope angle increasing rate is about
0.1∘/sec in model scale which is 0.002∘/sec in prototype scale. A highspeed cam
era (DMK 33UP5000) is connected to the strongbox with a holder which enables
the observation of soil liquefaction and landslide flow. Figure 6.3b) schematically
illustrates an inclined sample and the locations of seven installed pore pressure
transducers (PPTi, where, i is the PPT sequence number from 1 to 7, and the sen
sor series number is MPXH6400A) which are distributed along the middle line in the
crosssection through the middle of the sample. The buried pipeline is modelled by
a stainlesssteel tube with sealed ends, which has an outer diameter (𝐷) of 0.9 m in
prototype scale (18 mm in model scale). The pipe embedment depth (𝐻) could be
easily adjusted with the system discussed in the following section. Three types of
embedment ratios (𝐻/𝐷) were selected in this study, namely 0.83, 1.27 and 1.75.

6.3.2. Pipe external pressure measuring system
Figure 6.4 illustrates the pipe holding system, which has two functions of keeping
the pipe in position and measuring the soil resistance during slope failure. The top
horizontal beam is fixed to the upper extension of the strongbox. The pipe connec
tion features three threaded rods. The upper threaded rod is fixed to the top beam
and is attached with a pair of bending strain gauges (a half Wheatstone bridge)
to measure the load acting on the pipe in the 𝑥 direction (main soil moving direc
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Figure 6.3: Illustration of test setup in the centrifuge platform and the tilting mechanism. a) Sample
after preparation: 1) rotation direction; 2) upperbox; 3) linear motor; 4) pipe connection; 5) pipe;
6) high speed, high resolution camera; 7) fluidization system; 8) lighting board; 9) rotating axis; 10)
centrifuge platform; 11) camera holder; 12) viscous fluid and sand. b) Sample during tilting (prototype
scale)

tion). The middle rod connecting the upper and lower threaded rods is designed
with inner threads. This design permits testing with various pipe embedment ratios.
Before each test, the strainloaddisplacement relationship for the pipe connection
was calibrated. Two types of rod diameter are selected to introduce two different
pipe structural stiffness in the 𝑥 direction. The pipeline is modelled using stainless
steel tube with sealed ends, which has an outer diameter of 0.9 m and a length of
6.5 m at prototype scale.

Figure 6.4: Schematic illustration of pipe connection system

This design permits testing with various pipe embedment ratios. Furthermore,
two types of rod diameter are selected to introduce two different values of pipe fixity
stiffness in the 𝑥 direction in order to study the pipeline lateral structural stiffness
effects on the soilpipeline behaviour due to the soil passive resistance, the frictional
resistance and the distance between two pipeline fixities, as demonstrated in Figure
6.1.

6.3.3. Soil and submerging fluid materials
Geba sand is used as the soil material due to its known properties in previous
studies (such as: De Jager, 2018, Maghsoudloo et al., 2017). It is fine, subangular
and subrounded sand with a mean particle size (𝐷50) of 0.117 mm, a uniformity
coefficient (𝐶u) of an of 1.55, a coefficient of curvature (𝐶c) of 1.24. The particles
specific gravity is 2.67, and the soil residual friction angle is 36∘.

The viscous fluid made of Hydroxypropyl Methylcellulose (HPMC) powder is ap
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plied in this study as pore fluid. The fluid kinematic viscosity is chosen to be 50 cP,
which is 50 times more viscous than the natural pore fluid  water. Each sample
was prepared using the fluidization technique which was explained in Chapter 4.

6.4. Scaling laws

Amarine landslide originates from an initially static sediment mass. Mobilization
requires the development of sufficient excess pore pressure, which reduces the

soil strength resulting in slope failure. According to the scaling law for time, a
pore fluid with a viscosity of 𝜇f = 𝑁𝜇w is required (Taylor, 2014), for balancing
the difference in the scaling factors of kinematic time and seepage time, where 𝜇f
and 𝜇w are the fluid viscosity of the model fluid and the viscosity of the prototype
fluid (water), respectively; 𝑁 is the scaling factor for dimensions which is 50 in this
study. The scaling factors of kinematic time (𝑡kr ) and seepage time (𝑡sr ) are shown
in Equation 6.8, where the subscription ’r’ denotes the scaling ratio of prototype to
model.

𝑡kr = 𝑁, and 𝑡sr = 𝑁2 (6.8)

A liquefied subaqueous slope is driven by the gravitational forces, as the soil
slides the gravitational potential energy transfers to internal kinetic energy (Iverson,
1997). Froude number (𝐹𝑟, the ratio of the inertial forces to the gravitational forces)
is reported as an important dimensionless factor to scale gravitydriven debris flow
impacts on structures (Choi et al., 2015, Tobita and Iai, 2014). 𝐹𝑟 is defined in
Equation 6.9:

𝐹𝑟 = 𝑉slide/√𝑔𝐻slide (6.9)

where, 𝑉slide is the soil velocity, 𝐻slide is the depth of a flow slide. Taylor (2014)
argued that the scaling factor for velocity of a dynamic behaviour is 1, i.e. 𝑉slide,r =
𝑉slide,p/𝑉slide,m, where the subscripts ’p’ and ’m’ stands for ’prototype’ and ’model’,
respectively. Thus, the Froude number in the model is the same as it is in the
prototype, as shown in Equation 6.10, since 𝐻slide,p/𝐻slide,m = 𝑁.

𝐹𝑟r =
𝑉slide,p
𝑉slide,m

√𝑁𝑔𝐻slide,m
√𝑔𝐻slide,p

= 1 (6.10)

It can be inferred that at the beginning of slope liquefaction, the soil mass
still has strength, although some certain excess pore pressure exists. With further
development of slope failure, the soil mass transforms from soilstrengthdominated
material to fluiddynamicdominated material. The dimensionless factor, Reynold
number (𝑅𝑒), is commonly used to describe complex grainfluid interactions, which
is defined in Equation 6.11,

𝑅𝑒 = 𝜌slide𝑉slide𝐷/𝜇eff (6.11)

where, 𝜌slide is the soilfluid mixture density; 𝐷 is the characteristic length scale
which is the pipe diameter as suggested by Zakeri et al. (2008); 𝜇eff is the effective
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viscosity of the soilfluid mixture. Though this study focuses on the initial stage of
slope liquefaction, it is relevant to study the scaling law for 𝑅𝑒, as the transition
point from soilstrengthdominated material to fluiddynamicdominated material is
uncertain.

The effective fluid viscosity (𝜇eff) of a soilfluid mixture is influenced by the
presence of fine particles (Iverson, 1997). Thomas (1965) proposed Equation 6.12
to predict the effective fluid viscosity of a gravitydriven flow, in which buoyancy
and drag forces dominate the grainfluid interaction,

𝜇eff = (1 + 2.5𝐶fines + 10.05𝐶2fines + 0.00273𝑒16.6𝐶fines) 𝜇f (6.12)

where, 𝐶fines is the volume fraction of fine grains in the soilfluid mixture and 𝜇f is
the submerging fluid viscosity. The soil material used in the model tests is assumed
to be the same as that in the prototype, hence 𝐶fines,r = 𝜌slide,r = 1 and 𝜇eff,r equals
to 𝜇f,r (Equation 6.13). In this study 𝜇f,r = 1⁄𝑁, thus the scaling factor for Reynold
number is 𝑁2 as shown in Equation 6.14.

𝜇eff,r = 𝜇f,r (6.13)

𝑅𝑒r = 𝜌slide,r𝑉slide,r𝐷r/𝜇eff,r = 𝑁2 if 𝜇f,r = 1/𝑁 (6.14)

Zhu and Randolph (2011) suggested that the shear strain rate (�̇�) can be defined
as Equation 6.15,

�̇� = 𝑉relativeslide /𝐷 (6.15)

where, 𝑉relativeslide,r is the relative soil movement rate (the difference between the soil
velocity and the pipe moving rate). The scaling factor for the relative soil movement
rate is 1 as that for 𝑉slide, hence the scaling factor for the shear strain rate (�̇�r) is
1/𝑁, see Equation 6.16.

�̇�r = 𝑉relativeslide,r /𝐷r = 1/𝑁 (6.16)

6.5. Results and Discussion

I n total 23 centrifuge tests have been performed (Table 6.1). These tests arecharacterised into four groups. Three of them are distinguished by the ranges
of pipe embedment ratio (𝐻c/𝐷) which are 0.83, 1.27 and 1.75. These tests are
designed for studying the burial depth effect on the ultimate pipe external pressure
and are labelled with E1, E2 or E3 in the test ID. For each group of embedment
ratios, the pipe was fixed with two types of flexibilities (labelled with K1 or K2 in the
test ID) aiming to explore the effects of pipeline structural stiffness. The last group
of tests are performed only with sand (S01 to S04), i.e. without a buried pipe. The
mean height and mean relative density of all samples are around 5.0 m at proto
type scale (with a standard deviation of 0.05m) and 63% at 50𝑔 (with a standard
deviation of 2.4%), respectively. In the following sections, all test parameters and
results are presented in prototype scale unless stated otherwise.
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Table 6.1: Summary of all the centrifuge tests

Test ID 𝐻c/𝐷 𝜃 𝐾𝑎 Test ID 𝐻c/𝐷 𝜃 𝐾𝑎
() (∘) (kPa/(m/m)) () (∘) (kPa/(m/m))

E1K1_1 0.84 14.07 63.0 E2K2_2 1.20 15.05 77.4
E1K1_2 0.87 13.20 63.0 E2K2_3 1.27 15.03 77.4
E1K1_3 0.86 14.57 63.0 E2K2_4 1.27 12.93 77.4
E2K1_1 1.32 13.75 52.2 E3K2_1 1.72 14.03 63.0
E2K1_2 1.34 14.78 52.2 E3K2_2 1.71 12.75 63.0
E2K1_3 1.35 12.81 52.2 E3K2_3 1.78 14.37 63.0
E2K1_4 1.24 14.62 52.2 E3K2_4 1.77 14.47 63.0
E3K1_1 1.76 14.03 43.2 S01  15.75 
E3K1_2 1.75 12.72 43.2 S02  15.12 
E1K2_1 0.79 14.29 97.2 S03  16.50 
E1K2_2 0.79 13.25 97.2 S04  16.52 
E2K2_1 1.17 14.53 77.4
𝑎: 𝐾 is normalized pipeline structural stiffness in lateral direction which is defined

as the ratio of the soil pressure on the pipeline to the normalized pipeline
displacement. The normalized pipeline displacement is the pipe displacement

divided by the pipe diameter, hence 𝐾 has a unit of kPa/(m/m).

6.5.1. Slope angles at failure
The slope angles at failure indicate the onset of liquefaction of the samples. The
failure angles of all tests with various pipe embedment ratios are illustrated in Figure
6.5. Results show that the average failure angles of the tests with the buried pipe
is about 14.0∘ which is about 2.0∘ less than that of tests without any pipe. It can
be inferred that the existence of the pipe slightly reduced the slope stability due to
the nonuniformity in the soil fabric around the pipe. Moreover, it can be observed
that the pipe embedment ratios have a negligible effect on the failure angles.

6.5.2. Development of EPP and EPP ratios
Liquefaction of a soil material is essentially linked to the rise in EPP and the cor
responding reduction in the soil effective stress and the soil strength (Eckersley,
1990, Take et al., 2015). It this study, the change of pore pressure at 7 locations
(see Figure 6.3b) were recorded. EPP ratio (𝑟u) in Equation 6.17 defined by Biondi
et al. (2000) is normally utilized to indicate the onset of liquefaction. Here, Δ𝑢 is
the measured value of EPP, 𝐻PPT is the normal distance between the original slope
surface and each PPT.

𝑟u =
Δ𝑢

𝛾′soil𝐻PPT cos𝜃
(6.17)

Figure 6.6 shows the development of 𝑟u at 6 positions from test E2K2_1. Note
that PPT7 was only effective in tests from E1K1_1 to E1K1_3. The measurement
was stored with a frequency of 1 KHZ. PPT1 detects the change of 𝑟u firstly, then



6

126 6. Ultimate lateral pressures exerted on buried pipelines

Figure 6.5: Failure angles of all centrifuge tests at various embedment ratios

PPT2. The value of 𝑟u at both PPT1 and PPT2 locations shows a linear increase in
about 2 seconds before showing a sudden rise. A possible explanation is that: i. due
to the increase of shear stress EPP accumulates; ii. then with further accumulation
of EPP, a reduction in the soil strength occurs, which results in a local liquefaction
in the vicinity of the PPT1 and PPT2 in about 2 seconds.

The peak values 𝑟u at all 7 locations of all tests are summarized in Figure 6.7. At
each measuring position, 𝑟u with various embedment ratios is in good agreement
with that of the tests without a buried pipe indicating that the existence of the pipe
did not influence the development of pore pressure and the testing system has a
good repeatability.

Figure 6.7 indicates a drop in 𝑟u from slope toe to slope crest (i.e. from PPT3 to
PPT7). The 𝑟u at the location of PPT1 is the highest amount all PPT positions and is
larger than 1 which can be due to the kinetic energy of the flow slide. By evaluating
893 undrained shear tests, including triaxial compression tests, triaxial extension
tests and simple shear tests, on cohesionless soils, Sadrekarimi (2019) concluded
that static liquefaction could happen with 𝑟u smaller than 1. The value of 𝑟u for trig
gering a static liquefaction is essentially associated with models of shear as well as
the principal stress ratio, 𝐾c = 𝜎′1/𝜎′3, where 𝜎′1 and 𝜎′3 are the major and minor prin
cipal stresses, respectively. For an infinite slope, 𝐾c equals to (1−sin𝜃)/(1+sin𝜃)
which is 0.61 when the slope failure angle 𝜃 is 14∘. Sadrekarimi (2019) further pro
posed relationships between the three shear models (triaxial compression, triaxial
extension and torsional simple shear) and 𝐾c. He proposed that 𝑟u in the range of
0.136  0.35 is able to trigger slope static liquefaction when 𝐾c = 0.61. However,
all obtained 𝑟u from experiments in this study is beyond this range.
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Figure 6.6: Development of EPP ratios of test E2K2_1 (note: the onset of slope failure is defined as 𝑡 =
0 sec, and the slope angle of this test is 14.53 ∘)

Sadrekarimi (2019) suggested to employ 𝑟u or EPP as an indicator in the land
slide warning system for saturated cohesionless soils suffering monotonic loads.
However, it seems to be difficult to apply this in the case of seabed liquefaction
considering the quick accumulation of EPP as indicated in Figure 6.6. It is found
that 𝑟u rose abruptly only in a course of about 2 seconds before the slope failure
took place.

6.5.3. Development of liquefied soil layers and soil displace
ment

Images were taken from one transparent side of the strongbox at an average rate
of 36 frames per second before and during slope failure. The frames showing the
soil movements were analysed using the PIV technique, as described by White et al.
(2003) and Stanier et al. (2015). Nine frames were analysed for each test; Frame
0 and Frame 1 are the last frame right before the initiation of slope failure and the
first frame after, respectively (see Figure 6.6).

Figure 6.8 illustrates the liquefied soil displacement field of a test without the
pipe (S04) and a test with the pipe buried with an embedment ratio of 1.78 (E3K2_3).
Once the liquefaction was initiated, sand particles moved swiftly in the direction
mainly parallel to the slope surface. Results show that the top layer of the slope
near the toe liquefied first in both tests, then the liquefaction zone propagated
towards to the slope crest and the slope base. This observation indicates the limi
tation in applying the conventional limit equilibrium approach in catastrophic failure
of submerged slopes which assumes that the slip surface appears instantaneously
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Figure 6.7: Maximum EPP ratios at all PPT positions of all tests

(Puzrin et al., 2004, Tiande et al., 1999). It is observed that the presence of the
buried pipe has an influence on the soil movement regime. Figure 6.8d indicates
that the lower boundary of the liquefaction zone initiated under the pipe and this
phenomenon has been observed in other tests with the pipe as well.

Figure 6.9 illustrates the displacement of the soil around the pipe obtained from
PIV analysis as well as the pipe displacement measurements for tests with 𝐻c/𝐷
around 0.83 and 1.75. The soil and pipe displacement curves for each test have
a similar trend–a linear increase in displacement for approximately 4 seconds after
the initiation of liquefaction. However, the decrease in the rate of soil movement at
around 4 seconds after the initiation of slope failure could be due to the mechanical
boundary effects imposed by the strongbox, which hinders further flow of the soil.
Therefore, the results of soil and pipe behaviour in the first 4 seconds are analysed
and presented in the following subsections.
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Figure 6.8: Soil displacement field of test S04 (subfigures a), b) and c)) and test E3K2_3 (subfigures
d), e) and f)): a) 𝑡 = 0.2 sec, b) 𝑡 = 1.5 sec, c) 𝑡 = 2.9, d) 𝑡 = 1.4 sec, e) 𝑡 = 2.7 sec and f) 𝑡 = 4.1
sec (note: 𝑡 denotes time and the onset of slope failure is defined as 𝑡 = 0 sec)

6.5.4. Soil velocity distribution
Understanding the soil velocity profile is important to evaluate the constitutive equa
tions for describing soil flows (Han et al., 2014). Johnson et al. (2012) assumed
that, for a debris flow, the slide velocity should be the greatest at the flow surface
and drops through the soil/flow depth. Many researchers (such as: Han et al., 2015,
2014, Hotta and Ohta, 2000, Iverson, 2012) adopted Equation 6.18 to match the
slide velocity (𝑉slide) profile for a laminar debris flow moving over a rigid bed, where
𝑉slide is the mean slide velocity, 𝑦 is the soil depth from flow surface and 𝐻slide is
the total flow depth. The parameter 𝛽 controls the shape of the velocity profile,
which is plugflow when 𝛽 = 1 and simple shear when 𝛽 = 0.

𝑉slide = (2 − 𝛽)𝑉slide(1 − (1 −
𝑦

𝐻slide
)

1
(1−𝛽)) (6.18)

Hotta and Ohta (2000) conducted a series of rolling mill tests with both glass
bead mixtures and plastic bead mixtures which are assumed to be similar to natural
debris flows. A value of 1/3 for 𝛽 was used by Hotta and Ohta (2000) for fitting the
velocity profiles in the rolling mill. The same value for 𝛽 was suggested by Han et al.
(2014) for describing the vertical debrisflow velocity distribution of Jiasikou debris
flow in the highseismicintensity zone of the Wenchuan earthquake. The velocity
profile with 𝛽=0.5 matches the observations well from the largescale debris flow
tests performed by Johnson et al. (2012).

The soil velocity distribution of the tests S03 and S04 are presented in Figure
6.10. It is found that Equation 6.19, with 𝛽=0.72 and an amplification factor of
1.06, agrees satisfactorily with the results as shown in Figure 6.10. The profiles of
soil velocity for the tests with buried pipes are shown in Figure 6.10 as well. By
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Figure 6.9: Examples of pipe displacement and soil displacement around the pipe (note: the onset of
slope failure is defined as 𝑡 = 0 sec)

comparing them with results of S03 and S04, it can be seen that the pipe reduced
the soil velocity above the pipe and exaggerated that below the pipe.

Figure 6.10: Soil velocity distribution along soil depth

𝑉slide = 1.06(2 − 𝛽)𝑉slide(1 − (1 −
𝑦

𝐻slide
)

1
(1−𝛽)) with 𝛽 = 0.72 (6.19)
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6.5.5. Ultimate lateral pressure
The tests results indicate that the slope angle, pipeline structural stiffness, pipe
embedment ratio and relative soil velocity influence the soilpipeline interaction
mechanism. The effects of these factors on the ultimate pressures exerted on
pipelines are discussed below.

Slope angle and pipeline structural stiffness effects
The ultimate pressures (𝑞u) exerted on the pipes of all tests are summarized in
Figure 6.11. Results of the tests with 𝐻c/𝐷 around 1.27 and 1.75 show that 𝑞u tends
to slightly rise with the increasing of the slope angle at failure. This observation
can be explained by the fact that a higher slope angle would result in a larger flow
energy, hence it causes a higher pressure on the structure.

Figure 6.11: Ultimate lateral pressure on the pipe with various embedment ratios

In all cases, a smaller normalized pipeline structural stiffness (𝐾) results in a
smaller value of 𝑞u. The normalized pipeline structural stiffness represents the
stiffness of the pipeline fixity system in the direction parallel to the main soil flow
direction (Figure 6.1). Under the same external lateral load, a flexible pipeline sys
tem (with a smaller value of 𝐾) could move further than a stiffer pipeline system
(with a larger value of 𝐾). It can be inferred that reducing the pipeline structural
stiffness could increase the pipeline displacement and hence could lessen the rel
ative soil velocity. The effect of relative soil velocity on the development of 𝑞u is
discussed in the following section.

Comparison with existing methods and pipe embedment ratio effect
Figure 6.12 illustrates the ultimate lateral pressures applied to the buried pipes by
the sliding soil with respect to the soil shear strain rate (Equation 6.15). Addi
tionally, the estimations of 𝑞u from both the geotechnical methods (Equations 6.1
and 6.6) and fluid dynamics method (Equation 6.4) are presented in this figure for
comparison.

Estimations based on geotechnical approaches are dependent on pipe embed
ment depth but independent of the shear strain rate, as illustrated in Figure 6.12.
The geotechnical methods (Equations 6.1 and 6.6) tend to overestimate the ulti
mate lateral pressure when 𝐻c/𝐷 > 0.83. Here 𝛾′soil, 𝐷, 𝐿c and 𝜃 are 9.2 kN/m3,
0.9 m, 9.5 m and 14∘, respectively.
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Figure 6.12: Effect of shear strain rate on ultimate lateral pressure pipe buried in sandy seabed (cen
trifuge tests)

Calvetti et al. (2004) followed the geotechnical approach and proposed Equation
6.5 for considering the hydraulic gradient effect (thus EPP effect) on soil strength.
The excess pore pressure could reduce soil normal stress condition (𝛾soil𝐻c) with a
factor of (1− 𝑟u). In line with Equation 6.5, Equation 6.20 is suggested to take the
influence of EPP ratio on soil strength into account.

𝑞u = (1 − 𝑟u)𝛾′soil𝐻c𝑁qsand (6.20)

The results given by Equation 6.20 are shown in Figure 6.12, with 𝐻c/𝐷 = 1.75,
𝑁qsand = 3.9 and 𝑟u = 0.7. 𝑟u is selected to be the average measured excess pore
pressure ratios at PPT4 which is the closest sensor to the pipe (see Figures 6.3 and
6.7). Equation 6.20 slightly underestimates the ultimate pressure.

The predictions based on the fluid dynamics method (Equation 6.4) are highly
dependent on the shear strain rate as illustrated in Figure 6.12. It can be seen that
the fluid dynamics method tends to underestimate the horizontal ultimate pressure
when the shear stain rate is less than 0.12 sec−1.

The observations above infer that both the geotechnical and fluid dynamic meth
ods are not applicable to the engineering situation that the offshore pipeline is
buried in an unstable marine slope (Figure 6.2c). Considering the fact that both
methods were developed and proved based on laboratory tests, each developed
method has its own applicable conditions as well as limitations. Following are two
explanations which can be the reasons that why neither the geotechnical method
nor the fluid dynamics method fit the centrifuge test results.
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Firstly, the failure mechanisms of these three cases (Figure 6.2) are different.
The geotechnical method was examined by experiments using the artificially ’pulled
pipe’ method. This testing situation is believed to be related to the engineering
situation when the pipeline is pulled by a trawling gear or ship anchors, or to be
related to the problem of pipeline buckling due to the change in thermal condition
of the transporting material or internal pressure (Parker et al., 2008, White et al.,
2007). However, in this study, the induced pressure is caused by the active move
ment of soil around the pipe. Furthermore, the fluid dynamics method is mainly
derived from the tests with a pipe which is either laid on the seabed or hanging
above the seabed and debris passes through as a result of slope failure which has
happened at a place with a certain distance to the pipe location.

Secondly, the soil properties for these three cases are different too. The soil
behaviour can be described by traditional soil mechanics for the case when a pipe is
forced to move in a soil body; whereas the soilfluid mixture behaves like Bingham
fluid (Sahdi et al., 2014) for the case when a pipe is hit by a debris flow. However, for
the case when the soil near the pipe starts moving/flowing as a result of liquefaction,
the soil can be partially liquefied, as the EPP ratio is generally less than 1 when a
slope liquefies (Sadrekarimi, 2019). Though the liquefied soil moves fast even at
the early stage of seabed liquefaction, the soil particles and fluid are not as well
mixed as in a debris flow. Additionally, the soil strength may be severely reduced
owing to the reduction in the effective stress caused by the EPP (Teh et al., 2006).

Shear strain rate effects
Georgiadis (1991) performed a series of pipe pulling tests in clay samples with
various pulling rates and proposed a powerlaw function, Equation 6.3, to describe
the effect of pipe moving rate on the drag force. In order to describe the effect
of the shear strain rate on the ultimate pipe horizontal pressure, the powerlaw
approach is utilized in this study, which is expressed in Equation 6.21, where 𝑞u,ref
is the ultimate lateral pressure when the soil shear strain rate is ̇𝛾ref.

𝑞u = 𝑞u,ref (
�̇�
̇𝛾ref
)
𝜂

(6.21)

The powerlaw function fits the results well with a viscosity coefficient, 𝜂, of
0.1284. Though Georgiadis (1991) performed the tests in clay material, he got a
similar value for 𝜂 which is 0.125. Zakeri et al. (2008) determined the shear strain
rate and shear stress relationship by conducting rheometer tests on slurries which
were mixed with clay and water. The percentage of clay mass varied from 10%
to 35%, and the percentage of sand varied from 55% to 30% correspondingly.
The sand used in their study has a 𝐷50 of 0.134 mm, a 𝐶c of 8.8 and a 𝐶u of 1.9.
They applied a similar power law function to fit the shear stressshear strain rate
curves and got the value of 𝜂 ranging between 0.11 and 0.14. Jeong et al. (2009)
suggested that for most natural soils 𝜂 is less than 0.2.
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6.6. Conclusions

T he ultimate pressure acting on a model pipe due to liquefaction of a sloping
seabed was investigated by means of centrifuge model tests, exploring the

influences of pipe embedment ratio, pipeline structural stiffness and shear strain
rate. The liquefaction of a submerged slope was triggered by increasing shear
stress monotonically. Under the assumption that the soil behaviour after the on
set of seabed slope liquefaction caused by static loads is similar to that caused by
dynamic loads, the following conclusions could be extrapolated to the dynamicload
induced (e.g. wave loads, tsunami and earthquake) and other staticloadinduced
(e.g. dredging, fast sedimentation) seabed liquefaction. The observations from the
tests reveal the following conclusions:

• The onset of liquefaction tends to take place in the slope surface layer close
to slope toe and then it propagates towards the crest and deeper locations in
the slope.

• It was found that the ultimate pressure applied to the pipe in a liquefied
zone is essentially related to the shear strain rate according to the powerlaw
relationship as defined in Equation 6.21 with a power coefficient, 𝜂 = 0.1284.
The magnitude of the shear strain rate is dependent on the slope angle as
well as on the pipeline structural stiffness. A higher slope angle would result
in a higher shear strain rate. A stiffer pipeline fixity system would reduce pipe
displacement; hence it increases the shear strain rate which results in a larger
external pressure to the pipe due to the landslide.

• The soil movement profile of a liquefied seabed without a buried structure
at early stages of the onset of liquefaction is similar to that in a laminar de
bris flow. The soil velocity distribution along soil depth can be described by
Equation 6.18.

• For a liquefied submerged slope, the maximum value of excess pore pressure
ratio (𝑟u) is generally smaller than 1. It is found to be strongly dependent on
the measurement locations due to the difference in shearing modes at various
points in the slope. A value of 𝑟u = 0.4 was observed at a location near the
slope crest at the onset of liquefaction. Furthermore, the development of
excess pore pressure can happen in the course of less than 2 seconds which
implies that it is difficult to use excess pore pressure ratios as an indicator for
the early warning systems specifically in submerged loose sandy slopes.
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List of Symbols

Symbol Definition
EPP Excess pore pressure
HPMC Hydroxypropyl Methylcellulose
PIV Particle Image Velocimetry
PPT Pore pressure transducer
Subscripts: ’m’, ’p’
and ’r’

model, prototype and ratio of prototype to model, respec
tively

𝑔 gravity
𝑖 hydraulic gradient
𝑞u the ultimate landslideinduced lateral pressure
𝑞ref the ultimate lateral pressure measured at ̇𝛾ref
𝑟u EPP ratio
𝑠u undrained shear strength
𝑠u,ref undrained strength tested at a reference shearing velocity
𝑡 time
𝑡k kinematic time
𝑡s seepage time
𝑦 soil depth from flow surface

𝐶c coefficient of curvature
𝐶D drag coefficient
𝐶fines volume fraction of fine grains
𝐶u uniformity coefficient
𝐷 pipe diameter
𝐷50 mean particle size
𝐹𝑟 Froude number
𝐻c pipe buried depth
𝐻c/𝐷 pipe embedment ratio
𝐻PPT normal distance between the original slope surface and PPT
𝐻sample sample height
𝐻slide total flow depth
𝐾 normalized pipeline structural stiffness in lateral direction
𝐾c principal stress ratio
𝐿c pipe burial position to slope crest
𝐿slide approach flow depth
𝑁 scaling factor for dimensions
𝑁qclay bearing capacity factor for clay
𝑁qsand bearing capacity factor for sand
𝑅𝑒 Reynold number
𝑉shearing shearing velocity
𝑉shearing,ref reference shearing velocity
𝑉slide soil velocity
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Symbol Definition
𝑉relativeslide relative soil velocity
𝑉slide mean soil velocity

𝛽 shape factor of the velocity profile
𝛾′soil soil effective unit weight
𝛾w water unit weight
�̇� shear strain rate
�̇�ref reference shear strain rate
𝜂 viscosity coefficient
Δ𝑢 excess pore pressure
𝜃 slope angle
𝜇eff effective viscosity of soilfluid mixture
𝜇f viscosity of model fluid
𝜇w viscosity of porotype fluid (water)
𝜌slide landslide density
𝜎′1 major principal stress
𝜎′3 minor principal stress
𝜑′ soil friction angle
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7
Conclusion

The more I learn, the more I realize how much I don’t know.

Albert Einstein
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T he main goal of this doctoral research was to investigate soilpipeline interaction
mechanisms for pipelines buried in subaqueous slopes, which were triggered to

fail by monotonic loads. Two situations of fully drained and (partially) undrained
conditions, were considered. In total, one series of centrifuge tests was carried
out under a fully drained condition and three series of centrifuge tests were per
formed under a (partially) undrained condition. These four series of tests and the
corresponding results have been explained in Chapters 3 to 6, respectively.

Chapter 3 presented an investigation of the soilpipeline interaction mechanisms
for pipes buried in slopes which failed under drained conditions. The effects of the
slope angle and the pipe burial position with respect to the slope crest on the
ultimate induced pressure on the pipe were studied.

The goal of investigating soilpipeline interaction mechanisms for pipelines buried
in submarine slopes which failed under a (partially) undrained condition was achieved
in three steps. Firstly, for simulating the monotonicload induced liquefaction of
subaqueous slopes in the geotechnical centrifuge, a test setup was designed. The
test setup enabled the simulation of the controlled slope steepening process as
presented in Chapter 4. Thereafter, for justifying the proper pore fluid viscosity,
a detailed study on the triggering mechanism of monotonicload induced liquefac
tion in saturated sandy layers was conducted, which is reported in Chapter 5. The
scaling law of proper pore fluid viscosity was proposed based on the grain scale
analysis which was supported by the centrifuge tests results. Lastly, the pipe be
haviour under statically liquefied subaqueous slope failures using the newly devel
oped test setup is described in Chapter 6. The relationship between the ultimate
induced pressure and factors such as the pipe burial depth, pipeline structural stiff
ness, slope angle and shear strain rate was studied. The main conclusions of the
abovementioned studies and some recommendations for further investigation are
summarized in this chapter.

7.1. Conclusions
7.1.1. Simulation under drained condition (Chapter 3)
The first series of tests were conducted with the main focus on the effects of the
slope angle and the pipe burial position with respect to the slope crest on the loads
exerted on the pipe and on the slope failure mechanism. All the slopes were made
of dry sand, thus it can be assumed that the slope failure mechanisms of these
tests are analogous to that of soil movement under drained conditions. The slope
instabilities were triggered by the monotonic loads applied to the slope crest. The
loads acting on the pipes embedded at five different positions in the slopes were
measured. Furthermore, the positions of slope failure mechanisms were obtained
using the PIV technique.

It was found that the failure surfaces tended to pass below the pipe when the
pipe was placed no more than 0.5D below the potential slip surface for ’greenfield’
conditions. Results also showed that the pipes located within the potential failure
zones of the slopes moved more than those buried outside the potential failure
surfaces.
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The effects of slope angle and the pipe distance to slope crest on the ultimate
induced loads were found to be prominent. A new geotechnical method was pro
posed to estimate the ultimate load acting on the pipe when it is buried under slop
ing ground. Compared with the method proposed by Audibert and Nyman (1977),
which includes factors of soil properties, pipe diameter and burial depth, the newly
proposed geotechnical method further takes into account the effects of the slope
angle and the pipe distance to the slope crest. Moreover, a hyperbolic relationship
between the normalized force and pipe displacement was found.

7.1.2. Simulation of static liquefaction (undrained condition)
–a) development of the test setup (Chapter 4)

A new test setup was designed as one of the prerequisites for studying the in
teraction between a buried pipe and a subaqueous staticloadinduced landslide.
This test setup was integrated with a tilting mechanism for simulating the slope
steepening process. During a test, the shear stresses could increase monotonically
until the liquefaction is triggered. Moreover, a series of centrifuge tests with three
different tilting rates were performed to evaluate the slope steepening rate effect
on seabed stability.

It was concluded that the tilting technique was able to trigger static liquefaction
in sandy slopes modelled in a geotechnical centrifuge. A slope liquefaction can occur
in a very short time with no visible precursors before the failure. Slope liquefaction
originated from the surface layer close to the slope toe and then developed towards
to the slope crest and deeper locations within the slope. It was observed that a
higher tiling/shearing rate would result in a faster accumulation of pore pressure
and an earlier slope instability. The instability line was found to be dependent on
the increasing rate of the slope angle or shearing rate.

After comparing the fluidization method with other methods traditionally used for
making saturated sandy samples, such as moist tamping, drizzle and wet pluviation
methods, the former was selected as the sample preparation method. A loose and
saturated sandy sample might be sensitive to a minor anthropogenic disturbance.
To avoid this, the fluidization system was integrated into the base of the testing
strongbox. This design enabled the possibility of preparing samples right in the
testing position without sample transportation and any other possible disturbance
to the samples. Furthermore, this design provided three other advantages:

• Samples could represent the seabed/riverbed soil material in coastal areas in
terms of soil structures, as the formation process of sand in the strongbox
was similar to that in the field;

• Samples with similar properties could be prepared, as the same sand batch
was used for all the tests and a fully saturated condition could be ensured.
By conducting Xray CT scan on a sample, it was found that the sample was
uniform with similar relative densities along all three directions, i.e. height,
width and length. The magnitude of the relative densities was about 31%.

• Sample preparation time could be reduced to 2 hours. This was significantly
more efficient than what is required for other sample preparation methods.
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For example, it took Askarinejad et al. (2018) about 8 hours to prepare a loose
and saturated sandy sample with a volume of 5 x 10−3 m3 by using the wet
pluviation method.

7.1.3. Simulation of static liquefaction –b) investigation of scal
ing laws for pore fluid viscosity (Chapter 5)

A hypothesis for the triggering mechanism of monotonicload induced liquefaction
in saturated sandy layers was proposed. This was followed by the derivation of the
scaling factor for fluid viscosity based on the grain scale analysis. It was determined
that √𝑁fluid (a fluid that is √𝑁times more viscous water) should be used to simu
late the onset of monotonicloadinduced liquefaction at Ng. This, however, differs
from the standard practice of using Nfluid (a fluid that is Ntimes more viscous
water) as the pore fluid for simulating dynamic events in the centrifuge. There
fore, a series of centrifuge tests simulating the sandy slope static liquefaction were
designed to examine the proposed postulation on the scaling factor of pore fluid.
These tests were conducted at various glevels (i.e. 10g, 30g and 50g) with both
Nfluid and √𝑁fluid as the pore fluid. The main conclusions are:

• Static liquefaction of a fully saturated loose sand layer could be triggered
locally by fluidgrain interaction at the onset of the change of drainage regime
from drained to (partially) undrained conditions. Hence, the derivation of
scaling law for the triggering mechanism of static liquefaction should be based
on the hydromechanical processes at the grain scale.

• The failure angles for √𝑁fluid tests at various 𝑔levels were consistent which
indicated similar onset of static liquefaction. According to the theory of ”mod
elling of models”, it was concluded that √𝑁fluid should be used as the pore
fluid to simulate the onset of static liquefaction of underwater slopes triggered
by monotonic loads.

• The excess pore pressure ratios for Nfluid tests at various 𝑔levels were con
sistent, which were affected by the dynamic behaviour of slope failures. This
observation was in consistence with the standard practice of using Nfluid for
simulating dynamic events in the centrifuge.

7.1.4. Simulation of static liquefaction –c) behaviour of buried
pipelines in staticallyliquefied slopes (Chapter 6)

A set of centrifuge tests were carried out to study the behaviour of buried pipelines
in staticallyliquefied slopes utilizing the newly developed test setup. A pipe sys
tem was designed with the functions of adjusting pipe embedded depth and pipeline
structural stiffness, and monitoring the pipe external pressure/load and pipe dis
placement. A series of pictures during each test was captured and the PIV analysis
was conducted to obtain the soil flow rate. The soil shear strain rate was defined as
the ratio of the difference between the soil flow rate and the pipe moving rate to the
pipe diameter. Moreover, the development of excess pore pressure was monitored
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at seven locations with a sampling rate of 1 kHz. The influences of the pipe em
bedment ratio (pipe embedded depth/pipe diameter), pipeline structural stiffness,
slope angle and shear strain rate on the ultimate pressures acting on the buried
pipe during the slope liquefaction were investigated. In addition, the results were
compared to the estimation of the geotechnical approaches proposed by Audibert
and Nyman (1977), Calvetti et al. (2004) and the modified geotechnical approach
proposed in Chapter 3 as well as the fluid dynamics approach proposed by Zakeri
et al. (2008). The main conclusions are presented below:

• A duration of about 2 seconds (in prototype scale) of the accumulation of ex
cess pore pressure was detected before the onset of slope liquefaction. This
observation inferred that there is difficulty in applying the method of moni
toring the change of excess pore pressure as an indicator for early warning
systems in submerged loose sandy slopes.

• The magnitudes of the excess pore pressure ratios showed that static liquefac
tion could happen with an excess pore pressure ratio lower than 1. The excess
pore pressure ratios measured at seven locations were generally smaller than
1 with an exception of the one which was nearest to the slope toe. However,
the pore pressure measurement at this location was strongly influenced by
the dynamic behaviour of flow slides. The smallest excess pore pressure ratio
was 0.4 and was measured at a position close to the slope crest.

• No clear relationship was found between the ultimate induced pressure and
the pipe embedment ratio which is one of the main factors in all the geotech
nical approaches.

• The fluid dynamic approach tended to underestimate the ultimate induced
pressure. However, it should be noted that the measured shear strain rates
were less than 0.1 sec−1.

• It was found that the ultimate induced pressure was related to the soil shear
strain rate with a power law relationship (see Equation 6.21 ). The pipeline
structural stiffness and slope angle affected the ultimate induced pressure as
well. A higher value of pipeline structural stiffness or slope angle would lead
to a higher soil shear strain rate, and hence a larger magnitude of the ultimate
induced pressure.

• The soil moving velocity distribution along soil depth of a liquefied seabed
without a buried structure was found to be similar to that of a laminar debris
flow and can be described by Equation 6.18 .

7.2. Recommendations for future work

T he results of the drained slope failure tests have revealed the effects of pipe
position and slope angle on the slope failure mechanism. In this study, the pipe

embedment ratio was less than or equal to 4.1 and the slope angle was determined
to be constant with a value of 18.7∘. Further centrifuge tests on the pipe behaviour
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in drained slope failure with various pipe locations, slope angles and soil materi
als are suggested to validate the proposed method (Equation 3.10). Numerical
simulation on this topic is also suggested.

The results of the centrifuge tests with the slope steepening mechanism has in
dicated that the ultimate pressure acting on a buried pipe was a function of the soil
shear strain rate. Accordingly, further fundamental studies regarding the influence
of the soil shear strain rate on the induced pipeline external pressure are necessary.
Moreover, further study on the dependency of soilfluid properties on the shear
strain rate and the flow rate is recommended in order to understand the pipesoil
behaviour during marine slope liquefaction from the initial stage to postliquefaction
stage. In this study, the soilpipeline interaction during the initiation of slope lique
faction has been investigated. A further step can be to investigate the soilpipeline
interaction during the development of a subaqueous landslide. A new design of a
testing system with sufficient space for the landslide runout might be needed. Nu
merical modelling of the subaqueous slope liquefaction and pipelineliquefied soil
interaction are recommended, as both methods are suitable for simulating large
deformation cases.

As presented in Chapter 4, the design of the fluidization system has been proven
to be a useful method to prepare loose, saturated, uniform and disturbance sen
sitive sandy samples, and the tilting system has shown the advantage of making
subaqueous sandy slopes. Both testing methods have the potential to be used
for other offshore geotechnical studies based on centrifuge modelling such as the
examples below:

• To investigate the non𝐾0 loading history effects on the subaqueous slope
stability. This can be done by tilting the sample to a certain slope angle at
the normal gravity condition, then run the centrifuge to the target centrifugal
acceleration level.

• To study the cyclic performance and bearing capacity of suction caisson foun
dations/anchors in sandy (either flat or inclined) seabed. However, this goal
requires the design of a suction caisson/anchor loading system which can be
used in combination with the fluidization system.

• To evaluate the wave loading effects on the inclined sandy seabed stability.
With the aid of the existing test setup, subaqueous sandy slopes with various
inclinations can be simulated. If a wave generator and a corresponding wave
energy absorber can be designed and installed on the top of the strongbox
at the fluid table level, the wave loading effects on the subaqueous slope
stability can be investigated.
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