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ARTICLE INFO ABSTRACT

Communicated by Mehdi Ghoreyshi High-aspect-ratio wings offer significant aerodynamic efficiency gains but face substantial structural mass penal-
ties because wing sizing is strongly driven by manoeuvre loads. Effective manoeuvre load alleviation is there-
fore a key enabler of such configurations. However, current manoeuvre load alleviation strategies still require
trade-offs: active systems demand high torsional stiffness and therefore increase structural mass, whereas passive
manoeuvre load alleviation through composite tailoring reduces roll control authority. This paper shows that in-
tentionally operating control surfaces beyond their reversal point can combine key elements of both approaches
within a single aeroelastic design framework, enabling simultaneous active and passive manoeuvre load alle-
viation while satisfying a prescribed steady-roll authority requirement. An aeroelastic optimisation framework
incorporating analytical control-deflection sensitivities is developed and applied to a representative mid-range
transport wing. Detailed aeroelastic analysis reveals that, in swept composite wings, control surface reversal is
governed by wing-level spanwise load redistribution arising from bending-torsion coupling and misalignment
between the elastic and flexural axes, rather than by a purely local sectional effect. Load redistribution extends
far inboard of the control-surface region, providing an effective mechanism for shifting manoeuvre loads away
from the outboard wing. The reversal-enabled design achieves 13.3 % structural mass reduction compared to a
conventionally optimised baseline while meeting the prescribed steady-roll requirement in nominal operation
and in a representative single-surface loss-of-function case with the midboard control surface disabled. These
results indicate that, within the present modelling scope, control surface reversal can be purposefully exploited
for manoeuvre load alleviation and structural-mass reduction in high-aspect-ratio wings.
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1. Introduction duced drag, but they also increase bending moments and manoeuvre-

load-driven structural mass, creating a fundamental trade-off between

Aviation presents a significant challenge for global decarbonisation.
It currently contributes roughly 2.5 % of anthropogenic CO, emissions,
but about 4 % of observed human-induced warming when non-CO, ef-
fects are included; under resumed traffic growth, aviation could con-
sume 6 % to 17 % of the remaining warming budget consistent with the
1.5°C-2°C targets by 2050 [1,2]. As shown by the Breguet range equa-
tion in Eq. (1), mission fuel burn is governed by propulsive efficiency
through the specific fuel consumption, aerodynamic efficiency through
C,/Cp, and structural efficiency through the required fuel-mass frac-
tion:

C M
R=V i ZLin (14 ofuel ) m
TSFC C,, Ml

In the present work, the propulsion term is not addressed; instead,
the focus is on the coupled aerodynamic and structural terms. High-
aspect-ratio wings can improve aerodynamic efficiency by reducing in-
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aerodynamic and structural efficiency. Reducing structural mass lowers
the required fuel fraction for a given range, improving overall energy
efficiency and lowering emissions. Load alleviation techniques are there-
fore central to resolving this trade-off and enabling lighter high-aspect-
ratio wings whose aerodynamic benefits would otherwise be offset by
increased structural loads.

Two established strategies exist, each with its inherent limitations.
Active load alleviation uses control surface deflections to modify aero-
dynamic loads during flight [3]. While widely applied in operational
aircraft and extensively studied through conventional scheduling [4],
morphing surfaces [5], and distributed control concepts [6,7], active
aeroelastic control also includes related strategies for dynamic response
and flutter suppression, for example using flapped airfoil models [8] and
piezoelectric actuation [9]. In the MLA context considered here, how-
ever, active systems require high torsional stiffness to maintain control
effectiveness, incurring a mass penalty that can offset load-reduction
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Nomenclature

o Angle of attack

5 Control surface deflection angle

Tleff Roll control effectiveness

P Air density

r Vortex strength vector

Cy Lift coefficient

Cp Drag coefficient

Proll Steady roll rate

Ve Free-stream velocity magnitude

Ve Free-stream velocity vector

s Wing semispan

c Local chord length

K Static aerodynamic influence coefficient matrix

K, Aerodynamic stiffness matrix

K, Structural stiffness matrix

F Steady aerodynamic force vector

F.. Aerodynamic loads in structural coordinates
s Internal structural forces and moments

M, Steady aerodynamic moment vector

n, Panel normal vector

u Structural displacement vector

1(y) Spanwise lift distribution (lift per unit span)

AL Change in lift carried by a spanwise strip

XEA Chordwise position of flexural axis

Tor Buckling factor

e, e;"i“ Maximum and minimum principal strains

ymax Maximum shear strain

benefits [10]. Passive MLA through composite tailoring exploits bend-twist
coupling in composite laminates to redistribute loads toward the wing
root through washout deformation [11]. While inherently reliable, this
approach reduces roll control authority, a dominant constraint in opti-
misation studies [12], and may limit achievable mass savings.

For MLA design, the opposing requirements of active control and
passive tailoring, high torsional stiffness for control effectiveness ver-
sus structural tailoring that promotes passive washout through torsional
compliance and bend-twist coupling, have motivated renewed interest
in operating beyond the control-reversal regime. In this context, control
surface reversal refers to the aeroelastic condition in which structural
deformation changes the sign of the roll response to a prescribed an-
tisymmetric control-surface deflection, so that the same control input
produces a rolling moment in the opposite direction. Theoretically, op-
erating a control surface beyond the reversal onset can regain or even
enhance control authority [13]. Experimental data from the F/A-18 X-
53 Active Aeroelastic Wing programme demonstrated this effect in prac-
tice [14]. Subsequent studies explored ways to exploit or shift reversal
through variable-sweep wingtips [15], post-reversal behaviour analy-
sis [16], and adaptive stiffness concepts such as variable-stiffness spars.
More recently, Sharpe et al. [17] introduced “tailerons”, control surfaces
capable of reversal at very low airspeeds for divergence and flutter sup-
pression, demonstrated on the Dawn One solar aircraft.

Despite substantial progress in both active and passive load alle-
viation methods, these methods are still developed independently or
applied sequentially, without fully accounting for the strong coupling
between aeroelastic stiffness, control effectiveness, and spanwise load
redistribution. In classical textbook methods, control surface reversal is
commonly introduced using typical-section models, in which the phe-
nomenon is interpreted primarily through the local sectional response to
control-surface deflection [13]. Sharpe et al. [17] likewise build on this
classical 2D framework, while validating key trends with aircraft-level
analysis. The present study supports a different interpretation for flexi-
ble, swept composite wings: the reversal relevant to MLA is governed not
merely by a local sign change in sectional lift near the control surface,
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but by wing-level spanwise lift redistribution driven by bending-torsion
coupling and misalignment between the elastic and flexural axes. This
redistribution extends far inboard of the control-surface region.

Within this context, the present study introduces a unified design ap-
proach in which operation in the post-reversal regime is not treated as a
limitation, but as an intentional mechanism for combining active control
surface load alleviation with passive composite tailoring. In this view,
control surface reversal is used to remove the conventional conflict be-
tween active and passive MLA: the aeroelastic flexibility that would nor-
mally reduce control authority is instead treated as a design mechanism
that enables load redistribution, while the optimisation still enforces the
required steady-roll authority.

To investigate this concept, an aeroelastic optimisation framework
is developed that combines active MLA with passive MLA through com-
posite tailoring by intentionally exploiting control surface reversal. The
framework is implemented in the in-house tool PROTEUS, extended with
analytical sensitivities for control-surface deflections, verified via the
complex-step method, and embedded within the Convex Conservative
Separable Approximations (CCSA) class of optimisation algorithms [18].
The framework is applied to a representative mid-range transport wing
to assess whether intentional use of post-reversal control-surface be-
haviour can reduce structural mass while maintaining adequate roll au-
thority.

The remainder of the paper is organised as follows: Section 2 presents
the coupled aeroelastic model, Section 3 details the sensitivity formula-
tion and optimisation framework, and Section 4 discusses the optimisa-
tion results and the aeroelastic mechanisms governing control surface
reversal. The conclusions are summarised in Section 5.

2. Aeroelastic model

This section presents the formulation of the coupled aeroelastic
framework used in this study. The model couples a linear aerodynamic
model based on the Vortex Lattice Method (VLM) with a geometrically
nonlinear Timoshenko beam structural model. Furthermore, the model
incorporates control surface deflections to account for MLA effects. The
following subsections detail the aerodynamic and structural formula-
tions, control surface modelling approach, and resulting aeroelastic re-
sponses, which form the foundation for the sensitivity analysis presented
in Section 3.

2.1. Structural model

The wing structure is initially divided into discrete laminate regions,
each characterised by distinct laminate properties corresponding to the
various components of the wing box, such as the upper and lower skins,
and the front and rear spars. Each laminate region is parameterised by
its thickness and by Lamination Parameters (LPs), which provide a con-
tinuous description of laminate stiffness properties suitable for efficient
gradient-based optimisation. The cross-sectional modeller developed by
Ferede and Abdalla [19] is then used to condense the wing box geometry
and laminate properties into equivalent Timoshenko stiffness matrices
for each finite element. In this beam representation, ribs are not mod-
elled as independent elements contributing to stiffness; they are used
to define the spanwise panel length for local buckling. Stringers are
included in the cross-sectional model, where their axial stiffness and
mass contribute to the equivalent sectional properties, and their spac-
ing defines the chordwise buckling panel width. A co-rotational frame-
work, as described by Battini and Pacoste [20], is adopted to formulate a
geometrically nonlinear Timoshenko beam model that employs a load-
control approach in combination with the Newton-Raphson root-finding
method to find a nonlinear aeroelastic equilibrium. Further details on
the development of the structural formulation can be found in [21].

With the structural formulation established, the next step is to in-
troduce the aerodynamic model based on VLM which will be later in-
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Fig. 1. Visualisation of the aerodynamic model used in the analysis.

tegrated with the beam formulation to develop the coupled aeroelastic
model.

2.2. Aerodynamic model

The aerodynamic model is based on the VLM, which is a linear ap-
proach based on potential flow theory [22]. This method assumes a thin
wing and discretises the camber surface into vortex ring elements in
both the chordwise and spanwise directions. The aerodynamic mesh
represents the wing by a set of rigid airfoil sections distributed along
the span, each described by a camber line that is translated and rotated
according to the local beam deformation. The flow is assumed to be in-
viscid and irrotational, while compressibility effects are accounted for
using the Prandtl-Glauert transformation, extending the validity of the
model to the high-subsonic regime. Because the VLM solves directly for
the bound-circulation distribution over the lifting surface, it provides
spanwise loading and the incremental aerodynamic response to control-
surface deflections in a form well suited to static aeroelastic and control-
effectiveness calculations for attached-flow wings [22]. In addition, it
remains computationally efficient for design exploration. A visualisa-
tion of the aerodynamic model is provided in Fig. 1. The figure shows
the half-wing aerodynamic mesh, the quarter-chord line, the structural
beam axis, and representative camber line sections. It also illustrates that
the aerodynamic discretisation follows the prescribed wing geometry,
including the twist distribution and the section camber representation.

The steady-state vortex strength distribution on the wing surface is
obtained from

K Ty =V, n, )

where K, denotes the static Aerodynamic Influence Coefficients (AIC)
matrix, I'y is the bound-vortex strength vector, V,, the free-stream ve-
locity vector, and n,, the normal vector of the panel.

After solving Eq. (2), the steady aerodynamic lift per panel is com-
puted as

Fy=pV, T, 3
and the corresponding aerodynamic moment about the reference axis as
M, =rxF, (€3]

where p is the air density, V, the magnitude of the free-stream velocity,
and r the position vector from the reference axis to the aerodynamic
force application point.

2.3. Control surface modelling

MLA is achieved by deflecting the wing’s control surfaces, thereby
modifying the aerodynamic loads acting on the wing. To account for
these effects, the aerodynamic solver of PROTEUS was extended to in-
clude control surface deflections in the symmetric aeroelastic solution.

Within the VLM formulation, control surface deflections can be rep-
resented either by explicitly deflecting the aerodynamic mesh - requiring
recomputation of the AIC matrix for each configuration - or by keeping
the aerodynamic mesh and AIC matrix fixed while implicitly incorpo-
rating the deflection through local modification of the panel normals,
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as illustrated in Fig. 2. In the present work, the latter, more computa-
tionally efficient approach is adopted.

The total panel normal vector, including control surface deflection
effects, is expressed as

ng’ILA =R; n,, 5)

where R; is the Rodrigues’ rotation matrix about the hinge axis associ-
ated with a control surface deflection angle 6. This formulation avoids
repeated computation of K and requires only the system in Eq. (2) to
be solved for each deflection case, resulting in a significant reduction in
computational cost.

2.4. Aeroelastic responses

This subsection presents the evaluation of the responses obtained
from the coupled aeroelastic model. The responses include the static
aeroelastic equilibrium, the roll control effectiveness under manoeuvre
conditions, and the principal-strain and buckling analyses.

2.4.1. Static aeroelastic response
The aerodynamic loads obtained from the VLM are initially ex-
pressed in the aerodynamic coordinate system and are transferred to
the structural domain through
) F
F_ =T,gR,F° =TyR, ] (6)

N st
aero aero
M,

where the rotation matrix R, transforms the aerodynamic loads Fg
from the aerodynamic frame to the body-fixed coordinate system
through the aircraft angle of attack, a. The transformation matrix T g
then maps the resulting loads onto the structural beam nodes.

As formulated by Werter [12], the static aeroelastic equilibrium is
governed by the balance of the internal structural forces and moments,

F,, and the externally applied loads, F,

ext>

F,-F,.=F,-F__-F,=0, @)

aero

where F;_  denotes the aerodynamic loads mapped to the structural
degrees of freedom, such as Eq. (6), and F, represents other external
forces and moments.

Linearising Eq. (7) around an equilibrium configuration u, yields
(Ka + K, —K,)Au =F (uy) — F_ (uy) — F,(up) = Ry, 8

where K, is the aerodynamic stiffness matrix, K, is the stiffness ma-
trix of the externally applied loads, K is the structural stiffness matrix,
and R, the residual force vector. The system in Eq. (8) is solved using
the Newton-Raphson root-finding method until the norm of the residual
force vector, Ry, falls below a prescribed convergence tolerance, result-
ing in the closely coupled static aeroelastic equilibrium solution.

2.4.2. Roll control effectiveness

Control effectiveness is evaluated to quantify the authority of the
control surfaces for the selected design Load Cases (LCs). For the anti-
symmetric analyses used here, a positive deflection 5 denotes a tip-down
rotation of the control surface on the reference half-wing, with an equal
and opposite deflection applied on the opposite wing. The roll control
effectiveness, 7.g, is defined as the negative ratio between the rolling
moment coefficient induced by a control surface deflection, C; , and
the rolling moment coefficient due to roll damping, Cr,

CLy  Prons
Neff = _C_Lp =SV ©)
where p, is the steady roll rate resulting from a control surface deflec-
tion 6, s is the wing semispan, and V_, is the free-stream velocity.

To compute p,);, an antisymmetric aeroelastic analysis is performed
around the steady symmetric aeroelastic solution. In this analysis, each
vortex ring element on one wing has a corresponding image element
with equal magnitude and opposite circulation on the opposite wing.
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Fig. 2. Schematic representation of the aerodynamic mesh with control surface deflection.

The flow tangency condition is augmented to account for the local ve-
locity induced by roll motion. This introduces the steady roll rate, p..y,
as an additional unknown, which is determined by appending the roll-
moment equilibrium condition to the system in Eq. (8).

2.4.3. Principal-strain and buckling analysis

To evaluate the principal-strain and buckling responses used as struc-
tural constraints, the cross-sectional modeller developed by Ferede and
Abdalla[19] is employed to convert the beam force resultants into
the corresponding shell strains within each cross-section. The required
cross-sectional forces, f,, are obtained directly from the local element
deformations resulting from the static or dynamic structural response,

Kyp, =1, (10)

where K, and p, denote the local element stiffness matrix and defor-
mation vector, respectively. Further details on the formulation of the
elemental stiffness matrix can be found in [21].

Within the cross-sectional modeller, the corresponding shell strains
are expressed as

e:Hff an

where H represents the transformation matrix that relates the force re-
sultants to the shell strain distribution. The derivation of this matrix is an
integral part of the cross-sectional analysis and is detailed in [19] (more
specifically, Eq. 40). From the resulting shell strain field, the maximum
and minimum principal strains together with the maximum shear strain
are extracted for each structural region and compared with the corre-
sponding strain allowables. These quantities constitute the strain-based
structural constraints used in the optimisation.

Buckling analysis is performed following the methodology devel-
oped by Dillinger [23], in which each panel between two ribs and two
stringers is analysed as a simply supported flat plate subjected to in-
plane loads obtained from the aeroelastic loads via the cross-sectional
modeller. In the present model, the rib spacing defines the spanwise
buckling panel length, while the stringer pitch defines the chordwise
panel width. The simply supported boundary condition holds under
the assumption that the stiffeners neither buckle nor separate from the
panel, and is intended as a conservative approximation since the actual
panel support is generally closer to an elastically restrained or partially
clamped condition. The inverse buckling factor is obtained by solving
the following eigenvalue problem,

(K, —rK)a =0, (12)

where K, is the geometric stiffness matrix, K is the panel stiffness ma-
trix, r is the inverse buckling factor and a is the mode shape. Further
details can be found in [23].

3. Control-surface sensitivity analysis and optimisation

This section presents the analytical formulation of sensitivities with
respect to control-surface deflections, their verification, and their appli-

cation within a gradient-based optimisation framework. The sensitivi-
ties of aeroelastic responses with respect to control surface deflections
are derived using the direct method, verified using the complex-step
method, and employed within algorithms based on the CCSA frame-
work.

3.1. Direct sensitivity formulation

In gradient-based optimisation, it is essential to compute the total
derivative d f /dx, where f is a function of interest and x is the vector
of the design variables. Such a function of interest is usually dependent
on both the design variables, x, and state variables w,

f=rxw). (13)

By differentiating Eq. (13) with respect to x, the total derivative
d f /dx is calculated via the chain rule,

af _of [ of dw

= R 14
dx 0x  ow dx as

where the partial derivatives df/dx and df/dw account only for the
explicit dependence of f on the design variables and state variables,
whereas the more expensive total derivative dw/dx captures the implicit
dependence of the state variables on the design variables and is com-
puted from the residual equations, R(x,w) = 0, by applying the chain
rule,

dR _JR | JRdw
— + —

—=—=—+—=—-—=0, 1
dx ox  ow dx (15)
and by rearranging,

oR dw JR

=2 - 1
ow dx ox (16)

Moreover, by solving this linear system n, times, once for each design
variable, one obtains the matrix dw/dx.

This approach is commonly referred to as the direct method for com-
puting derivatives. An alternative frequently employed in Computa-
tional Fluid Dynamics (CFD) is the adjoint method, in which the number
of linear systems to be solved scales with the number of functions of in-
terest, n, [24]. In realistic aeroelastic optimisation problems, however,
the number of failure constraints per LC is typically much larger than the
number of design variables, making the direct method computationally
preferable [12].

An independent numerical reference is nevertheless required to ver-
ify the correctness of the implemented analytical sensitivities. For this
purpose, the complex-step method is attractive because it provides
near-machine-precision derivative estimates without the subtractive-
cancellation errors associated with finite differences. However, it re-
quires complex-arithmetic support throughout the solver and one addi-
tional complex-valued analysis per design variable. Analytical deriva-
tives are therefore retained for the optimisation loop, while complex-
step results are used only for verification.
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The generic direct-sensitivity relations in Eqgs. (14) and (16) are
now specialised to the present aeroelastic equilibrium problem. The
state variables are the structural deformations, u, and the residual is
defined from the static aeroelastic equilibrium in Eq. (7) as R(x,u) =

F,-F. , —F, =0 Substituting this residual definition into Eq. (16)
yields
0(FS —Flero — Fe) du ()(FS —Flero — Fe)
aa_ _ R a7)
Ju dx ox
With w = u, the total-derivative relation in Eq. (14) becomes
df df  df du
a5 _ 9 [ 9f du 18
dx ox + Ju dx as)

The derivative of the residual with respect to the state variables defines
the aeroelastic tangent stiffness matrix, K,

o(F, - F, —F,)

aero

K, = s 19
AE ou (19)
which is already implemented in PROTEUS.
Using this definition, Eq. (17) can be written as
du a(FS _Ffiero _FE)
K, 8=_—¢ ‘amo o 20
AE ax ox 20

In the present implementation, the additional design variables are the
control-surface deflections, 8. Since the internal structural forces and
the other external loads do not explicitly depend on 8, Eq. (20) further
simplifies to

[7) 4
e ol
where the sensitivity of aerodynamic forces with respect to control sur-

face deflections, JF} /98, is still unknown.

3.2. Computation of aerodynamic and structural sensitivities

With the direct sensitivity framework established, the required par-
tial derivatives must be evaluated for the aerodynamic and structural
components of the coupled system.

3.2.1. Aerodynamic sensitivities
From Eq. (3), the sensitivity of the aerodynamic load per aerody-
namic panel with respect to a control surface deflection 6 is given by,

oF or
=pVy —. 22
o 7% @2)
Differentiating the VLM system in Eq. (2) with respect to § gives
oar  JKy oB,
7 r= R 23
96 " 05 EY) @3)

where By = -V, -n)™* = -V - R;n,, according to Eq. (5). Since the
aerodynamic mesh remains fixed, 0Kst/dé is neglected, and the vortex-
strength sensitivity follows from

or _ By
G — = . 24
Los a6 24)
Using Eq. (5), the right-hand side becomes
B, OR;
=-V_——n,. 25
96 © 55 (25)

Once the Eq. (24) is solved, the sensitivity of the steady aerodynamic
load per panel with respect to control surface deflection, dF, /05 can be
computed from Eq. (22). A similar method is applied to the calculation of
the derivative of the steady aerodynamic moment around the reference
axis, 0M /05. Finally, the derivatives of the aerodynamic loads in the
structural domain are obtained as,

JF
aF;ero
o5 = TasRel of, | (26)
26
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By utilising Eq. (26), it is now possible to solve the linear system of
equations Eq. (21) to obtain du/d$.

Eq. (18) can now be utilised to calculate the derivatives of any func-
tion of interest with respect to control surface deflections,
df _9f  9f du

dé ~ 908  oudd’ @7

3.2.2. Principal-strain and buckling sensitivities

The sensitivities of structural responses, such as strain and buckling,
are obtained using Eq. (27), where the aerodynamic sensitivities provide
the right-hand side of Eq. (21).

Strain sensitivities. By utilising Eq. (27), and noting that € does not ex-
plicitly depend on § and that the matrix H is constant,

de _ de du of, du

— ==_=H--X=—. 28

dé oudé ou dé (28)
where the sensitivity of elemental forces with respect to elemental defor-
mations, of, /du, is already implemented in PROTEUS by De Breuker [21]

and du/dé is obtained by solving Eq. (21).

Buckling sensitivities. In a similar way, the total derivative of the inverse
buckling factor, r, with respect to the control surface deflection, §, can

be obtained, noting that r does not explicitly depend on 4,

dr _dr ordu _ Ordu

=y = 2
dé 06 * ouds ouds’ (29)

by applying the chain rule, dr/du is computed as,

or _ or oNde _ or 0(Ae) O(HI,)

odu ON de (a);l ON oOe Ju (30)
Jar _ or ¢

a0~ NG

where N = Ae is the vector of force resultants and A is the membrane
stiffness of the analysed panel. The expression of the derivative of the
inverse buckling factor with respect to the force resultants can be found
in [23]. Then, the total derivative can be obtained as,

dr or of, du
dr _ or a\gZedu 31
dé ON ou dé B
3.3. Verification of sensitivities

This subsection presents the verification of the sensitivities com-
puted using the direct method by comparison with the complex-step
method [25]. The complex-step method provides an accurate approxi-
mation of derivatives by perturbing a real function with a small imagi-
nary step and taking the imaginary part, avoiding subtractive cancella-
tion errors inherent to finite-difference approximations. The derivative
is computed as

of _ Im[f(x+ih)]

ox h ’
where 4 is a very small imaginary step size; in the present verification,
h = 107" was used. Comparison against the complex-step method veri-
fies the correctness of the direct sensitivity implementation and supports
the use of these analytical sensitivities in the subsequent analyses and
optimisation.

(32)

3.3.1. Single-point verification on a rectangular wing

A simple rectangular wing equipped with two control surfaces, as
introduced in Fig. 3, was analysed to verify the implementation of the
direct sensitivity method at a single design point. The LC details are
given in Table 1. It is important to note that this configuration serves
solely for verification purposes; therefore, it does not represent a fully
realistic load case scenario but provides a sufficient basis to verify the
accuracy of the developed analytical sensitivities.

First, a component-level verification was performed for the compu-
tation of dF /d5. The resulting relative error of the panel aerodynamic
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Fig. 3. Geometry of the simple rectangular wing showing planform, structural
layout and movable surface arrangement.

Table 1
Load case considered in the verification study.

LC EAS (m/s) M Altitude (m) n

z

1 100 0.3 100 1.0

%]
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(a) Aerodynamic sensitivity errors: inboard and outboard control-surface deflec-
tions.
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(b) Structural sensitivity errors: strain and buckling responses.

Fig. 4. Verification of analytical sensitivities against the complex-step method,
presented on the wing level: (a) component-level aerodynamic sensitivities; (b)
structural response sensitivities.

forces sensitivity is shown in Fig. 4a, where the upper plot corresponds
to the sensitivities with respect to the inboard control surface and the
lower plot to the outboard control surface. The maximum error remains
below 10-!0, indicating excellent agreement between the two methods
and confirming the correctness of the analytical implementation.

Subsequently, the relative error between the two methods was eval-
uated for the derivatives of key structural response quantities: the maxi-
mum and minimum principal strains (e, ¢M"), the maximum shear
strain y™*, and the inverse buckling factor r. The error distribution
is shown in Fig. 4b for the inboard control surface only, as the cor-
responding results for the other control surfaces exhibit the same be-
haviour and are omitted for brevity. The maximum error remains below
1077, demonstrating excellent agreement between the two methods for
all structural response quantities and further confirming the accuracy of
the direct sensitivity implementation.
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Fig. 5. Structural mass contours obtained from prescribed inboard and out-
board control surface deflections within +20°, with optimisation trajectories
from runs in which both deflections are design variables. The plot axes are ex-
tended to +30° for visual context.

3.3.2. Sensitivity verification across the design space using latin hypercube
sampling

To evaluate the robustness of the computed sensitivities across the
design space, two complementary studies were performed using the
same rectangular wing configuration. First, the inboard and outboard
control surface deflections were prescribed inputs rather than optimisa-
tion variables, thereby defining a two-dimensional design space. Each
deflection was varied in ten uniform increments between —20° and 20°,
resulting in a total of 100 combinations. For each prescribed deflection
pair, a structural optimisation was carried out to minimise the structural
mass subject to strain and buckling constraints, while optimising only
the structural design variables. The resulting structural-mass values de-
fine the contour map shown in Fig. 5. The axes of this plot are extended
to +30° only for visual context; no prescribed cases were analysed out-
side the +20° range.

Second, the control surface deflections were also included as design
variables in additional optimisation runs, again with bounds of +20°. To
ensure a broad exploration of the admissible region, the initial design
points were generated using Latin Hypercube Sampling (LHS). The cor-
responding convergence histories are overlaid in Fig. 5. Both the direct
and complex-step sensitivity methods produced nearly identical conver-
gence paths, confirming the accuracy and consistency of the computed
sensitivities throughout the admissible design space. Furthermore, both
approaches converged to the same region, corresponding to the global
minimum identified from the prescribed-deflection contour map.

The contour distribution in Fig. 5 also highlights several aeroelastic
trends. The diagonally oriented contour lines indicate coupling between
the inboard and outboard control surfaces, meaning that their influence
on structural mass is not independent. All optimisation trajectories con-
verge toward the same minimum region, corresponding to a configu-
ration with the inboard control surface deflected downward (positive
deflection) and the outboard control surface deflected upward (nega-
tive deflection). This configuration effectively redistributes the aerody-
namic loads toward the wing root, thereby reducing bending moments
and overall structural mass.

3.4. MMA and GCMMA optimisation algorithms

Due to the highly constrained design space of the problems pre-
sented in this study, the CCSA framework proposed by Svanberg[18]
was utilised, as it is well-suited to handle heavily constrained design
problems, such as aeroelastic optimisation. Within this framework, the
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nonlinear optimisation problem is replaced at each iteration by a con-
vex, separable subproblem constructed from local first-order approxi-
mations of the objective and constraints. Two implementations of this
approach are employed: the Method of Moving Asymptotes (MMA) and
its globally convergent variant, the Globally Convergent Method of Mov-
ing Asymptotes (GCMMA).

The MMA [26] constructs convex, separable approximations using
moving asymptotes that adaptively control the curvature of each vari-
able’s local model. While efficient and fast-converging for well-behaved
problems, MMA lacks an explicit damping mechanism, which can lead to
non-conservative updates in highly nonlinear regions. The GCMMA [18]
extends this framework by introducing adaptive damping factors, p;,
that ensure conservative approximations and monotonic convergence.

The damping factor plays a central role in balancing convergence
robustness and efficiency [27]. High damping values promote conserva-
tiveness and guarantee feasibility but can overly restrict design updates,
leading to slow convergence or premature stagnation of the optimisa-
tion process. Conversely, low damping values enable faster convergence
but may compromise stability when constraint gradients are inaccurate.
In the present study, both GCMMA and MMA were employed to miti-
gate the influence of the damping factor, depending on the optimisa-
tion behaviour. The development of a more sophisticated initialisation
and update strategy for the damping parameters, as proposed by IJssel-
muiden [27], will be considered in future work.

4. Analysis and results

This section presents the application of the developed modelling and
optimisation framework to the structural design of a representative mid-
range transport aircraft wing. Following a brief description of the ref-
erence model and its parameterisation, two optimisation studies are
conducted to explore different control-effectiveness objectives. One is
constrained to maintain conventional control authority, while the other
allows operation beyond the control-reversal regime of the outboard
control surface. The results are then analysed to assess the influence of
control surface reversal on active MLA and passive MLA through com-
posite tailoring. Finally, a detailed aeroelastic analysis of the reversal-
enabled configuration is performed to clarify the wing-level aeroelastic
mechanisms governing control surface reversal.

4.1. Model set-up

The reference configuration is the SE2A Mid-Range aircraft [28],
representative of a 150-passenger single-aisle transport comparable to
the Airbus A320. The aircraft aims to balance operating costs and CO,-
equivalent emissions, including contrail effects, resulting in a cruise al-
titude of 7,650 m at a cruise speed of Mach 0.71. It features over-wing
engines, an increased aspect ratio, and a moderately swept wing. The
main geometric and performance parameters are listed in Table 2.

Fig. 6a illustrates the planform geometry, structural layout, movable
surface configuration, and non-structural mass distribution. The wing is
discretised into five spanwise design sections of equal length, each di-
vided into four regions: upper and lower skins, and front and rear spars'
Each laminate is defined by eight LPs (four for the in-plane A matrix and
four for the bending D matrix), as well as its total thickness 7. For clar-
ity, Fig. 6b illustrates the structural design discretisation used through-
out the paper, including the 20 component-wise design regions for skins
and spars. The unidirectional CFRP material properties are listed in Ta-
ble 5.

Three control surfaces are present on each half-wing, as shown in
Fig. 6a. These are denoted as the inboard control surface (CS 1), the
midboard control surface (CS 2), and the outboard control surface (CS

! This structural convention and ordering are used consistently across all fig-
ures showing thickness, stiffness, and constraint distributions.
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Table 2
Main geometric, mass, and performance parameters of the SE?A
MR configuration, as introduced by Karpuk et al. [28].

Parameter Symbol  Value Unit
Wing reference area Aot 155.5 m?
Wingspan b 43.4 m
Mean aerodynamic chord CMAC 4.1 m
Aspect ratio AR 12.11 -
Taper ratio A 0.26 -
Sweep angle (mid-chord) A 12° -
Maximum take-off mass MTOM 65334 kg
Maximum zero-fuel mass MZFM 54964 kg
Operating empty mass OEM 35313 kg
Design cruise Mach number M, 0.71 -
Maximum operating Mach number M0 0.76 -
Maximum operating EAS Upo 176.5 m/s
Design cruise altitude H, 7 650 m
Ceiling altitude Hiox 11200 m
Planform
= = =Front Spar
Rear Spar
- B CS 1
£ [ CS 2
o I CS 3
«  Ribs
64 + Engine
+ # Pylon
* T T T MLG
0 5 10 15 20 i-th Lam. Region
Y [m]

(@) Reference configuration of the SE2A MR aircraft showing planform and struc-
tural layout, movable surface arrangement, non-structural mass distribution, and
laminate regions.

5

(b) Structural design-region discretisation into the 20 regions used for stiffness
and thickness optimisation.

Fig. 6. SE2A MR aircraft: (a) geometry, structural layout and movable surfaces;
(b) structural design-region discretisation used for stiffness and thickness opti-
misation.

3). Control surface scheduling is incorporated through deflection vari-
ables 6; ;, which represent the deflection of surface i under LC j and
form part of the global design vector, in addition to the laminate design
variables. The geometric specifications of the three control surfaces are
provided in Table 3.

The critical LCs considered in this study are summarised in Table 4,
selected based on a comprehensive load analysis across the flight enve-
lope. Both the Maximum Take-Off Mass (MTOM) and Maximum Zero-
Fuel Mass (MZFM) conditions are included to capture the influence of
fuel inertia relief effects.

The wing box layout used to define the local buckling panels is
shown in Fig. 7. The half wing box contains 30 rib stations, forming
29 rib bays with a uniform rib spacing of 0.742 m. This spacing is used
as the spanwise buckling panel length. The stringers define the chord-
wise panel width and are not assigned a constant absolute pitch along
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Fig. 7. Schematic of the wing box layout used to define rib bays and represen-
tative stringer pitch for the local buckling analysis.

Table 3

Control surface specifications for the SE2A MR configura-

tion.
Control Surface Span (m) Chord (%) Deflection
Inboard (CS 1) 2.16-4.75 80 +20°
Midboard (CS 2) 6.70-14.70 80 +20°
Outboard (CS 3) 17.65-20.60 80 +20°

Table 4
Load cases considered in the present study.

LC EAS (m/s) M Altitude (m) Mass case n

1 146 0.71 7650 MTOM 1.0

2 180 0.53 0 MTOM 2.5

3 121 0.35 0 MTOM -1.0

4 176 0.76 6010 MZFM 2.5

5 125 0.54 6010 MTOM -1.0
Table 5

Mechanical properties of the unidirectional CFRP ply.

Property  E, Ey, Gy Viz 4 Toly
(Unit) (GPa) (GPa) (GPa) - (kg/m?) (mm)
Value 170 9.9 5.1 0.35 1452 0.15

the span. Instead, their layout scales with the local wing box width, so
the stringers converge with the tapered wing box. In the representative
sections shown in Fig. 7, seven stringer lines are used and the local pitch
decreases from approximately 0.323 m inboard to 0.143 m outboard, cor-
responding to approximately 12 % of the local wing box width.

These manoeuvre load cases capture the critical flight conditions for
the present structural-sizing study. Prior work by Binder et al. [10] in-
dicates that, when gust load alleviation is available and effective, ma-
noeuvre loads typically remain the dominant sizing cases even when
active and passive MLA are combined. The present study therefore re-
stricts the optimisation to manoeuvre load cases under that assumption.
Gust loads would still need to be assessed across the flight envelope for
a comprehensive design evaluation.

The following subsection applies this configuration within the aeroe-
lastic optimisation framework to examine how exploiting control surface
reversal can contribute to structural mass reduction through load alle-
viation.

4.2. Aeroelastic optimisation studies

The aeroelastic optimisation problems were formulated to minimise
the structural mass of the SE>A MR wing while satisfying the constraints
listed in Table 7.

Although a combined aerostructural metric, such as the Breguet
equation Eq. (1), would ultimately provide a more complete measure
of aircraft-level efficiency, the use of an inviscid VLM model does not
permit accurate prediction of drag. For this reason, structural mass
is adopted as the optimisation objective. By enforcing preservation of
the cruise-twist distribution, the aerodynamic performance of the base-
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line configuration is retained, allowing reductions in structural mass to
be interpreted as meaningful indicators of improved efficiency within
the fidelity limits of the present model. Incorporating a higher-fidelity
drag model to enable full aerostructural optimisation is left for future
work.

The cruise shape constraint introduces coupling between the jig
shape (unloaded wing geometry) and wing stiffness: fixing both would
eliminate the optimiser’s freedom to exploit composite tailoring for pas-
sive MLA. Therefore, the jig-twist distribution, defined by elemental
twist angles ¢, at each beam node, is included as a design variable,
allowing the optimiser to adjust the unloaded geometry to satisfy the
cruise shape while simultaneously tailoring the composite layup to min-
imise structural mass. The complete set of design variables thus com-
prises the LPs, ply thicknesses, jig-twist distribution, and control surface
deflections for each LC. The optimisation constraints, grouped by engi-
neering domain (structural, aerodynamic, and manufacturing), are sum-
marised in Table 7 and cover material allowables, buckling, aeroelas-
tic stability, local angle of attack limits, outboard control effectiveness,
lamination feasibility, and blending constraints. Following the aeroelas-
tic stability formulation used by Werter [12], the stability constraint is
imposed by requiring the real parts of the eigenvalues of the coupled
aeroelastic state matrix to remain negative for the analysed conditions.
This provides a linear dynamic stability constraint within the present
optimisation framework, but does not replace a dedicated flutter mar-
gin assessment over an extended flight envelope.

With the current implementation of PROTEUS, only steady roll ma-
noeuvres can be computed. According to Holleman [29], a steady-state
roll rate between 15°s~! to 20°s~! is required to achieve acceptable
and satisfactory pilot ratings. Using the definition in Eq. (9), po =
Ner6V /5, and the maximum outboard control-surface deflection of 20°,
the threshold [5.s;| = 0.15 corresponds to a steady roll rate of about
17°s! at the lowest analysed speed, while larger roll rates are obtained
at the remaining load cases. The bound || > 0.15 is therefore adopted
here as a practical steady-roll authority requirement for the outboard
control surface, which is also the surface most susceptible to reversal.
Two optimisation cases were investigated to assess the influence of con-
trol surface reversal on structural efficiency:

— Case A (conventional control effectiveness), in which outboard con-
trol effectiveness is constrained to remain positive (y,¢; > 0.15), and

— Case B (reversal-enabled), in which the constraint is inverted (1.4 <
—0.15) to allow operation of the outboard control surface within the
post-reversal regime while retaining sufficient steady-roll control ef-
fectiveness

During the optimisation studies, the GCMMA algorithm proved
overly conservative when applied from the initial design due to the
influence of the damping factors. Following the discussion in Sec-
tion 3.4, the standard MMA was therefore employed during the ini-
tial iterations, while the design moved away from the initial point,
before gradually transitioning to GCMMA. This adaptive strategy re-
quired more outer iterations but reduced the cost associated with re-
peated inner damping updates, yielding comparable overall computa-
tional expense. In the GCMMA phase, each candidate design was anal-
ysed again and the conservativeness of the local approximation was
checked before accepting the design update. If the approximation was
non-conservative, the damping parameters were updated and the sub-
problem was resolved. The main optimiser settings are summarised in
Table 6.

The optimisation histories stored the normalised objective, con-
straint values, gradients, number of violated constraints, and number
of inner iterations. The reported designs correspond to feasible, con-
verged points from the respective optimisation histories. The complex-
step calculations reported in Section 3.3 were used only for sensi-
tivity verification and were not part of the production optimisation
runs.
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Table 6
Optimiser settings used in the production optimi-
sation runs.

Setting Value
Minimum relaxation parameter, €, 1078
Maximum number of outer iterations 100
Linear objective coefficient, 4, 1
Constraint linear coefficients, q; 0
Constraint penalty coefficients, c; 1000
Constraint regularisation coefficients, d; 1
Initial damping parameters, p,, p i 0.01
Minimum damping parameters, pq, p; . 10-¢
Load Case 2 Load Case 3 Load Case 4

-20 -20 -20
-10 I -10 -10
0l o M | B . [l

E
o
? ml=
g . . . EEmCS 2
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Fig. 8. Optimised control surface scheduling patterns for Case A (conventional
control effectiveness). Positive deflection denotes tip-down rotation of the con-
trol surface.

4.2.1. Conventional control effectiveness design (Case A)

The optimal control surface scheduling for Case A is shown in Fig. 8,
where a positive deflection denotes a downwards rotation of the control
surface. For clarity, only LCs 2, 3, and 4 are presented. The control-
surface schedules discussed here and in the following subsection are ob-
tained directly from the simultaneous aeroelastic optimisation, with the
deflections included as design variables in each load-case equilibrium
rather than obtained through a sequential trim procedure. References
to lift balance therefore describe the physical role of the optimal allo-
cation, not an additional trimming step. In this conventional case, one
would expect the positive-g manoeuvres to use the inboard control sur-
face to add lift, while the outboard control surface unloads the wing tip
to reduce the root bending moment; the sign of this pattern should then
reverse in the negative-g case. In LCs 2 and 4 (2.5 g pull-up), additional
lift is generated by deflecting the inboard control surface downwards to
20° to satisfy the required manoeuvre lift, while the outboard control
surface is deflected upwards to —20° for the LC 2 and around —12° for
the LC 4 to reduce the local lift near the tip, thereby decreasing the root
bending moment. The midboard control surface adopts a small deflec-
tion at around —2° for the LC 2 and —6° for LC 4 to compensate the
lift redistribution associated with tip unloading, as the inboard control
surface is already set to its maximum downward deflection. This mixed-
sign schedule reflects the need to unload the tip while preserving the
total load required by the load case; a uniform tip-up deflection of all
surfaces would reduce lift over the full span and would therefore re-
quire compensation elsewhere in the allocation rather than producing
the targeted redistribution achieved here. For LC 3 (-1 g push-over),
the deflection pattern reverses as expected; the inboard control surface
deflects fully upward, the outboard control surface fully downward,
and the midboard control surface stays moderately upward at about
3°.

Fig. 9 presents the optimised structural design variables for Case A,
showing the distribution of laminate thickness and corresponding nor-
malised in-plane and out-of-plane stiffness. The polar plots of stiffness
were generated following the formulation of Dillinger [23].

Both upper and lower skins exhibit similar spanwise trends in thick-
ness and stiffness. The thickness decreases progressively from root to
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Fig. 9. Thickness and stiffness distribution of the optimised wing skins and spars
for Case A.

tip, reflecting bending-moment-driven sizing. The inboard region is con-
siderably thicker to sustain the dominant bending loads, whereas the
progressive thinning toward the tip indicates effective MLA that shifts
loads inboard. The upper skin is thicker than the lower at the root due to
compression under positive 2.5 g manoeuvres, consistent with the later
observation that the upper-skin sizing is primarily governed by LC 2. At
the same time, the front spar is about 1 mm thicker than the rear spar
in the inboard part of the wing, while for the rest of the wing, the spars
have the same thickness to keep the shear centre near the mid-chord
and prevent loss of control effectiveness due to excessive washout de-
formation.

The in-plane stiffness distribution is anisotropic, with principal stiff-
ness directions oriented diagonally rearward relative to the wing ref-
erence axis. This orientation promotes wash-in deformation (nose-up
twist under upward bending), which enhances roll control effectiveness.
The out-of-plane stiffness exhibits strong bi-axial tailoring, evidenced by
star-shaped bending-stiffness polar plots typical of laminates with signif-
icant Dy (bending-shear coupling). This coupling increases resistance
to twisting curvature (k,,) and suppresses shear-dominated and diago-
nal buckling modes, thereby improving local flat-plate buckling perfor-
mance under combined compressive and shear loading representative
of wing skins.

In summary, the conventional configuration combines wash-in tai-
loring and differential control surface deflections throughout the span
to balance passive MLA through composite tailoring with positive roll
control authority.

4.2.2. Reversal-enabled design (Case B)

The optimal control-surface scheduling for Case B is shown in Fig. 10.
The inboard control surface behaves similarly to Case A across all LCs,
providing additional lift as part of the same allocation that balances the
total load. The midboard control surface follows the same qualitative
pattern in the 2.5 g manoeuvres (LC 2 and LC 4), but with larger upward
deflections of approximately —10°. In contrast, for the —1 g manoeuvre
(LC 3), the midboard control surface switches to a downward deflection
of approximately 7°.

The most significant change occurs for the outboard control surface.
In LC 2, it deflects downward by approximately 9°. Before reversal on-
set, this would increase outboard lift; however, since the control surface
operates within the post-reversal regime, the downward deflection in-
stead reduces the local aerodynamic load, demonstrating the intentional
use of the reversed-control effect. Interestingly, the optimiser does not
select symmetric reversal behaviour for all manoeuvres. This indicates
that operating in the post-reversal regime does not by itself determine
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Table 7
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Constraint sets applied in the structural mass-minimisation problem. Columns “Limit / Case A” and “Limit / Case B” correspond to the
conventional and reversal-enabled cases, respectively. Binary entries use 0/1 (inactive/active).

Set  Constraint type Formulation Limit / A Limit / B Description
1 Laminate thickness nin <1 Slnax 1-50 mm 1-50 mm Min/max ply thickness per panel.
2 Control surfaces deflections Simin <) <Oax —20°/20° —20°/20° Min/max deflections per control surface and load case.
3 Laminate feasibility Binary 1 1 Laminate-parameter feasibility region [30].
4 Strain failure € <€hax 1 1 Strain allowables per element and load case.
5 Aeroelastic stability R(4,)<0 1 1 Positive damping of coupled aeroelastic modes.
6 Buckling re <1.0 1 1 Upper bound on local panel buckling factor.
7 Cruise twist Binary 1 1 Enforce target cruise twist.
8 Local angle of attack :1;“‘“ < <™ 1 1 Keep local AoA within linear aerodynamic regime.
9 Blending / continuity Binary 1 1 Manufacturing continuity between adjacent panels [31].
10 Outboard control effectiveness Heff > 0.15 < -0.15 Conventional minimum (A) vs reversal-enabled bound (B) [23].
Load Case 2 Load Case 3 Load Case 4 In-Plane Out-of-Plane
) ) [mm]
X 10
Upper Skin X M
10 -10 -10
& 49
o I S 1
20 . g () . e () . . . [mCS 2 18
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) 10 10
Lower Skin X 16
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Fig. 10. Optimised control surface scheduling for Case B (reversal-enabled de- 3
sign).
2
the preferred deflection direction: the optimal sign remains load-case 1
dependent because the structural benefit is governed by the resulting 0

spanwise load redistribution and load-case balance, rather than by re-
versal alone. In LC 3, only a moderate downward deflection is applied,
while in LC 4 a small upward deflection is used. These patterns will be
discussed further in Section 4.5.

Fig. 11 shows the optimised structural design variables for Case B.
The upper and lower skins display markedly different spanwise patterns.
The upper skin thickness decreases sharply between design Sections 2
and 3, reaching the minimum allowed 1 mm, indicating effective load al-
leviation during high-g manoeuvres. The inboard regions remain thicker
to sustain the increased bending loads transferred toward the root. The
lower skin thickness decreases more gradually, with moderate variation
along the span. The front spar is significantly thicker than the rear, shift-
ing the shear centre forward and promoting washout deformation. The
upper-skin laminates exhibit highly anisotropic in-plane stiffness tai-
lored to promote the washout coupling that enables the reversal-based
scheduling of the outboard control surface; the associated passive MLA
through composite tailoring is therefore aligned with, rather than sepa-
rate from, the control-reversal mechanism. The lower skin shows milder
tailoring, with out-of-plane stiffness again driven by buckling perfor-
mance.

In summary, Case B achieves structural efficiency through enhanced
washout coupling and load redistribution produced jointly by the tai-
lored structure and the reversal-enabled control-surface schedule.

4.2.3. Design comparison

Table 8 compares the total structural masses. The reversal-enabled
configuration, Case B, achieves a 13.3 % reduction (180kg) relative to
Case A, showing that intentional use of the post-reversal regime can
yield a lighter yet constraint-compliant structure.

To place the structural differences in aerodynamic context, Fig. 12
compares the spanwise lift distributions, /(y), of Cases A and B for the op-
timised manoeuvre cases. Here, /(y) denotes the total lift per unit span.
In LCs 2 and 4, both designs retain the expected bell-shaped positive-g
loading, but Case B carries more load inboard and less load over most of

10

Fig. 11. Thickness and stiffness distribution of the optimised wing skins and
spars for Case B.

Table 8
Total structural mass comparison between the conven-
tional (Case A) and reversal-enabled (Case B) designs.

Case Structural mass [kg] Am [kg] Change [%]
A 1348 - -
B 1168 180 -133
—LC2 ——LC3 LC4 Case A = — —Case B
x10*
10 /—-GS.L\ CS 2 CS 3

Fig. 12. Comparison of the spanwise lift distributions, /(y), of Cases A and B
at the optimised aeroelastic equilibrium for LCs 2-4. Solid lines denote Case A
and dashed lines denote Case B. Coloured shaded strips indicate the spanwise
extents of the control surfaces.

the mid- and outboard wing. This redistribution reduces the outboard
contribution to bending moment and is consistent with the thinner out-
board skins and spars discussed below. In LC 3, the difference is smaller
and changes sign locally along the span, which is consistent with the
more mixed structural changes observed under the negative-g case.
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Fig. 13. Percentage difference in laminate thickness between Case B and Case A.
Table 9

Reduced frequency, k., of the critical coupled
aeroelastic mode for the final designs.

Design IC1 LC2 LC3 LC4 LCS
Case A 1.08 0.88 0.49 0.00 0.47
Case B 0.34 0.19 0.41 0.21 0.40

Fig. 13 presents the percentage variation in laminate thickness be-
tween Case A and B. The reversal-enabled design exhibits thickness re-
ductions of up to 60 % in several outboard areas, particularly along the
upper skin, consistent with the reduced outer-wing loading in LCs 2
and 4. Both spars experience reductions of 30 %-60 %; however, a no-
ticeable thickening of approximately 30 % in the midboard lower skin is
consistent with the smaller and locally mixed redistribution observed in
the negative-g case.

The aeroelastic stability constraint was also inspected in terms of the
reduced frequency of the critical coupled mode for the final designs. The
critical mode is defined here as the eigenmode with the largest real part,
and its reduced frequency is evaluated as

‘S('lcrit ) ‘CMAC
crit = T

0

k (33)
Here, k;; = 0 corresponds to a real, non-oscillatory critical eigenvalue.
Werter [12] compared the underlying dynamic aerodynamic formula-
tion with Possio-equation reference solutions for oscillatory subsonic
compressible flow, reporting good amplitude agreement up to approx-
imately k£ = 1 and phase errors below about 10° at M = 0.8 and k = 1.
The representative values in Table 9 show that the critical modes of the
reversal-enabled design remain in the low-to-moderate range. The lower
values obtained for Case B are consistent with its more flexible tailored
structure, which lowers the frequencies of the governing coupled modes.
These values support the interpretation of the imposed eigenvalue con-
straint as a design-level local dynamic stability check, but they do not
replace a dedicated flutter margin assessment over the flight envelope.

The structural sizing consequences of the two optimisation strategies
are examined next through the critical constraint type and governing
LCs of each laminate.

4.2.4. Critical constraints and governing failure modes

Fig. 14 presents the most critical constraint and the governing LCs
for each structural panel in both optimisation cases.

In Case A, buckling constraints dominate most of the inboard up-
per and lower skin panels, while shear strain constraints appear only
locally near the tip. Relative to Case B, Case A retains a larger share of
manoeuvre loading over the mid- and outboard wing, so those panels
continue to make a stronger contribution to bending moment and buck-
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Fig. 14. Constraint criticality per panel, showing the most critical constraint
type (left) and governing load case (right) for both Case A and Case B.

ling remains the primary driver of laminate thickness there. In Case B,
the pattern changes substantially. Buckling remains dominant over most
of the upper skin, the inboard portion of the lower skin, and large parts
of both spars. Compressive strain constraints appear only locally, in the
innermost upper-skin panel and in one outboard panel of the front spar,
while shear strain constraints govern the outboard lower skin and ap-
pear locally in both spars. This redistribution indicates that the optimiser
successfully shifts aerodynamic loading inboard, relieving the outboard
panels and enabling a thinner, more buckling-tolerant design.

The governing LCs shown in Fig. 14a and 14b further highlight this
redistribution of structural design drivers across the wing. In Case A, the
upper skin is primarily sized by LC 2 (2.5 g pull-up), whereas the lower
skin is predominantly governed by LC 3 (-1 g push-over). Only a few
panels, one on the upper skin and the outboard rear spar, are sized by
the cruise condition (LC 1). Case B exhibits a more distributed pattern of
governing drivers. LC 5 (-1 g manoeuvre) dominates large portions of
the lower skin and several spar panels, while LC 1 governs the outboard
upper skin due to the substantial outboard load reduction produced by
reversal-based scheduling. The inboard upper skin remains governed by
LC 2, reflecting the shift of aerodynamic loads toward the root.

Overall, these maps show that reversal-enabled optimisation leads to
a broader and more balanced distribution of structural design drivers,
rather than a design dominated solely by the highest-g manoeuvres. The
underlying aeroelastic mechanisms responsible for this redistribution
are examined in the following subsection.

4.3. Aeroelastic coupling and roll-control performance

This subsection interprets how the structural differences between
Cases A and B translate into aeroelastic behaviour. It first examines the
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positions of the elastic and flexural axes to explain the coupling mech-
anisms underlying the observed roll-control effectiveness, and then as-
sesses the resulting operational implications through a roll-rate alloca-
tion analysis, including a representative single-surface loss-of-function
case.

4.3.1. Flexural-axis shift and roll-control effectiveness

To interpret the observed aeroelastic behaviour, the concept of the
local flexural axis is introduced. The local flexural axis defines the chord-
wise position at which an applied vertical load produces zero twist of
the corresponding wing section. Here, it is computed using the flexibil-
ity matrix-based method proposed by Stodieck et al. [32]. The flexibility
matrix is obtained by applying unit loads separately at the leading and
trailing edges of each wing section and computing the resulting verti-
cal and torsional deflections from the structural model. The flexibility
relationship is expressed as

r| _ [/ flz] [Rl] 34
[’2] Il [Ref ©9

fa
where r; and r, are the vertical and torsional deflections, R; and R, are
the applied unit loads at the leading and trailing edges, and f;; are the
flexibility coefficients. The chordwise position of the local flexural axis,
Xpa, €xpressed as a fraction of the local chord ¢, is given by

Jii—rn

XFA

¢ Sfu-Sotfa-fa’ ©>
which corresponds to the point where equal vertical deflection oc-
curs at both loading points, i.e., where no twist is induced. Values of
Xpa/c < 0.25 indicate that the zero-twist loading point lies forward of
the quarter-chord and therefore favour washout coupling, while larger
values indicate weaker washout or wash-in behaviour.

The elastic axis is introduced in parallel as the locus of shear centres
along the span, i.e., the chordwise location at which a transverse shear
load produces no twist of the section. In the present study, the shear-
centre offset of each wing section relative to the beam reference line is
extracted from the equivalent Timoshenko sectional stiffness matrices
returned by the cross-sectional modeller and then expressed relative to
the local chord to obtain the elastic-axis distribution.

Fig. 15 compares the resulting flexural-axis and elastic-axis distribu-
tions for Cases A and B. In Case A, the elastic axis remains close to the
beam reference line and generally aft of the quarter-chord, consistent
with a conventional design. This follows from the relatively balanced
front- and rear-spar layout of Case A, which was retained specifically to
keep the shear centre near the mid-chord and avoid excessive washout.
In Case B, however, the elastic axis exhibits a more complex pattern:
near the root, it lies close to the quarter-chord, then shifts abruptly
forward, locally extending ahead of the leading edge, before moving
aft again near the 13 m span station. This behaviour is driven by the
reversal-enabled structural tailoring: the locally thicker front spar and
strongly anisotropic skin stiffness move the shear centre markedly for-
ward over the inner-midspan region, while farther outboard the section
becomes thinner and more balanced again, causing the elastic axis to
return aft.

The flexural-axis distributions are smoother than the elastic-axis dis-
tributions and should therefore be interpreted separately. In both de-
signs, the flexural axis lies aft of the quarter-chord over the inboard
wing, but in Case B it is generally more forward than in Case A, in-
dicating a stronger tendency towards washout under vertical loading.
The key difference, however, lies in the relative placement of the two
axes. Around the inner-midspan region of Case B, the elastic axis shifts
sharply forward while the flexural axis varies much more gradually, cre-
ating a substantially larger separation between them than in Case A.
This larger offset between the elastic and flexural axes is consistent
with the stronger bend-twist coupling observed in Case B and helps ex-
plain why washout coupling, control surface reversal, and passive MLA
through composite tailoring are all enhanced there. In Case A, by con-
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Fig. 15. Elastic (EA) and flexural (FA) axes of the optimised structures for
Case A and Case B.
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Fig. 16. Roll control effectiveness (left) and steady roll-rate (right) produced
by a positive 1° control-surface deflection for both Case A and Case B.

trast, the two axes remain closer and vary more smoothly, so the cou-
pling is weaker and the design retains more conventional roll-control
behaviour.

Fig. 16 compares the roll control effectiveness and steady roll-rate
response to a positive 1° control-surface deflection for each control sur-
face and optimisation case. In Case A, the effectiveness remains positive
for all the control surfaces up to 180 m/s, with the midboard control
surface providing the dominant roll authority at low speeds and the
outboard control surface dominating from 160 m/s onwards. The out-
board control surface exhibits nearly linear roll-rate growth with air-
speed, while flexibility reduces the midboard control surface’s effective-
ness and roll rate. In Case B, the outboard control surface shows negative
effectiveness beyond approximately 100 m/s, confirming post-reversal
operation, and produces a corresponding negative roll rate. The inboard
control surface gains roll authority at high speeds, consistent with the
stronger wing-level aeroelastic coupling and inboard lift redistribution
discussed later, while the midboard control surface shows higher roll-
rate response and delayed loss of control effectiveness. Since 7 com-
bines both the control-surface rolling moment derivative and the effec-
tive roll damping derivative, these trends are decomposed below before
drawing conclusions on the underlying mechanism.

To further interpret the roll control effectiveness trends, the two
terms entering Eq. (9) were evaluated separately at the LC 1 equiva-
lent airspeed, V,, = 146.9ms~!. The resulting derivatives are reported
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Table 10
Decomposition of roll control effectiveness at the LC 1 equivalent airspeed,
V., = 146.9ms™!, for a positive 1° control-surface deflection.

G Cpa Cr.s Cr,a Cr. |CL,,.B|/|CL,,,A I

1 -1.87x1072 —-1.05x1072 7.61x107! 9.21x1072 0.121
—-1.66x10"" —-3.43x1072 7.61x107! 9.21x1072 0.121

3 -1.10x10~" 8.43x1073 7.60x107! 9.21x1072 0.121

in Table 10. The decomposition shows that the higher roll control ef-
fectiveness of CS1 and CS2 in Case B is primarily caused by a reduction
in the magnitude of the effective aeroelastic roll damping derivative,
rather than by an increase in the control-surface rolling moment deriva-
tive. For CS2, for example, C; | is smaller in magnitude in Case B than in
Case A, while the magnitude of C I, is reduced to approximately 12% of
the Case A value. This reduction can be interpreted from the elastic-axis
shift shown in Fig. 15. In the inner-midspan region of Case B, the elastic
axis moves forward of the aerodynamic loading region associated with
roll damping, which acts close to the quarter-chord. For the roll direc-
tion considered, the resulting moment arm promotes elastic twist that
reduces the local angle-of-attack increment associated with the rolling
motion, thereby weakening the effective roll damping. The outboard
control surface behaves differently: in Case B, CS3 has the opposite C;
sign to CS1 and CS2, producing the negative roll effectiveness shown in
Fig. 16. The similar Cr, values obtained for the three control surfaces
indicate that this is mainly an aeroelastic roll damping effect of the com-
plete configuration, while the differences between the individual control
surfaces are governed by their respective C; _ values.

Together, these results demonstrate fundamental differences in how
the two designs achieve roll control. The forward shift of the elastic axis
and enhanced washout coupling in Case B not only enables operation
in the post-reversal regime, but also reduces the effective roll damping
and redistributes roll authority between the control surfaces. This dis-
tributed approach translates to different operational strategies, which
are examined in the following subsection.

4.3.2. Roll-rate allocation and loss-of-function robustness

To assess the practical implications of these control effectiveness
characteristics, an optimisation framework was developed to determine
the minimal control surface deflections required to achieve a target roll
rate across the flight envelope. Given the roll-rate response in °s~! °~!
for each control surface, derived from the positive 1° deflection sweeps,
the problem is formulated as a minimum-norm allocation:

minimise |||,
subject to  g(V,,) * 8 = Prarget- (36)
Omin < i < S

where g(V,,) is the speed-dependent effectiveness vector in °s~' °~! and
6 is the deflection vector. The minimum-norm objective minimises over-
all control-surface deflection while meeting the roll-rate requirement,
and is therefore used here as a minimum-deflection control-allocation
strategy for achieving the target 15°s™! roll rate [29]. The uncon-
strained minimum is given by

& = (ng)ilgptarget! (37)

with subsequent projection onto the feasible deflection range [33]. This
approach assumes linear superposition of control surface effects, which
is valid for small deflections where aerodynamic and structural nonlin-
earities remain negligible. The framework identifies the most efficient
deflection combination at each airspeed and permits selective activation
of control surfaces, enabling analysis of redundancy and loss-of-function
cases.

For this study, a target roll rate of 15°s~! is specified with deflec-
tion limits of +£10°, used here as a representative steady-roll requirement
within the limits of the present static allocation model. The resulting
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(b) Midboard control surface (CS 2) disabled (single-surface loss-of-function
case).

Fig. 17. Optimal control surface deflections required to achieve a target roll
rate of 15°s~! for both Case A (solid) and Case B (dashed). Positive deflection
denotes tip-down rotation; negative values therefore indicate scheduling with
the reversed sign relative to the positive deflection convention.

deflection schedules are presented in Fig. 17 for two configurations: all
three control surfaces active (top) and the midboard control surface (CS
2) disabled to represent a single control-surface loss-of-function case
(bottom). The midboard control surface (CS 2) is chosen because it pro-
vides the largest share of the required roll-control input at cruise speeds
in both designs; disabling it therefore provides a representative assess-
ment of the design’s robustness.

With all control surfaces active (Fig. 17a), both designs successfully
meet the target roll rate across the flight envelope. Case A exhibits a con-
ventional strategy: the inboard control surface (CS 1) remains inactive,
the midboard control surface (CS 2) dominates at low speeds (approxi-
mately 10°), and the outboard control surface (CS 3) progressively takes
over as airspeed increases. Case B demonstrates a fundamentally differ-
ent approach, deliberately exploiting the reversal behaviour. Here, the
inboard control surface (CS 1) contributes modest roll authority (ap-
proximately 2°), the midboard control surface (CS 2) remains primary
in the mid-speed range (approximately 8°), and the outboard control
surface (CS 3) operates with reversed deflections (approximately —3°),
treating the reversed control effect as an integral part of the normal op-
erating strategy. The comparable deflection magnitudes between both
cases show that the reversal-enabled design can satisfy the same pre-
scribed steady-roll requirement without increased control activity.

The single-surface loss-of-function case with the midboard control
surface (CS 2) disabled (Fig. 17b) reveals the load redistribution strate-
gies of both designs. Case A demonstrates a clean handoff from the in-
board control surface (CS 1) to the outboard control surface (CS 3): the
inboard control surface decreases from approximately 10° to zero, while
the outboard control surface increases to the maximum of 10°. Case B ex-
hibits more nuanced behaviour: the outboard control surface (CS 3) sat-
urates at its maximum negative deflection (approximately —10°) around
120 m/s, beyond which its increasing effectiveness reduces the required
deflection magnitude. The inboard control surface (CS 1) then compen-
sates to maintain the target roll rate, indicating that the reversal-enabled
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Table 11
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Comparison of individual and combined load alleviation strategies and their relation to the present optimisation cases.

Strategy Main mechanism

Typical advantage

Main limitation Relation to present work

Individual strategies

Passive MLA Bend-twist coupling shifts

loads inboard
Active MLA Control-surface deflections re-
distribute manoeuvre loads

No active command; structurally

Can reduce roll authority = Conceptual baseline

integrated and limits adaptability dur-

ing flight
Load reduction adapted to the  Requires sufficient con-  Conceptual baseline
flight condition trol effectiveness and may

favour higher torsional

stiffness

Combined strategies

Combined MLA, conventional control Passive tailoring and active
scheduling are combined
while preserving positive
outboard control effectiveness

Combined MLA, reversal-enabled control ~ Passive tailoring and active

scheduling are combined
through post-reversal load
redistribution

Combines tailoring with conven-
tional control scheduling

Relaxes the conventional conflict
between tailoring and control, en-
abling lower mass with retained
steady-roll authority

Tailoring and control effec-  Case A
tiveness remain in tension,
which can restrict mass sav-
ings

Requires scheduling with
flight condition and robust-
ness checks

Case B; proposed strat-
egy

design remains capable of meeting the prescribed steady-roll require-
ment in this representative loss-of-function case, albeit with greater load
redistribution, particularly at low speeds.

These results show that both configurations can meet the prescribed
steady-roll requirement within the present static allocation model. The
reversal-enabled design achieves this through a distributed control strat-
egy that systematically exploits the negative effectiveness of the out-
board control surface (CS 3), rather than avoiding reversal as a limiting
constraint. This supports the feasibility of intentional reversal opera-
tion for achieving the structural mass reductions demonstrated in Sec-
tion 4.2.

4.4. On the mechanisms of control surface reversal

During the optimisation of Case B (reversal-enabled design), it was
observed that in certain LCs (e.g., LC 4), the optimisation yielded an
upward deflection of the outboard control surface even though that sur-
face operated within the control-reversal regime. Under such conditions,
an upward deflection of the outboard control surface generates a local
lift increase over the outboard wing, which in isolation would increase
the root bending moment. To clarify this counterintuitive behaviour, a
separate parametric study was conducted to examine the spanwise re-
distribution of lift with increasing Equivalent Airspeed (EAS).

Fig. 18 illustrates the change in lift carried by each spanwise strip,
AL, for a 10° deflection of the outboard control surface at EAS values
from 40 m/s to 240 m/s, with the angle of attack fixed at « = 5°. Here,
AL denotes the lift change of each spanwise strip relative to the aeroe-
lastic equilibrium at zero deflection of the outboard control surface. The
results show that, as EAS increases, the deflection induces progressively
stronger redistribution of lift along the span. This behaviour indicates
that, in flexible swept wings, control surface reversal is governed by
wing-level lift redistribution arising from bending-torsion coupling and
the associated twist response, rather than by a purely local change in
lift beneath the control surface.

At 40 m/s, the outboard region beneath the deflected outboard con-
trol surface shows the expected positive strip-wise lift change, AL, while
the mid- and inboard regions remain largely unaffected. With increasing
airspeed, however, a pronounced spanwise lift redistribution emerges:
the outboard section maintains a positive AL, but the mid-span region
develops an increasingly negative lift response, reaching approximately
—5 kN at 240 m/s. This behaviour indicates that the structural response
is no longer confined to the outboard section: the control-surface de-
flection drives a pronounced mid-span bending and nose-down twist re-
sponse, consistent with washout in swept, anisotropic composite wings.
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Fig. 18. Spanwise distribution of the strip-wise lift change, AL, produced by a
10° deflection of the outboard control surface at a = 5° for several EAS. Curves
are relative to the aeroelastic equilibrium with the outboard control surface at
zero deflection. The coloured shaded strip indicates the spanwise extent of the
deflected outboard control surface.

The origin of control surface reversal in this configuration there-
fore lies not in the strip-wise lift increment directly beneath the
outboard control surface changing sign, but in the development of neg-
ative lift over the mid-span region. This departs from the classical two-
dimensional interpretation and supports the view that, in flexible swept
wings, reversal is governed by wing-level lift redistribution rather than
by a purely local sectional effect.

The inboard strip-wise lift response is more complex. At low speeds,
AL remains close to zero, but as the airspeed increases, the lift
initially decreases before recovering near the root, becoming pos-
itive and reaching approximately 2.5 kN at 240 m/s. This recov-
ery is consistent with nose-up twist developing in the inboard pan-
els, which increases the local effective angle of attack at high flight
speeds.

The flexural-axis and elastic-axis distributions of Case B, shown in
Fig. 15, help explain this behaviour. Relative to Case A, Case B exhibits a
larger and more rapidly varying separation between these axes over the
inner- and mid-span wing. This is consistent with stronger bend-twist
coupling in those regions. Consequently, the load change introduced
by the outboard control surface is not confined to the tip region, but
drives twist and lift redistribution over a broad spanwise extent, consis-
tent with the mid-span unloading and inboard lift recovery observed in
Fig. 18.

Fig. 19 decomposes the total strip-wise lift response, AL, at 240 m/s
into the rigid aerodynamic contribution and the additional load re-
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Fig. 19. Decomposition of the strip-wise lift response, AL, at 240 m/s into
rigid aerodynamic and flexibility-induced components for Case B. The coloured
shaded strip indicates the spanwise extent of the deflected outboard control sur-
face.

distribution due to structural deformation. In the rigid part, deflect-
ing the outboard control surface changes the bound-circulation dis-
tribution and therefore the induced-velocity field over the whole lift-
ing surface, not just near the control surface itself. The inboard pan-
els must then adjust their circulation accordingly, which explains
why the inboard lift responds even in the absence of structural
deformation.

The flexible contribution further amplifies this redistribution. At
high flight speeds, the flexibility-induced component indicates that
structural deformation reduces the effective angle of attack over the
mid-span region while partially restoring it inboard. This strengthens
the negative mid-span lift response and the inboard lift recovery on
top of the rigid aerodynamic redistribution. The combined aerodynamic
and structural effects account for the high-EAS behaviour observed in
Fig. 18.

In summary, control surface reversal in flexible, swept wings is not
a purely local phenomenon. It results from spanwise bending-torsion
coupling driven by misalignment between the elastic and flexural axes,
producing lift redistribution that extends far inboard of the control sur-
face itself.

4.5. Exploiting control surface reversal for load alleviation

As shown in Section 4.2, the optimiser exploits reversal effects dif-
ferently depending on the airspeed and LC, using them as a mechanism
for load redistribution and structural mass reduction.

Two distinct reversal-based load alleviation mechanisms can be iden-
tified:

1. Reversed deflection: the control surface deflects opposite to its pre-
reversal sign. In the reversal regime, this reduces midboard wing
loads while locally increasing outboard loading. The overall effect
is often structurally beneficial because the outboard contribution to
bending moment is reduced.

2. Unreversed sign deflection in the reversal regime: the control
surface retains its pre-reversal sign, but because the surface already
operates in the reversal regime, the outboard lift is reduced while
the midboard lift increases, again contributing to overall load alle-
viation.

The relative benefit of each mechanism depends on the concurrent de-
flection patterns of the other control surfaces, particularly when the out-
board control surface does not act in isolation.

Fig. 20 demonstrates how both mechanisms are used simultaneously
by the optimiser in Case B. The figure presents the strip-wise lift de-
viation, AL, of Case B relative to Case A for LCs 2—4. In LC 4, despite
operating within the reversal regime, the outboard control surface is
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Fig. 20. Difference in strip-wise lift, AL, between Case B and Case A for LCs 2—4.
Positive values indicate a local load increase in Case B, while negative values in-
dicate unloading relative to Case A. Coloured shaded strips indicate the spanwise
extents of the control surfaces. The optimiser uses both reversed and unreversed
sign deflections to achieve spanwise load redistribution.

deflected upward, reducing the outboard load. In LC 2, by contrast, the
surface deflects downward, increasing the outboard load but producing
a larger reduction mid-span, which dominates the overall effect.

These results demonstrate that outboard control-surface deflection
alone can trigger strong spanwise aeroelastic coupling. With increasing
EAS, the wing transitions from a locally controlled system to a globally
interactive one, in which the control surfaces act as distributed load-
control devices rather than simple roll effectors.

To correctly interpret this behaviour, it is essential to distin-
guish between reversal as traditionally defined and reversal as it is
displayed in the context of MLA. Neither the classical roll-reversal
criterion nor a sign change in the root bending-moment sensitiv-
ity uniquely identifies the onset of structurally meaningful rever-
sal. Both metrics are low-dimensional aggregates of the spanwise lift
distribution, whereas structural sizing is governed by local panel-
level buckling and strain constraints. Consequently, configurations
with the same sign of bending-moment sensitivity may still exhibit
markedly different active constraints and thickness patterns, and vice
versa.

This distinction highlights that roll reversal and reversal for load al-
leviation are fundamentally different phenomena. The deflection that
reverses the rolling moment does not, in general, coincide with the de-
flection at which the spanwise load redistribution switches from struc-
turally beneficial to structurally detrimental. In flexible, swept compos-
ite wings, the load alleviation behaviour is governed by the wing-level
redistribution mechanisms described earlier, most notably mid-span lift
reduction driven by spanwise bending-torsion coupling, rather than by
the classical two-dimensional roll response definition.

Table 11 distinguishes between individual passive and individual ac-
tive load alleviation, and the two combined strategies examined in the
present study. Within this framing, the proposed approach differs from
the conventional combined strategy by treating post-reversal behaviour
as an admissible design mechanism rather than as a constraint to be
avoided.

5. Conclusions

This work introduced an aeroelastic optimisation framework that
combines active and passive MLA through the intentional use of con-
trol surface reversal. Analytical sensitivities with respect to control sur-
face deflections were implemented and verified using the complex-step
method within the PROTEUS in-house tool, enabling accurate and effi-
cient gradient-based optimisation.

Beyond establishing feasibility, the study helps explain the mecha-
nisms by which reversal can be purposefully exploited. Two comple-
mentary reversal-based modes are activated: (i) reversed deflections
that redistribute bending loads inboard by inducing mid-span lift re-
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duction while tolerating local outboard increases; and (ii) unreversed
sign deflections executed within the post-reversal regime that suppress
outboard lift yet enhance midboard unloading. Their effectiveness de-
pends on tailored washout and wash-in stiffness patterns and deliberate
misalignment between the elastic and flexural axes, including forward
excursions of the elastic axis that amplify bending-torsion coupling.

Importantly, reversal for roll control and reversal for MLA are not
equivalent. Classical roll reversal is identified through a sign change
in global roll response metrics, whereas the structurally beneficial re-
versal observed here is governed by spanwise lift redistribution driven
by bending-torsion coupling. Because structural sizing depends on lo-
cal panel-level strain and buckling constraints, the deflection at which
rolling response reverses does not in general coincide with the deflec-
tion at which load redistribution becomes structurally beneficial. This
distinction shifts the active constraint pattern from predominantly out-
board buckling to a more distributed mixture of inboard compressive
strain, shear, and selective buckling, and enables a 13.3 % structural-
mass reduction while maintaining adequate roll authority. The roll effi-
ciency decomposition further indicates that the larger inboard and mid-
board roll responses of the reversal-enabled design are driven primarily
by a strong reduction in effective aeroelastic roll damping, while the
outboard surface exhibits a reversed rolling moment derivative at the
LC 1 speed. A minimum-norm deflection-allocation framework further
supports the feasibility of meeting the prescribed steady-roll require-
ment across the analysed flight envelope, with the reversal-enabled de-
sign meeting the target roll performance through distributed control
strategies and remaining effective in the representative simulated loss-
of-function case.

These results show that the practical benefit of the reversal-enabled
strategy is not obtained by active or passive MLA in isolation, but by
allowing both mechanisms to act through the same aeroelastic load al-
location process. Relative to the conventional design, the same flexi-
bility that would normally be restricted to preserve positive outboard
control effectiveness is instead used to reduce structural mass while
satisfying the prescribed steady-roll authority requirement. A direct
consequence is that practical reversal-enabled MLA scheduling cannot
rely on the nominal rigid wing deflection sign alone, but would re-
quire a model of control effectiveness and aeroelastic load redistribu-
tion that is scheduled with flight condition. From a practical perspec-
tive, control surface reversal evolves progressively with dynamic pres-
sure rather than appearing as an abrupt discontinuity. This behaviour
could support incremental flight testing and system identification of
the control-effectiveness trends. Since manoeuvre-load prediction and
control-effectiveness prediction depend on the same coupled aeroelastic
model components, loads-model validation provides relevant support-
ing evidence for the predicted effectiveness trends, although dedicated
robustness assessment and flight-test validation remain necessary before
operational implementation.

The computational framework employs a steady VLM with Prandtl-
Glauert correction and angle-of-attack constraints, enabling efficient
gradient-based optimisation with exact analytical sensitivities while
capturing the essential load-redistribution physics. Within this mod-
elling scope, the approach is appropriate for establishing the funda-
mental viability of reversal-based load alleviation, though extension to
higher-fidelity aerodynamics and additional gust load cases will be nec-
essary for more comprehensive validation. Building on the present re-
sults, future work could incorporate drag prediction and aerostructural
optimisation, optimise control surface geometry and spanwise position-
ing, extend analyses to include flutter margins and gust loads, and in-
tegrate ply-recovery methods for manufacturing specifications. These
results indicate that, within the present modelling scope, control sur-
face reversal can be purposefully exploited for MLA and structural-mass
reduction in high-aspect-ratio wings.
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