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Abstract

Hydrokinetic turbines are increasingly seen as a promising way to generate renewable energy from
tidal and river currents, offering high energy density without the ecological costs of dams or large-scale
hydropower. Placing turbines close to the free surface allows them to access higher flow velocities
and thus greater power potential, but it also makes them more vulnerable to wave-current interactions.
Horizontal-Axis Hydrokinetic Turbines (HAHTs) have shown strong potential at full scale, but their de-
velopment and testing at laboratory scale are still constrained by scaling effects, limited structural data,
and an incomplete understanding of unsteady wave-induced loads. Moreover, only a handful of studies
document the detailed design process of model-scale turbines, and even fewer investigate the struc-
tural performance of 3D-printed blades. To help close these gaps, this thesis presents the design,
construction, and experimental testing of a 0.74 m diameter model-scale HAHT developed at the TU
Delft.

The design process combined actuator disc theory and Blade Element Momentum Theory (BEMT) to
define the blade geometry and expected operational loads. Amodular hub concept with adjustable pitch
and interchangeable blades was developed, allowing rapid prototyping and cost-efficient manufacturing.
The blades were produced using 3D printing, and static tests confirmed that they withstood thrust forces
up to 441 N without failure. The nacelle was conceptually designed but not constructed; instead, the
existing gondola system was employed for testing.

Experiments in the towing tank under steady and wave conditions showed good agreement with BEMT
predictions once Reynolds numbers exceeded 1.1 × 105. The turbine achieved a maximum power
coefficient of Cp ≈ 0.44, comparable to other model-scale studies. Under wave forcing, mean power
remained stable, but unsteady loads dominated, with torque oscillations over 100% of the mean. Tip
deflections of up to 33 mm were observed during operation, far exceeding static predictions, which
underscores the role of deformation in dynamic response.

Overall, the study shows that it is possible to build a reliable and affordable model turbine using 3D
printing and modular design, and to validate it experimentally. The results not only demonstrate the
feasibility of this approach, but also underline how strongly turbine performance is shaped by Reynolds
number effects, wave-current interaction, and fluid-structure dynamics. This makes the turbine a prac-
tical platform for future research and development in hydrokinetic energy.
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1
Introduction and motivation

Climate change mitigation is a defining global challenge of the 21st century, and the transition to re-
newable energy is critical for reducing greenhouse gas emissions. The United Nations Framework
Convention on Climate Change (UNFCCC) underscores the need for expanding renewable technolo-
gies, including ocean and riverine energy, to meet the Paris Agreement targets (UNFCCC 2024).

Hydropower is a well-established renewable energy source, accounting for approximately 14.3% of
the world’s electricity production as of 2023 (REN21 2024). However, large-scale hydropower projects
often require dams and reservoirs, which can have significant environmental and social impacts (Yuce
et al. 2015). To address these challenges, modern hydrokinetic turbines offer a promising alternative
by harnessing the kinetic energy of flowing water without the need for large-scale infrastructure. Unlike
conventional hydropower, these systems operate in natural water currents, reducing environmental
impact while maintaining high energy potential (Adcock et al. 2020).

Hydrokinetic turbines have diverse applications, including tidal currents (Neill et al. 2018b; Neill et al.
2018a), river currents (Khan et al. 2007), ocean streams, and even as regenerative propellers on ships
or other flowing water systems. They combine high efficiency (Ozturk et al. 2009) with scalability. In
addition, the high energy density and predictability of resources such as tides (Yuce et al. 2015; Multon
2012) provide significant potential to strengthen energy security (Gordon et al. 2023).

Global tidal stream is estimated to produce between 150 TWh/year (Byrne et al. 2019) and 800 TWh/year
(Yuce et al. 2015), exceeding the United Kingdom’s annual electricity consumption (Byrne et al. 2019).
Worldwide, tidal energy potential reaches approximately 8, 800 TWh/year (Yuce et al. 2015).

Since 2010, the European marine energy industry has deployed 30.2 MW of tidal stream capacity,
with 11.5 MW currently operational in European waters (EurObserv’ER 2022). The United Kingdom
remains a leader in tidal energy, with over 10 GW of estimated tidal capacity, representing roughly
50% of Europe’s total (Byrne et al. 2019). The European Union aims to reach 100 GW of marine
energy capacity, including tidal and wave energy, by 2050, which could supply around 10% of Europe’s
electricity needs (EurObserv’ER 2022).

With growing deployment of tidal energy projects worldwide, hydrokinetic turbines have become a key
technology to scale marine energy production. Among turbine designs, horizontal-axis hydrokinetic
turbines (HAHTs) have emerged as the leading choice for tidal energy conversion (Ouro et al. 2022).
HAHTs have already proven their commercial viability through successful large-scale projects. One
notable example is the MeyGen project in Scotland (SIMEC Atlantis Energy 2024), which is one of the
largest tidal energy projects in the world. With an installed capacity of 6MW in its first phase and a total
potential of 398 MW, MeyGen’s HAHTs have collectively generated over 68 GWh of electricity at the
moment of writing. Another example is the Orbital O2, a floating HAHT capable of generating 2 MW of
electricity, making it one of the most powerful tidal turbines in operation (Orbital Marine Power (2024)).

Hydrokinetic turbines share many design principles with wind turbines but are adapted to the unique
challenges of underwater environments, including higher turbulence, wave loading, potential cavitation,
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and structural durability (Adcock et al. 2020, Chen et al. 2015). The density of water, almost 800 times
that of air, gives hydrokinetic turbines a distinct advantage over wind turbines (Multon 2012). For the
same flow speed, the much higher power density allows smaller systems to generate comparable
amounts of energy to larger wind turbines(Yuce et al. 2015).

While various designs exist for hydrokinetic turbines, such as Darrieus, Savonius, and Gorlov config-
urations, mentioned by Yadav et al. (2023), this review focuses on horizontal-axis turbines. Their
demonstrated performance and adaptability to tidal energy conversion make them the most practical
and widely adopted configuration.

Installing hydrokinetic turbines in the upper water column, close to the free surface, instead of on the
sea bed, simplifies maintenance by increasing accessibility, while also enabling a greater potential
energy harvest, as flow velocities in the upper water column are typically up to two to three times
higher than those near the seabed (Greenwood et al. 2019). However, this alternative configuration
raises the challenge of turbulence and unsteady hydrodynamic forcing of the turbine blades due to
wave-induced orbital flow velocities (Polagye et al. 2010, Adcock et al. 2020). This forcing decreases
exponentially in magnitude with depth from the free surface and includes both vertical and horizontal
velocity components separated by a phase shift, resulting in a complex loading condition characterized
by successive changes in flow velocity and direction. These unsteady variations lead to fluctuations in
flow acceleration and the angle of attack experienced by the blade (Newman 1977).

Due to the negative impact of unsteady loading on turbine performance and increased fatigue, it is
of interest to investigate approaches to control the flow around the blades, with the aim of effectively
harnessing high force peaks for energy production, while mitigating the abrupt force fluctuations that
may arise from stall or other unsteady flow phenomena. Understanding these unsteady effects is
essential for optimizing turbine efficiency, reducing maintenance costs, and improving durability in real-
world conditions.

This study focuses on the experimental investigation of hydrokinetic turbines under steady flow con-
ditions and wave forcing. The core of this project involves the design and construction of a model
hydrokinetic turbine, which will be tested in the towing tank facility at the Department of Maritime and
Transport Technology, TU Delft. After this thesis, the turbine will be available for a wide range of ex-
perimental studies. These may include tests in steady flows, wave conditions with different amplitudes
and frequencies, or other scenarios aimed at replicating real-world operating environments.

To better understand hydrokinetic turbines as a viable renewable energy solution, this research inves-
tigates their design process, providing insights into common practices that can streamline future devel-
opment of scaled-down models. Addressing the unique challenges of wave-induced forces supports
the broader goal of enhancing the reliability and scalability of hydrokinetic energy systems, ultimately
contributing to the global transition toward sustainable energy. The first chapter addresses the following
sub-question:

”How do past hydrokinetic turbine studies inform the design and testing of a model-scale turbine?”

To answer this, previous research on hydrokinetic turbines is reviewed, with a specific focus on turbine
testing methodologies and model-scale design considerations. The chapter begins with a qualitative
overview of experimental studies conducted on model-scale HAHT’s. Key design parameters are then
explored, including blade profile, pitch, chord length, blockage effects, and tank testing conditions.
Performance metrics such as the power coefficient, thrust coefficient, tip-speed ratio, and blade root
bending moments are analyzed to identify trends across the literature. Based on the literature findings,
the main parameters are then defined for the current design. This review ensures alignment with
established experimental practices and provides a foundation for future design decisions, while also
identifying current research gaps.
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1.1. Overview of past research on model-scale testing
The development and performance evaluation of model-scale hydrokinetic turbines have been widely
studied in recent decades. Prior work has examined turbine hydrodynamics, wake development, wave-
current interactions, efficiency, and structural response. This section reviews experimental studies
on model-scale HAHTs to identify commonly used test parameters and assess the performance of
comparable designs under controlled conditions. The aim is to extract relevant design values and
methodologies that can guide the current study in line with established methodologies.

1.1.1. Trends and gaps in literature
Figure 1.1 shows the distribution of past research topics in this review, categorized by their main area
of focus and highlighting the relative attention given to each theme. It should be noted that the cate-
gorization is based on the dominant topic of each study. For example, although many papers discuss
blockage effects, this topic was not assigned a separate category to avoid overlap. The relatively high
share of studies involving wave interaction reflects the current research focus on unsteady loading, as
all studies mentioning wave effects were grouped under this heading.

Figure 1.1: The distribution of the different categories of this literature review.

Over the past decades, research on model-scale hydrokinetic turbines has evolved from steady-state
performance tests toward investigations of unsteady loads, wake behavior, and wave-current interac-
tion. This evolution has been driven by the need to develop efficient and durable turbines that can
operate reliably in real-world marine environments, ideally close to the water surface.

A review of the existing literature on hydrokinetic turbines testing reveals that wave interaction, per-
formance assessment, and structural loading have been the primary areas of focus in experimental
model-scale testing. Wake behavior has also been widely studied, as seen in numerous investigations
into wake persistence, turbulence development, and wake recovery. In contrast, research on floating
turbine systems remains rare, with all existing studies emerging in recent years. Additionally, design-
and manufacturing processes are often poorly documented, reducing the reproducibility of results.

Studies such as Payne et al. (2017), Ellis et al. (2018), and Allmark et al. (2020) document turbine
development and experimental validation, but they primarily focus on finalized designs rather than
the step-by-step decision making involved in component selection, financial limits, structural consid-
erations, and instrumentation integration. A comprehensive overview of past design methodologies
could support future research by streamlining the development process, improving reproducibility, and
ensuring comparability across studies.

One notable trend is the transition from single-turbine studies to multi-turbine wake interaction analyses.
Early works, such as Chamorro et al. (2013a) and Chamorro et al. (2015), examined wake persistence
and turbulence characteristics for a single turbine. More recent studies, such as the ones from Nuern-
berg et al. (2018) and Watanabe et al. (2023), have investigated wake interactions in turbine arrays,
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emphasizing the importance of lateral spacing for efficient wake recovery. These studies highlight the
growing interest in optimizing turbine spacing and wake mixing strategies for large-scale deployments.

Another research evolution is the increasing focus on wave-current interactions and their impact on
turbine performance and structural loads. While Bahaj et al. (2007) provided early steady-state perfor-
mance references, more recent studies such as Draycott et al. (2019) and Guo et al. (2018) examined
how (ir)regular waves influence thrust, power fluctuations, and fatigue loads. These studies foundmean
power output largely unaffected, but peak loads can double in opposing currents, increasing structural
stresses. However, wave-driven dynamic stall effects remain poorly understood, as most work targets
global load fluctuations rather than detailed blade-level flow visualization.

Most studies on structural integrity and material selection have focused on metal or composite blades,
with limited exploration of alternatives such as 3D printing, only in recent years. Lande-Sudall et al.
(2023) is among the few to test 3D-printed blades, providing some details on the fabrication process.
Watanabe et al. (2023) and Ferraiuolo et al. (2024) were the only two other studies explicitly mention-
ing the use of 3D printed blades. However, no extensive research has been conducted on the structural
behavior of 3D-printed turbine blades, especially under wave-driven loads. Given the increasing acces-
sibility of additive manufacturing, future research should assess structural loading and manufacturing
details.

1.1.2. Research aim and question
The review of existing literature has highlighted key advancements and gaps in hydrokinetic turbine
research. Despite several studies on wave-induced power fluctuations and structural loads, there is
limited understanding of dynamic stall effects at the blade level under wave conditions. Additionally,
the structural performance of 3D-printed blades remains largely unexplored, with only a few studies
briefly mentioning their use. Finally, few studies provide details on the turbine design process, making
it challenging for new research efforts to develop model-scale setups efficiently.

This research aims to address these gaps by focusing on the design, construction, and analytical as-
sessment of a model-scale hydrokinetic turbine. Unlike many studies that emphasize performance
optimization, this work is centered on the practical aspects of developing a structurally robust, efficient
and functional turbine for laboratory testing. The study will explicitly document the step-by-step design
process, including component selection, nacelle integration, instrumentation, and force measurement
implementation, providing a resource for future experimental programs. Analytical predictions of thrust,
torque, and hydrodynamic forces are made prior to construction to enable later validation.

Based on the identified research gaps, this thesis addresses the following question:

”How can a model-scale hydrokinetic turbine be designed, constructed, and tested to ensure
structural integrity, cost-effectiveness, and compatibility with existing experimental studies while

enabling accurate performance evaluation for future research?”

By addressing this question, the thesis aims to contribute to the standardization of experimental hy-
drokinetic turbine design, ensuring compatibility with past studies while supporting new investigations,
for example into wave-induced effects and the durability of 3D-printed blades. To understand what has
been studied, a review of earlier model-scale turbine designs is required. Tables 1.1 and 1.3 there-
fore summarize key design characteristics, test conditions, and performance metrics from past studies,
which directly inform the design methodology and parameter choices adopted here.

Before moving to this detailed review, it is useful to outline the structure and purpose of the introductory
chapter itself. The following sections highlight the main contributions from earlier work on model-scale
hydrokinetic turbines, with a particular focus on experimental studies. The aim is not only to summarize
what has been done, but also to identify successful design solutions and highlight limitations that re-
main. In this way, the literature review provides a solid foundation for the present thesis. By examining
how blade and hub geometries, testing setups, and performance predictions have been handled previ-
ously, the design choices made in this work can be better motivated and compared against established
studies.



1.2. Terminology 5

1.2. Terminology
A horizontal-axis hydrokinetic turbine extracts energy from currents similarly to a wind turbine, but in
a denser medium, yielding higher power density (Multon 2012). The rotor converts the kinetic energy
of the flow into shaft power, which a generator converts to electricity (Mohd Badrul Salleh 2019). To
ensure consistent comparison across studies, this section defines the terminology used for geometry,
performance, and test setups. Typical towing-tank arrangements are shown in figure 1.5.

Figure 1.2: Setup 1 (Porter et al. 2020). Figure 1.3: Setup 2 (Lust et al. 2013). Figure 1.4: Setup 3 (Zhang et al. 2021).

Figure 1.5: Some example setups for hydrokinetic turbine testing on model-scale.

1.2.1. Rotor parameters
The main components that are used in a typical hydrokinetic turbine test are described below and
shown in figure 1.6. This should help to understand the terminology that is being used in this research.

Figure 1.6: Schematic side view of a typical hydrokinetic turbine.

• The flow direction is to the right in this case, as the turbine is towed towards the left.
• The rotor diameter (D) represents the full span of the turbine blades.
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• The hub diameter (H) is the central part of the rotor, connecting the blades to the shaft.
• The root section of the blade is the part closest to the hub.
• The tip section is the outermost part of the blade.
• The thrust–torque transducer measures both thrust and torque.
• The shaft rotates and transfers the energy from the hub to the generator.
• A bearing supports the rotating shaft, in most cases several are needed.
• The gearbox converts the slowly rotating shaft of the blades, to a high speed rotation that the
generator can handle.

• The generator converts the mechanical energy into electrical energy
• The connection to the towing equipment holds the turbine in place and can accommodate data
transfer cables.

• The nacelle is the enclosure housing the drivetrain, measuring equipment and generator.

1.2.2. Blade parameters
Beyond the overall HAHT layout, turbine performance is largely governed by blade design. The cross-
sectional shape of the blades uses foil designs that optimize hydrodynamic performance. Figure 1.7
summarizes the foil parameters used in this study. The foil geometry creates a pressure difference
between the suction (low pressure) and pressure (high pressure) surfaces, generating lift (Munson et
al. 2012).

Figure 1.7: Foil terminology, adapted from Adcock et al. (2020)

• The flow direction is upwards in this figure, measured as free stream velocity U∞, parallel to
the direction of thrust.

• The direction of rotation is to the left, parallel to the torque direction.
• The tangential velocity Ut is the velocity parallel to the direction of rotation.
• The relative velocity Urel is the resultant of the free stream velocity and the tangential velocity.
• β(r) is the angle between the chord line and blade travel direction, or the pitch angle.
• α(r) is the angle between the hydrofoil chord line and the incident flow vector (Urel), the angle
of attack.

• ϕ is called the flow angle, the summation of the angle of attack and the local twist angle.
• The chord length c(r) is the distance between the trailing edge and the leading edge.
• The thickness is the distance between the upper and lower surfaces of the foil, perpendicular to
the chord line.

• The lift force acts perpendicular to the relative velocity, resulting from turbine rotation.
• The drag force acts parallel to the relative velocity, resulting from turbine rotation.
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1.2.3. Performance parameters
As key concepts throughout this thesis, several performance parameters are introduced here to clarify
the terminology used in later sections. First of all, the value Cp, which is a measure of the efficiency of
the turbine, it is expressed as follows:

Cp =
Pturbine

1
2 · ρ ·A · U3

∞
(1.1)

Second, the thrust coefficient Ct is defined as the ratio between the thrust force (axial force on the
turbine) and the dynamic pressure of the incoming flow:

Ct =
T

1
2 · ρ ·A · U2

∞
(1.2)

The last important parameter to introduce at this stage is the tip-speed ratio (TSR). This value repre-
sents the ratio between the blade tip velocity and the free-stream velocity:

TSR =
Ω ·R
U∞

(1.3)

1.3. Dimensional parameters
This section summarizes key geometric and facility parameters reported in model-scale hydrokinetic
turbine studies (table 1.1). Performance parameters follow in section 1.4. The goal is to extract concise
design ranges and implications for the turbine design. Based on the information from the table, different
conclusions can be drawn on what was previously done and why. This analysis not only provides a
theoretical foundation for hydrokinetic turbine design, but also helps to identify gaps in the reported
values, highlighting aspects that may require additional attention during the design process.

1.3.1. Number of blades
Blade number is a key early design choice. While no strict formula exists (Yadav et al. 2023), insights
are largely drawn from wind energy studies (Badshah et al. 2017; Yadav et al. 2023).

Performance
Theoretically, more blades can have a higher maximum power coefficient for the same tip-speed ratio
as explained by Manwell et al. (2009), also see figure 1.8. However, fewer bladed turbines often
operate at higher tip-speed ratios, and thus increased power coefficient, which results in the fact that
in real life, there is only little difference in actual achievable Cp (Manwell et al. 2009).

Figure 1.8: Effect on maximum attainable Cp for different amount of blades, as a function of tip-speed ratio (Manwell et al.
2009).

Two-bladed turbines are suitable for high TSR values, because a smaller surface area leads to reduced
drag, allowing faster rotational speeds in high-velocity flows (Delafin et al. 2016, Badshah et al. 2017,
Adeyeye et al. 2021). Conversely, three-blade turbines balance TSR and torque, making them more
suitable for a broader range of flow conditions (Manwell et al. 2009). Increasing to four blades reduces
TSR but enhances torque, which is beneficial in low-flow environments (Brasil et al. 2019, Badshah et
al. 2017, Adeyeye et al. 2021).
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At the literature-average TSR of 5.1, Manwell’s design guideline points to a three-bladed rotor as opti-
mal. In addition, three blades reduce torque fluctuations compared to two, with only diminishing benefits
for a fourth (Delafin et al. 2016, Yadav et al. 2023), which is mainly relevant for hydrokinetic turbines
operating in wave conditions.

The amount of blades also strongly influences the solidity, a key parameter in turbine design, which is
the ratio between blade area and swept area.

σ =
N · c

2 · π ·R
(1.4)

Where N is the number of blades, c the chord length, and R the rotor radius. Higher solidity increases
energy extraction at low velocities, but can reduce efficiency at higher velocities due to drag (Abutunis
et al. 2022). Studies on tidal turbines show that increasing blade count from two to three improves the
power coefficient by about 1.5%, while moving from three to four yields only a 0.2% gain (Badshah et
al. 2017; Manwell et al. 2009).

Structural implications and costs
Increasing the number of blades helps distribute the loads more evenly across the turbine, reducing
peak stresses on individual blades. For instance, two-bladed designs often exhibit increased blade root
bending moments compared to three-bladed designs (Badshah et al. 2017). By contrast, three or more
blades reduce these stresses, enhancing durability, albeit at higher material and manufacturing costs.
From an economic perspective, reducing blade numbers can lower manufacturing, transportation, and
installation costs. As mentioned, turbines with less blades typically operate at higher TSRs, which also
results in a smaller chord and a smaller gear box, which reduces material cost (Badshah et al. 2017).
However, this cost sensitivity is mainly relevant for utility-scale machines; for model-scale experiments
with 3D-printed blades, the difference in production cost between two and three blades is marginal.
The findings are summarized in table 1.2.

More Blades Less Blades
Higher costs Lower costs
Higher torque, beneficial for low flow Lower torque, less effective at low flow
Lower TSR, less efficient in high flow Higher TSR, suited for high flow
Higher efficiency at low flow Better efficiency at high flow
Reduces stress per blade Higher stress per blade
Smoother torque, stable operation More fluctuations, less stable
Minimal thrust changes Uneven thrust, potential instability

Table 1.2: Comparison of turbines with more blades vs. less blades.

1.3.2. Diameter
Together with determining the number of blades, the choice of turbine diameter is another critical con-
sideration in the early design phase of model-scale hydrokinetic turbines. A larger diameter increases
the rotor swept area, directly enhancing torque and thrust following momentum theory:

T =
1

2
· ρ · π · Ct · U2

∞ ·R2 (1.5)

Q =
1

2
· ρ · π · Cq · U2

∞ ·R2 (1.6)

where R represents the rotor radius, indicating the relationship between thrust, torque, and radius.

However, larger diameters also pose challenges, including depth constraints, increased wave loading
near the free surface, support structure limits, and larger root bending moments (Grogan et al. 2013).

In towing-tank testing, the primary limitation is tank size. To avoid blockage (section 1.3.8), the rotor
diameter must remain a small fraction of the tank cross-section to preserve open-water flow conditions.
Within facility limits, maximizing diameter reduces scaling effects and improves similarity to full-scale
operation (Payne et al. 2017). The average turbine diameter reported in the literature is 0.68 m.
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1.3.3. Hub and nacelle dimensions
Almost 70% of the studies in this review report the hub diameter, while only 39% include the nacelle
length. Using the available data, the hub diameter can be estimated from the rotor diameter, as shown
in figure 1.9a, with larger rotors generally having larger hubs due to higher structural loads (see 1.3.2).

(a) Hub diameter as a function of rotor diameter (b) Nacelle length as a function of rotor diameter

Figure 1.9: Geometric turbine parameters as a function of rotor diameter

As turbine size increases, other components within the nacelle such as the shaft, gears, and measuring
equipment, also grow. Consequently, nacelle length is expected to scale with rotor diameter. Although
figure 1.9b suggests a weak correlation, the data is too limited and scattered to draw definitive conclu-
sions. Nacelle length ultimately depends on specific equipment requirements and design constraints.

1.3.4. Blade profile
Foil selection directly affects turbine efficiency, structural performance, and operating range (Batten et
al. 2005). At model-scale, Reynolds numbers are relatively low, which increases viscous drag and
reduces lift (Gupta et al. 2020). While lift rises roughly linearly at small angles of attack, stall causes a
rapid drop. Thin foils generally yield higher efficiency (Muratoglu et al. 2015), whereas thicker foils are
required near the root for strength and cavitation resistance (Ahmed 2012).

Figure 1.10: The usage of different foils in previous research

Figure 1.10 summarizes the frequency of foil usage in previous studies, showing that blade profiles
are most often NACA 6-series foils. This series is designed for extended laminar flow (Abbott et al.
1959; Manwell et al. 2009) and high lift, but with higher drag outside their optimal range (Yadav et
al. 2023). NACA 4-digit sections have also been used for their simplicity, robustness, and stable stall
behavior, despite generally lower lift-to-drag ratios (Abbott et al. 1959; Yadav et al. 2023). Barber
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et al. (2017) also noted their effectiveness under low Reynolds number conditions. Some studies
adopted thick NREL designs such as the S814, optimized for strength and low sensitivity to blade
roughness (Tangler et al. 1995). Other profiles appear less frequently, including Eppler (Selig et al.
2012), Wortmann (Tian et al. 2018), Selig (Gigue‘re et al. 1998), and custom designs, like the H0127
profile from Shahsavarifard et al. (2015).

Foil shapes visualized
To illustrate geometric differences, figure 1.11 compares the four most common foils across root, mid-
span, and tip thickness ratios. The NREL S814 is visibly thicker and suited for root regions, while
thinner foils such as NACA 44XX prioritize hydrodynamic performance at the tip. These plots highlight
the trade-off between structural strength and efficiency that guides final foil selection in this study.

(a) Comparison fixed thickness foils. (b) Comparison foils for the root section.

(c) Comparison foils for the mid-section (d) Comparison foils for the tip section.

Figure 1.11: Comparison of foil shapes

1.3.5. Pitch and twist
After choosing a foil profile, the blade must be pitched and twisted for optimal performance. Twist (θ) is
defined here as the local pitch angle along the span, while pitch (β) is the angle between the chord line
and the rotor plane (aligned with Ut, see figure 1.12). Some authors define pitch at 2/3 span, where
values of 5◦-10◦ are typical, as illustrated in figure 1.13.

Figure 1.12: Flow differences between the root and tip section of the blade (Muratoglu et al. 2020).
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Figure 1.13 shows the reported twist distributions. Across all studies, the twist angle decreases towards
the tip of the blade. The rate of decrease along the blade span is relatively uniform among the designs.

Figure 1.13: Twist distribution along the normalized blade radius

In some cases, the optimal twist angle becomes negative (for Wang et al. 2007 and Zhang et al. 2021).
This happens when the angle of relative velocity becomes smaller than the optimal angle of attack of
the foil, as also shown by Khchine et al. (2018). Another reason for a slight negative twist angle might
be to reduce turbulence and noise coming from the tip of the blade, as Wang et al. (2007) and Zhang et
al. (2021) are both focusing on this in their research. Significant variation in the reported twist angles
are reported near the root. This variability likely arises from differences in performance requirements
like the optimal TSR.

1.3.6. Chord
Another important parameter for blade shape is the chord length, which in many studies defines the
scaling of the blade profile, with other parameters being expressed as a percentage of the foil chord
(see 1.3.4 and 1.3.7). Figure 1.14 shows the non-dimensional chord distribution c/R along the blade
radius for different studies.

Figure 1.14: Chord length normalized by the rotor radius (C/R) as a function of the radial position along the blade (r/R).
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Most designs follow a similar taper, though root values range from 10-15% up to over 30%. In general,
larger chord lengths at the root provide structural strength and maintain lift at low local TSR, while
shorter tip chords reduce drag-related tip losses (Gasch et al. 2012). Some declining c/R trends also
reflect circular root sections (see section 1.3.7).

1.3.7. Thickness
The final important parameter defining the shape of the blade is the thickness. Blade thickness distri-
bution (t/c) balances structural strength and hydrodynamic efficiency. Unlike twist and chord, relatively
few studies report detailed thickness data, since many foils use a fixed t/c along the span.

However, some studies feature varying t/c distributions, as shown in figure 1.15. The different studies
have similar trends of t/c along the blade. Except for Alamian et al. (2020) and Farhoody et al. (2023)
(of which is one not visible because they have the exact same values) and Gaurier et al. (2013), all
thickness ratios converge from t/c ≈ 20 − 24% at the root, to around 12% at the tip. The increase in
t/c near the tip can be attributed to a decrease in chord length, while the thickness remains similar.
Some studies also report a circular root section with t/c reaching up to 100%, reflecting structural
priorities over hydrodynamic performance. The actual thickness ranges in millimeter are given in table
1.1. Additional zoomed thickness distributions are provided in Appendix A.

Figure 1.15: Thickness distribution along the normalized blade radius.

Circular root
The use of a circular root section can offer several advantages. One primary advantage is themodularity
it provides, enabling blade exchanges and possibly pitch adjustments during experiments. This design
is particularly useful for testing different blade profiles, diameters, materials, or pitch angles, which is
essential for investigating turbine behavior under varying angles of attack (Payne et al. 2017).

Several studies adopt circular root sections to enable blade interchange and pitch adjustment (Bahaj
et al. 2007; Farhoody et al. 2023; Gambuzza et al. 2025). These designs accommodate active or
passive pitch mechanisms (examples in Appendix A). The circular geometry makes the blade thick
in the flow direction, where flapwise bending moments dominate. Edgewise loads are generally less
critical (Manwell et al. 2009), see section 1.4.8 for more details. This is also shown during experiments
by for example Galloway et al. (2014) and Doman et al. (2015).

Although it does not generate lift, a circular root provides clear experimental and structural advantages.
To minimize penalties, the circular region is typically limited to the hub connection (Payne et al. 2017),
while the remainder of the blade follows foil-based thickness distributions optimized for performance
and durability.
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1.3.8. Blockage
When testing hydrokinetic turbines at model-scale, blockage is an important parameter linked to ro-
tor diameter and the facility size. In confined environments such as flumes or towing tanks, channel
walls can accelerate the flow, artificially increasing power and thrust compared to open-water condi-
tions (Kinsey et al. 2017). Corrections are therefore required for meaningful comparison to full-scale
performance.

Blockage values from the reviewed studies are listed in table 1.1. Some were reported directly, others
calculated, but all use the same definition (Kinsey et al. 2017):

ϵ =
At

A
(1.7)

where At is the swept area of the turbine, and A is the cross sectional area of the channel.

For a blockage ratio above 5-10% (Ross et al. 2020 Kolekar et al. 2015), the theoretical maximum effi-
ciency of the turbine can exceed the Lanchester-Betz limit (Garrett et al. 2007). Garrett et al. (2007) is
still a widely referenced research, showing the power coefficient can increase with increasing blockage
by a factor (1− ϵ)−2. The main reason for applying a blockage correction in the current research is to
accurately model full-scale conditions (Ross et al. 2020). Full-scale tidal turbines can also experience
blockage effects, in this case it would be necessary to do tests in comparable high blockage conditions.

The impact of blockage ratio on the water flow was demonstrated in a CFD simulation by Vogel et al.
(2017), where differences in flow velocity and pressure coefficients between a low blockage condition
(ϵ = 0.0507) and a high blockage condition (ϵ = 0.196) (figure 1.16) resulted in increased rotor perfor-
mance. The Cp value increases from 0.53 for the low blockage scenario, to 0.74 for the high blockage
scenario. The Ct value increases for the same scenarios from 1.04 to 1.36.

Figure 1.16: The pressure coefficient (a and b) and the stream wise velocity, for a blockage of 0.0507 (a and c) and 0.196 (b
and d), tip-speed ratio of 5 and free stream velocity of 2 m/s (Vogel et al. 2017).

To avoid the major distortions that can be caused by blockage effects, the present experiments will be
conducted at ϵ < 0.05, representing open-water conditions. When comparing to high-blockage studies,
corrections need to be applied to ensure consistent performance metrics.

1.3.9. Tank type and dimensions
The final dimensional parameter of table 1.1 concerns the test facility. Hydrokinetic turbines are mainly
studied in flume tanks (18 studies) and towing tanks (19 studies), with no clear preference. A single
study used a cavitation tunnel, but this is specific to cavitation research and outside the present scope.

Comparison of Flume and Towing Tanks
Flume tanks and towing tanks each have unique advantages and limitations, as highlighted by Gaurier
et al. (2015). Flume tanks generate flow by recirculating water past a stationary turbine, while towing
tanks create relative motion by towing the turbine through stationary water.
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The following key differences and considerations emerge from Gaurier et al. (2015):

• Flume tanks generally have higher turbulence levels due to recirculation, causing larger fluctua-
tions in torque and thrust measurements. In contrast, towing tanks tend to provide more uniform
flow conditions, but are subject to potential vibrations or disturbances from the towing carriage.

• Blockage is often more pronounced in flume tanks due to their smaller cross-sectional areas.
Towing tanks, with typically larger dimensions, experience less blockage effects, providing results
closer to open-water conditions. Recirculation tanks are more representative of real tidal currents,
but are often too small to scale with real-life conditions.

• Flume tanks allow for longer acquisition times, as the turbine remains stationary, while towing
tanks are constrained by the tank length, which limits the duration of steady-state measurements.

Despite these differences, bothmethods produced comparable results for key performance parameters,
such as power and thrust coefficients, when corrected for blockage and turbulence effects.

Tank depth is also critical, Kolekar et al. (2015) recommend at least 0.5R submergence from the tip to
the free surface and 1R clearance to the floor, giving a minimum depth of 3.5R.

1.4. Performance parameters
This section builds on table 1.1 by shifting from dimensional to performance parameters. Table 1.3
summarizes the reported values. The number of decimals per column reflects the original measurement
accuracy and the precision needed to distinguish between studies.

1.4.1. Power coefficient
The primary performance parameter for a HAHT is the power coefficient Cp, defined as the fraction
of available kinetic energy converted into mechanical power (Kumar et al. 2016), see equation 1.1.
Consequently, Cp provides insight into the turbine’s efficiency and is used as a performance metric.
The theoretical maximum efficiency for a confined turbine is widely known to be 59.3% according to
the Betz limit, although this limit can be exceeded in a confined environment, see chapter 2.

All values presented in table 1.3 correspond to the optimal Cp. As Cp depends on parameters such
as the tip-speed ratio (see section 1.4.3), the TSR values in table 1.3 indicate the conditions at which
maximum efficiency was obtained. Similarly, the reported flow velocity and Ct also correspond to this
operating condition. However, most studies considered a range of operating conditions, which is not
indicated in the table.

Figure 1.17: Power coefficients for different type of rotors (Kumar et al. 2016).

As illustrated in figure 1.17, horizontal-axis turbines are among the most efficient rotor types (Kumar
et al. 2016), operating at relatively high TSRs compared to alternatives. Their Cp curves exhibit the
typical peak at one TSR, with efficiency dropping at lower and higher values.
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The average maximum Cp from the model-scale tests is 0.39, over 30% below the Betz limit. The only
value above this is Ferraiuolo et al. (2024), explained by a 45% blockage ratio. At the lower end,
Farhoody et al. (2023) reports Cp = 0.21, likely prioritizing structural optimization, as the tests were
done for different pitch angles and in waves. Porter et al. (2020) shows similar reductions under wave
loading. Another example is Gambuzza et al. (2025), which achieved only Cp = 0.30 despite a detailed
design, reflecting its focus on passive pitch control. These cases highlight how design requirements
and test conditions can shape performance outcomes.

1.4.2. Thrust coefficient
The thrust coefficient Ct expresses the axial force on the rotor relative to the dynamic pressure of the
inflow (Manwell et al. 2009), see equation 1.2. Across the reviewed studies, the average value at
maximum Cp is 0.77. The thrust force is the axial force exerted by the fluid on the turbine rotor, which
can be measured experimentally using a force transducer. By rewriting formula 1.2, it can be seen
that the thrust force will mainly depend on the inflow velocity and the rotor swept area. The Ct value is
reported in fewer studies than the Cp value, which suggests that more studies are focused on energy
extraction efficiency rather than structural forces acting on the turbine.

It is not uncommon for the thrust coefficient to surpass one, see De Jesus Henriques et al. (2014) and
Guo et al. (2018) for example. According to actuator disc theory, an ideal turbine at the Betz limit yields
Ct = 1.0 in unconfined flow. However, higher values can occur in confined facilities, where pressure
build-up invalidates the simple dynamic pressure assumption.

1.4.3. Tip-Speed Ratio (TSR)
The tip-speed ratio (TSR) is defined as the ratio of blade tip velocity to free-stream velocity (Manwell et
al. 2009), see equation 1.3. It is a key parameter influencing both Cp and Ct, and turbines are typically
designed to maximize efficiency at a specific TSR.

In most experiments, TSR is the primary variable: Cp, Ct, thrust, and torque are plotted as functions of
TSR by varying either inflow velocity or the rotational speed of the rotor by applying a load to the shaft.

The average tip-speed ratio for which the turbine models in table 1.3 reach their maximum efficiency
is 5.1, with a range between 3.5 and 8.0, meaning the blade tip travels roughly five times the inflow
speed under optimal conditions. The wide range of optimal TSR values reflects differences in turbine
design, such as blade geometry or operating environments.

Figure 1.18: Maximum Cp values against their corresponding TSR values from the literature.

The TSR is consistently reported across all studies. Figure 1.18 presents the maximum Cp values
against their corresponding TSR values from the literature. More information on the structural implica-
tions are discussed further in section 1.4.7.
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1.4.4. Flow velocity
While TSR characterizes turbine efficiency across different rotational speeds, the inflow velocity U∞
directly determines the available kinetic energy and, consequently, the power output of the turbine.
The available power scales with the cube of velocity (Manwell et al. 2009):

Pavailable =
1

2
· ρ · A · U3

∞ (1.8)

where ρ is the water density and At the rotor swept area. Even small velocity changes therefore cause
large differences in performance.

Across experimental studies, the average inflow velocity at which optimal Cp was achieved is about
0.89m/s. Most tests, however, explored a wider range of velocities to map turbine behavior, but in
table 1.3 only the optimal points are summarized.

The flow velocities used in flume and towing experiments are not representative for real-world conditions
for which the turbines are designed. The results from these tests must be appropriately scaled to reflect
the velocities encountered in natural environments, such as tidal currents or river flows. Average flow
velocities for tidal currents, which have the greatest potential from hydrokinetic energy resources, range
between 1 m/s and 3 m/s (Yuce et al. 2015), with peaks of up to 5 m/s (Adcock et al. 2020).

Several studies apply Froude scaling to relate model and prototype velocities, ensuring gravitational
and free-surface effects are consistent. Equation 1.10 can be used to calculate the flow velocities to
use for experimental testing, by setting the Froude number of the the real-world scale turbine equal to
the Froude number of the model turbine:

Frmodel = Frreal−world =
Umodel√
g · Lmodel

=
Ureal−world√
g · Lreal−world

(1.9)

Where g is the gravitational acceleration, U∞ is the flow velocity and L is the characteristic length,
which is either the diameter of the turbine or the water depth for shallow water conditions in the case
of a turbine model test (see 1.4.5). Rewriting this leads to:

Umodel = Ureal−world ·

√
Lmodel

Lreal−world
(1.10)

Reported scaling factors from earlier studies are summarized in table 1.4. The average real world
representative turbine from this analysis is found to be 16 m.

Field measurements have demonstrated that tidal stream flow speeds vary with depth, creating a ver-
tically sheared flow profile (Greenwood et al. 2019), mainly influenced by seabed roughness (Horwitz
et al. 2017). Additionally, surface interactions, such as wind shear, can further reduce or increase flow
velocities near the free surface (Adcock et al. 2020).

Figure 1.19: Measured flow velocity profiles for a hydrokinetic turbine in a typical flow environment (Encarnacion et al. 2019).
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Table 1.4: Scaling factors with the average real life diameter.

Reference Scale Real life D
Draycott et al. 2019, Payne et al. 2017 15 18
Farhoody et al. 2023 6 7
Doman et al. 2015 20 15
Faudot et al. 2012 13.5 20
Galloway et al. 2014 20 16
Gaurier et al. 2013 20 18
Gaurier et al. 2015 20 14
Guo et al. 2018 25 20
Wang et al. 2007, Shi et al. 2016 50 20
Zhang et al. 2021 50 15
Watanabe et al. 2023 50 20
Allmark et al. 2020,
Ordonez-Sanchez et al. 2019, Ellis et al. 2018 20 18

Nuernberg et al. 2018 70 20
Porter et al. 2020 20 17
Seo et al. 2016 20 8
Slama et al. 2021 28 19
Song et al. 2012 11.43 8
Average 16.0

As the available kinetic energy flux scales with the cube of the flow speed (equation 1.8), the upper
regions of the water column typically contain the highest energy densities. This makes shallower tur-
bine submersion depths attractive to developers aiming to maximize energy capture. However, while
these upper layers offer greater energy potential, they also subject turbines to higher loading forces,
as structural loads scale with the square of the flow speed (Adcock et al. 2020). Furthermore, the
upper water column is influenced by wave- and current-induced velocity fluctuations, which increases
the likelihood of dynamic stall (Adcock et al. 2020). Figure 1.19 shows three characteristic velocity
profiles from site measurements, illustrating the influence of waves and currents as an example of a
flow in nature (Encarnacion et al. 2019). Greenwood et al. (2019) also provides flow velocity profiles
from real life measurements.

1.4.5. Froude number
The Froude number (Fr) is a dimensionless parameter describing the ratio of inertial to gravitational
forces in free-surface flows (Munson et al. 2012). It is particularly relevant in the study of hydroki-
netic turbines operating in free-surface flows, where gravity influences the velocity profile and wave
interactions:

Fr =
U∞√
gL

, (1.11)

with U∞ the inflow velocity, g gravitational acceleration, and L the characteristic length. The choice of
L depends on the study: some use water depth (Chamorro et al. 2013a; Luznik et al. 2013), others
turbine diameter (Watanabe et al. 2023). For surface wave tests, water depth is most appropriate
(Galloway et al. 2014). With deep-water conditions (Newman 1977), rotor diameter is commonly used
instead.

The average Froude number in the literature survey is found to be 0.37, indicating that most studies
operate in a subcritical flow condition (Fr < 1), where gravitational effects dominate (Munson et al.
2012). Since many studies did not report Fr, values were recalculated here using the same equation
(1.11) with rotor diameter as the characteristic length to ensure consistency.
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1.4.6. Reynolds number
The Reynolds number (Re) characterizes the ratio of inertial to viscous forces in the flow (Munson et
al. 2012):

Re =
ρ · V · L

µ
=

V · L
ν

(1.12)

where ρ is the density of the water, V is the characteristic flow velocity, L is the characteristic length, µ
is the dynamic viscosity of the fluid and ν is the kinematic viscosity.

There are two common choices for characteristic length in turbine design, the first being the chord
length typically taken at 75% blade length (local), and secondly the rotor radius (global). For a radius
based Reynolds number, the characteristic velocity will be the free-stream velocity U∞, whereas for a
chord based Reynolds number, it will be the relative velocity Urel. The equation for relative velocity is:

Urel =
√

U2
∞ + (Ω · r)2 (1.13)

whereΩ is the rotational speed and r the radial position (usually 0.75R). This means the relative velocity
experienced by the blade depends on both the inflow velocity and the rotational velocity of the blade.

Scaling
Reynolds number scaling is one of the most relevant scaling techniques for hydrokinetic turbines, as
it directly affects blade dynamics and flow separation. However, achieving Reynolds similarity is often
impractical in model-scale tests due to the high velocities required (Doman et al. 2015).

Effects on performance
The lift and drag coefficients are largely dependent on the Reynolds number, see Whelan et al. (2011),
where the performance is improved for larger Reynolds numbers (decreased drag and increased lift).
Because full-scale turbines operate at much higher Re, it is important that the results of testing are
representative of those expected for a full-scale tidal turbine (Draycott et al. 2019). It is therefore ad-
vantageous to operate in Reynolds independent conditions when performingmodel tests (Mason-Jones
et al. 2012), where Cp and Ct are stable with little changes in inflow velocity (Porter et al. 2020). While
the exact Reynolds independence threshold varies between designs (Munson et al. 2012), previous
studies provide useful guidelines. For a 0.828 m rotor, independence was reached at Re ≈ 5 × 105

(Porter et al. 2020), suggesting this as a practical benchmark for similar scales.

Although global Re (based on diameter and U∞) is useful for scaling, local chord-based Re is more
relevant for blade section hydrodynamics. Increasing inflow velocity helps achieve representative Re
and reduces scaling discrepancies.

1.4.7. Thrust and torque
Torque (Q) and thrust (T ) are the key loads governing turbine performance and structural behavior.
Torque is the moment generated by blade lift and drag, producing power through:

Pturbine = Q · Ω (1.14)

with Ω being the rotational rotor speed.

Thrust is the axial force from the flow on the rotor, arising from the lift and drag components aligned
with the inflow direction. It affects axial loading, structural stability, and wake development (Manwell et
al. 2009). The direction of the forces is visible in figure 1.20, which highlights how torque and thrust
can be measured with a transducer. On blade level, the torque and thrust direction are highlighted in
figure 1.7.

1.4.8. Blade root bending moment
The blade root bending moment represents the hydrodynamic loading moment at the blade root (Man-
well et al. 2009). It peaks near the root, where flapwise (thrust-driven) forces dominate over edgewise
(torque-driven) forces (figure 1.7 and 1.6). Only a few studies provide quantitative values, summarized
in table 1.3, where the first value represents the flapwise bending moment and the second value is the
edgewise bending moment. These indicate that flapwise moments scale primarily with inflow velocity,
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Figure 1.20: Torque and thrust transducer from Martinez et al. (2021).

while edgewise moments depend mainly on rotor speed. Waves can increase the blade loadings even
further as demonstrated by Galloway et al. (2014) and Draycott et al. (2019).

Direct measurement of bending moments requires specialized force transducers, which likely explains
why such data are scarce. These loads are mainly of interest for structural rather than performance
assessment.

1.5. Summary and research questions
Section 1.1.2 introduced the main research aim and highlighted specific gaps in the literature, such
as the limited understanding of wave-induced effects, the lack of structural data for 3D-printed blades,
and the absence of detailed turbine design documentation. The subsequent review in this chapter
provided a broader context, quantifying design and performance trends across 37 model-scale studies
and identifying recurring limitations.

From this review, several key patterns emerge. Most studies employed three-bladed rotors with an
average diameter of 0.68 m, typically using NACA 6-series or NREL S814 foils. Parameters such as
pitch, chord, and thickness were examined, along with hub and nacelle dimensions, blockage effects,
and tank size. Performance data showed an average maximum Cp of 0.39 and Ct of 0.79, typically at
tip-speed ratios between 3 and 7. These values provide realistic benchmarks for the design and testing
of the present turbine.

Scaling laws are a key limitation of model-scale testing. While Froude similarity is usually maintained to
capture free-surface effects, Reynolds similarity is rarely achieved because model tests operate below
the Reynolds-independence threshold. Structural data remain sparse: only 10 of 37 studies reported
torque or thrust values, and blade root bending moments were seldom measured. Together, these
findings emphasize the need for a model-scale turbine that not only achieves efficient hydrodynamic
performance, but also allows systematic evaluation of structural loads.

Research questions and thesis structure
The goal of this thesis is to design and experimentally validate a model-scale hydrokinetic turbine for
future experiments. The main research question is repeated here:

How can a model-scale hydrokinetic turbine be designed, constructed, and tested to ensure structural
integrity, cost-effectiveness, and compatibility with existing experimental studies while enabling

accurate performance evaluation for future research?

To address this main question, the following sub-questions are formulated:

1. What role can actuator disc theory and BEMT play in estimating turbine performance parameters,
and how can these predictions guide the design process?

2. How can the nacelle be designed to ensure mechanical stability, structural robustness, and prac-
tical integration with the measurement system, while remaining cost-effective and adaptable to
future testing needs?
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3. Which blade and hub design choices best balance structural integrity and hydrodynamic efficiency,
and what is their impact on turbine performance?

4. How can the constructed turbine blades and hub be tested and evaluated to validate structural
integrity and assess the accuracy of performance predictions, ensuring readiness for future ex-
periments?

The thesis is organized as follows. Chapter 1 reviews past model-scale turbine studies, defines ter-
minology, and compiles the dimensional and performance parameters used later. It then formulates
the research question, approach, and design requirements. Then chapter 2 develops the actuator disc
and momentum theory framework for hydrokinetic turbines, describes the Python implementation, com-
pares it to reference data, and validates QBlade. It ends with defining motor and sensor requirements.
Chapter 3 describes the sensor and motor integration, cost constraints, nacelle design, and prelimi-
nary structural checks. Chapter 4 specifies the hub interface, blade geometry and design iterations,
presents performance predictions based on this and introduces the wave inflow theory used later. It
also presents structural experiments performed on the 3D printed blade. Chapter 5 describes the ex-
perimental procedure and results. It start with describing the facility, model and instrumentation, control
protocol, and data processing. Then it presents the results under steady current and wave conditions,
including the tip deflection observations. Afterwards, the main findings are discussed and evaluated.
Finally, the conclusion chapter answers the research question and outlines recommendations for future
work.

1.6. Design requirements and dimensioning
Based on the literature review, key parameters for the turbine can now be defined. These form the
basis for performance predictions using actuator disc theory and allow early specification of nacelle
components. This ensures that the detailed design can proceed while waiting for certain parts to be
delivered.

1.6.1. Design requirements
The goal is to design a model-scale HAHT that operates under both steady and wave conditions, while
remaining adaptable for future tests and comparable to past research. The design is subject to require-
ments grouped by performance, structural, and experimental criteria. These serve as references for
decision-making throughout the design process and are numbered for later use.

Performance requirements
Previous studies reported an average optimal TSR of 5.1 (section 1.4.3), with most turbines operating
between 3 and 7. This range is therefore adopted here, with the lower bound also supported by recent
tests on large 3D-printed blades by Lande-Sudall et al. (2023), who had an optimal TSR of 3.5. Within
this range, the target efficiency is set to Cp > 0.35 and Ct > 0.7, to be at least within 10% of the optimal
performance of literature averages. To ensure scalability, the turbine should operate in a regime of
global Reynolds number independence (Re ≥ 5 × 105, see section 1.4.6), while maximizing local
Reynolds numbers where possible.

1.1 The turbine must operate optimally at a TSR between 3 and 7.
1.2 The target power coefficient (Cp) should exceed 0.35.
1.3 The target thrust coefficient (Ct) should exceed 0.7.
1.4 The turbine must operate in a regime where (global) Reynolds number independence is achieved.

Structural requirements
The blades will be manufactured using 3D printing to allow rapid, low-cost prototyping and replacement.
Sufficient stiffness is required to prevent excessive deformation and ensure consistent hydrodynamic
behavior. The blades must be detachable and feature an adjustable pitch mechanism for testing flex-
ibility. The nacelle must be watertight to protect drivetrain and instrumentation, and both nacelle and
tower must withstand operational loads without significant pitch or yaw motion. Compatibility with the
TU Delft towing carriage and mounting interface is also required.

2.1 The turbine blades must be 3D-printed and must not fail under expected operational loads.
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2.2 Blade deformation should stay within acceptable limits to maintain consistent hydrodynamic be-
havior.

2.3 The hub must allow for easy detachment and replacement of the blades.
2.4 The blade pitch must be adjustable to accommodate various test conditions.
2.5 The nacelle must be watertight to protect internal drivetrain and instrumentation.
2.6 The tower and nacelle must be able to withstand forces with minimal movement.
2.7 The turbine must be compatible with the TU Delft towing carriage and mounting interface.

Measurement and experimental requirements
The turbine must allow accurate measurement of torque and rotational speed, enabling determination
of Cp and TSR. Thrust is less critical and may initially be omitted to save costs, or measured indirectly
using existing equipment. The drivetrain must provide speed control across the full operating range.
Blockage must remain below 5% (section 1.3.8). Finally, the system must mount rigidly to the TU Delft
towing carriage for repeatable testing.

3.1 The system must allow accurate torque measurement and, if within budget, thrust as well.
3.2 Rotational speed must be measurable with sufficient precision.
3.3 The drivetrain must support speed control over the full range to maintain the desired TSR.
3.4 The blockage ratio in the tank must remain below 5%.

1.6.2. Dimensioning
With the design requirements established, the next step is to define the main dimensional and opera-
tional parameters: rotor diameter, number of blades, inflow velocity, and tip-speed ratio. These govern
hydrodynamic forces, structural loading, power output, and are needed as the inputs for early perfor-
mance predictions using actuator disc theory and BEMT. They also specify drivetrain components that
must be ordered in advance due to long delivery times.

Number of Blades
The number of blades is a fundamental design choice, influencing turbine performance, wake structure,
and structural loading. Based on the literature review (section 1.3.1), a three-bladed rotor is selected
for this design.

Three blades are the most commonly used configuration in hydrokinetic turbine research (table 1.1),
ensuring alignment with previous studies. This amount provides a good balance between efficiency
and mechanical smoothness by reducing torque ripples compared to two-bladed rotors, while avoiding
the complexity and increased loading of four or more blades. Balanced shaft loading also enhances
stability during torque and thrust measurements, which is important for experimental reliability.

Reported performance for three-bladed turbines typically yields Cp values between 0.30 and 0.50 (ta-
ble 1.1, figure 1.18), aligning with the target efficiency of this design. While additional blades can
further reduce bending moments on individual blades, they also introduce higher costs and manufac-
turing complexity. Two-bladed rotors, though simpler, often experience greater unsteady loading and
torque fluctuations.

Finally, the use of 3D printing lowers production cost and allows flexibility in blade replacement, reducing
the penalty of testing alternative blade numbers. Nevertheless, a three-bladed rotor provides the most
suitable compromise between performance, structural integrity, comparability with past research, and
practical feasibility.

Rotor diameter selection
Rotor diameter is the next critical design choice, as it governs power output, hydrodynamic forces,
structural loading, and experimental feasibility. Based on the literature review and the TU Delft towing
tank constraints, several factors are considered.

Frommomentum theory, power and thrust scale withR2, while torque scales withR3. A larger diameter
therefore increases energy capture but also structural loads, which is a concern for 3D-printed blades.
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Blockage effects further constrain the design: with a towing tank depth of 2.3m and cross-sectional area
A = 9.71m2, the 5% blockage criterion limits the rotor to about 0.78m. Figure (1.21) is provided, where
the intersection between the dashes lines gives a point that lies in the middle of what other researchers
have done in towing tank experiments. The vertical dashed line represents the maximum allowable
diameter based on the 5% blockage threshold. The horizontal line represents the cross-sectional area
of the towing tank.

Figure 1.21: Maximum diameter based on cross-sectional area and maximum blockage ratio of 5%.

Structurally, longer blades produce higher bending moments and potential deformation. While 3D print-
ing allows rapid prototyping and modularity, stiffness imposes an upper limit. This effect will be verified
experimentally, but for now maximizing rotor diameter within blockage limits follows common practice
(Guo et al. 2018).

Facility constraints are also relevant. Adequate clearance must be maintained, at least one radius
above the bottom and half a radius below the free surface (Kolekar et al. 2015). With a 0.74m rotor,
this requirement is satisfied without approaching tank limits. When testing with waves waves in the
future, the submergence depth might change.

The rotor diameter affects the global Reynolds number directly, which is a key parameter for achieving
Reynolds number independence (see 1.4.6). A larger diameter will also indirectly increase the local
Reynolds number, by enlarging the chord length. The target of Re > 5 ·105 can be met for this diameter
range as discussed in section 1.4.6, depending also on the inflow velocity. To reach the Reynolds
independence based on global Reynolds number, the inflow velocity will have to be at least 0.68 m/s
for a diameter of 0.74 m.

In summary, a rotor diameter of 0.74m is selected. This value balances performance potential, Reynolds
similarity, and structural feasibility while keeping the blockage ratio at 4.4% for maximum tank depth,
comfortably below the 5% threshold.

Hub diameter and nacelle length
The hub diameter must balance internal space for drivetrain components (shaft, motor, torque sensor,
and wiring) with minimal efficiency loss from increased blockage. Oversizing reduces the effective
swept area, while undersizing compromises structural strength. Literature values for similar rotor sizes
range from approximately 0.05-0.13m, averaging about 0.10m (see figure 1.9a), which is therefore the
target range.

Small variations in hub size have little effect on performance, since the root region contributes minimally
to thrust and torque (sections 1.3.6 and 1.3.7). Structural integrity is the main criterion here, rather than
hydrodynamics. Once the hub diameter is finalized, the strength and structural behavior of the hub-
blade assembly will be validated to ensure safe and stable operation under expected loading conditions.
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The nacelle length is dictated by internal mechanics and component layout, with little impact on turbine
efficiency. Previous studies show no clear trend (figure 1.9b), though most remain below 1m. A nacelle
shorter than this is preferred to reduce forces on the strut and material use.

Flow velocity
The inflow velocity sets the available kinetic power and directly influences Reynolds number, turbine
loading, and performance (Pavailable ∝ U3

∞). Small changes in velocity therefore have a large effect on
thrust, torque, and power.

Using Froude scaling with a representative full-scale diameter of 16m (average from table 1.4) and the
present rotor of 0.74mgives a scale factor of 21.5. This corresponds to model velocities of 0.22-1.08m/s
for real-world currents of 1-5m/s (section 1.4.4). Figure 1.22 shows the relation between the velocities
on full scale compared to the velocities at model-scale, for different turbine sizes.

Figure 1.22: Comparison between real-world and model-scale velocities for different turbine sizes.

These inflow velocities align with the literature, where most studies tested between 0.4 and 1.2m/s.
For this design, a range of 0.5-1.0m/s is chosen. This is representative of real-world currents of 2.3-
4.6m/s, matches literature practice, and remains feasible for TU Delft’s facility. It also avoids excessive
hydrodynamic loads on 3D-printed blades.

The BEMT analysis in combination with experimental testing of the blades will determine what will be
the maximum allowable speed from a structural point of view. Going lower in minimum inflow velocity
is still possible based on this analysis, but the Reynolds number will then become increasingly lower
as will become clear later on.

Tip-speed ratio
The turbine will be optimized for a TSR of 5.0, ensuring that geometry and loading conditions fall within
experimentally validated regions, and aligning with previous research (see section 1.4.3). For varying
inflow velocities, this implies adjusting the rotational speed to maintain desired TSR. A broader test
range of TSR between 3 and 7 will also be explored to characterize off-design performance and possible
mismatches between the predictions and the experimental outcomes. Figure 1.23 shows the different
rotational speeds that can be expected for the turbine, for the different flow velocities and tip-speed
ratios that will be investigated.

Selecting a TSR of 5 balances efficiency and structural loading. Higher TSRs reduce inflow angles and
allow thinner blade profiles, but increase centrifugal loads. Lower TSRs increase torque and angle of
attack, raising the risk of dynamic stall. If in the end the blade turns out to be too thin for a TSR of
5, lowering the optimal TSR could help design a thicker blade, while still being efficient for a different
optimal TSR.
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Figure 1.23: Relation between rotational speed and tip-speed ratio of a 0.74 m diameter rotor.

Summary
Below is a summary of the key design parameters from this chapter, which form the basis for further
turbine development and component selection. Some of the values may still change during the design
process. An additional column has been added showing linearly scaled full-scale values using a scale
factor of 21.5. While parameters such as (hub) diameter and nacelle length are scaled geometrically,
these values are only indicative and may not reflect practical real-world dimensions.

Table 1.5: Summary of main design parameters

Parameter Model value Full-scale value (scale: 21.5)
Number of blades 3 3
Rotor diameter D 0.74m 16m
Blockage ratio 4.4% -
Hub diameter aim ∼ 0.10m ∼ 2.15m
Nacelle length aim < 1m < 21.5m
Inflow velocity U∞ 0.5− 1.0m/s 2.3− 4.6m/s
Design tip-speed ratio TSR 5.0 5.0
Operating TSR range 3.0− 7.0 3.0− 7.0
Target power coefficient Cp > 0.35 > 0.35
Target thrust coefficient Ct > 0.70 > 0.70
Reynolds number (global) > 5 · 105 > 1.1 · 107
Blade material 3D print Composite / Steel
Pitch control Manually adjustable Active pitch control
Compatibility TU Delft towing tank Real-world deployment



2
Performance prediction

After evaluating the existing literature on hydrokinetic turbines, this chapter introduces performance
prediction methods. First, the working principles of a hydrokinetic turbine are examined using actuator
disc theory, providing initial estimates of thrust and torque. These results are then refined with Blade
Element Momentum Theory (BEMT), which accounts for the actual blade geometry. Together, these
methods guide the preliminary turbine design by predicting the main forces acting on the rotor. This
chapter will answer the following research question:

What role can actuator disc theory and BEMT play in estimating turbine performance parameters, and
how can these predictions guide the design process?

2.1. Actuator disc theory
One of the most widely used simplified approaches to describe the behavior of axial-flow turbines is
the actuator disc theory. In this model, the turbine rotor is idealized as a uniformly loaded, porous
disc that imposes a distributed resistance to the incoming flow (Chen et al. 2019). It assumes steady,
incompressible, inviscid flow with no drag, an infinite number of blades, uniform thrust, a non-rotating
wake, and equal static pressure far upstream and downstream (Manwell et al. 2009). Although first
developed for wind turbines, the same principles apply to hydrokinetic turbines, with adaptations for
confinement and free-surface effects (Garrett et al. 2007).

Figure 2.1 illustrates the control volume associated with actuator disc theory. It shows a streamtube
passing through the disc, with also showing flow velocity and pressure changes across the disc plane.
The incoming velocity U∞ slows down to UD at the disc and further to Uw in the wake. This reduction
in velocity forms the basis for deriving thrust, power, and efficiency using conservation of mass and
momentum.

Figure 2.1: Velocity and pressure distribution across an actuator disc (Burton et al. 2011).
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The following analysis follows the explanation of Burton et al. 2011. Firstly, continuity can be applied
assuming constant density, giving:

ρADUD = ρA∞U∞ = ρAwUw

From the continuity equation, it follows that the mass flow rate is constant through the stream tube.
To determine how pressure changes relate to velocity changes, Bernoulli’s equation is applied to the
control volume, upstream and downstream of the actuator disc (but not across it, since energy is ex-
tracted):

p∞ +
1

2
ρU2

∞ = p+D +
1

2
ρU2

D (1)

p∞ +
1

2
ρU2

w = p−D +
1

2
ρU2

D (2)

Subtracting (2) from (1) then gives the pressure jump across the disc:

(p+D − p−D) =
1

2
ρ(U2

∞ − U2
w) (3)

The pressure difference across the disc produces a net thrust force, which can be expressed either
from the pressure difference over the disc area (Newton’s second law) or from the momentum change
across the control volume:

T = (p+D − p−D)A =
1

2
ρA(U2

∞ − U2
w) (4)

Using momentum theory, thrust is also related to the change in velocity, where ṁ represents the mass
flow rate in kg/s:

T = ṁ(U∞ − Uw) = ρADUD(U∞ − Uw) (5)

Equation (4) and (5) are explained in Manwell et al. 2009, combining these two equations leads to:

UD =
1

2
(U∞ + Uw) (6)

This equation demonstrates that the velocity at the rotor plane, UD, lies exactly halfway between the
upstream velocity U∞ and the far-wake velocity Uw. This motivates the definition of the axial induc-
tion factor a, which quantifies the flow reduction at the disc and enables the derivation of performance
parameters such as the power and thrust coefficients, including the theoretical maximum power coeffi-
cient known as the Betz limit. From equation (6), the far-wake velocity can be expressed in terms of a
and the inflow velocity:

UD = U∞(1− a) ⇒ Uw = U∞(1− 2a) (7)

Substituting this into the power expression using equation (5) and (7), gives the absolute power:

P = T · UD = 2ρAU3
∞a(1− a)2 (8)

Normalizing this by the available power, the power coefficient can be defined as:

Cp =
P

1
2ρAU3

∞
= 4a(1− a)2 (2.1)

Taking the derivative of this equation with respect to the axial induction factor and setting this to zero
to gain the maximum value, 1

3 is found as a solution. Filling this in gives:

Cp =
16

27
= 0.593

This represents the theoretical maximum efficiency of an ideal turbine in an unbounded flow and is
well-known as the Lanchester-Betz limit. This limit will in practice never be reached due to rotation of
the wake behind the rotor, finite number of blades with tip losses and non-zero drag values (Manwell
et al. 2009).
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The thrust coefficient can also be defined as a function of the axial induction factor:

Ct =
Thrust
1
2ρU

2
∞A

= 4a(1− a) (2.2)

Figure 2.2 shows the variation of CP and CT with axial induction factor a. The model is valid for
a ≤ 0.5; beyond this, the model is not valid anymore due to wake effects and non-physical predictions.
Corrections such as the Glauert model are then required (Burton et al. 2011). In practice, this limit is
not restrictive, since maximum power output occurs at a = 1

3 .

Figure 2.2: Variation of CP and CT with axial induction factor a. (Burton et al. 2011)

2.2. Angular momentum theory
The actuator disc model does not account for rotor-induced swirl, and therefore cannot predict torque.
To account for rotational effects in an axial-flow turbine, the one-dimensional momentum theory is
extended with angular momentum theory in Burton et al. (2011). This addition introduces the angular
induction factor a′, which accounts for the rotational velocity imparted to the flow due to the rotor blades.
The relation between a and a′ can be expressed as follows according to Manwell et al. (2009), it only
holds for maximum power in each angular ring:

a′ =
1− 3a

4a− 1
(2.3)

The angular momentum theory evaluates the change in angular momentum across an annular ring at
radius r, through which mass flows with a certain swirl induced by the turbine. The torque δQ generated
by a differential element then follows from conservation of angular momentum:

δQ = 2πrδrρU∞(1− a) · 2a′r2Ω (2.4)

Similarly, the axial thrust acting on the same annulus is given by:

δT = 2πrδrρU2
∞(1− a) · 2a (2.5)

These expressions assume steady, inviscid, axisymmetric flow and neglect viscous losses and wake
rotation. In this thesis, they are implemented in a custom Python model to estimate local thrust and
torque distributions along the blade (see Appendix B). By integrating these quantities over the span,
global loads and performance can be obtained, providing a first-order prediction of turbine behavior.
This approach enables rapid estimation of thrust, torque, and power across a range of tip-speed ra-
tios, even before detailed blade geometry is defined. The corresponding ideal power output is then
calculated as:

P = Q · Ω (2.6)
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2.3. Hydrokinetic turbine differences
Although actuator disc theory was originally developed for wind turbines, its principles are frequently
applied to hydrokinetic turbines as well. Water’s density is about 800 times greater than that of air, so
small turbines can generate comparable amounts of energy as larger wind turbines (Yuce et al. 2015).
Flow conditions are also often more unsteady due to wave-current interactions, leading to fluctuating
loads and possible dynamic stall (Polagye et al. 2010, Adcock et al. 2020).

A more fundamental limitation of classical actuator disc theory is that it assumes operation in an un-
bounded flow. In reality, hydrokinetic turbines often operate in confined environments such as rivers,
tidal channels, or laboratory flumes, where the flow cannot expand freely around the rotor. This in-
troduces blockage effects (see chapter 1.3.8). For blockage ratios above about 5%, corrections are
needed since confinement alters local velocities and increases the theoretical maximum power extrac-
tion.

To address this, Garrett et al. (2007) introduced a modified actuator disc formulation that accounts for
blockage. The power coefficient Cp becomes:

Cp =
16
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(1−B)−2 (2.7)

This results in an increased power coefficient for an increasing blockage ratio. More advanced frame-
works for tidal channels have been suggested by for example Vennell (2013) and Chen et al. (2019).
Additionally, Bahaj et al. (2007) proposed a method for correcting confined test results to equivalent
free-stream values, enabling better comparison across experimental setups and theoretical models.

These extensions highlight the limitations of the classical actuator disc model in realistic or confined
environments. However, for model-scale blade design under controlled, low-blockage conditions, it
remains a useful first approximation. In this thesis, blockage corrections are not included in the Python
model (Appendix B), sincemost approaches focus on power only and reliable formulations for thrust and
torque are lacking. Consequently, the presented model is only intended for low-blockage conditions.
For configurations with higher blockage ratios, the predicted performance might underestimate the true
energy extraction potential.

2.4. Implementation into Python
Using actuator disc and angular momentum theory, the ideal performance of a hydrokinetic turbine can
be estimated with a simplified Python model that predicts thrust, torque, and power from first principles.

2.4.1. Induction factors
The axial induction factor a and tangential induction factor a′ are required to compute thrust and torque
along the blade span using equations 2.4 and 2.5.

Table 2.1: Axial induction factor a and maximum power coefficient CP,max from Manwell et al. (2009).

TSR a CP,max

0.5 0.2983 0.289
1.0 0.3170 0.416
1.5 0.3245 0.477
2.0 0.3279 0.511
2.5 0.3297 0.533
5.0 0.3324 0.570
7.5 0.3329 0.581
10.0 0.3330 0.585

To obtain continuous estimates of the optimal axial induction factor a and the corresponding maximum
power coefficient CP,max, a rational (multiple polynomial functions) curve fitting approach was applied
to the dataset in table 2.1, originally presented in Manwell et al. (2009). It shows the optimal a values



2.4. Implementation into Python 31

corresponding to different tip-speed ratios. The same function was used for both quantities:

f(TSR) = a+
b

TSR+ c
+

d

(TSR+ c)2
(2.8)

The fitted parameters for each case are:

• For a2(TSR): a = 0.3324, b = 0.0123, c = 0.7415, d = −0.0679

• For CP,max(TSR): a = 0.5901, b = 0.0141, c = 1.1166, d = −0.8097

Figure 2.3 shows the resulting curves, which are used to provide continuous estimates at different
tip-speed ratios.

Figure 2.3: Fitted curve of axial induction factor a and Cp as a function of TSR.

The tangential induction factor a′ is then obtained from a using equation 2.3. Figure 2.4 shows the
resulting spanwise distributions of a and a′ for a rotor with R = 0.74 m, hub diameter Dhub = 0.12 m,
and a tip-speed ratio of TSR = 5. A tip loss correction (section 2.5.5) is applied in figure 2.4b, which
reduces a and a′ to zero at the blade tip, lowering the predicted torque and thrust. The only additional
input needed is the number of blades.

(a)Without tip loss correction (b)With tip loss correction

Figure 2.4: Axial and tangential induction factors along the blade span for R = 0.74 m, Dhub = 0.12 m, TSR = 5.

2.4.2. Implementation
The rotor blade is discretized into annular elements, and the local torque and thrust are computed using
equations 2.4 and 2.5. Summing over the span gives:

Q =
∑

δQ =
∑

4πρU∞(1− a)a′r3Ωδr (2.9)

T =
∑

δT =
∑

4πρU2
∞(1− a)a r δr (2.10)
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The extracted power follows from equation 2.6, and the power coefficient from equation 2.1. The Python
implementation (Appendix B) includes hub diameter, which is excluded from load generation since no
lift or drag occurs there. If not specified, hub size can be estimated from literature values (table 1.1,
fig. 1.9a). The other required input parameters are rotor diameter, inflow velocity, tip-speed ratio, and
water density. Based on these fundamental parameters, the model provides a first-order estimate of
rotor performance, later compared to BEMT predictions and experimental data.

2.4.3. Comparing results to model-scale tests
This section compares Python-calculated torque and thrust to literature values, using the same inflow
velocity and tip-speed ratio conditions (table 1.3). Only ten studies reported explicit torque or thrust
measurements. Studies that only reported Ct and Cp values, without directly listing thrust or torque,
are excluded from this comparison.

Because actuator disc theory neglects wake rotation and viscous losses, its torque and thrust pre-
dictions are generally expected to exceed experimental values. This trend holds for most cases in
table 2.2, although a few studies report measured values that exceed the actuator disc predictions.
Several factors may contribute to these discrepancies.

A likely explanation is the absence of blockage correction in the Python model. This appears to be
the case for Payne et al. (2017), whose experimental values exceed the theoretical predictions. Their
estimated blockage of at least 16% is well above the 5% threshold (see 1.3.8). Similarly, Galloway et
al. (2014) did not apply blockage correction despite operating at 7% blockage, which likely explains
the torque overprediction in their data. The measurement data in this cases comes from Galloway et
al. (2010).

Guo et al. (2018) reported slightly higher thrust than actuator disc predictions, possibly due to wave
effects or measurement error. The strongly deviating results of Farhoody et al. (2023) likely stem from
measurement error, as the data deviates more strongly than other studies.

Equation 2.11 can be used to check the results, where the ratio between the measured Cp and the
theoretical Cp from actuator disc theory is computed. Multiplying this ratio by the predicted actuator
disc torque provides a corrected estimate of the experimental torque that aligns within 10% for most
cases.

Qextimated =
Cp,measured

Cp,theoretical
·Qactuator disc (2.11)

This method relies on the direct relationship between torque and power, as described in equation 2.6.
While it is not useful in the design phase, sinceCp is unknown, it provides a valuable check for validation.
Deviations mainly reflect the fact that actuator disc theory assumes ideal energy extraction, while in
practice additional losses reduce the measured power. Experimental uncertainties may also contribute.

Table 2.2: Comparison of experimental and Python-calculated (P) thrust and torque values. Experimental values are rounded
to the precision of the source; some were digitized from graphs and may be less accurate. Python values are rounded to two

decimals. TL indicates inclusion of the tip loss factor; Cp values also account for tip losses.

Article T (ex) Q (ex) T (P) Q (P) T (P,TL) Q (P,TL) Cp(ex) Cp(P)
Chen et al. 2017b 5 0.17 9.66 0.26 8.45 0.23 0.31 0.44
Payne et al. 2017 385 18 325.48 17.43 302.55 16.19 0.50 0.49
Farhoody et al. 2023 70 5.8 438.91 21.34 409.01 19.82 0.21 0.48
Doman et al. 2015 84 6.8 190.17 12.89 167.45 11.37 0.29 0.42
Faudot et al. 2012 320 17 330.31 21.06 307.57 19.57 0.43 0.48
Galloway et al. 2014 135 8.0 174.05 6.99 160.47 6.46 0.5 0.476
Luznik et al. 2013 - 0.44 25.25 0.64 23.12 0.59 0.38 0.470
Allmark et al. 2020 250 15 274.43 21.71 242.56 19.20 0.38 0.476
Lande-Sudall et al. 2023 - 2.9 59.87 3.74 52.85 3.30 0.40 0.476
Guo et al. 2018 110 3.5 101.30 4.21 93.26 3.89 0.44 0.485
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Table 2.2 presents the results from the actuator disc model both with and without the tip loss correction
applied. As expected, including tip loss lowers predictions and brings them closer to experiments. The
studies of Payne et al. (2017), Galloway et al. (2014), and Farhoody et al. (2023) are excluded from
the final comparison due to high blockage or questionable data.

Considering only the remaining studies, torque predictions overestimate experiments by 43.7% without
tip loss correction and 29.2% with correction. For thrust, the deviations are 44.9% and 27.9%, respec-
tively. This confirms that tip loss correction improves accuracy, and it will therefore be applied in all
subsequent predictions.

The largest deviations between experimental results and momentum theory predictions occur at low
power coefficients (Cp). This is expected, as momentum theory does not account for blade character-
istics and is derived for peak efficiency conditions. The extended actuator disc model, which includes
the tangential induction factor a′, is based on maximum power extraction (see equation 2.3), limiting its
accuracy to a single design tip-speed ratio. As a result, the model performs well near peak efficiency,
but becomes less accurate under off-design conditions or when predicting maximum loads.

At high loading, the theory often underpredicts thrust, as it cannot capture boundary layer effects, sepa-
ration, or radial pressure gradients (Burton et al. 2011). For highly loaded turbines (a > 0.5), momentum
theory becomes invalid due to breakdown of one-dimensional assumptions and wake reversal (Manwell
et al. 2009).

Figure 2.5: Comparison of the actuator disc values with the measured values. The cross-signs are the measured values, and
the squares the actuator disc values.

Figure 2.5 illustrates the results. In most cases actuator disc predictions exceed measured values, as
expected, with deviations explained above. Additional assumptions were required for hub size, since it
was not always reported. Estimates were 0.1m for Chen et al. (2017b) and Luznik et al. (2013), 0.25m
for Faudot et al. (2012), and 0.15m for Galloway et al. (2014). For Allmark et al. (2020), who tested in
multiple facilities, the dataset from the CNR-INM tank with the highest measured Cp was selected.

Overall, the results align with theoretical expectations, with deviations explained by the factors above.
The actuator disc model offers rapid estimates of thrust and torque from a few basic inputs (blade
number, rotor and hub diameter, inflow velocity, tip-speed ratio). Greater accuracy would require blade-
specific lift and drag data, but this would increase complexity and computational cost. Section 2.6.6
compares these results to BEMT, which incorporates detailed blade geometry and flow.

Figure 2.6 also illustrates the distribution of thrust and torque along the blade span. Although the details
would differ for a real turbine with defined foil geometry, the general pattern is clear. Contributions rise
with distance from the hub and decrease near the tip due to tip losses. This supports the reasoning in
sections 1.3.6 and 1.3.7, where it is shown that structural strength is typically prioritized near the hub,
while hydrodynamic performance is favored near the tip.
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Figure 2.6: Spanwise distribution forces for a 0.74 m rotor with 0.12 m hub diameter, with a incoming flow velocity of 0.75 m/s
and a TSR of 5.

2.5. Momentum theory vs Blade Element Momentum Theory
Blade Element Momentum Theory (BEMT) combines momentum theory with blade element theory,
incorporating lift and drag on individual blade sections. This enables more accurate predictions of local
forces, power output, and induced velocities along the span. The formulation described here is derived
directly from Burton et al. (2011) and builds upon the actuator disc theory previously introduced.

2.5.1. Relative velocity and angle of attack
In the section on Reynolds (1.4.6), the relative velocity was introduced as:

Urel =
√

U2
∞ + (Ωr)2 (2.12)

This expression represents the undisturbed geometric relative velocity experienced by a blade element
at radius r. However, In BEMT, induction effects modify this velocity: the axial factor a reduces the axial
component, and the tangential factor a′ increases the swirl. The presence of induction alters the local
inflow, and the true (induced) relative velocity experienced by the blade becomes:

Urel,ind = W =
√
(U∞(1− a))2 + (Ωr(1 + a′))2 (2.13)

This effective relative velocity forms the basis for calculating the local hydrodynamic forces. The angle
ϕ describes the direction of the incoming flow relative to the rotor plane for each blade element:

tanϕ =
U∞(1− a)

rΩ(1 + a′)
(2.14)

From this, the corresponding trigonometric relations are:

sinϕ =
U∞(1− a)

W
and cosϕ =

rΩ(1 + a′)

W
(2.15)

The angle of attack α experienced by the local foil is determined by subtracting the local blade pitch
angle β from the inflow angle (see figure 1.7):

α = ϕ− β (2.16)

From α, the lift and drag coefficients CL(α) and CD(α) are obtained. These coefficients are typically
obtained from experimental foil measurements or tabulated data. In this project, these are provided by
QBlade, which computes CL and CD for different angles of attack, using its built-in XFoil module.
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2.5.2. Momentum theory component
The expressions for the differential thrust and torque derived in the actuator disc theory section (see
equations 2.9 and 2.10) are retained in BEMT:

δT = 4πrρU2
∞a(1− a) δr (2.17)

δQ = 4πr3ρU∞Ωa′(1− a) δr (2.18)

These momentum-based expressions are then matched with blade element theory, which will be ex-
plained next, allowing the induction factors a and a′ to be solved consistently.

2.5.3. Blade element theory component
From two-dimensional foil theory, the lift and drag per unit span are:

L =
1

2
ρW 2cCL (2.19)

D =
1

2
ρW 2cCD (2.20)

Where W is the true relative velocity, c is the local chord length, and CL and CD are the lift and drag
coefficients corresponding to the local angle of attack.

A key assumption of BEMT is that each blade element acts independently, experiencing hydrodynamic
forces equivalent to those on an identical, isolated foil in steady, two-dimensional flow at the same
angle of attack. This implies that three-dimensional flow effects are neglected. Similarly, the flow
through each annular control volume (annulus) is assumed to be influenced only by the forces within
that annulus, with no radial interaction between adjacent elements. While this condition holds strictly
only if the axial induction factor is constant along the span, experimental studies by Lock (1924) showed
that the assumption of radial independence provides acceptable accuracy in practice.

Under these assumptions, the sectional lift and drag forces can be directly projected into an axial
component opposing the incoming flow and a tangential component driving rotor rotation:

Fx = L cosϕ+D sinϕ (2.21)
Fθ = L sinϕ−D cosϕ (2.22)

The total axial thrust and torque generated by all N blades in an annular element of width δr, using
blade element theory:

δT = N · Fx · δr =
1

2
ρW 2Nc(CL cosϕ+ CD sinϕ) δr (2.23)

δQ = N · Fθ · r · δr =
1

2
ρW 2Nc(CL sinϕ− CD cosϕ)r δr (2.24)

The differential power extracted by an annular blade element is given by:

δP = Ω δQ (2.25)

Summing all elements gives the total power and the power coefficient Cp.

2.5.4. The Blade Element Momentum Theory (BEMT)
BEMT is formed by combining the two previously described approaches: momentum theory and blade
element theory. Momentum theory relates the rotor’s effect on the flow field to global force expressions,
while blade element theory models the local forces acting on individual blade sections based on their
geometry and foil characteristics.

By equating thrust and torque from both approaches, the induction factors a and a′ (unknowns in mo-
mentum theory) are related to the blade geometry and hydrodynamic properties (c, ϕ, CL, CD). Solving
these equations for each annular section yields the local flow and forces acting on the rotor. Equating
axial and tangential force expressions gives:
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1

2
ρW 2Nc(CL cosϕ+ CD sinϕ) = 4πrρU2

∞a(1− a) (2.26)

1

2
ρW 2Nc(CL sinϕ− CD cosϕ)r = 4πr3ρU∞Ωa′(1− a) (2.27)

These nonlinear equations are solved iteratively for a and a′, after which thrust, torque, and power can
be integrated over the span. To simplify the equations, they are often expressed non-dimensionally
using the local blade solidity σ (equation 1.4), yielding:

a

1− a
=

σ(CL cosϕ+ CD sinϕ)

4 sin2 ϕ
(2.28)

a′

1 + a′
=

σ(CL sinϕ− CD cosϕ)

4 sinϕ cosϕ
(2.29)

These equations provide a direct relationship between the local flow conditions (via ϕ, see equation
2.14), the blade geometry (via σ, see 1.4), and the hydrodynamic response of the foil (via CL and CD,
see 2.19), forming the mathematical core of BEMT. Since both a and a′ appear implicitly (through their
effect on ϕ andW ), these equations must be solved iteratively. The solution typically begins with initial
guesses for a and a′, after which ϕ and α are computed, followed by the corresponding CL andCD. The
induction factors are then updated, and the process is repeated until the values of a and a′ converge
within a specified tolerance.

2.5.5. Tip Loss Correction
To account for the reduced hydrodynamic loading near the blade tip due to the finite number of blades,
Prandtl introduced the first tip loss correction factor (Prandtl 1921). Glauert (1935) later reformulated
this correction into a more numerically convenient form, which has become the standard in modern
BEMT implementations. In this thesis, the formulation will be referred to as Glauert’s correction, al-
though in the literature it is often still called the Prandtl tip loss. The factor F is given by:

F =
2

π
cos−1

(
e

−N(R−r)
2r sinϕ

)
(2.30)

Where N is the number of blades, R the rotor radius, r the radial location, and ϕ the inflow angle. The
tip loss factor modifies the momentum equations as (Zhong et al. 2024; Burton et al. 2011):

a

1− a
=

σ(CL cosϕ+ CD sinϕ)

4F sin2 ϕ
(2.31)

a′

1 + a′
=

σ(CL sinϕ− CD cosϕ)

4F sinϕ cosϕ
(2.32)

Applying this correction is essential to avoid overpredicting thrust and torque near the tip, which would
otherwise result from the idealized assumptions of BEMT (Burton et al. 2011). For wind turbines,
neglecting tip losses typically leads to 5-15% overprediction (Boatto et al. 2023), especially at high
tip-speed ratios or under high loading. Although less experimental data exists for hydrokinetic turbines,
the Glauert factor is geometry-based and has been successfully applied in several studies (Wilden et
al. 2023), supporting its validity in water as well. For the actuator disc theory, it has already proven to
give more accurate results (see section 2.4.3). The tip loss factor makes it possible to account for the
effect of a finite number of blades and ensures the induction factor smoothly approaches zero at the
tip, providing more realistic force distributions (Burton et al. 2011).

Despite its simplicity, Glauert’s correction has limitations. The main assumption is that it is only valid
for lightly loaded turbines or in other words, a low thrust coefficient, where flow separation and complex
wake dynamics remain minimal (Zhong et al. 2024). This also means that wake expansion is ignored,
which is acceptable at low loading, but becomes less accurate when thrust is high and the flow becomes
more complex.

To address these issues, several researchers have proposed modified tip loss corrections (Zhong et
al. 2024). These improve accuracy in high loading conditions and high TSR regimes while maintaining
the mathematical structure of the original formulation. Nevertheless, the original Glauert tip loss factor
remains themost widely used in wind and hydrokinetic turbine modeling, due to its simplicity and proven
reliability in most operating conditions (Zhong et al. 2024).
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2.6. Validating QBlade
QBlade is used in this thesis as the BEMT model. It is an open-source simulation tool developed at
the Technical University of Berlin and has been applied in numerous hydrokinetic studies (Alamian et
al. 2020; Ferraiuolo et al. 2024; Farhoody et al. 2023). A dedicated section in the documentation
describes its application to marine turbines (Marten et al. 2024), which mainly requires setting the
density and kinematic viscosity to that of water. Reynolds number and the critical amplification factor
Ncrit must also match operating conditions, as discussed in section 2.6.5. Version 2.0.8.6 of QBlade,
published in March 2025, was used in this thesis.

QBlade provides both BEMT and a more advanced lifting line free vortex wake method, as well as
structural and drivetrain modules. In this thesis only the steady BEMT solver is used, to estimate rotor
forces and power output under uniform inflow. Qblade’s documentation includes validation cases and
further studies have confirmed its accuracy (Chihaia et al. 2016).

A limitation of QBlade is that it is not able to simulate wave loading on the turbine at this point. The
only waves it can generate is for floating wind turbines. Thus, an alternative solution for this will have
to be used, see section 4.7.1.

The software also offers a user-friendly interface, built-in integration with Xfoil for foil polar generation,
and plotting features that facilitate quick turbine design and performance evaluation. These capabilities,
combined with its widespread use in academic research, make QBlade a suitable and accessible tool.
An alternative is NREL’s OpenFAST, for which a hydrokinetic-specific version was released in early
2025 (National Renewable Energy Laboratory 2025). This may become a viable option in the future,
but it was not available at the start of this project.

2.6.1. Reference study for BEMT validation
To validate QBlade and ensure correct simulation settings, selected experimental studies were repro-
duced. Only three papers provided sufficient blade and load data for this purpose: Doman et al. (2015),
Guo et al. (2018), and Allmark et al. (2020).

Among these, the study by Guo et al. (2018) serves as the primary reference. Their 0.8 m rotor closely
matches the 0.74 m rotor in this design, providing a conservative estimate since the slightly larger
reference turbine will experience higher loads. The reported hub diameter of 0.1 m also aligns with the
target hub size here.

Furthermore, the reference study used a NACA 63-8xx blade profile, which was identified in section
1.3.4 as the most frequently adopted foil in hydrokinetic turbine research. This reinforces the relevance
of the comparison, as the blade type and general geometry are representative of current practices.

The reference turbine was also tested under wave-induced unsteady inflow, matching the intended
operating conditions of the present design. The availability of detailed measurements makes this study
a suitable benchmark for validating BEMT simulations and ensures that the predicted loads used for
drivetrain design are grounded in experimental data.

2.6.2. Polar definition
For the case of Guo et al. (2018), lift and drag coefficients were generated with QBlade’s XFoil module
for a range of angles of attack. The required input values for the polar definition are shown in figure 2.7.

When generating hydrodynamic lift and drag coefficients using the integrated XFOIL tool, the en method
is used to predict when a laminar boundary layer will become unstable and transition to turbulence. In
this approach, small disturbances in the boundary layer are assumed to grow exponentially until a
critical amplification factor, Ncrit, is reached, at which point transition is triggered. The value of Ncrit
reflects the stability of the boundary layer to free-stream disturbances: higher values correspond to
low-turbulence environments where disturbances must grow more before transition, while lower values
represent more turbulent conditions where transition occurs earlier (Drela 1989). For wind turbines,
Ncrit = 9 is recommended, but towing tank conditions are typically more turbulent, so lower values
have shown to improve agreement with experiments.
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Figure 2.7: Polar definition tab QBlade.

El-Shahat (2020) found that Ncrit = 1 produced the best agreement with tidal turbine experiments, as
it better represents transition behavior in towing tanks and yields more realistic lift and drag curves.
Higher values, such as Ncrit = 9, caused premature stall prediction and less accurate thrust and power
estimates. Following this validated approach, Ncrit = 1 is used here to generate hydrodynamic coeffi-
cients, ensuring reliable input data.

In Xfoil-based simulations, the boundary layer transition from laminar to turbulent flow can be either
predicted using the en method, or prescribed manually using forced transition parameters. The ”forced
top transition” and ”forced bottom transition” settings seen in figure 2.7 define the non-dimensional
chordwise location, ranging from 0 (leading edge) to 1 (trailing edge), at which transition is artificially
imposed on the suction and pressure sides of the blade (Marten et al. 2024). This approach might be
used to simulate the effect of surface roughness for example. In this study, forced transition was left at
the default of 1, so transition is predicted naturally by the en method.

A chord based Reynolds number of 1.52×105, reported by Guo et al. (2018) for U∞ = 0.68m/s at 75%
span, was used for generating the lift and drag curves, adopted for all validation simulations. QBlade
is then able to generate the values for other Reynolds numbers when needed, this is also explained
into more detail when talking about a multi-polar simulation in chapter 5.3.

Finally, the Mach number was set to zero, representing incompressible flow, which is valid since turbine
speeds are far below sonic velocity (Munson et al. 2012).

2.6.3. Lift and drag visualization
After importing the NACA 6-series foils into QBlade, lift and drag curves were generated with the inte-
grated XFoil tool, using the standard angle of attack range from −15◦ to 20◦ in 0.2◦ steps. From the
calculated values, the 360◦ polar plots can be made as explained into more detail in 4.6.5. The lift and
drag plots for the different NACA 6-series foils that are used by Guo et al. (2018) are exported from
QBlade and plotted in figure 2.8.

(a) Drag coefficient graphs for the NACA 6-series foils. (b) Lift coefficient graphs for the NACA 6-series foils.

Figure 2.8: Lift and drag coefficients of the different NACA foils used by Guo et al. (2018).
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The differences between the lift and drag seem relatively small between the different foils in figure 2.8.
However, when looking at the lift to drag ratio, the differences become more clear and it is visible that,
as expected, the thinnest foil (NACA 63812) has the highest lift to drag ratio. For this reason, this foil
was used in the region that contributes most to the power generation, the tip region. Near the root, a
thicker foil was used, likely for structural considerations, namely something close to the NACA 63824.
This foil has approximately a 40% lower peak lift to drag ratio, which is significant when it comes to
power generation.

Figure 2.9: The lift to drag ratio for the different foils.

2.6.4. Simulation
After importing the blade geometry of Guo et al. (2018) (figure 2.10), the case was simulated in QBlade.
The predicted Cp and Ct values follow the reference results closely, with deviations generally within 5%
(figure 2.11). Below a TSR of 4 slightly larger differences occur, while above this value the predictions
remain consistently within the 5% margin. Overall, the current BEMT method slightly underpredicts the
measured parameters.

Figure 2.10: The blade definition of Guo et al. (2018).

Several factors may explain the discrepancies. First, Guo et al. (2018) employed a modified BEMT
formulation that included addedmass terms and wave-induced inflow effects, giving improved accuracy
under unsteady loading compared to the current method.

Minor deviations also arise from geometric simplifications. The original blade definition specified foil
profiles at ten radial positions with precise thickness-to-chord ratios. Here, standard NACA 6-series
foils available in discrete thickness steps (12%, 15%, 18%, etc.) were interpolated to approximate
intermediate values, with thickness deviations up to 0.75%. In addition, details such as the exact twist-
axis position along the chord were not available, introducing further approximations.
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(a) Cp against TSR. (b) Ct against TSR.

Figure 2.11: Comparison between BEMT (black line) and experimental values (red representing waves cases and blue without
waves) from Guo et al. (2018) to current BEMT method (blue line).

2.6.5. Corrections and Ncrit verification
To ensure validity of the simulations at this early stage of the project, two verification steps were per-
formed: applying QBlade’s correction models and testing sensitivity to the Ncrit parameter. First, fig-
ure 2.12 shows the effect of corrections on the predicted power coefficient Cp.

Figure 2.12: The influence of the different correction factors from QBlade on the Cp value.

Among the available corrections, tip loss has the largest influence, substantially reducing Cp. The 3D
correction is an empirical enhancement based on the work of Snel et al. (1992), designed to mitigate
the limitations of classical BEMT in modeling separated and three-dimensional flow near blade root and
tip regions (Marten et al. 2024). It accounts for 3D effects like radial flow phenomena not captured in
2D foil polars. By modifying local lift and drag coefficients, it significantly improves the accuracy of load
predictions in areas where spanwise flow and separation effects are non-negligible. The actual effect
of this correction is relatively small as can be seen in figure 2.12, it only slightly increases performance
at low TSR. Both the tip loss- and 3D corrections were applied in this study.

The DTU poly-BEM correction (Madsen et al. 2020), developed for large wind turbines in turbulent
inflow, was not applied, as the present 0.74 m rotor operates under controlled, uniform towing tank
conditions where its effect is negligible. Including this correction leads to a minor increase in Cp for
high TSRs, but the effect is relatively small and it would add complexity without significant benefit. It is
therefore also not shown in figure 2.12.

As a further check for model validation, the influence of the Ncrit parameter on the BEMT results was
evaluated. Three different values of Ncrit were tested to assess their impact on the hydrodynamic
performance predictions, with the results shown in figure 2.13.
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(a) Cp graph for different Ncrit values. (b) Ct graph for different Ncrit values.

Figure 2.13: Differences in Cp and Ct curves for multiple Ncrit values.

The most notable observation is that a value of Ncrit = 9, leads to noticeably lower predictions for both
thrust and torque, and results in less smooth performance curves. Although this value is frequently
recommended for wind turbine simulations, it appears to be less suitable for hydrokinetic turbines, as
also suggested by El-Shahat (2020). The differences between Ncrit = 1 and Ncrit = 4 are negligible
within the relevant TSR range (3-7).

Based on these results and the recommendation of El-Shahat (2020), a value ofNcrit = 1 was adopted.
This ensures the small differences observed with Guo et al. (2018) are not due to incorrect Ncrit or
correction settings, and confirms the chosen parameters are suitable for the remainder of this work.

2.6.6. Torque and thrust comparison
Although Cp and Ct are directly related to torque and thrust, verification against experimental loads
remains important for motor and sensor selection. Like mentioned, Doman et al. (2015) and Allmark
et al. (2020) also provided detailed blade information in combination with measured torque and thrust
values, so these studies are included now. They are imported into QBlade the same way the turbine of
Guo et al. (2018) was imported. The Reynolds numbers were calculated based on 75% chord length
and relative velocity, resulting in a Reynolds number of 2.09 · 105 for Allmark et al. (2020) and 1.23 · 105
for Doman et al. (2015). The results are summarized in table 2.3, which also includes actuator disc
(AD) values for comparison.

Table 2.3: Comparison experimental values and BEMT calculation. AD is short for actuator disc.

Reference T, exp T, BEMT T, AD Q, exp Q, BEMT Q, AD TSR
Guo et al. 2018 110 107 93 3.4 3.4 4.21 5.8

Allmark et al. 2020 250 270 243 14 14.5 19.2 3.6
Doman et al. 2015 70 102 167 5.8 7.3 11.4 3.5

Table 2.3 shows that BEMT consistently predicts torque and thrust more accurately than the actuator
disc method. For example, in Guo et al. (2018) and Allmark et al. (2020), BEMT aligns well with ex-
perimental data, while actuator disc theory underestimates thrust and, in the latter case, overestimates
torque.

The results for the Doman et al. (2015) turbine deviate more significantly, although the results are much
closer to the measured values as calculated with actuator disc theory. This discrepancy can likely be
attributed to the low Cp of this specific case, namely 0.29. Since low-efficiency operation is not the
focus of this research, this outlier is not considered critical for the current application. Besides, the
BEMT method over predicts torque and thrust for most cases, which adds additional safety for when
the calculated values deviate slightly.

Overall, BEMT proves to be the more reliable method for force prediction under the operating conditions
relevant to this study. With this validation complete, the load prediction method is now considered
sufficiently accurate for the next phase of the project: the selection and sizing of the motor and sensor.
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2.7. Motor and sensor selection
Validated BEMT predictions were used to define the loads for motor and sensor selection. Since the
final detailed rotor design is not yet fixed, the 0.8m rotor fromGuo et al. (2018) was taken as a reference,
providing a slightly conservative estimate compared to the 0.74m design. Simulations were performed
for tip-speed ratios (TSR) from 1 (start-up) to 7, and for both minimum and maximum inflow velocities.
The maximum expected torque for the reference turbine is approximately 10.5 N/m at a TSR of 3,
and U∞ = 1m/s. The highest thrust load occurs at a TSR of 7, giving a maximum thrust of 255N
(figure 2.14).

(a) Torque prediction. (b) Thrust prediction.

Figure 2.14: Predicted torque and thrust for a 0.8m rotor.

As shown in section 2.6, the BEMT can underestimate performance values with approximately 10%
for some cases. Increasing the calculated maximum values with 10% and and rounding it up, gives 12
N/m torque and 280 N thrust for steady flow conditions. The corresponding rotational speed is 160 rpm
at a TSR of 7, for 1 m/s. For a TSR of 3 and inflow velocity 0.5 m/s, the rotational speed is 36 rpm, this
corresponds to the lowest rotational speed during testing.

As the turbine will also be tested in waves, it can be expected that the loading will increase further.
Guo et al. (2018) showed that even relatively small wave amplitudes can significantly influence the
rotor loads. In this study, thrust and torque values reached up to 50% of the mean load when exposed
to regular waves with a period of 1.6 s and a height of 14 cm. Even small perturbations of the mean
inflow velocity (15%) could already lead to these large cyclic load variations. This means the temporary
maximum value for torque could increase up to 18 N/m and the thrust value up to 420 N. These values
will be taken as maximum value, to ensure the motor and sensor will not be overloaded.

The turbine’s maximum mechanical power in steady inflow is about 106W. Including gearbox losses of
5-10% gives 95-106W at the motor. With torque fluctuations of up to ±50%, peak mechanical power
may reach 160W. To cover this range, the motor should have a continuous power rating of at least
120W and a peak capacity of 160W. These requirements, summarized in table 2.4, form the basis for
motor and sensor selection in the next chapter.

Table 2.4: Predicted loads and motor power requirements

Parameter Value
Nominal torque 12Nm
Peak torque 18Nm
Nominal thrust 280N
Peak thrust 420N
Nominal rotational speed 36–160 rpm
Rated power 120W
Peak power 160W



3
Nacelle design

With the main design parameters established using BEMT, the nacelle can be designed. This includes
selecting an appropriate motor-sensor combination, followed by the structural design of the inner na-
celle. This chapter addresses the following research question:

How can the nacelle be designed to ensure mechanical stability, structural robustness, and practical
integration with the measurement system, while remaining cost-effective and adaptable to future

testing needs?

3.1. Sensor and motor setup
To enable both control of the rotor’s rotational speed and measure the torque, three possible configu-
rations for the drivetrain and instrumentation were considered. These setups are intended to support
future testing under both steady and wave-influenced inflow conditions. Each option offers a different
method for applying resistive torque to the turbine shaft to control the rotational speed and for integrat-
ing torque and speed measurement instrumentation.

Option 1: magnetic brake system
This configuration uses a dedicated magnetic brake to control the rotor speed and dissipate the power
produced by the turbine. This approach has been adopted in various hydrokinetic studies, where the
brake serves both to regulate the TSR and to absorb generated power, see Ferraiuolo et al. (2024).
However, Lust et al. (2013) reports practical limitations, noting that TSR values below 5.5 were unattain-
able due to shaft binding under high braking torque.

For this setup, Magtrol recommends their TPB 25 magnetic powder brake, which offers adequate brak-
ing capacity. Given its diameter (184mm), it is preferable to mount the brake above the waterline, as
is common practice in the literature as well. The torque sensor would remain close to the rotor to
maximize measurement accuracy. One advantage of this setup is future flexibility: the brake could be
replaced with a motor without redesigning the entire setup as the brake is placed outside of the nacelle.
This could possible offer a cheap temporary solution.

Option 2: Brushless DC motor (BLDC)
A brushless DC motor can also apply braking torque. Since BLDC motors are designed for high-speed
operation, a gearbox is required to match the turbine’s low-speed, high-torque range. While this re-
duces efficiency, it does not affect experimental validity. BLDC motors are compact relative to other
options, enabling full integration in a small nacelle.

This approach is the most common in hydrokinetic turbine experiments, for example reported by Mei
et al. (2024), Milne et al. (2013), Stallard et al. (2015), and Lande-Sudall et al. (2023).

Option 3: Permanent magnet synchronous machine (PMSM)
The third configuration involves using a PMSM, which can provide high torque at low speeds without a
gearbox, simplifying the drivetrain. However, the motor diameter (e.g. Alxion’s 190STK series, 190mm)

43
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exceeds the 100mm nacelle target, requiring a redesign of the rear nacelle section (figure 3.1c).

An alternative low-cost approach considered was the use of a stepper motor, such as a NEMA 42.
Though less suitable for dynamic control, stepper motors can generate relatively high resistive torque at
low rotational speeds. With a diameter of approximately 156mm, this option lies between the BLDC and
PMSM in terms of space requirements. Figure 3.1 presents the three different options in a schematic
drawing.

(a) Magnetic brake configuration (b) BLDC motor configuration

(c) PMSM configuration

Figure 3.1: Schematic layouts of the three drivetrain configurations considered for the experimental setup.

Based on the trade-offs between required diameter, functionality, and integration complexity, the se-
lected configuration will use a brushless DC motor in combination with a gearbox (figure 3.1b). This
solution offers the most compact nacelle geometry, while prior experimental use and manufacturer rec-
ommendations confirm its suitability. The gearbox introduces minor efficiency and cost penalties, but
braking capability, rather than power generation, remains the primary goal.

To accommodate this configuration, a waterproof nacelle will be required to protect the motor assembly,
as the motor is likely not waterproof. Consequently, the torque sensor does not necessarily need to be
waterproof, provided it can be housed within the same sealed compartment. In cases where external
mounting is unavoidable, a waterproof sensor may still be considered as a redundancy measure.

3.2. Sensor selection
Several commercial torque sensors were evaluated based on technical specifications, integration con-
straints, and costs. The choice was independent of the drivetrain setup. Manufacturers with experience
in hydrokinetic turbine testing, identified through the literature review, were contacted directly: Magtrol
(Ferraiuolo et al. 2022), Appmeas (Payne et al. 2017, Allmark et al. 2020), and Futek. Although Futek
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sensors were not used in prior studies, they have been applied in earlier TU Delft projects and were
therefore included. Based on company input, five models were shortlisted. The main selection criteria
were required nacelle diameter and cost, as these strongly affect nacelle integration.

Option 1 is the TS 107 sensor from Magtrol. It provides high accuracy, includes a built-in 360 ppr
encoder, and supports high rotational speeds. However, it has a relatively large diameter compared to
some of the alternatives and limited environmental protection (IP44).

Options 2 and 3 are both supplied by Appmeas. Option 2 is the DRWPL-II, a waterproof sensor (IP67)
with high accuracy and strong axial/radial load capacity, making it suitable for submerged applications.
Option 3, the DRBK-II, is a lower-cost alternative with reduced accuracy, speed range, and no keyways
on the shaft. According to communication with the manufacturer, these trade-offs primarily explain the
difference in price. Despite these limitations, both Appmeas sensors remain viable options, especially
when paired with external encoders.

Option 4 is the TRS605 from Futek. It is extremely compact, with a 360 ppr encoder and good accuracy.
However, it allows only limited axial load (requiring a thrust bearing) and is rated IP40, requiring extra
sealing.

Option 5 stands apart from the other sensors. It is a customized version of the DBBSS/TSF series from
Appmeas, used before in hydrokinetic turbine research (Payne et al. 2017). Unlike the other models,
it is designed to rotate with the shaft, simplifying integration and allowing internal cable routing through
the hollow shaft. It measures both torque and thrust, is highly robust (IP68), and reduces external
cabling. However, it requires a slip ring for signal transfer and comes at higher cost. Despite this, it is
an excellent candidate for submerged and dynamically loaded environments when costs is not limiting.

A summary of the shortlisted sensors is given in table 3.1, listing key parameters, minimum diameters
(depending on cable routing), and price estimates. It is important to note that the cable outlet of many
sensors is located at the top of the sensor, which poses integration challenges in a compact nacelle.
To address this, manufacturers were asked to specify both the required sensor diameter and additional
height clearance needed for cable bending. Since most sensors need a large amount of space for the
cable output compared to the sensor size, different cable routing options were considered to keep the
hub diameter as small as possible. Firstly, the cable could exit through the nacelle wall on top and water
column to an external data system, requiring a waterproof seal, or the cable can go via internal routing
through the strut, requiring the sensor the be located below the strut. This would simplify sealing, but
can lead to a longer nacelle length since the strut can not be placed right behind the rotor, as it could
then influence the free stream inflow into the rotor.

Property Required (approx.) 1: Magtrol TS 107 2: DRWPL-II 3: DRBK-II 4: TRS605 5: DBBSS/TSF
Price (€) <7000 3910 5586 2586 4394 6000
Hub D incl. cable (mm) - 168 322 326 284 84
Hub D excl. cable (mm) <130 126 99 103 87 84
Height (mm) <90 85 68 72 58 84
Breadth (mm) <90 65 50 70 38 84
Length (mm) <150 49 92 48 59 86
Rated torque (Nm) ≥18 10 20 20 20 25
Shaft diameter (mm) - 9 15 15 16 25
Non-linearity ≤0.2% Not specified 0.1% 0.3% 0.2% 0.1%
Hysteresis ≤0.2% Not specified 0.1% 0.3% 0.1% 0.1%
Non-repeatability ≤0.2% Not specified Not specified Not specified 0.2% 0.05%
Full scale error ≤0.2% 0.05% 0.1% 0.5% 0.5% 0.1%
Protection ≥IP67 IP44 IP67 IP40 IP40 IP68
Operating temp (°C) 10 to 30 -25 to 80 0 to 60 0 to 60 -25 to 80 -20 to 80
Max rpm >160 15000 10000 10000 7000 Not specified
Max dynamic safe overload ≥100% 200% 100% 100% 150% 150%
Encoder (ppr) ≥60 360 60 60 360 Not included
Max axial load (N) >420 50 930 930 150 2500
Max radial load (N) >50 50 90 90 30 Not specified

Table 3.1: Specifications of shortlisted torque sensors, including target requirements.

Figure 3.2 illustrates a comparison of the cable footprint for the listed sensors. The cable size and
routing constraints significantly influence the total required sensor diameter. For instance, although
the Futek sensor (option 4) is the smallest in core dimensions, its vertical cable outlet occupies more
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height than the slightly larger Magtrol sensor (option 1), which offers a more compact footprint once
cable routing is considered. The Appmeas sensors (options 2 and 3) require relatively large cable
bending space as well, though custom modifications are possible. As shown in table 3.1, all four
sensors exceed the 0.15m hub diameter target and must be mounted directly below the strut.

Figure 3.2: Required hub diameter visualized for the different sensors. From left to right, options 1 to 4 are shown

Option 5, also from Appmeas, offers a unique solution by routing the cables internally through the hollow
shaft, eliminating external cabling and simplifying integration. This model, a custom version of the
DBBSS/TSF series, has been previously applied in hydrokinetic turbine studies (AppliedMeasurements
Ltd. 2020, Payne et al. 2017) and can be adapted to the specific needs of this project. Its compatibility
with through-shaft cabling was a key reason for its inclusion in this evaluation.

The 2D schematic of figure 3.1b demonstrates the preliminary nacelle layout, including sensor and
motor placement. For option 1 to 4, the sensor will thus have to be placed right below the strut, which
means the motor and gearbox will also have to move to the right in the drawing. This will then result in
a longer nacelle. If option 5 is selected, the strut position is less constrained.

Dimensions
As discussed previously, the cable routing has a significant influence on the total spatial footprint. Shaft
length is not considered critical at this stage, as it will be adapted during integration. Among the op-
tions, the TRS605 sensor (Option 4) from Futek has the smallest overall dimensions and thus offers
the greatest flexibility in nacelle layout, not considering cable height. Shaft diameter, while noted for
reference, is not expected to be a limiting factor in sensor selection.

Measurement accuracy
Accuracy is central to torque measurement reliability, though manufacturer specifications vary: some
report as a percentage of rated output (RO), others of rated torque (RT) or full scale. Futek (Option 4)
confirmed its values are based on the full 20Nm range, consistent with RT-based definitions used by
others, allowing fair comparison.

Based on the available data, the estimated ranking in terms of measurement accuracy, from highest to
lowest accuracy is: Option 1 (Magtrol) and Option 5 (Appmeas DBBSS/TSF) with equal full-scale error,
followed by Option 2 (Appmeas DRWPL-II), Option 4 (Futek TRS605), and finally Option 3 (Appmeas
DRBK-II). The latter is 3-10 times less accurate than the others, but also significantly more affordable.

Environmental protection
Ingress Protection (IP) ratings define resistance to dust and water (International Electrotechnical Com-
mission 2013). The shortlisted sensors range from IP40 to IP68:

• IP40: Protection against objects >1 mm; no water protection.
• IP44: Splash-resistant from any direction.
• IP67: Dust-tight; submersible to 1m for up to 30 minutes.
• IP68: Fully dust-tight and submersible under prolonged immersion.

Option 5 clearly provides the highest protection (IP68). Even with a sealed nacelle, leakage cannot be
ruled out, making IP68 sensors the most reliable, especially given the relatively high cost of a sensor
compared to other components.
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Operating temperature
The environmental temperature range of the sensors is generally suitable for laboratory and field testing.
Options 1, 4, and 5 offer the broadest margins, though options 2 and 3 remain fully adequate.

Maximum rotational speed
Although the sensors have varying upper limits for rotational speed, ranging from 7000 to 15000 rpm,
the turbine is expected to operate between 36 and 160 rpm. As such, all sensors are suitable in this
regard and the motor will most likely be the limiting factor in this. Option 5, which rotates with the shaft,
does not have a conventional maximum rpm limit. Similar configurations have been validated in prior
work by Payne et al. (2017) for option 5, further confirming its suitability for low-speed applications.

Dynamic overload capacity
Dynamic overload refers to the maximum load above rated torque that the sensor can withstand without
failure. Options 1, 4, and 5 tolerate >100% overload, offering safety under unsteady loading. Options
2 and 3 must remain below 40Nm, which is within the expected range for this study. Option 1 has a low
rated torque (10Nm) with high overload capacity, but exceeding its rating may reduce accuracy. Since
the turbine is designed for 12Nm, a sensor with higher rated torque would be ideal, though Magtrol
recommended this model for the current application.

Encoder
Options 1 and 4 integrate 360 pulses per revolution (ppr) rotary encoders, enabling high-resolution
speed measurement. Options 2 and 3 require external encoders (≈ €500, already included in table
3.1) with 60 ppr, equivalent to 6◦ resolution, sufficient for TSR control, but less suited to capturing
high-frequency torque fluctuations. Option 5 requires a separate encoder or can derive speed from the
motor.

Axial and radial load ratings
The axial and radial load limits determine the mechanical robustness of the sensor under thrust and
shaft misalignment. Option 4 from Futek is most limited, allowing only 150 N of axial force. Since peak
thrust can exceed 250 N at 1m/s inflow, a thrust bearing will be required to prevent sensor overloading,
which is a standard practice in turbine drivetrain design. Option 2 also requires a bearing under wave-
influenced conditions. Option 5, by contrast, is rated for over 2500 N of axial load, which is also the
measuring range of thrust for this sensor. Radial loads are not expected to be critical with proper shaft
support and alignment.

Selection
Based on performance, integration feasibility, and durability, Option 5 (Appmeas DBBSS/TSF) is se-
lected as the preferred torque sensor. While the Magtrol TS 107 (Option 1) provides the highest mea-
surement accuracy and an integrated encoder, its diameter exceeds the nacelle limit and the lack of
waterproofing (IP44) makes it unsuitable for submerged operation. The Appmeas DRWPL-II (Option
2) offers excellent accuracy and load capacity with IP67 protection, but only guarantees short-term
submersion, limiting long-term reliability. The DRBK-II (Option 3) is attractive from a cost perspective
but its accuracy and lack of sealing are insufficient. The Futek TRS605 (Option 4) is compact and in-
cludes an encoder, yet suffers from low axial load capacity, reduced accuracy, and poor environmental
protection, resulting in an unfavorable performance-to-cost ratio.

Option 5 stands out by combining IP68 waterproofing, robust axial load capacity (2500N), and the ability
to measure both torque and thrust. Its internal cable routing simplifies sealing and supports integration
of a slip ring. Although thrust measurement is not a requirement at this stage (see chapter 1.6.1), this
sensor provides future flexibility without additional components for thrust measurements. Appmeas
confirmed that the standard model can be customized for this application, including cable routing and
waterproofing upgrades. Their previous experience with similar hydrokinetic turbine projects like Payne
et al. (2017) further validates the sensor’s suitability. Despite the higher price (≈ €6,000 excluding
encoder and slip ring), the reduced risk of failure and added functionality make Option 5 the most
reliable long-term investment.
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Figure 3.3: Appmeas sensor DBSS/TSF.

3.3. Motor selection
Selecting a suitable DC motor is more straightforward than choosing a torque sensor. The main con-
straint is the nacelle diameter: a DC motor is preferred due to its relatively small diameter for a given
torque rating, as it typically operates at high rotational speed and low torque. The motor can then be
paired with a gearbox to meet turbine requirements. Since the motor will primarily act as a braking
element to regulate rotor speed and TSR, power generation is not essential. The final motor setup
must therefore include a compatible controller, integrated or external, to manage the rotational speed.

After surveying the market, two manufacturers were identified with viable options: Crouzet and Maxon.
Other brands (e.g. Bosch, Baldor) either lacked suitable models or only offered AC or brushed solutions
exceeding nacelle constraints. Crouzet motors have been applied in hydrokinetic testing (Stallard et
al. 2015), while Maxon solutions were used by Tian et al. (2018) and Lande-Sudall et al. (2023), and
have also performed reliably in earlier TU Delft projects.

Two Crouzet models were considered. The 874-8036D002 (400W, 24.4Nm, 131 rpm) was dismissed
due to its large diameter (230mm) and overspecification. The DCmind brushless gearmotor (part num-
ber 80289718), by contrast, offers 21.5Nm torque, 150Wcontinuous power, and a diameter of∼100mm.
With external controller availability through RS Components, this motor closely matches project require-
ments and is a strong candidate.

Maxon recommended two solutions. The IDX56M ENC 24V, with a 1:28 gearbox, provides 16.3Nm
continuous torque (34.5Nm peak), 330W, and a 120mm diameter, while offering integrated control
features. The EC90 Flat with GP90 gearbox provides higher ratings (29Nm continuous, 60Nm peak,
400W) within a 100mm diameter, though at higher cost.

Table 3.2 summarizes the approximate requirements based on the BEMT analysis (chapter 2) and
compares the three shortlisted motor options. All three motors satisfy the basic torque and power

Table 3.2: Comparison of shortlisted DC motor options

Parameter Required (approx.) Crouzet (80 289 718) Maxon IDX56M Maxon EC90 flat + GP90
Max continuous torque (Nm) 12 8.4 16.3 29
Max peak torque (Nm) 18 21.5 34.5 60
Power rating (W) ≥160 150 330 400
Required diameter (mm) ≤130 100 120 100
Length (mm) ≤250 204 203 120
Gear ratio - 26.85 28 25
Nominal speed (rpm) 36-160 121 174 68
Max permissible speed rotor (rpm) ≥160 147 214 Not specified
Input voltage (VDC) 12-24 24 24 18
Control integrated Preferred No Possible Possible
Protection rating ≥IP65 IP65 IP65 IP54
Price ex. VAT, all included (€) <2000 1357 1549 (−20%) 2196 (−20%)
Price ex. VAT, ex. controller (€) <1600 1187 1109 (−20%) 1779 (−20%)
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requirements. The Crouzet option provides suitable torque and diameter, but its maximum permissible
speed (147 rpm) falls short of the expected 160 rpm after gearbox reduction. Although the Crouzet
motor can be delivered quickly and is competitively priced, its performance limitations and lack of control
integration reduce its overall suitability.

TheMaxon EC90 Flat with GP90 gearbox offers the highest torque and power within a 100mmdiameter,
but it is over-dimensioned for this application. Its lower protection class (IP54), long delivery time (≈
20 weeks), and higher cost further reduce the feasibility of this option.

The Maxon IDX56M emerges as the most balanced choice. With 16.3Nm continuous torque (34.5Nm
peak), integrated control, and a maximum permissible speed of 8000 rpm at the motor (gearbox-limited
to 6000 rpm at input, or 214 rpm at output), it comfortably meets the turbine’s requirements while main-
taining a safe margin. Although slightly larger in diameter than the Maxon EC90 (120mm), it remains
within design limits. Communication with Maxon confirmed cable routing challenges can be resolved
with 90◦ connectors, and the gearbox (GPX52UP) offers 92% efficiency. Its delivery time (≈ 9 weeks)
and cost (€1,109 excluding VAT and a 20% educational discount) make it both technically and financially
the most viable option.

Figure 3.4: Maxon motor IDX56M

In conclusion, the Maxon IDX56Mwas selected as the motor for this project due to its favorable balance
of performance, integration potential, and availability. Together with the chosen torque sensor, the
total cost of the drivetrain is approximately €7,100, though the exact sensor price will depend on final
customization by Appmeas.

3.4. Cost constraints
During the development of this project, a significant and unexpected constraint emerged related to
available funding. Originally, the plan was to complete the full drivetrain design, including all critical
components (sensor, motor, and control system), and to manufacture a waterproof nacelle for exper-
imental testing. However, due to recent government budget cuts to Dutch universities, the financial
support available for MSc thesis projects at TU Delft was reduced. As a result, the project no longer
received sufficient funding to purchase all planned components.

The motor (Maxon IDX56M) was already ordered before these funding constraints became clear, al-
lowing this part of the system to be retained in the experimental design. With no budget available to
purchase the torque/thrust sensor, the next phase of the project is also affected: while the design of
the nacelle will still be carried out, there will be no budget to manufacture it during this project phase.

Nevertheless, this design work still remains valuable. By proceeding with the nacelle design, the project
will generate a concept that can be used by future researchers, should additional funding become
available. The design will still assume the use of the most advanced sensor considered (Option 5 -
Appmeas DBBSS/TSF), since it was identified as the technically superior choice when cost is not a
constraint. In this way, the sensor selection is aligned with the long-term goal of robust, high-fidelity
measurement in submerged turbine environments.
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In parallel, the rotor blades will still be 3D printed, and the mechanical connection to the hub will be
constructed. This assembly is designed to fit onto the existing gondola structure at the TUDelft, which is
currently used for propeller measurements. By adapting this infrastructure, it is still possible to conduct
meaningful experiments to validate the BEMT predictions and run some wave cases.

The nacelle design will thus be carried out to the level of defining component layout, bearing configu-
ration and overall dimensions, but not to full manufacturing detail, as this is no longer the main focus
of the project.

3.5. Nacelle Design
The nacelle design is centered around the two primary components selected in the previous section:
the motor and the torque/thrust sensor. The chosen motor requires a minimum nacelle diameter of 120
mm (see table 3.2). This value remains within the allowable range outlined in chapter 1.6.1, though it
approaches the upper limit. Consequently, the design strategy is to treat the motor as the maximum
defining diameter, meaning that all additional components such as bearings, sealing elements, and
structural housing, must fit within or around this constraint.

Figure 3.5 shows a scaled representation of the motor and sensor with their supporting elements, in-
cluding cable outlet, shaft couplings, bearings, and a slip ring. The slip ring (purple) transfers sensor
signals from the rotating shaft to a stationary cable path. A suitable model is the Moflon MT1256-S12-
HC2050, though the final choice will depend on channel count and configuration.

Figure 3.5: Setup of the motor, sensor and bearings.

The design is explained in three steps, starting of with the layout of the motor, sensor and all bearings
that are needed. Then, to support this setup, the section called base support explains what connections
are needed to the nacelle. The final part will explain the dimensioning of the outer tube and strut.

3.5.1. Axis configuration
A central consideration in the design process was modularity and ease of assembly. The nacelle is fully
detachable, allowing components to be replaced or maintained without disassembling the entire system.
This improves accessibility, facilitates bearing lubrication, and increases experimental flexibility.

Another critical factor is the low axial load capacity of the selected motor (12N). To protect it, axial
forces from the rotor are absorbed by dedicated thrust bearings. The driveshaft is therefore divided
into two sections: a motor-side shaft inserted from the rear, and a sensor-side shaft inserted from the
front. These are joined internally by a coupling accessible from the top of the nacelle. The diameter of
the shaft is flexible, but the axis of the force transducer of the gondola that will be used for testing is
10 mm in diameter, so this will be used as a reference.

Shaft support is provided by a combination of bearings and seals, color-coded in the design schematics
(figure 3.5 and 3.7):

• Orange - plain bearing: A cost-effective option suitable for use in submerged environments. Pro-
vides radial support at low cost.
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• Yellow - Radial shaft seal: Prevents water ingress along the rotating shaft, critical for protecting
internal components like the motor. Two are added for extra safety.

• Light blue - Thrust bearing: Supports axial loads in both directions. Can be mounted against a
shaft shoulder or a fixed collar on the shaft. The left bearing prevents movement to the right and
the axial bearing on the right prevents movement to the left.

• Green - Radial bearing: Ensures lateral shaft stability. Only one radial bearing is included in this
design, supported by the plain bearing and shaft alignment from the motor as well. It is expected
that due to the stiffness of the shaft and the limited length, this will be sufficient.

• Dark green - Rigid shaft connection: Mechanically couples the two shaft sections to transmit
torque directly.

• Red - Flexible shaft coupling: Accommodates minor misalignments and absorbs small axial or
torsional deflections. While the use of both rigid and flexible couplings may seem redundant, it is
necessary to isolate the axial bearing system between the two thrust bearings.

(a) Standard rigid shaft connection. (b) Flexible coupling.

Figure 3.6: Examples of the 2 different shaft connections that are be used (RS Components Nederland 2025).

This bearing and shaft setup ensures that axial forces are absorbed where needed, while allowing the
motor-side shaft to remain unloaded axially. The part to the right of the yellow radial shaft seals is to
be watertight, as the components in this part are not resistant against water. The part with the sensor
can be flooded without issues. The dark blue coupling element, which connects the two shaft sections,
must be accessible from the top of the nacelle. This requirement defines the location of the strut, which
must be positioned above the connection point to allow access during assembly.

The shafts join in the nacelle’s central section, which also sets the minimum nacelle length. To avoid
rotor inflow disturbance, at least 300mm spacing is maintained between the rotor and the strut, corre-
sponding to approximately one blade length.

Figure 3.7: 2D drawing of the bearing configuration.
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To clarify the bearing configuration in 2D, figure 3.7 is provided, showing which bearing constrains which
movements. Above the axis, the two arrows provide information on the couplings, below the axis, the
arrows provide information on the bearings. The yellow bearings do not have an arrow, as they are
purely there for waterproofing.

3.5.2. Base support
The base support structure is described sequentially from front (left) to back (right), beginning at the
rotor interface (figure 3.8). At the front end, a dedicated support is required to house the plain bearing
(indicated in orange). This support will be integrated into a removable front cap, which is secured using
four mounting holes visible on the flange of the circular attachment ring. This ring is rigidly connected
to the outer nacelle tube.

Figure 3.8: Support structure of the motor, sensor and other equipment within the nacelle.

Because the plain bearing is not watertight, the front section of the nacelle (left of the blue bulkhead)
may flood during operation. This is acceptable, as all components in this region are water-tolerant. The
blue watertight support houses two radial shaft seals (yellow), which form the primary barrier against
ingress, and a forward thrust bearing (light blue) to absorb axial loads. A small water detection sensor
with pump can be integrated here to remove any leakage, thereby protecting the rear nacelle section
(requirement 2.5).

Further aft, an additional support structure is located at the bottom of the nacelle. This rear support
section carries the radial bearing (green), the rear thrust bearing, and serves as the mounting point
for the motor. The exact method for connecting the internal supports to the outer tube (e.g. bolted or
threaded flanges, adhesive bonding, or snap-fit features) will depend on material and manufacturing
choices.

These final details can be discussed with the company that is going to built the turbine housing. The
current design was discussed with DEMO to explore the feasibility of manufacturing the nacelle. How-
ever, due to cost constraints, these discussions were discontinued. DEMO indicated that the estimated
production cost would lie between €5,000 and €10,000, depending on material selection and manufac-
turing details. This includes also the housing that is discussed in the following section.

3.5.3. Nacelle Dimensions
In consultation with DEMO and technical staff at TU Delft, the outer nacelle geometry was developed
based on internal component constraints and practical manufacturing considerations. As previously
established, the inner diameter of the nacelle is 120mm. To ensure sufficient mechanical strength
and facilitate waterproofing, a wall thickness of 5mm, as recommended by DEMO, was adopted. This
results in an outer diameter of 130 mm. The limiting factor in further diameter reduction is the motor
cable outlet. With alternative cable connectors or routing strategies, it may be possible to reduce the
outer diameter to as low as 120mm, but this is subject to further testing with the motor, which is already
delivered to the TU Delft.

Given that the turbine will operate in submerged conditions, the nacelle must be manufactured from a
corrosion resistant material. Standard stainless steel 316 has been selected due to its proven perfor-
mance in marine environments and availability for fabrication.
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Figure 3.9: External view of the nacelle with simplified blade geometry.

The stainless-steel nacelle tube has a length of 700mm (excluding end caps). Front and rear caps will
be 3D printed and mounted to flat end plates, reducing costs and allowing hub design flexibility. The
full assembly length, including the caps (figure 3.9), is approximately 950mm.

The circular interface visible on the tube just in front of the strut indicates a mechanical connection
point that allows the nacelle tube to be extended. By adding an additional central section, the design
enables testing of wake strut interaction under varied rotor strut distances. The driveshaft must then
also be extended accordingly, extending the shaft between the watertight support and the rigid shaft
connection. The strut itself is also detachable to allow access to the internal rigid shaft coupling (see
section 3.5.1) and also serves as the route for all electrical cabling.

On top of the stainless-steel caps, 3D-printed hubs can be mounted. This allows for a wide range of
hub shapes to be tested while minimizing metal fabrication costs. The minimum diameter of 120 mm
will be designed and used for the gondola setup (see chapter 5), but this can be scaled up to 130 mm
by adjusting the outer 3D printed hub geometry without redesigning the base structure.

Strut height can be varied by adjusting the towing carriage position or replacing the strut with an alterna-
tive length. As an alternative to the current foil-shaped strut, a simpler cylindrical or rectangular profile
could be used with a 3D-printed hydrodynamic fairing. This reduces fabrication cost and enables rapid
iteration of strut designs, provided that the rigid shaft connector remains accessible. Since the centroid
of the current foil-shaped strut is not located directly above the connector, a simplified profile may need
to be shifted slightly forward.

3.5.4. Assembly order
The housing with its internal supports is fixed. The shaft with the sensor is then inserted from the front
through the watertight support and radial bearing until it rests against the thrust bearing. After this, the
front hub cap is attached, keeping the shaft in position while still allowing removal.

Next, the short intermediate shaft section is installed from the rear or top and connected to the rigid
coupling, which is accessible from above. At this stage, the shaft is locked axially between the two
thrust bearings. The first half of the flexible coupling is also mounted here.

From the rear, the motor with the second half of the flexible coupling is then connected, secured to the
housing, and aligned with the coupling. Once the cables are routed, the rear hub cap and strut are
mounted. The nacelle is then ready for operation, after which the hub with rotor can be attached. For
disassembly, the steps can be taken in reverse order.
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3.5.5. Preliminary structural simulation of the nacelle
To assess the structural integrity of the nacelle design (requirement 2.6), a preliminary strength analysis
was carried out using SolidWorks Simulation. The primary goal of this study was to evaluate whether the
proposed wall thickness of 5 mm would be sufficient to withstand the expected loads, and to quantify
the resulting deformation under worst case loading scenarios. Although the final dimensions of the
nacelle and strut may change, this simplified analysis provides valuable insight into load response and
guides future design iterations.

A simplified nacelle and strut model (each 1m long) was created in Rhino and imported into SolidWorks.
This model does not reflect the full complexity of the turbine housing, but captures the overall geometry
and structural layout necessary for initial strength verification. The strut was chosen as circular in this
case, but it could change into square (with 3D print around) or foil shaped, like mentioned in 3.5.3. The
main difference with the final model is that the loading from the current on the strut will be on the foil
shape, whereas the strength must come from the rectangular or circular shape in case of the 3D print
option.

SolidWorks Simulation uses the finite element method (FEM) to solve structural problems by discretiz-
ing the model into small elements and solving the governing equations for stress, displacement, and
strain under applied loads and constraints (Dassault Systèmes 2025). For this study, two linked simu-
lations were performed. First, a flow simulation to calculate the pressure distribution on the strut due
to fluid motion. Second, a static simulation to apply both the hydrodynamic pressure and mechanical
thrust load from the rotor. The thrust load was applied to the hub, representing the force that the rotor
would exert on the nacelle.

The towing tank cross-section was represented as a rectangular flow domain with open inlet and outlet
boundaries. A velocity of 1m/s was prescribed at the inlet, and ambient pressure at the outlet. Flow was
defined as external water flow with both laminar and turbulent modes enabled; default solver settings
were retained. The resulting strut pressure distribution was exported and applied as a surface load in
the subsequent structural analysis.

In the structural simulation, the nacelle was modeled as a shell body with a uniform wall thickness of
5mm. The upper mounting interface of the strut was fixed, representing rigid attachment to the towing
carriage. A load of 420N was applied in the x-direction on the front hub surface, corresponding to the
maximum expected rotor thrust (see table 2.4). The hydrodynamic pressure distribution from the flow
simulation was applied across the entire strut surface. While in reality only the submerged section is
loaded, this conservative assumption prevents underestimation of structural demands. Default mesh
settings were used, resulting in computation times under one minute.

(a) Von Mises stress plot. (b) Deflection plot.

Figure 3.10: Simulation results of the nacelle and strut under combined thrust and hydrodynamic loading.
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The maximum von Mises stress, a commonly used criterion to assess material yield under complex
loading (Budynas et al. 2015), was found at the fixed support region and reached a value of approxi-
mately 1.06×107 Pa, significantly below the yield strength of stainless steel 316 (1.7×108 Pa), resulting
in a safety factor around 16. The maximum displacement occurred near the location of the applied rotor
thrust and was found to be approximately 0.5mm, which is considered acceptable given the 1m nacelle
and strut length. The plots of displacement and stress are shown in figure 3.10.

These results confirm that a 5mm wall thickness is structurally sufficient under maximum loading con-
ditions. SolidWorks provided an effective and efficient tool for this assessment: once the model and
boundary conditions were defined, the simulations could be performed rapidly, enabling exploration of
multiple scenarios within short computation times.

3.6. Conclusion
This chapter presented the conceptual design of the nacelle. While the full construction of the nacelle
is currently beyond the project’s budget, this design phase has established a technically feasible and
structurally validated foundation for future development. The core components such as the sensor,
motor, shaft layout, and structural supports, have been evaluated for their performance and integration
potential, ensuring that the nacelle can be realistically constructed once additional funding becomes
available. With the present design, requirements 3.1, 3.2, and 3.3 are satisfied, ensuring accurate
torque and thrust measurement, precise rotational speed monitoring, and full-range speed control of
the drivetrain.

The remainder of this thesis focuses on components that can be implemented within current constraints.
The next chapter begins with the hub and blade design, forming the link between nacelle development
and the experimental campaign. The hub will be constructed and mounted on the existing TU Delft
gondola system, serving as a functional test platform. Once finalized, the hub geometry will also provide
the basis for the blade design, which will proceed in parallel with manufacturing.



4
Hub and blade design

With the nacelle defined, the design of the rotor can now be addressed. The hub must provide a reliable
connection to the nacelle while allowing for blade attachment and pitch adjustment. The blades require
a balance between hydrodynamic efficiency, manufacturability, and structural stiffness under model-
scale conditions. This chapter therefore answers the following research question:

Which blade and hub design choices best balance structural integrity and hydrodynamic efficiency,
and what is their impact on turbine performance?

The following sections describe the hub requirements, blade design iterations, and performance pre-
dictions, followed by structural considerations and improvements leading to the final design.

4.1. Hub design requirements
The hub connects the blades to the shaft and sensor, transferring torque, thrust, and bending loads. It
must fit the 10 mm H7 shaft with keyway of the TU Delft gondola (requirement 2.7) to ensure compati-
bility with existing infrastructure (requirement 2.6).

(a) Hub with blade connections. (b) Blade connection and pitch adjustment system.

Figure 4.1: Hub design of Payne et al. (2017)

The design will build on the hub concept used by Payne et al. (2017) (figure 4.1), simplified for easier
manufacturing. This design was mainly chosen because it meets all design requirements, with its pitch
adjustment system and rigid design. It also has the possibility to add bending moment transducers
within the blade connector in the future, as done by Payne et al. (2017). A circular root section will
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be adopted for this design, to allow for easy pitch adjustments. The hub must also allow for quick
assembly and disassembly, enabling fast blade changes and maintenance access (requirement 2.3).
Each of the three blades should be mounted such that manual pitch adjustment is possible before
installation, supporting flexible testing of different pitch angles (requirement 2.4). The use of corrosion
resistant materials is essential, while non-load components may be 3D printed to reduce cost and allow
for rapid design changes.

4.2. Connection between the blade and the hub
Before defining the hub dimensions, the blade-hub connection was designed. This required selecting
the right connection for the flange (figure 4.1b), which also determined the circular blade root diameter.
Four connection concepts in 3D printed material were tested experimentally (figure 4.2). Test piece 1
used a heated M5 insert, test piece 2 an epoxy-glued thread, and pieces 3 and 4 embedded M6 and
M5 nuts, respectively. All connections had an effective height of 10 mm.

Figure 4.2: Testing pieces for 3D print connection. 1: heated M5 insert, 2: epoxy-glued thread, 3: M6 nut and 4: M5 nut

First, a static test was done, to see at what weight the connection fails and either the 3D print is de-
stroyed or the weight is pulled out of the connection. The setup for this test is visible in figure 4.3.

(a) Epoxy connection, 4.5 kg. (b) 30kg static test. (c) Nut connection example.

Figure 4.3: Schematic layouts of the three drivetrain configurations considered for the experimental setup.
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A maximum of 30 kg was possible in this setup, and at this maximum, 3 of the 4 options were still
undamaged, see table 4.1. The epoxy connection failed at 26 kg, when the weight fell out of the
connection, which makes this option less viable.

Connection type Weight (kg)
1: Insert >30
2: Epoxy 26
3: M6 nut >30
4: M5 nut >30

Table 4.1: Results of the connection pull-out tests.

The first test was inconclusive, as most of the designs remained undamaged under static loading. A
second test simulated assembly torque. The nut-based designs failed quickly due to stress concentra-
tion across only a few printed layers (figure 4.4). The insert connection (option 1) performed significantly
better. Although the insert began to rotate with the screw under torque, it remained embedded and was
still able to support a 30 kg. A potential drawback is that if the insert starts rotating during disassembly,
it may become difficult to remove the screw. However, this issue can be resolved by carefully heating
the screw, allowing the surrounding material to soften again, enabling removal without damage. This
recovery method was tested successfully.

(a) Top of damaged piece. (b) Bottom of damaged piece.

Figure 4.4: Damaged 3D printed piece with M6 nut.

Considering its balance of strength, ease of implementation and re-usability, the M5 insert connection
(option 1) was selected for the final blade design. In contrast, the nut-based options would require
integration during printing and complete blade replacement in case of damage or failure, which makes
them less desirable.

4.3. Blade root diameter
After determining the connection method between the hub and the 3D print, the next important parame-
ter to determine is the diameter of the circular blade root. This is a crucial input parameter for the flange
connection. The determination of this diameter was done based on several input parameters, the first
one being the M5 inserts. Payne et al. (2017) used 6 screws for this connection, this was found to be
reasonable for this stage of the design as well.

Increasing the diameter of the root section will increase the strength, as it will be able to take up a larger
moment. This will be mainly limited by the fact that the blade should still have a smooth transition from
the circular section to the blade foils to ensure hydrodynamic smoothness. Several studies, for example
Payne et al. (2017), Guo et al. (2018) and Bahaj et al. (2007) ensured that the first lift generating foil
was located at r/R = 0.2, which will be the goal in this case as well. With a rotor radius of 0.37 m,
this would be at 0.074 m from the center. The circular root diameter that other studies used is not of
relevance, as the majority did not use 3D printed blades. Payne et al. (2017) used a circular root of
44mm for its similar hub design. The only study that used 3D printed blades with a similar rotor diameter
was Lande-Sudall et al. (2023), who had a blade root diameter of approximately 40 mm, following the
design of Mycek et al. (2014).
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With the range from earlier research determined, it was put into test using QBlade. Trying to maximize
the diameter while still generating a smooth transition to a foil at approximately r/R = 0.2 leads to a
diameter of 45 mm for the circular blade root. As can be seen in figure 4.6 the holes and the locating
pin fit well within this space.

4.4. Hub design
With the blade root diameter defined, the remainder of the flange geometry was developed in consul-
tation with workshop technicians to simplify manufacturing. Compared to the reference design (figure
4.1), several modifications were made to streamline the production process.

The flange was redesigned with fully circular components, removing the original square features that
offered no structural benefit. Apart from the fact that it is easier the align (put the blade in the correct
pitch orientation), there seems to be no major advantages in using square sections. The lower flange
is secured with six bolts for now, sufficient given that the 3D printed blade root is the primary limitation.
Calculations to validate this amount are provided in section 4.9. The central flange diameter was set
to 25 mm to provide sufficient space for screw heads.

The new flange consists of three parts: two 5 mm thick plates and a 21 mm central cylinder, giving
adequate screw engagement while minimizing hub size. Pitch plates are 3D printed, 3 mm thick, and
used solely to set blade pitch (see figure 4.6).

The final adjustment that was done to the original flange design of Payne et al. (2017), is the removal
of the original centering pin in favor of a 10 mm through hole for a carbon reinforcement rod. This rod
will be glued into the blade root and extend into the flange, serving both as an alignment feature and
as a structural element to relieve bending moments from the threaded insert connections. Given the
10 mm carbon rod at the root, this results in a wall thickness of 7.5 mm for the central flange section.
The strength of the flange is validated in section 4.9.

Figure 4.5: 2D hub design, with the 120mm ring representing hub diameter.

The triangular hub shape was also simplified for manufacturability. The final geometry has side lengths
of 70mm and an axial thickness of 50mm, with six M5 threaded holes on each flange face. A maximum
hub diameter of 120 mm was maintained, leaving 4.4 mm clearance for the hub cover (figure 4.5).

To evaluate the fits and functionality, the complete hub assembly was prototyped using 3D printing
(figure 4.6). This revealed a potential issue with thread overlap in the triangular hub: for four of the six
screw positions on each face, the M5 threads intersect with perpendicular threads after approximately
7 mm. Although this engagement length is considered sufficient for operational loads, care must be
taken during manufacturing to avoid thread interference, and reach maximal usable thread. For the
two vertical threads located directly above the axis, the thread depth was increased to 11mm to ensure
full engagement. Shrinkage of the print material also affected hole tolerances, which were increased
to 5.4 mm to allow proper screw fitting.

Aside from this threading constraint and the shrinkage issue, the design looked feasible. After testing
the strength with Solidworks, the working drawings can be produced.
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(a) 3D printed hub, with pitch plate
attached.

(b) 3D printed hub, with pitch plate
unattached.

Figure 4.6: 3D printed design of the hub, with only one flange attached.

4.5. Pitching mechanism
To change the pitch angle of the blade, the blade must first be detached from the hub. Then, a new
pitch plate, containing a different locating hole configuration, can be inserted. Only the position of the
locating hole needs to vary between pitch plates as this shifts the orientation of the blade relative to
the flange. As a result, the alignment of the screw holes changes slightly with each pitch setting. To
accommodate this, the screw holes in the upper flange are designed as kidney-shaped slots (see figure
4.6b), allowing for angular adjustment of ±5◦. This enables flexible testing under varying pitch angles
without requiring structural modifications to the hub or blades.

4.6. Blade design
Several important blade dimension parameters are determined already. The turbine will have three
blades and a diameter of 0.74 m. With a hub radius of 0.0542 m, the resulting blade length is 0.327 m.
The circular root section has a diameter of 45mm. This section now addresses the blade’s chord, thick-
ness, and twist distribution, starting with the selection of a foil. After designing the blade characteristics,
the expected torque and thrust will be used to predict forces on the blade and the hub connection.

4.6.1. Blade profile
The design process starts with selecting a suitable blade profile. As discussed in section 1.3.4, thinner
foils provide higher hydrodynamic efficiency, while thicker foils offer structural strength near the root
(Muratoglu et al. 2015). The design therefore aims to use thin foils near the tip and thicker foils near
the root, within the limits of 3D printing.

Based on the literature, three commonly used foil families were selected for comparison: NACA 63-
8XX, NACA 63-418, and NREL S814 (see figure 1.10). The NACA 63-8XX series does not have a
fixed thickness-to-chord ratio, offering flexibility to vary the thickness along the blade span. This foil
also appears most frequently in previous studies, although the differences in popularity between the
three profiles are relatively small. To evaluate foil performance, the integrated XFoil feature in QBlade
was used to simulate lift-to-drag ratios, which serve as the most informative metric for foil efficiency.
The simulations were performed with a Reynolds number of 1.2 · 105 (Guo et al. 2018). Although the
final Reynolds number may differ, general performance trends remain valid.

Simulation results are shown in figure 4.7. For the NACA 63-8XX, thicknesses of 12%, 18%, and 24%
were tested. The thinnest foil (NACA 63-812) produced the highest lift-to-drag ratio, while the NACA 63-
818 showed a broader performance curve, advantageous for off-design conditions. The NACA 63-818
also outperformed the equally thick NACA 63-418, which exhibited a narrower operating range. Among
24% thickness foils, the NREL S814 slightly outperformed the NACA 63-824 in peak efficiency, but its
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sharper peak limits robustness. Given that the thickness of the NACA 63-8XX foil can be adjusted
spanwise, the NREL S814 does not offer a clear performance advantage.

Figure 4.7: Lift-to-drag ratio as a function of the angle of attack, for the most used foils in hydrokientic turbine testing.

Based on this analysis, the NACA 63-8XX series was selected for the blade design. It combines supe-
rior lift-to-drag characteristics with the flexibility to vary thickness along the span, allowing a balance
between efficiency near the tip and structural strength near the root. Thickness ratios between 12%
and 24% can be applied depending on structural and manufacturing constraints. The 63-8XX belongs
to the NACA 6-series, which dominates hydrokinetic turbine literature (see figure 1.10), appearing in
13 studies. Developed as second-generation foils by the National Advisory Committee for Aeronautics
(NACA), the 6-series was designed to extend laminar flow and reduce drag due to separation (Abbott
et al. 1959; Manwell et al. 2009). These foils exhibit relatively high maximum lift coefficients and are
optimized for high-speed operation, though they show higher drag when operating outside their optimal
range (Yadav et al. 2023).

The designation of a NACA 6-series foil follows a structured format, such as NACA 63-818, where each
part provides specific information about its design characteristics:

• 6: Indicates the 6-series.
• 3: Defines the position of minimum pressure as a percentage of chord length (e.g., 30% in this
example).

• 8: Specifies the design lift coefficient in tenths (e.g., 0.8 in this case).
• 18: Represents the maximum thickness as a percentage of the chord length (e.g., 18% in this
example). XX at this location means that the percentage changes along the span of the blade.

With the blade profile chosen, the chord and thickness distribution along the blade can now be deter-
mined.

4.6.2. Chord length
The chord length strongly influences hydrodynamic performance. Two common approaches for deter-
mining chord length are the Betz and Schmitz methods, both derived from actuator disc theory and
aimed at maximizing power extraction (Subramanya et al. 2020 and Gasch et al. 2012. The following
formulas are based on Gasch et al. (2012).

The Betz method provides a simplified approach to chord length calculation, based on the concept of
an ideal actuator disc and uniform loading along the blade span. The chord length, c̄Betz, is given as:

c̄Betz = cBetz ·
z · CL · TSRD

R
=

16 · π
9

· 1√(
TSRD · r

R

)2
+ 4

9
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where z is the number of blades, CL the lift coefficient, TSRD the design tip-speed ratio, R the rotor
radius, and r the radial position. The Betz method assumes a linear variation of axial induction along
the blade span and neglects wake rotation effects. The chord length is a function of the local tip-speed
ratio (TSRD · r

R ), and decreases from the root to the tip of the blade.

The Schmitz method builds on the Betz method, but incorporates wake rotation effects, providing a
more realistic representation of the flow around the blade. The chord length, c̄Schmitz, is given by:

c̄Schmitz = cSchmitz ·
z · CL · TSRD

R
=

16 · π · TSRD · r
R

· sin2 ·
(
1

3
· ϕ1

)
where:

ϕ1 = arctan ·
(

R

TSRD · r

)
The inclusion of sin2 ·

(
1
3 · ϕ1

)
accounts for the variation in the angle of relative velocity along the blade.

This method adapts the chord length to ensure optimal lift generation, particularly in regions where
wake rotation has a significant influence.

Comparison of the Methods
The two methods differ most at low local tip-speed ratios as can be seen in figure 4.8. This is the region
near the root of the blade. For higher tip-speed ratios not much difference is noticeable.

Figure 4.8: Difference between optimal chord distribution according to Schmitz and Betz method for different tip-speed ratios
(Gasch et al. (2012)).

The chord length distributions derived from the Betz and Schmitz methods show that chord length is
primarily a function of the blade’s radial position, the number of blades, the design tip-speed ratio,
and the lift coefficient. As shown in Batu et al. (2020) this is true for the different chord distribution
calculation methods. Some methods also include the drag, which increases with higher chord length
due to a larger wetted length. Based on the available formulations in QBlade and the nature of the
expected flow conditions, the Schmitz method was selected to define the initial chord distribution. This
method improves on Betz by accounting for wake rotation effects, which are particularly relevant at
lower local tip-speed ratios, occurring near the root.

Linear taper
QBlade also offers a linear chord taper. Although the linear taper is simple to implement and often
used due to its ease of manufacturing, it is not hydrodynamically optimal. As discussed by Gasch et
al. (2012), it provides a reasonable compromise between performance and simplicity, but it especially
oversimplifies the chord near the root section. Burton et al. (2011) explain that a uniform taper removes
material near the root and reduces design complexity, but deviates from the optimal BEMT-based distri-
bution, which is visible in figure 4.8. Since this blade will be 3D printed, manufacturing constraints are
minimal. A strong root is structurally required, and the Schmitz distribution provides a more realistic,
performance-oriented design. For these reasons, the Schmitz method was selected over the linear
taper.
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4.6.3. Thickness
The thickness at the root was predetermined to be 100% of the chord length by selecting a circular root
section. To maximize efficiency, the objective is to transition to a lift-generating foil as early as possible
along the blade span. Based on literature findings (figure 1.15), blade thickness typically decreases
from approximately 22% at the root to around 12% near the tip.

For this design, the NACA 63-824 foil was selected as the first lift-generating section, aiming to be
positioned at approximately r/R = 0.2 (see section 4.3). From this point onward, the blade thickness
is gradually reduced, reaching a minimum of 12% at the blade tip. This initial distribution prioritizes
hydrodynamic performance. If subsequent structural analysis indicates insufficient blade strength, the
thickness distribution can be adjusted accordingly afterwards.

OpenVSP (v3.24.0), originally developed by NASA for aircraft design (NASA OpenVSP 2024), was
used to generate NACA 6-series profiles with thicknesses of 12%, 15%, 18%, 21%, and 24%. The
software exports high-resolution point data for use in QBlade, where intermediate foils can be generated
with the built-in interpolation function (see section 2.6.4). Figure 4.9 illustrates the three thickness
variations considered.

Figure 4.9: NACA 63-8XX plotted with different thicknesses.

4.6.4. Twist
The twist angle of a turbine blade is the final critical design parameter that ensures each section of the
blade is aligned with the local relative flow direction, thereby maximizing hydrodynamic efficiency. In
QBlade, the twist distribution can be optimized using either the Betz or the Schmitz approach.

The key difference is the treatment of wake rotation again. Betz neglects it, giving a simplified velocity
triangle and generally higher twist near the hub at low tip-speed ratios (figure 4.10). Schmitz includes
wake rotation, producing a more realistic velocity distribution and lower twist angles close to the root,
similar to its improvement over Betz in chord distribution (section 4.6.2).

Like explained in Gasch et al. (2012), the twist angle β(r) at a given radial position is computed as:

β(r) = ϕ(r)− α (4.1)

where ϕ(r) is the angle of the relative velocity and α is the angle of attack at the optimal lift-to-drag ratio
for the chosen foil, for Betz:

ϕBetz(r) = arctan

(
2

3
· R

TSRD · r

)
(4.2)

and for the Schmitz method:

ϕSchmitz(r) =
2

3
· arctan

(
R

TSRD · r

)
(4.3)
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Figure 4.10: Difference between optimal twist distribution according to Schmitz and Betz method for different tip-speed ratios
(Gasch et al. (2012)).

As discussed by Gasch et al. (2012) and visualized in Burton et al. (2011), the Schmitz distribution
better accounts for the hydrodynamics near the blade root.

Besides Betz and Schmitz, QBlade offers linear and stall-based twist optimizations, but these are less
suited for performance-oriented design. Instead, the optimal lift-to-drag ratio (CL/CD) approach is
selected, which adjusts the angle of attack locally to achieve maximum efficiency. Practically, this
means α in equation 4.1 is equal to the optimal angle of attack for the design TSR.

4.6.5. First design iteration
With the theoretical groundwork now complete, the attention shifts to the practical side of the project,
namely the blade design. This first design iteration is developed using the input parameters summa-
rized in table 1.5. This prototype will be 3D printed to assess structural integrity and printing resolution.

At this stage, two key parameters must be defined to shape the blade: the inflow velocity and the design
TSR. The tip-speed ratio directly influences the chord and twist distribution along the blade, while the
inflow velocity is needed to estimate the Reynolds number, which in turn governs foil selection.

Reynolds Number Estimation Strategy
The representative Reynolds number is calculated at r/R = 0.75, a commonly accepted reference
location in literature for capturing the dominant hydrodynamic behavior of the blade. This method
follows the approach of El-Shahat (2020), who showed that for horizontal-axis tidal turbines, the flow
conditions at 75% span provide a good balance between accuracy and simplicity. This region typically
contributes most to the overall torque and power, and the local flow angle remains relatively stable,
making it a logical choice for evaluating lift and drag characteristics.

The Reynolds number is calculated using the following relation:

Re =
Urel · c

ν
(4.4)

where c is the chord length at r/R = 0.75 and ν is the kinematic viscosity of water, taken as 1 · 10−6

m/s. Urel is the local relative velocity, which depends on the rotational speed and inflow velocity (see
equation 1.13).

However, in this early stage of the design, the chord length is not yet known. Instead, a rough estimate
is used to proceed. A target inflow velocity of 0.75m/s is chosen, as it is the middle value of the desired
operating range. This choice allows the design to perform well under typical flow conditions, rather
than being optimized for only extreme ends.

Assuming a rotor radius of 0.37 m, a TSR of 5, and an estimated chord length of 0.04 m at r/R = 0.75,
the corresponding Reynolds number is approximately 1.2 · 105. This value is used for generating the
initial polar data in the first design loop. QBlade will then interpolate the Reynolds number for different
locations along the blade span and for different operating conditions.
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Polar extrapolation
Once the foil shapes have been imported into QBlade (as described in section 4.6.3), the next step
is to assign the polar definitions, illustrated in figure 2.7. For consistency with earlier validation work
(see section 2.6), the critical amplification factor Ncrit is set to 1 and compressibility effects are ignored
by setting the Mach number to 0. Together with the specified Reynolds number, these values serve
as input for QBlade’s XFOIL-based analysis, which combines a panel method for the inviscid flow with
a boundary-layer solver and transition model to compute lift and drag coefficients across a range of
angles of attack. In addition, QBlade can generate visualizations of velocity and pressure distributions,
though these are not used further in this study. The lift and drag curves, however, form the essential
basis for the subsequent blade design.

QBlade requires complete 360◦ polar data to run its BEMT simulations (Marten et al. 2024). Even
though the actual turbine is intended to operate around its optimal angle of attack, extrapolated polars
ensure that QBlade can simulate performance under off-design conditions.

Two extrapolation models are available in QBlade for generating these extended curves: the Mont-
gomerie method (Montgomerie 2004) and the Viterna method (Viterna et al. 1982). Both methods
extend polar data beyond the angle range provided in the original foil simulations, but follow different
strategies and assumptions.

The Montgomerie method approximates the foil as a flat plate at high angles of attack. It uses several
curve-fitting parameters to ensure smooth continuity:

• A+/B+ andA−/B−: Define the curvature of the extrapolated sections for positive and negative
angles.

• Slope: Sets the slope of the curve to match the existing polar data.
• CD90: Specifies the drag coefficient at 90◦, which has a notable effect on the overall curve shape.

The Viterna method, on the other hand, is based on empirical data and provides a robust model for
post-stall behavior with fewer parameters to tune:

• Range of original polar: Defines the angle range from the original data used for interpolation.
• CD90: Sets the drag coefficient at 90◦, typically approximated as 1.3 for a flat plate (NASA Glenn
Research Center 2023).

• St+ / St-: Represent the positive and negative stall angles.

In this project, the Viterna method is selected for its ease of use and consistent initial results. As the
focus is not on off-design behavior or dynamic stall, extensive tuning is not necessary. The default polar
range (−15◦, 20◦) is kept, and CD90 is adjusted to match the flat plate value of 1.3. Stall angles are left
at the standard ±20◦, which, while possibly not accurate for the NACA 63-8XX foils at low Reynolds
numbers in water, are considered acceptable for this steady-state analysis.

With these settings, QBlade generates extended lift, drag, and moment coefficient curves as shown in
figure 4.11. These polars form the input for all performance calculations in subsequent steps.

Figure 4.11: Example of foil extrapolation using the Viterna method in QBlade (Marten et al. 2024).
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Blade root section
With the Reynolds number estimated and foil properties defined, the full blade geometry can now be
constructed. A total of 25 spanwise stations was selected to define the blade shape. This number
offers sufficient resolution for accurate interpolation and local refinement, while still being manageable
within QBlade. With a blade length of approximately 0.315m, this corresponds to an average spacing
of 12.5mm. In the root region, spacing was manually refined to ensure a smoother transition between
the circular root and the foil shapes, which is an important factor for both structural continuity and
printability.

To establish this transition, a 64% thick interpolated foil was introduced between the NACA 63-828
and the fully circular root section. This thick foil was not intended for hydrodynamic performance, but
rather to bridge the geometry structurally. The very first two stations at the root used a circular profile,
intended to house the inserts and provide sufficient volume for the inserts.

Chord lengths were initially defined using the Schmitz method (section 4.6.2) at a TSR of 5, and then
slightly adjusted to maintain geometric continuity. This configuration successfully combined structural
robustness with hydrodynamic performance: the first lifting section appears at r/R ≈ 0.22, closely
matching the r/R = 0.2 design target (section 4.3). Minimal changes to the root were needed in later
design iterations.

Mid and tip section
The portion of the blade spanning from r/R = 0.22 to the tip is referred to as themid and tip section. The
aim in this region was to implement increasingly thinner, high-efficiency foils, with the NACA 63-812 at
the tip, which exhibits the most favorable lift-to-drag performance at the design Reynolds number (see
figure 4.7). Given that the precise mechanical properties of the printed material were not yet known at
this stage, foil selection and thicknesses were based on earlier studies, particularly the work by Guo et
al. (2018), and guided by the goal of achieving a smooth geometric transition.

With the foil layout defined, QBlade was used to optimize chord and twist distributions (sections 4.6.2
and 4.6.4). Several intermediate foils were interpolated within QBlade to ensure smooth thickness
variation between the defined profiles. For practical integration of the carbon rod, all profiles were
aligned along their maximum thickness in QBlade’s advanced blade design tool, which does not affect
hydrodynamic performance.

The resulting blade geometry is provided in Appendix D. The resulting geometry features a chord ta-
pering from about 0.076 m at the root to 0.025 m at the tip, while the twist decreases smoothly from
≈ 25◦ near the root to ≈ 3◦ at the tip, excluding the circular root region. Thickness reduces gradually
from 28% at r/R = 0.22 to 12% at the tip, with several interpolated foils ensuring smooth transitions.
The first station is located at 0.054 m from the rotor center, corresponding to the top of the pitch plate.

Carbon rod integration
To improve bending stiffness and structural reliability, a tapered carbon rod was embedded in the blade,
a common practice for 3D-printed model turbines at TU Delft. The taper maximizes rod diameter within
the available blade thickness.

After exporting the geometry from QBlade to Rhino, a cylindrical cut-out was added. Its diameter was
set 1 mm larger than the rod to allow clearance for insertion and to accommodate the epoxy adhesive,
ensuring a continuous bond between the rod and the blade shell. Apart from the insert slots, this was
the only post-processing modification before 3D printing.

3D Printing trial
To assess the structural integrity of the blade and its conformity to the design specifications, the geome-
try was fabricated using 3D printing. This initial prototype served to assess structural strength, printing
accuracy, and overall surface quality. The result, shown in figure 4.12, revealed several shortcomings.
While valuable insights were gained, the blade ultimately failed due to insufficient strength.

The primary issue encountered was the brittleness of the thin tip section. Also, the trailing edge was
too sharp for the printer to replicate it, falling below the printer’s minimum resolution of 0.4mm per layer.
As a result, the printer could not generate a continuous edge.
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Figure 4.12: First 3D printed blade trial, broken at four different locations.

The blade was printed upright with 20% infill. While this gave good surface definition, the orientation
aligned the weakest print axis with the bending loads, causing easy fracture along the chord.

Despite these failures, the trial confirmed a smooth root finish and sufficient geometric resolution (70
chordwise and 200 spanwise points). Although not structurally successful, the print provided useful
feedback on material limits, print orientation, and tolerances, guiding the second design trial.

4.6.6. Second design iteration
Following the shortcomings observed during the first 3D printed trial, a second blade design was de-
veloped with several major modifications aimed at improving structural integrity and printability.

Key adjustments to the design
A significant change was made to the design TSR, which was reduced from 5 to 4. As discussed in
section 4.6.2, thismodification results in increased chord lengths and twist angles, and a lower rotational
speed for a given inflow velocity. These modifications will provide a thicker and stronger blade profile.
While the power output remains unchanged, the lower TSR increases torque (equation 2.6). For a
chord of 0.041 m, Re ≈ 97,200, which was used to generate updated polars in QBlade.

Since the tip region failed in the first print, the thinnest foil was replaced by the NACA 63-818 (18% thick-
ness). Although thinner foils achieve slightly higher lift-to-drag ratios (figure 4.7), the 63-818 provided
sufficient strength with acceptable efficiency. To further improve printability, trailing edges were thick-
ened using QBlade’s gap-setting feature, ensuring a minimum thickness of 0.8 mm (≈2 print layers).
The shape change was minimal, as shown in figure 4.13 for the thinnest foil used.

Figure 4.13: Comparison between original NACA 63-818 and modified version with 2.8% trailing edge gap.

These adaptations lowered the estimated efficiency from Cp ≈ 0.42 to 0.39, but significantly improved
structural feasibility.
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Additional modifications
Several minor improvements were also introduced to address issues identified in the first prototype:

• The circular root section was extended by 1.2mm in radial direction (3 print layers) to prevent the
insert to stick through the blade.

• Chord lengths near the root were kept largely unchanged for smoothness, despite the TSR ad-
justment.

• To avoid visible indentations from the carbon rod holes, a minimum wall thickness of 1.2mm was
maintained around the rod cutouts.

• Hole clearances were reduced from 1.0mm to 0.6mm (0.4mm for the 10mm rod), improving the
accuracy of placement in the blade.

• The printer infill percentage was increased from 20% to 50% for greater stiffness.

Geometry verification
To validate the smoothness of the updated blade design, the chord, thickness, and twist values were
plotted along the blade span. A second-order polynomial was fitted to the chord distribution, and a
third-order polynomial to the twist, as shown in figure 4.14. The fits confirmed that smooth transitions
were achieved between the different blade sections. Only the root region, which was not re-optimized
for a TSR of 4 in terms of chord length, required relatively large manual adjustments.

(a) Chord distribution with second-order polynomial fit. (b) Twist distribution with third-order polynomial fit.

(c) Thickness distribution with carbon rod allowance.

Figure 4.14: Blade geometry characteristics plotted along span.

Figure 4.14c specifically shows the inner wall thickness after subtracting 1.2mm from the outer surface.
This constraint limited the maximum rod diameter at certain points but still allowed a 4mm carbon rod
up to approximately r/R = 0.7, and a 2mm rod nearly to the tip.

Final geometry
The complete blade geometry, including spanwise positions, chord lengths, twist angles, and foil selec-
tions, is summarized in table 4.2. No changes were made to the blade definition after this point as the
3D print turned out smoothly and well defined.

4.6.7. Performance predictions
With the final blade design established, and a satisfactory 3D print, performance predictions for the
turbine can be made with QBlade. Figure 4.15 shows the different parameters that were used during
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Table 4.2: Final blade geometry definition

Pos [m] Chord [m] Twist [deg] Foil
0.054 0.045 35.650 Circular_Foil
0.065 0.045 32.800 Circular_Foil
0.073 0.055 30.800 Interpolated 64
0.083 0.078 28.500 NACA63828I
0.092 0.077 26.600 NACA 63824I
0.106 0.074 23.900 NACA 63824I
0.119 0.070 21.600 Interpolated 23.25I
0.133 0.068 19.400 Interpolated 22.5I
0.146 0.065 17.400 Interpolated 21.75I
0.160 0.061 15.500 NACA 63821I
0.173 0.059 13.950 Interpolated 19.5I
0.187 0.056 12.550 NACA 63818I
0.201 0.053 11.300 NACA 63818I
0.215 0.051 10.140 NACA 63818I
0.229 0.048 9.278 NACA 63818I
0.243 0.046 8.503 NACA 63818I
0.257 0.044 7.803 NACA 63818I
0.271 0.042 7.167 NACA 63818I
0.285 0.040 6.588 NACA 63818I
0.299 0.039 6.058 NACA 63818I
0.313 0.037 5.572 NACA 63818I
0.327 0.036 5.124 NACA 63818I
0.341 0.034 4.711 NACA 63818I
0.355 0.033 4.328 NACA 63818I
0.370 0.032 3.957 NACA 63818I

the simulations. The fluid density is 1000 kg/m3 for water and it has a kinematic viscosity of 1 · 10−6

m2/s. The inflow velocity is set to 0.5 m/s in this case as an example. The collective pitch is kept at 0◦,
which means the twist angles along the blade define the effective pitch angle.

Figure 4.15: BEMT definition parameters.

The blade was divided into 100 elements, sufficient for accuracy without excessive computational cost.
Default QBlade solver parameters (tolerance 1 · 10−6, 500 iterations, relaxation factor 0.1) gave stable
results and were not modified. The selected corrections are described separately in section 2.6.5.

First, looking at the efficiency for the current turbine design, the design goal was set at a minimal
Cp of 0.35 (requirement 1.2). Figure 4.16a shows that this is achievable, despite the fact that some
performance had to be removed for structural considerations (see section 4.6.6). The graph shows a
rapid growth up until the maximum Cp of 0.391, after which the decline is more flat. It goes down to a
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value of 0.257 for a TSR of 7. The maximum Cp predicted by QBlade happens at a TSR of 4, which is
expected as this is what it was optimized for. Requirement 1.1 is thereby also reached.

(a) Cp curve for the final blade design. (b) Ct curve for the final blade design.

Figure 4.16: Cp and Ct curves for the final blade design.

For thrust, requirement 1.3 specified Ct ≥ 0.7 at optimal TSR. This is also theoretically reached as can
be seen in figure 4.16b. The value for a TSR of 4 is 0.77, which is only 10% above the desired value.
Experimental validation in chapter 5 will show whether or not the minimum is reached in practice. Ct
increases up until 0.945 for a TSR of 7.

Torque and thrust predictions for inflow velocities of 0.5-1.0m/s are shown in figure 4.17. The maximum
thrust expected for 1m/s at a TSR of 7 is 203 N. The maximum torque of 8.93 N/m happens at a TSR of
3.2 according to the BEMT predictions. For lower inflow velocities the TSR at which maximum torque
happens remains the same. These maximum values for steady flow will be used to predict forces that
will act on the blades in sections 4.8 and 4.9.

(a) Thrust vs TSR. (b) Torque vs TSR.

Figure 4.17: Thrust and torque performance of the final blade design for different inflow velocities.

The final plots extracted are the normal and tangential force distributions along the blade span (figure
4.18), which are used to determine equivalent loading positions for experimental testing (chapter 4.8).
Integrating the normal force using the trapezoidal rule gives one third of the total thrust, as expected
since the values are per blade and thrust is evenly distributed under uniform inflow. Dividing themoment
by the force gives the equivalent loading location, which for TSR = 4 was 0.197m (68% span) for thrust
and 0.164 m (59% span) for torque, measured from the blade root. For other TSRs, the differences
of equivalent loading are minor so these values will be used in section 4.8. The shorter torque arm
compared to thrust is consistent with the force distributions, and the thrust location aligns well with
the common 2/3-span analytical approximation (Manwell et al. 2009). Tip-loss effects are visible, with
forces approaching but not reaching zero at the tip, unlike in actuator disc theory (figure 2.6).

The theoretical values for torque and thrust will be validated in chapter 5 to ensure the structural rigidity
of the blade, and the predictive capabilities of the BEMT method.

4.7. Wave conditions
The steady inflow analysis does not capture wave effects. Since QBlade cannot model unsteady or
wave-induced inflow, an analytical wave model is used to estimate the maximum horizontal velocity at
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Figure 4.18: Distribution of forces along the blade radius.

different depths. Following linear wave theory in two dimensions (x-z) (Dean et al. 1991; Munson et al.
2012), this derivation provides the horizontal velocity induced by a propagating wave at depth, which
can then be applied as a constant input in QBlade to approximate critical wave loading with steady-state
tools.

4.7.1. Derivation wave-induced velocity from potential flow theory
The flow is assumed incompressible, inviscid, and irrotational. Starting from the incompressible Navier-
Stokes equations:

∂u

∂t
+ (u · ∇)u = −1

ρ
∇p+ ν∇2u+ g, (4.5)

with the continuity equation for incompressible flow:

∇ · u = 0, (4.6)

For wave analysis, the convective term (u⃗ · ∇)u⃗ is neglected (linearization), and the viscous term is
dropped (ν∇2u⃗). Under irrotational flow (∇× u⃗ = 0), the velocity field can be written as the gradient of
a potential, u⃗ = ∇ϕp. Substituting this into the continuity equation yields Laplace’s equation:

∇2ϕp = 0 (4.7)

which governs the velocity potential in the fluid domain. In two dimensions (x-z plane), this reduces to:

∂2ϕp

∂x2
+

∂2ϕp

∂z2
= 0, (4.8)

forming the starting point for linear wave theory. With suitable free-surface and seabed boundary con-
ditions, this equation can be solved to obtain the horizontal velocity at hub depth.

Harmonic solution and first boundary condition
To model a wave traveling in the positive x-direction a harmonic solution is assumed:

ϕp(x, z, t) = Φ(z) sin(kx− ωt) (4.9)

with wavenumber k = 2π/L, frequency ω = 2π/T , and vertical amplitude function Φ(z). Substituting
this into the Laplace equation (4.8) gives:

∂2ϕp

∂x2
+

∂2ϕp

∂z2
= −k2Φ(z) cos(kx− ωt) + Φ′′(z) cos(kx− ωt) = 0 (4.10)

This leads to what is commonly referred to as the Helmhotz equation:

Φ′′(z)− k2Φ(z) = 0 (4.11)
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The general solution to this second-order ordinary differential equation is a linear combination of hyper-
bolic functions:

Φ(z) = A cosh(k(z + h)) +B sinh(k(z + h)) (4.12)

where A and B are constants. To determine the values of these constants, the bottom boundary con-
dition is applied. At the seabed (z = −h), there is no vertical flow, which implies:

∂ϕp

∂z

∣∣∣∣
z=−h

= 0 (4.13)

Differentiating the general solution and substituting z = −h:

∂ϕp

∂z

∣∣∣∣
z=−h

= Ak sinh(0) +Bk cosh(0) = Bk = 0 (4.14)

Since k ̸= 0, it follows that B = 0. Therefore, the vertical velocity condition at the seabed is satisfied
only if:

Φ(z) = A cosh(k(z + h)) (4.15)

By filling this in into equation 4.9, the velocity potential becomes:

ϕp(x, z, t) = A cosh(k(z + h)) sin(kx− ωt) (4.16)

By differentiating this equation, the horizontal velocity u and the vertical velocity w can be determined.

u(x, z, t) =
∂ϕp

∂x
= −Ak cosh(k(z + h)) cos(kx− ωt) (4.17)

w(x, z, t) =
∂ϕp

∂z
= Ak sinh(k(z + h)) sin(kx− ωt) (4.18)

Dispersion relation and other two boundary conditions
To express the potential in terms of the wave amplitude Aw, the surface boundary conditions can be
applied. This requires using both the dynamic and kinematic free-surface conditions, applied at the still
water level z = 0. Considering a progressive wave with the following water surface displacement:

η(x, t) = Aw sin(kx− ωt) (4.19)

Now the kinematic free-surface boundary condition can be applied. This ensures the fluid particles stay
on the surface:

∂η

∂t
=

∂ϕp

∂z

∣∣∣∣
z=0

(4.20)

Computing both sides:
∂η

∂t
= ωAw cos(kx− ωt) (4.21)

∂ϕp

∂z

∣∣∣∣
z=0

= Ak sinh(kh) sin(kx− ωt) (4.22)

To compare both sides consistently, the amplitudes of the harmonic terms can be compared. Since
sin(kx − ωt) and cos(kx − ωt) differ only by a phase shift, their amplitudes can be equated to obtain
the following relation:

ωAw = Ak sinh(kh) (4.23)

Now, the third and final boundary condition of this derivation can be applied. This boundary condition
balances the pressure at the surface, it is called the dynamic free-surface boundary condition:

∂ϕp

∂t

∣∣∣∣
z=0

+ gη = 0 (4.24)

Filling in both terms:
∂ϕp

∂t
= −Aω cosh(kh) cos(kx− ωt) (4.25)
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gη = gAw sin(kx− ωt) (4.26)

Matching again the amplitudes:
Aω cosh(kh) = gAw (4.27)

Combining equations 4.23 and 4.27 after rewriting for Aw, leads to:

Ak sinh(kh)

ω
=

Aω cosh(kh)

g
⇒ ω2 = gk tanh(kh) (4.28)

This is the dispersion relation, which relates the angular frequency ω [rad/s], wave number k [rad/m],
and water depth h [m]. It also ensures that the solution is physically consistent.

Final expression for the horizontal velocity:
Solving equation 4.23 for A leads to:

A =
gAw

ω cosh(kh)
(4.29)

Substituting this into equation 4.17 results in:

u(x, z, t) =
gAwk

ω
· cosh(k(z + h))

cosh(kh)
· sin(kx− ωt) (4.30)

This is the general form of the horizontal wave-induced velocity at any depth z, under linear wave theory.
This derivation shows how potential flow theory, under linear wave assumptions, can yield a complete
expression for the wave-induced flow field, which is essential for estimating forces on hydrokinetic
turbines in wave conditions.

4.7.2. Deep water approximation
For this project, the deep water approximation is applicable. This approximation simplifies the wave
equations under the assumption that the water depth is large compared to the wavelength. It is valid
when kh ≫ 1 (i.e. h > L/2π with k = 2π/L). In this case,

tanh(kh) ≈ 1, cosh(k(z + h)) ≈ 1
2e

k(z+h),

This leads to a simplified form of the general dispersion relation of equation 4.28:

ω2 = gk.

And the horizontal velocity expressed in equation 4.30 becomes (with z < 0) :

u(x, z, t) =
gAwk

ω
ekz sin(ωt) (4.31)

Similarly, the vertical velocity component is given by:

w(x, z, t) =
gAwk

ω
ekz cos(ωt) (4.32)

When interested in the flow velocity at a certain fixed location, like with a hydrokinetic turbine, the x can
be set to zero and the cosine term therefore becomes cos(ωt). This can then be plotted for different
combinations of wave amplitudes and heights. The z value in the case of a turbine can be chosen as
the hub depth, to get an average flow velocity over the blades. The hub depth will be chosen as 0.6 m
in this case, which means the tip of the rotor is 0.23m below the water surface, corresponding to slightly
more than half a radius tip submergence. In equation 4.31, the vertical decay of wave-induced motion
is clearly visible through the exponential factor ekz, which shows that wave effects diminish rapidly with
depth. The larger the submergence depth, the fewer the turbine will notice from the wave induced
motions. Figure 4.19 shows the wave-induced velocity at hub depth, using a typical wave case.

Equation 4.31 can also be used to calculate the maximum velocity as a result of the waves, combined
with the free-stream inflow velocity:

umax =
gAwk

ω
· ekz + U∞ (4.33)
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Figure 4.19: Wave-induced velocity at hub depth for wavelength L = 4 m, amplitude Aw = 0.08 m (wave steepness ε = 0.04).

This derivation is based on linear wave theory, valid for ε ≲ 0.04 (Dean et al. 1991). Where ε is the
steepness of the wave, which can be expressed as the wave height over the wavelength:

ε =
2A

L
(4.34)

For steeper waves, nonlinear effects increase crest velocities and should be considered for accurate
loading predictions.

4.8. Static deflection and strength test
To assess the structural performance of blade trial 2 (see section 4.6.6), a static deflection test was
carried out. Because the material properties of the 3D-printed blade with carbon reinforcement are
difficult to predict, an experimental approach was chosen to evaluate stiffness, deflection, and failure
risk under representative loads. The test setup is shown in figure 4.20.

Figure 4.20: Experimental setup blade deformation test.

A plastic bag was used to apply weights at a distance of approximately 0.2 m from the root, which
corresponds to the equivalent thrust loading position calculated using BEMT for a TSR of 4 (see section
4.6.7). It was chosen to test the blade in thrust direction as the forces in this direction are largest and
the blade is the thinnest in this direction, meaning this will be the critical loading case.

The deflection at the load point was measured for various load values up to 9 kg. Beyond this value
deflections became difficult to measure, but the blade did not fail up to the rig limit of 15 kg. A quadratic
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curve was fitted to the measurement data to capture potential nonlinear deformation behavior at higher
loads and to capture the accuracy of themeasurements. As shown in figure 4.21, the fit closely matched
all measurements.

Figure 4.21: Measured deflection against load at ≈ 20 cm with quadratic fit.

From the linear portion of the deflection curve (approximately up to 4-5 kg), an effective structural stiff-
ness of 1.03mm/kg was determined by fitting a linear regression to the measured data and taking the
slope. This corresponds to approximately 9.8N/mm when accounting for gravitational acceleration. To
relate this to the blade’s bending stiffness, the static deflection of a cantilever beam subjected to a point
load at a distance d from the fixed end can be described by:

δ =
Fd2(3L1 − d)

6EI
(4.35)

where δ is the measured deflection, F is the applied force, L1 is the total blade length, and EI is
the bending stiffness (product of Young’s modulus and the second moment of area). Rearranging
equation 4.35 gives:

EI =
FL2

1(3L− L1)

6δ
(4.36)

Using this expression and the known geometry (L1 = 0.32 m, d = 0.2 m), the bending stiffness of the
blade was estimated to be approximately 27.55Nm2. As the blade consists of a 3D printed shell (20%
infill) with an embedded carbon rod, the internal material and geometric complexity make it difficult to
isolate E or I. However, the effective EI value determined from testing is still valuable for comparison
with numerical simulations and for evaluating future design iterations. The applied beam theory follows
standard assumptions for small deflections and linear-elastic behavior, as found in for example Hibbeler
(2018).

Tip deflections for increasing loads were calculated from beam theory and are listed in table 4.3. These
values can be compared to equivalent thrust predictions from figure 4.17a. The maximum expected
thrust at 1 m/s inflow and a TSR of 7 is about 202 N, while the blade was tested up to 264 N without
failure. Even 15kg, or 441 N of thrust did not break the blade, although the deflection would likely
significantly alter the results. From figure 4.19 it can be seen that the maximum velocity at hub height
can reach 1.28 m/s, which gives a corresponding thrust of 331 N.

At 15kg, the blade showed no failure and returned to its original shape after unloading, indicating elastic
behavior. A slight visual deformation (color difference) was observed near the point where the 6mm
carbon rod ends, suggesting a region of high strain. However, no visible damage or permanent defor-
mation occurred.

This prototype used only six inserts, although the final hub design was updated to eight (section 4.9).
Despite the reduced number, all inserts withstood the maximum load without damage.
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Table 4.3: Measured and estimated blade deflections under static loads. Estimates are from cantilever beam theory; measured
values were taken at r/R = 0.2.

Load (kg) Force per blade (N) Thrust (N) Measured defl. (mm) Estimated tip defl. (mm)

1.0 9.81 29.43 0.88 1.70
2.0 19.62 58.86 1.92 3.39
3.0 29.43 88.29 2.96 5.09
4.0 39.24 117.72 4.06 6.79
5.0 49.05 147.15 5.25 8.48
6.0 58.86 176.58 6.45 10.18
7.0 68.67 206.01 7.96 11.87
8.0 78.48 235.44 9.35 12.72
9.0 88.29 264.87 10.85 15.27

4.9. Improving the hub
The hub design was slightly adjusted for the final version, mainly by changing the hole patterns at
both the blade-to-flange and hub-to-flange connections. The key change was increasing the number
of blade inserts from six to eight, motivated by analytical load estimates, followed by a verification of
the flange stresses.

4.9.1. Insert load calculation and hub redesign
To estimate axial insert forces under worst-case bending, an analytical model was developed using the
bending moment generated by either thrust or torque acting at a known moment arm:

M = F · rarm (4.37)

For thrust loading, the maximum expected force per blade of F = 67 N from BEMT was applied at a
distance of rarm = 0.197 m (see section 4.6.7), resulting in a total moment of M = 13.2 Nm. Assuming
the bending axis at the middle of the blade root (from θi = 0◦to 180◦), only the two bolts located above
the bending axis (θi = 60◦and 120◦) were assumed to carry axial tension, leading to a conservative esti-
mate. Through these assumptions, the problem basically becomes a beam problem, with a connection
to the wall via bolts. The respective lever arms per bolt were computed as:

ri = Rb · sin(θi) (4.38)

With Rb = 0.0175m denoting the radius of the bolt circle and θi representing the angular position of
each bolt in radians (see figure 4.22).

Figure 4.22: Insert hole geometry and parameters used in the hub load analysis.

The axial force Fi in bolt i due to a bending moment M was estimated using the following expression:

Fi =
M · ri∑

r2j
(4.39)
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The denominator
∑

r2j is the sum of the squares of the vertical lever arms for all bolts assumed to be
carrying tensile load (those located above the bending axis). The applied momentM is assumed to be
entirely resisted by the axial forces in the active bolts, and this formula distributes the load according to
the contribution of each bolt to the moment equilibrium. This relation is commonly used in bolt pattern
force distribution analyses, as described in standard design texts such as Budynas et al. (2015) and
supported by online engineering references like Mechanicalc (2025).

This yielded a maximum axial force of 435 N per insert (454 N including torque), well above the 300
N determined in pull-out tests (section 4.2). With eight inserts, loads reduced to 324 N, only slightly
above the tested strength. Following Payne et al. (2017), inserts were placed more densely in the
thrust direction, which also improved assembly by limiting blade orientations to two positions.

To cross-check, a simplified SolidWorks simulation was run with the eight-hole configuration (figure
4.23). Standard mesh settings were used, and circular holes replaced kidney slots. The maximum
axial bolt forces were 88% lower than predicted analytically, reflecting the additional support provided
by compression on the pressure side and a different effective rotation axis. The flange strength was
also tested in the same simulation. The highest von Mises stress in the flange was 2.1 × 107 N/m2,
giving a safety factor of 8.1 relative to stainless steel yield strength. The 3D-printed blade therefore
remains the weakest link in the system.

Figure 4.23: Simulation setup used in SolidWorks to evaluate bolt loading under bending.

While the simulation results suggested that the insert loads would remain within safe limits, the analyti-
cal model was used as the primary reference to ensure a conservative safety margin. With six inserts,
predicted loads exceed the tested limit (section 4.2) at inflow velocities above 1 m/s. BEMT may also
underestimate the hydrodynamic loads slightly. Combined with unsteady loading conditions (see sec-
tion 4.7), this uncertainty could lead to significantly higher forces on the inserts under certain testing
conditions. Increasing to eight inserts reduced the maximum load per insert by≈30%, providing a safer
margin for testing at higher flow speeds.

The updated hub design with eight insert holes replaced the original six-hole layout inspired by the
Payne et al. (2017) turbine. This change was made after the initial blade had already been printed,
which explains why the static strength test (see chapter 4.8) was performed using the six-insert config-
uration. While that configuration did not fail under load, demonstrating a robust connection in combi-
nation with the carbon rod, it was decided to proceed with the eight insert design for added structural
redundancy and long-term reliability under fatigue loading.

For safety, the maximum inflow velocity during testing was limited to 0.9 m/s. Analytical estimates
showed that higher velocities could bring insert forces close to the 300 N pull-out strength. At the same
time, tip deflections already became significant at this velocity (table 4.3), which could affect turbine
performance (requirement 2.2). The conservative velocity limit therefore ensured safe testing while
maintaining realistic operating conditions.
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4.9.2. Hole pattern on triangular hub
The hub-to-flange hole pattern was also revised following manufacturer feedback. Like explained in
section 4.4, the available thread depth in the original design was only about 7mm, which was marginal
for reliable tapping. Shifting the holes toward the front and rear edges increased the effective depth to
at least 9 mm, ensuring stronger threads. Since the hub-to-flange interface is significantly more rigid
than the blade insert connections, this change is not expected to affect the structural performance.

Additionally, the updated hole locations are now better aligned with the main thrust loading direction.
The revised pattern also simplifies assembly: similar to the blade-to-flange interface (see section 4.9.1),
the parts can now only bemounted in two possible orientations, reducing the risk of incorrect installation.

Centrifugal force
In addition to hydrodynamic loads, the rotating blades experience centrifugal forces. Although small
due to the low rotational speed and low blade mass, they still introduce a tensile load on the root inserts.
The total centrifugal force per blade is given by (Hibbeler 2016):

Fcentrifugal = m · r · Ω2 (4.40)

where m is the blade mass, r is the distance from the rotation axis to the center of mass of the blade,
and Ω is the angular velocity in radians per second. The mass of the blade including the carbon rod
and the insert is m = 0.12 kg, a center of mass at r = 0.150 m, and a rotational speed of n = 181 rpm
(i.e., Ω ≈ 18.95 rad/s), the resulting centrifugal force then becomes 6.46 N.

Equally distributing the force over the eight inserts results in a maximum extra pulling force of 0.8 N per
insert, which is negligible compared to the forces resulting from torque and thrust.

4.9.3. Final blade design
The blade design is finalized with the parameters listed in table 4.2. Eight holes are used for the
hub flange to blade connection, see figure 5.2b for the constructed flange that will be used in the
experiments. The working drawing of both the triangular hub and the flanges are provided in Appendix
C.2 and C.3.

A 3D printed blade is shown in figure 4.24. A carbon rod with differing thicknesses along the blade
length is inserted. Different tubes are joined together, with dimensions given in figure C.1. This design
is considered robust, manufacturable, and ready for the experimental validation phase described in the
next chapter.

Figure 4.24: 3D printed blade



5
Experimental validation

In the preceding chapters, the turbine was designed and its expected performance was established.
Chapter 2 introduced and validated the BEMT predictions, which were then used to guide the sensor
and motor selection. Chapter 3 presented the nacelle concept and structural considerations, resulting
in a feasible design. However, due to budget constraints the nacelle was not manufactured and the
current experiments were instead carried out using the existing TU Delft gondola, which was designed
to test ship propellers at model scale. Finally, chapter 4 focused on the design of the blades and
hub, including predictions of thrust and torque under operating conditions. Together, these chapters
provided the theoretical and design basis for testing the model-scale turbine. This chapter addresses
the sub-question:

How can the constructed turbine blades and hub be tested and evaluated to validate structural
integrity and assess the accuracy of performance predictions, ensuring readiness for future

experiments?

The main goals of the experimental tests are:

• Confirming the structural integrity of the turbine and its blades, including visualizing tip deflection
and checking that no parts fail under load.

• Comparing measured thrust, torque, and power coefficients with BEMT predictions made earlier
in the project (see section 4.6.7).

• Assessing whether the current gondola mounting setup is suitable for further experiments, or
whether the dedicated nacelle design described in section 3 should be developed instead.

• Quantify the effect of waves on the performance of the turbine.

By meeting these goals, the tests will show whether the turbine in combination with the gondola is ready
for future campaigns, including more detailed work on, for example, unsteady inflows and dynamic stall.

Based on the static test results described in section 4.8, the blades are not expected to fail during oper-
ation. The stainless steel hub has a significantly higher strength than the blades and is therefore also
not expected to fail. Tip deflection is expected to differ from the static test predictions, as the operational
loading will be distributed along the blade length rather than applied as a point load. Performance-wise,
BEMT is expected to predict torque and thrust within approximately 10% of the experimental values,
as the method is validated in section 2.6. The gondola setup should, in theory, provide accurate mea-
surements while allowing control over the rotational speed to achieve different tip-speed ratios. The
installed sensor has a sufficiently large range to accommodate the expected loads (see section 5.1.3).

5.1. Experimental setup
The following subsections describe the facility, turbine model, instrumentation, and measurement pro-
cedures that together form the experimental setup. The goal is to provide sufficient detail for replication
and to explain how the setup enables the validation objectives outlined in section 1.6.1.

79
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5.1.1. Test facility
The experiments were carried out in the towing tank at TU Delft (Towing tank No.1 2025). The tank
measures 142 m in length, 4.22 m in width, and 2.3 m in maximum depth. For these tests, the water
depth was set to 2.19 m. The carriage can reach towing speeds of up to 7 m/s. The water temperature
during testing was approximately 26◦C and consisted of fresh water at atmospheric pressure. At this
temperature, the density is ρ = 996.79 kg/m3 and the kinematic viscosity is ν ≈ 8.72 × 10−7 m2/s
(Lemmon et al. 2025).

One advantage of this facility is its relatively large cross-section, which allows testing of turbine models
with diameters closer to those used in full-scale designs. Based on the reviewed literature, towing tanks
are generally associated with larger model diameters than flume tanks, with averages of about 0.84 m
and 0.54 m, respectively, as calculated from the studies summarized in table 1.1.

(a) Towing carriage. (b)Waves in the towing tank

Figure 5.1: Test facility at the TU Delft.

The turbine was mounted to the towing carriage via a hexapod, which allowed adjustment of its vertical
position. The rotor axis was set at a depth of 0.62m below the free surface, corresponding to a blade tip
submergence of 0.25 m, which is more than the minimum of 0.5R submergence recommended by the
literature (Kolekar et al. 2015, Guo et al. 2018). This depth was chosen to place the rotor sufficiently
close to the surface to capture wave effects, while ensuring the blade tips did not emerge in the largest
tested waves. Alignment in the yaw direction (rotation around the vertical z-axis) was performed using
a rope with a weight, ensuring that the rotor faced the incoming flow without any yaw angle.

5.1.2. Turbine model
The turbine used in this study consists of three blades mounted to a triangular hub, connected via a
shaft to the gondola. The details on the design of the blades can be found in section 4.6. The turbine
used in this study has a diameter of 0.74 m, resulting in a blockage ratio of approximately 4.5%, which
is below the commonly accepted 5% threshold for minimizing blockage effects (see section 1.3.8). The
blade geometry, including chord distribution, twist angles, and radial stations, is defined in table 4.2.

The blades were 3D-printed in Polylactic Acid (PLA) using a print orientation of 30◦ relative to the build
plate. This orientation improves strength along the span while maintaining dimensional accuracy. After
printing, the blades were post-processed by sanding the surface and applying a thin layer of epoxy
resin to improve water resistance and decrease surface roughness (see figure 4.24). Each blade has
an internal carbon rod to increase stiffness, with approximately 30 mm of the rod extending beyond the
blade root for insertion into the flange connection (see figure 5.2a). Between the flange and the blade,
a 3D-printed pitch plate was inserted to define the blade pitch angle (see figure 5.2c).

The hub has a triangular shape, originally designed to be manufactured from stainless steel for maxi-
mum strength. Due to manufacturing issues, the hub was instead fabricated from PVC to ensure the
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experimental campaign could proceed as scheduled. Figure 5.2b shows the hub with the three flanges
mounted to the triangular part. The hub connects to the turbine shaft via a keyway, allowing transmis-
sion of torque and thrust to the gondola assembly. As shown in figure 5.3, the grey hub cap and orange
transition piece were added to smooth the flow over the hub region and to provide a smooth interface
between the blades and the nacelle of the gondola. The gondola was originally designed for propellers
with a smaller hub diameter of 35 mm; however, the current 120 mm hub design fits securely using this
transition arrangement.

(a) Blade root with carbon rod extension. (b) PVC triangular hub with flanges. (c) Pitch plate 0 degrees.

Figure 5.2: Turbine components: (a) blade root with carbon rod extension, (b) triangular PVC hub used in experiments (c)
pitch plate.

5.1.3. Instrumentation
Torque and thrust were measured using a strain gauge based dynamometer (type 232S), custom-made
by MARIN. The turbine rotor was mounted directly on the shaft of the sensor, eliminating intermediate
components such as bearings and thereby avoiding any losses. The sensor has a torque range of
14 Nm with a safe overload capacity of 18 Nm, and a thrust range of 340 N with safe overload up to
430 N. Based on the predictions shown in section 4.6.7, the sensor range covers the entire operating
envelope of the turbine, and no test conditions need to be excluded at this stage.

Calibration data from earlier tests were available and still valid, so a new calibration was not required
for these experiments. The calibration coefficients used are 214.164 N/(mV/V) for thrust and 8.839
Nm/(mV/V) for torque.

Rotational speed wasmeasured with a 10, 000 ppr encoder mounted on the shaft. Data from the rotating
shaft were transferred via a slip ring, after which the cables exited through the gondola strut and were
routed to the data acquisition system on the towing carriage.

5.1.4. Control & operating conditions
The gondola houses two in-line motors that regulate the rotational speed of the rotor. A PI controller was
implemented (Appendix E.1), with all parameters fixed during the campaign except for the proportional
gain Kp, which was adjusted in some cases to improve performance. In most conditions, Kp = 0.651
was applied, while for tests at 0.5m/s and the first few runs at low TSR the gain was halved (Kp = 0.325).
This reduced cogging at low rotational speeds and providedmore stable control, although some cogging
remained visible.

Three inflow velocities were selected for the steady-state experiments: 0.5 m/s, 0.75 m/s, and 0.9 m/s.
These values were chosen based on earlier research and to represent realistic inflow conditions (see
section 1.6.2). Within each velocity, TSR values between 3 and 7 were tested in increments of 0.5, with
additional runs near the optimum to better identify the maximum power coefficient.

Following the steady inflow campaign, wave conditions were introduced. Prior to turbine-wave runs,
wave-only tests (carriage velocity 0 m/s) were performed to establish the undisturbed wave character-
istics. The measured wave parameters are summarized in table 5.1. All turbine runs with waves were
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Figure 5.3: Turbine setup underwater photograph.

carried out at 0◦ pitch and at optimal TSR, determined from the steady inflow conditions. Not all combi-
nations of steepness and inflow velocity were tested; in particular, the largest wave cases at 0.75 m/s
were omitted (see table 5.1), as they would have produced excessive hydrodynamic loading and risked
damaging the setup. The wave length is defined as λ, wave amplitude as Aω, wave period as Tω and
the steepness as ε. The velocity conditions listed in the table correspond to the operating points used
in the subsequent turbine experiments in following wave conditions.

Table 5.1: Measured wave conditions used in the experiments. Wave periods (Tω) were calculated using linear wave theory.
Each case was tested under following wave conditions.

Tω [s] λ [m] ε [-] Aω [m] U∞ [m/s]
1.13 2.00 0.024 0.024 0.5, 0.75
1.13 2.00 0.046 0.045 0.5, 0.75
1.13 2.01 0.064 0.064 0.5, 0.75
1.60 4.00 0.021 0.041 0.5, 0.75
1.60 3.99 0.040 0.080 0.5, 0.75
1.61 4.03 0.045 0.091 0.5
1.94 5.89 0.020 0.059 0.5, 0.75
1.94 5.89 0.041 0.120 0.5

Finally, the blade pitch was adjusted to 5◦ using the pitch plates, which is the maximum achievable
setting for this model. This condition was included to assess whether BEMT predictions capture the
performance changes due to blade pitch variations.

5.1.5. Measurement protocol
For the steady inflow conditions, four different quantities were measured; torque, thrust, rotational
speed and carriage velocity (see figure 5.4). Here, negative torque means the turbine is in generator
mode. For the wave conditions, two wave probe locations were added: one in the middle of the tank
in front of the turbine, and one near the wall of the tank, in the rotation plane of the turbine.

Each steady inflow run lasted 50 s, while wave tests were 120 s in duration.Approximately 20 minutes
were taken between runs to allow for steady conditions to settle, and 30minutes for unsteady conditions.
The complete TSR range at 0.75 m/s was repeated twice, yielding consistent results and verifying the
reliability of the measurements.

During steady inflow runs, TSR was held constant using the motors as a brake. The rotor was first
brought up to speed in motor mode, after which the carriage was accelerated and the motors switched
to generator mode, dissipating the generated energy in a resistor. This procedure allowed the rotational
speed to be held constant throughout each run, see figure 5.4.
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Figure 5.4: Stacked time series for carriage velocity, torque, thrust, and rpm at U∞ =0.75 m/s, TSR= 5, without waves.
Vertical dashed lines mark phase boundaries; numbers on the top panel indicate: (1) 0-2 s standstill, (2) 2-6 s rotor

acceleration, (3) 6-10 s carriage acceleration, (4) t > 10 s steady inflow (measurement window).

5.2. Data processing & analysis
This section describes the procedures applied to the raw measurements in order to obtain consistent
performance data, extract wave-induced fluctuations, and estimate uncertainties. The steps include
subtracting the zero measurements of the actual signals, analysis methods for steady and unsteady
conditions and the definition of error bars.

5.2.1. Pre-processing of signals
All signals were corrected for sensor offsets using zero measurements taken prior to each test. This
consists of a run of 50 s at standstill, and taking the average. The first part of every run was discarded
to remove carriage acceleration and rotor spin-up. Figure 5.5a illustrates this procedure for a run at
0.75 m/s, with a TSR of 5, where the red interval indicates the stable portion of the record that was
retained for the analysis.

For thrust measurements, extreme peaks were occasionally observed, leading to a noisy signal, see
figure 5.5b. This was likely due to some technical issue with either the sensor or the slip ring. Most
peaks were upwards, meaning that the average is not reliable anymore. To remove these outliers, a
median filter was applied with a window size of 71 samples. This number gave smooth results by re-
moving the peaks, but keeping the general trend. After the first few testing days this noise disappeared
and the filtering was not needed anymore. A median filter works by replacing each data point with
the median value of its neighboring samples within a chosen window. This makes it well suited for
removing sharp outliers or spikes, while still preserving the overall signal shape. For a more detailed
discussion of median filtering and its applications, see Pitas et al. (1990).

Figure 5.5b shows an example of the thrust signal before and after filtering, highlighting the removal of
noise while preserving the actual mean level and actual fluctuations. A short time frame of 5 seconds
was chosen for this figure, so it is easier to see the effect.
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(a) Torque signal with averaging window highlighted. (b) Thrust signal after applying median filter.

Figure 5.5: Signal processing examples: (a) torque averaging window, (b) thrust signal filtering. Both for an inflwo velocity of
0.75 m/s, at a TSR of 5.

5.2.2. Signal analysis
For steady inflow conditions, mean values of torque, thrust, and rotational speed were calculated over
the stable time interval. Standard deviations were also determined to quantify the scatter of the signal.
For wave conditions, both the mean value and the oscillation amplitude were determined, providing a
measure of the unsteady load variations induced by the waves.

A sine fit was applied to the wave probe signals in order to characterize the actual undisturbed wave
conditions used in the experiments (see figure 5.6b). For the torque and thrust signals in wave condi-
tions, a median filter was applied to remove noise in the signal, after which the maxima and minima of
the time series were taken to quantify the load fluctuations induced by the waves (see figure 5.6a for
an example).

(a) Torque signal with minima and maxima indicated. (b)Wave front signal with fitted sine curve.

Figure 5.6: Signal processing examples: (a) torque signal analysis, (b) wave signal with sine fitting. Both for a wave with λ = 4
m, and ε =0.02.

5.2.3. Uncertainty estimation
Uncertainty bounds are reported as ±2σ, where σ is the standard deviation of the time series. For a
normal distribution this interval corresponds approximately to a 95% confidence range (Coleman et al.
2018), but here it is used as a conventional measure of variability, independent of the exact distribution
of the signal.

To see how much each input contributes to the total uncertainty, a first-order (small-perturbation) sen-
sitivity analysis is used. For a quantity y = f(xi) with independent inputs:(

σy

y

)2

=
∑
i

(
Si

σxi

xi

)2

, Si ≡
∂ ln y

∂ lnxi
,

where Si is the sensitivity: the percent change in y caused by a one-percent change in xi. For products
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and quotients it equals the variable’s exponent (with a minus sign if in the denominator). Each input’s
percentage contribution is obtained from the squared terms in the sum.

TSR
For the tip-speed ratio, uncertainty arises from scatter in both the inflow velocity U∞ and the rotational
speed Ω. Assuming the fluctuations in U∞ and n are independent, the relative uncertainty follows as:

σTSR

TSR
=

√(σn

n

)2

+

(
σU∞

U∞

)2

,

where σ denotes the (1σ) standard deviation of each quantity and Ω = 2πn.

As a representative worst case, consider the lowest tested velocity (U∞ = 0.5 m/s) and rotational speed
(n = 38.71 rpm), with σU∞ = 0.002 m/s and σn = 0.601 rpm. Substitution gives

σTSR

TSR
=

√(
0.601
38.71

)2
+

(
0.002
0.5

)2 ≈ 0.016,

so for TSR = 3.0 the absolute uncertainty is σTSR ≈ 0.048 (1σ), i.e. a plotted band of ±2σ ≈ ±0.096.
Thus, even in the worst case, TSR uncertainty stays below ±0.1. At higher inflow velocities and rota-
tional speeds the relative terms σU∞/U∞ and σn/n decrease, so horizontal error bars would be smaller
than the symbol size and are therefore omitted.

Performance coefficients.
Vertical error bars are shown for Cp and Ct. They are obtained by propagating the measured scatter
in torque Q and thrust T through the coefficient definitions, while also accounting for the smaller contri-
butions from inflow-velocity and rpm fluctuations. In practice, since Cp ∝ QnU−3

∞ (see equation 1.1),
its relative uncertainty combines three terms in quadrature:(

σCp

Cp

)2
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3
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,

and for Ct ∝ T U−2
∞ (see equation (1.2)), its relative uncertainty combines two terms in quadrature:(

σCt

Ct

)2

=
(σT

T

)2

+
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2
σU∞

U∞

)2

,

with ρ and A treated as constants and σΩ/Ω = σn/n.

For most operating points, the absolute uncertainty in torque remained fairly constant across the tested
range. Only under the two most critical conditions did the scatter increase noticeably, which can be
attributed to the cogging motion at low rotational speeds. Figure 5.7 clearly shows the increased er-
ror bars for the 0.5 m/s case at low rotational speeds. This also explains why the corresponding Cp

values show larger error bars in these cases, while for most other conditions the uncertainties are of
comparable magnitude.

At this highest uncertainty operating point (U∞ = 0.5 m/s, n = 38.71 rpm), the coefficients are Cp =
0.248 and Ct = 0.517. The corresponding relative uncertainties are σCp

/Cp ≈ 14.1% and σCt
/Ct ≈

7.5% (both at 1σ). The corresponding uncertainty analysis shows that Cp is almost entirely set by
torque scatter, while Ct is dominated by thrust scatter. The velocity and rpm terms are present but
comparatively small. The contributions with intermediate values are summarized in table 5.2.

Table 5.2: Error budget for Cp and Ct at the worst-case condition (U∞ = 0.5 m/s, n = 38.71 rpm). Percentages indicate each
input’s share of the total variance (1σ).

Metric Input Si σxi/xi |Si|σxi/xi Contribution [%]
Cp Q +1 0.14000 0.14000 98.2
Cp Ω +1 0.01553 0.01553 1.2
Cp U∞ −3 0.00400 0.01200 0.7
Ct T +1 0.07464 0.07464 98.9
Ct U∞ −2 0.00400 0.00800 1.1
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As a consistency check at a second operating point without torque ripple (U∞ = 0.5 m/s, n = 51.62
rpm; Q = 1.352 ± 0.101 Nm, T = 32.181 ± 0.790 N, σU = 0.0019 m/s, σn = 0.607 rpm), the totals
reduce to σCp

/Cp ≈ 7.64% and σCt
/Ct ≈ 2.57% (1σ). The pattern remains the same: Cp is torque-

dominated (95%) and Ct is thrust-dominated (91%), with the velocity and rpm terms contributing only a
few percent in total. The Cp and Ct error bars reported in the figures include the contributions from U∞
and n; these are small (order 1-9%) compared to Q and T , but are still included to provide a realistic
uncertainty range.

5.3. Results
This section first examines thrust and torque under steady inflow conditions, followed by the related
performance coefficients Cp and Ct. The influence of waves will then be analyzed and compared with
the potential flow wave prediction model (see section 4.7.1). Finally, the measured tip deflection will be
discussed and compared to the static predictions from section 4.8. These results will show whether the
turbine design was successful and how well the different prediction methods performed. The practical
use of the gondola can then also be evaluated to see whether a more advanced setup, as proposed in
chapter 3, is necessary for future work.

5.3.1. Steady inflow conditions
For constant inflow conditions, thrust and torque were measured at four test cases: three reference
conditions of U∞ = 0.5 m/s, 0.75 m/s, and 0.9 m/s at the optimal pitch angle (0◦), and one off-design
case with U∞ = 0.75 m/s at a pitch angle of 5◦.

As detailed in section 2.6, QBlade is the open-source BEMT code used in this thesis. Here the steady
BEMT solver is used. A multi-polar simulation was performed using input polars at Reynolds numbers
between 45,000 and 200,000. These values correspond to the Reynolds number at 75% blade radius
for TSR = 3 at U∞ = 0.5 m/s (lowest condition) and TSR = 7 at U∞ = 0.9 m/s (highest condition).
Three intermediate Reynolds numbers were also included, corresponding to a TSR of 5 for each inflow
condition. QBlade interpolated between these values and across the different polar definitions.

For the simulations, the original foil shapes were used rather than the modified versions with truncated
trailing edges required for 3D printing (see section 4.6.6). Using the unmodified foils gave better agree-
ment, likely because BEMT does not handle the straight trailing edge geometry accurately. It is also
uncertain whether the printed blade geometry is an exact match to the CAD model; small differences
due to tolerances and post-processing could exist (see section 5.1.2).

Figure 5.7: Torque comparison between BEMT and experimental results.

Overall, the measured and predicted thrust and torque compare well, see figure 5.7 and 5.8. In par-
ticular, the agreement is good for the zero-pitch cases at higher TSR, and thus at higher Reynolds
numbers. The main discrepancies appear at lower Reynolds numbers, namely for the U∞ = 0.5 m/s
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Figure 5.8: Thrust comparison between BEMT and experimental results.

case and the lower TSR values of the U∞ = 0.75 m/s case, where BEMT systematically overpredicts
the measurements. This trend is less pronounced in thrust but still visible. Since all U∞ = 0.75 m/s
conditions were repeated twice, it is likely that the discrepancy originates from the BEMT predictions
rather than an experimental error.

Two possible explanations were considered: blade bending or lowReynolds number related flow effects.
Blade bending is more severe at higher rotational speeds, where the agreement is actually better, mak-
ing this an unlikely primary cause. Instead, the discrepancies show a clear dependence on Reynolds
number. To investigate this further, figure 5.9 shows torque plotted directly against Reynolds number.
A vertical line marks the maximum Reynolds number reached at U∞ = 0.5 m/s (Re ≈ 1.1× 105). This
value also coincides with the transition point in the 0.75 m/s data: above Re ≈ 1.1 × 105, predictions
and measurements align closely, while below this threshold the model consistently overestimates per-
formance. At this threshold, the torque experiences a dip, before rising again at even lower Reynolds
numbers, a feature not observed in previous studies. In every plot, the U∞ = 0.5 m/s case at TSR
= 7 aligns closely with the predictions, indicating that it has also entered the regime where QBlade’s
predictions are reliable.

Figure 5.9: Torque vs Reynolds number. Re is evaluated at r/R = 0.75 using the local chord (0.041 m) as length scale and
the local relative velocity Urel =

√
U 2
∞ + (Ωr)2. The dashed line marks the approximate transition Reynolds number.
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Limitations of BEMT predictions at low Reynolds numbers
The observed discrepancy at Reynolds numbers below approximately Re ≈ 1.1×105 can be explained
by the limitations of BEMT as it relies on XFOIL-generated polars. BEMT itself is not inherently inac-
curate, its predictive accuracy depends directly on the quality of the lift and drag input data. At higher
Reynolds numbers, foil performance is well captured by XFOIL, and the resulting BEMT predictions
agree closely with experiments. However, at lower Reynolds numbers, systematic overprediction of lift
and underprediction of drag can be observed.

The underlying reason likely lies in the characteristics of the boundary layer. At high Reynolds numbers,
transition from laminar to turbulent flow occurs relatively early along the chord. The turbulent boundary
layer is more resistant to adverse pressure gradients, making it less prone to early separation and
easier to predict with simplified models (Drela et al. 1987). By contrast, at low Reynolds numbers the
boundary layer remains laminar over a larger fraction of the chord. Laminar flow is far more sensitive to
adverse pressure gradients, and separation can occur upstream of the natural transition point (Drela et
al. 1987). In such cases, a laminar separation bubble may form, in which the flow separates, transitions
within the separated shear layer, and then reattaches downstream (Chen et al. 2008). The size and
location of this bubble strongly influence lift and drag, and small changes in Reynolds number, angle
of attack, or surface roughness can lead to highly nonlinear performance shifts (Traub 2019).

When the separated shear layer fails to reattach quickly, the laminar separation bubble can “burst”,
stretching into a long bubble or even developing into a fully detached shear layer. For foils this creates
a large recirculation zone, which flattens the pressure distribution, reduces lift, and increases drag
(Jahanmiri 2011). At very low Reynolds numbers, the flow may not reattach at all, so no bubble forms,
the separated shear layer simply persists downstream. This leads to a sudden loss of performance,
effectively the onset of stall (Genç et al. 2012). The sharp drop in torque and thrust seen in the present
experiments below Re ≈ 1.1× 105 is consistent with this behavior, where the flow separates and does
not reattach.

Predicting these phenomena reliably is challenging. XFOIL employs an en transition model and an
integral boundary-layer formulation (Drela 1989). While effective at higher Reynolds numbers, these
models cannot fully capture the complex dynamics of laminar separation and reattachment. In practice,
XFOIL often predicts later separation and earlier reattachment than observed in experiments, effectively
assuming that the flow remains attached for longer than it does in reality (Chen et al. 2008). This results
in optimistic lift predictions and drag levels that are too low, which is consistent with the overprediction
of torque and thrust observed below Re ≈ 1.1× 105

Power and thrust coefficients
The non-dimensional performance coefficients Ct and Cp largely follow the same trends observed in
thrust and torque, respectively. For Ct, the agreement between BEMT predictions and experiments is
generally good, especially at higher TSR’s. The overall shape of the Ct curves is also captured well,
confirming that QBlade can reproduce the thrust behavior with reasonable accuracy.

Figure 5.10: Ct comparison between BEMT and experimental results.
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For Cp, a similar trend is observed, but with slightly larger discrepancies. The error bars for Cp are also
noticeably larger, as shown in figure 5.11a and 5.11b, which is consistent with the uncertainty analysis
described in 5.2.3. Despite these uncertainties, the general behavior of the curves is reproduced, and
the predicted efficiency levels are in the correct order of magnitude. The discrepancies happen at the
same locations as for the torque pot, but more pronounced. The Cp curves are split into two plots to
avoid overlap. Figure 5.11a shows the U∞ = 0.75 m/s cases at two pitch angles, and figure 5.11b
shows the U∞ = 0.9 m/s and U∞ = 0.5 m/s cases.

(a) 0.75 m/s with 0◦ pitch and 0.75 m/s with 5◦ pitch. (b) 0.5 m/s with 0◦ pitch and 0.9 m/s with 0◦ pitch.

Figure 5.11: Cp comparison between BEMT and experimental results.

The off-design case at U∞ = 0.75 m/s with a pitch angle of 5◦ shows larger discrepancies. Here,
QBlade does not capture the performance reduction accurately, which suggests that the method is
better suited for predicting near-design operating conditions than for off-design cases. This is likely
related to QBlade’s reliance on XFOIL polars, which are less reliable at large angles of attack, where
flow separation and stall dominate the behavior.

A key parameter for turbine design is the maximum power coefficient Cp and the TSR at which it occurs.
These values are summarized in table 5.3. For the U∞ = 0.75m/s and U∞ = 0.9m/s cases, the optimal
Cp is predicted within 10% of the experimental value, which aligns with the accuracy expected based
on previous with Guo et al. (2018), in section 2.6. However, in all cases the predicted optimal TSR
is slightly lower than observed experimentally. The most likely explanation for this systematic offset is
blade bending: even small changes in effective twist angle or angle of attack due to deflection can shift
the operating point, and a few degrees of deviation can already move the peak efficiency location.

For the steady inflow cases of 0.5 m/s, it is hard to determine the exact optimal TSR location, as the
Cp values are fluctuating around an optimal point. Therefore, no single optimal TSR is reported for
this case. The peak Cp is substantially overpredicted, likely due to the low Reynolds number effects
discussed above.

Table 5.3: Comparison of optimal Cp between BEMT predictions and experimental results.

Condition Cp,BEMT TSR (BEMT) Cp,Exp TSR (Exp) Relative difference Cp

U∞ = 0.9 m/s, pitch 0◦ 0.405 4.4 0.441 5.0 -8.2%
U∞ = 0.75 m/s, pitch 0◦ 0.400 4.5 0.415 5.0 -3.6%
U∞ = 0.5 m/s, pitch 0◦ 0.381 4.6 0.286 4.5–5.25 25.0%
U∞ = 0.75 m/s, pitch 5◦ 0.351 4.2 0.329 4.5 6.3%

The results suggest that full Reynolds independence has not yet been reached, since there is still a
difference between the U∞ = 0.75 m/s and U∞ = 0.9 m/s case. The difference is already smaller than
the difference with the U∞ = 0.5, indicating that Reynolds independence is approaching.

Full-scale performance estimate
To provide an estimate of the power production capability of the turbine at full scale, the measured
performance was extrapolated using Froude scaling. With a scale factor of 21.5, the modeled inflow
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velocities of 0.5 m/s, 0.75 m/s and 0.9 m/s correspond to full-scale velocities of 2.32 m/s, 3.48 m/s and
4.17 m/s, respectively. The full-scale rotor diameter of 16 m (table 1.4) gives an area of:

A = πR2 = π · 82 ≈ 201 m2.

The turbine power is estimated using the standard power equation:

P = 1
2ρACpU

3,

where ρ = 1000 kg/m3 is the water density, At the rotor swept area, Cp the power coefficient, and U∞
the inflow velocity. For this case, a single value of Cp = 0.441 (corresponding to the U∞ = 0.9m/s case)
was used for all cases. This choice is justified because the 0.9 m/s case is closest to the Reynolds-
independent regime and therefore most representative for full-scale performance. The results are
shown in table 5.4 for different inflow conditions that were used.

Table 5.4: Estimated full-scale power output of a 16 m turbine at maximum efficiency.

U∞,model (m/s) U∞,full (m/s) Cp Pfull (kW)
0.50 2.32 0.441 552
0.75 3.48 0.441 1,863
0.90 4.17 0.441 3,382

It can be seen that at full scale, the turbine would be capable of producing power in the range of several
hundred kilowatts to several megawatts, depending on the inflow velocity. This is the power that the
turbine delivers to the axis, without any losses. Nevertheless, they provide a realistic order of magnitude
indication of the expected power output at full scale.

5.3.2. Wave conditions
Table 5.5 summarizes the results obtained under wave conditions. The different waves conditions that
were applied are provided in table 5.1. The listed rotational speeds are the average measured values.
In the table, Q̄ and T̄ denote time-averaged torque and thrust, Cp the mean power coefficient, and
AQ and AT the fluctuation amplitudes (half peak-to-peak) over the steady part of each record. The
percentage column is obtained from:

∆T (%) = 100 · AT /T̄ , ∆Q(%) = 100 · AQ/Q̄,

To compare the time averages (Q̄, T̄ ) in table 5.5 with steady state experimental averages, the values
for this were; Q = 3.71 Nm, T = 93.92 N, and Cp = 0.42 at U∞ = 0.75m/s, and Q = 1.12 Nm, T = 36.61
N, and Cp = 0.29 at U∞ = 0.5 m/s.

Table 5.5: Experimental results for wave conditions. Q̄, T̄ are time averages; AQ, AT are fluctuation amplitudes (half of
peak-to-peak). ∆ uses the steady-inflow baselines at the same U∞.

U∞ n λ a Q̄ T̄ Cp AT ∆T AQ ∆Q
[m/s] [rpm] [m] [m] [Nm] [N] [–] [N] [%] [Nm] [%]
0.75 96.69 2.00 0.024 3.75 94.99 0.42 5.47 5.8 0.39 10.4
0.75 96.68 2.00 0.046 3.71 95.11 0.42 14.15 14.9 1.07 28.7
0.75 96.66 2.01 0.064 3.88 96.46 0.43 22.38 23.2 1.70 43.7
0.75 96.66 4.00 0.021 3.77 95.67 0.42 17.25 18.0 1.39 36.8
0.75 96.66 3.99 0.040 3.98 97.01 0.45 34.08 35.1 2.62 65.7
0.75 96.68 5.89 0.020 3.89 95.85 0.44 28.35 29.6 2.14 55.2
0.50 64.34 2.00 0.024 1.12 36.32 0.28 5.37 14.8 0.43 38.1
0.50 64.34 2.00 0.046 1.18 36.69 0.30 10.82 22.3 0.63 53.4
0.50 64.34 2.00 0.064 1.18 36.84 0.30 10.39 29.4 0.83 70.1
0.50 64.37 4.00 0.021 1.15 36.40 0.29 10.39 28.5 0.78 67.7
0.50 64.36 3.99 0.040 1.25 37.24 0.31 12.78 50.3 1.40 112.4
0.50 64.37 4.03 0.045 1.46 38.53 0.37 30.51 79.2 2.21 151.0
0.50 64.36 5.89 0.020 1.22 36.90 0.31 15.84 42.9 1.17 96.0
0.50 64.36 5.89 0.041 1.50 38.56 0.38 30.46 79.0 2.22 148.4
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The table confirms the expectation of the literature that average performance values barely change
under regular waves: Q̄, T̄ , and Cp remain close to the corresponding steady-inflow values at the
same U∞. The only real discrepancies for the mean values appear in the three cases where the
change in torque exceeds 100%. In these cases, the turbine briefly entered motor mode rather than
generator mode, as shown in figure 5.12, where negative torque values indicate generator operation.
Consequently, the corresponding Cp values are not representative. For all other cases, the averaged
performance values remain reliable.

However, the fluctuations can become severe for certain waves. Fluctuation amplitudes growwith wave
amplitude and are larger for longer waves at comparable steepness. For example: at U∞ = 0.75 m/s,
increasing Aω from 0.024 to 0.064 m at λ ≈ 2 m raises AT from 5.5 N to 22.4 N and AQ from 0.39 to
1.70 Nm (i.e. ∆T ≈ 6-23%, ∆Q ≈ 10-44%). At U∞ = 0.50 m/s the most severe cases yield ∆T ≈ 80%
and ∆Q > 100%.

Figure 5.12: Torque signal entering motor mode for waves with λ = 5.89 m, Aω = 0.120 m.

The amplitudes AT and AQ in the table were calculated as the average amplitude from the maximum
and minimum values observed (see figure 5.6a). Interestingly, the torque fluctuations were approxi-
mately twice as large as the thrust fluctuations. This provides valuable insight for future experiments
in waves, as it quantifies the type of unsteady loads that can be expected on the turbine.

One final observation is that in the most extreme cases the efficiency, as expressed by Cp, increases
slightly. A plausible explanation is that the strongly unsteady inflow promotes earlier transition to tur-
bulence in the boundary layer, effectively increasing the local Reynolds number and improving perfor-
mance.

Dynamic turbine response under wave loading
Figure 5.13 shows the measured time histories of shaft torque, thrust, and rotational speed under wave
loading for a representative case. The signals clearly demonstrate that the passage of waves induces
cyclic oscillations in all three quantities. The torque oscillates between approximately −0.5 and −2 Nm,
while the thrust varies between 30 and 40 N. The rotational speed fluctuates around a mean of 64.5 rpm,
with small amplitudes of about 0.5 rpm.

The oscillations occur at the wave frequency, with torque, thrust, and rotational speed all exhibiting
the same fundamental frequency as the incoming waves. The phase relation with the wave elevation
is evident in the left panels: the thrust, torque and rotational speed maxima occur close to the wave
crests and troughs. This behavior is consistent with linear wave theory, where the horizontal orbital
velocity is in phase with the free-surface elevation. The small lag observed in the measurements can
be attributed to rotor inertia and flow dynamics, but overall the three quantities remain closely in phase
with one another and with the wave elevation. The corresponding plots on the right further highlight
these relations by showing the turbine response directly as a function of wave elevation. Elliptical loops
are visible, where multiple values per wave elevation correspond to the increasing and decreasing
wave height cases. The rotational speed also exhibits a consistent dependence on the wave elevation,
underlining its sensitivity to the instantaneous flow velocity. Overall, these results confirm that the
turbine response is strongly modulated by the passing waves, with wave-induced oscillations clearly
having effect on the hydrodynamic loads.
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Figure 5.13: Left: time histories of the torque, thrust and rotational speed. Right: the torque, thrust and rotational speed as a
function as a function of the encounter wave elevation, for U∞ = 0.5 m/s, Ω ≈ 64.5 rpm λ = 4 m, and ε = 0.02.

While Figure 5.13 highlights the detailed response of the turbine to a single wave condition, figure 5.14
extends this view by comparing three different wave steepnesses to assess how the load amplitudes
scale with wave intensity. In contrast to the maximum amplitudes reported in table 5.5, this figure shows
the full dynamic response over time. To reduce measurement noise and highlight the underlying trends,
the data were again processed using a median filter, resulting in the smooth solid lines shown.

The results demonstrate that both torque and thrust scale almost linearly with wave steepness, as
visible from the systematic increase in amplitude across the three cases. Furthermore, torque and
thrust exhibit nearly in-phase behavior with each other, though their signs are opposite due to the
definition of negative torque in generator mode. A slight phase lag with respect to the wave motion can
be observed here as well, like in figure 5.13. This lag may be attributed to a physical response delay
of the turbine to the changing inflow velocity.

On the right-hand side of figure 5.14, the same quantities are shown after phase-averaging over the
10 s time window (solid lines), together with the corresponding standard deviations (dashed lines). This
representation provides a clearer comparison of the trends across the different wave steepnesses.

Figure 5.14: Wave coupled loads for U∞ = 0.5 m/s, Ω ≈ 64.5 rpm, λ = 4 m, and ε =0.02, 0.04, 0.06. Left: time histories over
a representative window of the free-surface elevation (η), torque fluctuation (Q′) and thrust fluctuation (T ′). Right:

phase-averaged responses over 10 s time frame, as a function of the non-dimensional time.
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Validation of wave load prediction method
The prediction method described in section 4.7 was applied to estimate turbine load fluctuations under
wave conditions. The validation was performed for the U∞ = 0.75 m/s cases, as these provided the
most reliable experimental dataset and generally showed the best agreement.

One modification to the original method was introduced. In the described approach, the inflow velocity
variation was determined at hub depth. When applied here, this resulted in underpredicted fluctuation
amplitudes, so the method was too conservative. Improved results were obtained when the velocity
was instead taken at a depth corresponding to half a blade radius above the center of the hub, which
in this setup corresponds to z = −0.44m. This adjustment provided significantly better agreement with
the experimental data, although the physical reason for this improvement is not yet fully understood.

The procedure was as follows. First, the maximum inflow velocity was determined using the method
from 4.7 at the adjusted depth. This velocity was then used as input in QBlade to simulate turbine
performance at the corresponding operational point of approximately n = 96.7 rpm. The resulting
thrust and torque values were compared to the steady inflow predictions at U∞ = 0.75 m/s, yielding
an amplitude for each load. This amplitude was subsequently expressed as a percentage of the mean
values, providing the predicted relative change in torque and thrust.

The results of this procedure are summarized in table 5.6. The predicted percentage changes are
generally in good agreement with the experimental measurements, supporting the validity of themethod
as a first-order estimation tool. However, the method is not straightforward to apply, as it it not possible
to apply wave conditions in QBlade directly, and its improved accuracy at z = −0.44 m lacks a clear
theoretical explanation. It is also only able to provide information for certain conditions rather than
an entire curve, which makes it only suitable for predicting maximum forces. For future studies, the
experimental results obtained here are recommended as amore reliable reference for predicting turbine
load fluctuations under wave conditions.

Table 5.6: Wave cases at U∞ = 0.75 m/s: comparison of fluctuation metrics between experiment and BEMT.

λ [m] Aω (m) AT Exp [N] AT BEMT [N] AQ Exp [Nm] AQ BEMT [Nm]
2.00 0.024 5.47 7.03 0.39 0.55
2.00 0.046 14.15 13.41 1.07 1.06
2.01 0.064 22.38 19.68 1.70 1.66
4.00 0.021 17.25 17.60 1.39 1.44
3.99 0.040 34.08 34.92 2.62 3.16
5.89 0.020 28.35 25.87 2.14 2.27

5.3.3. Tip deflection
A final point of interest from the experiments is the tip deflection of the blades. The bending of the tips
was clearly visible by eye and became especially pronounced at higher inflow velocities and rotational
speeds. The backwards bending changes the local angle of attack and can thereby influence turbine
performance.

To estimate the magnitude of the tip deflection, a visual method was employed using a fixed camera
placed above the turbine. Photographs were taken at the highest tip-speed ratios for the three flow
conditions, where the effect is most noticeable. These photographs were then overlaid, as shown in
figure 5.7, to visualize the relative displacement of the blade tip. A ruler was used to determine the
displacement relative to the stationary (U∞ = 0 m/s) case. The scaling of the images was obtained
from the known hub length, after which the approximate tip deflections were measured. The resulting
values are reported in table 5.7. The values are rounded to integers, as it is not possible to get higher
accuracy from the photographs.

As seen in table 5.7, the tip deflections determined from the photographs are substantially larger than
those obtained in the earlier point load experiments (see section 4.8). While the trend with increasing
thrust is consistent, the tip deflections from the photographic measurements are approximately three
times higher than the point load predictions. Several factors may explain this discrepancy. First, the
photographic method involves visual approximation through water, possibly under a small angle, which
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Figure 5.15: Tip deflection photos for TSR 7 at 0 m/s, 0.5 m/s, 0.75 m/s and 0.9 m/s

introduces refraction and measurement uncertainty. Second, in the static point load experiments, the
load was applied at an estimated equivalent point (based on BEMT), coincidentally corresponding to
the tip of the 6mm carbon rod. This location may not accurately represent the distributed loading
experienced by the blade in water. In reality, the tip section of the blade experiences the highest
hydrodynamic loading and is also structurally the weakest region, which makes it far more susceptible
to bending. The point-load method therefore likely underestimated the effective tip deflection by not
fully capturing this localized deformation.

Table 5.7: Comparison of predicted and experimental blade tip deflections.

U∞ (m/s) Rot. speed (rpm) Thrust (N) Point load (mm) Hydrodynamic load (mm)
0.50 90.3 46 3 9
0.75 135.5 102 6 22
0.90 162.6 148 8 33

5.4. Discussion and key findings
The experimental results provide valuable insights into the performance and limitations of the model-
scale turbine, as well as the predictive capability of BEMT simulations. While the general agreement
between experiments and predictions is encouraging, several important observations and limitations
can be drawn.

Predictive accuracy of BEMT at different Reynolds numbers
At Reynolds numbers below approximately Re ≈ 1.1× 105, BEMT predictions based on XFOIL polars
systematically overpredict the performance. This limitation originates not from BEMT itself, but from
the underlying polar data. At low Reynolds numbers, laminar boundary layers separate easily under
adverse pressure gradients, forming laminar separation bubbles whose size and reattachment behav-
ior are highly sensitive and difficult to predict. XFOIL’s transition and boundary-layer models tend to
assume too much attachment in this regime, leading to optimistic lift and drag estimates (Chen et al.
2008). Above this threshold, where turbulent boundary layers dominate, predictions and experiments
show much closer agreement.

The valueRe ≈ 1.1×105 identified here should be interpreted as an indicative transition for this specific
blade geometry, surface finish, and facility turbulence level, rather than a universal cutoff. The current
foil NACA 63-8XX is not necessarily designed for low Reynolds number applications, mainly for high
lift (see section 4.6.1). Using another foil shape could bring the transition point down. Increased sur-
face roughness or deliberate transition trips can possibly move the effective threshold to higher Re by
promoting earlier transition.
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The results confirm that the turbine approaches, but does not yet fully reach, Reynolds independence.
While the U∞ = 0.75 m/s and U∞ = 0.9 m/s cases show relatively small differences in Cp and Ct,
the U∞ = 0.5 m/s case deviates significantly. This highlights the importance of considering Reynolds
dependence when interpreting small-scale experimental results and extrapolating to full-scale perfor-
mance.

Efficiency and comparison with literature
Despite the limitations described above, the measured efficiency of the turbine is relatively high com-
pared to earlier studies. The maximum Cp values obtained are close to 0.44, even with the presence of
significant blade bending, geometric tolerances from 3D printing, and the use of modified foils (with trun-
cated trailing edges for manufacturability). In contrast, many studies report substantially lower optimal
Cp values (see 1.18).

An important observation is that Cp in this Reynolds number range is strongly dependent on inflow
velocity, which was not fully appreciated in the initial design phase. This sensitivity may explain why
some previous studies reported relatively low efficiencies, depending on their tested velocity range and
blade dimensions. For future experiments, a trade-off between blade efficiency and structural stiffness
may be necessary. Reducing bending would require thicker foils and the use of a larger carbon rod, or
even different blade materials. The present 4 mm carbon rod provided limited additional stiffness, as
indicated by the discrepancy between static point-load tests and dynamic deflections during operation.

Influence of waves
The experiments under regular wave conditions confirmed the general prediction from literature that
the averaged thrust, torque, and Cp values remained close to steady inflow conditions. The turbine,
however, experienced strong unsteady loads, with relative torque fluctuations roughly twice as large
as thrust fluctuations. This result is of practical importance, as it indicates that unsteady torque loading
may pose the more critical fatigue design challenge in real sea conditions. For the most extreme cases,
torque fluctuations exceeded 100% of the mean value, even briefly driving the turbine into motor mode.
These conditions are not captured by BEMT-based predictions, highlighting the need for improved
unsteady modeling tools.

Tip deflection and structural flexibility
A key structural observation is the significant tip deflection of the blades under load. The photographic
method revealed tip deflections up to 33 mm at U∞ = 0.9 m/s, approximately three times higher than
predicted by static point load experiments. While measurement uncertainties likely contributed, a more
important explanation is the difference in loading distribution: in static tests, the equivalent load was
applied at an estimated point, while in water the hydrodynamic loading acts continuously along the
blade span. The structural material properties are not uniform along the blade as the tip section is the
weakest part and therefore experiences disproportionately large bending.

Such deformation directly affects the local angle of attack and thus turbine performance. Small changes
in twist due to bending can shift the operating point, potentially explaining why the optimal TSR pre-
dicted by QBlade was consistently lower than observed experimentally. Future work should therefore
include more accurate measurements of blade deformation and consider fluid-structure interaction ef-
fects to better capture the coupling between hydrodynamics, blade flexibility and the effect is has on
the performance of the turbine.

Evaluation of the gondola setup
Overall, the gondola measurement setup performed well. The proximity of the torque and thrust sensor
to the turbine minimized structural compliance and measurement error, ensuring reliable load measure-
ments. However, two main limitations were identified.

First, at rotational speeds below approximately 50 rpm, it became increasingly difficult to maintain
stable control of the turbine speed. This restricted testing at the lowest TSR values. Second, the
torque limit of the motor setup was reached at approximately 6.8 Nm. While sufficient for the present
experiments, this limit could be exceeded relatively easily with slightly larger turbines or higher inflow
velocities. Although the load sensor itself can withstand higher loads, the limiting component in the
drivetrain requires further investigation.
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If this limitation cannot be resolved, a more advanced gondola design, such as proposed in chapter 3,
may be preferable for future experiments. In addition, a geared motor may provide improved speed
control at lower rpm. The nacelle design is also flexible in adjusting nacelle length, hub shape, strut
shape and length, and removing all inner parts like the motor or sensor.

Implications for full-scale performance
Extrapolation of the results to full scale, using Froude scaling and assuming Cp = 0.441, indicated
that the 16 m turbine would be capable of producing several hundred kilowatts at moderate currents
(U∞ ≈ 2.3 m/s) and over 3 MW at higher inflow speeds (U∞ ≈ 4.2 m/s). Although the extrapolation
neglects different kinds of losses, it provides a useful order of magnitude indication of the achievable
power levels.

Key findings
In summary, the main findings of this experiments are:

• BEMT predictions are reliable above Re ≈ 1.1 × 105, but systematically overpredict below this
threshold, consistent with limitations of XFOIL polars in the laminar regime.

• The turbine efficiency is relatively high (Cp ≈ 0.44), even with blade bending and 3D printing
constraints, showing potential for further optimization.

• Under wave conditions, mean power remains largely unchanged while unsteady loads increase
substantially, with torque fluctuations over 100%.

• Blade tip deflection is significantly larger in operation than predicted by static tests, highlighting
the need to account for structural flexibility.

• The gondola performed well overall, but is limited by torque capacity and low-speed control.
• Scaling to 16 m diameter suggests power outputs up to several megawatts at realistic inflow
velocities.



6
Conclusion and future research

This thesis set out to answer the main research question:

How can a model-scale hydrokinetic turbine be designed, constructed, and tested to ensure structural
integrity, cost-effectiveness, and compatibility with existing experimental studies while enabling

accurate performance evaluation for future research?

To address this overarching question, the work was structured around four sub-questions, each guiding
a specific design or evaluation stage.

Performance prediction using actuator disc theory and BEMT
Actuator disc theory and BEMT proved to be practical tools for predicting turbine performance during
the design phase. While the models simplify the physics and neglect certain low-Reynolds effects, they
still captured the main performance trends and provided reliable estimates of thrust and torque across
the operating range. This predictive capability was crucial for sizing the drivetrain components. The
comparison with experiments also highlights the boundaries of the method’s validity, underlining its
value as a first-order design tool that should ultimately be complemented with experimental validation.

Nacelle design
The nacelle was designed conceptually to house both the motor and the torque/thrust sensor in a
compact and modular way. While financial limitations meant that it could not be built for this project, the
design itself proved to be technically sound and flexible enough to be scaled or adapted in the future.
For the present experiments, the existing TU Delft gondola was used instead. This provided a practical
and reliable test setup, while also demonstrating that the nacelle design can be implemented in future
campaigns once resources allow.

Hub and blade design
A modular hub system was developed that allows for easily exchangeable blades and adjustable pitch
settings. The blades were designed using BEMT optimization methods and manufactured using 3D
printing, which offered a cost-effective and flexible method for rapid prototyping. Several design refine-
ments were made to improve printability and structural robustness, including thickened trailing edges,
increased infill, and the integration of a carbon reinforcement rod. Static tests confirmed that the blades
withstood loads of up to 441 N equivalent thrust load, well beyond the expected operating range without
failure. Together, these design steps provided a rotor that balances hydrodynamic efficiency, manufac-
turability, robustness, and cost-effectiveness, while remaining compatible with the experimental setup.

Experimental validation of turbine performance and structural integrity
The turbine was tested under both steady and wave conditions in the towing tank. In steady inflow, the
measured thrust and torque showed good agreement with BEMT predictions, with a maximum power
coefficient of Cp ≈ 0.44. These values confirm that the chosen blade geometry and hub connection
delivered the expected performance despite the constraints of 3D printing. During operation, however,
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large blade tip deflections were observed of up to 33 mm, significantly exceeding those predicted by
static tests (8 mm maximum). While the blades remained structurally sound, this demonstrated that
deformation plays an important role in the turbine’s dynamic response and should be considered in
future designs.

Under wave forcing, the average power output remained comparable to steady inflow, but the loading
became highly unsteady. Both torque and thrust were strongly influenced by the presence of waves,
showing clear cyclic variations at the wave frequency. The relative torque oscillations were roughly
twice as large as those in thrust, making torque the more sensitive of the two load components. The
gondola setup made it possible to capture these dynamics reliably, although its limited torque capacity
and difficult control at low speeds restricted the operating range that could be explored.

6.0.1. Answer to the main research question
This thesis has shown that it is possible to design, build, and experimentally validate a model-scale
hydrokinetic turbine that satisfies the main requirements of structural integrity, cost-effectiveness, and
compatibility with existing research. The use of BEMT and actuator disc theory provided a reliable
foundation for the design, giving accurate results when predicting operating loads once the turbine
reached sufficiently high Reynolds numbers. A modular nacelle and hub concept was developed that
can be scaled and adapted for future campaigns, while the decision to 3D-print the blades allowed
rapid prototyping, while providing relatively high stiffness.

The experimental campaign confirmed the feasibility of this approach. The turbine with a diameter of
0.74 m reached a peak power coefficient of Cp = 0.44, placing its performance comparable to other
model-scale turbines in the literature. The blades withstood forces well beyond the expected range, and
the hub connection proved reliable. At the same time, the experiments highlighted important dynamic
phenomena: large tip deflections that exceeded static predictions, and strong unsteady loading under
waves.

Taken together, these outcomes demonstrate that the design was robust, affordable, and consistent
with prior research, while also revealing the limitations and challenges that accompany small-scale hy-
drokinetic experiments with 3D printed blades. All design requirements defined in chapter 1.6, including
structural integrity, performance, and compatibility with the experimental setup, were successfully met,
confirming that the turbine fulfilled its intended objectives. Most importantly, the work has delivered a
functioning turbine that provides a practical and versatile platform for future studies into wave environ-
ments.

6.0.2. Future research
Several opportunities for further research arise directly from the work presented in this thesis. As
discussed in chapter 5, BEMT predictions became reliable once the turbine reached Reynolds numbers
above Re ≈ 1.1 · 105. To confirm that this marks the true transition from laminar to turbulent behavior,
further tests are needed around this threshold. In addition, new experiments at higher inflow speeds
(above 0.9 m/s) should be performed to verify whether Reynolds independence is fully reached for this
turbine. In parallel, the wave model introduced in chapter 5 requires further validation. The choice of
reference depth for orbital velocities, although effective inmatching experimental trends, is still empirical
and should be tested under a wider range of conditions and against theoretical predictions. A logical
next step would be to integrate the wave model directly into the BEMT framework, so that time-resolved
performance curves under wave forcing can be predicted and compared to experiments.

To better understand the effect of transition, future tests could make use of small turbulators placed
spanwise near the leading edge. These force the boundary layer to become turbulent earlier along
the blade. By varying the position and size of the turbulators, and matching the same forced-transition
settings in QBlade, the influence on low Reynolds polars and BEMT predictions can be studied. An-
other complementary approach would be to repeat the tests with alternative blade designs, allowing the
Reynolds effect at low Reynolds numbers to be investigated independently of the current blade geom-
etry. In this way, it becomes possible to separate model limitations from surface-condition effects and
to refine the Reynolds threshold for this turbine. To ensure consistency between the physical prototype
and the BEMT predictions, the final geometry of the 3D-printed blades should be validated against the
numerical model.
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The nacelle was developed at a conceptual level but not manufactured (chapter 3). Building the nacelle
as designed would allow full integration of the drivetrain and sensors, reducing reliance on the gondola.
At the same time, improvements in drivetrain torque capacity and low-speed control by the use of a
gearbox would expand the accessible operating range, particularly for low rotational speed conditions
and high-load scenarios. It also provides a more modular design than the gondola, with possibilities
to adjust the length of the nacelle and the shape of the strut. This would then allow testing at larger
depths as well.

In chapter 4, static tests showed that the blades withstood loads well beyond the expected operating
range. During the experiments in chapter 5, however, large tip deflections were observed, exceed-
ing those predicted by static analysis. Future work should therefore focus on quantifying these de-
formations more accurately. Optical tracking systems for example would allow blade deflection to be
measured in real time, enabling a better understanding of fluid-structure interaction effects and quan-
tify the actual blade deflection effects. The use of 3D printing enabled rapid and cost-effective blade
production, but it also introduced geometric constraints and large deflections under load. Future work
could also explore alternative manufacturing methods, such as composite layups or reinforced printing
techniques, to achieve higher stiffness and durability.
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A
Chapter 1 extra figures

Figure A.1: Zoomed in thickness distribution along the normalized blade radius, for r/R > 0.3.

(a) The pitching system of Bahaj et al. (2007).
(b) The pitching mechanism of Farhoody et al.

(2023).
(c) The passive pitching system of Gambuzza

et al. (2025).

Figure A.2: Comparison of different design with a circular root section and their pitching systems.
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B
Actuator disc code

Figure B.1: Actuator disc code part 1
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Figure B.2: Actuator disc code part 2

Figure B.3: Actuator disc code part 3
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Figure B.4: Actuator disc code part 4



C
Working drawings

Figure C.1: Carbon rod dimensions.
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Figure C.2: Working drawing triangular hub.

Figure C.3: Working drawing flange.



D
Chapter 4 extra figures

Pos [m] Chord [m] Twist [deg] Foil
0.054 0.045 34.473 Circular foil
0.063 0.045 32.137 Circular foil
0.071 0.054 29.800 Interpolated 64
0.082 0.076 25.221 NACA 63828
0.092 0.074 21.573 NACA 63824
0.106 0.069 19.045 NACA 63824
0.119 0.063 16.710 Interpolated 23.25
0.133 0.058 14.892 Interpolated 22.5
0.146 0.054 13.133 Interpolated 21.75
0.160 0.050 11.585 NACA 63821
0.173 0.046 10.211 Interpolated 19.5
0.187 0.044 9.177 NACA 63818
0.201 0.041 8.231 NACA 63818
0.215 0.039 7.396 NACA 63818
0.229 0.037 6.652 NACA 63818
0.243 0.035 5.987 NACA 63818
0.257 0.033 5.460 Interpolated t16.5
0.271 0.032 5.100 NACA 63815
0.285 0.031 4.750 NACA 63815
0.299 0.029 4.420 NACA 63815
0.313 0.028 4.096 NACA 63815
0.327 0.028 3.865 Interpolated t13.5
0.341 0.027 3.654 NACA 63812
0.355 0.026 3.500 NACA 63812
0.370 0.025 3.250 NACA 63812

Table D.1: Blade geometry output from QBlade, first trial (3 blades, 0.05 m hub radius)
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Chapter 5 extra figures

Figure E.1: PI control panel with used values.
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Figure E.2: Hub connection placed into the orange transition piece.

Figure E.3: Enclosed hub connection with second transition piece.
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