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Abstract

Because of its proven beneficial material properties, Alloy 617 is the most promising material for the
use in pressurised steam boiler components subject to cyclic loads and temperatures that are
increasing due to an improved process efficiency. The result of this research project is the successful
expression of the material properties of Alloy 617 into temperature-stress-time-dependent equations
and the formulation of damage accumulation by all relevant damage mechanisms. All considerations
and assumptions for the compilation of the equations have been discussed and concluded, which
grants an unconditional use of these equations up to 800 °C. The accumulation of damage is
maximised by the limits of the ASME design code. A material model is created in FE software program
ANSYS based on the material property equations. Also, the damage accumulation equations and most
design code’s limits are built into this material model. Simulations have been run and the results are
as expected and satisfactory. A Toolbox is constructed that provides a fast and accurate one-page
overview of the calculated material properties, damage accumulation and fulfilment of the design
code’s requirements. For several reasons, analysis of design calculations can be done in the Toolbox
rather than in ANSYS. This Toolbox is validated using the FE simulations and can easily be extended
with other materials next to Alloy 617.
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1. Introduction

In order to meet the increasing need of energy, designers work on improving the efficiency of power
plants, research new methods to generate electricity and try to reduce the cost of the energy
production. Adherent, designers develop sustainable energy solutions to meet environmental quota
(e.g. CO; reduction), improve life expectation of the power plants and guarantee safe use. One of the
energy production methods, which is conventional, robust and ‘green’, is the steam power plant.
Commonly, the steam power plant is heated by fossil exhaust gasses, but recent actions are taken to
use other means of heating, like solar radiation, in order to reduce the CO; emission.

Pressurised components are critical parts in a steam power plant. The design of these components
has to meet the requirements of both design code and material standards. Due to design evolution
and the development of new materials, these design codes and standards often lack material data.
This lack is frequently compensated for by using correlations between data known, proven equations
for material parameters and mechanisms expected to occur. Conservative factors are needed to
ensure a safe design and to compensate for the lack of material data in the high temperature regime.

1.1 Research scope

The research is performed to investigate the material properties, the damage mechanisms active, the
design methods and the limits of the design code for the use of Alloy 617 in pressurised components
subject to thermal cycling at temperatures in the creep regime. The flow chart in figure 1.1 provides
an overview of the research aspects, which cover other topics besides material scientific topics as well.

Goal: Design for pressure retaining parts of Alloy 617
functioning at 550 °C - 800 °C under cycling conditions which
has a significant chance of fulfilling the requirements of
(most) design codes available.

Validated design and possible design Stress analysis and design: by using Material science: the material should

code approval FEM calculation program the stress be able to withstand the in-service
distributions during service can be loading conditions for a period of min.
simulated for a design. 25 years

Fit-For-Service Assessment (FFS): Design with best geometry for process Material Properties (high T):

> Design codes often have FFS standard > calculation of stress distribution > Creep

with requirements to which a design using mechanical and thermal effects > Fatigue
shall comply. This standard gives guid- > incorporating material properties and - > Interaction creep and fatigue
ance for design concerns. equations for influences of creep, > Damage accumulation model

fatigue, time, thermal gradients, etc > Microstructural influences
> integrity check (fulfilling FFS) > Macroscale characteristics

Design and material that:

> is suitable for the process

> can withstand the process conditions
> gets design code approval (stamp)

Figure 1.1: Flow chart of the research of applying Alloy 617 in pressurised components.
1



The research described in this report focusses especially on the material science part as shown in the
right column of the flow chart in figure 1.1. As well, design code requirements and limits are
considered as illustrated in the left column of the flow chart in figure 1.1. This is needed, because the
design and the use of Alloy 617 in that design have to be evaluated on reliable, ensured and safe
application. Both material science and design code aspects are considered in the design of the
pressurised components, which is covered in the middle column of figure 1.1’s flow chart.

1.1.1 Problem description

For the next generation of pressurised boiler components, a material has to be selected that can
withstand yielding, creep and fatigue at temperatures up to 800 °C during long-term exposure while
a good heat transfer over the component’s wall is maintained (i.e. good heat conductivity and good
oxidising resistance). For these conditions, high-alloyed steels do not suffice, so another metal-based
material must be chosen. NEM, the sponsor of this project, has little experience with the use of other
materials than steels and for that reason, a thorough evaluation of the properties and characteristics
of this other metal-based material is needed. Also, this material must be a material approved by the
design code, which is required for design approval by the design code’s authorised inspector. It is the
project sponsor’s wish to use the material data directly into a proven design setup, so relations
between material properties and service-induced parameters, like stress, temperature and time, are
wanted. Another preference is the avoidance of extensive FE calculations for combinations of stress,
temperature and time that will not lead to the desired lifetime of the boiler component or that will
not meet the design code’s limits.

1.1.2 Approach to solving the problem

First, literature research is performed to gather abundant, reproducible and explainable data. From
these data, equations are formulated for the material properties, which depend on temperature,
stress and/or time. The material properties and the validity of these equations are evaluated and
discussed. Also, conservative factors enforced upon by the design code are applied to these equations
to ensure a safe and reliable design.

A material model is built in FE software program ANSYS with the use of the equations. With the
material model in ANSYS, the material can be implemented directly into the design. A Toolbox is
constructed as well, that performs the same calculations as the material model in ANSYS, but
additionally provides a fast overview of all material and design code criteria and considers the design
code’s conservative factors and limits, making extensive ANSYS calculations redundant.

1.2 Heat Recovery Steam Generator (HRSG)

The HRSG uses the heat of the gas turbine’s exhaust gas to evaporate water. The steam is led through
a steam generator to generate electrical power. The combined cycle process of gas turbine and steam
turbine is especially used for power generation and is usually built for energy companies. The
performance efficiency of the combined cycle can be up to 50 - 60 percent, which is equivalent to 20
to 350 MW depending on the size of the installation. The HSRG design can be for horizontal (see figure
1.2) or vertical gas flow and can be based on drum-type or ‘once through’ lay-out [1].
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Figure 1.2: Horizontal HRSG, natural circulation. Exhaust gas flow from right to left. By courtesy of NEM Energy
BV.

Regardless the design, the heat exchanger tube bundles of the HRSG are positioned perpendicular to
the exhaust gas flow. The water/steam mixture is transported through the exchanger tubes by natural
or forced circulation. The heat exchanger tubes are often finned tubes that are pre-fabricated in
‘harps’, which consists of two headers (i.e. kind of mini drums/vessels) that are connected by the
exchanger tubes (see figure 1.3, left side), or consists of one header with returning tubes (see figure
1.3, right side). These harps can be combined in a pre-fabricated box, called a module. The harps or
modules are installed inside the HRSG at site [1].

1.2.1 Next generation of materials for HRSG harps

At the moment, steels with higher chromium contents, like grade 91 (9Cr-1Mo-0.25V) are used in the
first module of most HRSGs (i.e. closest to the inlet for the exhaust gasses), which is exposed to the
highest temperatures. These higher chromium steels are proven to be reliable for at least 15 years of
service at maximums of approximately 560 °C and 200 bar (20 MPa). Due to developments in the gas
turbine industry, the temperature of the exhaust gasses has increased to circa 620 °C. Material AlSI
304H is applied as material for the first module in the latest HRSGs to meet the conditions caused by
this rise in temperature, though the long-term performance of this material is not yet certain. Other
reasons of concern are the rather large coefficient of thermal expansion of austenitic stainless steel,
that results in an increased degree of self-constraint, and the naturally formed oxide layer, that
reduces the heat transfer.



Figure 1.3: Left: header with connection tubes on which the heat exchanger tubes will be installed; Right: return
bends at the end of the heat exchanger tubes. By courtesy of NEM Energy BV.

1.3 Solar Boilers
Nowadays, it is preferred to generate power from renewable resources. Therefore, the concept of
combining solar energy with steam power into a solar boiler has been developed as a viable solution.

Figure 1.4: 3D drawing of the solar receiver. By courtesy of NEM Energy BV.

The basic design is to transfer the solar radiation energy to molten salt inside heat exchanger tubes.
The molten salt system in turn exchanges heat with water tubes to generate steam which is led to a
steam generator to produce electrical power. A drawing of the receiver is given in figure 1.4 and the
schematic representation of the complete installation is shown in figure 1.5.
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Figure 1.5: Schematic representation of a solar boiler. By courtesy by NEM.

1.4 Material selection

The application of a material subject to cyclic loads at high temperatures requires the combination of
material properties that ensures sufficient strength, ductility, creep-resistance, resistance against
thermal cycling, and oxidation resistance. It is shown that combined solid-solution and precipitate-
strengthened nickel-based alloys (NA), also known as superalloys, are providing the best combination
of these material properties. By adjusting the chemical composition of the NAs and by applying
sophisticated heat treatments, the properties of the material can be fine-tuned. The effects of the
alloying elements in NAs are categorised in table 1A.

Taking the alloying effects into consideration and choosing a material that has been researched
abundantly (i.e. quite some material data available and accepted by the design codes), the prime
candidate for pressurised components is Alloy 617. Chapter 2 describes Alloy 617 and its properties
more detailed. Perhaps more promising candidates for the pressurised components exist in regard to
better performance or cost reduction, but these candidates are not examined that thoroughly yet to
be adapted into the design code.



Table 1A: Effects of alloying elements on various properties of NAs [2].

Alloying Main feature for aqueous corrosion Main feature for high-temperature Other benefits

elements applications

Ni Provides corrosion resistance to caustic Stabilization of austenitic phase. Thermal stability

solutions and dilute deaerated solutions Provides precipitation of ' and fabricability
of nonoxidizing mineral acids. Improves
chloride SCC
Cr Provides resistance to oxidizing media Provides solid solution hardening
Enhances localized corrosion resistance Provides precipitation of M2aCe, as
benefit for notched rupture resistance
Mo Provides resistance to reducing media Provides solid solution hardening;
provides precipitation of MgC
Enhances localized corrosion resistance
w Behaves similar to Mo but less effective Provides solid solution hardening Detrimental to
thermal stability
Provides precipitation of MgC
Al Suppress precipitation of n phase Deocxidizer in
(NiaTi) melting process
Provides oxidation resistance

Ti Provides precipitation of '

Nb, Ta Provides precipitation of ¥ and "

Si Provides oxidation resistance Increases fluidity in
casting process

Cc Affects detrimental effect for sensitization Provides solid solution hardening Mechanical
properties

Provides precipitation of M;aCg, MgC,
MC, etc., much precipitation of MC
decreases precipitation of v" and "

N Austenitic stabilizer Thermal stability
and mechanical
properties

Cu Improves resistance to seawater

B, Zr Increases creep rupture strength

Suppress precipitation of n phase
La, Ce Provides oxidation resistance Deoxidizer in

melting process

1.5 ASME Design Code and choice for ASME

Design codes specify requirements and limits for design, fabrication, inspection and testing. Often

these design codes are bond to the country where the installation is placed

installations, the applicable design codes are summarised in table 1B.

Table 1B:
Country

UK

Italy
MNetherands
Swedsn

Australia

Belgium

I3pan
France

India

Europe

Design codes per country.

Code Isming authority Acceptance country
ASME Boiler and pressure Canada, Emirate,
Vessel Code Frane
API573 AP
BS-1515, BS-5500, B5-7310 Eritish Standard institute
RG, RE Britsh Enengy
Arbeltsgemelnschaft
FBH, KTA, TRD
D 7 Druckbe halter
ANCC
Regels Voor Toestellen e e
Stoomuvezen
Tryck karks kimmissionen
A5 1200:5AA Boiler Code
IBN Construction Code for
Pressure Vessel
MITI Code, ISME code MTIand ISNE
RCC-M,RCC-MR AFCEN
I5-2825

European commd ssion and

PED, EM 13445, EM 12952

AFNOR

. For steam power



More work is undertaken to harmonise the design codes in order to standardise the regulations,
requirements and limits. At the moment, it is important to choose the design code by taking into
account the application, the needs and the country’s legislation.

The American Society of Mechanical Engineers (ASME) is the first organisation to develop a design
code for pressurised components, and they started with the steam boilers, like HRSGs, in the ASME .
Many other design codes have found their basis in the ASME codes, although changes are made to
these design codes to meet product specific or country enforced requirements.

The sponsor of this research is an ASME certified company having much experience in the design and
manufacturing of HRSGs in accordance with the requirements and limits of the ASME design codes.
Also, the ASME code is the most frequent used design code for the design and fabrication of steam
boilers throughout the world. For these reasons, the emphasis is set on using the ASME design code
in this research.

1.6 Report Structure

This report consists of this introduction chapter, a chapter dealing with Alloy 617 properties (chapter
2), which includes high-temperature damage mechanisms (i.e. creep) and fatigue and their
interaction. Also, the design code requirements and limits are dealt with in chapter 2. From the
equations, correlations and data presented in chapter 2, a Toolbox has been constructed in Microsoft
Excel, which is described in chapter 3. Observations based on the output of the Toolbox are shown in
the later part of chapter 3, together with the Toolbox’s limitations. The material model developed for
the use in ANSYS and other data required for running calculations and simulations in ANSYS are
handled in chapter 4. Comparisons between the results from the Toolbox and those from ANSYS are
shown in chapter 5, which form the validation of the Toolbox. This research has left some aspects for
discussion in chapter 6. Chapter 7 contains the conclusions from this research.

Appendices to this report have been added with background information on creep in appendix A, on
fatigue in appendix B and about the procedure for fit-for-service (FFS) assessment in appendix C.
Appendix D covers the explanations and extended calculations of some of the mathematic equations
used in this report. The Bree diagram for the determination of ratchetting occurrence is explained in
detail in appendix E and the requirements and limits enforced upon by the ASME design code are
handled in appendix F. Appendix G describes a possible test setup for the testing of creep-fatigue
interaction.






2. Alloy 617

Alloy 617 is a nickel-based (super)alloy (NA) with major alloying elements chromium, cobalt and
molybdenum [3-5] which provide solid-solution strengthening. Parallel to that, precipitation
strengthening is provided by intra- and inter-granular y’-precipitates (Nis(Al,Ti)) and carbides. Alloy
617 has an exceptional combination of high-temperature strength and oxidation resistance [5,6], since
nickel and chromium improve the alloy’s resistance to oxidising and reducing media, while aluminium
and chromium contribute to high temperature oxidation resistance [3,5,6]. Also, the creep-rupture
strength is sufficient up to 980 °C [3]. The effect of alloying elements on the properties of NAs is shown
in table 1A in paragraph 1.4.

This alloy has good creep strength at high temperatures, good weldability, and good cyclic oxidation
and carburisation resistance [3]. In comparison to other material candidates, like austenitic stainless
steels, Alloy 617 has a lower coefficient of thermal expansion and a higher thermal conductivity. Other
benefits of this material are that it retains its toughness after long-term high-temperature service and
that intermetallic phases can be avoided which might cause embrittlement [4].

One of the challenges for Alloy 617 is (surface) oxidation though the resistance is quite reasonable.
This alloy is more prone to grain boundary oxidation due to the formation of aluminium-rich grain
boundary oxides. This kind of oxidation is especially disadvantageous in heat exchanger designs since
it may affect heat transfer and cause initiation sites for possible cracks.

2.1 Properties of Alloy 617

2.1.1 Chemical composition alterations

To ensure the formation of the desired microstructure and minimise deviations in the material’s
performance, efforts have been taken to limit the chemical composition range as set in the material
standards commonly used [7]. A controlled material specification (CMS) of Alloy 617 is suggested with
the aim to reduce the data scatter and to achieve and maintain the high temperature beneficial
material properties [8]. This CMS is based on computational modelling.

Computational thermodynamic modelling predicts the possible formation of the unwanted sigma (o)
phase ((Ni,Co)x(Cr,Mo), with x,y = 1...7) for different chemistries of Alloy 617 [3,8]. The maximum
chemistry (i.e. using the maximum contents of the alloying elements) of the used material standard
for Alloy 617 [7] is shown in the left figure of figure 2.1. The G-phase can cause a detrimental decrease
of toughness at temperatures below 1050 °C. The alloying elements chromium, cobalt, molybdenum,
and matrix element nickel promote c-phase formation and their concentrations in the o-phase vary
with temperature.

The minimum amount of alloying elements in the chemistry of the used material standard [7] cannot
be used, since the desired y’-precipitates are not present and the amount of carbides (required for
grain refining and dislocation barriers) is limited (see right figure of figure 2.1).
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Figure 2.1: Modelling result of second phases at various temperatures in equilibrium for the maximum contents
(left figure) and minimum contents (right figure) of alloying elements in the composition of Alloy 617 according
to the material standard [8].

The challenge in choosing an optimal chemistry is to avoid c-phase, while maintaining the contents of
the strengthening elements as high as possible [8]. An example of a phase diagram evolved from the
computational modelling is shown in figure 2.2. In this figure the weight percentages of the alloying
elements are 15.0% Co, 8.0% Mo, 1.40% Al, 0.60% Ti, 0.10% C, and 0.04% N. The chromium content
has been varied between the minimum and the maximum values as specified by the material
standards. The outcome of modelling with these alloy element contents shows that o-phase does not
appear if the chromium content is maximised at 22.7 wt% [8].
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Figure 2.2: Calculated equilibrium phase for possible CMS Alloy 617 chemistry combinations by adjusting the Cr-
content [8].

Various chemical compositions have been calculated based on these modelled phase diagrams while
trying to maximise strength and to avoid/limit o-phase formation. From this data, the controlled
material specification (CMS) is determined as shown in table 2A. Although the chance of c-phase
formation is present, the higher chromium level is required to ensure sufficient creep resistance and
oxidising resistance. Heat treatment can be performed to avoid the formation of -phase [8].
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Table 2A: ASTM/ASME standard chemistry and initial CMS for Alloy 617 (wt.%) [8].

Heat Ni Cr Co Mo Fe Mn Al G
ASTM Max - 24.0 15.0 10.0 3.0 1.0 1.5 0.15
ASTM Min 445 20.0 10.0 8.0 - - 0.8 0.05

CMS Max 24.0 15.0 10.0 1.0 1.0 1.40 0.10
CMS Min 445 22.0 13.0 9.0 - - 1.20 0.07

Heat Cu Si S Ti P B N Nb
ASTM Max 0.5 1.0 0.015 0.6 - 0.006 - -
ASTM Min - - - - - - - -

CMS Max 0.2 03 0.008 0.60 0.010 0.005 0.040 -
CMS Min - - - 0.40 - 0.002 - -

Some concerns exist for the CMS chemistry of Alloy 617 [8]:

o The chemistry range of iron should be between 1.5 — 2.0%, since a maximum of 1.0% is too
stringent for economical production.

e The ranges for aluminium (1.20 — 1.40%) and titanium (0.40 — 0.60%) are that narrow that a
cost increase may be expected.

e High levels of chromium, cobalt, and molybdenum are required to improve creep strength,
but at the same time these alloying elements make processing of the material (i.e. hot-
working) more challenging.

2.1.2 Grain size influence

The grain size is important, since grain size no. 6 according to ASTM E112 (approximately 45 um) or
coarser are preferred for better creep resistance, because diffusion of vacancies and atoms is faster
via grain boundaries than through the grain, but finer grains are wanted for better fatigue resistance
because the grain boundaries act as fatigue damage blockers. An optimal grain size is desired to cope
with both creep and fatigue mechanisms [4,9]. The carbides in Alloy 617 are grain size controllers [6].

Creep tests have been performed on samples with an average grain size of circa 180 um (ASTM E112,
no. 2 grain size), of approximately 95 um (ASTM no. 3.5) and of around 20 um (ASTM no. 8) [9]. The
main observation is that ASTM no. 3.5 samples gave a stress exponent of approximately 5-6 regardless
the stress magnitude (5 — 100 MPa) and at temperatures of 850 — 1050 °C. This suggests that power
law dislocation climb-glide creep is the dominant creep mechanism. The activation energy depends
on the (amount of) precipitates in the material, though it is found to be higher than that of nickel self-
diffusion [9]. ASTM no. 8 (finer grains) sample testing resulted in a stress exponent of around 3 for
stress magnitudes of 5 — 100 MPa and at temperatures of 850 — 1050 °C. This is most likely caused by
a combination of dislocation and diffusional creep [9]. This combination of creep mechanisms can
better be avoided since these occur in parallel and their combined action makes the creep prediction
more complex. ASTM no. 2 samples (coarse grains) show a stress exponent of circa 3 for the lower
stresses at temperatures between 850 — 950 °C probably caused by a solute drag creep mechanism.
With increasing stress, this stress exponent shifts from 3 towards 5 probably because power-law creep
becomes more present. For higher temperatures, the stress exponent shifts towards a value of 5 likely
due to power-law dislocation climb-glide. The coarser ASTM no. 2 grains would be more favourable
for creep characteristics, but the dominant creep mechanism is also a combination of two mechanisms
for which the ratio between them is dependent on stress and temperature. Also, the coarser grains
reduce fatigue resistance.
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The optimal grain size for Alloy 617 in creep-fatigue conditions is ASTM no. 5 or 6 (45.0 um —63.5 um).
These grains are sufficiently coarse to obtain good creep resistance and to avoid complex interactions
between creep mechanisms while remaining small enough to ensure good fatigue properties.

2.2 Plastic behaviour

Mechanical strains, either caused by external loads or (thermal) constraints may lead to plastic
yielding. The stress at which plastic strain starts to develop depends on the temperature. Therefore,
knowledge of the proportionality limit, the 0.2% vyield strength and the ultimate tensile strength
related to the temperature is important for design purposes.

2.2.1 Proportionality Limit

The proportionality limit (P) is the highest stress at which Hooke’s Law (i.e. stress is proportional to
strain) is still valid. The slope of the linear part of the stress-strain graph is equal to the elastic modulus.
Below P the material is considered to deform purely elastically [10]. Above P the material starts to
deform plastically. Because the proportionality limit is hard to determine, usually the yield strength at
0.2% offset (g;,) is used, since that can be determined much easier (e.g. by using less accurate test
equipment). Disadvantage of the g, is that there is already 0.2% plastic strain. See for a schematic

representation figure 2.3.

Elastic , Plastic

Stress

/
_:_] I-&D.DE}E Strain

Figure 2.3: Proportional limit (P), a,, and elastic and plastic deformation [10].

The P and the g, together with the Young’s modulus (E) and the ultimate tensile strength (UTS) of
Alloy 617 have been investigated in the temperature range 800 °C — 950 °C from conventional tensile
tests [11] and the results are shown in table 2B.
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Table 2B: strength properties of Alloy 617 [11].

. Proportional
T | wea | e | BELm |
800 157000 2592 2420 327.0
850 153000 2128 181.0 2355
900 149000 168.9 139.3 190.7
950 144000 132.3 1073 148.7

The ratios between P and ¢,, are 0.93 for 800 °C, 0.85 for 850 °C, 0.83 for 900 °C, and 0.81 for 950 °C.
Other data for P in Alloy 617 are not available, but extrapolation of these data leads to the observation
that the P in Alloy 617 up to 750 °C is certainly minimal 0.95 g,,. The importance of this information
lays in the fact that design codes prohibit the use of the material above a certain allowable stress,
which is a ratio/percentage of the yield strength (e.g. % or 90%) at a specific temperature as one of
the criteria. For that reason, plastic deformation caused by a primary stress (i.e. directly applied stress)
is not expected to occur for Alloy 617 at temperatures up to 800 °C. Above 800 °C, the maximum
allowable stress is limited due to time-dependent (i.e. creep) mechanisms, which results in a
significantly lower stress than the proportionality limit.

2.2.2 Yield Strength

The temperature dependency of the yield strength has been determined from the data points from
several heats [12]. The data has been normalised by dividing the strength data of each heat by the
average strength value at room temperature of that heat.

First, a best fit trend curve (Ry (T)) is constructed from the normalised data. Then, the temperature-
dependent yield strength Sy (T) is defined as the multiplication of Ry (T) and the minimum yield
strength at room temperature (Sy) (i.e. 240 MPa for Alloy 617 according to the material standard used
[7]). The best fit is obtained from a piecewise continuous exponential decay function [13,14]:

a; + byexplciT);T < T,

az + by exp[c;TL; T > T, (2.2A)

Rv(D) = |
in which T is the temperature (in °C), and a4, a,, by, by, ¢4, c5, and T, are determined from the data.
By multiplying the best fit curve equation with the minimum yield strength at room temperature, a
conservative lower bound is obtained as shown by the dashed green line in figure 2.4.

Since all data points are significantly above the lower-bound trend line, the parameters may be
adjusted to obtain a more representative (and less conservative) lower bound (see figure 2.4). First,
from the best fit curve from the data (represented by the solid black curve in figure 2.4) the 95%
prediction bound is determined (dashed blue line) [12]. Then the minimum yield strength values at
several temperatures as given by the stress tables from ASME I, part D, (shown as red asterisks) are
extrapolated by using the equation as given in equation (2.2A) [12] (orange line in figure 2.4).
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Figure 2.4: Data points for the yield strength obtained from tests (green asterisks), trendline (black line) and the
95% prediction bound (dashed blue line) and the values for the minimum yield strength from ASME (red asterisks
and yellow line) [12].

The best fit parameters for the yield strength using the ASME Il method curve and the 95% lower
prediction bound of the data are shown in table 2C. The values from the ASME method still have to
be multiplied with the Sy at room temperature (i.e. 240 MPa). The 95% lower prediction bound is
determined by lowering the best-fit curve from the data by 7.764E+01 MPa. The 95% lower prediction
bound (blue dashed curve) intersects the ASME |l method curve (orange solid curve) at about 825 °C.

Table 2C: Best-fit parameter coefficients for the yield strength [12].

Parameter ASME method Data
a, 6.846E-01 1.605E+02
b, 3.610E-01 1.131E+02
c1 -5.752E-03 -3.898E-03
Ty 8.275E+02 8.246E+02
a, -2.886E-01 -2.111E+02
b, 9.983E+00 2.872E+03
Cy -2.810E-03 -2.465E-03

Evaluation of the graph shows that up to 825 °C, the ASME Il method (i.e. orange solid curve) is actually
too conservative and the 95% prediction lower-bound curve from the data is still sufficiently
conservative and represents the actual data more accurately. Above 825 °C, the ASME Il method gives
a better illustration of the minimum obtained yield strengths from the tests though remaining
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conservative, while the 95% prediction lower bound underestimates the yield strength significantly.
Therefore, it suffices to express the minimum yield strength at temperatures below 825 °C with the
95% prediction lower-bound best-fit curve (blue dashed curve) and above 825 °C with the ASME Il
method (i.e. orange solid curve). The result is shown in figure 2.5.
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Figure 2.5: Minimum yield strength as function of temperature.

A statistical evaluation of this lower-bound minimum yield strength plot as shown in figure 2.5 has not
been performed, since the design code’s conservative factors are applied on this plot as is described
later in this report.

2.2.3 Tensile Strength

The tensile strength is determined in a similar manner as the yield strength. After normalisation of the
strength data (i.e. dividing the strength data of each heat by the average strength value at room
temperature of that heat), a best-fit curve (R (T)) is determined [14]:

as + b3T, T < To

Rr(T) = {a4 + byexplc,T]; T > T,

(2.2B)

in which T is the temperature (in °C), and as, a4, bz, by, ¢4, and T, are determined from the data. The
average tensile strength at temperature S (T) is defined as St (T) = SrR1(T) [12], in which Sy is the
minimum tensile strength at room temperature (i.e. 655 MPa according to ASME Il).

Plotting of the best-fit curves through the tensile stress data points is illustrated in figure 2.6. The best
fit curve for the measured data is indicated by the solid black curve [12]. From this measured data,
the 95% prediction lower bound (in figure 2.6 indicated as the ‘constant offset’ shown by the dashed
green line) is determined by lowering the stress by approximately 43 MPa. This lower-bound curve
coincides fairly well with the curve determined by the ASME method (solid orange curve). At lower
temperatures, the 95% prediction lower bound (dashed green line) is less conservative than the
orange ASME method curve. At higher temperatures, this is vice versa.
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The sets of parameters of the 95% prediction lower bound (dashed green line) and the ASME method
(solid orange line) are obtained and these are shown in table 2D [12]. The final calculated value of the
ASME method has to be multiplied with the tensile strength at room temperature (i.e. 655 MPa) [7].
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Figure 2.6: Adjusted best-fit curve for tensile strength [12].

Table 2D: Best-fit parameter coefficients for the tensile strength [12].

Parameter ASME method Data
as 1.008E+00 7.287E+02
b3 -3.989E-04 -2.935E-01
Ty 7.241E+02 7.227E+02
ay -3.916E-02 -7.147E+01
by 2.185E+01 1.746E+04
Cy -4.641E-03 -4.691E-03

For the yield strength in the previous paragraph, the ASME method is actually too conservative and
the least conservative mixture of ASME and 95% prediction lower bound is chosen. For the tensile
strength, this observation cannot be made and the most conservative mixture is chosen for certainty.

As can be observed in figure 2.6 and considering the most conservative situation, the ASME Il method
(solid orange curve) gives lower values for the minimum tensile strength for temperatures below
723 °C, while the 95% prediction lower bound of the measured data (dashed green curve) provides
lower values at temperatures above 723 °C [12]. For that reason, it is convenient to express the
minimum vyield strength at temperatures below 723 °C with the ASME Il method and above 723 °C
with the 95% prediction lower-bound best-fit curve. The result is shown in figure 2.7.

A statistical evaluation of the ultimate tensile strength lower-bound plot as shown in figure 2.7 is not
done, since the design code’s conservative factors are applied on this plot in a later stadium.
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Figure 2.7: Minimum tensile strength as function of temperature.

2.2.4 Yield strength and tensile strength results combined

The best-fit curves and equations obtained for both vyield strength and tensile strength versus
temperature provide a representative and conservative method to calculate the minimum yield and
tensile strength at any temperature between room temperature and 1,000 °C. In figure 2.8, both
minimum yield strength and minimum tensile strength are shown as a function of temperature. The
curves for the yield strength and tensile strength are quite similar to those shown in figure 2.5.
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Figure 2.8: Minimum yield and tensile strength as function of temperature.
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2.3 Creep behaviour
T

At high temperatures (i.e. homologous temperatures T}, = > 0.5), roughly four types of creep

melt

mechanisms can be distinguished. A deformation mechanism map for Alloy 617 is not available,
though it is expected that it looks quite similar to the deformation mechanism map of MAR-M200,
which is just as Alloy 617 a solid-solution and precipitate strengthened nickel-based superalloy. A

deformation mechanism map of MAR-M200, is shown in figure 2.9. At high stresses (roughly i >
1072, where Zis the normalised stress in which 7 is the applied shear stress and u is the shear modulus

at temperature), dislocation glide is the dominant mechanism. Dislocation glide is more a plasticity
mechanism than a creep mechanism and it involves the movement of dislocations along slip planes
and the passing of obstacles (e.g. solute atoms, precipitates, other dislocations) by thermal activation.

At intermediate stress levels (approximately 1073 < 5 < 1072), dislocation creep is the prevailing

mechanism, which is a combination of dislocation glide and vacancy diffusion. This mechanism is
commonly accompanied with a steady-state creep rate (€.) that is a balance between the strain

hardening rate and the recovery softening rate. At low stresses (basically £< 1073), two creep

mechanisms can occur, which are diffusion creep (i.e. flow of vacancies and interstitials through grains
or along grain boundaries) and grain boundary sliding that involves a shear process along the grain
boundaries. Increasing temperature and/or decreasing strain rate promotes grain boundary sliding,
making it the dominant creep mechanism. At Ty > 0.9 and normalised stresses above 7-:10*, dynamic
recrystallisation occurs, which is defined as the nucleation and growth of new grain grains induced by
the deformation of the material and the temperature. In appendix A, more detailed information about
these creep mechanisms is provided. The data used for the determination of the creep behaviour of
Alloy 617 is for the greater part taken from data determined for Alloy 617 with average grain sizes of
45.0 um —63.5 um (i.e. no. 5 and 6 according to ASTM E112).

TEMPERATURE, (°C)
s <200 0 200 400 600 800 1000 1200
0 e SR [ — — 1 — ] MAR— M200
d = 100pm
|
o ELASTIGITY RECRYSTALLISATION \ 110°
g " T
g :
i RRE =
@ \
5107 | P A, TR é
« \ \\ 2
< Py 107
uw R '\ =y
n " \ \ e v}
gl —— » 0
W 9 o
= 10;',38’._—, | Y
3 DIFFUSIONAL FLOW |
c%: -5 \ \ I N
o 10 1 L.:|I.:l
=z (BOUNDARY ) \ 'MTTEE} 15]
LY , l
‘D-e. l $10”
0 0.2 0.4 0.6 0.8 1.0

HOMOLOGOUS TEMPERATURE, '/TM
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2.3.1 Determination of creep mechanism

Assuming that the deformation mechanism map for Alloy 617 is quite similar to that of MAR-M200 in
figure 2.9, three main mechanisms can be distinguished, i.e. plasticity, diffusional creep and power-
law creep. Plasticity is commonly avoided, since design codes specify maximum allowable stresses for
the design calculations. This is normally a ratio/percentage of the temperature-dependent vyield
strength, which is often % or 90% depending on the material [16-18]. At the larger part of the
temperature range for Alloy 617, the yield strength is 120 — 240 MPa, which leads to a maximum
allowable stress of approximately 110 — 215 MPa. The shear modulus (i) of Alloy 617 at higher
temperatures is in the range of 60 — 80 GPa. The ratio between the maximum allowable stress (g) and
piscirca2- 1073 — 31073, hence no plasticity. For the occurrence of creep, this ratio of 2 - 1073 —
3 - 1073 between o and u results in diffusional creep at temperatures up to circa 800 °C and in power-
law creep at temperatures of approximately 800 °C and over (see also figure 2.9).

2.3.2 Creep rate equation
The Zener-Hollomon parameter (Z) can be used to normalise creep data, so temperature and strain
rate can be related directly to each other [19-24]:

Z = €. exp (R?;K) , (2.3A)

in which &, is the steady state creep strain rate, Q. is the activation energy for creep, R is the gas
constant, and Ty is the absolute temperature (in K).

The Zener-Holloman equation is related to Norton’s creep law (also known as power-law creep):
o n
Z=B8, (;) , (2.3B)

in which B, is a temperature-dependent constant, o is the applied stress, u is the shear modulus at
temperature Tk, and n is a material exponent. B, may be described as:

__ Db
c — ’
kpTk

(2.3C)

in which D is the diffusion coefficient at temperature, b is the Burger’s vector, kjy is the Boltzmann
constant, Tk is the absolute temperature (in K).

The &, is then rewritten with a power-law dislocation part and a diffusional part as:

é. =B, (%)n exp (R_g;) . (2.3D)

Q. is the activation energy for creep which is actually the activation energy for self-diffusion that has

been determined at approximately 410 kJ/mol for Alloy 617 [19,25-28], as can be seen in figure 2.10
for reference. The stress exponent n decreases from circa 13 at around 600 °C [29], to approximately
10 at circa 700 °C [21], and going to 8.3 at 750 °C, to 6.9 at 800 °C, to 5.9 at 900 °C and 5.1 at 1,000 °C
[19] (see also figure 2.11).
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Figure 2.10: Creep activation energy (Q.) determination for Alloy 617 from the slope of creep strain rate vs.

1/Tk [25].
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An example calculation is described in paragraph D1 of Appendix D.

2.3.2.2 Temperature dependency of creep equation parameters
The shear modulus (u) at several temperatures is determined [28] and plotted (see figure 2.12), and
the corresponding equation is (in GPa):

u(T) = —9.5044 - 107°T2 — 1.8855- 1072T + 8.1501 - 101 , (2.3E)

with the temperature T in degrees Celsius.
20



O
o

u =-9.5044E-06T2 - 1.8855E-02T + 8.1501E+01

(o]
o
!

~
o

D
o

|

N
o

Shear modulus [GPa]
w
o

N
o

[Eny
o

o

0 100 200 300 400 500 600 700 800 900 1000 1100
Temperature [Degr. C]

Figure 2.12: Shear modulus as a function of temperature.

The stress exponent n is approximately 10 for Alloy 617 at approximately T}, = 0.6, which is between
690 — 720 °C. For the determination of an equation for n, the average value of T;, of 0.6 has been taken
(i.e. 705 °C) and combined with other n values found for higher temperatures [15]. The resulting
equation for the temperature range 706 — 801 °C is:

n(T) = 1.3707 - 107*T? — 2.3924- 107 1T + 1.1058 - 102 , (2.3F1)

with T in degrees Celsius. In the temperature range above 801 °C, the equation for n is:

n(T) = 1.0000- 107572 — 2.7000 - 1072T + 2.2100 - 10* , (2.3F2)

with T in degrees Celsius and these equations are shown in figure 2.13.
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Figure 2.13: Stress exponent as a function of temperature.
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The data [15] is also used to determine an equation for material parameter B, (see figure 2.14):

10(-2.7196:1072.T+5.7375-101)

B. = [s1] . (2.3G)
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Figure 2.14: Material parameter B, (in [h™]) as a function of the temperature.
2.3.3 Influence of ¥’ particles on creep rate

Creep behaviour in single phase alloys (like pure nickel) behaves in a power-law relationship, for which
the minimum creep rate (£ ,;,) can be described as [19,30-33]:

. a\" -Qc
Ec,min = Be (;) exXp (R-TK) , (2.3H)
in which the parameters are the same as those in equation (2.3D).

The n values and the activation energy for self-diffusion (Q.) for pure nickel are smaller than those for
precipitation-hardened alloys as Alloy 617, which are aged to contain y’-precipitates [34,35]. A
threshold stress (oy) is introduced to the power-law part of the minimum creep strain rate equation
to account for the influence of precipitates on the movement of mobile dislocations [33,36]:

Ecmin = Be (a;a")n exp (R_%C{) . (2.31)
This threshold behaviour is common in y-y’ superalloys [37] when Orowan bowing is active (i.e. bowing
of a dislocation line around a particle until the critical curvature is reached which causes a dislocation
loop around the particle) besides the thermally activated creep mechanisms dislocation gliding (i.e.
dislocations that move along slip planes overcome barriers by thermal activation), dislocation climbing
(i.e. edge dislocations avoid barriers by moving to another lattice plane) or shearing (i.e. dislocations
cut/shear through the precipitate and move onwards) [38]. At 750 °C and below, Orowan bowing is
the main dislocation hindering process, which is shown by the present threshold stress (i.e. it is difficult
for dislocations to bow around the precipitates). At 800 °C and above, the threshold stress is absent,
which indicates that Orowan bowing occurs quite easy and the thermally activated creep mechanisms
are dominant or that the precipitates have disappeared (i.e. dissolved).
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There are two methods to determine ag,. The first method is using creep data to compare Alloy 617
behaviour at different temperatures. As shown in figure 2.15, the Zener-Hollomon parameter as a
function of the normalised stress data at several temperatures is expected to overlap, so one plot can
be constructed. This is done by shifting the data determined at 750 °C as shown in the left graph of
figure 2.15 to the left by circa 65 MPa (figure 2.15, right figure). This data shift is g,. The drawback of
this method is that this analysis is difficult since the microstructure is evolving during creep, though it
has been observed that for Alloy 617 the o, remains reasonably constant over time [19].
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Figure 2.15: Left: unaltered test data; Right: test data with o, for 750 °C test data [39].

The other method is the stress-drop test in which a conventional lever arm creep frame configuration
is used [19,34,35,40]. The threshold stress is determined by evaluating strain transients that result
from small stress reductions. First, an initial stress (g;) is applied to induce a constant forward creep
rate (graph up to point A in figure 2.16). The stress drop causes an instantaneous strain reduction (A
to B), followed by relaxation (i.e. a time dependent contraction; B to C). After C, there is a period At
of constant strain, which the mechanical result strain only (i.e. neither forward nor backward creep)
until forward creep is re-established due to the applied constant stress (at D) [19].
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Figure 2.16: Strain evolution during a stress-drop test caused by the stress reduction [19].
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Subsequent stress reductions are applied until the strain transients following a stress reduction are
not distinguishable anymore from the re-established strain (i.e. no strain increase observed anymore
after a certain amount of time). The stress at which this occurs is the onset stress for creep (o min)
caused by Orowan bowing:

Oc,min = 0f — Y Ao . (2.3))

Plotting o, ;min Versus time segment (At), which is the time interval between stress drop and the onset
of new creep accumulation (see figure 2.16), allows for a quantitative determination of gy, since at
the asymptote of At — oo, the 0., = 0 The extrapolation of o, from the asymptote may lead to
a significant error due to strain resolution limitations. For that reason, a stress-decrement model for
recovery controlled creep is used to fit the o, i, Versus ), At curve [41], i.e.:

ZAt =% [(Gc,min - 00)_2_(Gi - 0'0)_2] ’ (2-3K)

in which Ck (in meter) is a kinetic constant, b is the Burger’s vector and the other parameters are
described previously in this paragraph.

2.3.3.1 Stress influence

Creep in Alloy 617 requires the mobile dislocations to bypass the y’-precipitates by Orowan bowing or
to continue by thermally activated creep mechanisms, like climb. The stresses required to activate
precipitate shearing are that high, that this creep mechanism is not expected [42]. This is confirmed
by tests, which show the absence of sheared precipitates [19]. Creep is retarded by the precipitates
which results in an improved creep strength. This retarding may be caused by the precipitate—
dislocation interaction that attracts and detaches dislocations to/from precipitates [43,44], i.e.
Orowan bowing. Depending on this interaction, the creep mechanism is detachment-controlled or
climb-controlled. This influence is indicated by the ‘stress relaxation parameter’ k, which can vary
between zero (full attraction) and unity (attraction-free). For a small volume fraction of precipitates
(fy<0.13), the normalised threshold stress, which is the ratio between the shear stress (t) and Orowan
stress (i.e. the combined shear modulus (G), Burgers vector (b) and precipitate spacing (21)), has been
plotted as a function of the relaxation parameter (k) in figure 2.17 for both detachment-controlled
and climb-controlled mechanism.
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Figure 2.17: Normalised threshold stress for detachment controlled creep and for climb controlled creep as

function of the stress relaxation parameter [44]. G = p and 2A = L.
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The detachment-controlled stress depends on the shear stress required for Orowan bowing (zy;):

Tor = % , (2.3L)

in which u is the shear modulus, b is the Burgers vector (i.e. 254 pm for Alloy 617) and L is the edge-
to-edge spacing between the precipitates. The shear stress can be converted to a normal stress by
multiplication with the Taylor factor Cr (i.e. the relation between uniaxial yield strength and resolved
shear stress in a poly-crystalline material assuming that all the grains deform uniformly). Cris 3.06 for
FCCalloys [19,43,45,46] and is needed to determine the stress required to activate Orowan bowing of
dislocations around the y’-precipitates. The edge-to-edge spacing (Lg) depends on the fraction volume
of precipitates (f,,) and the precipitate diameter (d,) [42,47]:

’ 8
LS = dp E— dp . (23M)

Thus, for a fixed volume fraction of precipitates, a smaller precipitate diameter results in a smaller
edge-to-edge spacing Lg. The smaller Lg in turn leads to a higher 74, [19]. This results into a larger
threshold stress and thus to a better creep resistance. When less precipitates are present (i.e. larger
precipitates for a fixed volume fraction of precipitates), less precipitate-dislocation interaction exists
and the stress relaxation parameter k diminishes, in turn lowering the threshold stress. The shear
stress (7) to overcome the threshold stress becomes then [44]:

T=V1-k? 10, . (2.3N)

For this reason, many small precipitates are preferred over less larger ones for a fixed volume fraction
of precipitates.

Diffusion-controlled dislocation climb without precipitate interaction (i.e. he relaxation parameter k
is unity (=1)) can be equated as:

Tetimp = 0.47Tor , (2.30)

in which T.;;np is the shear stress required to increase the dislocation line length and climb around a
precipitate and 7, is the Orowan stress. In the presence of precipitates, k is less than unity and T imp
becomes [48,49]:

5
Tetimp = 0.4(K) /2 "Tor ’ (2.3P)

This trend is shown in figure 2.17. For this volume fraction of precipitates, climb limits creep more
than Orowan bowing only when the stress relaxation parameter is going towards unity. In Alloy 617,
many fine and wide-spread y’- precipitates are present, resulting in a stress relaxation parameter in
the proximity of zero. For that reason, as can be seen in figure 2.17, the threshold stress for the
Orowan bowing creep mechanism is relatively high, while that of climb is almost non-existent.
Therefore, creep is dominated by Orowan bowing in Alloy 617.

2.3.3.2 Consideration of Orowan threshold stress for determination of creep.
The Orowan bowing threshold stress has been incorporated in the literature data already for the
determination of the creep rate as a function of the stress. For that reason, the stress used in the
creep rate equation (2.3D) does not require any adjustment and may be used directly.
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2.3.4 Stress relaxation

The stress relaxation process is a creep process where part of the elastic strain transforms into inelastic
strain due to creep. The remaining elastic strain causes a resulting stress (i.e. Hooke’s law applies),
which reduces in time with the creep strain developing and elastic strain diminishing. This reduction
in stress magnitude is known as stress relaxation. The stress relaxation rate may be calculated with a
similar equation as for the creep strain rate expressed in equation (2.3D), though the determination
is more challenging, since the stress is declining over time. The relation between the diminishing creep
strain rate and diminishing stress can be described in a numerical manner and in an analytical manner.
The numerical method is solving equation (2.3D) for subsequent time-steps that are sufficiently small
to guarantee an adequate accuracy and calculating the creep strain accumulated until that time-step.
The analytical method is an integration equation of equation (2.3D) in which the creep strain () is
calculated as a function of time (t):

1

)-t))ﬁ , (2.3Q)

(1-n) E n -Q
s = &0~ <(1 —-n) (Sol_n — B (ﬁ) ’ exp(R-TIC(
in which most terms are the same as in equation (2.3D) and additional are the elastic modulus (E) and
the strain at start of the relaxation process (g,). The mathematics for the construction of equation
(2.3Q) are shown in paragraph D2 of appendix D. The numerical method is used in the remainder of
this report because most FE software programs and the design code also use the numerical method

[16], which is considered as easier to perform and sufficiently accurate.

2.4 Time to rupture behaviour

In figure 2.18, the Larson-Miller Parameter (LM P) is shown as a function of stress. This plot has been
developed from the results of uniaxial tests. The LMP depends on time to rupture (tg; in figure 2.18
indicated as ‘t’) and absolute temperature (T in figure 2.18, given in Kelvin).
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Figure 2.18: Larson-Miller plot for Alloy 617 [19].
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The average creep rupture strength (og 4,,4) is adequately approximated by [19]:

O-R,ayg = 45314 105 exp(—341 . 10—4—LMP) ,

with the Larson-Miller Parameters (LMP) equated as:

LMP = Ty (logtg + 20)

in which Tk is the absolute temperature in Kelvin and ty is the time to rupture in hours.

For designing purposes, it is recommended to use minimum creep rupture strength values instead of
average creep rupture strength values. Using the data plots shown in figure 2.18 [19], figure 2.19 [50]
and figure 2.20 [29], the average data plots and the data points below these plots are compared at
several times to rupture and the deviations between them are determined. In table 2E, the deviations
are given of the stress to rupture value of the lowest situated data points in comparison to the average
value. A percentage is chosen instead of an absolute value in order to deal with the figure’s log scale.
The deviation percentages at 595 °C and 925 °C from figure 2.20 are not regarded for the evaluation,

’

since solely data from bar material are available.
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Figure 2.19: Stress versus 1% creep strain and time to rupture curves [50].

Table 2E: Maximum deviations of the lower data points in comparison to the average value from figures 2.22,

2.23 and 2.24.
Temp. Deviation
[°C] [%]
650 20
760 20
850-870 20
980-1000 20
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Figure 2.20: Rupture strength of Inconel 617 [29].

A maximum deviation of 20% has been observed for creep rupture strength values below the average
values for each temperature between 650 °C and 1,000 °C. Considering this 20% deviation in equation
(2.4A), the minimum creep rupture strength og ,,;, may be equated as:

Opmin = 0.8 Og apg = 36251+ 10° exp(—3.41- 10"*LMP) . (2.4€)

A statistical evaluation of the data of the minimum creep rupture strength is not done, since the design
code’s conservative factors are applied at a later stage.

2.5 Fatigue

Cyclic loads due to transients in temperature and/or pressure are common in many pressurised
components of HRSGs during service and start-stops. For that reason, fatigue can be a dominant
damage mechanism instead of creep or together with creep. Since the maximum allowable stress by
any design code has to be lower than the yield strength of a material determined at the highest
temperature, the deformations due to these temperature-induced and/or pressure-induced stresses
are initially elastic. However, cycling hardening occurs in Alloy 617, which can have both beneficial
and disadvantageous effects on the cyclic life of the parts subject to high temperatures. For more
detailed reading on high temperature fatigue, see appendix B of this report. Data from the literature
are taken to obtain the fatigue behaviour. Most data are based on laboratory tests, which are
performed with zero mean stress and do not consider hold-times. Hold-times are considered in the
creep-fatigue part later in this report.
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2.5.1 Fatigue curve construction
Fatigue can be subdivided into a high-cycle fatigue (HCF) part and a low-cycle fatigue (LCF) part. The
HCF part is described by the elastic strain-life curve expressed by the Basquin relation [51,52]:

Oy = U}(ZNf)bf , (2.5A)

in which g, is the stress amplitude, af' is the fatigue strength coefficient, 2N¢ is the number of load
reversals to failure and by is the fatigue strength exponent. LCF is described by the plastic strain-life

curve and can be calculated through the Coffin-Manson relation that uses the plastic strain amplitude
(€qp) [51,53,54]:

eap = £f(2NF)7 , (2.58)

where sj’c is the fatigue ductility coefficient and ¢y is the fatigue ductility exponent. Commonly, fatigue
damage is caused by cyclic strains and therefore the strain amplitude (g,) is the essential loading
parameter for correlating cyclic life [51,55]:

of b ' c
ea =2 (2N)) 7+ (2N,)7 (2.5C)
with E is the elastic (Young’s) modulus at the temperature of evaluation.

Figure 2.21 shows the development and dominance of these two mechanisms.
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The data for fatigue examination are gathered from smooth surface test samples and under laboratory
conditions. To convert the best-fit curve through these data points to a fatigue design curve for the
use in an industrial environment, three conservative factors have to be incorporated in the tests
results [58]. These factors are:

e 20 - Scatter of data (difference between minimum and mean values).
e 25 - Grain size effect (i.e. differences in grain size).
e 40 - Environmental conditions (e.g. atmosphere and surface finish).

The ‘scatter of data’ factor includes effects of differences in chemical composition, cold work, and
heat treatment. The ‘grain size effect’ factor tackles grain size differences due to manufacturing,
chemical composition (that dictates the number of nuclei), through thickness microstructure variation
(i.e. the grain size at the surface deviates from the size in the core/centre) and grain growth due to
unforeseen service process influences (e.g. extra heat). This effect is important, since commonly finer
grains means more grain boundaries which in turn hinder fatigue. In the ‘environmental conditions’
factor, aspects are included like surface finish, atmosphere, small notches/scratches and oxidation. All
three factors are relevant to the number of cycles to failure and these are multiplied with each other,
so a total factor of 20 is obtained. On the stress amplitude (note: different than the strain amplitude
as is explained later in this paragraph) only a factor 2.0 for the ‘scatter of data’ is applied. Not both
factors, i.e. 2.0 on the stress amplitude and 20 on cycles to failure, have to be applied, but only the
factor that creates the most conservative fatigue design curve. This causes a ‘dent’ in the fatigue
design curve at the intersection of the curves belonging to these two factors (see for example the
design curve in figure 2.22 in the next sub-paragraph).

2.5.2 Fatigue curve for temperatures lower than 425 °C

Based on fatigue data produced and conservative factors applied, a hypothetical fatigue design curve
has been proposed, which shall be located about a factor 1.3 in stress amplitude below the fatigue
design curve 1-9.5M from the ASME IIl, appendix | for numbers of cycles to failure fewer than 10°
(shown in figure 2.22) [56]. Subsequently, from 10° cycles up, this factor decreases evenly with the
number of cycles to failure until the curves coincide at 10° cycles.
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Figure 2.22: Hypothetical design curve for Alloy 617 for below 425 °C [56].
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From 10° cycles and more the Alloy 617 curve shows the same trend as fatigue design curve 1-9.5M.
The I-9.5M fatigue design curve, as shown in figure 2.23, is meant for nickel-chromium-molybdenum-
iron alloys, and due to the Alloy 617’s nickel-base matrix containing a considerate number of alloying
elements including chromium and molybdenum, it is found that the fatigue behaviour is quite similar
[56]. Other fatigue data is not available for Alloy 617 in the temperature range below 425 °C and for
that reason the hypothetical design curve is used.

FIG. I-9.5M DESIGN FATIGUE CURVES FOR NICKEL-CHROMIUM-MOLYBDENUM-IRON ALLOYS
(UNS N06003, N06007, NO&455, AND N10276) FOR TEMPERATURES NOT EXCEEDING 425°C
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Figure 2.23: Design fatigue curve for Ni-Cr-Mo-Fe alloys below 425 °C [17], where N = N.

Commonly a best-fit curve for the test data is used in which the stress amplitude (g,) is equated as

function of the number of cycles to failure (N¢) [57]:

E
RN
in which Ay is the adjustment constant for the best-fit curve and By is the endurance limit (i.e. stress

amplitude below which no rupture occurs) at 107 cycles, which is 173 MPa based on figure 2.23.
Equation (2.5D) is re-arranged to obtain the number of cycles (Nf) as function of the stress amplitude:

_ (Elog(ap))?
Ny = (4(%_Bf) . (2.5E)
Unfortunately, the fatigue design curve for Alloy 617, as it is supposed to evolve from the fatigue
design curve 1-9.5M as shown in figure 2.23, cannot be described completely using equation (2.5E).
Therefore, the curve has been divided into five parts. For stresses larger than 318.3 MPa (equivalent
to 2.1 - 10* cycles), the value of Ay can be described with:

Ap = —0.22819(0,)* + 2.8753(0,)* — 12.767(0,)* + 23.044 - 5, — 11.586
(2.5F)

With stress amplitudes between 194.0 and 318.3 MPa (equivalent to 2.1 - 10* — 1.0 - 10° cycles), the

value of Af is constant at 2.63.
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Between the stress amplitudes 165.6 — 194.0 MPa (i.e. 1.0 - 10® — 2.5 - 108 cycles), equation (2.5E)
cannot be used, because the stress amplitude (g,) reaches the value of the endurance limit (By),
causing equation (2.5E) to behave asymptotic. Therefore, best-fit plots have been made for the stress
amplitude range of 173.0 MPa — 194.0 MPa (equivalent to 1.0 - 106 — 1.0 - 107 cycles):

Nf — 10(—5.5607-10_5(Ja)3+3.1876-10_2(aa)z—6.1227-AJ+4.0013-102) ) (2.5G)

and for the stress amplitude range of 165.6 — 173.0 MPa (equivalent to 1.0 - 107 — 2.5 - 108 cycles):

Ny = 10(1.9725:107%(04)?~6.8661-0+6.0449-10%) (2.5H)

For stress amplitudes lower than 165.6 MPa, a linear relation is observed between the logarithmic
cycles to failure value as a function of the stress amplitude:

Ny = 10C%a*+174) . (2.51)

This linear relation is representing the elastic Basquin part of the fatigue equation, because plastic
deformation is limited in this part of the fatigue curve.

2.5.2.1 Fatigue data in the temperature range 425 - 538 °C

Fatigue data in the temperature range 425 — 538 °C are not available. The reason for this lack of data
is given in the discussion section in chapter 6 of this report. In short, the application of Alloy 617 in
this temperature range is not cost efficient.

2.5.3 Fatigue curve for temperatures above 538 °C
For the evaluation of fatigue at temperatures above 538 °C, the strain — cycle life assessment method
is used. Six parameters are required for this evaluation:

e Strength coefficient - o¢

e Strength exponent - by

e Ductility coefficient - &f

e Ductility exponent - ¢¢

e Cyclic strength coefficient - K’

e Cyclic strain hardening exponent - n’

The relation between the first four fatigue input parameters is a combination of the Basquin (for the
elastic part) and Coffin-Manson (for the plastic part) equations as shown in figure 2.21 and given as
equation (2.5C) as shown in paragraph 2.5.1. The four fatigue parameters in equation (2.5C) (i.e. af’,
by, s} and ¢y) are constants, and the elastic modulus (E) is a temperature-dependent parameter. The

!
. . . . . . . o-
elastic modulus decreases with an increase in temperature, which in turn increases the Ffterm. When

regarding a fixed strain amplitude and a stress below the yield strength, the portion of elastic strain
becomes larger with an increase in temperature. This effect is shown in figure 2.24. At a temperature
of 600 °C, the yield strength is 159.3 MPa and the elastic modulus is 173.3 GPa, and as result the elastic
strain at yield strength is 9.19-10* by using Hooke’s law. By increasing the temperature to 800 °C, the
yield strength does not change significantly, i.e. becomes 157.2 MPa which is a reduction of about
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1.3%, while the elastic modulus diminishes by almost 10% to 157.3 GPa. At 800 °C, the elastic strain
at the yield strength as calculated by Hooke’s law is 1.00-10°3, which is about 10% larger than the elastic
strain at 600 °C for approximately the same stress (i.e. yield strength).

At stresses lower than the yield strength, fatigue damage develops due to microscale creep and/or
plastic deformation due to cyclic hardening.
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=
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Figure 2.24: Effect of temperature on the elastic modulus, yield strength and elastic strain.

An additional temperature influence is the faster conversion of elastic strain into plastic strain due to
faster creep, more softening of the material and less cyclic hardening with the number of cycles, which
changes the relative ratio between the elastic and plastic strain. This is shown by the diminished slope
of the Basquin part of equation (2.5C), i.e. br, with an increase in temperature. This diminished slope

causes af' to change as well.

The cyclic strain hardening exponent (n’) and cyclic strength coefficient (K’) can be determined in
several manners, though the following relations for these factors are most common [59]:

b
n' =21 , (2.5)) and
cf
k' =f =% . (2.5K)
E}G £

The fatigue parameters for several temperature ranges are shown in table 2F.

Table 2F: Values of the fatigue parameters in different temperature ranges [60].

T of by &5 Cr K n'
[°C] [Pa] (] (] (] [Pa] (]
538-704 1.330E+09 -0.11 0.68 -0.76 1.406E+09 0.145
704-871 1.160E+09 -0.09 0.68 -0.76 1.214E+09 0.118
871-982 1.085E+09 -0.08 0.68 -0.76 1.130E+09 0.105
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The effect of the cycling hardening influences the relation between the stress amplitude (g,) and the
strain amplitude (g,) [59]:

X
g, = %+%(%)" . (2.51)
The temperature dependency of the strain amplitude in figure 2.21 is covered in the elastic modulus
and fatigue parameters. Therefore, the fatigue curve for a certain temperature can be constructed
around one single point in the graph. The coordinates of a point on the fatigue curve that can be
determined accurately is the transition fatigue life in number of reversals at which the elastic and
plastic strains are equal. This is referred to as the transition point. The transition fatigue life in number
of reversals (2N;) is found by [59]:

1
EeR)(bs—c
2N, = {#}(bf 7) . (2.5M)
i
Using equation (2.5C) and (2.5M), the total strain amplitude at the transition fatigue life (¢;) can be
calculated as:

g = % (2N)P7 + &} (2N,)°r . (2.5N)

From the point of intersection of the elastic strain amplitude line and the plastic strain amplitude line
(i.e. %2&;), the change in the elastic strain amplitude (Ae,) behaves in the following manner:

log (Ag,) = by - log (A2N) , (2.50)

in which A2N is the change in number of load reversals and the change in the plastic strain amplitude
(Agy) can be described with:

log(Asp) = ¢r - log(A2N) . (2.5P)

The change in the total strain amplitude (Ag,) is the sum of equations (2.50) and (2.5P) and also the
deduction of the total strain amplitude at the transition point (&;) from the total strain amplitude (&,):

Ag, = Agp + Ag, = g4 — & . (2.5Q)

The mathematics for determining the number of cycles to failure is described and explained in
appendix D, paragraph D4.

2.5.4 Cycle count methods

In case of non-proportional loading (i.e. subsequent cycles do no reach the same stress or strain value
or they are different cycle types), the max-min cycle counting method is most suitable to determine
the total time representing each stress/strain range and/or cycle type. In this method, all expected
loads are rearranged [16-18,61]. The first cycles evaluated are all largest load fluctuations, then the
second largest, etc., until the smallest load ranges have been incorporated. This leads to the sum of
fatigue damages caused by fluctuating loads:

a. STEP 1 - From the load histogram determine the sequence of peaks and valleys.
b. STEP 2 - Calculate the stress components (g;;) resulting from the loading in each time-step.
The stress components have to be put into the same global coordinate system. In case of local
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discontinuities, the stress analysis has to include the peak stresses at those locations. The
controlling stress for fatigue evaluation is the effective total equivalent stress amplitude,
which is half the effective total equivalent stress range, which is derived from the sum of the
primary and thermal stresses.

STEP 3 - Scan (local) time points and delete the time points at which none of the stress
components show reversals (i.e. no peaks or valleys).

STEP 4 — Determine the time point with the highest peak and lowest valley. This time point
shall be indicated as ™t and the corresponding stress components as maij.

STEP 5 — Determine the stress component range between the peak and valley of "'t. The next
time point is "t with stress components "al-j. Then calculate the stress component ranges
and the Von Mises equivalent stress range between time points "'t and "t:

mnO'L'j = mO'L'j - nO'l'j (25R)

mnAS _ i (mnAO'n - mnAo'zz)z + (mnAO'ZZ - mnA0-33)2 + (mnA0'33 - mnAo-ll)z
e V2 +6(™aZ, + ™o, + ™o
(2.55)

STEP 6 — Repeat STEP 5 for each time point in the stress histogram.
STEP 7 — Obtain the maximum equivalent Von Mises stress in STEP 5. Record the time points
™t and ™t which define the start and end points of the cycle.
STEP 8 — Determine the event(s) to which ™t and ™t belong to and record their respective
specified number of repetitions as "*N and "N.
STEP 9 — Determine the number of repetitions of the cycle.
1. If ™N < ™N: delete ™t from those considered in STEP 4 and reduce the number of
repetitions at 't from "N to ("N — "™N).
2. If™N > "N: delete ™t from those considered in STEP 4 and reduce the number of
repetitions at ™t from ™N to ("N — "N).
3. If™N = "N:delete both ™t and "t from those considered in STEP 4.
STEP 10 — Repeat STEPs 4 to 10 until all time points with stress reversals have been addressed.
STEP 11 — Use the data recorded for the counted cycles to perform the fatigue assessment.
An elastic-plastic fatigue assessment is required in case mnASmnge exceeds the yield point of
the cyclic stress range-strain range curve of the material.

These steps are automatically calculated by the finite element software program.

The total damage that is caused by fatigue is determined as follows:

a.

STEP 1 — Determination of the number of cycles to failure (Nf ) of the k™ cycle.

b. STEP 2 - Computation of the fatigue damage parameter for the k™ cycle (Dy k) with the actual

number of repetitions of the k' cycle (ny), as:
n

_ k
Dre=w,, (2.5T)

STEP 3 — Repetition of STEP 2 for all stress ranges identified in the cycle counting until the total
number of cycles (M) is reached.

STEP 4 — Calculation of the accumulated fatigue damage by summation of the values
computed at STEP 3. The protection against failure from cyclic loading is maintained in case:

Yhe1Drp < 1.0 : (2.5U)
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2.6 Thermal ratchetting and thermomechanical fatigue

Thermal (cyclic) stresses develop due to a thermal gradient over the wall thickness of a pressurised
component and the thermal stress range (Sy) can be calculated based on the coefficient of thermal
expansion (a), the elastic modulus (E) and the temperature difference (AT) between the inner and
outer surface of the pressurised component:

So=a+E-AT . (2.6A)

Ratchetting is a combination of a constant primary stress and a cyclic thermal stress that causes plastic
strains to progress and accumulate during each subsequent cycle. Ratchetting can be avoided, which
basically implies that plastic strains are prevented to accumulate. This can be accomplished by limiting
the cyclic thermal stress which is caused by a thermal gradient over the wall thickness of the
pressurised component. First, the ratio (X) of the primary membrane stress (g,,) to the minimum yield
strength at the maximum temperature of the cycle (0, 1mqx) is determined [16-18]:

X=—22 : (2.6B)

Oy, Tmax

For thin-walled components, like boiler tubes, the stress distributions through the wall thickness are
considered linear. The thermal stress range limit (Sp) to avoid ratchetting is set to [16-18]:

So = Oyrmax (3) , for0 < X < 0.5 (2.6C) and
So = 40y rmax(1 —X) , for0.5 <X <1.0 . (2.6D)

Equations (2.6C) and (2.6D) have their origin in the Bree diagram [62,63] as shown in figure 2.25, left
figure. In this figure, the primary constant stress is shown as a ratio of the yield strength along the
horizontal axis and the cyclic thermal stress (in the figure indicated with a;) is given as a multiplication
of the yield strength along the vertical axis. Equation (2.6C) is the equation for the line that separates
the P (plastic shakedown) and R (ratchetting) zone. Equation (2.6D) is the equation for the line
between the S (elastic shakedown) and R (ratchetting) zones. Elastic shakedown is the mechanism in
which a small plastic strain is developed during the first cycle and during subsequent cycles only elastic
strains are observed (see also the right figure in figure 2.25). In the region underneath these two lines,
ratchetting (i.e. zone R) is avoided. A parabolic variation of stresses through the wall thickness can be
used for thick-walled components, though this is not considered in this research since thick-walled
components are not of interest at the moment.

Besides the equations to avoid ratchetting, it is advisable to limit the thermal stress range to a
maximum of twice the yield strength to avoid cyclic plastic deformation during each cycle, which leads
to plastic shakedown, i.e. low-cycle fatigue. Therefore, an additional limit is given for the thermal
stress, which is shown in the left figure of figure 2.25 by the line between the plastic shakedown zone
(P) and the elastic shakedown zone (S):

SQ = Zdy_Tmax . (26E)

Since both equations (2.6C) and (2.6E) are applicable for 0 < X < 0.5, the later equation is used
because it is the most limiting equation for this range of X.
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Figure 2.25: left figure: Bree diagram for elastic cycling (E), elastic shakedown (S), plastic shakedown (P; i.e. low-
cycle fatigue) and ratchetting (R) [62]. Right figure: Detail of lower thermal stress part of Bree diagram [63].

Thermal ratchetting or low-cycle fatigue is not expected to occur when the secondary thermal stress
range (AQ) is smaller than/equal to the thermal stress range limit (Sy):

AQ<S, . (2.6F)

Equations (2.6D) and (2.6E) show that the thermal stress range limit (S,) depends on the minimum
yield strength at the highest temperature (0y, rmqx)- In case the primary stress (o) is larger than half
the yield strength at temperature, this primary stress has to be considered as well. The maximum
allowable thermal stress range (AQ,,,4y) is therefore:

AQmax = Zo-y”['max ’ f0r 0 < X < 0.5 , (2.6G) and
AQmax = 4(0y,rmax — 0p) , for0.5 <X <1.0 . (2.6H)

More basic reading on ratchetting and shakedown can be found in Appendix B. A detailed description
of the Bree diagram with its zones and equations is given in Appendix E.
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2.7 Creep-Fatigue

The major damage mechanism for materials in service in high-temperature processes might be creep-
fatigue (CF) damage, which is caused by cycling due to start-up and shutdown or power transients
combined with sustained loading [3,64]. The CF interaction affects the mechanical properties resulting
in shorter lifetimes compared to the sum of creep damage and fatigue damage incurred separately
[3,64-67]. This is applicable irrespective of the hold position, but the damage is more severe for load
holds in the tension direction [3].

2.7.1 Creep-fatigue interaction

Creep-fatigue interaction is best illustrated by dividing the Alloy 617 material into separate alloy
phases. Both nickel matrix (y) and NizAl-precipitates (y’) have a face-centred cubic (FCC) lattice, which
leads to a set of twelve slip systems that carry the plastic deformation [68]. The two phases share a
coherent interface with a small misfit due to a slight difference in lattice constants. To represent the
microstructure, a unit cell of 16 regions can be considered (see figure 2.26) one precipitate (y’) region,
three matrix (y) regions with different orientations that act as channels, and six pairs of y/y’ interface
(1) regions (so twelve interface regions in total) [68,69]. The regions representing the matrix and the
precipitate incorporate the behaviour of the pure phase. The interface regions deal with the short-
range processes and effects that occur at the y/y’ interface, like interaction between the phases and
dislocations induced by back stress.

X

Figure 2.26: Multiphase unit cell for calculating the mechanical material response [69].
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2.7.1.1 Creep damage accumulation

Creep damage accumulation is often caused by the formation and growth of micro-voids at the y/y’
interfaces [70]. At these interfaces, the internal stress is higher which attracts atom vacancies from
the matrix resulting in an accumulation of vacancies. When sufficient atom vacancies are gathered, a
micro-void is formed. These micro-voids elongate and eventually coalesce prior failure. Another
important creep mechanism in nickel alloys, like Alloy 617, is rafting, especially for temperatures over
850 °C. Under a certain amount of stress, the initially cuboidal precipitates grow into elongated plates
[71-73]. The direction in which the precipitates grow is dependent on the applied load direction and
the sign of lattice misfit as shown in figure 2.27 [74,75]. A positive misfit means that the interatomic
distances inside the precipitate are larger than those inside the matrix. This causes the morphology of
the matrix (i.e. the y-channels) to change. Since the matrix suffers the largest part of the plastic
deformation, rafting has a significant effect on the mechanical response of the material. These creep
mechanisms have already been incorporated in the equations determined in paragraph 2.3.

Positive misfit Negative misfit

Comp ﬂ Ten ﬁ Com lL Ten ﬁ
T Il 1T

t*

Figure 2.27: Rafting of y-precipitates in a nickel-based alloy [74].

2.7.1.2 Fatigue damage accumulation

Lattice planes slip along each other due to dislocation motion, which results in deformation that is
irreversible. The irreversibility of this slip is the cause for fatigue damage. On a microscopic level,
during forward slip, the dislocation line is forced in between two precipitates when the effective shear
stress 7,y (i.e. the net effect of both externally applied and internal stress on the slip plane in the slip
direction) exceeds the Orowan threshold (7,,), which is the shear stress required for mobile
dislocations to bypass the ¥’ precipitates by Orowan bowing [37,69]:

b
Teff 2 Tor = Qor , (2.7A)

in which a,, is a dimensionless constant related to the dislocation core radius (ap, = 0.85 [69]), i is
the shear modulus, b is the Burgers vector, and Ly is the spacing between the precipitates. Figure 2.28
shows forward slip shown as line (1) moving towards the situation of line (2). Ideally, these dislocations
glide back in the original position (1) upon removal of the load and between other precipitates in the
opposite direction upon a reversal of the load (i.e. position (3)).
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Figure 2.28: Schematic of dislocation line movement on a {1 1 1} plane in the matrix phase. Ideal case where a
dislocation line (1) is forced between two precipitates (2) by a stress. Stress removal will cause the dislocation
line to move back to its original position (1). An opposite stress pushes the line between two other precipitates

(3)[76].

This ideal situation does not occur, since part of the dislocations become immobilised. Due to the
dislocation line movement, dislocation loop trailing segments are deposited onto the y/y’ interface as
is shown in figure 2.29, left figure. Backward slip occurs in case the effective stress diminishes to a
value below the Orowan threshold (7.sf < T¢;) [68]. An unhindered and mobilised backward glide of
the dislocation loop should develop as shown in the middle figure of figure 2.29. In practice, the
backward slip is hindered by the deposited dislocation loop trailing segments, which make the velocity
of dislocations moving backward different than their forward velocity as shown in the right figure of
figure 2.29.

deposited
segment

immohilized
segment

Figure 2.29: Dislocation line forced into the y-channel between two ¥ precipitates; left figure: segments of the
line are deposited onto the y/y interfaces; middle figure: on reduction of the applied stress the loop moves
backward; right figure: the interfacial segments are immobilised and backward slip is only possible by bowing in
the opposite direction resulting in the deposit of new segments on the interface [68].

Mechanisms hindering the backward motion [68]:

e Bulk material loop immobilisation, i.e. dislocation loops are immobilised by reactions with
other loops.

e v/y interfacial segment immobilisation, i.e. the segments are immobilised preventing the
complete dislocation loop from moving back (as is shown in figure 2.29, right figure). This can
be due to:

o interfacial segments react with segments of other slip systems and form networks;
o segments affect the misfit locally, which results in coherency loss;
o interfacial segments leave the original slip plane by climb or cross slip.

In these cases, other slip planes take over and damage accumulates with the number of cycles, which

eventually results in the initiation of cracks. At the surface of the material, the irreversibility is caused

by the exiting of dislocations at the free surface [77]. In the bulk material, a constitutive approach is
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chosen to describe the amount of reverse slip that occurs after a load reversal [76]. The reverse slip
process in the bulk material is partly influenced by internal back stresses and therefore a distinction
has to be made between forward and backward slip. The immobilisation process is considered a
combined isotropic and kinematic hardening effect. Each immobilised interfacial segment increases
the resistance against dislocation motion in either direction (i.e. isotropic hardening). Therewith, the
deposited dislocation loop trailing segments contribute to the internal back stress, in which the sign
of its contribution depends on the direction of the dislocation movement [69]. This contribution to
the internal back stress provides a kinematic effect. Therefore, the quantification of the amount of
immobilisation (i.e. hindering of dislocations) is important.

On a macroscopic scale, the fatigue behaviour is covered in paragraph 2.5, where the fatigue in
number of cycles to failure is related to the strain amplitude.

2.7.1.3 Creep-Fatigue mechanism

The interaction between creep and fatigue enhances damage accumulation. The creep damage
mechanism is the formation, growth and coalescence of voids and the damage mechanism of fatigue
is the immobilisation of dislocation segments resulting in slip irreversibility. Voids caused by creep
introduce additional free surfaces inside the material, which create dislocation annihilation sites and
consequently enhance slip irreversibility (i.e. fatigue). Fatigue cyclic loading induces pile-ups of
immobilised dislocations, which in turn are potential sites for creep void formation. For these reasons,
the presence of one damage mechanism affects the amount and evolution rate of the other damage
mechanism.

2.7.2 Hold-time influence

During the hold-time at a fixed strain (see figure 2.30), creep strain develops in a process called stress
relaxation. This process is described in paragraph 2.3.4 as well. The creep strain accumulation causes
more internal damage, which in turn leads to an increased chance of crack initiation and accelerates
crack growth, resulting in a reduced fatigue cycle life [65].

Hold A

_~ Relaxation
parriad

A B e

Hold

()

(@)

Figure 2.30: Strain-controlled fatigue cycle with hold periods (a) imposed strain over time; (b) stress response
over time [79].
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The introduction of tensile hold-times (i.e. minimum hold-time tested is 180 seconds) during cycling
diminishes the total cycle life immediately with roughly factor 2 for all strain ranges [6,66,78] in
comparison to the cycle life of continuous-cycle fatigue, and going to a factor 3 for longer hold-times
[64]. Above a certain tensile hold-time (depending on the conditions), the number of cycles to failure
is not influenced anymore by the tensile hold-time [64]. This effect is more pronounced for low total
strain ranges than for high total strain ranges (i.e. 2 1.0%) [6,66,78].

As can be seen from the example shown in figure 2.31, fatigue and CF midlife hysteresis loops make
evident that the introduction of a tensile hold-time increases the amount of inelastic (i.e. creep) strain,
which in turn results in a measured stress level decay, i.e. stress relaxation, over the strain-controlled
hold, as is also shown in figure 2.32a [6,64]. A constant reduced stress is obtained after a certain period
from the hold-time initiation. In figure 2.32b, the peak tensile stresses and the approximated
relaxation stresses are shown for a relatively high total strain range. Concluded is that the relaxed
stresses are similar for all strain ranges for tensile hold-times between 180 and 9,000 seconds [6,64]

and that cyclic life is reduced significantly.
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Figure 2.31: Hysteresis loop for 0.3% total strain range and no tensile hold-time and 600 s hold-time [64].

100 ; ; ; 200 T T T
' * 180sec
* 600 sec -
S0 % . 00 sec 4 £ e
1800 sec % 150 L ]
b+ e o0
R ; L 2
& W 1 5
= @
< =100 - 1
4 E
3 40 ¢ 1 o
2
5 s L ®* nohold |
20 i 3 ® 600 sec
o ® |RBOOsec
4 .
pe ) o g i
[ %m ® 9000 sec
0 : w s 0 R L
0 500 1000 1500 2000 1 10 100 1000 10000
lime (sec) Cycle

(a) (b)
Figure 2.32: a) Rapid stress relaxation during the tensile hold, CF test at 0.3% total strain range; b) Peak tensile
(dots) and relaxed (circles) stresses versus cycles to failure at 1.0% total strain range [64].
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2.7.3 Damage accumulation model

A creep-fatigue damage accumulation model should cover a broad range of loading conditions in a
computationally efficient manner. The model has to account for load histories that are more complex
than standard constant amplitude/constant temperature load sequences. Also, the model has to
contain a time-dependent component which covers diffusion and dislocation movement (i.e. creep
segment), a cycling waveform and cycling period (i.e. fatigue segment), and a thermo-mechanical
component, which describes the deformation caused by thermal expansion/contraction (i.e.
shakedown, ratchetting). These different damage segments have been equated in the previous
paragraphs of this chapter.

2.7.3.1 Uncoupled visco-plastic model

An efficient damage rule model is uncoupled (i.e. post-processing based), so the analysis of one or a
limited number of representative cycles is sufficient to determine the time or the number of cycles to
failure. A coupled model would require the complete load sequence to be analysed, since the damage
accumulation leads to a continuously changing material response. Experience with nickel alloys (NA)
has learned that NAs commonly do not show considerable cyclic softening prior failure [80]. This
means that damage evolution has a limited effect on the constitutive behaviour and that application
of an uncoupled damage model is valid [68].

Visco-plastic material models combine classical fatigue methods, like that of Coffin-Manson (as
described in paragraph 2.5) or Palmgren-Miner [81,82], and creep-life methods, which are based on
Norton’s creep law (same as power-law creep; see paragraph 2.3) [70], and transform these into time-
incremental damage rules [83,84].

2.7.3.2 Creep-fatigue interaction part of the model

Classical rules, like the Palmgren-Miner rule, suggest that the contributions of the separate damage
mechanisms are independent of each other (i.e. do not interact), resulting in linear damage
accumulation (dashed black line in figure 2.33, constructed for material CMSX-4 (Nickel based single
crystal; Ni-9Co-6.5Cr-6W-5.6Al) and illustrated as an example). The limiting cases of such linear
damage accumulation are the pure creep tests (i.e. no cycling) and the continuous cyclic tests (i.e. no
hold-times to avoid creep development). Actual experimental values from LCF tests, which contain
both a creep and a fatigue damage part, give a non-linear trend as is shown as an example for CMSX-
4 in figure 2.33 by the blue dotted line. This is a clear indication that creep and fatigue damages
interact and enhance each other.

The creep-fatigue interaction can be taken into account to determine the total damage accumulation
by [68]:

Deot = D¢ + Dy + Amt% , (2.78)
in which:

Dyt  =Total damage accumulation.

D, = Creep damage parameter.

Dy = Fatigue damage parameter.

Aint = Interaction coefficient.
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Figure 2.33: Creep-fatigue interaction of CMSX-4 at 850 °C [68].

As indicated in figure 2.33 by the green line, the damage accumulation model can be made to agree
with the experimental trend (i.e. the blue dotted line) for the nickel based single crystal CMSX-4.

2.8 Design code requirements, restrictions and limitations

The most frequently used design code for the design of pressurised components inside a steam boiler,
is the ASME (i.e. American Society of Mechanical Engineers) code [13,17,18]. In the ASME code
sequence, ASME Il deals with material standards and inside this code part, section D lists the maximum
allowable stresses for the materials in temperature intervals of 25 °C. The maximum allowable stress
limits the stress acting on a boiler component at a certain temperature. In this paragraph, a summary
is given regarding the requirements, restrictions and limits enforced upon by the ASME design code.
An extended description can be found in Appendix F.

Together with the APl (American Petroleum Institute), the ASME has also developed Fitness-For-
Service (FFS) assessment procedures with the purpose to evaluate pressurised components
containing/accumulating damage and these procedures have been described in the API 579-1/ASME
FFS-1 [16]. More detailed information about the FFS assessment procedures is given in Appendix C.

2.8.1 Comparison of the maximum allowable stresses

The ASME Il Code, section D, gives the values of the maximum allowable stress for each temperature
interval of 25 °C. The sources for these values are not given by the ASME code, except that they are
the lowest value of the stresses that cause a certain amount of damage by the damage mechanisms
as described in paragraphs 2.2 to 2.4 of this chapter. This lowest value has a conservative factor
included and the damage mechanism leading to the lowest stress value is considered dominant. More
detailed information about the maximum allowable stress from the ASME design code is added to
Appendix F, paragraph F1. By adapting the equations in paragraphs 2.2 to 2.4, similar values should
be obtained as given by Section D of the ASME Il code [13].
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2.8.1.1 Maximum allowable stress based on yield strength

One of the maximum allowable stresses based on the yield strength is maximised to 160 MPa, which
is % of the yield strength at room temperature (i.e. 240 MPa for Alloy 617). This maximum is set
because the hydrostatic test of the pressurised components is performed at 1.5x the design pressure
at room temperature to ensure the integrity of these components. To avoid plastic deformation during
the hydrostatic test, the design stress (i.e. the maximum allowable stress) is determined at the yield
strength at room temperature divided by a factor 1.5.

For some materials, the ASME design code gives the option to use either % or 90% of the yield strength
at temperature. Alloy 617 is one of these materials. The percentage of 90 may be used instead of
factor % when a slightly higher deformation is in itself not objectionable. This is applicable to Alloy
617 boiler components, because Alloy 617 has a large ability for strain hardening since it contains a
FCC structure with a small yield-strength-to-ultimate-tensile-strength ratio and because boiler
components commonly do not have complex geometries, i.e. no large stress concentrations.

When the maximum allowable stresses from the ASME Il code, section D, are plotted for temperatures
below 640 °C, the trend-line (indicated by the red asterisks in figure 2.4 in paragraph 2.2.2) is quite
similar to that shown in figure 2.5, only all values from the ASME II-D, are about 8 MPa lower than
determined in paragraph 2.2.2 from the 95% lower prediction bound of the raw data. Although the
ASME code does not indicate how these values are determined, the most likely reason is that the
maximum allowable stress from the ASME is determined at 90% of the yield strength at temperature,
which is lower than the 95% lower predication bound of the raw data in figure 2.4. In the calculations,
this difference is compensated for by lowering the a; of the normalised yield strength in equation
(2.2A) and table 2C by 0.0333 (i.e. 8 MPa/240 MPa), in which the dominator is the value of minimum
yield strength at room temperature. Also, the plot through the ASME maximum allowable values
seems to be slightly steeper than the plot created from the normalised data. This difference may be
caused by the use of other datasets by the ASME code and this is compensated for by increasing b, of
the normalised yield strength with a value of 0.03. The adjusted equation for the maximum allowable
stress based on the yield strength (oys 4110w.) becomes:

Oys,atiow. = 0.9 * 240(0.65123 + 0.39097 exp(—5.7516 - 1073T))  [MPa] ,
(2.8A)

with T the temperature in degrees Celsius. This adjusted equation for the minimum yield strength is
used in the remainder of the report, since the values calculated with this equation describe the
maximum allowable stress values according to the ASME Il and therefore limit the applied stresses.

2.8.1.2 Creep stress to rupture

ASME code Section Il, Part D, Appendix 1, states that the maximum allowable stress based on the
creep rupture strength is the stress at which rupture occurs after 100,000 hours of exposure to a
certain temperature. To obtain this stress, the Larson-Miller Parameter (LMP) has to be determined
at a time to rupture (tz) of 100,000 hours, and with the Log t; = Log (100,000) = 5, equation 2.4B can
be rewritten as (with Ty in Kelvin):
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When plotting the maximum allowable stress values from ASME Il code, section D, for above 640 °C,
a trend is observed similar to that of the creep rupture strength as determined with the equations
from paragraph 2.4, except that the slope of the data plot in the ASME Larson-Miller diagram is less
steep. This is probably caused by the different data set(s) used by the ASME design code. Adjusting
the equations from paragraph 2.4, expressing the maximum allowable stress based on the creep
rupture strength (og q110w.) @s function of the temperature Ty in Kelvin and taking a conservative
factor of 20% into account, which is enforced upon by the ASME (i.e. 0 g110w. is 80% of the minimum
creep rupture strength (og iy )), results in:

ORratlow. = 0.8 Og min., = 8.2081 - 105 - exp(—9.4801 - 1073Ty,). (2.8C)

This equation is used in the remainder of the report for the determination of the creep rupture
strength for life-times smaller than or equal to 100,000 hours. For life-times larger than 100,000 hours,
this ASME limitation has to be more conservative, since for design approval the conservatism of the
ASME has to be maintained. For that reason, equation (2.8C) is adjusted to make the og gi0w
dependent on the combination of rupture time and temperature, using the Larson-Miller Parameter
(LMP) substitution from equation (2.8B):

OR atlow = 8.2081 - 10° - exp(—3.7920 - 10~4LMP) , (2.8D)

which is used in the remainder of the report for the creep rupture strength determination for life-
times larger than 100,000 hours.

2.8.1.3 Stress to obtain maximum allowable creep strain

Another limit determined by the ASME Il code, section D, is the average stress that creates a maximum
allowable creep strain (&; g110w.) Of 0.01% accumulated in 1,000 hours. This is expressed by equation
(2.3D) from paragraph 2.3:

&c,allow. = B¢ (%%)n exp (R_?;) "t ’ (2.8E)

where (0, g110w) is the maximum allowable stress based on the creep strain rate and ¢ is the exposure
time.

2.8.1.4 Comparison of adjusted results from the equations and ASME values

The ASME design code considers that in a certain temperature range one damage mechanism is
dominant. After evaluation, the maximum allowable stress for Alloy 617 as function of temperature is
defined as shown in figure 2.34 and in table 2G. Transition temperatures exist above which one
damage mechanism is dominant and below which another. These transition temperatures and the
most dominant damage mechanism in that temperature range are displayed in table 2G as well.
Yielding (i.e. plastic deformation caused by a load) is the dominant damage process below 640 °C,
while above that temperature creep rupture is the dominant damage process. For the use of Alloy 617
in ASME boiler components, the temperature is maximised at 899 °C by the ASME Il material standards
code, section D.
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Figure 2.34: Comparison of the ASME I, Section II-D, values and calculated values after adjustment.

Table 2G: Dominant damage mechanisms per temperature range.

Temperature range max g 0w, at the Damage mechanism
Start End end of temp. range
[°C] [°C] [MPa]
20 256 160.0 Plasticity (%0ys)
256 640 142.8 Plasticity (0ys qiiow.)
640 899 12.3 Creep rupture stress (0g g110w)

2.8.2 Fatigue design curve and the application of conservative factors

The fatigue design curve for cyclic processes at temperatures up to 425 °C does not require any
additional restrictions or limits to be applied, since the conservative factors as described in paragraph
2.5.1 are already incorporated into this fatigue design curve.

The fatigue curves for cycling events in the temperature range of 538 °C and higher, as described in
paragraph 2.5.3, require adjustments based on the restrictions from the ASME Il code, Section D [13].
On the value for the number of cycles to failure (Nf), the conservative factors as described in
paragraph 2.5.1 have to be applied to account for scatter in data (factor 2.0), differences in grain size
(factor 2.5) and environmental conditions (factor 4.0). Therefore, the Ny determined from the best-fit
curve has to be divided by 20 to obtain the number of cycles to failure used for the fatigue design
curve based on the cycles to failure conservative factor (N¢ gsmg v ):

__ Ny _Nf
Nr.asMEN = 355540 = 20 : (2.8F)
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Also, the fatigue design curve based on the ‘scatter in data’ factor on the stress amplitude has to be
made. This is done by taking for that stress amplitude the value of the number of cycles to failure at
2.0 times that stress amplitude Ny (2A0), resulting in the fatigue design curve based on the stress

amplitude (N¢ 4smE,0):
Nf asme,o = Nr(240) : (2.8G)

The final fatigue design curve is determined by the lesser value for the number of cycles to failure
from the two fatigue design curves as described by equations (2.8F) and (2.8G) making the value for
the number of cycles to failure of the final fatigue design curve (N gspmE):

Nf asme = min(Nf,ASME,Nv Nf,ASME,U) : (2.8H)

The final fatigue design curve is used for the design calculations.

2.8.3 ASME restrictions on the accumulated creep-fatigue

The design code does not deal with the interaction between creep and fatigue qualitatively, though it
recognises the significance of this interaction. All ASME design codes use the diagram as shown in
figure 2.35 for the creep-fatigue interaction. The total fatigue damage parameter (Ds) is shown on the
horizontal axis in figure 2.35 and the total creep damage parameter (D.) is displayed on the vertical
axis. The total damage accumulation caused by fatigue creates a coordinate on the horizontal axis.
The total creep damage parameter results in a coordinate along the vertical axis. Both coordinates
form a point in this diagram representing the total damage accumulation point. The ASME design code
requires this total damage accumulation point to be positioned underneath the lines as shown in the
diagram. The lines of this diagram depend on the intersection point (Dsm,Dcm). In the ASME code, Alloy
617 is suggested to be treated similar as Ni-Fe-Cr Alloy 800H, which has an intersection point at
(0.1,0.1).

A

1.0 4

/— (Dfm, Dem)

- Total Creep Damage

De

Ds - Total Fatigue Damage

Figure 2.35: Creep-fatigue diagram from the ASME code [16].
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3. Toolbox

Prediction of the dominant damage mechanism at certain conditions, its magnitude and its effect on
the integrity of a component, is one of the key elements for the design of that component. Therefore,
models have been created using Microsoft Excel to perform this prediction. These models aim to
provide an easy-to-use ‘Toolbox’ that creates a clear overview of the damage mechanisms and their
influence (i.e. dominance) by adjusting the input parameters. The input parameters are applied stress,
temperature, exposure time and/or number of expected cycles. Also, the Toolbox may be a helpful
aid for life-time estimation.

3.1 Maximum allowable stress

The first check in the Toolbox is whether the maximum allowable stress is exceeded by the sum of the
primary stresses. Primary stresses are induced by the process (e.g. pressure) or by the construction
(e.g. geometry and weight) and they are commonly constant over time. Secondary stresses are
reaction stresses inside the material that relax (i.e. diminish) over time and because of that reducing
influence, they are not considered for the maximum allowable stress determination. Other stresses
are covered in the Toolbox differently, like (cyclic) thermal stress is limited by the ratchetting criteria.

3.1.1 Toolbox part for maximum allowable stress

For a certain temperature, the value for primary stress is entered into the Toolbox. The Toolbox
calculates the maximum allowable stress for that given temperature and directly gives a result if the
entered primary stress may continue to the next phase of the assessment or that it is unacceptably
high so design action has to be taken to reduce this stress. Five temperatures/stress criteria can be
assessed simultaneously in the Toolbox. As is described in paragraph 2.8, one damage mechanism
criterion prevails over the others in certain temperature ranges:

Min. Temp. Max. Temp.  Equation for o4, as function of temperature

20°C 256 °C % x 240 = 160 (3.1A)
256 °C 640 °C 0.9 x 240(0.6512 + 0.3910 exp(—5.7516 - 1073T))
(3.1B)
640 °C 899 °C 8.2081 - 10° - exp(—9.4801 - 1073Ty) for t <100,000 hours
(3.1C1)
8.2081 - 10° - exp(—3.7920 - 10~*LMP) for t > 100,000 hours
(3.1C2)

in which ;o1 is the maximum allowable stress in MPa, T is the temperature in degrees Celsius, Tk
is the temperature in Kelvin and LMP is the Larson-Miller Parameter.
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3.1.2 Limit for cyclic thermal stress and application in the Toolbox
Cyclic thermal stresses are limited to avoid ratchetting and plastic shakedown. The thermal stress
range limit (AQ,,,4x) is calculated via equations (2.6G) and (2.6H), which are repeated here:

AQmax = 20y rmax , for0 <X <05 , (3.1D) and
AQmax = 4(0yrmax — 0p) for0.5 <X <1.0 ) (3.1EF)

With gy, rmayx is the yield strength at the highest temperature present and oy, is the primary stress

acting on the component. These equations have been incorporated into the Toolbox as well.

3.1.3 Degree of constraint

For the development of thermal stress, full mechanical constraint of the boiler component would be
a worst-case scenario, since thermal stresses may become that high that the integrity of the
component is affected due to severe plastic deformation. This may be due to the design (e.g. in the
construction) or by self-constraint caused by a thermal gradient through the wall of the component.
Therefore, it may be useful to calculate the maximum allowable degree of constraint in order to
prevent the occurrence of unacceptably large plastic deformation. This is especially valid for thicker
walled components that may exhibit a thermal gradient across the wall thickness that causes a
significant thermal stress. The degree of constraint is given as a percentage that is calculated by
dividing the thermal stress range limit (AQ;nqx), s determined via equations (3.1D) and (3.1E), by the
full constraint stress (AGconstraint):

AQmax

% of constraint allowed = |A -100% , (3.1F)

Oconstraint

in which Ad¢onstraine depends on the average elastic modulus (Ey,;;, ), which is ¥ax the sum of the elastic
modulus at the maximum temperature (T,) and that at the minimum temperature (T3 ), and a,,,, which
is the coefficient of thermal expansion taken as the average value of the coefficients of thermal
expansion at T; and T,, and the temperature difference between T; and T5:

Abconstraint = Eym Ay (TZ - Tl) . (3.1G)

3.2 Creep prediction

Creep depends on temperature, time and stress magnitude. In paragraph 2.3 and 2.4 the material
creep damage for Alloy 617 has been determined as function of these parameters. The creep damage
accumulation is used to determine the creep rupture time or strength and to create an expression for
the creep strain rate (i.e. the required time component).

3.2.1 Creep time to rupture determination

The creep rupture strength is required for the determination of the maximum allowable stress at
temperatures above 640 °C. The quantification of the creep damage is obtained through the ratio of
exposure time to the time to rupture. This is done by combining equation (3.1C2) in paragraph 3.1.1
with the Larson-Miller Parameter (LM P) from equation (2.4B):
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into an equation for the time to rupture (tz) which depends on stress (o) and temperature (Tk) in
Kelvin:

g
ln(s.2081-105> 20 —-6.0723-103
(M_ZO) ~37920107 T (8 20801 105) K
— T _ _ \s. .
tp = 104 T =10 - 1020

(3.28B)

The mathematics for obtaining equation (3.2C) is described in appendix D, paragraph D5.

The creep damage parameter (D.) is the ratio of the exposure time (t) to the time to rupture, which
has to be smaller than 1.0 in order to avoid failure due to creep rupture:

D, = é< 1.0 . (3.2C)

3.2.2 Creep strain caused by primary stress

Primary stresses are assumed constant over time as described in paragraph 3.1. Using equation (2.3D)
and the temperature-dependent material parameters B., n, ¢ and the constant stress, the creep strain
rate remains unchanged over time and hence the creep strain caused by the primary stress (&)

accumulates linear over time (t):

gep = B (%)n exp (R_%{) ‘'t . (3.2D)

3.2.3 Creep strain influenced by stress relaxation
Due to creep, part of the constant total strain (&;4¢4;) converts into creep strain over time (g, ¢(t))

which relaxes the stress over time (o(t)) [5,6,64-66,78,79,85,86]:

o) =E- (Stotal - gc,s(t)) . (3.2E)

The reduced stress over time (o(t)) causes the creep strain rate (¢.5) to diminish over time as well,
reducing the influence of the creep mechanism over time (slight adjustment of equation 2.3D):

Ecs = B, (?)n exp (%) . (3.2F)

For the evaluation of creep in an ASME design, time increments may be taken to express the
development of creep (see also appendix C of this report). Taking each time increment sufficiently
small, the creep strain rate at the beginning of each time increment can be determined rather
precisely. The relaxed stress and accumulated creep strain at the end of that time increment are
calculated using this creep strain rate and these values are then used to calculate the creep strain rate
at the beginning of the subsequent time increment. The creep strain per time increment (Ag. ¢) that
follows from integration is:

Ae.((t) =B, - (%)n - exp (%) At . (3.2G)
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The creep strain rate declines most rapidly at the beginning of the life-time [6,64-66,78,79,85,86].
Therefore, the time increments at the start are chosen small with the first one typically smaller than
one second. Because the creep influence becomes smaller over time due to stress relaxation (i.e. creep
strain rate declines), each subsequent time increment may be chosen larger to avoid extensive
calculations but it cannot be too large to ensure that the model remains representative for the
accumulation of creep strain and the development of creep strain rate. A multiplier of 1.05 has been
chosen to achieve that goal (for validation of this multiplier, see paragraph 5.4 of this report). So, the
second time increment is 1.05 times larger than the first, the third time increment is in turn 1.05 times
larger than the second, etc. The ASME criterion is a maximum creep strain of 0.01% per 1,000 hours
and the creep strain caused by the secondary stress (& ;) over the first 1,000 hours is the sum of the
strain increments over those 1,000 hours:

€cs = 211” Ae.s(0) , (3.2H)
in which n; is the number of time increment steps, which is determined at:

log 3,600,000 rounded to

log1.05 ’ (3.21)

in which 3,600,000 is the number of seconds in 1,000 hours. The first time-increment (n,) is then:

__3,600,000s

M= Tosse0 8.48-1072s . (3.2))

This is sufficiently small to determine the development of stress relaxation and creep strain accurately
(see also the validation in chapter 5). Besides the creep strain over the first 1,000 hours, the Toolbox
calculates the total accumulated creep strain. Therefore, the Toolbox calculates the first time
increment based on the hold-time, though in order to regard the possible life-span of 30 years, the
number of time increment steps is taken as 480 instead of 360.

3.2.4 Maximum allowable creep strain

Using equations 3.2D and 3.2H, the combined creep strain from both primary and secondary stress
based on temperature is calculated. As described in paragraph 2.8, the maximum allowable creep
strain (€¢,q110w.) is 0.01% per 1,000h (i.e. 10 per 1,000h). Therefore, over the first 1,000 hours the
combination of the constant primary stress and the time-dependent diminishing secondary stress has
to be such that the sum of the creep strains is:

Ecptécs < &callow. . (3.2K)
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3.3 Fatigue prediction

The fatigue damage prediction starts with identification of the cycle types and cycling events occurring
during service. Cycle types include continuous cycling and cycling with a hold-time in tension direction.
Common cycling events are cold start, warm start, hot start and load changes during service. Relevant
parameters include operating temperatures, pressures, supplemental loads, and expected numbers
of cycles. Five different types of cycles and/or cycle events can be inserted simultaneously into the
Toolbox and description fields are created in which a clear description of the cycle type or cycle event
can be given. The cycle types and cycling events are arranged in stress range size, starting with the
largest and ending with the smallest (i.e. max — min cycle counting method). The largest stress ranges
and/or amplitudes are expected during the largest temperature difference in time (e.g. during start-
up of the HRSG), which may be implemented in the Toolbox by applying the cycle type/cycling event
with the largest temperature difference first.

3.3.1 Stress amplitude determination

The stress amplitude is determined using finite element (FE) calculation software. The stress
amplitude is one of the input parameters used in the Toolbox that calculates the number of cycles to
failure for that stress amplitude based on the fatigue design curve belonging to the temperature of
evaluation.

3.3.2 Fatigue for temperatures below 425 °C

As described in paragraph 2.5.2 of this report, a standard fatigue design curve for Alloy 617 for
temperatures below 425 °C exists. This curve may be used directly. To obtain the number of cycles to
failure (Ny) from the stress amplitude applied (Ag), equation (2.5E) has been used:

= oees ))2 (3.3A)

Ny = (4(AU—B B

This equation cannot be used directly due to the asymptotic behaviour of this equation with stresses
around the endurance limit (By). This behaviour has been diverted by using multiple equations, which
is equation (3.3A) for the low-cycle fatigue part, best-fit plots for the part around the endurance limit,
and a linear relation for the high-cycle fatigue part (i.e. no plastic deformations, only slight cyclic
hardening). These equations have been incorporated into the Toolbox and the Toolbox selects the
correct equation based on the stress amplitude.

3.3.3 Fatigue for temperatures above 538 °C

Fatigue curves are constructed for three temperature ranges, i.e. 538-704 °C, 704-871 °C and 871-982
°C, which are described by the equations in paragraph 2.5.3. The Toolbox considers the conservative
factors enforced upon by the design code, as described in paragraph 2.8.2, and converts these fatigue
curves to fatigue design curves. The Toolbox calculates the number of cycles to failure of the fatigue
design curve directly (Nf asmE)-
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3.3.4 Fatigue damage
The Toolbox determines the number of cycles to failure for the k™ cycle conditions (Nf i) based on the
stress amplitude and the fatigue design curve at that temperature. This value is compared to the
number of cycles that is expected for the k™ cycle conditions (n;) and the ratio between these two
values is the fatigue damage parameter induced by those specific conditions (D x):

n

= M
Drse =5 . (3.38)

This can be done for five separate stress amplitudes and temperature combinations (besides ‘k’, also
‘I, ‘m’, ‘'n” and ‘p’) and their sum is the total damage parameter caused by fatigue. The value for the
total damage fatigue parameter (D 11q;) must be smaller than 1.0 to ensure that the material is able

to withstand the cycling conditions:

D totar < 1.0 . (3.3C)

3.4 Creep-fatigue determination

Creep-fatigue is the interaction between the two high-temperature damage mechanisms creep and
fatigue. It is hard to quantify the synergy effect of these damage mechanisms, though a correlation
between the separately determined creep damage parameter and fatigue damage parameter may be
used. The determination of the creep damage parameter is expressed in paragraph 3.2.1, equation
(3.2C) and the fatigue damage parameter is calculated by equations (3.3B) and (3.3C) in paragraph
3.3.4.

3.4.1 ASME requirement fulfilment

The ASME design code has provided the creep-fatigue diagram (see figure 2.35 in paragraph 2.8.3) in
which the creep damage parameter (D.) and the fatigue damage parameter (Dy) are the coordinates
for the damage accumulation point. The ASME design code requires that the coordinates of this point
are underneath the two linear lines that are plotted through the coordinates (0.1,0.1) and (0,1) and
through the coordinates (0.1,0.1) and (1,0). These lines can be described and since the graph has the
fatigue damage parameter along the horizontal axis it is convenient to express the maximum allowed
creep damage parameter (D, 4,) as a function of the fatigue damage parameter. The line trough
(0.1,0.1) and (0,1) is written as:

Demax = —9Df + 1 , (3.4A)

which is used for D¢ <0.1. The line through (0.1,0.1) and (1,0) is used for Dy > 0.1 and can be expressed:
—_br 1

D¢max = 5 5 (3.4B)

The ASME requirement is fulfilled in case D, is smaller than or equal to D yqx:

D < D¢ max (3.4C)

Equations 3.4A and 3.4B can also be written with the creep damage parameter and fatigue damage
parameter interchanged, though then Dy ;,,4, is calculated from D.
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3.5 Toolbox output

The input parameters primary and secondary stress, temperature, exposure time and number of
cycles are entered in the orange coloured fields on the first worksheet of the Toolbox. The Toolbox
calculates the material properties based on these input values using the equations and plots gathered
in worksheets beyond the first worksheet. The calculated material property values are returned to the
first worksheet in the light-green coloured fields. In the blue coloured fields, the Toolbox gives the
maximum allowable values as calculated based on the regulations and limits set by the design code.
The maximum allowable values are compared with the input values and with the calculated results.
Based on these comparisons, the Toolbox gives the result “TRUE” in a dark-green field, which indicates
that the input value or calculated result is lower than the maximum allowable value. In case the input
value or calculated result exceeds the maximum allowable value, the result is a “FALSE” in a red field.
With the result “TRUE” on all six comparisons, the material and design conditions are met and the
design should be acceptable for ASME certified use.

3.5.1 Comparison 1: primary stress versus the maximum allowable stress

The maximum allowable stress depends on the dominant damage mechanism at that temperature.
This is determined and calculated by the Toolbox and the result is compared with the primary stress
input parameter value. In case the input value is lower than the maximum allowable stress value, the
Toolbox returns the result “True” and the next comparison can be investigated. When the input value
exceeds the maximum allowable stress value, the Toolbox gives the result “FALSE” and a primary
stress value lower than the maximum allowable stress has to be entered. Since the primary stress is a
result from FE calculations, the design or service parameters must be adjusted to lower the primary
stress. Examples of adjustments are changing the wall thickness, different geometry, reduction of
internal pressure and lowering the service temperature.

3.5.2 Comparison 2: maximum allowable thermal stress to avoid ratchetting

The avoidance of ratchetting determines the maximum value for the thermal stress. The thermal
stress limit is calculated by the Toolbox via equations 3.1D and 3.1E and the calculated value is
compared with the input value for the thermal stress. Just as described at comparison 1 in the previous
sub-paragraph, a “TRUE” means that the input value is allowed to be used and a “FALSE” requires a
lower input value for the thermal stress. This may be achieved by lowering the primary stress (see
comparison 1), or by reducing the degree of constraint, improving heat distribution or slower heating.

3.5.3 Comparison 3: time to rupture is longer than the exposure time

Based on the input parameters stress and temperature, the time to rupture is calculated and displayed
on the first worksheet. In case the input parameter exposure time is smaller than the time to rupture,
the Toolbox provides a “True”. With a “False”, an input parameter must be lowered. On the first
worksheet, also the allowable creep rupture strength is provided for the entered time — temperature
combination, which gives an indication for the stress value required to withstand creep rupture.

The creep damage parameter is also determined. This is done by dividing the value of the exposure
time by the value of the time to rupture. The creep damage parameter is determined for five creep
events (i.e. combination of temperature, stress and time) simultaneously and the sum of these
damage parameters is considered in comparison 6 for the creep-fatigue interaction.
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3.5.4 Comparison 4: exceeding of the maximum allowable creep strain

The creep strain caused by primary stress (thus constant over time) and secondary stress (which
relaxes over time) are calculated based on these stresses, the exposure time and the temperature.
The total creep strain developed during the first 1,000 hours is compared with the maximum allowable
creep strain per 1,000 hours. The result “TRUE” grants passage to the next comparison, the result
“FALSE” requires a lower input value for one of the input parameters. In comparison 1 and 2 it is
described how to reduce the respective primary and secondary stress. Lowering the temperature is
also a possibility to limit the creep strain.

The values for the creep strain developed during the exposure time and the ratio between the creep
strain caused by primary stress to that caused by secondary stress, are returned to the first worksheet
for reference.

3.5.5 Comparison 5: maximum allowable fatigue damage accumulation

The fatigue damage is calculated on a separate worksheet, because the fatigue cycles have to be
described carefully. Five separate cycle situations can be described and quantified simultaneously.
Data are gathered from the service process (e.g. number of cycles, pressure fluctuations/differences
and temperature ranges) and stresses amplitudes are calculated by the FE software program. For each
of the five cycle situations, the input value for the number of cycles is compared with the fatigue
design curve related to that cycle situation. The fatigue damage parameter for each cycle situation is
calculated by dividing the number of cycles input value by the number of cycles to failure as
determined from the fatigue design curve. Then the fatigue damage parameters of each cycle situation
are summed to obtain the total fatigue damage parameter which has to be lower than 1.0 and is used
in the next comparison. The first worksheet illustrates this with a “TRUE” result. In case the total
fatigue damage parameter is higher than 1.0, the result is “FALSE” and the input values have to be
adjusted. Options to reduce the fatigue damage are lowering the stress amplitude by design or
diminishing the number of cycles occurring during service.

3.5.6 Comparison 6: fulfilment of ASME requirement for creep-fatigue

The total damage accumulation parameters as determined for creep in comparison 3 and for fatigue
in comparison 5 are used by the Toolbox as coordinates to create the damage accumulation point in
the ASME creep-fatigue diagram as illustrated in figure 2.35 in paragraph 2.8.3. This point has to be
situated underneath the two linear lines as equated with equations (3.4A) and (3.4B). The result
“TRUE” is returned in case the damage accumulation point has coordinates underneath these two
linear lines. When “FALSE” is given, one or both total damage accumulation parameter(s) has/have to
be lowered. Lowering these parameters is similar to that for creep in paragraph 3.5.3 and for fatigue
in paragraph 3.5.5.
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3.6 Functionality of the Toolbox

The Toolbox is able to quantify damage accumulation due to creep and fatigue at high temperatures
and to indicate the onset of plastic deformation at lower temperatures. Also the comparison with the
limits/requirements as set by the design code is adequate and valid. The most interesting observations
about Alloy 617 and limitations of the Toolbox are summarised in this paragraph.

3.6.1 Observations about Alloy 617

Alloy 617 is an important candidate material for service at high temperatures up to ca. 900 °C. The
FCC microstructure makes that Alloy 617 has a good strain-hardenability and is therefore ductile with
elongation until failure percentages above 60 at room temperature and well over 40 at around 900 °C
[29]. Due to the good strain-hardenability, the ultimate tensile strength of Alloy 617 is at least a factor
2 higher than the vyield strength regardless the temperature. For that reason, the ultimate tensile
strength of Alloy 617 is not a controlling factor for the maximum allowable stress determination, since
the maximum allowable stress values based on the yield strength are lower in the entire temperature
range. The yielding damage mechanism is therefore the dominant damage mechanism in the lower
temperature range.

Nickel-based alloys, like Alloy 617, have a high melting temperature which in turn leads to a high
homologous temperature above which creep processes become significant. Also, the high activation
energy for diffusion in nickel-based alloys makes diffusional creep more difficult. The solute atoms
and precipitates in Alloy 617 are hindering the dislocation movement, making it even more creep
resistant. This good creep resistance is shown in the Toolbox by the high creep rupture strength values
and by the relatively low creep strain rates in the high temperature region.

The creep strain allowed to accumulate in a certain time-period is limited because else the material
would not have time to respond to the fast damage accumulation in case creep develops rapidly. For
example, wedges can develop at the grain boundaries, since the dislocation lines do not have time to
glide towards another slip plane upon encountering a dislocation obstacle. This damage mechanism
becomes dominant at temperatures over 800 °C.

3.6.2 Limitations of Toolbox
Some limitations have been observed when using the Toolbox.

Fatigue curves for Alloy 617 have not been determined for temperatures above 982 °C. Also, the
design code for main boiler components, the material standards code from the ASME, does not allow
Alloy 617 to be used beyond 899 °C. For that reason, 899 °C is the maximum temperature for which
this Toolbox may be used.

Another drawback is that fatigue data is not available for the temperature range 425 — 538 °C. This
makes the determination of fatigue damage in this temperature range not possible. It may be
considered to use a ‘worst-case’ scenario by applying the 538 °C fatigue design curve instead.
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4. ANSYS simulations

A material model has been constructed in ANSYS based on the material data as described in chapter
2 of this report. The most suitable material model for describing Alloy 617 in the temperature range
from room temperature up to 800 °C is a model that is able to deal with damage mechanisms like
plasticity, creep and fatigue in a quantitative manner. Alloy 617 is a nickel-based alloy that is both
precipitate- and solution-hardened requiring hardening effects to be taken into account. For the true
stress — true strain relation the Materials Properties Council (MPC) model is used, which distinguishes
between micro-region deformation and macro-region deformation and which is also suggested by the
ASME design code.

Also, a suitable test specimen set-up has been created in ANSYS which reflects the set-up as would be
used in an actual test. The results of the ANSYS simulations on the test specimen using the material
model are used to validate the results from the Toolbox calculations, which is done in chapter 5.

4.1 Test specimen for FE simulations

The standard round tensile test specimen for uniaxial testing from the ASTM A370/ASTM E8 [89,90]
has been chosen for the ANSYS simulations. All materials listed in the ASME Il code are tensile tested
per this method. Also, most data taken from the literature have been determined using this method.
Therefore, it is a suitable configuration for ANSYS simulations.

The area of interest in a standard round tensile specimen is shown in figure 4.1. The specimen has
been designed in this manner to ensure thinning, necking and failure to occur in the region indicated
by ‘G’, and hence is measured by the gauge (i.e. tool for measuring the elongation, which is often used
in a tensile test).

1
: ] f{\
1
—JE——-—-3—-—* B— - —
L 7\
G R
DIMENSIONS
Standard Specimen Small-Size Specimens Proportional to Standard
Nominal Diameter in. mm in. mm in. mm in. mm in. mm
0.500 12.5 0.350 8.75 0.250 6.25 0.160 4.00 0.113 2.50
G—Gauge length 2.00= 50.0 = 1.400= 35.0 = 1.000= 25.0 = 0.640= 16.0 = 0.450= 10.0 =
0.005 0.10 0.005 0.10 0.005 0.10 0.005 0.10 0.005 0.10
D—Diameter (Note 1) 0.500= 12.5= 0.350= 8.75 = 0.250= 6.25 = 0.160= 4.00 = 0.113= 250 =
0.010 0.25 0.007 0.18 0.005 0.12 0.003 0.08 0.002 0.05
R—Radius of fillet, min % 10 Ya 6 e 5 %2 4 Yaz 2
A—Length of reduced section, 2V 60 1% 45 1% 32 Ya 20 % 16

min (Note 2)

Figure 4.1: Standard 12.5 mm round tension test specimen with 50mm gauge length [89].

Tensile test machines often have differences in clamping systems. For that reason, five different set-
ups for specimen ends have been developed by the ASTM A370/ASTM E8 as is shown in figure 4.2.
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DIMENSIONS
Specimen 1 Specimen 2 Specimen 3 Specimen 4 Specimen 5
in. mm in. mm in. mm in. mm in. mm
G—Gauge length 2.000= 50.0 = 2.000+ 50.0 = 2.000= 50.0 = 2.000= 50.0 = 2.00+ 500 =
0.005 0.10 0.005 0.10 0.005 0.10 0.005 0.10 0.005 0.10
D—Diameter (Note 1) 0.500 = 12.5% 0.500 = 12.5= 0.500 = 12.5= 0.500 = 12.5= 0.500= 125 =
0.010 0.25 0.010 0.25 0.010 0.25 0.010 0.25 0.010 0.25
R—Radius of fillet, min R 10 B 10 e 2 38 10 % 10
A—Length of reduced 2% , min 60, min 2% , min 60, min 4, ap- 100, ap- 2%a , min 60, min 24 , min 60, min
section proxi- proxi-
mately mately
[—Overall length, approximate 5 125 5% 140 5% 140 A% 120 9% 240
B—Girip section 1% , ap- 35, ap- 1, ap- 25, ap- % , ap- 20, ap- %, ap- 13, ap- 3, min 75, min
(Note 2) proxi- proxi- proxi- proxi- proxi- proxi- proxi- proxi-
mately mately mately mately mately mately mately mately
C—Diameter of end section Ya 20 Fa 20 a2 18 wm 22 Ya 20
E—Length of shoulder and - o %% 16 a 20 % 16
fillet section, approximate
F—Diameter of shoulder 2 cus % 16 seem Fre R 16 1952 15

Figure 4.2: Types of ends for standard round tension test specimens [89].

From these set-ups, number 3 is selected since this is one of the most frequently used set-ups and it
requires less drawing efforts and calculations by ANSYS. This set-up is created in ANSYS and to show

the stress distribution throughout the specimen, a % of the specimen has been simulated as shown in
figure 4.3.

0.00 25.00 50.00 (mm)
LI
12.50 37.50

Figure 4.3: View of the test specimen used in the ANSYS simulations.
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When a uniaxial nominal stress is applied (i.e. the ends of the specimen move apart), the location of
the maximum and minimum stresses in the specimen are indicated and the stress distribution is shown
by a colour legend. Examples are shown in figure 4.4 and 4.5 for an applied stress of 141.76 MPa (i.e.
0.9x the yield strength at 800 °C, arbitrary chosen).

J: Primary Stress
Equivalent Stress
Type: Equivalent {von-Mises) Stress
Unit: MPa

Time: 17
13-6-2016 10:57

141.76 Max
[ 131.37
12098
110.59
100.2
| 89811
- 79422

. 69.032
I 58643
48.254 Min

0.00 25.00 50.00 (mm)
[ I I

12.50 37.50

Figure 4.4: Stress distribution in the test specimen after application of a uniaxial nominal stress.

J: Primary Stress

Equivalent Stress

Type: Equivalent {(von-Mises) Stress
Unit: MPa

Time: 17

13-6-2016 10:57

141.76 Max
|
2 12008
11059
1002
89.811
| 79422

, 69.032
I 58643
48.254 Min

10.000 (mm)

2.500 7.500

Figure 4.5: Detail of figure 4.4, seen from cross-sectional side.
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The speed of testing shall be such that accurate load and strain readings are possible [89,90]. There
are several methods to express the testing speed, though since an actual tensile test machine is not
used, only the stress rate or strain rate can be used. It is chosen to use the cross-head displacement
method, which means that the heads of the specimen move apart with a fixed strain rate. Up to % the
specified yield strength, the strain rate can be chosen at convenience [89,90]. Since it is a simulation,
this strain rate is taken the same as above % the specified yield strength. Above % the specified yield
strength, the strain rate shall not exceed 1.6 mm (1/16 inch) per minute per 25 mm (1 inch) of reduced
section [89]. When choosing the specified minimum length for the reduced section, i.e. 60 mm (2%
inch), which is dimension ‘A’ in figures 4.1 and 4.2, the maximum strain rate is determined at 3.6 mm
(9/64 inch) per minute. The minimum strain rate for testing is set at 0.1x the maximum strain rate, i.e.
0.36 mm (9/640 inch) per minute [89]. The actual strain rate for testing is selected between these
minimum and maximum values.

For the selection of the strain rate for the cross-head displacement testing it is chosen to use the
maximum strain rate (i.e. 3.6 mm per minute over 60 mm reduced section). This results in a test strain
rate (€ses¢) OF:

¢ __36mmmin~! 1min
test = 6.10lmm 60s

=1-10"3s71 . (4.1A)

This value is also the test strain rate that is often observed in the literature for the performed tests.

4.2 Additional physical material properties required for FE calculations
ANSYS requires additional material properties equated as a function of the temperature to perform
calculations and run simulations. First, the coefficient of thermal expansion is determined, which
influences the thermal stress. The coefficient of thermal expansion («) is [29,88]:

a=-9.46-10"°T? + 1.13-107%T + 1.06 - 10? for T<600°C, (4.2A)
a=-1.00-10"5T? 4+ 2.10-1072T + 5.00 - 10° for T>600°C, (4.2B)
in which T is the temperature in degrees Celsius and a has the unit [um'm™°C?].

Second, the Poission’s ratio (v) is required for ANSYS, since it is used to determine the amount of
elastic contraction in the direction(s) perpendicular to the direction that is being elastically and
uniaxially elongated or vice versa. For Alloy 617 the Poisson’s ratio is 0.31 in the entire temperature
range [29,88].

The third required material property is the thermal conductivity since this determines the thermal
gradient over any wall thickness and therewith the resistance to the heat being transferred from the
outer surface of the pressurised component to the inner surface or vice versa. This thermal gradient
causes (additional) stresses in the material that ANSYS has to account for. The thermal conductivity
(kc) is given in [W-m™°C?] and is equated as function of temperature T in degrees Celsius [29,88]:

k. =1.55-107?T + 1.31- 10? . (4.2C)
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The density (p) of Alloy 617 is 8360 kg'm™ [29,88], which is the fourth additional required property.
The fifth and last required material property is the specific heat (C,) in [J’kg™K™] or [J®kg°C™] [88]:
C,=256-1071T + 4.13 - 10? , (4.2D)

with temperature T in degrees Celsius.

4.3 Materials Properties Council Model

The Materials Properties Council (MPC) model is used in calculations for constructing stress-strain
curves including case strain hardening characteristics. The main equation is [87]:

es=2tritr, (4.3A)

in which & is the true strain, o; is the true stress, E is the Young’s modulus at the temperature of
interest, y; and y, are the true strains in the respective micro-strain region (i.e. plastic strain at
interatomic level) and macro-strain region (i.e. plastic straining on macroscopic scale which can be
determined with a measuring tool) of the stress-strain curve.

The parameters a;, y; and y, are equations by themselves. The expression for g; is:
0r = (1 + €45) 05 , (4.3B)
in which g, and g, are the engineering strain and engineering stress respectively [87].

The strain in the micro-strain region (y;) is equated to [87]:

y1 =2 (1.0 — tanh[H]) , (4.3C)

with &; being the true plastic strain in the micro-strain region of the stress-strain curve:
1

g = (;’—z)m—l , (4.3D)

and H is the Prager-Drucker factor, which is used to establish plastic yielding:

_ 2[or—(oy+K{outs—0y})]
H= K(outs—ay)

(4.3E)

In equation (4.3D), A; is the curve-fitting constant of the stress-strain curve (micro-strain):

oy(1+ey)
= , 4.3F
L7 (in[14e, )™ (4.3F)
and my is the curve-fitting exponent for the stress-strain curve equal to the true strain at the

proportional limit and the strain hardening coefficient in the large strain region:

_ In[R]+(gp—¢y)

1= In|1+e
ln[ P ]
In|1+ey

(4.3G)
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In equations (4.3F) and (4.3G), oy, is the engineering yield strength at the temperature of the
assessment, &, is the 0.2% engineering offset strain (so value is 2.0103), R, is the ratio gy to
engineering tensile stress (o,:) at assessment temperature:

R, =2 ) (4.3H)

Outs

and g, is the engineering offset strain for the proportional limit, which has a value of 2.010® for
superalloys, like Alloy 617 [87].

Most of these parameters are also used for the Prager-Drucker factor (H) in equation (4.3E), though
this equation also includes model parameter K, which gives an indication for the strain-hardenability:

K = 1.5R,*5 — 0.5R,*5 — R, 35 . (4.31)
The strain in the macro-strain region (y,) is calculated by [87]:

y2 == (1.0 + tanh[H]) : (4.3))

with &, is the true plastic strain in the macro-strain region of the stress-strain curve:
2
£ = (ﬁ)’"z , (4.3K)
Az
and H is the Prager-Drucker factor as shown in equation (4.3E).

In equation (4.3K), A, is the curve-fitting constant of the stress-strain curve (macro-strain):

AZ — Outs e):rll)z[mz] , (4.3'—)

m,

and m, is the curve-fitting exponent for the stress-strain curve equal to the true strain at the true
ultimate tensile strength, which for superalloys, like Alloy 617 is:

m, = 1.90(0.93 — R,) . (4.3M)

Using these equations, the finite element (FE) program ANSYS is able to construct isothermal true
stress — true strain curves. These curves are used by ANSYS to calculate stress — strain situations.

4.3.1 Check 1: stress exceeding the maximum allowable yield strength

ANSYS calculates a stress that results from either an applied force, thermal expansion combined with
mechanical constraint or any other cause. This stress is maximised by the stress allowed by the design
code. For a nickel-based superalloy, like Alloy 617, the maximum based on the yield strength is
determined by either % of the yield strength at room temperature or 90% of the yield strength at
temperature (see paragraph 2.8). Therefore, the limit incorporated into ANSYS has the equation:

160 )

Tallow,y = Min (216(0.65123 +0.39097 exp(—5.7516 - 1073T)) [MPa]

(4.3N)

where d410w,y is the allowable stress based on the yield strength and T is the temperature in Celsius.
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In ANSYS, the option is created to compare the calculated stress resulting from the simulation with
the maximum allowable stress. The location of the maximum obtained calculated stress in the object
or test sample is indicated by a red dot in the illustration. The ratio between the calculated stress value
and the maximum allowable stress value is given by both a number (i.e. normalised value) and a colour
indication based on a legend. In this legend, blue is no or hardly any calculated stress and red means
that the calculated stress exceeds the maximum allowable stress based on the yield strength. In figure
4.6, an example is shown for the situation at 800 °C with an applied stress equal to the maximum
allowable stress based on the yield strength. Note that for this specific example at this temperature
the yield strength is not the limiting factor, but the maximum allowable stress based on creep is. Creep
is discussed in the next section of this chapter.

J: Primary Stress
Allowable Stress (based on Yield Stress) 2

Expression: SEQV/{min{216*(6.5123e-1+3.9097e-1%2.7182824(-5.7516e-3*BFE)),(SEQV-SEQV + 160)))
Time: 17
13-6-2016 10:56

1 Max
. 0.928

0.855

0.781

0.00 25.00 50.00 (mmy}
I 20 ..

12.50 37.50

Figure 4.6: Normalised stress check for maximum allowable stress based in yield strength at 800 °C for 141.51
MPa (i.e. the minimum yield strength at this temperature).

4.4 Creep mechanism incorporated into the material model

With plasticity covered by the MPC model, the creep mechanism is incorporated into the material
model. For Alloy 617, creep damage is determined by the creep rupture strength, which is the stress
required to cause failure when the material is exposed to a fixed temperature for a certain amount of
time. Additionally, the creep strain developing during any 1,000 hours is not allowed to surpass 0.01%.

4.4.1 Time to rupture

The creep damage equation contains the time to rupture (tz), which can be used to show the influence
of stress and temperature on the damage allowed to accumulate. The time to rupture can be
compared to the exposure time of a component to a certain stress and temperature. The time to
rupture is calculated by ANSYS by using equation (3.2B):

—6.0723-103

— 2 ) Tk
tg = (8-2081-1015220 hy . (4.4A)
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An example of an ANSYS calculation for the time to rupture is shown in figure 4.7. For a temperature
of 800 °C and an applied constant stress of 26.41 MPa. This stress has been chosen because it is the
required creep rupture strength value as calculated by the Toolbox for 30 years at 800 °C. The result
shown in this figure is approximately 30 years.

B: Unity Checks

Creep Rupture Lifetime [years]

Expression: (SEQV/8.2081e5)* (((BFE+273.15)/-6.0723e3)"-1)/1e20/24/365.25
Time: 1

16-1-2017 14:55

30.02 Max
30.02
30.02
30.02 Min

0.00 2500 50.00 (mm)
| L
1250 37.50

Figure 4.7: Time to rupture in years for 26.41 MPa at 800 °C.

4.4.2 Check 2: time to rupture exceeding the exposure time of the component

One of the input parameters for the model is the exposure time of the component. The stress and
temperature combined should create a time to rupture that is longer than that exposure time. An easy
and simple overview is created by showing the normalised value in ANSYS, which is done by dividing
the time to rupture as determined by ANSYS by the exposure time. In this comparison, the exposure
time is shown as a ratio of the calculated time to rupture. In case the normalised value is larger than
unity (i.e. “1”), the workpiece in the simulation colours red.

The example shown in figure 4.7 is used to perform the check of the normalised value for the time to
rupture and the result is shown in figure 4.8. As expected from the calculated value for the time to
rupture in figure 4.7, the normalised value exceeds unity (“1”) slightly, which is the ratio between 30
years (i.e. the input parameter exposure time) and 30.02 years (i.e. the calculated result for the time
to rupture from ANSYS). The validation of the Toolbox by the material model in ANSYS is described in
chapter 5 of this report.
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J: Primary Stress

Creep Rupture Lifetime [unity check]

Expression: 10 (((2.303*logl0(SEQV/6.5264¢5)/-3.7040e-4)/(BFE+273.15))-20)/24/365.25/30
Time: 1

23-6-2016 1341

I 1.0008 Max
1.0008 Min

0.00 25.00 50.00 {mm)
™

12.50 37.50
Figure 4.8: Check of normalised value of the exposure time and the time to rupture.
4.4.3 Creep strain

First, the creep strain rate is calculated using the Norton (i.e. power-law) creep equation (see also
equation 2.3D):

o= 5.3 e (52) , ass

with &, is the steady state creep strain rate, B, is a temperature-dependent constant, o is the applied
stress, u is the shear modulus at temperature, and n is a material exponent, Q.. is the activation energy
for creep, R is the gas constant, Tk is the absolute temperature (in K). The Norton’s creep equation in
ANSYS has a similar form and is expressed as:
. fo —C3
& =Cio"2exp|— , (4.4G)

Tk
in which C;, C, and C5 are the input parameters that ANSYS requires to perform the calculations. The

input parameters for ANSYS are equated as a function of the temperature by combining equations
(4.4F) and (4.4G):

C, = 5_’1 [s*MPa™] , (4.4H)
C,=n [dimensionless] , and (4.41)
C;=2="000 = 493114 (K] . (4.4))

ANSYS bases the calculations of C; and C, on degrees Celsius and those for C3 on Kelvin. This cannot
be altered in ANSYS. Besides the temperature, ANSYS needs the applied stress (o) as input parameter.
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B., u and n are determined by temperature-dependent equations as shown in paragraph 2.3, and for
that reason, these input parameters have to be entered in ANSYS as such. The value of material
exponent n is described by two equations, one for temperatures below 800 °C and one for above 800
°C. Since the model is developed for temperatures up to 800 °C, only equation (2.3F1) is used in the
material model for n and C,, which is repeated here:

C, =n=13707-10"*T2 — 2.3924-1071T + 1.1058 - 10 , (4.4K)
with T is the temperature in degrees Celsius.

The equations for C; and C, are only accurate in the time-dependent temperature range (i.e. creep
region). Above 530 °C, creep is becoming measurable, though creep is becoming significant above 640
°C (see chapter 2).

The Toolbox distinguishes between constant primary and relaxing secondary stresses since these
stresses influence the creep strain rate differently. Both situations occur often simultaneously. The FE
program ANSYS is not able to differentiate between primary and secondary stresses, but uses an
algorithm to calculate the creep strain rate. The output is the total creep strain, which is caused by
the combined primary and secondary stress.

For the validation of the Toolbox, appropriate boundary conditions have been set in ANSYS. First, in
figure 4.9, the creep strain is shown that has accumulated after 30 years at 801 °C, exposed to a
primary stress of 31.04 MPa (i.e. the maximum stress allowed) only. The maximum creep strain that
is allowed to accumulate according to the Toolbox is 0.01%/1,000h x 1h/3,600s x 946,080,000s =
0.02630%, which approaches the value as calculated by ANSYS as shown in figure 4.9. For the complete
validation, see chapter 5.

J: Primary Stress
Equivalent Creep Strain 4
Type: Equivalent Creep Strain
Unit: mm/mm
Time: 946080000
24-6-2016 12:16

0.0258997 Max

I 0.0258997 Min

K

0.00 30.00 60.00 (mm)
L EEEEaaa—— |

1500 45.00

Figure 4.9: Accumulated creep strain after 30 years at 801 °C and at a constant stress of 31.04 MPa.
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Also, the boundary condition of only a secondary stress has been evaluated for the validation of the
Toolbox. An example is shown in figure 4.10, where a constant strain of 5.087-:10* is applied (i.e. the
resulting strain after applying a stress of 80 MPa and then holding the sample in that position) followed
by a hold for 100,000 hours at a temperature of 800 °C. The value for the accumulated creep strain is
4.317-10%*according to the Toolbox, which is almost equal to the value of 4.31097-:10* as calculated
by ANSYS (see figure 4.10).

K: Secondary Stress
Equivalent Creep Strain 2
Type: Equivalent Creep Strain
Unit: mm/mm

Time: 360000003

24-6-2016 15:57

4.31097e-4 Max

I 4.31097e-4 Min

K

Figure 4.10: Accumulated creep strain after 100,000 hours at 800 °C at a constant strain of 5.087-10.

0.00 30.00 60.00 (mmy}
L —EEaa—— EE—

1500 45.00

4.4.4 Check 3: creep strain exceeding the maximum allowable creep strain

ANSYS calculates the total accumulated creep strain. This value is compared to the creep strain that is
allowed to accumulate during that time, which is done by multiplying the maximum allowable creep
strain of 107 per hour (i.e. maximum allowable creep strain of 0.01% per 1,000 hours as set by the
ASME design code) with the exposure time. In case the exposure time is longer than 1,000 hours, the
creep strain developed over the first 1,000 hours is determined, since that is the period in which
commonly most of the creep strain develops. The value of the creep strain is often a rather
unstraightforward value which does not provide an easy overview. For that reason, it is chosen to
obtain a normalised value, which is performed by ANSYS by dividing the calculated creep strain value
by the maximum allowable creep strain for that exposure time.

In figure 4.11, the normalised value check is shown of the location, stress, temperature and time as
described for figure 4.9. This overview shows that the calculated strain by ANSYS is approximately the
same as the maximum allowed value (i.e. deviation is about 0.03%), which is the purpose of this check.
The creep strain values as determined by ANSYS are the same values as the values calculated by the
Toolbox for both maximum allowable creep strain and actual creep strain accumulated. The validation
of the Toolbox is described in chapter 5.
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Figure 4.11: Check of the normalised value of the accumulated creep strain.

4.5 Fatigue mechanism incorporated into the material model

The next damage mechanism added to the material model is fatigue. Most convenient is to describe
fatigue at lower temperatures (i.e. lower than and equal to 425 °C) by the stress — life cycles method
and fatigue at higher temperatures (i.e. higher than and equal to 538 °C) by the strain — life cycles
method (see paragraph 2.5). For the temperature range between 425 °C and 538 °C, data has not been
generated and hence a fatigue design curve does not exist for this temperature range.

4.5.1 Fatigue at lower temperatures (below 425 °C)

The fatigue design curve determined for lower temperatures is constructed based on data that is
determined from fully reversed experiments (i.e. the R-ratio is -1), which means that the mean stress
is zero. The design curve constructed in ANSYS is therefore also meant for fully reversed load cycles.

In the Toolbox, 75 stress — cyclic life points have been determined, which have been exported to
ANSYS. The fatigue design curve constructed by ANSYS based on these points is identical to that
plotted by the Toolbox (see also the validation in the next chapter of this report). With this data, ANSYS
is able to determine the number of cycles to failure for any stress amplitude.
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4.5.2 Check 4: the number of cycles to failure (below 425 °(C)

ANSYS displays the number of number of cycles to failure for any entered stress amplitude. In figure
4.12, number of cycles to failure is shown for a stress amplitude of 245 MPa. The calculated value from
the Toolbox for the cycles to failure is 1.49:10°, which is identical to the value as calculated by ANSYS.

J: Primary Stress
Life 3

Type: Life

Time: 0
14-6-2016 13:00

I 1.49e5 Max
1.49e5 Min

K

0.00 25.00 50.00 (mmy}
I 20 .

12,50 37.50

Figure 4.12: Calculated number of cycles to failure for the stress amplitude of 245 MPa.

4.5.3 Fatigue at higher temperatures (above 538 °C)

For the evaluation of fatigue at temperatures above 538 °C, the strain — cycle life assessment method
is used. ANSYS requires six parameters to perform this assessment, i.e. the strength coefficient (a)i),
the strength exponent (by), the ductility coefficient (s}), the ductility exponent (¢), the cyclic strength

coefficient (K'), and the cyclic strain hardening exponent (n').

ANSYS requires all six parameters because the values for the cyclic strength coefficient and cyclic strain
hardening exponent can be taken directly from literature sources. For the input parameters in ANSYS,
the cyclic strength coefficient and cyclic strain hardening exponent are calculated using equations
(2.5J) and (2.5K) and entering the values of the other four fatigue parameters. Based on the values of
the fatigue parameters as determined in paragraph 2.5.3, table 4A has been constructed.

Table 4A: Values of the fatigue parameters in different temperature ranges.

T of by £ ¢t K' n'
[°C] [Pa] [-] [-] [-] [Pa] [-]
538-704 1.330E+09 -0.11 0.68 -0.76 1.406E+09 0.145
704-871 1.160E+09 -0.09 0.68 -0.76 1.214E+09 0.118
871-982 1.085E+09 -0.08 0.68 -0.76 1.130E+09 0.105
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ANSYS calculates the strain amplitude (g,) based on the stress amplitude (Ag,) and accounts for cyclic
hardening influences using this relation:

1

AL
ga =24 2 (2 . (4.5A)
In an integrated black-box, ANSYS constructs the fatigue curve for each temperature based on the six
input parameters. After entering the stress amplitude, ANSYS returns the number of cycles to failure
(Nf). The number of cycles to failure is half the number of load reversals (2Ny).

4.5.4 Check 5: the number of cycles to failure (above 538 °C)

ANSYS calculates only the number of cycles to failure based on the six strain-life parameters. The
Toolbox gives more information, because it also incorporates the restrictions inserted by the ASME
design code: dividing the number of cycles to failure by factor 20 and determining the number of
cycles to failure for twice the stress amplitude (via equation (4.5A)). Therefore, the Toolbox uses the
fatigue design curve (i.e. the curve including the conservative factors), while ANSYS uses the fatigue
curve (i.e. the curve without conservative factors). For the validation in chapter 5, the fatigue curves
are compared.
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5. Validation of the Toolbox

Calculations have been performed with the Toolbox using certain values for the input parameters
temperature, stress and time. The same calculations have been done using the material model in FE
software program ANSYS. The results have been compared and based on these comparisons, the
validation of the Toolbox is obtained.

5.1 True stress - true strain curves

The maximum number of isothermal true stress — true strain curves that can be constructed in ANSYS
is 20. For temperatures in between these specific temperatures, ANSYS calculates the values for the
true stress and true strain by linear interpolation. Due to the lack of number of discretisation steps,
especially for the true plastic strain, a deviation may occur between the values calculated by ANSYS
based on linear interpolation and the values calculated in the Toolbox, that determines these values
in a continuous manner. The magnitude of this deviation has been determined for several
intermediate temperatures and it has been observed that the deviations between the ANSYS
interpolated values and the values calculated via the MPC model in the Toolbox are within 0.2%. For
engineering purposes, this deviation is acceptably small and therefore, both methods (i.e. ANSYS with
linear interpolation and Toolbox on a continuous manner) are suitable for determining true stress —
true strain relations. Some of the plots are shown in the following figures as an example. The graphs
for 20 °C and 600 °C are direct comparisons between the ANSYS values and the Toolbox values. The
graph for 775 °C is a comparison between the interpolated results as determined by ANSYS and the
direct calculated results from the Toolbox.
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w S

8 8
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Figure 5.1: True stress — true strain curves at 20 °C as calculated by ANSYS (blue diamonds) and as plotted by the
MPC model (red line) constructed in the Toolbox.
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Figure 5.2: True stress — true strain curves at 600 °C as calculated by ANSYS (blue diamonds) and as plotted by
the MPC model (red line) constructed in the Toolbox.
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Figure 5.3: True stress — true strain curves at 775 °C as interpolated by ANSYS (blue diamonds) and as plotted by
the MPC model (red line) constructed in the Toolbox.



5.2 Maximum allowable stress based on the yield strength

The maximum allowable stress based on the yield strength, which is dominant for temperatures lower
than 640 °C, is evaluated in the Toolbox and in ANSYS. Since the equation inserted in both programs
is identical, the results for the stress value are as well.

5.3 Time to rupture

Creep damage accumulates at a certain temperature and stress until failure occurs after a certain
period, i.e. the time to rupture. The time to rupture calculations have been performed in ANSYS and
in the Toolbox and the results have been compared and shown in Table 5A. This is done by calculating
the creep rupture strength in the Toolbox in the temperature range of 600 °C— 800 °C for temperature
increment steps of 25 °C (i.e. nine different temperatures) and for three different exposure times,
namely 2, 10 and 30 years. This resulted in 27 creep rupture strength values for evaluation in ANSYS.
Using the default load step increment configuration in ANSYS (i.e. the specimen is divided in 4
segments, twice 0.2 of the total length and twice 0.3 of the total length), the expected time to rupture
values are determined using the creep rupture strength values as calculated in the Toolbox and the
temperatures at which these strength values have been determined. From the 27 comparisons
between chosen time to rupture in the Toolbox and the calculated time to rupture by ANSYS, 26
comparisons resulted in a deviation of 0.25% or less and one was 1.1% (i.e. for 10 years at 775 °C). For
engineering purposes and considering the complexity of the equations, it is preferred that the
deviation in time to rupture is maximum 0.25%. The cause that one value deviates more than 0.25%
is due to the iterative process of non-linear ANSYS calculations. This issue has been solved by carefully
choosing a smaller load increment sub-step to obtain a smaller error. By selecting 20 sub-steps of 0.05
each, all deviations are found to be equal to or lower than 0.25%, which proves that the Toolbox and
ANSYS are consistent regarding the creep rupture mechanism. The result of the comparisons and
deviations are shown in table 5A.

Table 5A: Calculated time to rupture by ANSYS based on the stress values as determined in the Toolbox after
time to rupture of 2, 10 and 30 years, and the deviation between the rupture times as set in the Toolbox and
as calculated by ANSYS. Except for one value (i.e. for 10 years at 775 °C), these values are determined with
the rougher load increment sub-steps.

Stress to rupture [MPa] as Time to rupture [years] as Deviation of calculated life time by
determined in the Toolbox after calculated by ANSYS based on  |ANSYS compared to the desired life
life time stress to rupture values time Toolbox
Temperature Desired life time [years] Desired life time [years] Deviation [%]
[°cl 2 10 30 2 10 30 2 10 30
600 257.09 205.08 175.76 2.001 10.009 30.013 0.04 0.09 0.04
625 205.39 162.78 138.90 2.002 10.009 30.017 0.08 0.09 0.06
650 164.09 129.21 109.76 2.002 10.011 30.040 0.10 0.11 0.13
675 131.10 102.56 86.74 2.002 10.015 30.046 0.10 0.15 0.15
700 104.73 81.41 68.55 2.003 10.017 30.047 0.17 0.17 0.16
725 83.67 64.62 54.17 2.004 10.019 30.063 0.20 0.19 0.21
750 66.85 51.29 42.81 2.004 10.025 30.064 0.18 0.25 0.21
775 53.41 40.72 33.83 2.004 10.015 30.076 0.18 0.15 0.25
800 42.67 32.32 26.74 2.004 10.021 30.047 0.20 0.21 0.16
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5.4 Creep strain

Since ANSYS does not differentiate between primary and secondary stresses, certain boundary
conditions have been created in ANSYS to investigate the creep strain rate development and adherent
the creep strain itself. First, the creep strain rate for the primary stress is determined, which remains
constant over time. Therefore, the accumulated creep strain is a multiplication of the constant creep
strain rate by the exposure time. This is done in the Toolbox and in ANSYS for seven temperatures (i.e.
650 — 800 °C, with intervals of 25 °C) and for each temperature for three different stresses (i.e. ¥x, %x
and 1x the maximum allowable stress at that temperature according to the ASME code) with an
exposure time of 100,000 hours. The results are shown in Table 5B.

As can be seen in Table 5B, the deviation between the Toolbox and ANSYS is maximum 2.0%.
Considering the number of temperature-dependent equations out of which the creep strain rate
equation exists, each containing its own uncertainty. Also, the creep strain is not the limiting creep
criterion up to 800 °C, as the maximum allowable stress is based on creep rupture strength and hence
the 1.0% creep strain in 100,000 hours (i.e. 0.01% per 1,000 hours) shall never be reached. The strain
rate at temperatures up to at least 750 °C s insignificant, so a deviation of 2.0% is irrelevant. For these
reasons, the deviations found are acceptable for the creep strain determination based on a constant
primary stress.

Table 5B: Comparison of the accumulated creep strain after 100,000 hours at several temperatures and
several constant (i.e. primary) stresses as calculated by the Toolbox and by ANSYS.

Toolbox ANSYS Deviation
Temp. | part X cajiow. c Total creep strain|Total creep strain
[°C] [MPa] [] [] []
650 1/3x 123.90| 41.30 9.179E-21 9.317E-21 1.5
650 2/3x 123.90| 82.60 7.447E-17 7.580E-17 1.8
650 1x 123.90 | 123.90 1.441E-14 1.469E-14 1.9
675 1/3x 100.98 | 33.66 3.449E-17 3.502E-17 1.5
675 2/3x 100.98 | 67.32 1.031E-13 1.050E-13 1.9
675 1x 100.98 | 100.98 1.112E-11 1.135E-11 2.0
700 1/3x 81.07 | 27.02 4.774E-14 4.827E-14 1.1
700 2/3x 81.07 | 54.05 5.921E-11 6.013E-11 1.6
700 1x 81.07 81.07 3.819E-09 3.882E-09 1.6
725 1/3x 64.15 | 21.38 2.346E-11 2.355E-11 0.4
725 2/3x 64.15 | 42.77 1.359E-08 1.369E-08 0.7
725 1x 64.15 64.15 5.618E-07 5.656E-07 0.7
750 1/3x 50.23 16.74 3.969E-09 3.941E-09 -0.7
750 2/3x 50.23 | 33.49 1.210E-06 1.203E-06 -0.6
750 1x 50.23 50.23 3.434E-05 3.408E-05 -0.7
775 1/3x 39.31 13.10 2.285E-07 2.301E-07 0.7
775 2/3x 39.31 26.21 4.126E-05 4.176E-05 1.2
775 1x 39.31 39.31 8.623E-04 8.731E-04 1.3
800 1/3x 31.35 10.45 4.565E-06 4.541E-06 -0.5
800 2/3x 31.35 | 20.90 5.500E-04 5.461E-04 -0.7
800 1x 31.35 31.35 9.071E-03 8.996E-03 -0.8
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Secondly, the creep strain development for secondary stresses is determined by applying an initial
strain and creep causing the stress to diminish (i.e. relax) over time, which in turn decreases the creep
strain rate. The accumulated creep strain after a certain amount of time can be determined by an
integration of the strain rate equation (i.e. analytical method), see equation (5.4A), or by calculation
of the stress and adherent creep strain in small time-steps (i.e. numerical method), see equation
(5.4B).

A (<1 ) (2, (5) - exp (5) t))ﬁ, (5.4 and
€cs = B.-exp (%) >N (%t))n At|s , (5.4B)

in which & ¢ the accumulated creep strain after a certain time (t), & is the initial strain, n is the
material exponent for creep, B, is a temperature-dependent constant, E is the elastic modulus, u is
the shear modulus, Q. is the activation energy for creep, R is the gas constant, Tk is the temperature
in Kelvin, a(t) is the stress at the end of the previous time-step, At is the size of the time-step, and t;
is the time at the end of the time-step and t is the time elapsed.

ANSYS and the ASME design code use numeric methods to calculate the diminishing rate of creep
strain accumulation. For that reason, the Toolbox has been constructed using the numeric method as
well, although the analytic method may be more accurate, since it determines the development of the
creep strain accumulation in a continuous manner. For that reason, the accumulated creep strain
results from the analytic method, as constructed and calculated in Microsoft Excel, have been
evaluated and compared with the results coming from the numeric method performed in the Toolbox
(with 480 time-steps, each time-step 1.05x larger than the previous time-step) and those originating
from ANSYS (with 1,000 equally sized time-steps). This is done for three different temperatures using
two different stresses for each temperature for a period of 100,000 hours (i.e. 3.60-108 seconds). Also,
the deviations between the results from the Toolbox and those from ANSYS have been compared. The
results are shown in Table 5C.

Table 5C: Comparison of the accumulated creep strain due to relaxation (i.e. constant initial strain, decreasing
stress) after 100,000 hours at several temperatures determined in an analytic manner, a numeric manner in
the Toolbox and a numeric manner in ANSYS.

Toolbox (480 steps) ANSYS (1,000 steps) [Deviation
Temp. Time Stress €cs €cs Deviation €cs Deviation [[Toolbox
analytic numeric | vs.analyt. | numeric | vs. analyt. [Jvs. ANSYS
[°C] [s] [MPa] [-] [-] [%] [-] [%] [%]
700 3.60E+08 120 2.1474€-07( 2.1475E-07 0.00 2.1841E-07 1.71 -1.68
700 3.60E+08 240 1.4757E-04 | 1.4858E-04 0.68 1.4922E-04 1.12 -0.43
750 3.60E+08 75 1.4666E-04 | 1.4759E-04 0.64 1.4632E-04 -0.23 0.87
750 3.60E+08 150 6.0833E-04 (| 6.0956E-04 0.20 6.0779E-04 -0.09 0.29
800 3.60E+08 40 1.7698E-04 | 1.7736E-04 0.21 1.7681E-04 -0.10 0.31
800 3.60E+08 80 4.3130E-04 ][ 4.3168E-04 0.09 4.3118E-04 -0.03 0.12
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The results in Table 5C show that the deviation between the accumulated creep strains as determined
by the Toolbox is maximum 0.7% in comparison to the strains as found using the more accurate
analytic method. This is an acceptable margin considering the number of variables (i.e. temperature-
dependent equations) used to describe the creep strain rate equation.

The accumulated creep strain values as calculated by ANSYS are similar to those determined using the
analytic method, although deviations become larger when the temperature decreases or when the
stress diminishes. The main reason for the larger deviations using ANSYS is because ANSYS is using
large equally sized time-steps. This results in a large error in the beginning of the relaxation process
(i.e. where relaxation is the largest and needs to be determined accurately), because the first time-
step is already 3.60-10° seconds (namely 3.60-10% seconds divided by 1,000 time-steps). In comparison,
the first time-step in the Toolbox is 2.43:10°% seconds. Still, values found by ANSYS deviate less than
2% compared to the values calculated using the analytic method, which makes the ANSYS results
sufficiently accurate.

Comparison of the creep strain values from the Toolbox and those from ANSYS show maximum 1.7%
deviation for the lowest used stress and lowest used temperature, although deviations of 0.3 — 0.4%
are more common. For that reason, it may be concluded that the Toolbox and ANSYS results reflect
each other well.

5.5 Fatigue for temperatures lower than 425 °C

The fatigue design curve as determined in the Toolbox has been compared with the design curve as
constructed by ANSYS. This is done by selecting seven stress values for which the number of cycles to
failure has been calculated by both the Toolbox and ANSYS. The deviations between the calculated
number of cycles to failure values are less than 0.05%, as can be seen in Table 5D. This is sufficiently
accurate for engineering purposes.

Table 5D: The number of cycles to failure as calculated by ANSYS compared to those from the Toolbox.

Stress No. of cycles to failure || Deviation
[MPa] [-] [%]

Toolbox ANSYS
165 2.074E+08 2.074E+08 0.001
245 1.485E+05 1.485E+05 0.000
325 3.815E+04 3.817E+04 0.049
405 1.711E+04 1.711E+04 0.014
485 9.668E+03 9.669E+03 0.008
565 6.204E+03  6.205E+03 0.007
645 4.317E+03 4.316E+03 -0.007
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5.6 Fatigue for temperatures higher than 538 °C

ANSYS constructs fatigue design curves based on the six strain — life parameters and gives the number
of cycles to failure for a given stress amplitude via a black-box calculation algorithm. The Toolbox
determines the number of cycles to failure through equations based on the total strain amplitude,
which in turn is calculated based on the stress amplitude. The number of cycles to failure originating
from the Toolbox and those given by ANSYS are compared for six different temperatures and for seven
different stress amplitudes at each temperature. The results are shown in Table 5E.

Table 5E: Comparison of the number of cycles calculated by the Toolbox and those given by ANSYS at several
temperatures and stresses.

T[°C] = 600 T[°C] = 705
E(T) [MPa] = 1.7334E+05 E(T) [MPa] = 1.6510E+05
Ac £€a N (Toolbox) | Ny (ANSYS)| Deviation Ac £a N; (Toolbox) | Nf (ANSYS)| Deviation
[MPa] [ [l [ [%] [MPa] [ [l [l [%]
20 1.1538E-04 | 1.86E+16 1.00E+15 - 20 1.2114E-04 | 1.96E+19 1.00E+15 -
50 2.8845E-04 | 4.49E+12 4.49E+12 0.01 50 3.0284E-04 | 7.43E+14 7.43E+14 0.00
100 5.7691E-04 | 8.24E+09 8.24E+09 0.02 100 6.0568E-04 | 3.36E+11 3.36E+11 0.00
150 8.6555E-04 | 2.06E+08 2.07E+08 0.21 150 9.0853E-04 | 3.71E+09 3.71E+09 0.03
200 1.1552E-03 | 1.52E+07 1.52E+07 0.10 200 1.2116E-03 | 1.52E+08 1.52E+08 0.23
250 1.4488E-03 | 2.03E+06 2.03E+06 -0.23 250 1.5158E-03 | 1.27E+07 1.28E+07 1.21
300 1.7423E-03 | 3.99E+05 4.01E+05 0.40 300 1.8245E-03 | 1.72E+06 1.72E+06 0.07
T[°C] = 650 T[°C] = 750
E(T) [MPa] = 1.6947E+05 E(T) [MPa] = 1.6144E+05
Ac €a N (Toolbox) [ Ny (ANSYS) [ Deviation Ao €a N (Toolbox) [ Ny (ANSYS)| Deviation
[MPa] [ [l [l [%] [MPa] [ [l [l [%]
20 1.1801E-04 | 1.86E+16 1.00E+15 - 20 1.2388E-04 | 1.96E+19 1.00E+15 -
50 2.9503E-04 | 4.49E+12 4.49E+12 0.01 50 3.0971E-04 | 7.43E+14 7.43E+14 0.00
100 5.9008E-04 | 8.24E+09 8.24E+09 0.02 100 6.1942E-04 | 3.36E+11 3.36E+11 0.00
150 8.8529E-04 | 2.06E+08 2.07E+08 0.19 150 9.2915E-04 | 3.71E+09 3.71E+09 0.03
200 1.1815E-03 | 1.52E+07 1.52E+07 0.13 200 1.2391E-03 | 1.52E+08 1.52E+08 0.22
250 1.4817E-03 | 2.03E+06 2.03E+06 -0.24 250 1.5501E-03 | 1.27E+07 1.28E+07 1.18
300 1.7933E-03 | 3.99E+05 4.00E+05 0.39 300 1.8657E-03 | 1.72E+06 1.72E+06 0.04
T[°C] = 700 T[°C] = 800
E(T) [MPa] = 1.6551E+05 E(T) [MPa] = 1.5728E+05
Ac £a N (Toolbox) | Nf (ANSYS)| Deviation Ac £a N (Toolbox) | Nf (ANSYS)| Deviation
[MPa] [ [ [ [%] [MPa] [ [ [l [%]
20 1.2084E-04 | 1.86E+16 1.00E+15 - 20 1.2716E-04 | 1.96E+19 1.00E+15 -
50 3.0210E-04 | 4.49E+12 4.49E+12 0.01 50 3.1791E-04 | 7.43E+14 7.43E+14 0.00
100 6.0422E-04 | 8.24E+09 8.24E+09 0.02 100 6.3582E-04 | 3.36E+11 3.36E+11 0.00
150 9.0650E-04 | 2.06E+08 2.07E+08 0.19 150 9.5376E-04 | 3.71E+09 3.71E+09 0.03
200 1.2098E-03 | 1.52E+07 1.52E+07 0.15 200 1.2719E-03 | 1.52E+08 1.52E+08 0.22
250 1.5171E-03 | 2.03E+06 2.03E+06 -0.22 250 1.5912E-03 | 1.27E+07 1.28E+07 1.15
300 1.8357E-03 | 3.98E+05 4.00E+05 0.39 300 1.9149E-03 | 1.72E+06 1.72E+06 0.00

ANSYS maximises the number of cycles to failure to 1:10%°. For that reason, the deviation in number
of cycles to failure for a stress amplitude (Ac) of 20 MPa could not be determined, since the value for
the number of cycles to failure as calculated by the Toolbox exceeds 1:10%° by a (few) order(s) of
magnitude.

On the left-hand side of Table 5E the numbers of cycles to failure (Nf) are shown for three
temperatures, which have been calculated by the Toolbox and by ANSYS with the strain — life
parameters for the temperature range 538 — 704 °C. The deviation between the results from the
Toolbox and those from ANSYS for these stress amplitudes is 0.4% or less. This deviation value is
considered acceptable for engineering purposes, especially considering the large number of cycles

involved and the complexity of the fatigue equation.
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The numbers of cycles to failure have been calculated by the Toolbox and by ANSYS with the strain —
life parameters for the temperature range 704 — 800 °C as well for three different temperatures and
the results are shown on the right-hand side of Table 5E. The maximum deviation observed between
the Toolbox values and those calculated by ANSYS is about 1.2%, which is acceptable for engineering
purposes.

The prediction of the number of cycles to failure can be performed sufficiently accurately for each
combination of stress/strain amplitude and temperature between 538 — 800 °C (i.e. the temperature
range of interest) using either the Toolbox or ANSYS.
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6. Discussions

Some well-considered choices and assumptions have been made in the processing of Alloy 617 data.
This is done to unify the data and obtain straight-forward equations, which made it possible to create
a Toolbox that functions with only a few input parameters.

6.1 Creep data from creep strain rate

Creep accumulation is partly determined by the creep strain rate, which in turn depends on a number
of parameters, like temperature, shear modulus and stress. The creep equations in chapter 2 have
been developed for the most ideal material structure, which is a grain size comparable to an ASTM
E112, size no. 5 or 6. This grain size is the optimal grain size, since a better creep resistance is often
obtained with a larger grain, while a better resistance against fatigue is commonly achieved by more
grain boundaries (i.e. a smaller grain). The influence of the grain size on the creep rate is illustrated in
figure 6.1 for pure nickel.
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Figure 6.1: Deformation mechanism maps for pure nickel with grain size of Imm (left) and 10 um (right) [15].

Considering the equation for the creep strain rate, equation 2.3D repeated as equation 6.1A, a
difference in creep strain rate (£.) due to a difference in grain size is obtained by adjusting material
parameter B,.

é. =B, (%)n exp (R_%C() (6.1A)
However, it has been observed that due to careful processing of the material, which involves cold/hot-
working and a specific heat treatment, the desired grain size is relatively easy obtainable and
reproducible [2-6,64,91]. Also, thermal processes during service may induce grain growth while grain
refinement has never been observed. This benefits the creep performance. Therefore, the grain size
effect on the creep strain rate is not considered any further.

Creep depends especially on material characteristics, such as grain size, number and distribution of
precipitates, carbides and solute atoms, and on temperature and stress. Influences of environmental
conditions, such as corrosion and oxidation, are insignificant and they are ignored for that reason.
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6.2 Fatigue data

The fatigue data available for Alloy 617 are abundant and the constructed fatigue curves display the
fatigue behaviour of Alloy 617 sufficiently accurately. The statistic deviations below the fatigue curves
plotted through the data are well within the conservative factors as set by the design code, i.e. the
fatigue design curve, which is constructed based on the lowest number of cycles to failure from either
by dividing the number of cycles to failure by factor 20 or by taking the number of cycles to failure at
the stress amplitude multiplied by factor 2.0 (see paragraphs 2.5.1 and 2.8.2). This is illustrated in
figure 6.2, where the data points of Yukawa [60] and INL [4] are combined and fatigue design curves
are plotted. The blue diamonds are data points in the temperature range 538 — 704 °C, the red ones
are the data points in the temperature range 704 — 871 °C, and the green diamonds reflect those
between 871 — 982 °C. The blue solid line is the fatigue design curve at 704 °C, i.e. worst case scenario
for the temperature range 538 — 704 °C. The red and green solid lines are the fatigue design curves at
871 °C and 982 °C respectively.
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Figure 6.2: Empirical data points and fatigue design curves at several temperatures [4, adjusted].

The fatigue design curves could only be constructed for temperatures lower than/equal to 425 °C and
higher than/equal to 538 °C. The temperature of 425 °C is set by the ASME design code for their
standard fatigue design curve for Alloy 617 and it is most likely chosen as maximum since above this
temperature the yield strength becomes significantly temperature-dependent. The fatigue data for
538 °C and higher (up to 982 °C) is available because creep mechanisms become more active in this
temperature range. Alloy 617 is considered to be a good material candidate under exposure of
combined creep and fatigue conditions and for that reason the fatigue tests have been performed at
these elevated temperatures. At temperatures lower than 538 °C, creep influences in Alloy 617 are
negligible and other materials are chosen from a cost perspective (i.e. Alloy 617 is too expensive to be
used at these lower temperatures where the beneficial characteristics of Alloy 617 are not required).
Since Alloy 617 is not considered in the temperature range 425 — 538 °C, fatigue testing has not been
performed, hence the lack of data in this temperature range. For the Toolbox, fatigue data in this
temperature range may be required because a HRSG system may be ‘cycling’ on standby in that
temperature range to accommodate a ‘hot start’ (i.e. the system has to go into service soon and quick
82



and is awaiting the start to go into actual service) or because a tube from a solar receiver may not
reach the desired temperature due to bad weather conditions. Also, in case the fatigue is caused by
temperature cycling, the ASME design code requires that the fatigue curve at the average temperature
is chosen for the determination of the number of cycles to failure, and this temperature can be
between 425 and 538 °C. It may be considered to treat the fatigue behaviour in this temperature range
by taking the worst-case scenario, which is using the fatigue design curve at 538 °C.

Since the maximum allowable stress is determined for the primary and thermal stress, the chance for
low-cycle fatigue failure or ratchetting is limited and especially high-cycle fatigue conditions are
considered caused by elastic cycling or elastic shakedown. Nevertheless, the boiler installation has to
be able to withstand an extreme situation at least once a year (the so-called level C loadings,
maximised at 25 times in total, as described in Appendix F, paragraph F2). This type of loadings may
cause strains that might be classified as strains causing low-cycle fatigue. Therefore, the low-cycle
fatigue is incorporated in the fatigue assessment and part of both material model in ANSYS and
Toolbox.

6.3 Creep-fatigue data

The ASME design code requires that the creep damage and the fatigue damage are determined
independently. The interaction between these damage mechanisms is acknowledged by the ASME
code though not quantified, because the effect of this interaction cannot be predicted with confidence
yet [64]. Therefore, a rather conservative diagram as shown in figure 2.35 is given by the ASME design
code. It is possible for a designer to deviate from this diagram (i.e. being less conservative), but this
deviation must be supported with valid arguments and calculations to obtain design approval. The
uncoupled visco-plastic model as suggested in paragraph 2.7.3.1 would be ideal for the replacement
of the ASME diagram. Unfortunately, this diagram cannot be used directly, since it was determined on
a single crystal nickel alloy. The absence of grain boundaries has a significant influence on the creep
and fatigue characteristics and their interaction. As described before, grain boundaries increase creep
due to more diffusion, and their incoherency raises the internal stress in the material which acts as
blockers for fatigue crack propagation. Still, a similar uncoupled visco-plastic model is desired for Alloy
617 with grains with ASTM E112 grain sizes of no. 5 or 6 (45.0 — 63.5 um).

Continuous fatigue tests are used to examine the damage accumulated by fatigue only and fatigue
tests with hold-times at the maximum strain are performed to investigate the additional creep effects
(i.e. the creep-fatigue interaction). At 950 °C, the cyclic life from the fatigue tests with hold-time seems
to be diminished by a factor 3 in comparison to that determined with the continuous cycling tests,
regardless the total strain magnitude or hold-time of the fixed strain [6,64,66,78,92]. Also, from the
continuous fatigue tests it is concluded that the plastic strain range due to fatigue alone is circa 0.2%
lower than the total strain range applied (e.g. the application of a total strain range of 0.6% results in
a plastic strain range of 0.4%). The fatigue tests with hold-time showed that the accumulated
plastic/creep strain range is approximately 0.1% lower than the total strain range applied (for
example, the plastic/creep strain range was 0.5% with a total strain range of 0.6%). These observations
regarding plastic strain range due to fatigue and combined plastic/creep strain range due to creep-
fatigue have been made at three different total strain ranges, namely 0.3%, 0.6% and 1.0%. It may be
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concluded that the introduction of a hold-time causes a creep strain range of circa 0.1%, which in turn
reduces the cyclic life-time with about a factor 3. This is regardless the duration of the hold-time as
can be observed in figure 6.3, left figure.
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Figure 6.3: Left figure: Influence of tensile hold-time on number of cycles to failure at 950 °C [92]; Right figure:
Rapid stress relaxation during the tensile hold, CF test at 0.3% total strain range [64].

Microscopic examination showed that crack initiation at the surface occurs faster due to oxidation of
the grain boundaries at the surface [92,93]. At the same time, cracks develop at the interior grain
boundaries, which results in a faster crack propagation due to the linking of these interior grain
boundary cracks [92,93]. Also, sub-grains form during cycling due to the tangling of dislocations into
walls followed by dislocation climb, reorganisation of dislocations and the formation of well-ordered
hexagonal dislocation networks that form the sub-grain-boundaries [93]. The creep-fatigue behaviour
is influenced by this combined microstructural evolution and crack propagation and variations in these
deformation modes for several strain ranges lead to different macroscopic observations. So is the
creep-fatigue deformation for the 0.3% total strain range of Alloy 617 at 950 °C characterised by many
interior boundary cracks and a slow propagation of grain boundary surface cracks [94]. This indicates
that the creep damage developed during the hold-time has a significant and most probably a dominant
influence. The sub-grain formation and the interior boundary cracks lead to cyclic softening on
macroscopic scale [92]. The combination of these microscopic processes and the rapid stress
relaxation during the hold-time, as shown in the right figure of figure 6.3, makes it feasible that creep
and plasticity dominate the time-dependent deformation response in Alloy 617 at 950 °C. Because of
the rapid stress relaxation, most damage develops during the first part of the hold-time at maximum
tensile strain. The relaxed stress is almost already obtained at the lowest hold-time evaluated, i.e. 180
seconds, as shown in the right figure of figure 6.3. Any additional damage accumulated during the
remainder of the hold-time, i.e. up to 600 seconds and 1800 seconds, is negligible in comparison to
the damage developed during the first 180 seconds resulting in no or hardly any additional cyclic life
reduction for hold-times longer than 180 seconds. This explains that the reduction of cyclic life is a
fixed factor for each strain range regardless the hold-time duration.
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The same tests have been performed at 850 °C [64]. For the lower total strain range (i.e. 0.3%), the
hold-time has a significant influence on the number of cycles to failure as can be observed in the left
figure of figure 6.4. Using a hold-time of 3 minutes, the cyclic life is already reduced with a factor of
about 5. A hold-time of 30 minutes diminishes the number of cycles to failure even further with
approximately factor 10. This effect is less pronounced at higher total strain ranges (i.e. 1.0%), though
the focus of this project is especially on the high-cycle fatigue (HCF) parts and therefore on the lower
total strain ranges.
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Figure 6.4: Left figure: Influence of tensile hold-time on number of cycles to failure at 850 °C [92]; Right figure:
Stress relaxation during the tensile hold, CF test at 0.3% total strain range at 850 °C [92].

At 850 °C, the cyclic life decreases with an increase in hold-time because the stress does not fully relax
during the strain-controlled hold-time as can be seen in the right figure of figure 6.4. Less stress
relaxation for short hold-times means that less creep strain develops during each cycle, and therefore,
a larger number of cycles to failure is obtained. This is supported by the microscopic observations,
where for continuous cycling (i.e. no hold-time) at a total strain range of 0.3%, transgranular cracks
are found that have initiated at the surface, going to a mixed crack configuration for a strain hold-time
of 3 minutes and to an intergranular cracking mode for hold-times of 10 minutes and more [92]. The
interior intergranular cracks are commonly the result of creep damage. Also, in the specimen with
longer hold-times, voids are observed along the interior grain boundaries [92], which are a clear
characteristic for creep and which are often crack initiation sites. Another microscopic observation is
that similar sub-grains exist just as observed in the 950 °C creep-fatigue specimen [92], though the
mobile dislocation density in the sub-grains at 850 °C is significant larger. This higher dislocation
density leads to more internal stress, which in turn causes more local plastic deformation and an
enlarged creep-void formation, which translate themselves macroscopically in a reduced cyclic life.

The factor of 10 as found for the lower total strain range and the longer hold-time justifies the
conservatism of the ASME code diagram for creep-fatigue interaction, since the diagram virtually
divides the number of fatigue cycles allowed by a factor 10 when creep mechanisms become active.
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Since abundant data concerning creep-fatigue interaction (i.e. the synergic effect of these damage
mechanisms combined) is not available, a proposal for a test method to investigate this interaction is
described in appendix G to this report.

6.4 Strain-rate sensitivity

Commonly, unique flow stress (i.e. the stress required to continue plastic straining of the material)
values are used in the design that are independent of the strain rate. These flow stress values are
often determined from conventional tensile tests which are typically performed with a strain rate of
10 s [95]. The strain-rate sensitivity (m,s) may be determined by strain-rate jump tests or from
stress relaxation data. The strain-rate jump test is carried out on a single specimen that is given a fixed
strain rate until a steady state flow stress is obtained. Then the strain rate is rapidly increased to the
next fixed value and maintained until steady state flow stress is obtained again, etc. The strain-rate
sensitivity determined from the relaxation data is performed as a conventional stress relaxation test
(i.e. applying a fixed strain on a specimen upon which the stress declines (relaxes)). The derivative of
the stress relaxation curve can be taken which reflects the rate of stress change as a function of time.
The first method is preferred, because determination of the strain-rate sensitivity from stress
relaxation data is found to be inappropriate for stresses above the yield strength [95].

Strain-rate jump tests have been performed for Alloy 617 in the temperature range of 700 — 950 °C
and the results are shown in the left figure of figure 6.5 using the strain rates as shown along the
horizontal axis of the right figure of figure 6.5 [95].
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Figure 6.5: Left: Strain-rate jump test results for Alloy 617 with strain rates as shown in figure 6.6 [95]. Right: log
gy, —log € plots, including equations for several temperatures [95].

As can be seen from the left figure of figure 6.5, the plots for 700 and 750 °C show serrated flow for
one fixed strain rate. Serrated flow is caused by dynamic strain aging, which is the subject of the next
paragraph in this chapter. The strain-rate sensitivity is related to the work hardenability [6,95], which
is observed from the tensile test results in figure 6.6. When work-hardening is present and one fixed
strain rate is used, the flow stress keeps on rising with the accumulation of strain. This is due to the
strengthening of the material by plastic deformation, i.e. the formation and restricted movement of
dislocations. With restricted movement of dislocations is meant that it is difficult for dislocations to
overcome obstacles, like precipitates, solute atoms and grain boundaries.
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Figure 6.6: Stress—strain curves as a function of temperature determined at a strain rate of 10# s [95].

For temperatures of 800 °C and above, the sensitivity for the strain rate is evident [5,6,95-98] as can
be seeninthe left figure of figure 6.5. For these temperatures, no obvious work-hardening is observed,
which leads to a steady-state (i.e. constant) stress after some time for a certain strain rate. The
absence of work-hardening is most probably caused by thermally activated processes that make it
easy for dislocations to overcome obstacles. Examples are faster cross-slip and climb of dislocations.
Work-hardening at 800 °C is only present at high strain rates (magnitude of 102 s?) [6], which was not
tested in the strain-rate jump tests. This is likely because the thermally activated processes are active,
but the dislocations do not have sufficient time to overcome the obstacles. When the flow stress (o)
depends on the strain rate, their relation may be expressed for a fixed temperature as [6,95,96]:

051 = Cops(€)Ts7s [MPa] , (6.4A)

where Cg,¢ is a material constant, € is the strain rate in s and mg,, is a dimensionless material-
dependent exponent known as the strain-rate sensitivity. Log g5, — log € plots are constructed from
the results of the strain-rate jump tests (see the right figure of figure 6.5). The slope of these plots is
the strain-rate sensitivity (mg,.¢) and the material constant Cj, is the flow stress in case the strain rate
would be 1 (=10°). Similar values for the strain-rate dependency have been observed in other literature
data [96].

The temperature range considered in this project is up to 800 °C. The applied strain rate can be
controlled and strain-rate sensitive behaviour can be avoided in the temperature range up to 800 °C.
Also, FE software program ANSYS is not able to incorporate strain rate influences into the stress
calculations. Adapting the input parameters for ANSYS would make the calculations complex and time
consuming. For these reasons, the strain-rate sensitivity is not considered any further at this moment.
In case Alloy 617 is used above 800 °C, the strain-rate sensitivity has to be incorporated into the
Toolbox. The Toolbox then requires the strain rate as an additional input parameter to determine the
flow stress.
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6.5 Dynamic strain aging

Dynamic Strain Aging (DSA), also known as the Portevin-LeChatelier effect, describes the interaction
between impurity atoms and the dislocation motion due to applied stress. It demonstrates itself as
serrated plastic flow due to locking and releasing of the dislocations by the solute atoms [93,99]. In
fatigue testing, DSA is shown as sudden load drops with an adherent shock wave sound. For Alloy 617,
DSA lasts during a maximum of 10 cycles for higher total strain ranges (i.e. = 1.0%), while for lower
total strain ranges, DSA can last for hundreds of cycles before the serrated flow disappears. Also, small
strain fatigue favours planar slip of dislocations, while large strain fatigue promotes wavy slip or non-
planar dislocation arrangements [100]. DSA normally prefers planar slip, thus affecting the LCF test
results performed at lower total strain ranges to a larger extent [3]. This effect may explain that the
data of the lower total strain range LCF tests show more scatter [93,99].

The effects of DSA are not incorporated in the stress development because DSA occurs in the plastic-
strain region [64]. The allowable stress is commonly below the yield strength, so DSA is not likely to
occur for the design conditions for primary stresses. Though, it is noteworthy that the solute atoms in
Alloy 617 can cause DSA in the material when a stress is applied.

6.6 Pressurised tubes versus conventional tests

Conventional test specimens are commonly taken from plate material and tested in a uniaxial
direction. Tests with tubes that are pressurised internally have been performed to examine the
influence of applying a bi-axial stress (i.e. an internal pressure produces an axial and a hoop stress
instead of solely a uniaxial stress) and the effect of the thickness of the wall. Idaho National Laboratory
(INL), Boise State University (BSU) and Argonne National Laboratory (ANL) have performed tests to
illustrate these influences [19] and the Larson-Miller Parameter data are plotted in figure 6.7.
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Figure 6.7: Larson-Miller plot for Alloy 617 uniaxial specimens and pressurised tubes [19].
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From figure 6.7 can be observed that the data for the pressurised tubes fall below the trend-line of
those of the conventional uniaxial tests. Hence, for a fixed temperature, a bi-axial stress in pressurised
tubes causes a time to rupture that is shorter than that for a similar uniaxial stress in conventional test
specimens.

A similar observation is done for the Monkman-Grant relation between the minimum creep rate and
the time to rupture (see figure 6.8). The pressurised tubes tested by INL were 2 mm thick, while those
tested by BSU were 1 mm thick. Since the time till rupture is important for the lifetime estimation in
engineering design, the minimum strain rate has to be determined/adjusted for pressurised tubes.
Roughly, to achieve a certain lifetime (i.e. time to rupture) the allowable minimum creep rate in
pressurised tubes should be about a factor 100 less than the minimum creep rate as determined from
conventional uniaxial test specimen.
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Figure 6.8: Monkman-Grant plot of time to rupture as a function of minimum creep rate for uniaxial specimens
and pressurised tubes [19].

Microscopic examination showed that cracks have developed parallel to the axial direction of the tube,
hence perpendicular to the hoop stress, which is the maximum stress as expected. Usually these cracks
are surface cracks with a 45° angle relative to the tube radius. Above a radial strain of approximately
5%, the cracks that have nucleated at the surface of the tube starts to open rapidly with an increase
in strain [19]. This occurs at a much faster rate than observed in conventional uniaxial test specimens.
The pressurised tubes have achieved final failure when they are not able to retain the pressure. This
occurs damage in front of one of the surface cracks are linking.

The shorter time to rupture for pressurised tubes is caused by the two-component normal stress (i.e.
bi-axial stress) which results in more damage than is observed for the uniaxial tests. These enhanced
stresses/loads are already considered by the FE software program. Also, the maximum allowable
stress based on the creep rupture data is 80% of the minimum creep rupture strength, as described in
paragraph 2.8, partly to account for geometrical and stress distribution influences. Therefore, the

difference between uniaxial test results and pressurised tube test results is not considered any further.
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6.7 Material long-term exposure

Another challenge, besides surface-oxidation resistance, is the complexity of the aging effects in Alloy
617, because observations and predictions are not consistent about which precipitates form at certain
temperatures. The aging effects depend on precipitation kinetics and coarsening processes.
Precipitates may form during initial exposure at high temperatures. On the other hand, a large part of
the y’-precipitates dissolves after long-time exposure at service temperature and Alloy 617 depends
on solid-solution strengthening only after long exposure time. Aging at 700 — 750 °C results in a tensile
and impact property reduction. These effects are less pronounced at higher temperatures [4].

6.8 Other Materials

Alloy 617 has been selected for the next generation HRSG pressure retaining components and for solar
boiler tubes, since this material shows the most promising performance at high temperatures in
service conditions that may cause creep-fatigue damage. In the design code considered (i.e. the ASME
code), the assessment for the application of Alloy 617 in boiler components has advanced quite far
already. Alloy 617 has been altered by some material manufacturers and other materials have been
developed, which could withstand the same service conditions just as well and perhaps even better
than Alloy 617. Unfortunately, insufficient data is available to incorporate these materials into the
design for pressurised components with confidence and these materials are not officially recognised
by the design code yet. Some of these materials are Alloy 617 mod., Alloy 617B, Alloy 740H and Alloy
230.
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7. Conclusions

Alloy 617 is a precipitate-strengthened and solute-strengthened nickel-based material, which is
proven to withstand yielding, creep and fatigue adequately at temperatures up to 800 °C during long-
term exposure while a good heat transfer over the component’s wall is maintained. Other advantages
are that abundant data are available for this material and that it is an approved material by the used
design code.

The material properties of Alloy 617 are equated into temperature-stress-time-dependent equations.
The material property equations for strength are based on the lower-bound plots of available data.
This results in the minimum yield strength, minimum tensile strength and minimum creep rupture
strength as a function of temperature. The damage mechanisms fatigue, ratchetting, plastic
shakedown and fast creep strain rate damage are equated as a function of temperature, applied
stress, exposure time and/or number of expected load/thermal cycles based on best-fit plots drawn
through the available data. Influences on these material properties and damage mechanisms, such as
creep-fatigue interaction, strain-rate sensitivity, dynamic strain-aging, long-term high-temperature
exposure and multi-axial loading instead of uniaxial loading, have been evaluated and discussed. It is
concluded that the strength and damage mechanism equations can be used unconditionally in the
temperature range up to 800 °C.

A material model is built in FE software program ANSYS. Besides the minimum strength and damage
accumulation equations, material property equations such as coefficient of thermal expansion,
thermal conductivity and specific heat are incorporated. Simulations have been run using boundary
conditions on the input parameters temperature, stress and time, and the results are as expected and
satisfactory. This allows the direct use of Alloy 617 into the boiler component design. Also, some of
the design code limits are built into this material model to ensure a safe and reliable design, but a few
of these limits could not be incorporated due to restrictions in the FE software. Only one data gap
exists, which is the fatigue data in the temperature range 425 — 538 °C.

A Toolbox is constructed as well, that performs the same calculations as the material model in ANSYS,
but additionally identifies the dominant damage mechanism, considers all design code’s conservative
factors and limits and provides a fast overview of all relevant material and design code criteria. Other
advantages of the Toolbox over ANSYS are that the Toolbox determines the true stress — true strain
relation in a continuous manner where ANSYS uses linear interpolation to find in-between values and
that the Toolbox calculates the accumulated creep strain more accurately. For these reasons, the
analysis of the design calculations can be done in the Toolbox rather than in ANSYS. The Toolbox is
validated by FE simulations and can easily be extended with other materials next to Alloy 617.
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Appendix A - Creep

Creep strain increases over time under the application of a static load or stress until failure occurs.
The strain —logarithmic time curve that can be drawn from these data can be divided in three regimes
(see figure Al). After load initiation (at strain €,), the true strain rate (€ = de /dt) decreases with time
to a steady-state value during regime |. During this stage, strain-hardening mechanisms develop which
make the material stronger, hence resulting in the diminishing strain rate. Strain hardening is caused
by sub-grain formation associated with the rearrangement of dislocations [A1]. In regime II, the true
strain rate is in a steady-state condition, in which the hardening and the softening processes are in
equilibrium and the sub-microstructure is stable. Softening occurs due to recovery processes like
thermally activated cross-slip and edge dislocation climb. The creep rate increases during regime
until failure occurs. This is due to a number of metallurgical instabilities, that result in the loss of
balance between the hardening and softening mechanisms. Some of these instabilities are localised
necking, micro-void formation, precipitation of brittle second-phase particles, dissolving of second
phases that originally contributed to the alloy strengthening, recrystallisation of the strain-hardened
grains, intercrystalline fracture and corrosion [A1].

Strain

log time

Figure A1: creep curve (typically) showing three regimes [A1].

A1l. Relation between rupture time and steady-state strain rate

For long-life material applications, like in a HRSG, the minimum creep rate is the key material response
for a given stress and temperature. This information is obtained by performing creep tests into regime
I, since the creep rate €; in this regime is in a steady-state. The accuracy of €, increases with time in
regime I, which is the downside of most creep tests, since these tests are either insufficient accurate
or time consumptive. The best creep data available is the data evolved from samples that were taken
from an installation that had been in service for a certain period. Over the years, an equation has been
proposed, which agrees with and summarises the findings of the combined researches [A1]:

€r = Eot_ + ﬁtm + ést ) (Al)
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in which:

€t = true strain over time

€o, = instantaneous true strain due to the application of a static load
B = time-independent constant for parabolic creep

t =time

m = time-independent material constant (0 <m<1)

€s = true strain rate (linear/steady-state)

The material constant ‘m’ is independent on time, but does depend on stress and temperature: m
increases with an increase in temperature and/or stress. At low temperatures m is zero. €, is linear
since this unit is referring to the strain rate in regime Il: hardening and softening mechanisms are in
steady-state.

Monkman and Grant found a relation between the rupture time (tz) and the true strain rate [A1, A2],
which is often used for determining life expectation of an installation.

logtp + mlogés =B . (A2)

For several alloys, Monkman and Grant found values for the material constants m and B, but the main
conclusion is that the rupture time and the true strain rate have an inversely proportional behaviour.

A2. Steady-state strain rate

Although € is linear, it is dependent on the temperature (T), applied stress (), creep strain (€), and
material constants, which involve intrinsic lattice properties (m,), like elastic shear modulus (G) and
crystal structure, and metallurgical parameters (m,), such as (sub)grain size, thermo-mechanical
history and energy of stacking faults [A1]. The metallurgical parameters (m,) are by themselves also
dependent on temperature, stress and strain.

For a stable microstructure and a fixed applied stress, the strain-rate — temperature relation is
expressed with the Zener-Hollomon parameter (Z) [Al]:

. AH
Z = €sexp (ﬁ) , (A3)
in which:
AH. = activation energy of the creep mechanism
R = gas constant
Tk = temperature (in K)

Since Z is considered constant, the result of equation (A3) is that for a certain creep mechanism (AH)
the relation between log €5 and 1/ T is linear inversely proportional. Hence the strain rate increases
with an increase in temperature.
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The relation between log € and 1/ T is non-linear in case multiple creep mechanisms are present
which are dependent and concurrent of each other. The slowest creep mechanism controls €5 and the
total strain rate €g 1 is [Al]:

—— = — =t — , (A4)

€stot €1 €2 €n
where ‘n’ is the number of active creep mechanisms. When the creep mechanisms are independent
from one-another, the fastest mechanism dominates the creep process:

éS,tOt. = él + éz + b + én . (AS)

Since there are usually more creep mechanisms present in materials, some dependent and others
independent of one-another, the activation energy and thus the total creep rate varies with stress and
temperature. Therefore, stress and temperature (also) dictate the dominant creep mechanism.

A2.1 Influence of melting temperature

The creep activation energy of metals has the tendency to increase with temperature until the
homologous temperature (T,) of 0.5. The T}, is the ratio between the actual temperature T (in K) and
the melting temperature Tyy,ei¢ (also in K). For Ty, = 0.5, the creep activation energy seems to reach a
constant value, which is in magnitude equal to the activation energy for self-diffusion (AHgp). Through
the equations for diffusion and considering the crystal structure and the valence of the material, the
self-diffusion activation energy can be expressed as [Al]:

AHsp =R Tt (Ko + V) , (A6)
in which:
R = gas constant
K, = parameter dependent on crystal structure/packing density
(BCC =14, FCC and HCP = 17, diamond cubic = 21)
%4 = valence of metal

Thus the AHg, / AH( increases with an increase in melting temperature, valence, packing density,
and/or degree of covalence. So, a high melting temperature leads to a higher creep activation energy
and thus in a better creep resistance.

A2.2 Stress influence
The stress (o) and the shear modulus (G) have significant roles in the creep behaviour of a material,
since these parameters have a semi-empirical relationship with the true strain rate (€) [A3] :

log é;’;iT =logA + nlog (%) , (A7)
where:
kg = Boltzman’s constant
D = diffusivity
b = Burgers vector
An = material constant that are empirically determined
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The effect of stress at T > 0.5 is empirically determined:
e |ow o: viscous creep, sincen=1,50€, +~ G
e intermediate o: power-law creep, since n = 4-5,s0 €, + o"
e Very high o: exponential creep, so € + e*° for ac > 1.2 (empirically) and o is a constant.

A3. Creep mechanisms

The mechanisms causing creep can roughly be divided into diffusional and dislocation movement
creep. The dominant mechanism is for the greater part determined by the temperature and applied
stress. Commonly, creep is considered having a significant role at temperatures > 0.5 T, ;¢, which is
referred to as ‘high temperature’ in the remainder of this chapter.

A3.1 Low stresses and high temperatures

At low stresses and high temperatures, diffusional creep is often the dominant creep mechanism. In
this mechanism, vacancies diffuse from grain boundaries under tensile to boundaries in compression
and metal atoms move in the opposite direction (see figure A2). These migrations result in the
elongation of the grains (strain).

Figure A2: diffusion of vacancies (solid lines) and atom (dashed lines) due to applied stress [A1].

Diffusion can occur along the grain boundaries (D;g), also known as Coble creep [A1,A4], or through
the lattice of the grain (Dy), the so-called Nabarro — Herring (N-H) diffusion [A1,A5,A6]. For both
diffusion processes, a ratio is found that links true strain rate €, to stress (o), diffusion coefficient (D)
and grain size (d, for diameter):

Coble: € + — , (A8) and
Nabarro — Herring: € + % (A9)

From both equations, the relation €; + o is observed, which characterises viscous creep. Another
observation is that Coble creep is more grain size sensitive than Nabarro — Herring creep: smaller
grains mean more grain boundaries and Coble creep is more likely to occur. At lower temperatures,
the Dg;g is much larger than Dy, which causes Coble creep to be the dominant creep process.
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A3.2 Intermediate stresses and high temperatures

At intermediate stress levels, it is shown that creep deformation is dominated by diffusion-controlled
dislocation movement [A1,A3,A7,A8,A9]. These dislocations move through climb (edge dislocations)
or cross-slip (partial screw dislocations) to avoid dislocation barriers. This behaviour has led to the so-
called ‘power-law creep’:

n
éS+D%withn:4—5 . (A10)

The diffusivity (D) depends exponentially on the temperature, resulting in an increase in strain rate
with increasing temperature. At T 2 0.5 Tn, dislocation creep is often the dominant creep mechanism
[A1]. Two important observations for the power-law creep are that dislocation creep is independent
on grain size and that dislocation creep depends on the shear modulus (G) through equation A7.

A3.3 High stresses and high temperatures

The most accepted reasoning for the exponential creep at high stress levels is an accelerated diffusion
caused by an excess vacancy concentration due to interactions between dislocations [A1,A9]. Creep
in this region is difficult to predict and should be avoided for long-life purposes for that specific reason.

A3.4 Grain boundary sliding

Grain boundary sliding (GBS) is a deformation mechanism accommodated by diffusional flow, which
depends on stress direction, temperature, and grain boundary morphology [Al]. GBS is essential for
grains to elongate into the stress direction and to keep the adherence between the grains. Concluded
from these observations is that a material is more creep resistant when the number of grain
boundaries is kept as small as possible. This implies that coarse-grained materials are less susceptible
to grain boundary sliding, and thus creep, than fine-grained materials.

A4. Deformation - mechanism map

Deformation maps in stress — temperature space have been developed, showing the rate-controlling
creep mechanisms, high-temperature deformation mechanisms and pure glide [A1,A10]. These maps
are constructed for one average grain size. The normalised shear stress is the shear stress divided by
the shear modulus. The deformation map indicates the dominant creep mechanism clearly as function
of both stress and temperature. Strain-rate curves are plotted into the map for creep relation which
relate the strain rate to the combined stress and temperature. An example for nickel is shown in figure
A3, left figure. Here, at higher stresses, dislocation creep is distinguished between low-temperature
(LT) creep due to climb through the dislocation core and high-temperature (HT) creep, which is caused
by climb through the lattice. For smaller grains as shown for pure nickel with grain diameter of 10 um
in the right figure of figure A3, the influence of the grain boundaries becomes clear. The boundary
diffusion (Coble creep) region expands along the temperature axis of the deformation map at the
expense of bulk/lattice diffusion (N—H creep). Also, diffusional creep is dominant at higher stresses in
relation to dislocation creep at a fixed temperature. Thus, diffusional creep is significantly more
dominant in materials with more grain boundaries. The larger influence of diffusional creep has shifted
the iso-strain-rate curves to lower stresses and temperatures. So, fine-grained materials are more
susceptible to creep than coarse-grained materials.
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Figure A3: Stress-deformation map for 1 mm (left) and for 10 um (right) grain-size nickel [A10].

The stress-deformation map is a tool for determining the parameters for material processing, material
testing and fields of application (Figure A4). The hot-working and hot-torsion regions are the regions
at which the material is being processed to get the desired shape. Examples are forging and hot-rolling.
The adjacent strain rate is especially due to the mechanical strain generated by hot-working.
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Figure A4: Stress-deformation map for 100 um grain-size nickel, showing fields of processing and application of
the material [A10].

Creep tests are performed with those parameters to come to a compromise between the insurance
that steady-state creep strain rate is established (i.e. creep regime Il) and time consumption for
performing the creep test is reasonable. It should be considered that the application circumstances of
the material are usually different than the lab test environment.
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A creep strain is maximum 1%/year generally accepted for engineering design [A1,A10]. This is
equivalent to a strain rate of approximately 3 x 107° s%. This is well within the elasticity domain partly
due to the safety factor used in designing. Choosing a temperature and a stress underneath the iso-
strain-rate curve of 3 x 10" s will minimise the effects of creep on the material and the lifetime
expectancy can be guaranteed with a high degree of confidence.

A5. Creep testing

Tests for determining creep cannot have the duration of the actual service life of the installation from
time and cost perspective. For that reason, extrapolation of the data evolving from the (shortened)
creep tests is essential. Many methods for extrapolation of the data have been developed, but the
Larson-Miller parameter and the Shelby-Dorn parameter are the most widely used.

A5.1 Larson - Miller Parameter
The Larson — Miller parameter (LMP) is a combination of the Monkman-Grant relation (equation A2)
and the Zener-Hollomon parameter (equation A3) resulting in:

LMP = == =T(C, +log t) ) (A11)

in which C, is a stress-dependent constant.

In this relation is assumed that the activation energy (AH) is independent of temperature and stress
and thus a constant. For that reason, each material is believed to have a certain LMP for a constant
applied stress [A12], which makes from C,; a constant. For C,; often the number 20 is taken on basis
of experience, but it can be calculated as well from two sets of tz — T data at a certain stress [Al]:

C, = T, log(tr)2—Ti log(tr)1 ) (A12)
T,-T,
or graphically from the tg — 1/T graph [A1]:
C, = —logty for %—> 0 . (A13)

After C, is determined or chosen and the time to rupture (tz) is determined for a certain temperature,
the LMP can be calculated. From this LMP a prediction can be made from the time to rupture at a
certain stress and temperature. Creep mechanisms cannot be determined from the LMP. The LMP is
used to indicate the creep resistance. Alloy A is more resistant than alloy B in case [A1l]:

e LMP,>LMPgandC;4=Cyp or
e LMPy=LMPgandC;,4<Csp

A5.2 Sherby - Dorn Parameter
The Sherby — Dorn parameter (SDP) is like the LM P, but uses a rupture time that is compensated for
the temperature (0). The advantage is that 0 is independent from the temperature and this results in
the curves for the different stresses being straight parallel lines in a In(tg) — 1/t graph. At the moment,
it is difficult to determine an appropriate parameter for extrapolation and predictions using this
parameter cannot be made confidently. Standardisation process for SDP is in development.

A-7



A6. Nickel alloys and creep

Nickel-based alloys (NA) are often chosen for high temperature purposes, because of their good creep
resistance. Besides grain size, alloying of the material has a significant influence on the creep
resistance [A1l]. In table Al the effect of the alloying elements in a NA are shown:

Table A1: alloying elements in a nickel-based alloy and their effects.

Alloying elements w Mo Ti Cr Nb Ta \Y Co Al B Zr Hf
Effect

Decreased self-diffusion due to high T, X X

Solid solution strengthening X X X

Solid solution strengthening due to high solubility X

Grain boundary carbides: block migration and sliding X X X X X X X

Stabilising of Ni3(Al,X) precipitates (X =Ti, Nb, Ta) X

Surface stabilisers due to oxide formation X X X X X

The effect of solid-solution strengthening is that it hinders dislocation movement and increases the
stiffness of the material. Stable carbides on the grain boundaries restrict grain boundary migration
and sliding. Ni3(Al,X) precipitates, a.k.a. y’, are formed in the nickel (y) matrix and these precipitates
have some unique characteristics. First, due to the lenticular shape of the ¥’ precipitates, dislocations
have great difficulties to climb around the y’ precipitates [A1,A13]. Second, Yy’ precipitates are well-
ordered and therefore retard dislocation movement through the precipitates, since that will disrupt
the order [A1]. Finally, the Yy’ precipitates have the unusual behaviour to increase the strength of the
NA by factor three to six with increasing temperature from ambient to ca. 700 °C [A1,A14]. The
reasoning for this unusual strength increase is still under investigation. The effect of the surface
stabilisers is reduction of oxidation rate (Cr and Al), hot corrosion (Cr) and oxide spalling (Al), and an
improved hot strength, hot ductility and rupture life (B, Zr, Hf) [A1,A15].

Also, the heat treatment after hot-working and other processes, like welding, is important. Creep
resistance of the NA is improved by solution treatment (annealing) to increase the grain size with
subsequent quenching and ageing to obtain a structure with an optimal ¥’ precipitate distribution.

A7. Fracture mechanics of creep

Above the ‘equi-cohesive temperature’ the fracture path in a material changes from transgranular to
intergranular because grain boundaries (GB) weaken faster than grains with increasing temperature
[A1]. Intergranular fracture is a combination of grain boundary sliding (GBS) and cavitation (i.e.
forming of micro-voids) on the grain boundaries.

GBS is especially occurring at temperatures larger than 0.4 T}, and is controlled by dislocation creep
at the lower temperatures and higher stresses, while GBS is caused by diffusional creep at the high
temperatures. Regarding the creep rate, GBS is considered a viscous process (€ + ¢), while dislocation
creep has a power-law dependence (€ + a*°). So, GBS involves a significant portion of the creep rate
at low strain rates/stresses, while at high strain rates/stresses, GBS has a smaller part in the creep rate
and deformation within the grains is the most dominant creep mechanism. Next to the presence of
grain boundary particles (carbides), GBS is affected by the presence of solutes and the amount of grain
mis-orientation [A1].
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Grain boundary (GB) cavitation is commonly caused by de-cohesion between grain boundary particles
and the matrix and it is associated with stress concentrations or structural irregularities, like triple
points, GB ledges and hard particles [A1,A16]. Therefore, it is important to control the extent of
impurity segregation on the GBs. The stability of a cavity depends on its radius [A1,A17,A18]:

2y,
T, = TS , (A14)
in which:
7, = critical radius of the cavity
Vs = surface tension of the GB
o = tensile stress perpendicular to the GB

When r < 7, the cavity surface sinters and closes up. In case r = 7, the cavity is stable and continues
to grow, resulting in coalescence and finally into intergranular fracture. Also, interstitials atoms have
a more stabilising effect on cavities than substitutional atoms due to their size and a smaller grain
boundary diffusion rate (D;g) reduces the growth of the cavity. The latter is accomplished by hafnium
(Hf) and borium (B) segregation to the GBs, which reduces D;g by an order of magnitude [A1,A19].
Since the 7, depends on the orientation of the tensile stress, it is evident that GBs that are orientated
perpendicular to the tensile stress are the most susceptible to cavity growth.

Initiation of intergranular creep fracture can occur in two ways. At lower temperatures and high
stresses, the stress at triple points is high due to geometrical incompatibilities after GBS. This causes
wedge cracks to initiate at the triple points. It is important to note that compressive stresses do not
cause damage, only tensile stresses do. At high temperatures and relatively low stresses, diffusion
along the GBs is significant and cavities can grow, resulting in void formation at the GBs, especially on
those GBs that are orientated perpendicular to the load.

A-9



A8. Literature for Appendix A

[A1]

[A2]
[A3]
[A4]
[A5]
[A6]
[A7]

[A8]
[A9]
[A10]

[A11]

[A12]
[A13]
[A14]
[A15]
[A16]
[A17]
[A18]
[A19]

R. W. Hertzberg, Deformation and fracture mechanics of engineering materials, 4th edition, 1995, Published by:
Wiley

F. C. Monkman and N. J. Grant, Proc. ASTM 56, 1956.

A. K. Mukherjee, J. E. Bird, J. E. Dorn, Trans. ASM 62, 1969.

R. L. Coble, Journal of Applied Physics, v. 34, 1963.

F. R. N. Nabarro, Report of a Conference on the Strength of Solids, Physical Society, London, 1948.

C. Herring, Journal of Applied Physics, v. 21, 1950.

J. E. Bird, A. K. Mukherjee, J. E. Dorn, Quantitative Relation between Properties and Microstructure, Israel
Universities Press, Haifa, Israel, 1969.

J. Weertman, Trans. ASM v. 61, 1968.
J. Weertman, Journal of Applied Physics, v. 28, 1957.

M. F. Ashby, The Microstructure and Design of Alloys, Proceedings, Third International Conference on Strength of
Metals and Alloys, Vol. 2, Cambridge, England, 1973.

H. J. Frost and M. F. Ashby, Deformation-Mechanism Maps, The Plasticity and Creep of Metals and Ceramics,
Pergamon Press, 1982.

F. R. Larson and J. Miller, Trans. ASME 74, 1952

D. D. Pearson, F. D. Lemkey, and B. H. Kear, Superalloys 1980, ASM, Metals Park, OH, 1980

R. R.Jensen and J. K. Tien, Metallurgical Treatises, J. K. Tien and J. F. Elliott, Eds., AIME, Warrendale, PA, 1981.
R. F. Decker and J. W. Freeman, Trans. AIME 218, 1961.

M. H. Yoo and H. Trinkhaus, Metall. Trans. 14A, 1983.

E. D. Hondros and M. P. Seah, Metall. Trans. 8A, 1977.

M. P. Seah, Phil Trans. Roy. Soc. London, 1980.

J. H. Schneibel, C.L. White and R. A. Padgett, Proc. 6 Int. Conf. Strength of Metals and Alloys, ICSMAG, R. C. Gifkins,
Ed., Pergamon Press, Oxford, UK, 1982.

A-10



Appendix B - High temperature fatigue

Fatigue effects are most influential at stress concentrations. These stress concentrations can be
caused by design (geometry) or by flaws inside the material itself. At high temperatures, the material
flaws are usually wedge cracks or voids/cavities caused by creep mechanisms. Other fatigue sites are
due to or accelerated by oxidation and corrosion.

B1. Elastic and elastic-plastic behaviour

During elastic cycling, the material shows macroscopically a reversible strain behaviour. However,
microscopically the material might have suffered some plasticity. This plasticity has evolved around
stress concentrations induced by material flaws causing a local exceeding of the yield stress. This
micro-scale plasticity in the material increases with each cycle resulting in high-cycle fatigue.

Elastic-plastic cycling leads to loading of the whole material above the yield stress. The elastic
deformation is reversed completely during the cycle, but the plastic deformation is not, which may
lead to fatigue failure after not that many cycles: low-cycle fatigue.

Due to cycling, the material can harden (i.e. due to work-hardening) or soften (i.e. due to recovery),
which can have large influences on fatigue life. Cyclic hardening makes the material stronger resulting
in less plastic strain development during a cycle, hence the material is more fatigue resistent. Cycling
softening, a.k.a. the Bausinger effect, works opposite, so more plastic strain per cycle. For that reason,
softening mechanisms are to be avoided in constructions exposed to cyclic loading. A basic rule for
cyclic behaviour:

TS > 1.4 — Hardening

oys

1.2 < % <14 - No or little effect
YS

UTS < 1.2 - Softening

oys

B2. Fatigue lifetime

The lifetime of fatigue can be divided into two phases: the crack initiation phase and the crack
propagation phase. Crack initiation usually occurs along slip planes, even at low mean stresses. An
initiating crack grows slower in case the grain size is smaller, since grain boundaries are barriers for
crack development. When an initiating crack becomes larger than the size of a grain, the crack is
referred to as a propagating crack. Crack propagation moves in a direction perpendicular to the main
loading axis, and failure occurs when a critical crack size is reached. The higher the mean stress, the
faster the crack propagation. Large grain sizes lead to faster growth rates for a propagating fatigue
crack. The lifetime of the material is predicted by elastic-plastic or linear-elastic fracture mechanics.
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B3. High temperature fatigue characteristics

Fatigue at high temperatures shows different behaviour than fatigue at lower temperatures. First, the
fatigue at high temperatures shows more low-cycle behaviour due to a lower yield strength. Second,
the crack propagation transfers from transcrystalline to intercrystalline, since at lower temperatures
the grain boundary is stronger than the grain, however generally that is vice versa at high
temperatures (e.g. low melting phases). Last difference is the influence of creep on fatigue life at high
temperatures. The introduction of creep makes the grain size important, since small grains make the
material more fatigue resistant, while large grains lead to a better creep resistance. The maximum
lifetime is obtained for an optimal grain size, which depends on the respective contributions of fatigue
and creep.

B4. Nucleation of a high temperature fatigue crack
More mechanisms can cause the nucleation of a crack besides stress concentrations induced by
design. Some of these mechanisms originate inside the material and others at the free surface.

B4.1 Cyclic slip
The first inner material mechanism is cyclic slip. Though cyclic slip is also active at low temperatures,
the temperature enhances the cyclic slip process due to these reasons [B1]:
e Stacking fault energy increases with increasing temperature. This thermally activates slip and
climb
e larger oxidation and/or gas diffusion at higher temperatures enlarges the kinematic
irreversibility of cyclic slip
e Stability of the microstructure changes at high temperature. The metallurgical changes can be
either beneficial or detrimental for the resistance against fatigue.

B4.2 Sites caused by creep

Cracks in the inner material can nucleate on flaws induced by creep like wedge cracks, that are caused
by grain boundary sliding (GBS), and cavities on the grain boundaries (GB) initiated by diffusion. Both
creep mechanisms have been described in appendix A. GBS is more active and damaging in the in-
phase (i.e. tension stress due to thermal heating) cyclic loading than in the out-of-phase (i.e.
compression stress due to thermal heating) cyclic loading, which on its turn is more destructive than
isothermal mechanical fatigue cycling. Also, the shape of the stress cycle affects the cavitation content
strongly [B1]. The cycle with slow tension loading and fast compression loading (i.e. longer stress
holding time) results in a greater tendency of cavitation forming. The reason is that cavities can only
develop in tensile mode and close up during compression.

B4.3 Inclusions and precipitates

De-cohesion of inclusions/second-phase particles from the surrounding matrix inside the grain of a
microstructure may occur due to a difference in thermal expansion. This effect causes intergranular
cavitation. Also, precipitates on the GBs are nucleation sites for voids. Cavitation and voids are stress
raisers, which result in more cyclic irreversibility and for that reason they are sites for fatigue crack
initiation.

B-2



B4.4 Oxidation and corrosion

Though it does not cause fatigue initiation, the presence of an oxidising or corrosive environment can
influence the fatigue initiation mechanisms, especially at high temperatures [B1]. First, the sintering
or closure of cavities might be prevented due to the presence of such an environment. Second, in case
a GB at the material surface is not covered by a protective oxide layer, oxygen gas or other elements
causing embrittlement may diffuse along this GB and react with GB precipitates. Cavities nucleate
around the GB precipitates under the influence of an applied stress. Also, residual gases can form that
increase the internal gas pressure, which might initiate cavities and accelerate their growth. Third, the
surface diffusion and slip step oxidation combination enlarges the kinetic irreversibility of cyclic slip.
This causes fatigue crack nucleation without the presence of other mechanisms. This mechanism is
also known as the Fujita mechanism [B1]. Fourth, a GB at a free surface is usually a preferred oxidation
site resulting in the generation of a microscopic notch (i.e. a stress concentration). Finally, the fifth
mechanism is the break-down of the protective (oxide) layer due to cyclic loads. The absence of a
protective layer causes oxidation and/or chemical attack, which are both accelerated by temperature.
At high temperatures, the deterioration of fatigue resistance of many materials is for a large part
caused by environmental interactions [B1].

B5. Model for life prediction

To predict the total cyclic life of materials at higher temperatures, quite some models have been
developed. These models can be divided into three groups, which are the frequency-modified Coffin-
Manson equation, damage accumulation models and strain range partitioning.

B5.1 Frequency-modified Coffin-Manson equation
The strain range-life relationship can be modified incorporating frequency to account for the cyclic
frequency effect at high temperatures [B1]. The frequency-modified Coffin-Manson equation is:

Ae, = cs(Npol1) P , (81)

in which Ag, is the plastic strain amplitude, N is the number of cycles until failure, and v is the
cycling frequency. The constant ¢; and the exponents k and § are specific to the temperature-
material-environment. These latter parameters are usually determined empirical. To predict creep-
fatigue life, understanding of stress-strain hysteresis loops is required.

B5.2 Damage accumulation models

In this model, mechanical fatigue and creep superpose linearly the accumulated damage. The fatigue
ni

part is described with the Palmgren-Miner rule by the expression ), —, in which n; is the number of

Nf'i
fatigue cycles at stress amplitude Ag; and the N¢; is the number of cycles to failure at this stress
amplitude. The sum is taken over the total number of stress blocks with different amplitudes. The

creep part is determined similar: ¢; is the exposure time under an average stress oj and tg; is the time
. tj
to rupture at that stress level. The total amount of creep is the sum, so Y, t—’ The accumulated damage
Rj
(d¢o¢) is the sum of the fatigue and creep parts [B1]:

Sa-+ 2L = dioe . (82)
Nf,i tRj
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Three considerations have to be taken into account when applying this model [B1]. First, stresses
continue to relax under fixed strain dwell periods. Second, cyclic hardening and softening leads to
different levels of stress relaxation during continued fatigue straining. Finally, stress rupture data is
usually derived from monotonic load tests and are generally not representative for in-service creep-
fatigue behaviour. In case the linear damage accumulation model is used, this is done in conjunction
with strain-controlled fatigue tests with dwell periods under load [B1].

B5.3 Strain range partitioning

The strain range partitioning models divide the overall fatigue damage into mechanical and time-
dependent components of the strain range. Time-independent mechanical fatigue is caused by cyclic
slip, while GBS and GB cavitation are the mechanisms leading to creep-fatigue damage (i.e. time-
dependent damage). This model considers the reversal of strains related with fatigue and creep. The
reversed inelastic strain is divided into four components, which are shown in figure B1.

o o

Figure B1: The four components of inelastic strain range that are basis for strain range participation. E, P and C
indicate respectively elastic, plastic and creep deformation [B1].

Aepp is tensile plastic deformation reversed by compressive plastic deformation, A€, is tensile creep
reversed by compressive plastic deformation, Ae€y. is tensile plastic deformation reversed by
compressive creep, and A& is tensile creep reversed by compressive creep. The total fatigue life (Ny)
is determined by the sum of the four components of inelastic strain through the (unmodified) Coffin-
Manson equation [B1]:

2, .1 ) (B3)
Ny Npp Nep  Npc  Nee
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in which the subscripts of these cycle portions denote the same modes as those of the strain ranges.
Many empirical modifications to this model are available to deal with the effects of slow-fast fatigue
loading and with the influence of creep-fatigue dwell periods into the life calculation [B1].

B5.4 Crack growth rate

The severity of a crack can be determined by the crack growth rate. Since often only the fatigue crack
data is known or only the creep crack data, it is convenient to combine those data. The growth rate is
then determined by the sum of the fatigue crack growth rate and the creep crack growth rate, which
are determined by fracture mechanics models:

da da da

—_—=|— + — ’ B4

dN (dN)fatigue (dN)creep 5

with:

da

(dN)fatigue f( ) ( ) "
d_a _ r1/vc d_a E — *yMc

(dN)creep - fo dt dt and dt - CC(C ) ' (Bs)

da . da . . . .
Here ﬁ is the crack growth per cycle and d—(; is the crack growth per time unit. Cr and C, are material

constants for respectively fatigue and creep mode. C* is a time-dependent variant describing creep
crack growth, AK is change in stress intensity factor and m, and my are material exponents for
respectively fatigue and creep mode. The choice of the most suitable data available is essential for a
sufficient accurate determination/estimation of the growth rate. An appropriate safety margin is
required to meet any erroneous assumptions when choosing the data.

B6. Thermal fatigue and thermo-mechanical fatigue
Roughly high temperature fatigue can be divided in thermal fatigue (TF) and in thermo-mechanical
fatigue (TMF) [B2].

TF stresses are caused by temperature gradients and by thermal expansion differences of individual
grains/phases in the material [B2]. The temperature gradients depend on temperature fluctuations
(i.e. temperature depending on time (T(t)) and the heat conductivity of the material). A variety in
isotropy of adherent grains or dissimilar phases (like matrix and carbides) cause differences in thermal
expansion, which results in fatigue loading with a cyclic varying temperature.

TMF stresses are the result of mechanical strains developed by thermal strains combined with external
mechanical constraints [B2]. Thermal strain (&;) is calculated from the thermal expansion coefficient
(ax) and the temperature difference between temperature T; and temperature T,.

g=a(l,—T) (B7)

The total strain (&;0¢4;) is the surplus of the thermal strain and the mechanical strain (g,0cn)-



In case of total constraint (i.e. €;orq; iS zero), the g and the &,,.., are equal, but have an opposite
sign. With partial constraint, the &, is only partly counteracted by the &,,.., leading to some thermal
expansion or contraction. The &,,.. is not present in a situation without mechanical constraint and
the &;0tq1 Solely depends on &;, which means that no reaction stresses develop in this situation.

B6.1 Shakedown

The balance between ¢; and .., under total or partial constraint lead to a behaviour known as
shakedown. In the simplified model with total constraint, as shown in figure B2, it is assumed that the
Young’s modulus (E) is independent of the temperature, that the system is free from hardening
effects, and that the gy, is equal in tension and in compression load. In the first cycle, the material is
heated from temperature T, causing the material to expand (&;). Since the material is constraint, the
Emech increases with the same amount as &, but then reciprocally, resulting in a compressive stress

in the material. First, the €,y is elastic strain until the oys (i.e. Emecn = —Tay) is reached. In figure B2,

this is shown with the line from the origin to point A and the adherent temperature at point A is set
as T;. Upon further heating to T, at point B in figure B2, the &0, continues in the plastic region with
the amount of —a(T, — T;). From point B onwards, there are two scenarios.

In the first scenario, cooling starts and the elastic strain is reversed until temperature T is obtained
at point C in figure B2. The compressive stress is reduced with —ag,, + a - E(T, — Ty) and a residual
tensile stress has appeared. Since the residual tensile stress is smaller than the g,, there is no plastic
straining in tensile mode. Thermal cycling between Ty and T, results in elastic straining only between
points B and C. This behaviour is known as elastic shakedown [B2]. Due to the small amount of initial
plastic straining during the first cycle and no further plastic straining during the subsequent cycles, the
fatigue related to elastic shakedown is referred to as high-cycle fatigue [B2].

Stress

NN N

Mechanical strain

-t

Figure B2: Shakedown, both elastic and plastic [B2].
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The second scenario involves further heating from T, (point B) to T3 (point D), which causes more
plastic €ecn. At T3, the €, has caused the plastic ;0. to become larger than the elastic €,0c,. Upon
cooling to T,;, the compressive elastic &,,0c, is reversed taking the stress from compressive to tensile

2
mode until the tensile o), is obtained (i.e. elastic &y,ocp, = %). At that point, not all the recovered ¢,

has been compensated for by €,,0cn, SO the remainder of the &,,..p is plastically strained by tensile
stress until point E is reached (where &; = &,.cp, at Tp). Cyclic loading between Ty and T3 will always
cause subsequent plastic straining, which is shown in figure B2 by the hysteresis loop [B2]. This process
is called plastic shakedown and the additional damage with each cycle leads to low-cycle fatigue [B2].

B6.2 Ratchetting

Ratchetting is the fatigue process in which plastic strains accumulate during each subsequent cycle
and therewith continuously elongating the wall exposed to thermal stress with each cycle. Often, the
two-bar model of Morrow (figure B3) is used to illustrate the ratchetting mechanism. In this model,
bar 1 is exposed to a cyclic temperature, while bar 2 is maintained at a constant temperature.

Bar 1 Bar 2

Area A4 Area A,

l
|

Fn

Figure B3: Morrow’s two bar model [B2].

The model is subject to a constant load (P,) which can be rewritten as:
Pn - O-lAl + 0-2142 (BS)

In which o7 and o, are the stresses in respective bar 1 and bar 2 and A; and 4, are the cross-section
areas of respectively bar 1 and bar 2. The expansion (§) in both bars is equal (§; = §,), which can be
expressed as:

&1Ly = &L, (B9)

In which L; and L, are the lengths of respectively bar 1 and bar 2. The strain in bar 1 (&;) consists out

of an elastic component (sfl), a plastic component (sfl), and a thermal component (slth). The strain
in bar 2 (&,) does not have the thermal exponent, since it is not subject to thermal cycling.

g = efl + P 4 gth (B10)
g = &St + sgl (B11)
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With ratchetting one bar yields during the heating portion of the thermal cycle, while the other bar
yields in the same direction during the cooling part of the thermal cycle. An accumulation of strains is
the result, which causes a combined fatigue and ductility exhaustion mechanism [B2].

B6.3 Stress - strain operating regimes

To determine which of the four stress-strain regimes can be expected, a diagram is constructed as
shown in figure B4 (modified from [B2]). Along the vertical axis is displayed the ratio between the
thermal stress (i.e. combination of Young’s modulus (E), the thermal expansion coefficient («), the
temperature cycle (AT)) and the yield strength (g,). On the horizontal axis, the ratio between the
applied load (P,) and the limit load (i.e. maximum load; P;) is displayed. Commonly, P, is equal to g;,.
Both gy, and P, are determined at reference temperature T, which is often the service temperature.

P.S

Ratchetting

EaAT/oys

0.5 1.0
P/ PL

Figure B4: the four stress — temperature regimes [B2, modified]; E.S. is elastic shakedown, P.S. is plastic

shakedown.

B7.In-phase and out-of-phase thermo-mechanical fatigue

A phase relation exists between &,,..;, and the temperature. In-phase (IP) TMF means that the peak
strain coincides with the maximum temperature, while in out-of-phase (OP) TMF the peak strain is
obtained at the minimum temperature. This is illustrated in figure B5.

It is important to note that maximum stress does not occur at the maximum temperature. Also, the
situation that during IP TMF the stress is not maximum at T;,,4,, and maximum &1, is due to softening
mechanisms occurring with increasing temperatures (i.e. 0, is lowered). The same applies to OP TMF,
but than with minimum stress (compression) instead of maximum stress. During cooling the o, can
also increase due to (cyclic) hardening effects. Hardening is beneficial, since with the increase in g,
the adjacent ¢,; is reduced (i.e. less permanent damage). In IP TMF more plastic strain evolves in
tension mode, while in OP TMF the greater part of the plastic strain occurs in the compression mode.
In case the &,,0cn iS zero, the mean stress in IP TMF is negative and the mean stress for OP TMF is
positive.
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Figure B5: left figure: variation in &,, /T in IF (isothermal fatigue), TMF IP, and TMF OP; Right figure: TMP IP
and OP o-sresponse [B2].

For designing purposes, the plastic strain range of a thermo-mechanical cycle can be determined:

(’Tﬂ) (B12)

oT,
A‘gpl = A&mech — ( ek + Er

ETmax min

This is an approximating which underestimates the plastic strain range slightly [B2]. More accurate
equations do exist, but these are for the greater part on the same basis as equation B12.

B8. TMF of high-temperature nickel-base alloys

Nickel-base (super)alloys (NA) have a TMF operating rate up to Tj, = TTm‘” = 0.8, in which T}, is the
melt

homologous temperature (i.e. temperature ratio), Ty, 4, is the maximum temperature in the thermal
cycle and T, is the melting temperature, all in degrees Kelvin [B2]. The effects of strain and
temperature on hardening and softening is not yet understood, but for Alloy 617 it has been observed
that significant hardening occurred at a T;;,4, of 750 — 850 °C and that at T,,,,, > 950 °C, the strain
response is stable [B2, B3]. A greater part of the hardening is caused by dislocation pile-ups at the
interfaces between precipitates (y’) and matrix. Also for Alloy 617, TMP IP damage is more significant
than TMF OP damage when fluctuating the temperature between T,,,, = 600 °C and Ty, 4, = 850 —
1050 °C [B2, B3]. This is expected, since commonly tensile stress causes more damage to the

microstructure than compressive stress.

B8.1 Effects of strain rate, time and frequency

Strain rate affects both fatigue life and cyclic stress-strain response, though the results are not
straight-forward. Roughly there is a change of the strain-life curve from IP to OP, and vice versa, at
approximately Aey,; = 0.0045. Lifetime in IP is shorter for high A¢,,; because of excessive creep crack
growth caused by large tensile strains at high temperatures. At low Ag,,;, OP lifetime is shorter due to
abundant oxidation (long exposure times) resulting in brittle fracture induced by large compressive
strains. A decrease in strain rate, holding times and/or loading frequency results in a stress range
reduction and in shorter cyclic life. This is caused by an increase of damage by creep and environment.
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B8.2 Microstructural changes during TMF

During TMF both thermal aging and dynamic strain aging occur. The thermal aging effect is shown as
dislocations networks formation around the Yy’ precipitates and by coarsening of the y’ precipitates
(i.e. thermal recovery). Dynamic strain ageing depends on both strain rate and temperature and it
leads to cyclic hardening or softening in solute-hardened NAs. Usually hardening occurs at lower
temperatures because of the formation of precipitates and softening happens at high temperatures
due to the coarsening of precipitates [B2]. Softening leads to a stress reduction and hence a reduction
in creep.

On the grain boundaries (GB) damage may occur due to uneven strains during a cycle. These uneven
strains can induce local ratchetting at voids and wedge cracks that are caused by creep. Also, carbides
can precipitate at GBs, which makes the material susceptible to embrittlement [B2].

B8.3 Environmental effects

Environmental damage can affect crack initiation and crack propagation and has a detrimental effect
on fatigue life as described earlier in this chapter. Oxidised samples with a stress raiser (notch) can
have crack growth rates that are three orders of magnitude larger than un-oxidised samples without
a stress raiser [B2].

At high temperatures, a protective oxide film forms on the outer surface separating the substrate from
the environment. Due to stress development in the film during thermal cycling (i.e. different thermal
expansion coefficient), the film suffers from spalling and cracking. The oxide film and the oxidation
characteristics of NA depends on the alloy composition, temperature and the exposure time. In NA
the oxide layer consists often out of Al,O; or Cr,03 layers or complexes (spinels) of those elements.
The oxidised surfaces are usually associated with an adjacent zone depleted from y’ precipitates,
which dissolve due to the loss of aluminium to the oxide, and from the solid-solution-strengthening
element chromium, that has high affinity with oxygen as well [B2]. The loss of ¥’ precipitates and solid-
solution-strengthening elements lower the fatigue resistance of the NA. It has been shown that
applying a stress increases oxidation and alloy depletion [B2].
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B8.4 Overview damage mechanisms
In the ASM handbook an overview is given of damage mechanisms in NAs, divided in IP and OP.

|Material ” TMF in-phase ” TMF out-phase ”Referentel
Coating Ni-base superalloys Fracture of coating upon cooling 158
below its ductile brittle transition
Mar-M247 (uncoated Tntergranular crack initiation and growth Repeated oxide damage rafting of the 105
polycrystalline) Y structure different than IF or TMF
| I || | |
Mar-M247 (coated and Intergranular crack initiation and growth. internal Fracture of coating upon cooling 107, 135
uncoated) crack initiation below its ductile brittle transition
Rafting of the 7} structure different than IF or TMF |[Rafting of the 7" structure different
OP than TF or TMF IP
Hastelloy X (solution Strain rate dependent dynamic strain aging Strain rate dependent dynamic strain 103
strengthened Ni-base Precipitation hardening due to Cr-rich M,,Cg aging
superalloy) Precipitation hardening due to M,;C,
AMI single crystal Environment initiated damage in TMF 48
differs from casting defect initiated
damage in IF

IN 738 LLC (coated and Lower lives for coated OP case 118
uncoated) because of coating fracture
CMSX-6 (single erystals) Soft 7" matrix formation, cutting of particles at low 108

temperatures. dislocation climb during high-
temperature portion of the cycle

Figure B6: overview of damage mechanisms for IP and OP TMF in NAs [B2].

B9. Test methods to investigate TF and TMF

Over the years many test methods have been proposed and examined, especially for heating the
material during the test. In figure B7 these methods are summarised including their advantages and
drawbacks. Also listed are the materials used in these methods. From the overview of the methods is
shown that quite some metallurgical, geometrical and financial drawbacks accompany the high-
temperature fatigue testing.
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Type Heating Materials
of test method Advantages Disadvantages studied
TF Immersion in hot ||Simplicity of the experiment ||Transient stress strain could be Noncubic crystals.
and cold oil bath present and should be calculated  ||including tin. zine.
cadmium
TMF [|Direct resistance ||Rapid heating: allows space |[|Electric isolation of grips: local Conductive
to mount the extensometer heating of crack tips materials. stainless
and pyrometer for crack steel
growth measurements
TMF ||Induction (10-450 ||Rapid heating: complex Experience with coil design Aluminum, copper,
and ||kHz 5-40 kW specimen geometries required; electric noise in the steels. nickel-base
TF capacity) permitted: inert environment ||strain signal due to high-frequency |[superalloys
testing using bellows magnetic fields: high cost of unit
TMF |[|Quartz lamp Inexpensive: uniform Shadow effects: slow cooling Nickel- and cobalt-
and (radiation) temperature over different rates: enforced cooling needed base superalloys.
TF zones of the specimen metallic composites
TF Fluidized bed Good for screening TF Stress-strain temperature transients||Nickel-base
resistance of materials must be calculated and surface superalloys
oxidation removed
TF Burner heating: Good for screening TF Stress-strain temperature transients||Nickel-base
flame heating resistance of materials: must be calculated superalloys. steels
surface hot corrosion damage
representative of service
TF Thermal fatigue Under reversed bending one [|Stress-strain gradients must be Nimonic alloys
under bending surface undergoes OP. the calculated
other undergoes IP
TF Dynamometer Very high temperatures on Oxides are wedged into cracks: 0.5 to 0.7% C steels
(friction heating) |[[surface reached: friction characteristics change with
representative of service time

Figure B7: TF and TMP test methods [B2].
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Appendix C - Fitness-For-Service Assessment Procedure

Fitness-For-Service (FFS) assessment procedures have been developed to evaluate damage or flaws in
pressurised components and these procedures have been described in the API 579-1/ASME FFS-1
(edition 2007). In this standard, the assessment of components in service in the creep range is dealing
with the damage mechanisms at elevated temperatures. A guidance on the manner to deal with
multiple damage mechanisms acting simultaneously is included in this assessment procedure. In the
research at hand, the effects of (crack-like) flaws and welds are not considered.

C1. Setup of the assessment procedure
The FFS assessment is generally generated following eight steps [C1]:
1. Identification of damage/flaw mechanism.
Applicability and limitations of the FFS assessment procedure.
Data requirements (e.g. material properties, design data, service conditions).
Assessment techniques and acceptance criteria.
Remaining life evaluation.
Corrective actions (remediation) to stop/reverse damage inflicted.
In-service monitoring (in case remaining life or inspection interval cannot be determined).

© N U A wWwN

Documentation for qualification of the component (data, calculated risks, considerations, etc).

Among the required data (step 3) for boiler components and piping components are:
e ASME Manufacturer’s Data Report or other equivalent documentation/specifications.
e Fabrication drawings, line lists and/or isometric drawings with detailed sketches to allow the
performance of Maximum Allowable Working Pressure (MAWP) and stress calculations.
e Design calculations.
e Inspection records of fabrication.
e Material test reports.
e Pressure-relieving device information.

Besides the required data, a detailed operational and maintenance manual should be written, which
contains information like the actual operating envelope (i.e. pressure and temperature), allowable
corrosion rate, repair procedures and inspection frequency.

The assessment (step 4) is divided into three levels, which are interrelated. Each assessment level is a
balance between the complexity of the analysis, amount of evaluation information required, skill of
personnel performing the assessment, and conservatism. Level 1 is the easiest and most conservative
assessment level and level 3 is an assessment based on numerical techniques (e.g. finite element
method (FEM)) or based on experimental techniques. Level 2 is in-between level 1 and level 3.
Acceptance criteria (step 4) are based on the allowable stress, remaining stress factor (RSF), and failure
assessment diagram (FAD). The RSF is used to approximate the load carrying capacity of a component
after some service time and the FAD is used to evaluate crack-like flaws.

The FFS assessment procedures assume that all required information is known. In case some variables
are not known or not accurately determined, conservative estimates are made to ensure a reasonable
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safety margin. Several types of analyses can be used to investigate the input parameter influence on
the FFS assessment procedure results:
e Sensitivity Analysis: determination of an independent variable influence on the safety factors.
e Probabilistic Analysis: evaluation of the safety margin dependence on the uncertainty of
independent variables.
e Partial Safety Factors: combining the individual safety factors of the independent variables,
which are probabilistic determined for calculating the uncertainty in the assessment.

The remaining life evaluation (step 5) is not meant as a precise approximation of the actual lifetime,
but has to be performed to establish an in-service monitoring plan, an appropriate inspection interval,
or the need for remediation. Remediation (step 6) is applied in case the uncertainty in certain
circumstances becomes to large (e.g. acceptability of flaw size, adequate assessment cannot be
performed or estimated remaining life is difficult to approximate), and for each FFS assessment
procedure appropriate remediation methods have been established. In-service monitoring (step 7)
may be used to assess future damage conditions, and this method is usually applied in case future
damage rate cannot be estimated accurately or easily. All the previous steps shall be documented
(step 8) to ensure traceability and mechanical integrity compliance.

C2. Assessment procedure for service in the creep range

In the creep range, the FFS assessment procedure needs an approximation of the remaining life. This
needs to be provided for components with and without a crack-like flaw subject to steady state and
cyclic operating conditions.

C2.1 Applicability and limitations
The assessment in the creep range is not required in case the equipment is designed according to a
recognised code or standard, though FFS evaluation is for example needed in case [C1]:
e Deviations in operating temperature, pressure, and/or loading conditions that may result in
creep and which are not accounted for in the original design.
e Metal loss in the component larger than originally designed for.
e Component weldments with significant different properties in weld metal, heat affected zone
(HAZ) and base metal.
e Stress concentrations regions that are not in the original design.
e Discovery of a (crack-like) flaw.
e Discovery of a local damage that may result in localised creep strain accumulation.
e Fire damage.

C2.2 Assessment level

Level 1 assessment can only be used in case no cycling is present. Level 2 assessment is applicable for
components subject to maximal 50 cycles of operation. Both levels are therefore unsuitable for the
FFS assessment in creep-fatigue circumstances. Level 3 assessment is required for cyclic operation in
the creep regime, for complicated loading conditions, for complicated geometries, and for the
presence of (crack-like) flaws.
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C2.3 Data requirements

For the level 3 assessment in the creep range, it is required to perform a stress analysis, which includes
the effects of stress re-distribution during creep. It is allowed to use numerical analysis techniques
(e.g. FEM). In the stress analysis, several factors need to be considered, like material creep response,
loading conditions and geometry of the component. The analysis should also regard other material
properties, such as thermal conductivity and transient effects, and environmental circumstances, such
as process environment on local overheating and insulation effects of corrosion/oxidation products.

The material data required to perform a remaining life assessment is provided in the API 579-1/ASME
FFS-1. First, there is the MPC Project Omega Data, which provide data in terms of a damage parameter
and strain-rate parameter and can also be used to analyse creep buckling. Creep rupture data is the
second, which gives material properties in terms of the Larson-Miller parameter. Both data regard
minimum and average properties. In a level 3 assessment also other sources for data may be used.

C2.4 Damage Characterisation/Acceptance Criteria
Damage can evolve in several manners and the damage accumulation mode(s) need to be considered.
Besides the material conforming to the material specification, the material condition after a certain
time in service must be assessed. Aspects to consider are [C1]:

e Remainder of sound wall thickness.

e Existence of damage or flaws.

e local variations in service conditions.

e Unusual loading (e.g. missing supports).

e Environmental interaction (e.g. oxidation, corrosion).

e Grain size and heat treatment conditions.

e Welding issues.

The assessment should contain a recommendation about the non-destructive test (NDT) methods for
determining possible damage. Common NDT methods are magnetic particle testing (MT) and liquid
penetrant testing (PT) for surface indications, X-ray testing (RT) and ultrasonic testing (UT) for
volumetric indications, and replica testing to determine the microstructure at the surface of the
material. Most of these methods cannot be used at high temperatures (usually max. 50 °C).

C2.5 Remaining life evaluation
Six assessment procedures are provided for in the creep range [C1]:
1. Creep rupture life: for components subject to steady state operation without crack-like flaws.
2. Creep-fatigue interaction: for components subject to cyclic operation without crack-like flaws.
3. Creep crack growth: for components containing crack-like flaws and subject to either steady
state or cyclic operation.
4. Creep buckling: for components that may become structural instable due to a compressive
stress field. This procedure can be applied for components with or without a crack-like flaw.
5. Creep-fatigue assessment of dissimilar weld joints.
6. Microstructural approaches, which are used to supplement other assessments
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Since the wall thickness of heat-exchanger tubes is thin (i.e. 1.2mm), crack-like flaws are considered
detrimental directly (i.e. total loss) and a further assessment is not required, hence assessment
procedure number 3 is not investigated. Assessment procedure number 5 is not considered since
dissimilar welds are not part of the research.

Besides the API 579-1/ASME FFS-1 other assessment procedures may be used as an alternative, like
British Energy R-5, BS 7910, EPRI “Remaining-Life of Boiler Pressure Parts — Crack Growth Studies”,
WRC 440 “A Synthesis of the Fracture Assessment Methods Proposed in the French RCC-MR Code for
High Temperature”, or ASME Code, Section lll, Subsection NH.

C2.5.1 Sensitivity Analysis

The assessment procedures do not submit any recommendations for in-service margins, but it is better
to apply an in-service margin to the remaining life calculation rather than applying one to each
independent variable. The remaining life in the creep range depends for example on material data,
stress and temperature. Confidence in the assessment may be gained when the sensitivity analysis
proves that small changes in the independent variables do not lead to severe remaining life reductions.
Of course, more uncertainty in each of the independent variables results in a larger in-service margin.

C2.5.2 Creep rupture life

The assessment is based on stress and strain locally and through the wall thickness of the component,
and on the associated operating time and temperature. If an inelastic analysis is used to evaluate the
effects of creep, then a material model is required to compute the creep strains in the component as
a function of stress, temperature, and accumulated creep strain or time. If the computed stresses
exceed the yield strength of the material at temperature, plasticity should also be included in the
material model. The assessment procedure provides a systematic approach for evaluating the creep
damage for each operating cycle. The total creep damage is computed as the sum of the creep
damages calculated for each cycle [C1].

a. STEP 1 — Determine a load history based on future planned operation. The load histogram
should include all significant operating loads and events that are applied to the component. If
there is cyclic operation, the load histogram should be divided into operating cycles. Define
M as the total number of operating cycles.

b. STEP 2 —For the current operating cycle m, determine the total cycle time, ™t , and divide the
cycle into a number of time-increments, ™t. Define N as the total number of time-increments
in operating cycle m. The time-increments used to model the operating cycle should be small
enough to capture all significant variations in the operating cycle (including changes in the
wall thickness due to corrosion or erosion).

c. STEP 3 - Determine the assessment temperature, T, for the time-increment "t .

STEP 4 — Determine the stress components, "Ul-j, for the time-increment ™t. The principal
stresses are computed using a finite element (FE) analysis.

e. STEP 5 - Determine if the component has adequate protection against plastic collapse.

1) If the stress components are determined from an elastic analysis, determine the
primary load reference stress ( nafef):
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n np2 np2\0-5
p _ "Ppt("Py+9-"PF)
"ol = : , (c1)

with P, is bending stress and P; is local membrane stress. Check that the following
criterion is satisfied:

"0fer < 0.75 - 0, . (C2)

The value of the yield strength (g;,) is evaluated at temperature T at time-increment
"t . If the criterion is satisfied, proceed to STEP 6, otherwise, proceed to STEP 12.

2) If the stress components are based on an inelastic analysis that includes plasticity and
creep, protection against plastic collapse can be determined by a limit load or plastic
collapse solution for example in accordance with APl 579-1/ASME FFS-1.

STEP 6 — Determine the principal stresses, and the effective stress (g,), using Von Mises
criterion for the time-increment ™t.

STEP 7 - Determine a remaining life at the stress level "o, and temperature "T for time-
increment "t by utilising creep rupture data for the material. The equations suggested by API
579-1/ASME FFS-1 are not covering nickel-based alloys. Therefore, the available creep data
has been gathered and a trendline has been determined, and the polynomic equation of the
trendline has been used.

STEP 8 — Repeating STEPS 3 to 7 for each time-increment "t in the m™ operating cycle to
determine the time to rupture "ty for each increment.

STEP 9 — Creep damage accumulation for all points in the m™ cycle can be computed:

't
"De = Yn-17 : (C3)

STEP 10 — Repeating steps 2 to 9 for each of the operating cycles defined in Step 1.
STEP 11 - Total creep damage (D£°t®) calculation for all operation cycles:

D¢t = Y1 "De < DEMOV : (ca)

STEP 12 — Conclusion of creep accumulation prediction. The total allowable creep damage
should be taken as DE°t% = 0.80, though an alternative value can be used if justified. Also to
be considered:
1) The criterion for protection against plastic collapse has to be satisfied for any point in
the operating history. When this criterion is not met, action is needed (e.g. de-rating).
2) Incase the D%t s less than the allowable creep damage D#"°¥ then the component
is acceptable for continued operation. The remaining life for operation is determined
as the time when Dfotal = patlow,
3) If the DE°% is larger than the DE°%, the life is limited to the time corresponding to
ptotal = pallow |n this case actions like de-rating have to be taken.



Inelastic analyses

An inelastic analysis of the stress components is required in case both plasticity and creep are active.
In addition to the creep damage criterion, the total accumulated inelastic strains should be limited to
a value that does not affect the operability of the component. A suggested limit for accumulated
strains is provided in API 579-1/ASME FFS-1, Annex B1, par. B3.3.

Fired heater and boiler tubes

Fired heater and boiler tubes can be considered a specific case according to the API 579-1/ASME FFS-
1. Requirements for this specific case are an approximately constant pressure and a temperature that
is approximately uniform around the circumference of the tube during operation. The latter is not the
case in the solar boiler, and therefore the pipe equation cannot be used directly. FEM analysis has to
take into account the temperature variation around the tube’s circumference.

C2.5.3 Creep-Fatigue interaction

Creep-fatigue interaction is part of the fit-for-service assessment for service at high temperature in
combination with cyclic loads. The combination of creep and fatigue damage is handled in the report
in paragraph 2.8.3 and 3.4.

C2.5.4 Creep crack growth

The effects of a crack-like flaw can be determined using the results from a stress analysis. The
assessment deals with local and through the wall thickness stress and strain. Accumulated creep strain
(strain-hardening) or time to rupture must be considered in case an inelastic analysis is used to
evaluate the creep effects.

Creep crack growth is not ragarded in this model. The tube wall thickness is 1.2 mm and the pressure
difference between the interior and exterior of the tube is approximately 40 bar (4 MPa). These
circumstances make that a crack-like flaw will affect the integrity of the component significantly and
is therefore not acceptable.

C2.5.5 Creep buckling
An in-service margin for protection against buckling collapse must be satisfied to avoid buckling of
components subject to a compressive stress. There are two kinds of buckling considered [C1]:

1. Time-independent buckling as evaluated in accordance with for example with APl 579-
1/ASME FFS-1, Annex B1, par. B1.4.

2. Time-dependent buckling: to protect against load-controlled creep buckling. Instability is not
allowed to occur within the total operational time determined for the specified loading
multiplied by an in-service margin of 1.5. For pure strain-controlled buckling an in-service
margin of 1.0 may be used since the strain-controlled loads are reduced concurrently with
resistance of the structure to buckling when creep is significant.

a. Strain-controlled buckling is characterised by the immediate reduction of strain
induced load upon initiation of buckling. Load-controlled buckling is characterised by
continued application of a load in the post buckling regime, which lead to failure (e.g.
collapse of a tube under external pressure). In case the two buckling loads interact,
the in-service margin of the load-controlled buckling shall be used. This is also valid
for cased with significant elastic follow-up.

b. The critical buckling time is determined based on the effects of original fabrication
tolerances, geometrical imperfections and other flaw types.
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c. Calculations (including isochronous stress-strain curves) are based on material
properties.

d. In case a numerical analysis (e.g. FE) is performed, all possible buckling mode shapes
shall be considered in determining the minimum buckling load (As guide, API 579-
1/ASME FFS-1, Annex B1, par. B1.4.2 can be used)

C2.5.6 Creep-fatigue assessment of dissimilar weld joints
Dissimilar welds are not present and hence not evaluated during this research. Also, the data available
is not meant for nickel-based alloys.

C2.5.7 Microstructural approach

Microstructural approaches are generally used in conjunction with one another or to supplement
other techniques, because these approaches are limited applicable and have a significant uncertainty.
Therefore, decisions are commonly not made based on a single set of microstructural observations.
Advantages of the microstructural approach are good availability, convenient in use and often not
expensive. After being in service, critical areas should be sampled and a database should be
constructed. Also, indications of time-dependent damage can be observed in changes over time in
appearance, hardness, void size/population.

The remaining life of a component can be estimated on these changes:

1. Hardness and tensile strength are often correlating with remaining life. When the hardness is
above a reference level, the material is considered suitable for continued service at nominal
design stress levels and temperatures. The change in hardness gives an indication of damage
accumulation over time.

2. The evaluation of creep cavities is in some alloys measure for crack initiation and failure. The
time to the appearance of detectable creep cavities depends on factors like microstructure
contents, grain size, stress, and heat treatment. The reported numbers, size and spacing of
cavities depends on the microscopic techniques, sample preparation and experience of the
observer. Several considerations for the creep cavity evaluation:

a. Indicative for creep damage larger than 50%: the presence of multiple cavities larger
than 1.5um on most grain boundaries normal to the principal stress or linked cavities
appearing as micro-cracks or fissures.

b. Preparation of the samples must be adequate for cavity detection and sizing by optical
and/or electron microscopic techniques (e.g. samples free of oxides)

c. Areas especially susceptible to cavitation damage:

i. Fine grain regions of the HAZ
ii. Regions of high stress concentrations
iii. Regions of coarse precipitate particles

d. The optical microscope may be used to obtain information about the creep resistance
or damage state of the material. This information might be used to modify the strain
rate and other coefficient equations (e.g. for the Omega method). Important to note
is that an increase in grain size results commonly in a decrease of strain rate.

C2.6Remediation

In the situation that the component does not satisfy the creep damage criterion within the required
service life or in case the sensitivity analysis indicates unacceptable results, then remedial action is
required. The most likely action is a change in service parameters (e.g. load, temperature, service life)
and then re-performing the assessment.
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C2.7 In-service monitoring

Pressure and temperature are the most effective tools to monitor equipment subject to creep
damage. The information obtained from the monitoring can be used to update the creep remaining
life calculation to determine if continued operation is acceptable.

C2.8 Documentation
Documentation essential for the assessment has to be provided and stored with the equipment record
files. At least included in this documentation is:

a. Assessment level and any deviations to this level

b. Loading conditions (e.g. load histogram) showing the assumed start-up, normal, upset, and
shut-down conditions. Besides the primary loading conditions, additional loads should be
addressed, like thermal gradients and residual stresses.

c. Stress analysis results: the stress analysis method (i.e. FEM) and categorisation of the results.

d. Material properties based on a material specification. Examples are yield strength, ultimate
tensile strength, fracture toughness and creep properties. Also, registered should be the
source of the data and if the data is obtained by direct testing or indirect. In addition, the
process environment should be described including its effect on material properties. For cyclic
loads, the interaction between creep and fatigue should be documented.

e. Sensitivity analysis, which contains a listing of input parameters used to perform a sensitivity
study (e.g. loads, service time, material properties). In case more sensitivity analyses are
required, the results of each individual analysis shall be summarised.

f.  All assumptions used in the assessment should be documented and justified.

g. All departures from the procedures described in the API 579-1/ASME FFS-1 should be reported
and separately justified.

h. All microstructural examination results shall be included in the documentation.

C3. Required tube thickness and maximum allowable working pressure

The APl 579-1/ASME FFS-1 provided equations for minimum thickness and maximum allowable
working pressure (MAWP) for straight sections of pipe and pipe bends subject to internal pressure.
The longitudinal stress (o) is determined for P < 0.385- S - E and tk,;,, < 0.5R, with P is internal
design pressure, S is the allowable stress, E, is quality factor from the code (=0.7 in case unknown),
tL .. is the minimum required thickness based on the longitudinal membrane stress for a tube, and R
is the inside radius of the tube:

PR
tTL"i" = 2SE+04P + Lsi ’ (C5)
MAWPL = 25 Etets). , (C6) and
R—0.4(t—tg))
L_P(_ R _
oh =5 (Z-04) . (c7)

Here, MAWP! is the maximum allowable working pressure based on longitudinal stress, and .1, is the
nominal longitudinal membrane stress for a tube. tg; is the supplemental thickness for mechanical
loads other than internal pressure such as weight of the tube itself or its contents, constraint of
thermal expansion, temperature gradients. The critical thickness (t.) is the result of:
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t. =t —LOSS — FCA , (C8)

in which t is the nominal thickness of the tube, LOSS is the metal loss due to service conditions, and
FCA is the specified future corrosion allowance. The FCA might be determined from corrosion rates
determined in similar service conditions, from previous thickness measurements or from corrosion
design curves.

Circumferential stress (o€) for thicknesses < 0.5R, together with the minimum required thickness
(t,‘ilin) and the maximum allowable working pressure based on circumferential stress (MAWP¢) can
be calculated using:

P-D
tr(;u'n = m + 0.005D + e ) (C9)
MAWPC = 25(tc—0.005D— ¢) (C10) and
D—(tc—0.005D— ¢) ’
¢ _ PID—(tc=0.005D—¢)] (C11)

2(tc—0.005D—¢;)

Where D is the tube diameter and e, is a parameter that is dependent on the presence of a weld and
the geometry of that weld (e.g. strength of weld directly welded to the header or set into a tube seat).

C4. Stress analyses for protection against damage

The APl 579-1/ASME FFS-1 provides procedures for performing stress analyses to determine
protection against several damage mechanisms like plastic collapse, local failure, buckling, and cyclic
loading. Using these procedures, necessary details are generated to obtain a consistent result in
relation with the development of loading conditions, selection of material properties, comparison to
acceptance criteria, and post-processing of results. To perform a proper stress analysis, data and
material models are used (e.g. as described in API 579-1/ASME FFS-1, Annex F). Material data required
is at least:
1. Physical properties—Young’s Modulus, Poisson’s ratio, thermal expansion coefficient, thermal
diffusivity, thermal conductivity, density.
2. Strength parameters — Allowable stress, minimum yield strength, minimum tensile strength.
3. Monotonic stress-strain curve — elastic perfectly plastic and elastic-plastic true stress-strain
curve with strain hardening.
4. Cyclic stress-strain curve — Stabilised true stress-strain amplitude curve.

C4.1 Histogram

In case (any of) the loads vary with time, a loading histogram has to be developed to show the time
variation of each specific load. The loading histogram shall include all significant operating
temperatures, pressures, supplemental loads, and exposure times. Also, the number of cycles (e.g.
start-ups/shutdowns, normal operation, upset conditions), the anticipated sequence of operation,
and the relation/interaction between the applied loadings must be considered. When an accurate
histogram cannot be made, an approximate histogram should be generated. The information
accompanying the approximate histogram include a description of all assumptions made and a
discussion on the accuracy of the established points on the histogram. In conjunction, a sensitivity
analysis must be performed to determine and evaluate the effects of the made assumptions.
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C4.2 Protection against plastic collapse
Plastic collapse load is the load that causes overall structural instability. This is indicated by the inability
to achieve an equilibrium of loads after a small load increase. For the evaluation of protection against
plastic collapse, three analysis methods are given [C1]:
1. Elastic stress analysis method — Allowable stress is that low to avoid plastic collapse.
2. Limit-load method — A lower bound to the limit load is established by applying design factors
to avoid the onset of gross plastic deformations (i.e. plastic collapse).
3. Elastic-plastic stress analysis method — the collapse load is derived considering both applied
loading and deformation characteristics. Design factors are applied to the plastic collapse load
to establish the allowable load.

Due to the relative small wall thickness and the large temperature gradient around the circumferential
of the boiler tube investigated, plastic deformation cannot be avoided and hence elastic stress analysis
cannot be used. Some of the drawbacks of the limit-load method are the disregarding of temperature
fields and reduction in resistance (i.e. weakening) due to deformation. This makes the limit-load
method not suitable for thin-walled boiler tubes and its circumstances. Elastic-plastic (E-P) stress
analysis method remains for the plastic collapse evaluation, especially since this method regards the
stress redistribution and deformation characteristics occurring because of inelastic.

C4.2.1 Acceptance criteria
The protection against plastic collapse is achieved by satisfying two criteria [C1]:

a. General criteria—The plastic collapse load is determined in the E-P stress analysis in which the
load combinations are evaluated by the concept of Load and Resistance Factor Design (LRFD).
These factored loads include a design factor to account for uncertainty. The resistance of the
component against these factored loads is then determined using the E-P stress analysis.
These factors are for example given in APl 579-1/ASME FFS-1, Table B1.4.

b. Service criteria — The design should incorporate the service criteria, which may limit the
component’s integrity. All locations in the component must withstand the design loads (e.g.
see API 579-1/ASME FFS-1, Table B1.4). The effect of deformation on service performance has
to be evaluated at the design load combinations. Although the plastic collapse criteria may be
met, the deformation can be that excessive that design loads must be reduced to meet the
deformation criteria. Some examples to be considered are piping connections and
interference with other components.

C4.2.2 Assessment procedure
A component meets its protection against plastic collapse when using an E-P stress analysis, if the
assessment procedure is followed:

a. STEP 1 - FEM model must include all relevant geometries, loads and boundary conditions. In
addition, model refinement is needed at and around areas of stress and strain concentrations.

b. STEP 2 — All relevant loads and applicable load cases shall be defined. As minimum the API
579-1/ASME FFS-1, Tables B1.1, can be included.

c. STEP 3 — Employing the E-P stress analysis: in case plasticity is expected, the Von Mises yield
function and its associated flow rule must be used. A true stress- true strain curve model that
includes temperature-dependent hardening should be provided.

d. STEP 4 - Load case combination determination for the E-P stress analysis by using the
information from STEP 2.

e. STEP 5 - Performing E-P analysis for each of the load cases as defined in STEP 4. In case
convergence is achieved, the component is stable under the applied loads. Otherwise, the
applied loads have to be reduced or the wall thickness has to be increased, and the analysis
has to be performed again.
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C4.3 Stress analysis for protection against local failure
Adjacent to the protection against plastic collapse, local failure criteria must be satisfied. This is solely
the case if the significance of a strain concentration cannot be established (i.e. the design code does
not provide any guidance on this specific case). The E-P stress analysis is also the most accurate
method for the estimation of the protection against local failure. The acceptance criteria are similar
to those described for the protection against plastic collapse.

C4.3.1 Assessment procedure
The protection against local failure procedure can be constructed as shown underneath:

a.

STEP 1 —E-P stress analysis performance based on load case combinations for the local criteria
(like those given in AP1 579-1/ASME FFS-1, Table B1.4). Non-linear geometry effects should be
considered in the analysis.

STEP 2 - For the location, the principal stresses (i.e. gy, 05, and g3) have to be determined,
together with the equivalent stress (g,) and the total equivalent plastic strain (&,¢4)-
The equivalent stress (g,) is similar to the Von Mises equivalent stress:

S=0. =501 = 0) + (0, —0) + (05 —0)?] . (C12)

STEP 3 — Determination of the triaxial strain limit (g ):

o= o[- () (=) )] =

1+m, 30,

In which &, (uniaxial strain limit), m, (i.e. strain-hardening exponent), and ag; (material
factor for the multi-axial strain limit), are determined from API 579-1/ASME FFS-1, Table B1.6.
For Alloy 617, a nickel-based Super Alloy, the following equations are valid:

m, = 1.90(0.93 — R,) , (C14)
Espec =In|1+ | : (c15)
RAgpec = In [1020_"“] , (C16) and
@y =22 . (c17)

Here R, is the ratio of the minimum yield strength to the minimum ultimate tensile strength,
Espec 1S the specified elongation, € is the elongation (in %), RAg,e. is the specified reduction
in area and RA is the reduction in area (in %). In case the elongation and the reduction in area
are not specified, then ¢;,, = m,. When the elongation and reduction in area are specified:

Eu = max[mz,sspec, RASpeC] . (C18)

STEP 4 — Determination of the forming strain (¢.5) based on the material and fabrication
method in according with the applicable design code. If heat treatment is performed in
according with that design code, the forming strain may be assumed to be zero.

STEP 5 — Verify if the strain limit is satisfied:

Epeq T Ecf S & . (C19)
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In lieu of the assessment procedure, the evaluation of a specific loading sequence requires a strain
limit damage calculation procedure. For that, the loading path has to be divided into load increments
and each load increment has to be evaluated separately using the equations as described in the
assessment procedure. The strain limit damage (D) is then calculated per load increment.

C4.4 Stress analysis for protection against collapse from buckling
Two options exist to account for protection against collapse from buckling [C1]:

a. In the situation that a E-P stress analysis is performed to determine the protection against
plastic collapse, the buckling factor is accounted for when using the load combinations in API
579-1/ASME FFS-1, Table B1.4.

b. A bifurcation buckling analysis can be performed by E-P analysis. This is done with the effects

of non-linear geometry in the solution to determine the pre-stress in the component. In this
1.667

BCT
and S, is the buckling reduction factor). The pre-stress can be determined based on the

loading combinations in API1579-1/ASME FFS-1, Table B1.2. The buckling reduction factor (8,;)
may be used to account for imperfections in the component, but other factors can be used
when developed from published data. The .- for a cylinder (i.e. tube) under axial
compression with an outer diameter (D,) to wall thickness (t) ratio of approximately 20:

case, a minimum buckling factor of @, = has to be used (with @y, is the buckling factor

338 338
Ber = el = 105 = 0.83 . (C20)

C4.5 Stress analysis for protection against failure from cyclic loading (fatigue)
Thermal cycling of the boiler tubes causes fatigue and a fatigue evaluation must be performed to
determine the protection against failure from cyclic loading. First, screening criteria have to be
investigated to determine if a fatigue analysis is required. In case a fatigue evaluation is required,
fatigue curves may be used (if applicable) and ratchetting has to be taken into account.

C4.5.1 Screening criteria for fatigue
Fatigue analysis is not required when the provisions of one of three options are met. The first option
is based on experience with comparable equipment. This experience is not (sufficient) available and
this option is for that reason disregarded. Method A is the second option and can solely be used for
materials with a specified minimum ultimate tensile strength < 552 MPa. Nickel-based alloy 617 has a
specified minimum ultimate tensile strength of 665 MPa, and therefore method A is not valid. Method
B remains as option and can be used for all materials [C1]:
a. STEP 1 - Load history determination including all significant cyclic operation loads and events
(see paragraphs 2.6.1 and 2.6.2).
b. STEP 2 — Determine the fatigue screening criteria factors C; and C, based on the type of
construction (e.g. in accordance with APl 579-1/ASME FFS-1, Table B1.9, and ASME VIII, div.
2, Table 5.10). The boiler tube is considered being an “integral structure”, since it absorbs all
or most of the stresses applied by itself (i.e. the tube is not able to transfer most/all of the
stresses to the structural steel). The tube is also considered a “flawless other component”.
The adherent values are C; = 3 and C; = 2.
c. STEP 3 - The design number of full-range pressure cycles (Narp) can be calculated based on
the load histogram (STEP 1). In case the following equation is valid, continue to STEP 4:

Nppp < N(C1Sp) ) (C21)

in which S,,, is the allowable stress based on the material and design temperature. N(C;S,,)
is the number of cycles until failure for €S, (i.e. 3S;,,).
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d. STEP 4 - Determination of the maximum range of pressure fluctuation during normal
operation (APy) and the adjacent number of significant cycles (N,p) based on the load
histogram of STEP 1. In which S is the stress amplitude taken from the fatigue curve for a
certain temperature evaluated at 10° cycles. Start-ups and shut-downs are not considered
here. In case the following equation is satisfied, proceed to STEP 5.

P (SN
APy < C—l(%) , (C22)

In which P is the design pressure of the system, and S, is alternating stress obtained after a
specified number of operating cycles.

e. STEP 5 - Determination of the maximum temperature difference between any two adjacent
points during normal operation (ATy) and the corresponding number of cycles (Nary) based
on the load histogram from STEP 1. In case the following equation is satisfied, go to STEP 6.

ATy < (M) , (C23)

C2Eymam

in which E,;, is Young’s modulus at the mean temperature of the cycle, and a,, is the
coefficient of thermal expansion at the mean temperature.

f. STEP 6 — Determination of the maximum range of temperature difference fluctuation (ATg)
during normal operation excluding start-ups and shutdowns and the corresponding number
of significant cycles (Nargr) based on the load histogram from STEP 1. In case the following
equation is satisfied, proceed to STEP 7.

ATy < (Sa(NATR)) ] (C24)

CEymam

g. STEP 7 — Determination of the maximum range of temperature difference fluctuation during
normal operation for two adjacent components manufactured from different materials. Only
Alloy 617 is considered in this research and for that reason this step is not applicable.

h. STEP 8 — Determination of the equivalent stress range derived from the specified full range of
mechanical loads (AS,,; ) including piping reactions, but excluding pressure and corresponding
number of significant cycles (N,s) based on the load histogram from STEP 1. A fatigue analysis
is not required in case:

ASpy < Sa(Nas) . (C25)

C4.5.2 Assessment procedure

A fatigue analysis is performed using an elastic-plastic (E-P) method. The effective strain range is
calculated for each cycle in the load histogram using either cycle-by-cycle analysis or the Twice Yield
method. The calculated results are used to evaluate the fatigue damage. For the cycle-by-cycle
analysis, a cyclic plasticity algorithm with kinematic hardening shall be used. The Twice Yield Method
is based on a specified stabilised cyclic stress range-strain range curve and a specified load range
representing a cycle. The output of this analysis is the stress range and the strain range. Advantage of
this method is that it is performed in the same manner as a monotonic analysis and does not require
unloading and reloading as with the cycle-by-cycle analysis. The Twice Yield Method may be used with
an analysis program without cyclic plasticity capability. The stabilised cyclic stress-strain curve and
other material properties are based on the data at average temperature of the cycle. This data can be
obtained by testing of by using the data from other sources.
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STEP 1 — Load histogram determination (for example with the methods in APl 579-1/ASME
FFS-1, Annex B2).

STEP 2 — Determination of the individual stress-strain cycles for a location subject to fatigue
(by using the cyclic counting methods in APl 579-1/ASME FFS-1, Annex B2). The total number
of cyclic stress ranges in the histogram is defined as M.

STEP 3 — Determination of the loading at the start and end point of the k™ cycle counted in
STEP 2. The loading ranges (i.e. differences between the loadings at the start and end point of
the cycle) have to be determined based on this data.

STEP 4 — E-P stress analysis shall be performed for the k™ cycle. For cycle-to-cycle analysis,
constant amplitude loading is cycled using cyclic stress amplitude-strain amplitude curve. For
the Twice Yield Method, the loading at the start point of the cycle is zero and the loading at
the end point is the loading range determined in STEP 3. For the analysis, the cyclic stress
range-strain range curve or hysteresis loop stress-strain curve can be used. For thermal
loading, the loading range in the Twice Yield Method may be applied by specifying the
temperature field at the start point of the cycle as an initial condition and applying the
temperature field at the end point of the cycle in a single loading step.

STEP 5 — Calculation of the effective strain range (Ag, ) for the k™ cycle:

AS
Ageff,k = ﬁ + A‘gpeq,k , (C26)

where ASp i, is the range of primary plus secondary plus peak equivalent stress for the k™ cycle
(i.e. the Von Mises equivalent stress range), Eyq  is the value of elasticity modules of the
material at the point under consideration, evaluated at the mean temperature of the k' cycle,
and Agpeq  is the equivalent plastic strain range for the k" loading cycle. The ASp i and the
Agpeq k are calculated:

ASp, = 1 (AU11,k - AUzz,k)z + (A011,k - A033,k)2 + (Aazz,k - A033,k)2 +
G 6(Acf, i + Aok + Adgs )
, (C27) and
Aey, . =2 (Ap11x — APzz,k)z + (Apazx — AP33,k)2 + (Apsas — AP11,k)2 +
e 3 1-5(Apfz,k + AP%3,k + AP32'1,k)

) (C28)

in which Agy; is the stress component, Ap;; is the plastic strain range for the k" cycle, and ‘i’
and j are the stress directions. Often the ASp . and the Ag),, . are output variables obtained
directly from the stress analysis.

STEP 6 — Determination of the effective alternating equivalent stress (Sg;; ;) for the k™ cycle:

1
Saltk = S By A“’:eff,k ’ (C29)

in which Ey ¢ is the value of the elasticity modulus of the fatigue curve. For this value the
Young’'s modulus at the assessment temperature or at the mean temperature can be taken.
STEP 7 — Determination of the permissible number of cycles (N, ) for the alternating equivalent
stress as calculated at STEP 6. Fatigue curves can be created out of testing or from the fatigue
curves as given in other sources.
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h. STEP 8 — Compute the fatigue damage for the k' cycle (Dg x)with the actual number of

k.

repetitions of the k™ cycle (ny).

Df,k = (C30)

Ng

STEP 9 — Repeating STEPs 3 to 8 for all stress ranges (M) identified in the cycle counting process
of STEP 2.

STEP 10 - Calculation of the accumulated fatigue damage by summation of the value
computed at STEP 9. The location in the component is acceptable in the protection against
failure from cyclic loading in case:

Yke1Dpp < 1.0 . (C31)

STEP 11 — Repeat STEPs 2 to 10 for each location in the component subject to fatigue.

The fatigue assessment of welds is also handled, though at the moment welds are not considered in
the research.

C4.5.3 Ratchetting Assessment

The elastic-plastic (E-P) stress analysis can be used to evaluate the protection against ratchetting. This
assessment is performed in a similar manner as that for fatigue, though is limited to thermal load
cycling. In case protection against ratchetting is satisfied, it is assumed that progression of the stress-
strain hysteresis loop along the strain axis cannot be sustained with cycles and that the hysteresis loop
will stabilise. As result a separate check for plastic shakedown to alternating plasticity is not required.

a.

STEP 1 - Numerical model set-up including all relevant geometry characteristics and boundary
conditions.
STEP 2 — Definition of all relevant loads including internal maximum allowable working
pressure, weight of the remainder material (dead weight) underneath the location evaluated,
effects of steady-state and transient fluid momentum, and the self-restraining load for
thermal loads or applied displacements.
STEP 3 — Utilisation of the Von Mises yield function and associated flow rule. The plastic limit
is defined by the minimum yield strength at temperature. In the stress analysis, non-linear
geometry effects must be considered.
STEP 4 - For the (combination of) load(s) that causes the highest likelihood of ratchetting, an
E-P stress analysis shall be performed for a number of cycling repetitions.
STEP 5 — After application of at least three complete cycling repetitions, the ratchetting criteria
are evaluated. If any of the following conditions is achieved, the ratchetting criteria are
satisfied. In case these conditions are not met, the wall thickness of the boiler tube has to be
increased or the applied loads have to be reduced. Additional cycles may be needed in the E-
P stress analysis to ensure convergence of the results (i.e. stabilisation of the stress-strain
hysteresis loop). The criteria/conditions:

1. No plastic strains in the component

2. An elastic core in the primary-load-bearing boundary exists

3. The overall dimensions of the component do not change permanently. This can be

shown by plotting the relevant dimensions versus time between the last and the
before-last cycles.
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(C4.5.4 Fatigue analysis: cycle counting
The AP1579-1/ASME FFS-1 (edition 2007), Annex B3, provides two cycle counting methods, though an
alternative cycle counting method may be used.

The rainflow method

The rainflow cycle counting method according to ASTM E1049 is recommended to determine the time
points representing individual cycles in case the stress or strain variations can be expressed in a single
parameter. This method is not suitable for non-proportional loading. Due to the thermal variations
(i.e. fluctuating thermal gradient) around the circumferential of the boiler tube during a thermal cycle,
the load orientations cannot be considered fixed. This causes a non-proportional loading, and hence
the rainflow method is not suitable.

Max-Min cycle counting method

In case of non-proportional loading, the max-min cycle counting method is recommended to
determine the time points representing individual cycles. This is the method used in the project and
already described in paragraph 2.5.4 of the main report.

C5. Material properties for a FFS assessment

This section provides a guidance on the materials information required for the Fitness-For-Service
(FFS) assessment. When incorporating the material properties, the assessment should reflect any
change or degradation (e.g. due to aging).

C5.1 Yield strength and ultimate tensile strength

The most proper manner to obtain yield strength (YS) and ultimate tensile strength (UTS) is by tensile
testing the material in accordance with a standard, like ASTM A370 or ASTM E8. In case the
temperature used for the FFS assessment is significant different than the temperature at which the
yield strength and ultimate tensile strength are determined, a temperature correction factor has to
be applied. For nickel-based alloys, like Alloy 617, the yield strength and ultimate tensile strength
cannot be converted from the hardness. In the absence of heat specific data, mean values for the yield
strength and the ultimate tensile strength can be estimated by:

gmean — gmin 4 69 MPa , (C31) and
oyt = gt + 69 MPa . (C32)

For Alloy 617 the yield strength and ultimate tensile strength at several temperatures are provided in
a number of material data sources.

C5.2 Flow stress

The flow stress (a5) may be referred to as the effective yield strength of a work hardened material.
The concept of the flow stress allows a material to be treated like an elastic-plastic material that can
be characterised by one strength parameter. For example, the flow stress can be used as the stress
level in the material that controls the resistance against plastic collapse failure. The flow stress can be
estimated by one of these equations:

— (Uys+0'uts)

O'f 2 ,

(C33)
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gr = 0ys + 69 MPa , (C34) or

Oys (12ﬂl)nR0
op = —= 1 4 00027 . (C35)

2 exp(nro)

C5.3 Material Properties Council model

The model predictive control (MPC) model can be used in FFS calculations for constructing a stress-
strain curve in case strain-hardening characteristics must be considered. This model is described in
paragraph 4.3 of the report.

C5.3.1 Tangent modulus in the MPC model

The slope of the stress-strain curve at any specified stress or strain is described by the tangent modulus
(Et). Before the proportional limit, the tangent modulus is equal to the Young’s modulus. Beyond the
proportional limit, the tangent modulus varies with the strain. In the MPC model, the tangent modulus
beyond the proportional limit is equated:

_ 0o
- 6£t

E¢

de\ "1 1 -1
= (a_‘;f) = (E—y +D,+D,+D; + D4) : (C36)

At which D, to D, are coefficients for the calculation of the tangent modulus. These are calculated:

o)

(5r) '

2m1A1

D, = (C37)

D, = —% ;1) . (O'(mil) {;} {1 —tanh?[H]} + mila(mil_l) tanh[H])

(m_1 K(Uuts—Uys)
Al
, (C38)
D3=U(m_—2(_;)) , (C39) and
ZmzAsz
s =3 <y ) (0 i} 1~ om0 bl
A 2

2

(C40)
The other symbols are the same as for the MPC model as described in paragraph 4.3 of the report.

C5.4 Ramberg-Osgood Model
Another model to construct a stress-strain curve for FFS assessment calculations, is the Ramberg-
Ostgood (RO) model. In case a J-integral calculation is required, the exponent (ngo) can be used. The
true strain (&) is computed by:

1
— %t 4 (9 \mro —
Eps = B + (HRO) =1In(1+ &) , (C41) and
0 = (1 + €45) 005 , (C42)

in which €,4 and g, are the engineering strain and engineering stress respectively, ng, is an material
exponent and Hp, is a constant.
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In case multiple data points are available for stress-strain curve construction, the data fitting exponent
ngo and constant Hp, can be determined using regression techniques. When solely the yield and
ultimate tensile strength are known, npy and Hgo can be calculated:

_ 1+1.3495(R)-5.3117(R)?+2.9643(R)3

MrRo = 113 .0097(R)—11.7464(R)? ’ (C43)  with
Oys
R=—"— , (C44) and
Outs
Hpp = %&[)nm] . (C45)
RO

C5.5 Cyclic stress strain curve
The cyclic stress-strain curve (i.e. strain amplitude versus stress amplitude) can be calculated by
equation (4.5A) and must always be part of the fit-for-service assessment.

C5.6 Physical Properties
The design codes WRC 503 or the ASME B&PV Code, Section Il, Part D, and other data sources are
providing physical property values for the full temperature range of:

e Young’'s modulus (Ey)

e Poisson’s ratio (v)

e Coefficient of thermal expansion (o)

e Thermal conductivity (for thermal stress calculation)

e Thermal diffusivity (for transient thermal stress calculation)

e Density

C5.7 Fracture toughness

The fracture toughness is the ability of the material to withstand crack initiation and propagation. The
FFS assessment for the fracture toughness can be based upon the critical stress intensity factor (Kic),
the critical value of the J integral (Joit), and/or the critical crack tip opening displacement (CTOD or
dcrit). In case this data is available, it is usually based upon components containing crack-like flaws.
Although solely components without any flaws are acceptable for this research (since the crack-like
flaws are not acceptable due to the relatively small tube wall thickness in combination with a cyclic
loading), it is valuable to determine the resistance of the component versus irregularities at the
surface (e.g. scratches) that may cause stress concentrations.

C5.7.1 Assessment of fracture toughness from Charpy V-Notch data

The fracture toughness (in Kic) can be obtained directly from the Charpy V-Notch (CVN) impact energy
using correlations. Therefore, the impact energy should be determined at the lowest temperature
expected for the component (i.e. most brittle circumstances). For the research that would be CVN
testing at room temperature (i.e. 20 °C). Commonly an impact energy value of 27 Joule is an acceptable
value for fracture toughness/impact strength when tested using a standard sized CVN sample. Effects
of a reduced cross sectional area of a sub-sized CVN sample (due to the thinner wall thickness of the
boiler tube) on the absorbed energy and the transition temperature must be considered by using
correlations like provided in the ASTM A370.
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Assessing fracture toughness (K;c) from CV N results for the boiler tubes, upper shelf correlations can
be used, since the high service temperatures and FCC microstructure of Alloy 617 make it likely that
brittle fracture is avoided. The first correlation is from Rollfe-Novak-Barsom:

Kic = 0.80, (ﬂ - 0.01) . (C46)

Oy

The second correlation is based on the lower bound estimate recommended in the WRC 265 standard:

CVN

Kic = O'ys\/O.SZ( - 0.02) . (C47)
Two cautions must be regarded for establishing the fracture toughness based on CVN data [C1]:
1. The CVN data should be representative for the component being evaluated (i.e. should be
heat and heat treatment specific and should reflect the microstructure).
2. An appropriate temperature must be chosen to perform the assessment. The worst-case
loading may not be at the lower temperature, but at a higher temperature.

Oys

C5.8 Material data for creep analysis

C5.8.1 Time to rupture

An estimation of the time to rupture can be obtained by the method as described in paragraph 2.4 of
the report or by using either one of two methods: Material Properties Council (MPC) Project Omega
program or the API STD 530 data, which uses the Larson-Miller Parameter (LMP).

MPC Project Omega Data

In the MPC method, the rate of strain accumulation is predicted by using a strain-rate parameter and
a multi-axial damage parameter.

L=—1 ) (C48)

écoﬂm

in which L is the remaining life, £, is the initial creep strain rate at start of the time period based on
stress state and temperature and parameter (2, is the Omega multi-axial damage parameter. The
&0 Can be equated:

1

Plogée, = = {(Ao + A7) + (s ) (A1 + 455, + A3SE + A,57)) [°c]

) (C49)

in which A, to A, are curve-fit coefficients for the MPC strain rate parameter (to be determined for
Alloy 617), A7 is an adjustment parameter for the creep strain rate which is -0.5 for the bottom of
the scatter band and +0.5 for the top of the scatter band, T is the temperature in degrees Celsius and
S; is the logarithm for the effective stress.

S, = *log(a,) , (C50)  with
0 = 55+/(01 = 002 + (0, — 03)7 + (03 — 01)° : (c51)

in which g4, g, and o3 are principal stresses, and g, is the effective stress.

The Omega multi-axial damage parameter ({2,,,) can be equated:

O = 002 4 agngy , (C52)
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in which £2,, is the omega damage parameter based on uniaxial loading, §, is the damage parameter
exponent, a,, is a parameter based on the state-of-stress (i.e. 3.0 for pressurised spheres or formed
heads, 2.0 for pressurised cylinders of cones, and 1.0 for all other components and stress states), and
ngy is the Bailey Norton coefficient evaluated at the reference stress in a load increment.

0, = max[(2 — nyp),3.0] , (C53) and
10 cd 1 2 3 o
log 2 = {(Bo + 85%) + (s55557) (By + B2Si + BS? + BuS?) ) [°c]
(C54)

Here, (2 is the Omega uniaxial damage parameter, and Af)d is an adjustment factor for creep ductility
for a range of +0.3 for brittle behaviour and -0.3 for ductile behaviour. B, to B, are coefficients for
the Omega parameter which still have to be determined for Alloy 617.

o1t+0,+0:
8y = By (10—23 ~1.0) , (C55)

in which B, is the Prager factor of 0.33. The Bailey Norton coefficient (nyg) then becomes:

492+1.8T

g = — {(s5rsr) (42 + 2455, + 34,52)} [°C]
. (C56)

Drawback of the MPC method is that primary creep effects are not considered. The effects of primary
creep may be neglected when the stress from the applied load is < 50% of the minimum yield strength
at the assessment temperature.

API STD 530 Data
Different method to calculate the Larson-Miller parameter (LMP) ed:

LMP (o) = (1.8T + 492)(CLyp + "log[L])1073 . [°C]  (C57)

C5.8.2 Creep strain rate data
The creep strain rate (€.) can be calculated by the method as described in paragraph 2.3.

Cé6. Literature
[C1] API 579-1/ASME FFS-1, “Fitness-For-Service”, American Society of Mechanical Engineers and
American Petroleum Institute, June, 2007.
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Appendix D - Mathematics and explanations
In this appendix, the mathematics and more detailed explanations are given for the theory in the
report.

D1. Example calculation: Creep strain rate determination at 750 °C
As an example, the values of n and B, for the creep rate at 750 °C have been determined. Equation
(2.3D) can be rewritten as:

logé. =log B, + nlogo —nlogu + log (exp (;QTC)) , (D1A)
with:
Q. =410 kJ/mol
R = 8.3145 J/molK
T =750°C=1023K
u =62 GPa at 750 °C
and:
-Qc _ ln(exp(_R—%,c)) _—Q
log (exp (F)) - 2.303 ~ 2.303RT ’ (D18)

In equation (D1A), B, and n are unknown, while €. and o can be determined from the graph shown in
figure 2.12 of the report. Since most parameters are independent on the stress and remain unchanged
for a certain temperature, the following deduction can be made:

logé.; =logB. +nlogo; —nlogu — 2.3§§RT (D1C1)
logé., =logB. +nlogo, —nlogu — 2.3§§RT -/- (D1C2)
logé.; —logé., =nlogo; —nlogao, (D1D)

which can be rewritten as:

lo far _ nlogZ , D1E
g;2 = nlog?! (D1E)

Two points have been selected along the 750 °C trendline at:

o, =90 MPa €1 =105
o, =480 MPa €2 =10%s?

Filling these points in equation (D1D), results in a value for the stress exponent of n = 8.3 at 750 °C.
Now, the value of B, can be determined by rewriting equation (2.3D) from the report:

Bo=¢. () exp (%) (D1F)

Using the parameters known, both calculated and determined from the graph, a value of B, is
obtained of 2.64:10% s™. With the B, obtained, the creep rate can be determined for each stress
applied at 750 °C.
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D2. Stress relaxation: the analytic method.

The development of creep strain in combination with relaxation stress may be described using an
analytical method. First, the creep strain rate is expressed as a function of the stress, which in turn is
dependent on the strain.

¢ = f(a(e)) , (D2A)
with,

o(e) =a(ey —€) . (D2B)
Using the simplified Norton’s creep equation as is used in ANSYS as well:
fl@)=c, 0% e Tk ) (D20)

in which ¢4, ¢; and c3 are temperature-dependent but time-independent parameters. The first and
the last terms in equation (D2C) are time-independent and can be combined into parameter c,:

flo) =c4 0% . (D2D)

The initial applied strain (€g) is converted to creep strain (€. ¢(t)) during stress relaxation and the
resulting stress at time t is o (t):

o) =E- (EO - Ec,s(t)) , (D2E)

with which equation (D2D) can be transferred to a function of strain over time (e(t)):

Fle() = cy - E - (€ — €05(D) : (D2F)

Since E is temperature-dependent but time independent, ¢, and E€2 can be combined into ¢s and
equation (D2A) becomes:

€ =cs (e —€c5(t)” . (D2G)

The strain rate is the creep strain rate, so € = €. ;(t) and equation (D2G) is separable:

éc,s(t) ) (EO - Ec,s(t))_cz = Cs . (D2H)

Integration of equation (D2H) over time results into:

[(60 = €0o()) ™ - d(ens(t)) = — —(E"_e“(t))l_cz] =cs t+eg, (D21)

1-c,
in which c; is the constant evolving from the integration. Equation (D2l) has to be written to the form

where €. ¢(t) is expressed in terms of the other parameters. First sub-step:

1-c,

(50 —€¢s (t))

=(1-c)(cg—c5°t) ) (D2J))

with ¢4 being the final constant evolving from the integration (negative of cg). This leads to:

1

(50 - Ec,s(t)) = ((1—cy)(cg —C5 t))E , (D2K)



from which the €. (t) is singled out:

€cs(t) =€ — ((1 —c)(c6 — C5 15))E . (D2L)

The value of ¢4 is determined by using the boundary condition that for t = 0 no creep strain has
developed yet (i.e. €. ;(t) = 0):

1
0=¢p— ((1 - 02)06)E fort=0. . (D2M)

The value of cg is then calculated as:

eo(1¢2)

e = (D2N)

1—C2

Combining equations (D2L) and (D2N) gives the final equation for the analytic equation for the creep
strain development over time:

1

co(1=c2) 1-cz
€cs(t) =¢ —| (- cz)( o Cs t) . (D20)
Knowing that ¢; = n, and:
Ce =cy e Tk . Ee2 , (D2P)
results in:
1

50(1_n) —c3T7 ! n o
€cs(t) =€ — (1—n)( e E -t) , (D2Q)
in which ¢y is:

B

;= H—; , (D2R)

with B, is a temperature-dependent constant and p is the shear modulus at temperature. c3 is a
constant consisting out of the activation energy for diffusional creep (Q.) and the gas constant (R):

Qc __ 410000

= = 49311.4 inkl . (D2T)
R 8.3145

C3 =

Combining equations (D2Q), (D2R) and (D2S) gives the final equation for €. ¢ (t):

1

e (-1 E\" —49311.4 1-n
Ecs(t) =€ — <(1 -n) ( Ol_n - B (;) -e Tk - t)) , (D2U)

With T being the temperature in Kelvin.
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D3. Mendelson-Roberts-Manson correlation for creep rupture

Although the Larson-Miller method is most frequently used and considered for this research, also the
Mendelson-Roberts-Manson (M-R-M) correlation may be used [D1,D2] to determine the minimum
time to rupture (tR,min) at a certain temperature and stress [D2]:

1 7568
10810(trmin) = —20.66 + 37531 (E) +1.2010810(0) = 52 log10(0),
(D3A)

with tg ;i in hours, o in MPa and T in Kelvin.

The Larson-Miller method is considered in the research instead of the Mendelson-Roberts-Manson
method because there is more LMP data available and LMP is the method referred to in the ASME.

D4. Relation between the total strain, elastic strain and plastic strain.
When the change in strain amplitude (Ag,) is plotted as a function of the change in the number of
cycle reversals (A2N) and the axes are swapped, the graph as shown in figure D4.1 is constructed,
which is applicable for bs=-0.12 and ¢f =-0.76, so in the temperature range of 538 — 704 °C.
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Change in strain amplitude, LOG(Ag,)

Figure D4.1: Change in number of cycles with change in total strain amplitude (538 — 704 °C).

The polynomial equation for the temperature range 538 — 704 °C for Ae, higher than zero (red in
figure D4.1):

log(A2N) = 0.17495 - (log(Agy,))* — 0.67926 - (log(Ag,))3 + 1.0847 - (log(Ag,))? — 2.2456 -
log(Ae,) — 14713 - 1073 (D4A)
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The polynomial equation for the temperature range 538 — 704 °C for Ag, lower than zero (blue in
figure D4.1):

log(A2N) = 42.644 - (log(Ag,))® + 113.55 - (log(Ag,))® + 103.48 - (log(Ae,))* + 35.566
- (log(Ag,))3 + 7.5522 - (log(Ag,))? — 1.9466 - log(As,) + 2.4949 - 1073
(D4B)

When the elastic strain part becomes that large in comparison to the plastic strain part, the strain
amplitude can be described with the elastic strain part equation only. This is considered when the
elastic strain part is 99.9% of the strain amplitude (i.e. plastic strain part is 1,000x smaller than the
elastic strain part). This is from a change in strain amplitude (Ag,) smaller (more negative) than -0.80
and this is indicated by the green line in figure D4.1. This line is known to progress through the point
(-0.303,0) of the graph, since at the transition point the elastic strain part is half of the total strain
amplitude (i.e. LOG(0.5)=-0.303) and there are no additional cycles in comparison to the transition
point. This leaves the equation:

log(A2N) = — 9.0909 - log(Ae,) — 2.7366 (D4C)

in which the slope is the reciprocal of the slope of the elastic strain part versus number of cycles to
failure curve (i.e. -0.11).

For the temperature range of 704 — 871 °C, the change in number of cycle reversals (A2N) plotted as
function of the change in strain amplitude (Ag,) is shown in figure D4.2, which is applicable for
bg=-0.09 and ¢f = -0.76.

¢hange in number of cycles, LOG(AN)

A0
Change in strain ampI'itude, LOG(Ae,)

Figure D4.2: Change in number of cycles with change in total strain amplitude (704 — 871 °C).
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The polynomial equation for the temperature range 704 — 871 °C for Ag, higher than zero (red in
figure D4.2):

log(A2N) =0.19932 - (log(Ag,))* — 0.75929 - (log(Ae,))® + 1.1779 - (log(Ag,))? — 2.2863
‘log(Ae,) — 1.8081 - 1073

(D4D)

The polynomial equation for the temperature range 704 — 871 °C for Ag, lower than zero (blue in
figure D4.2):

log(A2N) = 67.058 - (log(Ag,))® + 186.15 - (log(Ag,))® + 171.15 - (log(Ae,))* + 58.297
- (log(Ag,))3 + 11.109 - (log(Ag,))? — 1.8378 - log(As,) — 3.2569 - 1073
(D4E)

The green line is for the situation that the elastic strain part is more than 99.9% of the strain amplitude,
which is the case for changes in the strain amplitude of -0.70 and more negative:

log(A2N) = — 11.111 - log(Ae,) — 3.3448 (D4F)

in which the slope is the reciprocal of the slope of the elastic strain part versus number of cycles to
failure curve in figure D4.2 (i.e. -0.09).

For the temperature range of 871 — 982 °C, the change in number of cycle reversals (A2N) plotted as

function of the change in strain amplitude (Ag,) is shown in figure D4.3, which is applicable for
bg=-0.08 and ¢f = -0.76.

(en]

R
B

Change in number of cycles, LOG(AN)

4,0

Change in strain amplitude, LOG(A¢g,)

Figure D4.3: Change in number of cycles with change in total strain amplitude (871 — 982 °C).

D-6



The polynomial equation for the temperature range 871 — 982 °C for Ag, higher than zero (red in
figure D4.3):

log(A2N) =0.13043 - (log(Ag,))* — 0.59670 - (log(Ag,))? + 1.0670 - (log(Ag,))? — 2.2670
‘log(Ae,) — 3.7390 - 1073
(DAG)

The polynomial equation for the temperature range 871 — 982 °C for Ag, lower than zero (blue in
figure D4.3):

log(A2N) = 34.511 - (log(Ag,))® + 152.69 - (log(Ag,))® + 164.38 - (log(Ae,))* + 57.561
- (log(Agy))? + 11.160 - (log(Ag,))? — 4.3495 - log(Ag,) — 3.6345 - 1072
(D4H)

The green line is for the situation that the elastic strain part is more than 99.9% of the strain amplitude,
which is the case for changes in the strain amplitude of -0.65 and more negative:

log(A2N) = —12.500 - log(Ag,) — 3.7629 (D41)

in which the slope is the reciprocal of the slope of the elastic strain part versus number of cycles to
failure curve in figure D4.3 (i.e. -0.08).

Because the values of the cycles are taken on a log-scale, the total number of cycles reversals to failure
(2Ng)is:

2N; = 2N, - 10'°8(42N) = 2N, - A2N . (D4J)

D5. Equation for the time to rupture

The time to rupture (tg) has to be determined as one of the criteria in the Toolbox. In paragraph 3.2.4,
the final equation for calculating the time to rupture is given as equation 3.2B. In this paragraph, the
mathematics for constructing this equation is given. The main equations as described in equations
(2.8D) and (2.4B) are repeated here:

o = 8.2081- 105 - exp(—3.7920 - 10~4LMP) , (D5A) and
LMP = Ty (logtg + 20) . (D5B)

First, equation (D5B) is rewritten to express tg as function of the Larson-Miller Parameter (LMP) and
the temperature in Kelvin (Tx):

LMP

tp = 1olTe20) . (D5C).

The second step is to rearrange equation (D5A) in order to express the LMP as function of the stress
(o) with using as constants Ar = 8.2081 - 10° and By = —3.7920-10~*:

LMP = lnl(;—A_R) . (D5D)

R
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Combining equations (D5C) and (D5D) gives:

LMP (@_20>
- Bp'T
tp = 1olFe20) = 10\ 77X . (DSE)

Equation (D5E) can be reduced further by using:

(x-y) — 10°
10 5 ) (D5F)
In(x) = 2.3026 - log(x) . (D5G)
These equations transform equation (D5E) into:
2.3026-10g(£>
BrTk
10
tR="To0 , (D5H)
and by using:
107108(%) = xz , (D51)
the final result for ty is obtained:
2.3026
)
A
tR = };07 . (DSJ)
Filling out Ap and Bp, leads to:
2.3026 . —-6.0723-103
a —3. 10— a T
tr = (8.2081-105) 37920107 — (8.2081-105) K (DSK)
R 1020 1020

D6. Literature

[D1] D.K. Fork, J. Fitch, S. Ziaei, R.1. Jetter, Life Estimation of Pressurized-Air Solar-Thermal Receiver tubes, Journal of
Solar Energy Engineering, SOL-12-1058, 2012.

[D2] D.R. Eno, G.A. Young, T.-L. Sham, A unified view of engineering creep parameters, Proceedings of PVP 2008 ASME
Pressure Vessels and Piping Division Conference, art. 61129, 2008.
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Appendix E - Bree diagram

The Bree diagram may be used to investigate the change of ratchetting or plastic shakedown (i.e. low-
cycle fatigue) of a component subject to a combined constant primary stress (o;,) and thermal stress
(g¢), which is caused by a uniform through-wall temperature gradient. This temperature gradient
causes the warmer side of the wall to expand more than the colder side and because the colder side
of the wall restrains the warmer side from expanding, a bending stress arises. This thermal bending
stress is cyclic when temperature variations are present and this stress is described by:

o =FE-a-AT , (E1)

in which E is the elastic modulus, a is the coefficient of thermal expansion and AT is the temperature
difference.

In case the temperature gradient is considered linear over the wall thickness (s), the thermal stress is
always zero at the centre of the wall (i.e. x = 0). For that reason, it is convenient to choose the centre
of the wall as zero in the through-wall coordinate system. The surfaces are at:

x =4

N»

(E2)

The thermal stress at the warmer side of the wall is a compressive stress (i.e. negative stress) due to
the constraint, while at the colder side the thermal stress is in tension. The thermal stress progression

through the wall (o;(x)) can for that reason be described by:
<x<

or(x) = z?xat for - , (E3)

N »
N|@©

where —% is the warmer side of the wall and % is the colder side. Although a tension and compression

stress exist, the nett thermal stress (o) is the stress of evaluation.

In case the thermal stress is a cycling stress, several cycling modes may occur. These cycling modes
and stress combinations are displayed in the Bree diagram in figure E1.1. In the Bree diagram, the
constant primary stress (d,,) and the thermal cyclic stress (g;) are given as a normalised stress in
relation to the yield strength (g,,). The primary stress is maximised to the yield strength to avoid
yielding. The thermal cyclic stress (g;) can be higher than the yield strength, and combined with the
primary stress it leads to one of the cyclic modes, which are shown in figure E1.1 as:

e E Elastic cycling.

e S Elastic shakedown.
e P Plastic shakedown (i.e. low-cycle fatigue).
e R Ratchetting.

In the following paragraphs, elastic cycling, elastic shakedown, plastic shakedown and ratchetting are
described, including the stress combinations for which these cycling modes appear.
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Figure E1.1: Bree diagram for elastic cycling (E), elastic shakedown (S), plastic shakedown (P; i.e. low-cycle
fatigue) and ratchetting (R) [E1].

E1. Elastic cycling

Elastic cycling occurs when the combined constant stress and cyclic thermal stress remains always
lower than or equal to the yield strength (g, over the entire wall, regardless if both stresses are in
tensile or in compression direction:

|lop + a¢| < oy | : (E4)

This region is shown in the Bree diagram of figure E1.1 by the letter “E”.

E2.Yielding
In case some yielding occurs due to the thermal stress (i.e. g, + g; > a,)). The total stress consists of
an elastic part (g,; = ay,) and a plastic part (g,,; = 01). When this stress combination acts on the wall,

it may be described as:

% . (E5)

S
~—x s
2
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Now g, can be expressed as equation of the other terms:
N 2x

01=(E—x)-%—ay=(1—?)at—ay . (E6)

Because primary stress (d;,) is equal to or lower than the yield strength (a,), any occurring yielding is
caused by the thermal stress. Therefore, an equilibrium stress equation for the wall thickness can be
constructed in which both primary stress and yield strength are constant over the wall and the local
thermal stress depends on the distance from the centre of the wall as described by equation (E3). This
equilibrium equation may be given as:

s(oy —0p) = %G - x) (ay + 01) , (E7)

in which the constant stresses are given on the left side of the equation and the thermal stress
including yielding is given at the right side of the equation. The plastic strain () is then:

o= 2R -0, =2, (€8

Equations (E6) and (E8) should give the same result, thus:

2 4(oy—0;
(1—%)at—ay=—(y p)—ay ) (E9)

(1-%)

and to be able to find a location in the wall where a certain total stress is present, equation (E9) is

solved for x:
_a\ _4oy-0y) (1 20\2 _ 4(oy-0p)
(1 > )at =) - (1 S) = , (E10)
which leads to:
x=£<1_ M>=£<1_2 M) . (E11)
2 Ot 2 Ot

The stress part causing plastic strain (g;) can then be calculated via equation (E6):

_ 2x _ 2 s (oy—0p) _ (ay—0p) _
01—(1—?)@—03,—(1—;-5(1—2 yg—f”))at—ay—<1—1+2 fyo_—tp>at—ay—

2 [ 5 g (E12)

Ot

This stress is used later in this chapter to distinguish between shakedown and ratchetting.
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E3. Ratchetting - Situation 1: one wall in tensile yield

As described before, thermal stress is caused by a temperature gradient and is therefore maximum at
the surfaces and zero at the wall centre in case no constant primary stress is present. Often, both
primary constant stress and thermal stress are present and for that reason the compressive stress at
the warm wall surface is not equal to the tensile stress at the cold wall. Ratchetting occurs when during
one half-cycle more than half of the wall thickness is plastically deformed. This is mathematically
explained in the following sub-paragraphs.

E3.1 First half-cycle

In the first half-cycle both constant primary stress and thermal stress are present. An example of a
possible stress distribution (o) and plastic strain distribution (55) for a primary stress causing a tensile
stress over the wall is shown in figure E1.2, where the plastic strain (e,) is still zero at x = —a. This
situation causes a plastic strain over more than half of the wall.

s .
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! {
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/ i |
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| ) o>
,‘/"‘-.-' !
5=-0, “/ v
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\’f:_% X=-d =0 = :
i
& |
|

Figure E1.2: Stress and strain distribution curves of the first half-cycle.

Regarding equations (E5) and (E6), at x = —a the following strain distribution is found during the first
half-cycle:

Ee' =g, +2?aat at xX=-a , (E13)



in which €1 is the total strain developed during the first half-cycle. Further from the wall surface at the
left side, so at x > —a, plastic strain (szl,) becomes part of the total strain:

Eet =0y+Es;—2?xat at x> —a : (E14)

Combining equations (E13) and (E14) results in an equation for the plastic strain development after
the first half-cycle:

el = 22(5+f) . (E15)

E \s N

The maximum plastic strain (s;_max) is found at the wall surface at the right side (i.e. at x = %):

=B 2) -2 E ) @

which is indicated by “1” in figure E1.2.

E3.2 Second half-cycle
During the second half-cycle, the thermal strain is removed (i.e. no temperature gradient over the
wall) and as a result the following equation applies:

Ee? =0 + Egy™® » 0 = Ec? — Eg,*? i (E17)

This equation is equation (E14), but then without the thermal stress. Equation (E17) requires the stress
distribution to develop in the equal opposite direction as the plastic strain distribution. The plastic
strain distribution is given by equation (E15), so the stress distribution for the second half-cycle is:

0 =0y + 20, (% - f) for x>a , (E18)
and o = g, for x < a . This stress distribution is shown in figure E1.3. Because the slope of the stress
distribution curve is non-zero, no yielding occurs, so for x > a the sz% =0, and:

g =¢ = 2%(%+§) for x>a . (E19)

For the second half-cycle for x > a, equations (E17), (E18) and (E19) are combined into:

2 _ = a_x ok (a X\ _ a
Ee —O'+E£p—0'y+20't(s S)+2 P (S+S)—Jy+4sat (E20)
The stress distribution curve is 0 = g,, for x < a, resulting in no slope of this curve and hence yielding
takes place (i.e. sz% # 0). For this part of the wall, the combination of equations (E17) and (E20) and

g =0y leads to a strain distribution of:

1+2 = t—a-ﬁ forx<a , (E21)

142 _ 42
Ee, —4sat—>£p =

which is shown in figure E1.3 as well.
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Figure E1.3: Stress and strain distribution curves of the second half-cycle.

E3.3 Third half-cycle
The stress distribution curve for the third half-cycle is identical to that of the first half-cycle:

0 =0y + 20, (% + f) for x < —a , (E22)

and 0 = gy, for x = a, which is shown again in figure E1.4. In the wall at the locations x < —a, the
stress curve slope is non-zero, hence additional yielding does not occur and the plastic strain remains
unchanged in comparison to the plastic strain accumulated after the second half-cycle (i.e. equation
(E21) applies to the wall locations x < —a). This is shown in the strain distribution curve of figure E1.4.
The strain distribution for x < —a is a combination of the stress distribution equation (E22), the strain
distribution equation of the second half-cycle (E21) and the thermal stress progression equation (E3):

Ee® =0, + 20, (%+’S—C) +E£zl,+2—2?xat for x < —a. (E23)
Using equation (E21) to substitute Ee;*?, leads to:
3 — Ot _ 6a
Ee —Jy+?((2a+2x)+4a—2x)—ay+Tat forx < —a. (E24)
As a check, the plastic strain in the third half-cycle (Eeg) for x < —a is obtained by combined

equations (E13) and (E24):
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6a 2a 4a 4a o
Eej =Ee> —Ee' = (ay +?at) - (O'y +?at) =—o0; > & = ?-—t= ept?
for x < -—a . (E25)

Further from the wall surface at the left side, so at x = —a, plastic strain strain accumulated during
the first three cycles (ezl,+2+3) becomes part of the total strain (see also equation (E14)):

Ee3 =0, + Egyt?*3 — Z?xat at X =—a , (E26)

Substitution of equation (E24) in equation (E26) leads to:

6a 14243 2x 14243 g (6a | 2x 20¢ (3a | x
o, +—o; =0, + E¢ ——0; > €& =t (=)=t (=4 2
Y s ¢ y P s Ot p E \s s E \s s

for x> —a . (E27)

The maximum plastic strain (ezl,f,,f;,?) after the third half-cycle is found at the colder wall surface (i.e.

atx = %), which is indicated by “2” in figure E1.4. This maximum plastic may be equated as:

g =gt =) @

¥
f
|
| |
| | )m'-":
(R |
| f |
;;';l‘ |
f - ] \ |
v W,y | T
| =Y |
ey =
= &
- _,-""f’-"-’
g l.%_t—
- .
b - |
5 ? PR - T

Figure E1.4: Stress and strain distribution curves of the third (left) and fourth (right) half-cycle.
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E3.4 Fourth half-cycle
Just as in the second half-cycle, the thermal strain is removed in the fourth half-cycle and equation
(E17) can be changed into:

E€4 =g+ EE;+2+3+4 >0 = EEZ _ EE;+Z+3+4- ) (E29)

The stress distribution for the fourth half-cycle is the same as that for the second half-cycle:

0 =0y + 20, (% - f) for x>a , (E30)

and o = g, for x < a . This stress distribution is shown in figure E1.4.

Because the slope of the stress distribution curve is non-zero, no yielding occurs, which means that
forx > athe g, =0, so:

glH243+4 _ (14243 _ 22(3_‘1 n f) for x>a . (E31)
P p E \s s

In the fourth half-cycle for x > a, equations (E29), (E30) and (E31) are combined into:

O't'E

E£4=0+Eezl,+2+3=ay+20t(§—’s—c)+2 - (3?a+’s—c)=ay+8§at
for x>a . (E32)

For x < a, the stress distribution curve iso = ag,, and s;} # 0. For this part of the wall, the combination
of equations (E29) and (E32) and o = 0,, leads to a strain distribution of:

a 8a o,
Eelt2t3+4 = g_g, - glt2+3+4 = — . L forx <a , (E33)
p s p s E

E3.5 Subsequent half-cycles

When comparing the loading half-cycles (i.e. first and third half-cycle, so with thermal strain), the
plastic strain distribution curve is shifted upwards from the first half-cycle to the third half-cycle
(Agy~3) with an amount of:

4a op

pei~s = 4 (€34)

For the unloading half-cycles (i.e. second and fourth half-cycle, so without thermal strain), the same
shift in the plastic strain distribution curve (Asg"“) is observed:

4a o¢

2-4 __ 34
Mgt === (E35)

This shift is continued during each subsequent cycle, so the wall continues to strain from one cycle to
the next cycle. This process is called ratchetting and the ratchetting strain per cycle (g4 ) is:

Eratch. = "5 . (E36)
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E4. Elastic shakedown
Ratchetting is avoided in case cyclic strain does not accumulate, which is achieved whena = x = 0.

E4.1 First half-cycle
Regarding equations (E13) and (E14), at a = x = 0, the following strain distribution is found during
the first half-cycle:

Ee' =g, +2?xat for x<0 , (E37)
1_ 1_ 2%
Ee® =0, + Eg, S Ot for x>0 . (E38)

The stress and strain distributions of this situation are given in the left figure of figure E1.5.

Combining equations (E37) and (E38) results in an equation for the plastic strain development after
the first half-cycle:

&3 =2%(%) for x>0 . (E39)

N

The maximum plastic strain (Sé,max) is found at the wall surface at the right side (i.e. at x = %):

20¢ (s o
Ez%,max = Tt (Z) = Et , (E40)

which is indicated by “1” in figure E1.5.

E4.2 Second half-cycle
For the second half-cycle, the thermal strain is removed and equation (E17) applies:

Ee? =0 + Egy™® » 0 = Ec? — Eg,*? i (E41)

Equation (E41) requires the stress distribution to develop in the equal opposite direction as the plastic
strain distribution. The plastic strain distribution is given by equation (E39), so the stress distribution
for the second half-cycle may be described as:

0 =0y + 20, (—E) =0y — 20; (E) for x>0 , (E42)

and o = g, for x < 0. This stress distribution is shown in figure E1.5.

There is no yielding occurring in the wall at locations x > 0 (i.e. 55 = 0), so
142 = gl = 22(5) for x>0 . (E43)
For the second half-cycle, for x > 0, equations (E41), (E42) and (E43) are combined into:

E&‘Z=O'+E£zl,=O'y—20't(§)+202_—.E(JS—C)=O'y ) (E44)
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The stress distribution curve is g = g,, for x < 0, plastic strain 55 may develop. The combination of

equations (E41) and (E44) and 0 = ¢,, leads to a strain distribution of:
Eeyt? = Eey —» &) = forx <0 , (E45)

which is shown in the right figure of figure E1.5 as well. This means that no plastic strain develops at
all during the second half-cycle.

i .
A [N | ) : 5=0ru— (X
q‘yr il i ’Ty z(rf" 5)

A

|
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]
|
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i -‘
0=, / ﬁ : ' : L G=-0)

f | ‘
Y ] < ‘
KET X=0 X=
s Xz0
2'1): 6!1"‘? i
£ I3 vl .
'f‘ 6. E)ﬁ'l I
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Figure E1.5: Stress and strain distribution curves of the first half-cycle in case a = x = 0 (left) and of the second
half-cycle (right).

E4.3 Third half-cycle
The third half-cycle shall following the same stress distribution path and strain distribution path as the
first half-cycle. This means that:

1+2+3

_ 1 2 3 _ .1
& =& te, ey =6 . (E46)

From the second half-cycle evaluation it is already known that &5 = 0 for all values of x. From equation
(E46) follows that sg = 0 for all values of x as well.
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E4.4 Fourth half-cycle
The fourth half-cycle follows the same path as the second half-cycle and since 55 = sg = 0 for all
values of x, the result is:

1+2+3+4

_ o142 1+4 _ o1
& =gt =g . (E47)

Equation (E47) can only be valid when eg = 0.

This means that plastic strain develops in the first half-cycle only and all subsequent half-cycles are
causing elastic strains only. This process is called elastic shakedown.

E4.5 Boundary in Bree diagram between R; and S
In the Bree diagram, the boundary for ratchetting is found by using equation (E11) wherea = x = 0:

x = §<1 — ’M) = §<1 -2 ’M);o . (E46)
2 ot 2 ot

This requirement can only be met when:

1=2 ’(0—}’;:'17) =02 ’(0—}’;:'17) =1- ’(aya_-tap) =% , (E47)

which is squared at both sides and leads to:

(9y=9p) 1

_ 0t Ot _
- 4—>(ay—ap)—:—>ap+z—ay . (E48)

Equation (E48) defines the boundary between ratchetting (R1) and elastic shakedown (S:) as shown
in figure E1.1.

E5. Ratchetting - Situation 2: one wall in tensile yield, other in compressive
yield

In case the thermal strain is high (i.e. large temperature gradient) and the constant primary stress is
relatively low, the situation may occur that one of the surfaces is subject to a compressive stress that
causes yielding, while the other surface undergoes a tensile stress that causes yielding as well. Such a
stress distribution is shown in figure E1.6, in which the material between —a and —b does not yield
(i.e. elastic strain only) and the constant primary stress causes a tensile stress on the wall.

E5.1 First half-cycle
The plastic strain distribution is caused by both primary stress (g,,) and thermal stress (g;) which is

shown in figure E1.6 and the equilibrium equation becomes:

Op°S =Jy(§—(—a)>—(—@)(%S—(—b)) =ay(§+a) —ay(g—b) =oy,(atbh) .
(E49)
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Figure E1.6: Stress and strain distribution curves of the first half-cycle.

The plastic strain is zero at —b < x < —a and the stress expands from —ag,, at —b to g,, at —a, thus:

_ x+(0-(-b)) _ x+b
o(x) = —oy + 20, (((0_(_b)_(0_(_a)))) = —oy + 20, (b_a) . (E50)

The stress distribution includes the thermal stress variation as well:

Ee =0(x) — Z?xat = —o, + 20, (x+b) 2x

E _?O-t . (E51)

The mathematics are made less cumbersome by expressed the constant primary stress as a ratio of
the yield strength:

X = Z—Z ) (E52)

and the thermal stress as a ratio of the yield strength:

_ o
V=2 . (E53)

Equation (E49) can therefore be changed to:

a+b=&s=X-s

o , (ES4)
and equation (E51) becomes:
Ee = -0y + 20, (g) - ZS—xYay . (E55)
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The dependency of x in equation (E55) is eliminated by:

(Z)=2%r>b-a=2 , (E56)

b—-a
which leads to a renewed equation for equation (E55):

Ee = -0y + 20, (bbTa) . (E57)

Now a can be calculated by using equations (E54) and (E56):
s 1 1 1
(a+b)—(b—a) =2a=X-s—;=s(X—;)—>a=Es(X—;), (ES8)

and b can be calculated by:

s 1 1 1
(a+b)+(b—a)=2b=X-s+;=s(X+;)—>b=5s(X+;). (E59)

Substituting the a and b in equation (E57) results into:
Io(x+2 X+
Ee = —0, + 20, (ﬁ) = —0, + 20, <(5—")> =—0y,+0,XY +1) =

1 1
S((x+5)-(x-5 Y

—oy + XYo, + 0, = XY, for —b<x< —a. (E60)

For x < —b, plastic strain is present and the following stress distribution equation can be constructed:

2x

Ee=Es;—ay—?Yay=XY y , (E61)
which leads to &5:
1_% 2x
e =2(xy +Zy +1) . (E62)
At x = —b, the plastic strain is still zero and at x = _75, the maximum plastic strain is found:
- [
ehmax (x=2) =2 (XY —Y +1) , (E63)

which is indicated by “1” in figure E1.6.

Also for x > —a, plastic strain is present and the stress distribution equation is:

Ee = Ec; + 0y, —ZTxYay = XYo, ) (E64)

which leads to &5:

1% 2y
e =2(xy +Zy 1) . (E65)
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At x = —a, the plastic strain is still zero and at x = %, the maximum plastic strain is found:

Sz%,max (x = %) = % XY +Y-1) , (E66)

which is indicated by “2” in figure E1.6.

E5.2 Second half-cycle

The thermal strain is removed in this half-cycle. The stress distribution curve of the total strain is
independent of x and therefore the curve of the second half-cycle runs equal and opposite to the Es;
curve. This results in the stress distribution curve of the second half-cycle as shown in figure E1.7. First,
the area without plastic strain caused by the second half-cycle (sg) is considered, i.e. a < x < b. In
this part, the plastic strain of the first half-cycle is present, which is given by equation (E65) and the
strain distribution equation without the thermal strain.

E€=EE;—O'(X)=(XY+2?xY—1)O'y+O'y—ZO'y( x+(0-a) ):

(XY X Z_xy) L ( . ) ((0=(=b)=(0—(-a)))
s y Y \(b-a)

for a<x<b . (E67)

The dependency of x is removed by incorporating equation (E56):

Ee=a, <XY 2(55 a))> = o, <XY +2(5° a))> . (E68)

’ | o= -0’>, - ;?\'('j“v (::-’f“ a
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Figure E1.7: Stress and strain distribution curves of the second half-cycle.
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Using equation (E58) and (E59) for substituting a and b leads to:

Ee = o, XY+Z<%> =@<XY+2<@>>=Uy<XY+Y(X—%))=

Y Y

o, (2XY — 1) for a<x<b . (E69)

For locations x < a, the strain distribution is:
Ee = Egy*? —o(x) = Eey** + 0 = 0,(2XY — 1) . (E70)
Resulting in a plastic strain after the second half-cycle (Es§+2) of:

€;+2:%(ZXY_l)_O'yZZ%(XY—l) for x<a , (E71)

which is independent of x and shown in figure E1.7 by “1”.

For x > b, the strain distribution is:

Ee = Egy*? 4+ 0, = 0,(2XY — 1) : (E72)
Resulting in a plastic strain after the second half-cycle (Es§+2) of:

e =2202Xy —1) +2=22Xy for x>b , (E73)
E E E

which is independent of x and indicated by “2” in figure E1.7.

Although the strain distribution equation in the current form does not reveal whether the plastic
strains are positive or negative, the strain distribution of the plastic strain is drawn in figure E1.7 as
positive values over the entire wall thickness. This can be explained because it is known that during
the first half-cycle a plastic strain with a positive value developed in the region a< x < b (see figure
E1.6) and no plastic strain developed in this region during the second half-cycle. At the same time, in
the region —b < x < —a, there was no plastic strain present in the first half-cycle, while at the second
half-cycle a positive stress was active, hence a positive plastic strain has developed.

E5.3 Third half-cycle

In the third half-cycle, the stress distribution is similar to that of the first half-cycle. For the strain
distribution, equation (E51) is re-introduced for —b < x < —a, though now including the additional
plastic strain accumulated during the first and second half-cycles and knowing that no additional
plastic strain develops in this region during the third half-cycle (i.e. 53 = 0).

Ee = Eey*? 4+ o(x) — z?xat for -b<x<-a , (E74)

where sz%“ evolves from equation (E71)(because both - a and —b are smaller than a), a(x) comes

from equation (E50), and the conversion between g; and g, is done via equation (E53):

x+b
b—a

2
Ee = 20,,(XY — 1) —ay+20y( )—?"Yay . (E75)
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Removal of the x dependency via equation (E56), results into:
Ee =g, (2(XY —1)—1+2 (b%a)) =0, <2XY —3+42 (b%a)) (E76)

Using equation (E58) and (E59) for substituting a and b, leads to:

|

Be=o, (2xv—3+2— 20 ) _ o (kv 342 <@> = 5,(3XY — 2)
g #((x9)-(3)) 7 v g

for -b<x<-—a . (E77)

This is shown in figure E1.8 by the horizontal blue line between —b and —a.

For x < —b, additional plastic strain occurs and the stress distribution equation becomes:

Ee = Eg;*?*3 — g, — ZS—xYJy =0,(3XY -2) , (E78)

which leads to g5 +2*3:

1+243 _ % 2x
14248 = ?(3)(1/ +Zy - 1) for  x<—b . (E79)
At x = —b, the additional plastic strain accumulating during the third half-cycle is still zero and at x =

_75, the maximum plastic strain is found:
14243 ( = 22) = (3xy —y — 1 ESO
Ep,max \X = 2 ) T E ( ) , ( )

which is indicated by “3” in figure E1.8.

Also for x > —a, additional plastic strain develops as well and the stress distribution equation

adherent is:
2x
Ee = Eg;*?*3 + g, —-=Yo, =0,(3XY -2) . (E81)
which leads to g5 +%*3:
gh+2¥8 = %(3)(1/ +Zy - 3) for  x>-a . (E82)
At x = —a, the plastic strain is still zero and at x = %, the maximum plastic strain is found:
estiid (x=3) =2 @EXY +Y -3) , (E83)

which is indicated by “4” in figure E1.8.
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Figure E1.8: Stress and strain distribution curves of the third half-cycle.

E5.4 Subsequent half-cycles
When comparing the loading half-cycles (i.e. first and third half-cycle, so with thermal strain), the
plastic strain distribution curve is shifted upwards from the first half-cycle to the third half-cycle

(As%"g’) with an amount of (referenced at the right wall, i.e. at x = %):

N o o o 20
Dep =gy —gp=2BXY +Y =3) =2 (XY +Y — 1) =2 (2XY —2) = > (XY - 1)
(E84)

This shift of the strain distribution curve between the first and the third half-cycle is the same for each
point on the strain distribution curve. During each subsequent cycle, the wall continues to strain
plastically with the same amount from one cycle to the next cycle (i.e. ratchetting occurs). The
ratchetting strain per cycle (g.4¢c ) is therefore:

2
Eratc . = %(XY -1 . (E85)

E5.5 Boundary in Bree diagram between R; and P
Ratchetting does not occur when the ratchetting strain per cycle is zero:

2
Eratc . = %(XY -1)=0 , (E86)
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which can only be achieved when:
Xy =1 . (E87)
Using equations (E52) and (E53) to substitute X and Y results in:

0. O, 0y'0,
Xyza_z-a_iz’;—;tzlaap-at=af . (E88)

Equation (E88) defines the boundary between ratchetting (R;) and plastic shakedown (P) as shown in
figure E1.1.

E6. Plastic shakedown

Plastic shakedown occurs when cyclic plastic strain develops near the wall surfaces while the centre
of the wall is (initially) only exposed to elastic strain. This is best explained by adjusting ratchetting
situation 2 and take a instead of —a for one of the plasticity boundaries. The adherent stress
distribution curve is shown in figure E1.9.

E6.1 First half-cycle
The equilibrium equation becomes a minor adjustment of equation (E49):

0p'S = ay(g—a) —(—ay)(_?s— (—b)) = ay(g—a) —ay(g—b) =o0,(b—a)
(E89)
Using equation (E52) and eliminating a,, from the equation, leads to:
X's=b-a : (E90)
In the wall between —b < x < a, the plastic strain is zero (i.e. s; = () and equation (E51) becomes:

Ee = —0y + 20, (x+b) 2

) 5 Ot , (E91)

and incorporating equation (E53) as well, results into:

x+b 2x
Ee = -0y + 20, (m) - ?Yay . (E92)
This equation is made independent of x by:

=5
a+b—Y , (E93)

which reduces equation (E92) into:

Ee = —0y + 20, (ﬁ) =0y (2 (ﬁ) - 1) . (E94)
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Figure E1.9: Stress and strain distribution curves of the first half-cycle.

Now a can be calculated by using equations (E90) and (E93):
s 1 1 (1
(@a+b)-(b-a)=2a=7-X"s =s(;—X) —>a=Es(;—X),

and b can be calculated by:

(a+b)+(b—a)=2b=§+X-s=s(%+X)—>b=%s(%+X).

Substitution of a and b in equation (E94) gives:

Y

Ee =0, (2 (%) - 1) =0, <2((i+)x) - 1) =0, (1 +XY) = 1) = 0, XY

55((?‘X )+(G+x

for —-b<x<a

For x < —b, plastic stain develops and equation (E61) is repeated:
E£=E£;—ay—2TxYay=XYay ,
which leads to &5:
1_% 2x
e =2(xy +Zy +1)
E-19
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At x = —b, the plastic strain is still zero and at x = _75, the maximum plastic strain is found:

ehmax (x=2) =2 (XY —Y +1) , (E100)

which is identical to the outcome of equation (E63) and indicated by “1” in figure E1.9.

Also for x > a, plastic strain is present and the stress distribution equation is:

X

Es=Eezl,+ay—2?Yay = XYo, . (E101)

which leads to &5:

1_% Xy _
ey =2 (XY+ 2y 1) . (E102)
At x = —a, the plastic strain is still zero and at x = %, the maximum plastic strain is found:
ehmax (x =3) =2 (XY +Y - 1) , (E103)

which is the same value as the result from equation (E66) and indicated by “2” in figure E1.9.

E6.2 Second half-cycle
After removal of the thermal load, the stress distribution curve can be constructed as follows:

1. For-b<x<a.

Because the total strain () is independent on x via equation (E97) and no plastic strain has

developed during the first half-cycle (i.e. s; = 0), the stress is not dependent on x as well.

This means that the stress in this region is constant and between the compressive and tensile

yield strength. This stress is same as calculated by equation (E97) (i.e. Ee = 0, XY).

2. Near the surfaces.

The material near the surfaces are still yielding due to the plastic strains developed during the

first half-cycle. Since yielding occurs, the stress near the surfaces has a constant value equal

to the yield strength.

3. Based on the conclusions from number 1 and 2, there has to be a boundary between the left
surface and —b from which the stress starts to change (i.e. a region without additional plastic
strain developing during the second half-cycle) until —b is reached. This boundary exists

between the right surface and a as well.

Regarding the bullets above, a stress distribution curve may look like shown in figure E1.10, in which

the boundaries described in bullet 3 are indicated with —c and c (i.e. assuming these boundaries are

situated at the same distance from either wall surface).

Then considered is the region —c < x < —b, where plastic strain has developed during the first half-

cycle via equation (E99) and no plastic strain occurs during the second half-cycle. The stress in this

region may be equated by:

E€=O'+E(€;+£§)=O'+O'y(XY+2?xY+1) . (E104)
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Forx = —c, the 0 = gy, so:
Ee =0y +0, (Xy + X2y +1) = 0, (xy - Xy +2) , (E105)
and combining equations (E104) and (E105) turns into:

S

o =0, (—Zg(c +x)+ 1)=0y (1 —-2Y (C+x)) for—c <x < —b. (E106)
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Figure E1.10: Stress and strain distribution curves of the second half-cycle.

Similarly, in the region a < x < c, the stress is equated by:

Ee =0 +o0, (XY+2?xY—1) . (E107)
Forx = ¢, the 0 = —ay, so:

2 2
Ee = —0y+0, (XY + XY —1) =g, (X + Xy - 2) , (E108)

and combining equations (E107) and (E108) results into:
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a=oy(2§(c—x)—1):03,(21/(%)—1) fora<x<c . (E209)

Because the stress is constant in —b < x < a, an equation can be constructed for ¢ by combining
equation (E106) with x = —b and equation (E109) with x = a:

(1 - zy(%)) - (zy (%) - 1) N Y(@) =1 , (E110)

and combining with equation (E95) for a and equation (E96) for b :

Y (ge — L (2 e (e s(B)) 22 11521

;<20—55(;—X)—55(;+X))-S(ZC S(y))- s 1=1=5=y
(E111)

Equation (E111) can be combined with equation (E109) at x = a and equation (E95) for a to validate
the observation at bullet 1, i.e. E€ = 0, XY, for —b<x<a:

=0 (21 (5 - 1) = (2 (i 1)) 1) = (2 (4 ) 1) -
o, (1+XY —1) =o0,XY for-b<x<a . (E112)

The same result is obtained when equation (E106) with x = b, equation (E96) for b and equation
(E111) are combined.

The plastic strains over the wall are distributed as follows. First, in the region —b < x < a, no plastic
strain has developed during the first half-cycle or during the second half cycle:

=g +e,=0+0=0 for -b<x<a . (E113)

In —c < x < —b, plastic strain has developed during the first half-cycle as given by equation (E99) and
no plastic straining occurred during the second half-cycle (i.e. &5 = 0):

o 2
elt?=¢l = ?y(XY + ?xY + 1) for —c<x<-b . (E114)

For x < —c, plastic strains developed during both first and second half-cycle. During the first half-cycle
the plastic strain develops as described by equation (E99) due to compressive yielding. Part of this
plastic strain is returned during the second half-cycle due to tensile yielding. This return of plastic
strain during the second half-cycle progresses also as described by equation (E99), though it stops at
x = —c, because yielding stops there. For that reason, the total plastic strain becomes:

gt =+ =%(XY—%Y+1) for x < —c . (E115)
Combining equation (E115) with equation (E111) leads to:
[oF

[ 1
£l*? = ?y(XY —2Y o+ 1) =2 (XY - 1) forx<—c , (E116)

which is indicated in figure E1.10 by “3”.
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The plastic strain development during the first and second half-cycles for the region a < x < c is
similar to that of —c < x < —b, i.e. plastic straining occurs during the first half-cycle and not during
the second half-cycle. Using equation (E102) results into:

142 _ o1 _ % Xy
& —ep—E(XY+SY 1) for a<x<c . (E117)
Subsequently, for x > c the plastic strain after the second half-cycle is:
gt =g+ =%(XY+%Y—1) for x < —c . (E118)
Combining equation (E118) with equation (E111) leads to:

£l+? =%(Xy+2y'%_1)=%(XY+l) forx >c , (E119)

which is indicated in figure E1.10 by “4”.

E6.3 Subsequent half-cycles
All subsequent half-cycles act the same as the first half-cycle in case thermal stress is applied or as the

second half-cycle when the thermal stress is removed. Plastic strain does not accumulate (i.e.
ratchetting does not occur), but the wall between _75 < x < —candbetweenc <x < % is subject to

cyclic plastic strains. This plastic cycling process is known as plastic shakedown (i.e low-cycle fatigue).
The largest cyclic plastic strains (Agy, ,qx) OCcur at the surfaces of the wall. At the left wall (i.e. x =

_?S), the cyclic plastic strain is the combination of equations (E100) and (E116):

ey max (x = ‘75) =2y -v+1D)-2Z@r-D=2@2-v). (E120)

At the right wall (i.e. x = %), the cyclic plastic strain is equations (E103) and (E119) combined:

Bepmax (x=3) =2 (XY +Y = 1) =2 (XY +1) = 2 (v - 2). (E121)

E6.4 Boundary in Bree diagram between S; and P
Plastic shakedown does not occur when the cyclic plastic strain is zero. Taking equation (E120) leads
to:

Ag, = %(2 -Y)=0 ) (E122)

which can only be achieved when:

Yy =2 . (E123)

Using equation (E53) to substitute Y results in:

gt _ 2> o = Zo'y . (E124)

Oy

Equation (E124) defines the boundary between elastic shakedown (S) and plastic shakedown (P) as
shown in figure E1.1.

E-23



E7.Boundary in Bree diagram between Zone 1 and Zone 2

In the Bree diagram as shown in figure E1.1, all equations have been explained, except the one
between zone 1 (i.e. S; and R;) and zone 2 (i.e. S; and R;). Zone 1 is the zone in which one surface
yields during the first half-cycle. The ratchetting process in this zone, Ry, is described at ratchetting
situation number 1 earlier in this chapter. The elastic shakedown in this zone, S;, is the situation where
initial yielding (i.e. during the first half-cycle only) occurs at one surface only, which is described earlier
in the paragraph “Elastic shakedown”. In zone 2, both surfaces are yielding during the first half-cycle.
The ratchetting process in this zone, Ry, is ratchetting situation number 2 as explained before in this
chapter. Elastic shakedown in this zone, S;, is achieved when one surface yields initially (i.e. only during
the first half-cycle) in tension and the other surface yields initially in compression.

The equation for the boundary between these two zones is obtained by using equation (E12), which
is repeated here:

0 =2 /@q — 0y . (E125)

As is best illustrated at the ratchetting situations, one surface yields when g; < g,, and both surfaces
yield when g7 > g,,. This means that the boundary is situated at g, = o, which gives the following

equilibrium in equation (E125):

f(ay a” /at(ay 0p) = or(0, —0,) = 03 . (E126)

E8. Other Bree diagrams
The Bree diagram of figure E1.1 is for a constant primary stress and a cyclic thermal stress. Other Bree
diagrams are available as well and described briefly in this paragraph.

E8.1 Cyclic primary stress and constant thermal stress

This stress combination makes the occurrence of plastic shakedown or ratchetting not possible
because there are no alternating plastic strains. The cycling is caused by the primary stress and in case
plastic strain has developed during the first cycle, additional plastic strain does not develop during any
of the subsequent cycles (i.e. the strain follows the same strain path from cycle to cycle). This results
in elastic cycling or elastic shakedown situations only. For this situation, the Bree diagram is
constructed as shown in the left figure of figure E1.11. In this diagram, S; is the elastic shakedown
region in which the initial yielding occurs at one surface only. Elastic shakedown region S, is the region
where both surfaces yield initially, one surface in tension and the other in compression.
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Figure E1.11: Bree diagram for cyclic primary stress and constant thermal stress (left) and for cyclic primary stress

and cyclic thermal stress in-phase (right) [E3].

E8.2 Cyclic primary stress and cyclic thermal stress (in-phase)

In the right figure of figure E1.11 is the Bree diagram shown of the combination of primary stress and
thermal stress that cycle in-phase. Again, zone 1 is for the situation that one surface yields (initially)
and zone 2 is for the cases that both surfaces yield (initially). An important observation is that with an
increase in thermal stress this sequence of straining modes is always found: elastic cycling, elastic
shakedown, plastic shakedown and finally ratchetting. Ratchetting occurs when the yielded zone of
the loading half-cycle overlaps the yielded zone of the unloading half-cycle. Plastic shakedown is
obtained when the surface(s) are subject to cyclic plastic strains, though the core of the wall remains
elastic. Elastic shakedown is found when plastic strain develops at the surface(s) during the first half-
cycle and no additional plastic strain develops during any of the subsequent cycles.
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E8.3 Cyclic primary stress and cyclic thermal stress (out-of-phase)

For the greater part, the Bree diagram of the out-of-phase cyclic primary stress and cyclic thermal
stress, as shown in figure E1.12, is quite similar to that of the in-phase Bree diagram of right figure of
figure E1.11. The first main difference is that primary stress and thermal stress are not present at the
same time and for that reason, the thermal stress can cycle elastically until yield strength regardless
the amount of primary stress. Another main difference is that elastic shakedown only occurs when
both surfaces yield initially, i.e. there is no S; region present. The last main difference is that the
boundary between zone 1 and zone 2 is determined via different equation.
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Figure E1.12: Bree diagram for cyclic primary stress and cyclic thermal stress out-of-phase [E3].
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Appendix F - ASME Design Code

In this appendix, the background of the requirements and limits are explained in more detail.

The ASME I, the material standards code, has issued additional rules and regulations. These rules and
regulations have resulted in a maximum allowable stress for design (see figure F1.1), which depends
on creep strength and high temperature rupture strength, besides yield strength and ultimate tensile
strength. The maximum allowable stress for design as defined by the ASME code, the creep strength

and the rupture strength are dealt with later in this appendix.
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Figure F1.1: ASME Il allowable stress for Alloy 617 [F1].

Symbols

Besides the symbols as use in the main report, these symbols are used as well:

Ca, Cp
Eya,k
Agesr i
Aoy g
Aepeq i
Favg.
Apjj
Saitk
ASy k

Coefficients for the model for fatigue according to ASME

Young’s modulus at in the k™ cycle evaluated at mean temperature
Effective strain range in k™ cycle

Elastic strain range in k™ cycle

Equivalent plastic strain range in k' cycle

Multiplication factor on the average rupture stress at 100,000 hours
Plastic strain range component

Effective alternating equivalent stress (amplitude) for k™ cycle
Range of peak equivalent stress of k™ cycle

F1. Maximum allowable stress according to ASME design code

The values for allowable stresses in tables 1A and 1B in the ASME Section Il, Part D, are mandatory for
the design of ASME pressure retaining parts. These data are especially based on experience and results
from service or from tests where the operating conditions are simulated with sufficient certainty. For
new materials, test information is compared with available data obtained from successful applications
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of similar materials. The ASME requires that the maximum allowable stress (cuiow.) is the lowest value
obtained from the criteria of Table 1-100 (see table F1) [F2]. The descriptions and the equations for
these stress values are described in the main report.

Table F1: Table 1-100 from mandatory appendix 1 of the ASME Il [F2]

TABLE 1-100
CRITERIA FOR ESTABLISHING ALLOWABLE STRESS VALUES FOR TABLES 1A AND 1B

Room Temperature and
Below Above Room Temperature
Tensile Yield Tensile Yield Stress Creep
Product/Material | Strength| Strength Strength Strength Rupture Rate
Wrought or cast Sr % 5y Sr L., % Sy % SyRy FavgSiavs 0.85pmin 1.05,
ferrous and 35 3.5 5 T or 0.95,Ry
nonferrous ENote (1)1
Welded plpe or 0.85 o % % 0.855, |0.85 g, |11 % 0.85) % X 0.855, |% x 0.855.Ry (Fang X 0.85) g mg (0.B X 0.85)Semn | D.855,
tube, ferrous and EH Fantd 35 °T 3.5 SrRr ar 0.9 X 0.B58,8y
nonferrous [Note (1)1

NOTE:

(1) Twe sets of allowable stress values may be provided in Table 1A for austenitic materials and in Table 1B for specific nonferrous alloys. The lower values are not specifically identified by a
footnete. These lower values do not exceed two-thirds of the minimum yield strength at temperature. The higher alternative allowable stresses are identified by a footnote. These higher stresses
may exceed two-thirds but do not exceed 90% of the minimum yield strength at temperature. The higher values should be used only where slightly higher deformation is not in itself
ohjectionable. These higher stresses are not recommended for the design of flanges or for other strain sensitive applications.

Nomenclature:

Fag = multiplication factor for the average creep rupture strength after 100,000 hours.
-at T <815 °C, Fag = 0.67.
-at T > 815 °C, Fayg is determined from the slope of the log time to rupture versus log stress
plot at 100,000 hours such that log Fayy = 1/ng, but not larger than 0.67, with ngz = number
equal to minus A log time to rupture divided by A log stress at 100,000 hours.

Rr= temperature-dependent trend curve value that determines the ratio between the
temperature-dependent tensile strength to the room temperature tensile strength.

Ry= temperature-dependent trend curve value that determines the ratio between the
temperature-dependent of the yield strength to the room temperature yield strength.

Sc= average stress to produce a creep rate of 0.01%/1,000h.

Sravg = average creep rupture strength for rupture after 100,000 hours.

Srmin = minimum creep rupture strength for rupture after 100,000 hours.

Sr= specified minimum tensile strength at room temperature [in MPa].

Sy= specified minimum yield strength at room temperature [in MPa].

For components containing a longitudinal weld an extra safety margin of 15% applies, resulting in the
multiplication factor of 0.85 in the equations for these components. Longitudinal welded components
are not used in the boiler manufacturing and for that reason this safety margin is not regarded.

F1.1 Below the temperature of creep significance
The maximum allowable stress (ouiow.) value for temperatures below the temperature from which
creep and stress rupture strength govern the stress selection, is the lowest of the following:

1. % of the specified minimum yield strength at room temperature.

2. % or 90% of the yield strength at temperature, depending on the material.

3. The specified minimum tensile strength at room temperature divided by 3.5.

4. The tensile strength at temperature multiplied by 1.1 and divided by 3.5.
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Some austenitic/non-ferrous materials at elevated temperatures (such as Alloy 617), a larger portion
of the vyield strength may be used for the allowable stress calculations because of the high
proportionality limit, the high ductility and proven performance and safe use up to this higher stress
value (i.e. the scatter in the data is low making the behaviour of these materials more predicable). The
allowable stress may not exceed 90% of the minimum yield strength at temperature. The condition
for this larger portion is that a small amount of plastic deformation is on its own not objectionable.
This deviation of the allowable stress is not recommended to be used for the design of flanges or other
strain sensitive applications as indicated by the footnote of Table 1-100 of ASME Il (see also Table F1).

F1.1.1 Allowable stress from yield strength

These allowable stresses have been described and discussed in the main report paragraph 2.8 already.
The maximum allowable stress based on yield strength at room temperature may not exceed % x 240
MPa = 160 MPa for Alloy 617. The maximum allowable stress based on temperature-dependent yield
strength is 0.9x the yield strength at the temperature considered.

F1.1.2 Allowable stress from ultimate tensile strength

The ultimate tensile strength for Alloy 617 at room temperature (for point no. 3) is minimal 655 MPa
based on the stress tables from the ASME Il. The maximum allowable stress based on ultimate tensile
strength at room temperature may not be higher than 655 MPa/3.5 = 187 MPa. Since this value is
independent of the temperature and already higher than the maximum allowable stress of % of the
yield strength at room temperature, this value may be disregarded for Alloy 617.The maximum
allowable stress resulting from temperature-dependent ultimate tensile strength is 1.1x the result
from the trendline value for temperature-dependent ultimate tensile strength x 655 MPa/3.5. The
calculated values for this criterion are all higher than the maximum allowable stress values calculated
for the temperature-dependent yield strength, so this criterion does not need to be considered any
further.

F1.2 Above the temperature of creep significance
At temperatures above the temperature from which creep governs the stress selection, the maximum
allowable stress is established by the minimum value of:

1. 100% of the average stress to produce a creep rate of 0.01%/1,000h.

2. 100 x Favg % of the average creep rupture strength for rupture after 100,000 h.

3. 80% of the minimum creep rupture strength for rupture after 100,000 h.

High temperature stress values are based on representative uniaxial properties of the materials
obtained under standard ASTM testing conditions or equivalent. No consideration is given for
abnormal temperature or stress conditions, or for corrosive environments.

F1.2.1 Allowable stress from creep rate

According to ASME Section Il, Part D, Appendix 1, the maximum allowable stress based on creep rate
is the stress at which a creep rate (¢) of 0.01%/1,000h is exceeded. This is equivalent to 10° %/h or
107/h. Equation (2.3D) is rewritten to creep stress (o,) as a function of creep rate and temperature:

Eallow)

o, = u( 5 eXp (R?TCK))l/n , (F1A)




in which u, n and B, are temperature-dependent according to the relations described in paragraph
2.3. Q. is a material constant (i.e. 410 kJ/mol) and R is the gas constant. The maximum allowable
stress based on creep is equal to g, with €., of 0.01%/1,000h.

F1.2.2 Allowable stress from creep rupture strength

ASME Section Il, Part D, Appendix 1, states that the maximum allowable stress based on average creep
rupture strength is a portion of the stress at which rupture occurs after 100,000 hour of exposure at
a certain temperature. The portion is determined by a multiplication factor (F,,4), which is a safety
factor. At T < 815 °C, the Fy,4 = 0.67, and for T > 815 °C, the Fj,,; depends on the reciprocal of the
slope of the log time to rupture versus log stress plot at 100,000 hours, though it may never be larger
than 0.67. Also, the Larson-Miller Parameter (LMP) has to be determined at a time to rupture (t) of
100,000 hours, and with the log t; = log (100,000) = 5, equation 2.4B becomes:

LMP = 25T, , (F1B)
with Ty in Kelvin. With the aid of this LMP, the rupture stress is now solely varying with temperature.

The values for F,,; above 815 °C are determined with the aid of the data plots on the right-hand side
of figure F2.1. First, from this figure for each of the given temperatures the values of time to rupture
and corresponding creep rupture strengths are determined. These values are displayed in table F2.
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Figure F2.1: Stress versus 1% creep strain and time to rupture curves [F3].

The values from table F2 are used to construct graphs of the time to rupture as a function of the creep
rupture strength. The trendlines of these graphs have the form:

tR == aRO-;l’};vg ) (Flc)

in which tp is the time to rupture in hours, ay, is a temperature-dependent material constant (relating
time and stress, the unit is hour - MPa™"R), OR,avg IS the average creep rupture strength in MPa, and

ng is a dimensionless temperature-dependent material exponent (i.e. the slopes of the graphs).
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Table F2: Time to rupture versus applied stress for rupture at several temperatures.

Time to rupt. || Rupture stress [MPa] at °C
[h] 800 °C 850 °C 900 °C 950 °C 1000 °C
100 141 98 71 49 32
500 109 76 51 35 22.5
1,000 100 69 46 30 19
5,000 77 51 33 21 12.4
10,000 69 46 29 17.9 10.4
50,000 52 32.8 20 11.9 6.6
100,000 46 28.5 17 9.9 5.4

The values of the material constants ag and ng are given in table F3:

Table F3: Values for ay and nr at several temperatures.

ng [-]

ag [hour - MPa™"R]

800 °C 850 °C 900 °C 950 °C 1000 °C
2.050E+15 | 1.361E+13 | 1.074E+11 | 2.236E+09 | 7.241E+07
-6.176 -5.546 -4.856 -4.312 -3.837

With these values equation F1C gives a good description of the relation between the tg and the oy 444,
though it is evident that the slope is less steep (i.e. of the log tg vs. log 0 qyg graph, which has the
axis switched when comparing to figure F2.1) at a tg of 100,000 hours. To obtain a more accurate
slope value at 100,000 hours (= ng(10%h)), the values of both t5 and the OR,avg are taken at 50,000

hours and 100,000 hours resulting in:

ng(10°h) =

th.
lo ( R,100,000h)
{R;50,000h
(o2 . 7
lo ( R,av,100,000h)

9R,av;50,000h

At temperatures above 815 °C, the ASME Il, Part D, Appendix 1, states that Fy,,; is equated by:

log Fppg = 1/ng(10°h)

which is rewritten as:

Y,
Fapg = 10 'mr(10°R)

’

(F1D

)

(F1E)

(F1F)

The values for ng(10°h) and Fyyg at several temperatures are shown in table F4.

Table F4: nR(105h) and F,,, at several temperatures.

800°C| 850°C| 900°C| 950°C| 1000°C
ng(10°h) -5.654 | -4.933 | -4.265| -3.767| -3.454
Favg 0.665 | 0.627 0.583 0.543 | 0.513
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Based on these data points, the slope at 100,000 hours nz(10°h) can be calculated as a function of

the temperature:

ng(10°h) = —8.800 - 107873 + 2.094 - 107*T% — 1.513 - 10T + 2.637 - 10*

(F1G)

in which T is the temperature in degrees Celsius in the range 800 °C - 1000 °C. This equation is plotted

in the following figure.
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Figure F2.2: Relation between slope of log tg —log o q1,g graph at 100,000 h vs. temperature in °C.

Combining equations F1F and F1G gives the multiplication factor (F,,;) dependency on the

temperature in the temperature range 800 °C - 1000 °C:

Fppg = 1.067 - 107873 — 2.823-107°T2 + 2.402- 1072T — 5.950 - 10° ,(F1H)

Also here, the temperature is in degrees Celsius. The plot is illustrated in figure F2.3.
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Figure F2.3: relation between F,,,, vs. temperature in °C.
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By using equation (2.4A), the maximum allowable stress based on average rupture stress (Sg gyg) is:
Sravg = Favg * Oravg = Favg * 453 - 10° exp(=3.41-10"*LMP) ,  (F1))
which after combining with equation (F1B) results in:

Sravg = Favg * 4.53 - 10° exp(—8.525 - 1073T) ) (F1K)

F1.2.3 Maximum allowable stress based on minimum creep rupture strength

According to ASME Section Il, Part D, Appendix 1, the maximum allowable stress based on minimum
creep rupture strength (Sg ;i) at which rupture may occur after 100,000 hour of exposure at a certain
temperature is 0.8 Sg pin. In turn, the minimum creep rupture strength is situated at 80% of the
average creep rupture strength (Sg 41,4) as is shown in the main report, paragraph 2.4.

Taking equation (2.4A), which is used to determine o 4,4 from the Larson-Miller Parameter, and
equation (F1B) (i.e. fixed time to rupture of 100,000 hours, so LMP = 25T, with T in Kelvin) the
value of the minimum creep rupture strength og ;i is equated as:

Ormin = 0.8 0g gyg = 362512 exp(—8.525-1073T) , (F1L)
The allowable stress based on the oy ;n, is referred to as Sg yin, is equal to 0.8 o 1in:

Sgmin = 0.64 0g qpg = 290010 exp(—8.525 - 1073T) , (F1M)

F2. Fatigue assessment in the ASME code

Standardised fatigue curves for Alloy 617 do not exist or are not acknowledged by the ASME yet. On
the other hand, the ASME does allow the use of data from other sources, though conservative factors
have to be included. The ASME has constructed a criteria document for ‘Design by Analysis’ in which
the requirements for the construction of an ASME Code fatigue design curve are illustrated. This
criteria document has been included into ASME, e.g. in ASME lll, appendix I.

The construction of a fatigue design curve is based on strain-controlled tests. The data derived from
these tests are plotted in a fatigue strain versus life (i.e. number of cycles to failure) graph and a best-
fit curve is made, usually in the form of a Langer equation for the total strain amplitude (&,):

ea=Ca(Ny) "+ Cp , (F2A)
in which N¢ is the number of cycles to failure, and C,, Cg and ns are coefficients of the model.

A task group established by the ASME has submitted a proposal for the fatigue design curve of Alloy
617 for all temperatures below 425 °C [F5]. In the near future also a proposal for the Alloy 617 fatigue
design curve for temperatures above 425 °C shall be issued.
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F2.1 Loading histogram and loading categories

Loads vary with time during fatigue, thus a loading histogram must be developed to show the time
variation of each specific load including all significant operating parameters, such as temperatures,
pressures, supplemental loads, and the corresponding cycles/time. The number of cycles (e.g. start-
ups/shutdowns, normal operation, upset conditions), the anticipated sequence of operation, and the
relation/interaction between the applied loadings, have to be considered as well.

In the ASME, three kinds of loading categories are distinguished. Each loading category gives a set of
loading conditions which is considered into the loading histogram as a separate event that each occur
a number of times.

Each category is indicated by a level:

e Level A: Service loads. These are loads that evolve from normal operation of the system, so
start-up, service, hot standby, and shutdown. These loads can commonly be described quite
accurately.

e Level B: Anticipated deviation loads. Loads in this category are load transients that evolve
from expected/anticipated single operator errors and/or control malfunction. Such load
transients can be calculated into the expected life estimation.

e Level C: Incident loads. Incidental shutdown for correction of unstable and unacceptable loads
and/or for repairs. This kind of shutdown is unexpected and has a low probability of
occurrence and shall not result in gross loss of structural integrity of the component. The
ASME has limited the number of these shutdowns to maximal 25 during lifetime.

F2.2 Cycle count methods

The API 579-1/ASME FFS-1 (edition 2007), is the standard used by APl and ASME to gather the data
and formulate the requirement to develop a design that is ‘fit for service’ (FFS). In Annex B3 this
standard provides two cycle counting methods [F6], though an alternative cycle counting method may
be used. These cycle-counting methods are also proposed in the ASME VIlI, Div. 2, Annex 5B [F8]. In
the main report is already described that max-min cycle-counting method considers non-proportional
loads where the rain-flow method does not. Therfore, the max-min cycle-counting method is used.

F2.3 Screening criteria for fatigue

Fatigue analysis is not required in the ASME when the provisions of one of three options are met. The
first option is based on experience with comparable equipment. The sponsor does not have sufficient
experience on the use of austenitic material, especially on nickel-based material and this option is
disregarded for that reason. Method A is the second option and can solely be used for materials with
a specified minimum ultimate tensile strength at room temperature of < 552 MPa. Nickel-based alloy
617 has a specified minimum ultimate tensile strength at room temperature of 655 MPa, and
therefore method A is not valid. Method B remains as option and can be used for all materials. All
criteria of Method B have to be met to supersede a fatigue analysis and these criteria are described in
appendix C, paragraph C4.5.1. In case any of the screening criteria is not fulfilled, a detailed fatigue
analysis is required. The aim is to always consider fatigue in the design analysis and for that reason
this screening is not performed nor incorporated into the Toolbox.
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F2.4 Fatigue assessment
In case a fatigue analysis must be performed, an elastic-plastic (E-P) analysis ensures that plastic strain
effects are incorporated. This process is already described in appendix C, appendix C4.5.2.

F2.5 ASME restrictions on the accumulated creep-fatigue

The design code does not deal with the interaction between creep and fatigue qualitatively, though it
recognises the significance of this interaction. This is described already in paragraph 2.8 of the main
report.
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Appendix G - Method for testing creep-fatigue interaction

The interaction between damage mechanisms creep and fatigue may be investigated further. This can
be done by determining the mechanical properties pertaining to creep-fatigue damage. This time-
dependent damage may be determined from constant-amplitude strain-controlled tests in which
fatigue testing is performed with slow strain rates or with cycles involving longer hold-times (i.e. creep
has time to develop).

G1. Creep-fatigue test data
From creep-fatigue tests, data that can be determined are:
- Cyclic stress-strain response (i.e. hysteresis diagram);
- Relaxation deformation response (i.e. measuring declining stress);
- Cyclic creep deformation response (note: this test requires stress-control);
- Cycles to the formation of crack(s), i.e. life-time determination;
- Cyclic hardening or softening response;
- Determination of activation energy for creep-fatigue mechanism based on the loss of energy
in the hysteresis (this as function of the frequency).

G1.1 Cyclic stress-strain deformation response
The stress-strain hysteresis diagram for a continuous cycling fatigue test (i.e. without hold-time),
which included some plastic deformation is determined as is shown as an example in figure G1.

{ a] STRESS

Figure G1: Stress-strain hysteresis diagram without any hold-time [G1].

In the stress-strain hysteresis diagram, these symbols are used:

E. Compressive elastic modulus;

E; Tensile elastic modulus;

Ag;,  Inelastic strain range (sum of plastic strain and creep strains);
Agy, Plastic strain range;

Ag, Total strain range;

Omax Maximum stress in the cycle;

Omin  Minimum stress in the cycle;

Ao Stress range (2x the stress amplitude).
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G1.2 Relaxation deformation response

With the introduction of a hold-time in the tension direction of a strain-controlled test, the resulting
stress reduces due to stress relaxation, which is caused by the transfer of elastic strain into inelastic
creep strain. The stress-strain hysteresis diagram changes in a manner as is shown in the left figure of
figure G2. The hold-time is chosen in tension direction because more damage is expected to
accumulate over time under exposure of tensile stresses than under exposure of compressive stresses
(i.e. worst case scenario is tested). This should come forward in a faster relaxation rate for tensile
loads than for compression loads.

(b) )
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Figure G2: Stress-strain hysteresis diagram of a strain-controlled test with a hold-time in tension (left) and stress-
strain hysteresis diagram of a stress-controlled test with a hold-time in tension (right) [G1].

G1.3 Cyclic creep deformation response

The cyclic creep deformation response is determined in a stress-controlled test with a hold-time in
tension direction. Stress is applied up to 0,,4, and held for some time. During this hold-time at
constant stress, inelastic creep strain accumulates until the stress is released. This process is shown in
the right figure of figure G2. The reason for choosing a hold-time in tensile direction instead of
compression direction is the same as for the relaxation deformation response (see previous
paragraph).

G1.4 Cycles to the formation of cracks

The number of cycles to crack formation is the number of cycles to the attainment of a specific crack
size or cracked area. This can be determined in a strain-controlled creep-fatigue test as a specific
percentage decrease in the maximum cyclic tensile stress (0,,4) relative to the stationary maximum
cyclic stress level during the test. The tensile stress is measured because cracks initiate and progress
due to tensile stresses while compression stresses close the cracks and partly heal the plastically
deformed material in front of the crack tip. This stress decrease is shown as X% in the left figure of
figure G3.
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Figure G3: Maximum cyclic stress vs. number of cycles diagram showing the formation of cracks (left) and an
example of maximum stress vs. number of cycles diagram of a material showing continuous cyclic softening

(right) [G1].

In figure G3, Ny is the number of cycles to failure which represents the formation of a crack.

G1.5 Cyclic hardening or softening response

The cyclic hardening or softening is determined as the respective increase or reduction of the tensile
stress (Oynax) OF stress range (Aa) with the number of cycles in a strain-controlled creep-fatigue test.
An example for a material with continuous cyclic softening is shown in the right figure of figure G3.

G2. Cycle shape

For creep-fatigue testing a number of cycle shapes may be considered, though the cycle shapes that
reflect the service conditions for boiler components most accurately are those with a hold-time of the
strain in tension direction (see left figure of figure G4) and the cycle with hold-time of the strain () in
both tension and compression direction (see right figure of figure G4).

\/ t t

Figure G4: Cycle with hold-time in tension direction in a strain-controlled test (left) and cycle with hold-time in

both tension and compression direction in a strain-controlled test (right) [G1].
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G3. Relations and correlations in the stress-strain hysteresis diagram

An empirical relation exists for the correlation of isothermal creep-fatigue data. This relation is called
the frequency-modified strain-life. Commonly this relation is taken at half-life, since this cycle gives
the most proper averaged result. In case the test data exhibit measurable inelastic strains and there
is no significant change in the time-dependent mechanism in the set of data being correlated, good
correlations can be found based on this relation [G1]. The frequency-modified strain-life modifies the
number of cycles to failure (N¢) with the frequency (v) of the cycle:

-1\ B
Agin = Cf(Nf'VkaCf 1) , (GlA)

in which Ag;;, is the inelastic strain range and C,f, § and k¢ are constants that are determined from
a linear regression analysis of the test data plot in a log(Ag;;,) versus log( N¢) graph. This plot reduces
to a time-independent strain-life relation in case k.f = 1.

The wave-form can affect the damage mechanism and hence influence the frequency-modified strain-
life. The actual frequency is the inverse of the total time for one cycle, though different segments of
the cycle may influence the type of damage mechanism and/or the amount of damage differently. For
example, compressive holds in ductile materials can partially heal creep damage developed during the
tension hold. This leads to a diminished influence of the frequency on life.

G4. Apparatus

In order to perform the tests described above, the following apparatus and equipment is required.

G4.1 Test machine

A servo-controlled tension-compression fatigue machine has to be used that has:
o Sufficient lateral stiffness to maintain accurate alignment and to avoid bending.
e A smooth start-up.
e No backlash when passing through zero force.

G4.2 Force transducer
The force transducer and adherent electronics have to be compatible with the test machine (e.g.
suitable for tension-compression testing). Therewith, it has to fulfill the following requirements:
e The axial and lateral rigidity has to be high to ensure an accurate alignment and to avoid
bending.
e Axial forces have to be measured with accuracies smaller than 1% of the reading [G1].
e Temperature compensated with zero drift or sensitivity variation of maximum 0.002% per °C
of the full scale [G1].

G4.3 Loading train and specimen fixtures

The test specimen fixtures have to be aligned in such a manner, that the major axis of the test
specimen coincides closely with the force axis throughout each cycle in order to minimise bending
strains. The accuracy of the alighment has to be kept consistent from specimen to specimen. It is
advisable to keep bending strains within 5% of the minimum axial strain range. Two forms of
misalignment of the loading train that may result in bending of the specimen are shown in figure G4.
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Figure G4: Two types of loading train misalignment that may lead to specimen bending [G1].

The loading bars have to be equipped with grips to fix the test specimen. The design of these grips has
to be such, that motion is not lost at the test specimen/grip interface when the stress displacement is
going through zero force. This is achieved by these grip characteristics:

e Asurface ensuring the specimen axis alighment.

e Aloading surface through which the load is transmitted in one direction.

e Asecond loading surface through which the load is transmitted in reverse direction.

e Continuous contact of the specimen with both loading surfaces.
The choice of grip configuration for the mounting of the specimen depends on the test specimen
configuration and this is dealt with in paragraph G5 about the test specimen.

The fixtures must be cooled in order to limit heat transfer from the hot zone to the force transducer.
Means of cooling include water cooling of the coils or jackets and/or forced air cooling of installed fins
at the outer ends of the loading bars. Care has to be taken to make sure that force transducer
calibration and load train alignment are not affected by the presence of the cooling devices.

G4.4 Extensometer
The extensometer has to meet these requirements:

e Suitable for measuring dynamic displacements over long periods, i.e. it shall have a rapid
response with a low hysteresis (commonly smaller than 0.1% [G1] of the extensometer
output).

e Minimal slippage, drift and instrument hysteresis.

The extensometer has to measure longitudinal extension and is therefore installed parallel to the test
specimen. In order to minimise the forces between the test specimen surface and the extensometer
probe tips, the extensometer has to be supported independently.

G4.5 Heating system

Heating of the specimen using a resistance furnace is the best option because the specimen can be
heated uniformly. Other options are less suitable due to larger heat exposure of the extensometer
(for radiant furnace heating), magnetic radiation that may interfere with the other equipment (for
induction heating) or high costs and complexity of test set-up (for inert gas or liquid heating).
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The heating system has to have a set-up that ensures the uniform heating of the test specimen to the
required temperature. This is obtained when the temperature gradient across the gauge section is
maximum the greater of 2 °C or 1 percent of the nominal test temperature (in °C) throughout the
duration of the test [G1]. The controlled temperature has to be maintained within +2 °C during the
complete test [G1]. Undesirable gradients and fluctuations in the temperature due to draughts must
be avoided.

G4.6 Temperature measurement
Thermocouples are placed in contact with the surface of the test specimen and used to monitor the
specimen’s temperature.

G4.7 Cycle counter
The number of cycles should be recorded by the data acquisition system with a resolution of 1% or
better than the actual cycle-life [G1], although usually the cycle count is done flawlessly.

G4.8 Data recording

A recording system, preferably automatic and digital, has to be used that is capable of collecting and
simultaneously processing of the force, displacement and temperature data as function of time and
cycles. The frequency of the force-displacement-time sampling has to be sufficient to guarantee a
good definition of the hysteresis loop and hold-time transients. Important is to obtain the values of
the force and extension at the hysteresis loop turning points (e.g. at start and end of hold-time, and
at cycle maxima and minima).

G5. Test specimen

Creep-fatigue tests are performed with round bar test specimens subject to uniaxial loading. The
uniform gauge section of the test specimen is commonly used for creep-fatigue testing using an
extensometer installed parallel to the specimen axis. The geometry of this test specimen is shown in
figure G5.
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Figure G5: Uniform gauge test specimen for creep-fatigue testing [G1].

In figure G5, the symbols and sizes used are:

d = 5mm diameter of cylindrical gauge section.

l, =21.5d gauge length.

r>2d transition radius (from gauge section to grip-end).
D; = 2d diameter of grip-ends.
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Also, the parallel portion of the parallel gauge section test specimen (Ly) has to be longer than the
extensometer gauge length ([,), though the difference between these two lengths has to be smaller
than d to limit the chance of failure outside the extensometer gauge length.

The tolerances on parallelism, concentricity and perpendicularity have to remain lower than 0.01 mm
relative to the axis or reference plane [G1].

G5.1 End connection of test specimen
The dimensions of the end connections are dependent on the testing machine that is being used,

though often the button-head connection is used at the end of the test specimen with a diameter of
3d. This configuration is shown in the left figure of figure G6.

Clamping Force

Flat Anvil for
Specimen
Alignment

Body of Fixtures

Cylindrical \_,c\ Button-Head
Split Collar i Specimean
P

Cyelic Load

Figure G6: Button-head end connection of test specimen (left) and fixture for button-head test specimen (right)
[G1].

The fixture of the test specimen in which a good alignment is obtained and back lash is avoided is
shown in the right figure of figure G6.

G5.2 Preparation of test specimen
The test specimens have to be prepared as shown in figures G5 and G6. Additionally, the following
preparations and actions have to be done to make the test specimen ready for testing:

e |dentifying by engraving a marking on the end connections at both sides of the specimen.

e Final machining and polishing of the specimen until the mean roughness is < 0.2 um and all

circumferential scratches are removed.
e Dimensional check of the test specimen.
e Attachment of the thermocouples by spot welding.
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G6. Test procedure

Prior to the start of the test, the test specimen has to be mounted into the test machine and some
preliminary measurements have to be done. First, the test specimen has to be mounted into the
loading grips taking into account the alignment of the assembly, avoiding damage to the surface of
the test specimen and avoiding handling that may affect the properties of the material (e.g. pre-
straining of the specimen). Then the extensometer is attached along the test specimen’s gauge length.
The cycle shape, maximum and minimum strain values, strain rate, hold-times and temperature are
entered as input parameters into the software program of the testing machine.

G6.1 Measurements prior to start of test

Preliminary measurements have to be performed in order to identify possible problems with force or
displacement or within the measuring systems. Prior to the start of the actual test, these checks have
to be performed:

e Elastic modulus determination at room temperature and after heating to the test
temperature. These values shall not deviate by more than 10% of the expected values to
ensure that the test results are representative.

o Coefficient of thermal expansion after the temperature is stabilised at the test temperature,
which is determined by dividing the extension measured by the extensometer by the
temperature change while the test machine does not apply any force. Also for the coefficient
of thermal expansion, the measured value shall not deviate by more than 10% of the expected
value to make sure that the test results are representative.

e The gauge length of the extensometer has to be compensated/corrected to account for the
gauge length extension due to thermal expansion. This is done by resetting the output signal
of the extensometer (i.e. put to zero).

G6.2 Heating of the specimen

The test specimen is heated to the test temperature and maintained at the temperature for a
minimum of 30 minutes prior start of the test. During heating the tolerances in temperature as
described in paragraph G4.5 shall not be exceeded. The (resulting) stress inside the test specimen is
not allowed to be higher than 10% of the material’s yield strength at test temperature [G1].

G6.3 Testing
The test is performed as follows:
e Qutput of the extensometer has to be put to ‘zero’ without any force on the test specimen.
e The direction of the first part of the cycle is in tension because possible hold-times are in
tension direction as well.
e The strain rate applied during the test is the standard rate of 1103 s [G1].
e The load cycle is applied via the cycle wave-form desired (see paragraph G2), including
possible hold-time(s). Commonly, the test is strain-controlled.
e The stability of the strain measurement has to remain within 0.5% from cycle to cycle and
within 2% during the entire test [G1].
e The controlled temperature has to be maintained within +2 °C of the desired temperature in
the complete test specimen and during the entire test [G1].
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G6.4 Recording of test results
During testing, these parameters need to be recorded continuously:

e Force, extension, temperature and perhaps crack condition at the critical turning points (i.e.
at maximum and minimum force and extension, and at start and end of hold-times) within the
cycle.

e |nitial force-extension hysteresis loop at start of the test.

e Periodic the hysteresis loops in logarithmic increments of the number of cycles (i.e. 1, 2, 5, 10,
20, 50, etc.) [G1].

G6.5 End of the test

The end of the test is defined as a 10% decrease in the maximum tensile stress in relation to the
maximum tensile stress level as determined during the test progression [G1]. As an example, this
decrease in maximum tensile stress is shown in figures G4 and G5, where it is indicated with the letter
“X”. This criterion is entered in order to avoid damage to both extensometer and fracture surface
which may be caused by complete separation of the two test specimen halves.

In case much cyclic hardening or softening occurs, another end-of-test criterion may be more suitable.
Since hardening and softening occurs commonly in both tension and compression direction, the ratio
between these two maximum stresses may be used. The test end is achieved when the maximum
tensile stress has a certain percentage decrease in relation to the maximum compression stress.

G6.6 Shutdown after completion of test

The furnace has to be switched off directly after completion of the test. This is done to limit the extent
of oxidation of the test specimen’s outer surface and crack surfaces, which makes post-test
examination more difficult. Care has to be taken to avoid overloading of the test specimen during
cooling.

G7. Post-test examination
First, a macroscopic examination has to be performed to determine the location(s) of the cracks.

Via metallographic examination (i.e. optical microscopy and scanning electron microscopy on both
fracture surface and cross-sectional cut samples), the creep and fatigue damage fractions need to be
determined. An example of a characteristic of creep damage is voids in the material. Fatigue damage
can for example be observed by striations on the fracture surface.

G8. Records
The test records should contain the following information:
1. Material specification, i.e. Alloy 617 and reference to the material heat used.
Test specimen identity (i.e. unique sample number).
Cycle shape, including the strain rate.
Hold-time characteristics (like position, duration and control parameter).

vk wnN

Test temperature.
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6. Modulus of elasticity and coefficient of thermal expansion.
7. Characteristics of first cycle:
a. Maximum and minimum strain.
b. Resulting maximum and minimum stress.
c. Strains at start and end of hold-time.
d. Resulting stresses at start and end of hold-time.
e. Inelastic strain range.
8. Characteristics of half-life cycle (same as for the first cycle) with additional:
a. Cycle number at half-life.
9. Characteristics of cycle when the crack formation criterion is reached, which is same as for the
first cycle, though with additional:
a. Number of cycles to crack formation.
b. Description of crack formation criterion.
10. Details of post-test examination:
a. Fracture locations.
b. Damage mechanisms observed and their fractions.
11. Any reasoning about the validity of the performed test, e.g. description of possible events that
occurred during testing that may affect the test results.

G9. Considerations
When performing the creep-fatigue tests and evaluating the test results, some considerations have to
be taken into account:

1. Itis advisable to perform continuous cycling fatigue tests and creep tests as well at the same
temperatures and using the same material (i.e. from the same heat number, so with equal
chemical composition, grain sizes, heat treatments, etc.). With this data, the influences of
creep and fatigue on the creep-fatigue test results can be distinguished more accurately.

2. Oxidation can also be responsible for important interaction effects relating to damage
accumulation, especially at elevated temperatures, unless such tests are performed in aninert
environment or in vacuum.

G10. Literature
[G1] Standard Test Method for Creep-Fatigue Testing, ASTM E2714-13, ASTM International, 2013.
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