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A B S T R A C T

The wake of a wind turbine is of paramount importance while designing a wind
farm layout. While extensive research has been conducted in the past on the
wakes of horizontal-axis wind turbines (HAWTs), the wake of a vertical-axis wind
turbine (VAWT) is not well understood. There is a dearth of literature on wake de-
flection using VAWTs. Although several modelling techniques exist to model the
wake of a VAWT, very few of them are validated with experimental data. In this
study, the existing modelling techniques used to model VAWTs and their wakes
are reviewed. Subsequently, computational fluid dynamics (CFD) simulations are
carried out using Open-source Field Operation And Manipulation (OpenFOAM), an
open-source CFD tool. The flow is modelled using unsteady Reynolds averaged
Navier-Stokes (URANS) equations with the standard k − ε (KE) turbulence model.
The rotor is modelled using the actuator line model (ALM) with corrections for flow
curvature, dynamic stall, added mass and tip effects. The Beddoes-Leishman (B-L)
dynamic stall models are implemented using the turbinesFoam library (Bachant
et al., 2019). The simulation parameters (i.e. mesh topology, time steps and ensem-
ble averaging period) are set up after an extensive study of the impact of spatial
and temporal discretization on the accuracy of the results. The field values of the
flow are averaged over 15 rotations of the turbine after convergence. To evaluate the
effect of the turbulence and dynamic stall models on the wake, a sensitivity study is
carried out. In addition to this, a study is carried out to evaluate the impact of three
different dynamic stall models (i.e. standard B-L, B-L-3G and B-L-Sheng-Galbraith-
Coton (SGC)) on the wake and blade loading. The results of this sensitivity study
show that:

• The standard k− ε model (KE) is highly sensitive to inlet turbulence intensity
and turbulent dissipation values. The wake recovery is significantly affected
by turbulence and hence the turbulence model parameters.

• The B-L dynamic stall models are sensitive to the empirical constants and the
parameters used in this study predict an early onset of dynamic stall com-
pared to experiments.

• The instantaneous blade loading and hence, the dynamic stall, have a signifi-
cant impact on the asymmetry, structure and recovery of a VAWT wake.

Wake and wake deflection is studied with three cases of blade pitch angles (β =
0◦,+10◦&− 10◦). The obtained wake velocity field data from the simulations for
downstream distances of 1D to 10D is validated with the experimental data ob-
tained from experiments by Huang et al. (2020), under the same conditions. The
conclusions from this validation include:

• The simulation results generally compare well with the experiments, with the
largest absolute mean deviation of 10.7% for the case of β = +10◦ at x = 1D,
in the mid-span wake velocities, among the three cases.

• Larger blade loading creates larger near-wake velocity deficits but also show
higher recovery rates.

• The prediction of the azimuthal location of the largest blade loading and the
duration of the blade in stall, have a significant impact on the wake velocity
deficits and hence, the wake asymmetry, structure, recovery and deflection.
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1 I N T R O D U C T I O N

The cascading effects of climate change can no longer be ignored. There is an urgent
need to reduce our carbon emissions to tackle climate change and wind energy has
a promising role in this fight. As the world accelerates to cleaner energy sources,
IRENA (2019) predicts wind energy alone to meet 35% of the global electricity de-
mand, with a total nominal power generation capacity of 6000 GW peak by 2050.
A wind turbine extracts kinetic energy from the wind to generate electricity. An
array of such wind turbines constitute a wind farm. The global cumulative onshore
wind power generation capacity is expected to grow nine-fold, while the global
cumulative offshore capacity is expected to expand to ten times its 2019 value by
2050.

The flow of air around the blades of the wind turbine generates lift and drag
forces. A resultant of these forces, provide the necessary torque to turn a genera-
tor that produces electricity. Based on the alignment of the axis of rotation, wind
turbines fall into two categories; horizontal-axis wind turbines (HAWTs), where the
axis is aligned against the wind direction, and vertical-axis wind turbines (VAWTs),
where the axis is perpendicular to the wind direction.

The extraction of kinetic energy from the wind creates a deficit in wind velocities
and an increase in the turbulence of the wind downstream, referred to as the wake
of the wind turbine. This wake, generated by the upstream wind turbines in a wind
farm, significantly decreases the power output of the wind turbines downstream. To
reduce this effect, the wind turbines in a wind farm are placed a distance from each
other leading to the consumption of large swaths of area. Despite this distance, the
wind velocities do not fully recover downstream. Wake deflection or wake steering
is a method by which the wake of a wind turbine can be redirected to avoid the
downstream turbines, thereby improving their power output. It has been seen that
employing wake deflection in a HAWT wind farm can improve its power output by
up to 13% (Howland et al., 2019).

1.1 motivation and problem statement
The expression for the power generated by the wind turbine is given by Equation 1.1,
where the electrical power output is given by P, the air density by ρ, the rotor
swept area by A, and the undisturbed wind speed by V∞. The term Cp is the
power coefficient, that indicates the fraction of the kinetic energy of the wind that is
converted into rotational energy of the turbine, thereby indicating its aerodynamic
efficiency. This rotational energy of the rotor is then converted to electricity by the
generator, with the torque transmitted through a gearbox and a shaft. While the
efficiencies of all the energy conversions impact the power generation in a wind
turbine, the aerodynamic efficiency of the rotor is the focus of this study. It has
been shown that the maximum value of this power coefficient cannot exceed 59.3%,
which is known as the Lanchester–Betz–Joukowsky limit (van Kuik, 2007).

P =
1
2

CpρAV3
∞ (1.1)

From Equation 1.1, it can be clearly seen that the mechanical power output of the
wind turbine rotor has a cubic dependence on the inflow wind speed. Since the
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2 introduction

extraction of kinetic energy from the wind reduces the wind speed downstream,
the wind speed recovery in a wind farm plays a significant role in its power out-
put. Deflecting the wake can improve the inflow wind speeds for the downstream
turbines improving the farm power outputs.

A large part of the research in the past has been dedicated to the study of wake
deflection for HAWTs farms, whereas the literature on wake deflection for VAWT is
limited in comparison. Hence there is a need to better understand the parameters
affecting the wake deflection and the nature of the deflected wake in VAWTs. The
availability of computational fluid dynamics (CFD) tools and high-performance com-
putation clusters provide a good platform to numerically solve the Navier-Stokes
equations and obtain high-fidelity solutions that describe the wake. However, these
solutions need to be compared with experiments to ascertain their validity and
evaluate their accuracy, highlighting the need for the current study.

1.2 objective and research questions
The main objective of this thesis is to simulate wake deflection using a down-scaled,
isolated VAWT using Open-source Field Operation And Manipulation (OpenFOAM),
an open-source CFD tool, and to validate the simulation using experimental data.
The experiment is conducted in open jet facility (OJF), at TU Delft by Huang et al..

The research questions being probed in this thesis are as follows:

1. How can wake deflection be simulated using OpenFOAM and what are the
different modelling techniques available in the literature?

2. What are the important simulation parameters affecting the simulation of
wake deflection in an isolated, down-scaled VAWTs in OpenFOAM?

3. What are the correction models required for the simulations and how do they
affect the accuracy of the simulation results?

4. What is the effect of blade pitching on the turbine performance (blade loading,
thrust and power coefficients) and the wake velocity field?

5. How do the simulation results compare with the experiments?

6. How can the accuracy of the simulation results be improved?

1.3 report structure
Chapter 1 of the report presents a brief introduction, the motivation, the problem
statement and the research questions addressed in this study. Chapter 2 provides
a detailed introduction to VAWTs, the underlying aerodynamics involved in the en-
ergy conversion process, the available literature on different modelling techniques
used to model VAWTs and their wakes and a comparison of the models’ perfor-
mance. Chapter 3 discusses the approach to implementation of the actuator line
model (ALM) in OpenFOAM, the turbine geometry, the numerical setup and the sim-
ulation parameters. Chapter 4 presents a discussion of the results obtained for the
baseline simulation and presents the parameters for validation of the simulation.
Chapter 5 presents the validation of the different simulation cases with the avail-
able experimental data. Chapter 6 provides a brief summary of the study and the
conclusions drawn therein.



2 L I T E R AT U R E R E V I E W

This chapter provides a discussion on the reviewed literature to address the re-
search questions mentioned in Section 1.2. At the outset, a brief introduction to
vertical-axis wind turbines (VAWTs) is provided in Section 2.1. The subsequent Sec-
tion 2.2, provides a detailed discussion on the basic aerodynamic concepts involved
in a VAWT operation. Section 2.3 provides a discussion of the various unsteady
aerodynamic phenomena dominating the operation of VAWTs and an approach to
their modelling. The wake aerodynamics and wake deflection are discussed in
Section 2.4. Finally, the performance of the different rotor and wake modelling
techniques are compared in Section 2.7.

2.1 introduction to vawts
A VAWT, also sometimes referred to as a cross-flow turbine, has the rotational axis of
its rotor aligned perpendicular to the direction of the wind. While the earliest use of
a VAWT in history dates back to 200 BC (Kaldellis and Zafirakis, 2011), their growth
has been stunted mainly due to their complex aerodynamics and a perceived lack
of advantages over HAWTs, as elaborated in Section 2.1.2. Several VAWT installations
over the past years have been plagued by fatigue issues (Sutherland et al., 2012) due
to the occurrence of deep dynamic stall (Keisar et al., 2020) and an inability to pre-
dict blade loads accurately due to dynamic effects. However, the recent years have
seen a spur of research interest in VAWTs, owing to a better performance of VAWTs

in wind farm settings (Dabiri, 2010), suitability to turbulent urban environments
(Kumar et al., 2018) and offshore floating wind farm applications (Sutherland et al.,
2012).

2.1.1 Types of VAWTs

A VAWT can be classified into two types based on the dominant driving force gener-
ating the torque; Savonius type, which is driven mainly by drag forces and Darrieus
type, which is lift driven. The Savonius rotor (refer Figure 2.1), named after its in-
ventor, has convex shaped blades that generate unbalanced drag forces in the wind-
ward and leeward sides of the rotor, resulting in its rotation. These drag driven
turbines have lower maximum theoretical power coefficients (Cp,max = 0.3) (Hau,
2006) compared to their lift driven counterparts. The lift driven rotors can have
maximum theoretical power coefficients that are marginally higher than the Lanch-
ester–Betz–Joukowsky limit (Thönnißen et al., 2016). However, the drag driven
turbines can self start at very low wind velocities popularizing their usage in cup
anemometers.

The lift driven turbine, with the φ shaped rotor shown in Figure 2.1, was first
introduced by Darrieus in 1931. Lift driven VAWTs can be further classified based on
the surface swept by the blade as it rotates about the axis. Some of the commonly
found swept surfaces are conical (V-shaped blades), ellipsoidal (φ-rotor) and cylin-
drical (H-rotor). This study, however, is focused only on the straight bladed H-rotor
VAWT. The main component of a VAWT rotor that generates the aerodynamic forces
are the blades. The component of the resultant force on the blades in their direc-
tion of motion provides the resulting torque to turn the rotor. The struts provide
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Figure 2.1: Commonly used rotor designs of VAWTs (Hau, 2006)

the structural support to hold the blades and transmit the torque generated by the
blades, to the rotor shaft. The tower provides the vertical force required to balance
the weight of the rotor and houses the rotor shaft that transmits the torque to the
generator.

2.1.2 Advantages and disadvantages

The historical advantage of a VAWT has been that it can operate irrespective of the
wind direction, unlike a HAWT which has to constantly align with the wind di-
rection. VAWTs are observed to perform better under turbulent wind conditions
(Carbó Molina et al., 2018). They operate at low tip speed ratios (TSRs) resulting
in lower noise. Studies by Mertens et al. (2003) has shown that VAWTs, under a
skewed flow perform better, making them ideal to be placed on the top of tall build-
ings. These factors make VAWTs better suited for urban environments as compared
to HAWTs. Further, the low TSR of operation results in smaller pressure differences,
causing less impact on bats that are severely affected by barotrauma (Baerwald et al.,
2008). The height of a VAWT is much smaller causing less impact to migratory birds.

While the overall efficiency of an isolated VAWT is lower than that of an isolated
HAWT with the same swept area (Fadil et al., 2017), recent studies by Hezaveh et al.
(2018) show that the performance of adjacent, close-spaced, counter-rotating VAWTs

is much better than that of an isolated VAWT, when they are aligned with the optimal
wind direction. The wake recovery for a VAWT is also much faster than that for a
HAWT (Kinzel et al., 2012), allowing close placement of VAWTs in a wind farm setting.
Consequently a VAWT farm can have a significantly higher power density compared
to a HAWT farm (Dabiri, 2010). The gearbox and generator of a VAWT are located
at the ground level allowing greater ease of access and maintenance. This has
found its advantage particularly in off-shore and floating applications, where costs
of installation and maintenance significantly increase with height of placement of
the heavier components (Sutherland et al., 2012; Griffith et al., 2016).

However, VAWTs do have several disadvantages. Although the working principles
of a VAWT is similar to that of HAWT, the unsteady effects in VAWT make it difficult to
predict the blade loading. The blade-wake interactions and a large variation in the
angle of attack (AOA) with the azimuthal angle means that dynamic stall is a com-
mon occurrence. The operation of VAWTs at low TSR further increases the severity
of the dynamic stall (Laneville and Vittecoq, 1986) causing increased magnitudes
dynamic loading on the blades, resulting in higher blade fatigue. The constantly
varying forces on the blades results in large variations in the torque, called the
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torque ripple, causing damage to the generator. This however, can be addressed
by increasing the number of blades or by installing helical blades (Scheurich et al.,
2012) or by employing pitch control (Erfort et al., 2020). Another historic issue with
lift driven VAWTs, have been their inability to self start at low wind velocities, but
it has been overcome with modifications to blade geometry and by implementing
pitch control (Douak et al., 2018).

The magnitude of the wind velocity increases logarithmically with increasing alti-
tudes within the boundary layer. Thus, the tower height of HAWTs has substantially
increased over the years, allowing them to tap into higher wind velocities. Whereas
the power output of VAWTs are significantly limited by their height, due to increased
tower precession and larger blade fatigue with an increase in height (Paraschivoiu,
2002). Finally, the complex 3 dimensional (3D) aerodynamics of VAWTs, compared to
rather simpler and well-understood HAWT aerodynamics, has been a major impedi-
ment to its growth.

2.2 basic aerodynamics of vawts
This section presents a review of the literature on basic aerodynamic principles of
a lift driven, straight bladed, H-rotor VAWT. Section 2.2.1 presents a discussion
on the dimensionless quantities used to describe flow and turbine parameters. In
Section 2.2.2, the blade-element theory for VAWTs is discussed. Subsequently, Sec-
tion 2.2.3 provides the basic approach to blade-element momentum (BEM) theory for
HAWTs and VAWTs

2.2.1 Dimensionless quantities

In fluid dynamics, it is a common practice to use dimensionless quantities to char-
acterize the behaviour of the flow. Several forces act on a fluid in motion such as
inertial forces due to the mass of the fluid in motion, static pressure forces, viscous
forces, surface tension, gravitational forces etc. The magnitudes of the dimension-
less numbers associated with these forces determine the characteristics of the flow.
Table 2.1 shows the various dimensionless numbers relevant to a wind turbine op-
eration. The fluid properties are the static pressure (p), dynamic viscosity (µ), fluid
density (ρ) and the fluid velocity (v).

vs. Inertial forces Viscous forces Gravitational forces
Inertial forces ρvl Re Fr
Viscous forces Re−1 µ

Gravitational forces Fr−1 g

Table 2.1: The dimensionless numbers characterizing the flow, for the operation of a wind
turbine.

The Reynolds number (Re) is defined as the ratio of the inertial forces to the
viscous forces, given by Equation 2.1, where l is the characteristic length; which
in the case of the airfoil, is the chord length (c) and in case of the rotor, is the
rotor diameter (D). The Froude number (Fr) is the ratio of the inertial forces to the
gravitational forces given by Equation 2.2, where g is the acceleration due to gravity.
The Mach number (M) is defined as the ratio of the velocity of the fluid (v) to the
speed of sound (Vs), shown in Equation 2.3.

Re =
ρvl
µ

(2.1)
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Fr =
v√
gl

(2.2)

M =
v
Vs

(2.3)

Dynamic pressure (q), given by Equation 2.4, represents the pressure exerted by
the fluid by the virtue of its motion. It is used to non-dimensionalize the aerody-
namic lift and drag forces on the blade. The parameter reduced frequency (kr), used
to determine the degree of unsteadiness of the flow, is given by Equation 2.5, where
f is the pitching frequency of the blade. For kr = 0, the flow can be considered
steady. Whereas for values of kr < 0.05, the flow is considered as quasi-steady and
for higher values of kr the flow is considered as unsteady. The Courant number
(Co) defined as shown in Equation 2.6, is a dimensionless quantity used to evaluate
the accuracy of the CFD simulations with regard to the chosen time step settings.
The term ∆xi (with the repeated index indicating summation) indicates the length
interval of the discretized cell in the domain along X, Y and Z axes, the term vi
represents the respective components of flow velocity and ∆t is the chosen time
step. In CFD simulations, the Courant number should be less than or equal 1 for
the results to be accurate. The Strouhal number (St) is a parameter used to describe
the oscillating behaviour of the flow. This is given by Equation 2.7 where f is the
frequency of vortex shedding and l is the characteristic length of the body causing
the shed vortex. In the case of VAWT rotor, the characteristic length can be taken as
turbine diameter (D).

q =
1
2

ρv2 (2.4)

kr =
π f c

v
(2.5)

Co = vi
∆t
∆xi

(2.6)

St =
f l
v

(2.7)

The tip speed ratio (TSR) (λ) is defined as the ratio of the speed of the blade to
the freestream wind speed (V∞). This is shown in Equation 2.8, where R is the
rotor radius and Ω is the rotational speed of the rotor. The solidity (σ) of the rotor,
defined as the ratio of blade area to the planar swept area of the rotor, is given by
Equation 2.9, where B is the number of blades. The aspect ratio(AR) of the rotor is
defined as the ratio of the blade length(H) to the diameter of the rotor, shown in
Equation 2.10.

λ =
ΩR
V∞

(2.8)

σ =
Bc
2R

(2.9)

AR =
H
2R

(2.10)

2.2.2 Blade-element theory for VAWTs

To analyse the basic aerodynamic principles, a 2 dimensional (2D) section of the
rotor is taken and the forces generated by the airfoil are calculated. This approach
to calculating the blade forces is commonly referred to as the blade-element theory.
Figure 2.2 shows the relevant angles and velocities associated with the rotor.
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(a) Angles for aerodynamic analysis. (b) The velocity diagram for a VAWT rotor.

Figure 2.2: The angles and velocity diagram for a 2D section of VAWT.

A moving airfoil perceives the relative velocity of air rather than the freestream
velocity (~V∞) due to the virtue of its motion. This relative velocity of the air is
calculated as shown in Equation 2.11. The parameter ~Vrel , is the relative velocity of
the wind with respect to the moving blade and ~Vr is the blade velocity and ~Vind is
the induced velocity at the blade. The blade velocity can also be expressed in terms
of the angular velocity of the rotor (~Ω) as ~Vr = ~Ω× ~R .

~Vrel = ~Vr + ~V∞ + ~Vind (2.11)

The inflow angle (ψ) is defined as the angle between the relative velocity vector
(~Vrel) and the tangent to the blade path. The chord line is a straight line joining
the leading and trailing edges of the airfoil. The AOA (α) is defined as the angle
between the chord line and relative velocity vector (~Vrel). The blade pitch angle (β)
is defined as the angle between the tangent to the blade path and the chord line.
The azimuthal angle (θ) is defined as the angle between the reference axis (refer
Figure 2.2b) and the location of the airfoil.

If the direction of the freestream wind velocity is taken along the X-direction
and Y-axis is taken in a mutually perpendicular direction, then the relative velocity
components along X (Vx) and Y (Vy) can be written as shown in Equation 2.12. The
relative velocity components in the tangential and normal directions to the blade
path are given by Vt and Vn respectively. The AOA(α) and inflow angle(ψ) is then
given by Equation 2.13

Vx = V∞ + ΩRcos(θ) + Vind,x

Vy = ΩRsin(θ) + Vind,y

Vt = Vxcos(θ) + Vysin(θ)

Vn = Vxsin(θ)−Vycos(θ)

(2.12)

α = tan−1(
Vn

Vt
)− β

ψ = α + β

(2.13)

The airfoil in a flow field exerts pressure and shear forces on the flow, while the
flow exerts an equal force on the airfoil. These forces exerted on the airfoil by the
flow, can be resolved along and perpendicular to the relative velocity vector (~Vrel).
The forces resolved perpendicular to ~Vrel is defined as lift while the forces parallel
to ~Vrel is defined as drag. Equation 2.14 gives the expressions for lift (L

2D) and drag
(D

2D) forces per unit span of the blade respectively. cl and cd are the lift and drag
coefficients per unit span length respectively, which are functions of the Reynolds
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Figure 2.3: Aerodynamic forces on 2D section of the blade.

number (Re) and AOA (α). Figure 2.3 shows the force diagram for the 2D section
of VAWT. The resultant of lift and drag forces is calculated by taking the vectorial
sum of the forces. The components of this resultant force in the directions normal
(Rn) and tangential (Rt) to the blade path is given by Equation 2.15. The tangential
component (Rt) provides the torque to drive the turbine.

L
2D =

1
2

ρV2
relccl(α, Re)

D
2D =

1
2

ρV2
relccd(α, Re)

(2.14)

Rn = L
2Dcos(ψ) + D

2Dsin(ψ)

Rt = L
2Dsin(ψ)− D

2Dcos(ψ)
(2.15)

The equation for the average power (P
2D) for one rotation of the rotor, with the

time period of rotation (T) can be written by integrating the product of the number
of blades (B), the tangential component (Rt) of the resultant force and the velocity of
the blade over the time period, as shown in Equation 2.16. The instantaneous thrust
force (T

2D) on the rotor, is the component of the resultant force on the blade parallel
to the inflow wind velocity. This thrust force is calculated as shown in Equation 2.17.
The average thrust force (T

2D) is then calculated as shown in Equation 2.18.

P
2D,avg =

1
T

∫ T

0
B · Rt ·ΩRdt (2.16)

T
2D = Rnsin(θ)− Rtcos(θ) (2.17)

T
2D,avg =

1
T

∫ T

0
B · T

2Ddt (2.18)

Finally the average power coefficient (Cp,avg1) of the turbine, per unit span of the
blade, for one complete rotation, can be calculated by non-dimensionalizing the
average power, with the product of dynamic pressure of the freestream wind (q∞)
and freestream wind velocity, as shown in Equation 2.19. Similarly the average
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(a) Angle of attack(α). (b) Relative velocity(Vrel).

(c) Resultant normal force(Rn). (d) Resultant tangential force(Rt).

Figure 2.4: The variation of various parameters of 2D VAWT with azimuthal angle. The pa-
rameters are defined with the chord length of c = 0.03m, TSR of λ = 2.5, number
of blades as B = 1, freestream wind velocity of V∞ = 5ms−1, lift coefficient of
cl = 2πsin(α) and drag coefficient of cd = 0. The induced velocities are ignored.

thrust coefficient (Ct,avg1) on the actuator surface can be expressed as shown in
Equation 2.20

Cp,avg1 =
P

2D,avg

q∞V∞
(2.19)

Ct,avg1 =
T

2D,avg

q∞
(2.20)

For a constant blade pitch angle, Equation 2.13 predicts that the AOA and the
relative velocity, change with the azimuthal position of the blade. This results in
the change of lift and drag forces on the blade with the azimuthal position leading
to a fluctuating torque. Figure 2.4 shows these varying parameters over one revo-
lution of the blade for assuming a single-bladed rotor with no induced velocities.
Further, the lift coefficient is calculated with flat plate assumptions and drag forces
are neglected. The continuous change in the AOA, as seen in Figure 2.4a, causes
several unsteady effects in VAWTs. Figure 2.4b shows the variation of the magnitude
of the relative velocity with the azimuthal angle. Figure 2.4c and Figure 2.4d show
the variation of normal and tangential forces on the rotor. The addition of more
blades to the rotor at different azimuthal positions has a flattening effect on the
force curves of the turbine. Further, as the blade pitch angle changes, these force
curves also change. This is the basis for pitch control in VAWTs. It has been ob-
served that the performance of VAWTs can be significantly improved by employing
pitch control (Ferreira, 2009; Erfort et al., 2020).
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2.2.3 Blade-element momentum (BEM) theory

The blade-element momentum (BEM) theory is a direct application of the momen-
tum theory and blade-element theory. The momentum theory approximates the
flow with several assumptions. The most basic case of the flow is assumed to be
steady, inviscid, irrotational and incompressible with no skin drag at the airfoil sur-
face. The control volume is approximated as a stream tube with uniform inflow
and no mass or momentum transfer in the direction lateral to the flow. The induced
velocity at the rotor is assumed to be uniform at all points of the stream tube. The
stream tubes are assumed to be independent of each other and exert thrust on the
rotor surface. Further, the flow is assumed to be axis-symmetric. However, sev-
eral correction models are available to alleviate the inaccuracies arising from these
assumptions.

BEM theory for HAWTs :
The momentum theory calculates the induced velocity at the rotor by solving the

mass, momentum and energy balance equations in the direction of the flow within
the control volume. The rotor is approximated as an actuator disk that exerts thrust
force on the flow. The axial induction factor (a) is defined as shown in Equation 2.21,
where V∞ is the freestream wind speed and Vd is the magnitude of wind velocity at
the rotor (Sørensen, 2012).

a = 1− Vd
V∞

(2.21)

The loading on the blades in a HAWT is calculated using blade-element theory,
similar to the approach shown in Section 2.2.2. The blade is split up into several
unit span sections and the lift and drag forces at each of these sections are calcu-
lated by including the induced velocity calculated from momentum theory. The
total loading on the blade is calculated by summing up the resultant forces on the
different sections of the blade. The average torque on the rotor is ultimately calcu-
lated by averaging the instantaneous torque over one revolution. The combination
of blade-element theory with the momentum theory is called BEM theory first intro-
duced by Glauert (1935) for modelling HAWTs.

BEM theory for VAWTs :
While the BEM theory for VAWTs follows a similar approach, the techniques to model

the actuator surfaces is different. Since the blades of the VAWT have a component
of velocity along the wind direction, the single actuator disk approximation of the
rotor is not entirely appropriate. The different approaches to model a VAWT rotor,
are discussed in detail in Section 2.5. Based on the number of stream tubes and
actuator surfaces, several momentum models exist for VAWTs. A detailed discussion
on these different momentum models is presented in Section 2.6.1.

2.3 unsteady aerodynamics of vawts
The operation of a VAWT is dominated by unsteady effects, predominantly due to
the rotation of the blades. This rotation causes a sinusoidal change in the AOA (refer
Figure 2.4a), that changes the lift force on the airfoil and hence the bound circulation
around it. The cyclic change in AOA means that the occurrence of dynamic stall is
imminent. The change in the bound circulation leads to the periodic shedding
vortices on the suction side of the airfoil. These shed vortices, interact with the
blades downstream as it traverses along the wind direction, commonly referred
to as blade-wake interaction. The rotation of the blades also causes the airfoil to
perceive a varying AOA at different chord-wise locations, commonly known as the
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Figure 2.5: The variation of normal force coefficient (Cn) with AOA (α) for NACA 0015 blade
profile with the following parameters : α = 6 + 16sin(ωt), reduced frequency
k = 0.1, Mach number M = 0.1 and chord length c = 0.5m. (Dyachuk and
Goude, 2015)

flow curvature effect. All these unsteady effects significantly affect the performance
and consequently, the wake of a VAWT.

The phenomenon of the dynamic stall and the parameters affecting it are dis-
cussed in detail in Section 2.3.1. A brief discussion of the different models available
to model dynamic stall is also included in this subsection. The phenomenon of
blade-wake interaction is elaborated in Section 2.3.3. The flow curvature effect is
discussed in Section 2.3.2.

2.3.1 Dynamic Stall

Dynamic stall is an unsteady effect that occurs when the airfoil undergoes rapid
changes in AOA near the static stall AOA. Hence, it is noted that the value of the static
stall angle is one of the determinant factors for the occurrence of the dynamic stall.
The occurrence of dynamic stall delays the onset of the stall and causes lift forces
to increase beyond their maximum value at static stall AOA. Figure 2.5 presents the
variation of the normal force coefficient of the blade as a function of AOA. From
the figure, it can be observed that a hysteresis loop occurs in the normal force (and
hence lift force), which means, both the flow separation and flow reattachment is
delayed as a result of dynamic stall. The occurrence of dynamic stall is generally
categorized into four regimes (Wernert et al., 1996):

• Attached flow and generation of instability at the leading edge of the airfoil
creating a leading-edge separation.

• Formation of the leading-edge vortex.

• Convection of the leading-edge vortex over the airfoil surface and formation
of the trailing-edge vortex.

• Reattachment of the flow.

Dynamic stall occurring in a VAWT, is affected by several different parameters.
These parameters are the chord Reynolds number (Rec), Mach number (M), blade
profile and geometry, TSR, reduced frequency (kr) and turbulence intensity (I) (Peng
et al., 2021). Simulations by Sangwan et al. (2017) show that the effect of dynamic



12 literature review

stall becomes less pronounced with increasing Mach number (and consequently
with increasing Rec for a given airfoil and fluid). Wang et al. (2014); Rezaeiha
et al. (2018) agree that the turbulence intensity has a significant impact the onset of
dynamic stall and that stall can be delayed by higher turbulent intensities in low Rec
flows. Wang et al. (2014) notes that this is due to effect of turbulent reattachment
of the flow in the boundary layer (shown in Figure 2.6). They further note that
the increase in turbulence intensity bears resemblance to increase in the Rec, with
a few exceptions. In the experiments conducted by Laneville and Vittecoq using
NACA0018 blade profile with the static stall AOA of ±10.5 degrees, it was observed
that the dynamic stall occurred below TSR of 5 and deep stall occurred below TSR of
3. From the velocity diagram shown in Figure 2.2b, it can be seen that low TSR of
operation can cause blades to reach high values of AOA, significantly exceeding the
static stall AOA. This is reiterated quantitatively in the Particle Image Velocimetry
(PIV) measurements by Simao Ferreira et al. (2007) using NACA0015 blade geometry
with parameters: Rec = 5× 104 and 7× 104, inflow velocities ranging 3.7ms−1 −
10.5ms−1 and TSRs ranging from 2 to 4 . However, it is noted that the static stall
angle of the airfoil has a detrimental role in deciding the TSR at which dynamic stall
occurs. Further, Hau et al. (2020) show that an increase in the reduced frequency
(kr) increases the stall onset angle, potentially delaying the onset of dynamic stall.
Further, it can be inferred that any change to the blade pitch angle (β) acts to change
the azimuthal position at which the onset of the dynamic stall occurs.

Dynamic Stall Modelling :
Several dynamic stall models (Gormont, 1973; Paraschivoiu and Allet, 1988; Proulx

and Paraschivoiu, 1989) have been proposed for VAWTs by various authors (Strick-
land et al., 1979; Massé, 1981; Berg, 1983; Paraschivoiu et al., 1988; Masson et al.,
1998) in the available literature. The dynamic stall models were initially developed
to model the aerodynamic loading and flow around helicopter blades. This sec-
tion presents a general approach to modelling the dynamic stall and provides a
reasoning for the chosen dynamic stall models for further comparison.

All the available dynamic stall models are semi-empirical implying that, the em-
pirical constants of the model are largely dependent on the experimental data and
the airfoil used. However, Dyachuk et al. show that the results obtained by imple-
menting a dynamic stall model are still better than those without the dynamic stall
model. The Beddoes-Leishman (B-L) dynamic stall model has four sub-models as
enumerated below:

• Unsteady attached flow model.

• Non-linear trailing-edge separation model.

• Dynamic stall onset model.

• Vortex induced loading model.

The comparison of B-L-original (Leishman and Beddoes, 1986), B-L-3G (Beddoes,
1993), B-L-Sheng-Galbraith-Coton (SGC) (Sheng et al., 2008) and Gormont models, by
Dyachuk et al. (2014), shows that B-L-SGC model shows a better result in comparison
to the experiments. However it is noted that the simulation was carried out using
momentum models, although the author mentions that they work well with Navier-
Stokes (N-S) flow models. B-L-original was developed by Leishman and Beddoes to
model the flow around the helicopter rotors. A third generation version of this was
later developed by Beddoes. Later, Sheng et al. identified that the prediction of
unsteady aerodynamic blade loading by B-L models is worse at low Mach numbers
than at higher Mach numbers. The deficiencies of the standard B-L models at low
Mach numbers include early prediction of the stall, exclusion of the stalled flow
convection over the upper surface of the airfoil and negative chordwise forces in
separated flow. The B-L-SGC model proposed by Sheng et al. (2008), overcomes these
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Figure 2.6: Effect of turbulence intensity (I = Tu) on stall at different AOA a low Rec flow.
(Wang et al., 2014)
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Figure 2.7: Virtual camber, a qualitative representation of the conformal transformation.
(Migliore et al., 1980)

deficiencies and is chosen as an appropriate dynamic stall model for the baseline
case. However, since the choice of dynamic stall model is crucial for the accuracy of
the results in low Rec, low TSR regimes (Masson et al., 1998), the effect of dynamic
stall on the simulation results is investigated in Chapter 4.

2.3.2 Flow curvature

The curvilinear motion of the blades has the effect of altering the AOA perceived by
the airfoil at different chord locations. This follows from the geometric observation
that the radial distance from the axis of rotation to every point on the chord of the
airfoil is unique. This makes the direction of relative velocity and hence the AOA

unique to every point on the chord. This was highlighted in a study by Migliore
et al. (1980), who noted that the effect of the rotating airfoil in the curvilinear flow
field, behaved the same way as a cambered airfoil in a linear flow field. This is
known as virtual camber and is shown in the figure Figure 2.7. This effect becomes
important while modelling the VAWTs with higher solidities ( c

R > 0.1) (Migliore
et al., 1980).

2.3.3 Blade-wake interaction

The sinusoidal change in the AOA continually changes the lift forces and hence the
bound circulation around the blades, as governed by the Kutta-Joukowski theorem
(refer Equation 2.36). A consequence of this is that the vortices are shed from the
trailing edge periodically with the change in bound circulation as per Kelvin’s cir-
culation theorem (Paraschivoiu, 2002). It is to be noted that this is different from the
leading-edge vortex that is shed with the occurrence of dynamic stall. When these
vortices convect downstream with the wake they encounter the rotating blades in
the downwind half. A study conducted by Scheurich et al. (2011) shows that these
interactions significantly modify the induction field around the blades in the down-
wind half, causing impulsive changes in the aerodynamic blade loads. While the
blade force curves are smooth in the upwind half, the blade-wake interactions cre-
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ate sudden surges in blades loading in the downwind half. The change in induction
field around the blade in the wake can modify the AOA much beyond the stall angle
causing a localized dynamic stall. The study also states that at higher TSRs this effect
is amplified as the blade encounters its own wake in the downwind half and hence,
the frequency of blade-wake interaction is increased.

2.4 wind turbine wakes

The wake of a wind turbine is a consequence of its extraction of kinetic energy from
the wind. The obstruction or the blockage to the wind created by the presence of
a wind turbine generates eddies or vortices. The largest of these vortices are of the
length scales of the turbine diameter. The core of the vortex has the same transla-
tional velocity as the convection velocity of the vortex, which is significantly low
compared to the inflow velocity. This causes the large velocity deficit in the region
behind the turbine, called as the wind turbine wake. These eddies in the wake, in-
teract with each other and stretch, as they convect with the wind. The largest eddies
extract kinetic energy from the mean flow, dissipating into smaller eddies through
vortex stretching further downstream. The dissipation of these eddies leads to a
recovery of the wake far downstream. The wake of a VAWT, its properties and the
governing parameters are discussed in Section 2.4.1. The wake deflection in VAWTs

is discussed in Section 2.4.2.

2.4.1 Wake of a VAWT

The wake of a VAWT is similar to that of a HAWT in the general structure, i.e. with
high velocity deficits and turbulence intensities. However, they are intrinsically
different. The VAWT wake is characterized by strong asymmetry, counter-rotating
vortices (Peng et al., 2021), and with the shed and trailing vorticity as the wake’s
main components. Whereas the HAWT wake’s main component is the trailing vor-
ticity with strong tip vortices (Ferreira et al., 2010). The blade-wake interactions in
VAWTs cause higher turbulence intensities in the wake, leading to almost 95% of the
velocity recovery in the wake at downstream distances of 6D, whereas the HAWTs

needs a downstream distance of 14D for the same percentage of recovery (Kinzel
et al., 2012).

The wake in this study, is classified into three regions, namely; near-wake (down-
stream distances x ≤ 3D), a transition zone (4D ≤ x ≤ 7D) and far-wake (down-
stream distances x ≥ 8D). While there is no general consensus on the above-
mentioned classification of the regions, it provides a comprehensible approach for
the following discussions. The main components of the VAWT wake are the shed
vorticity and trailing vorticity, whose largest component is the tip vortex. The near-
wake velocity contours obtained from stereoscopic PIV measurements for VAWT are
shown in Figure 2.8. These measurements by Tescione et al. (2014) show that the
vorticity field in the near-wake ( x

R < 3) of the turbine is highly affected by the
blade wakes. However, Tescione et al. note that, for larger downstream distances
the cycloidal shape of the blade wakes are no longer detectable. The asymmetry
associated with the VAWT wake (seen in Figure 2.8a) is explained by the blade rota-
tion, blade-wake interaction and enhanced by the velocity deficit in the windward
region (Ferreira et al., 2007; Tescione et al., 2014). The wake of the tower also has a
slight asymmetry towards the windward side, owing to the Magnus effect caused
by the rotation of the tower. Tescione et al. further note this could also add to the
asymmetry of the turbine wake itself. The far wake of the VAWT is dominated by
oscillating bluff-body aerodynamics. Araya et al. (2017) note that the dynamics of
the far-wake resembles that of the solid cylinder. The study further states that the
far-wake of a VAWT has similar properties as that of the HAWT, with wake meander-
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ing that oscillates with a Strouhal number of St = 0.23, irrespective of the operating
conditions. The transition zone of the wake is the region where the transition occurs
from the blade vortex dominated near-wake to the bluff-body aerodynamics of far
wake. The latter resembles the wake generated by a solid cylinder in the flow with
oscillations determined by the resultant Strouhal number.

(a) Normalized stream-wise velocity (ux) contour in the near-wake of VAWT

(b) Normalized cross-stream velocity (uy) contour in the near-wake of VAWT

Figure 2.8: Near-wake velocity contour of VAWT measured using stereoscopic PIV measure-
ments (Tescione et al., 2014).

The geometric and operational parameters of a VAWT, like the solidity, aspect
ratio and TSR, affect its wake structure and wake aerodynamics. With the increase
in the solidity of the VAWT, the velocity deficit in the near wake increases (Zou et al.,
2020). The study further shows that the increase in solidity by increasing the chord
length and by increasing the number of blades have different effects on the power
coefficient and hence the wake deficit. The increase in solidity due to the increase
in chord length, marginally increases the optimal power coefficient up to a certain
chord Reynolds number (Rec), beyond which enhanced blade-wake interactions are
observed. The increase in solidity due to the increase in the number of blades has a
negative impact on the power coefficient due to increased blade-wake interactions.
Zou et al. also note that the asymmetry of the wake increases with the increase in
solidity and the wake transforms from a V-shape to U-shape, with enhanced wake
recovery. Hezaveh et al. (2017) and Zou et al. (2020) both observe re-circulation
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Figure 2.9: The effect of TSR on the wake of a VAWT with the cases showing increasing TSR

(a): λ = 1, (b): λ = 1.35, (c): λ = 1.8, (d): λ = 2.21, (e): λ = 2.6 and (f): λ = 3.
WS representing windward side and LS representing leeward side (Posa, 2020).

in the near-wake downstream locations for higher solidities, leading to a higher
turbulent diffusion of the wake and enhanced recovery far downstream.

However effects of solidity, aspect ratio and the TSR work in combination with
each other to determine the structure and nature of the wake. Simulations by Heza-
veh et al., show the flow reversal in the immediate downstream of the turbines with
medium solidity but not for the higher solidity. This is due to the lower operational
TSR of the high solidity turbine in their study. The increase in TSR increases the
wake velocity deficit (refer Figure 2.9) and also enhances the wake recovery due to
the collapse of shear layers of the wake into the wake core in the transition zone of
the wake (Posa, 2020; Hezaveh et al., 2017). The cross-stream velocity component of
the wake is also enhanced by increasing TSRs. Posa notes that at lower TSRs, where
the dynamic stall effect is severe, the results show larger velocity deficits at the shed
vortex core. However, this effect varies non-monotonically with the variation in TSR.
The turbines with a higher aspect ratio (AR = H/D defined differently from Heza-
veh et al. (2017)), have shorter wakes and larger asymmetry owing to the larger
momentum transport into the wake from the sides, whereas the lower aspect ratios
lead to longer and wider wakes (Hezaveh et al., 2017). However, it is noted that
the author, in their study, does not consider the tip effects, which has a significant
impact on the wake for smaller aspect ratios. The tip vortices have a significant
role in the replenishment of the stream-wise momentum of the wake by inducing
crosswind velocities (Rolin and Porté-Agel, 2018).
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2.4.2 Wake Deflection in VAWTs

The necessity of wake deflection arises from the need to optimize the power produc-
tion of the downwind turbines in a wind farm setting. At the outset, the inherent
asymmetry of the wake of an isolated VAWT leads to a slight deflection of the wake
towards the windward side of the turbine. Hence the direction of rotation has a
large influence on the direction of the deflected wake. Unlike the HAWT wake steer-
ing mechanism, which employs yawing of the wind turbine’s axis of rotation, the
wake of a VAWT can be deflected by changing the blade pitch angle (β) or the strut
pitch angle (βs). The effect of changing the blade pitch angle deflects the wake in
the windward or leeward direction, whereas pitching the struts deflect the wake
upwards or downwards. Owing to the effect of increased power production of two
counter-rotating VAWTs in close vicinity (Hezaveh et al., 2018), several studies (Rolin
and Porté-Agel, 2018; Vergaerde et al., 2020a,b; Yuan et al., 2021) have been carried
out to understand the nature the deflected wake in VAWTs. Vergaerde et al. (2020a)
note that the wake of two counter-rotating VAWTs with adjacent downwind mov-
ing blades, have the same wake length and widths of an isolated VAWT. Whereas
the adjacent upwind motion of the blades significantly improves the wake recov-
ery and decreases the wake widths. Since the wake asymmetry causes a deflection
of the deficits in the windward direction, the adjacent downwind moving blades
deflect the wakes away from each other leading to weaker wake interactions. On
the other hand, higher wake interactions in the upwind adjacent moving blades re-
sult in unsteadiness leading to dissipation through vortex suppression (Vergaerde
et al., 2020a). Figure 2.10 shows the comparison of the wake of two counter-rotating
VAWTs cases with that of an isolated VAWT.

Figure 2.10: The wake of an isolated turbine as compared with the wake of a counter-rotating
turbine cluster with downwind moving adjacent blades at three different verti-
cal cross-sections. (Vergaerde et al., 2020a)

Mendoza and Goude (2019), in their study, employ strut pitching as a method
to deflect the wake upwards or downwards. They use strut pitching, instead of
blade pitching, since pitching the blade, while maintaining the optimal TSR would
require an active pitching system and an azimuthal awareness of induction fields.
Figure 2.11 shows the effect of strut pitching in deflecting the wake.
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Figure 2.11: The deflection of wake as a result of different strut pitch angles (αp), simulated
using the ALM CFD. (Mendoza and Goude, 2019)

2.5 modelling the vawt rotor

In this section, the different rotor modelling techniques for H-VAWT with straight
blades, are discussed. The main components of aerodynamic significance are the
blades, the struts and the tower. Different levels of simplification exist to repre-
sent these actuator surfaces. These methods predict the blade loading and turbine
performance, with varying accuracy, requiring different levels of computational ex-
penditure. The aim of the modelling is to predict the turbine performance, blade
loading, the induced velocities at the rotor and the effect of this loading on the wake.
The modelling of VAWTs closely follows the techniques developed to model HAWTs.

Figure 2.12 shows various approximations of the rotor commonly available in the
literature. These rotor simplifications are combined with different flow modelling
techniques to effectively analyse VAWT aerodynamics. Figure 2.12a shows the 3D

rotor, where the rotor has a finite span and a finite number of blades. A cross-section
of the 3D rotor gives the 2D assumption of the rotor shown in Figure 2.12b. The 2D

assumption inherently implies that the blade span is considered to be infinitely long
in the direction of the rotor axis and hence the tip effects of the blade are neglected.

2.5.1 Actuator disk model

In the actuator disk (AD) model, the rotor is approximated with an infinitely thin,
permeable disk, of an equivalent thrust coefficient, with its axis aligned perpendic-
ular to the direction of the flow. The disk exerts a thrust force on the flow in the
direction opposite to the flow and can be further split into smaller rings at different
radial locations for greater accuracy. The 3D and 2D AD approximations of the rotor
are shown in Figure 2.12c and Figure 2.12d respectively. This approximation of the
rotor was initially developed to model HAWT rotors. It is the simplest and one of
the most frequently used models for VAWT rotors. Replacing a cylindrical swept
surface with an AD means, that the effects of the tower and the struts on the flow
are neglected and the near-wake of the rotor is not captured well.

2.5.2 Actuator cylinder model

In this model, the rotor is replaced by the actuator surface swept by the blades over
one revolution, exerting thrust force on the flow. This approximation implies an
infinite number of blades along the actuator surface. In 3D, this takes the form of a
thin, permeable actuator cylinder (AC) as shown in Figure 2.12e whereas, in 2D, it is
a circle as shown in Figure 2.12f. The 2D cross-section implies that the span length
is infinite and the tip effects are neglected. The AC approximation, first introduced
by Madsen (1982), is a more appropriate approximation for a VAWT rotor compared
to the AD approximation.
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2.5.3 Actuator line model

This method was first introduced by Sørensen and Shen (2002) for HAWT rotors,
Here, the rotor blades, struts and the tower is replaced by lines exerting an exter-
nal force on the flow. The magnitude and the direction force field exerted by the
lines representing the actuators can be determined by the blade-element theory or
lifting line theory, along with corrections for tip and dynamic effects. Different flow
modelling techniques can be combined for analysis of the wake structure (Bachant
et al., 2018; Mendoza et al., 2019). A more detailed discussion on this is provided in
Chapter 3.

2.6 modelling the vawt wake
This section presents a discussion on various flow modelling techniques available
to model the VAWT wake. The aim of these models is to predict the induction at
the turbine, the wake velocities and the wake structure. While the momentum
models do not predict the wake structures, the vortex and CFD models do provide a
better description of the wake flow field. The momentum models are elaborated in
Section 2.6.1, while the vortex modelling techniques are discussed in Section 2.6.2.
Finally, the high-fidelity CFD models are discussed in Section 2.6.3.

2.6.1 Momentum models

The momentum theory in combination with the blade-element theory forms the ba-
sis for these models. Depending on the number of stream tubes and the number
of actuator surfaces used the 1 dimensional (1D) momentum models can be classi-
fied into 4 different categories of increasing complexity and accuracy as shown in
Figure 2.13. These 1D momentum models along with the 2D AC model are briefly
discussed in the subsequent sub-sections.

2.6.1.1 Single stream tube model

This model, first introduced by Templin (1974), is the simplest model available in
the literature for VAWT modelling. The model approximates the VAWT rotor with the
AD of equivalent thrust coefficient and the control volume of the flow with a single
stream tube as shown in Figure 2.13a. The momentum theory is used to calculate
the uniform induced velocity in the stream tube at the rotor. This implies that the
induction at the upwind and downwind parts is assumed to be the same.

2.6.1.2 Multiple stream tube model

Following the improvements in SST model for HAWT modelling, MST model was
introduced by Wilson and Lissaman (1974) and subsequently by Strickland (1975).
The MST model considers the flow to be split up into several independent stream
tubes to calculate the induction at the rotor as shown in Figure 2.13b. While the
induction is assumed constant within the stream tubes, they can now vary from
one stream tube to another. These induced velocities are calculated by solving the
linear mass, momentum and energy balance equations for each independent stream
tube. However, the rotor is still approximated with a single AD which means that
the induction in the downwind and upwind halves of the rotor is assumed to be
the same.

2.6.1.3 Double stream tube model

To address the different induction values in the upwind and downwind halves of
the VAWT rotor, with 2 separate ADs can approximate the upwind and as shown in
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(a) 3D rotor. (b) 2D VAWT rotor.

(c) 3D actuator disk (AD). (d) 2D actuator disk (AD).

(e) 3D actuator cylinder (AC). (f ) 2D actuator cylinder (AC).

Figure 2.12: Different levels of rotor simplifications for VAWTs (De Tavernier, 2021).
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(a) Single stream tube (SST).

(b) Multiple stream tube (MST).

(c) Double stream tube (DST).

(d) Double multiple stream tube (DMST).

Figure 2.13: The different momentum models available in the literature (De Tavernier, 2021).
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Figure 2.14: DMST model for VAWTs. (De Tavernier, 2021)

Figure 2.13c. This allows different induction values at the upwind and downwind
ADs. The fully developed, far-wake velocity of the upwind AD is assumed to be the
inflow velocity for the downwind AD.

2.6.1.4 Double multiple stream tube model

This momentum model with the AD approximation of the rotor was first introduced
by Paraschivoiu (1988). Here the MST assumptions for the flow are combined with
the DST approximation of the rotor, as shown in Figure 2.13d.

The working of the DMST model is briefly explained in the below section by ana-
lyzing a single stream tube located at an azimuthal angle θ. Figure 2.14 shows the
upwind and downwind ADs and the corresponding stream tube under considera-
tion. The inflow velocity (V∞) for the upwind AD is assumed to be unidirectional
along X-axis. The induced velocities at the upwind and downwind ADs are given
by Vd and V′d respectively. The fully developed far-wake velocity of the upwind AD

(Ve) is taken as the inflow velocity for the downwind AD. The far-wake velocity of
the downwind AD is given by Vw. The induction factors for the upwind AD (a) and
downwind AD (a′) are defined as given in Equation 2.22. (Paraschivoiu, 2002)

a = 1− Vd
V∞

a′ = 1−
V′d
Ve

(2.22)

From the linear mass and momentum balance equations the relation between the
velocity at the inlet, at the upwind AD (Vd) and in its far wake (Ve) is given by
Equation 2.23. For the downwind AD, the inflow velocity is the far wake velocity of
the upwind AD (Ve). The relation between the inlet, far wake (Vw) and wind velocity
at the downwind rotor (V′d) is given by Equation 2.24.

The induced velocity at the upwind and downwind ADs in terms of their re-
spective induction factors is given in Equation 2.24. The thrust coefficient for the
upwind (Ct,MOM) and downwind (C′t,MOM) ADs are then calculated as shown in
Equation 2.26.

Vd =
V∞ + Ve

2
(2.23)
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V′d =
Ve + Vw

2
(2.24)

Vd = (1− 2a)V∞

V′d = (1− a′)(1− 2a)V∞
(2.25)

Ct,MOM = a(1− a)

C′t,MOM = a′(1− a′)
(2.26)

The lift and drag forces generated by the airfoil are calculated from the blade-
element theory. The thrust coefficient (Ct,BEM) on the flow within the stream tube,
with a surface area (Ast), can be calculated as shown in Equation 2.27. The instanta-
neous thrust force (T) is calculated by calculating the force coefficients in tangential
(Cta) and normal (Cn) directions. The average thrust force (Tavg), on the actuator sur-
face, is calculated by multiplying the instantaneous thrust force with the number of
blades (B) and the width of the stream tube. The term ∆θ represents the azimuthal
width of the stream tube and H is the length of the blade.

Ct,BEM =
Tavg

0.5ρV2
∞ Ast

where :

Tavg =
B∆θ

2π
T

T = 0.5ρV2
relc(Cta cos θ − Cn sin θ)

Cta = Cl sin ψ− Cd cos ψ

Cn = Cl cos ψ + Cd sin ψ

Ast = R∆θ sin θH

(2.27)

From the above equations, the thrust coefficient for the upwind and downwind
ADs can be calculated as shown in Equation 2.28. Equating the corresponding thrust
coefficients calculated from momentum theory (Ct,MOM) with the thrust coefficients
calculated from BEM theory (Ct,BEM), the corresponding upwind and downwind
induction factors are calculated. This is an iterative process where the initial value
of the induction factor is assumed and the above process is reiterated until the
convergence is reached.

Ct,BEM =
Bc
R

1
2π

(
Vrel
V∞

)2(−Cta
cos θ

sin θ
+ Cn)

C′t,BEM =
Bc
R

1
2π

(
V′rel
Ve

)2(−Cta
cos θ

sin θ
+ Cn)

(2.28)

2.6.1.5 Actuator cylinder (AC) model

The AC model is essentially a combination of the AC approximation of the rotor with
the momentum model of the flow. The approach followed to calculate thrust on the
AC is the blade-element theory, which calculates the blade forces using the velocity
values from the flow field. However, the flow field can be modelled with unsteady
components making this an unsteady model. The methodology employed in the 2D

AC model is briefly discussed in the following part.
The induced velocities in X (along the flow direction) and Y (lateral to the flow di-

rection) are obtained by assuming unsteady components (as shown in Equation 2.29
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and solving the 2D, steady, incompressible continuity and Euler equations. The
terms ux and uy are the velocity perturbation terms.

Vx = (1 + ux)V∞

Vy = uyV∞
(2.29)

The Euler equations are based on mass, momentum and energy balance in the
flow. The mass continuity equations for an incompressible fluid is given by Equa-
tion 2.30. The momentum balance equations are given by Equation 2.31. The vol-
ume force exerted by the actuator surface on the flow is represented by ~f , the
pressure is given by p and the term D

Dt represents the material derivative.

∇ · ~V = 0 (2.30)

D~V
Dt

= ∇( p
ρ
) +

~f
ρ

(2.31)

Substituting the velocity in X and Y directions in the above equations gives Equa-
tion 2.32. It can be noted that this substitution gives non-linear terms that are
replaced by second-order force terms gx and gy respectively. Further differentiat-
ing the continuity equation with respect to x, and the X and Y - direction Euler
equations with x and y respectively we get Equation 2.33

dux

dx
+

duy

dy
= 0

dux

dx
= −dp

dx
1

ρV2
∞
+

fx

ρV2
∞
− ux

dux

dx
− uy

dux

dy
duy

dy
= −dp

dy
1

ρV2
∞
+

fy

ρV2
∞
− ux

duy

dx
− uy

duy

dy

(2.32)

d2 p
dx2 +

d2 p
dy2 = (

d fx

dx
+

d fy

dy
) + (

dgx

dx
+

dgy

dy
) (2.33)

Equation 2.33 can be simplified to the Laplacian equation by ignoring the non-
linear terms gx and gy. Since solving the non-linear equation can be computation-
ally expensive, codes like the Horizontal Axis Wind turbine simulation Code 2nd
generation (HAWC2) model for VAWT uses the linear solution of the AC model and
corrects the error occurring from this assumption of linearity. This is generally
referred to as a modified linear (Mod-Lin) solution Madsen et al. (2013).

The volume force (~f ) is specified by the tangential (Ft) and normal (Fn) forces
on the rotor as shown in Figure 2.15. The expressions for these averaged, non-
dimensionalized blade loadings are given by Equation 2.34 and Equation 2.35.

Qn(θ) = −
BFn(θ)

2πRρV2
∞

(2.34)

Qt(θ) = −
BFt(θ)

2πRρV2
∞

(2.35)

The solution to the Laplacian equation obtained by ignoring the non-linear terms
is given by the Greens function. The corrections in the HAWC2 model also give
different expressions for analysis inside the AC and for the wake behind the AC.
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Figure 2.15: Actuator cylinder (AC) model.(De Tavernier, 2021)

2.6.2 Vortex models

The vortex models are kinematic models that use a vorticity-velocity Lagrangian
approach to model the flow field. They are extensively used in the industry as
an intermediate method between the momentum and CFD models. Potential flow
conditions are assumed for the flow field implying incompressible, irrotational, in-
viscid fluid with no friction with the airfoil surface. As a result, the velocity can be
expressed as the gradient of a potential field. The rotor can be modelled in 3D in
its original form, discretized into several panels along the span and chord (panel
method or lifting surface method), or as an actuator line (lifting line theory). Usage
of a 2D model of the rotor is also found in the literature, in which case, the vortex fil-
ament is infinitely long and is represented by a point vortex in the 2D plane. Further,
the vortex model takes into account the vortices convected in the wake, indicating
that the model needs to be solved in time. This makes it an unsteady model.

The basis of this model takes root in the Kutta-Joukowski theorem, which states
that an airfoil generating lift has a bound circulation (Γ), attached to the airfoil,
generating the lift forces. Mathematically this can be expressed as shown in Equa-
tion 2.36. According to Helmholtz’s vortex laws (Paraschivoiu, 2002) for potential
flow, a vortex filament cannot begin or end in a fluid, implying that any occurrence
of the vortex always takes the form of a closed loop. A consequence of this is the
start-up and tip vortices as shown in Figure 2.16.

Additionally, Kelvin’s circulation theorem states that the total circulation along a
closed loop, in potential flow conditions does not vary with time. This is mathemat-
ically expressed in Equation 2.37 implying that every instantaneous change in the
lift of the airfoil, sheds a vortex of equivalent strength corresponding to the change,
that convects with the local wake velocity.

L = ρV∞Γ (2.36)

DΓ
Dt

= 0 (2.37)

The vortex, physically, is a swirling mass of air generated by a sudden difference
in pressure that is created as the air flows past the airfoil. This vortex induces a
velocity in the flow field as it convects with the wake. The velocity ~dV, induced
by a vortex filament of length ~dl and strength Γ, at a radial distance of ~r from
the vortex filament is given by Biot-Savart’s law as shown in Figure 2.17. This
can be expressed mathematically as shown in Equation 2.38. Physically it means
that every vortex filament creates induced velocities at every other point in the flow
field. This can be a large computational expense when modelling the flow. Based on



2.6 modelling the vawt wake 27

Figure 2.16: The vortex sheet formed by a rotation wind turbine blade (Micallef and Sant,
2016).

Figure 2.17: The induced velocity by a vortex filament (De Tavernier, 2021).

whether the vortices interact with each other on not, the vortex modelling method
can be divided into two types; the free-wake method and the fixed-wake method.
In the free-wake method, all the vortices contribute to each others’ velocity fields
as they convect with the wake. Whereas in the fixed-wake method, all the vortices
contribute to the flow velocity only at the airfoil surface, meaning that the mutual
interactions between the vortices are ignored (Katz and Plotkin, 2001).

~dV =
Γ

4π

~dl ×~r
|~r3| (2.38)

Vortex models were first introduced to VAWT modelling by Strickland et al. (1979).
From their inception, the vortex models have advanced well to provide corrections
to include the dynamic and viscous effects. An example for the vortex model is
the Unsteady Two-Dimensional Vorticity Aerodynamics (U2DiVA), first introduced
by Ferreira (2009). Another commonly used vortex model is The Code for Axial
and Cross-flow TUrbine Simulation (CACTUS), introduced by Murray and Barone
(2011).

2.6.3 Computational fluid dynamics (CFD) models

The computationally expensive, high-fidelity modelling of the flow and rotor is
done by the CFD models. These models numerically solve the equations for mass
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continuity, momentum and energy balance in time and space. These models are
Eulerian models, meaning that the analysis is made on a fixed reference frame that
does not move with the fluid. While the fluid can be modelled as viscous, compress-
ible and rotational, it is computationally expensive, as the equations are non-linear
and cannot be analytically solved. For the operations of VAWT, where flow veloci-
ties are well below Mach 0.3, fluid can be considered as incompressible (Batchelor,
2000). The rotor can be modelled in its original form or can be approximated by
either AD, ALM or AC models.

The 3D N-S equations for mass continuity and momentum balance, for a rota-
tional, incompressible, viscous fluid are given by Equation 2.39 and Equation 2.40

respectively. Where i, j = 1, 2, 3 are the indices (with repeated indices indicating
summation), p is the pressure, fbi is the body force term(Coriolis, centrifugal and
gravitational forces), ν is the kinematic viscosity and xi, ui are spatial coordinates
and fluid velocities in X, Y and Z directions. When modelling the rotor with ALM,
forces exerted by the blades on the flow can be included by adding the force term
− fi/ρ to Equation 2.40. These blade forces can be modelled to include dynamic
effects (Bachant et al., 2018).

∂ui
∂xi

= 0 (2.39)

∂2ui
∂t2 + uj

∂ui
∂xj

= −1
ρ

∂p
∂xi

+ ν
∂2ui

∂xj∂xj
−

fbi
ρ

(2.40)

Solving the differential equations require inputs in the form of boundary condi-
tions, which are of two forms; a Dirichlet boundary condition that sets values of
different variables at the boundaries, or a Neumann boundary condition that deter-
mines the flux of the mass, momentum and energy at the boundaries. A numerical
solution for the N-S equations is carried out by a finite volume approach. In the
finite volume method, the Eulerian space is discretized into several small volume el-
ements within which the mass, momentum and energy are conserved. Equation 2.41

gives a general equation for this approach, where Q is the conserved quantity, V is
the volume, ~F is the flux of the conserved quantity through the surface area of the
volume element ~A.

∂

∂t

∫∫∫
V

QdV +
∫∫
S

~F · d~A = 0 (2.41)

Broadly, the computational expense of the model depends on the number of dis-
crete volume elements, the type of model used, the Re number and the total volume
of the 3D space. The discretization of the 3D space, also known as meshing is a cru-
cial element in CFD modelling. Smaller mesh sizes give more accurate results while
increasing the total number of cells and hence the computational expenditure. So
the cell size and consequently the number of cells is determined regionally based
on the accuracy requirement for the area under study.

A direct numerical simulation (DNS) solves the 3D N-S equations for all spatial and
temporal scales of turbulence down to the smallest Kolmogorov microscale. While
this method gives the highest accuracy, the computational power required is propor-
tional to the order of Re3 (Pope, 2000), which is significantly high when modelling
large fields. Several alternative methods are developed to reduce the computa-
tional expenditure and model the non-linear turbulence, such as Reynolds averaged
Navier-Stokes (RANS), Unsteady Reynolds averaged Navier-Stokes (URANS), Large
eddy simulation (LES) and Detached eddy simulation (DES). These models and the
equations governing them are briefly discussed in the subsequent sub-sections.
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2.6.3.1 Reynolds averaged Navier-Stokes (RANS)

In this method, introduced by Reynolds (1895), the total velocity (ui) and pressure
gradient (p,i) components along X, Y and Z directions, are split into mean com-
ponents (ui, p,i) and fluctuating components (u′i, p′,i) as shown in Equation 2.42.
This method, commonly known as Reynolds decomposition, allows the elimination
of the time or space variables when the N-S equation are averaged temporally or
spatially. The averaging can be also done across repeated experimental data sets
(ensemble averaging). The computational effort required for RANS model is approx-
imately of the order ∝ Re (Wilcox, 2006).

ui(x, t) = ui(x, t) + u′i(x, t)

∂p(x, t)
∂xi

=
∂

∂xi
(p(x, t) + p′(x, t))

(2.42)

ui = lim
T→∞

1
T

∫ t+T

t
ui(x, t)dt

∂p(x, t)
∂xi

= lim
T→∞

1
T

∫ t+T

t

∂p(x, t)
∂xi

dt
(2.43)

The time-averaged velocity is obtained by averaging the total velocity and pres-
sure in time as shown in Equation 2.43. This essentially means that the time average
of the fluctuating components u′ i, p′,i ≈ 0.

The RANS equation for the incompressible flow is obtained by substituting the
velocity and pressure terms with their Reynolds decomposition components and
averaging over time. Equation 2.44 gives the equation for mass conservation and
Equation 2.45 gives the momentum conservation in index notation, together known
as the RANS equations.

∂ui
∂xi

= 0 (2.44)

∂ui
∂t

+ uj
∂ui
∂xj

= −1
ρ

∂p
∂xi

+
∂

∂xj

[
2µ

ρ
Sij − u′iu

′
j

]
+

fbi
ρ

(2.45)

The term Sij = 1
2 (uj,i + ui,j), represents the strain rate tensor of the fluid for

in-compressible flow, which is a skew-symmetric matrix for a 3D flow. The term
−u′iu

′
j, representing the momentum transfer due to turbulent velocity fluctuations

in Equation 2.45, is the Reynolds stress tensor. This occurs due to the non-linear
nature of the governing N-S equation and highlights the closure problem of tur-
bulence. The Boussinesq hypothesis is widely used to approximate the Reynolds
stress term (Sanderse et al., 2011). In this, the Reynolds stress tensor is modelled
as a viscous diffusion term by introducing turbulent eddy viscosity (νT), as shown
in Equation 2.46 for incompressible flow. The term δij is the Kronecker delta de-
fined as shown in Equation 2.47 and the term k represents the turbulent kinetic
energy given by k = u′iu

′
i/2. It is noted that the Boussinesq hypothesis is a mere

approximation and does not have a rigorous physical explanation, as the turbulent
eddy dissipation is fundamentally different from the molecular viscosity (Wilcox,
2006). The Reynolds stress diffusion is significantly larger than the molecular vis-
cous forces in the wake unless close to a solid boundary. Thus this approximation
does not perform well when there is a large, sudden change in the strain rate of the
flow (e.g. within the boundary layers of an airfoil), when the flow is anisotropic and
3D flows (Wilcox, 2006; Schmitt, 2007).

−u′iu
′
j = νT(

∂ui
∂xj

+
∂uj

∂xi
)− 2

3
kδij (2.46)
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δij =

{
1, if i = j,
0, if i 6= j.

(2.47)

Several closure methods are available in the literature to calculate the eddy vis-
cosity (νT) in the above equation. These methods, their relevance and their accuracy
are discussed in detail in Section 2.6.3.3.

2.6.3.2 Unsteady Reynolds averaged Navier-Stokes (URANS)

A URANS model is used when the mean flow parameters vary periodically. The
time-averaging, in this case, is done over a time period that corresponds to the
unsteadiness. This is especially applicable in the case of VAWTs where there is a pe-
riodic shedding of vortices from the airfoil. Alternatively the averaging can be done
over a phase angle corresponding to the unsteadiness. The accuracy of this model
depends largely on the computational settings; in particular, the chosen domain
discretization, time step and convergence criteria (Chowdhury et al., 2016; Rezaeiha
et al., 2019; He et al., 2020).

2.6.3.3 Turbulence models for RANS and URANS

This section presents a discussion on the models used to calculate the eddy viscos-
ity (νT) and hence provide closure to the turbulence problem. Further, the turbu-
lence model plays a pivotal role in the prediction of laminar to turbulent transi-
tion, the vortex dissipation, the wake structure and the performance prediction of
VAWT. Several models are available in the literature, however, only the commonly
used models are presented here. A lack of universality of the models means that
a model must be carefully chosen to suit the experimental conditions. The com-
monly compared turbulence models in the literature for modelling VAWTs and their
wakes are Spalart-Allmaras model (SA), k − ε model (KE), renormalization group
theory k− ε model (RNG), realizable k− ε model (RKE), shear stress transport k−ω
model (SST KW) and transition shear stress transport k − ω model (TSST) (Bachant
and Wosnik, 2016; Lam and Peng, 2016; Chowdhury et al., 2016; Rezaeiha et al.,
2019).

Spalart-Allmaras model (SA) :
The SA model is a single equation model that solves a transport equation for

turbulent eddy viscosity (νT) and turbulent kinetic energy(k). It was first introduced
by Spalart and Allmaras (1992) for wall-bounded flows. It has been noted that
the model is essentially a low Re number model and does not work well for high
strain rate changes. Rezaeiha et al. (2019), in their comparison, use a modified
model introduced by Dacles-Mariani et al. (1995), which reduces the eddy viscosity
for cells where the vorticity exceeds the strain rate. Bachant and Wosnik (2016)
mentions that 3D SA with RANS performs better than SST KW with RANS in predicting
turbine performance (Cp and Ct), while wake velocity profile is predicted better by
SST KW when compared with the experimental results. Rezaeiha et al. (2019) and
Chowdhury et al. (2016) note that SA largely deviates from experimental results
even in predicting the turbine performance. The comparison made by the latter
spans data sets over 3 different rotor parameters and several TSRs but the former
presents a comparison for only one set of rotor parameters. The wake predicting
ability of the RANS or URANS with SA model is agreed to be poor (Ferreira et al., 2007;
Bachant and Wosnik, 2016; Rezaeiha et al., 2019; Peng et al., 2021)

k− ε models (KEs) :
The k − ε model (KE) (also referred to as standard KE) is a two-equation model

first introduced by Launder and Sharma (1974). It uses two transport equations
for turbulent kinetic energy (k) and turbulent viscous dissipation (ε) respectively.
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Realizable k− ε model (RKE) (Shih et al., 1995) and Renormalization group theory
k− ε model (RNG) (Yakhot and Orszag, 1986) were developed as improvements to
the standard KE. The RKE has improvements from standard KE in modelling high
streamline curvature, rotational and high vorticity flows while RNG is a statistically
derived method with enhancements for high strain rates and swirling flows. Reza-
eiha et al. (2019) use a wall-correction for adverse pressure gradients for both RNG

and RKE methods but Balduzzi et al. (2016) use KE and RNG without wall-correction.
The conclusion from the discussion mentioned in the above mentioned literature is
that, the standard KE performs worse than RNG with respect to rotor performance
but among RNG and RKE, neither holds superiority either in the prediction of wake
structure or the rotor performance. The main error with the standard KE model
seems to arise from the Boussinesq approximation that under predicts the dissipa-
tion near-wall regions at the airfoil boundary layers (Wilcox, 2006). However, the KE

models are robust in freestream conditions (Balduzzi et al., 2016) making it a good
choice for wake modelling.

Shear stress transport k−ω models (SST KWs) :
It was introduced by Menter (1994) and is an extension of the standard k − ω

model (KW) model (Wilcox, 2006). The standard KW model is a two-equation model
using the transport equations for turbulent kinetic energy (k) and specific turbulent
kinetic energy dissipation rate (ω), which indicates the rate at which k dissipates
into thermal energy. While the standard KW model works well for low Re flows
and at the boundaries, it does not perform well in freestream conditions. In the
SST KW, the wall-boundaries are handled by the Wilcox k− ω model (Wilcox, 2006)
and the KE model in the freestream thus being robust and insensitive in the respec-
tive regions. Several authors (Balduzzi et al., 2016; Chowdhury et al., 2016; Bachant
et al., 2018; Rezaeiha et al., 2019) agree that SST KW model has a better rotor per-
formance prediction and wake structure prediction in comparison to KE, RKE and
RNG models. An even better model (Barnes et al., 2021), improving upon Menter
(1994) is the 4 equation TSST model (referred to as γ − Reθt model) introduced by
Menter et al. (2004). This model is also a low Re number model, where intermit-
tency equation predicts the onset and length of transition from laminar to turbulent
reattachment in the separation bubble at the airfoil or wall-boundaries (Menter et al.,
2002). Two additional transport equations one for momentum thickness Reynolds
number (Reθt) and another transport equation for intermittency (γ). This model
is computationally more expensive but agrees well with the experimental results
for the wake, rotor performance, prediction of the dynamic stall and the periodic
vortex shedding observed in VAWTs (Rezaeiha et al., 2019). However, from the com-
parison shown in Figure 2.18 it can be observed that the wake profile prediction on
the leeward side deviates significantly for all the models in comparison with the
experimental data from Tescione et al. (2014). Rezaeiha et al. (2019) further notes
that the wake expansion is underestimated by all the compared turbulence models.

2.6.3.4 Large eddy simulation (LES)

The LES model, commonly used to model turbulence, uses a filtering kernel (G)
to separate the resolved velocity fields from the sub-grid scale (SGS) velocity fields.
Only the largest eddies are resolved and the effect of the velocities on the large-
scale resolved flow fields is done by the SGS model. The filter itself is a convoluted
integral as shown in Equation 2.48, which can be a volume-averaged box filter or
a Gaussian filter. The term u is the resolvable-scale filtered velocity, u is the SGS

velocity and ∆ is the filtering width. Equation 2.49 gives the SGS velocity u′i. While
Equation 2.49 resembles Equation 2.42, the main difference is that ui 6= ui implying
that u′ i 6= 0 (Wilcox, 2006).

ui(x, t) =
∫∫∫

ui(ξ, t)G(x− ξ, ∆)d3ξ (2.48)
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Figure 2.18: Comparison of performance of different turbulence models (Spalart-Allmaras
model (SA), renormalization group theory k − ε model (RNG), realizable k − ε

model (RKE), shear stress transport k − ω model (SST KW) and transition shear
stress transport k−ω model (TSST)) in capturing the near-wake profile (Rezaeiha
et al., 2019)

u′i(x, t) = ui(x, t)− ui(x, t) (2.49)

The implementation of this filtering in the RANS or URANS equations gives the LES

N-S equation shown in Equation 2.50, where τij = uiuj − u′iu
′
j represents the SGS

stress tensor. This equation when implemented along with the Boussinesq hypoth-
esis gives Equation 2.51. This was first introduced by Smagorinsky (1963) to model
large scale atmospheric eddies. The use of the Boussinesq hypothesis, however,
gives similar limitations as that of RANS model.

∂2ui
∂t2 + uj

∂ui
∂xj

= −1
ρ

∂p
∂xi

+
∂

∂xj

2µ

ρ
Sij +

∂τij

∂xj
(2.50)

∂2ui
∂t2 + uj

∂ui
∂xj

= −1
ρ

∂p
∂xi

+
∂

∂xj

(
[ν + νT ]

∂ui
∂xj

)
(2.51)
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The computational expenditure of the LES model, which is, approximately ∝ Re2,
although less than that of DNS method, is still computationally expensive at loca-
tions within the surface boundary layer. To reduce this a hybrid RANS/LES model,
commonly referred to as detached eddy simulation (DES) model, is used, where the
less expensive RANS is used within the boundary layers (Sanderse et al., 2011).

2.7 model comparison study
This section presents a detailed comparison of different models discussed in the
previous sections. The literature available for the performance of VAWT models in
comparison with the experimental data is reviewed. A comparison of these different
models is made based on the following parameters:

• Computational expenditure

• Accuracy in rotor performance (Cp and Ct) and blade loading prediction.

• Accuracy in wake structure prediction (ui)

• Accuracy in the prediction of dynamic effects (instantaneous blade loading,
vortex shedding and blade-vortex interactions)

At the outset, a broad comparison between the 2D and 3D models is presented.
Further comparison is made separately for each of the three major categories of
VAWT modelling which are :

• Rotor modelling

• Flow modelling

• Turbulence modelling

While turbulence modelling is a part of the CFD flow modelling technique, it
plays an important role in predicting the wake structure and performance of the
turbine (Chowdhury et al., 2016; Rezaeiha et al., 2019). For this reason, a comparison
is included separately. The models that perform best in each modelling category
given the constraint of the computational expenditure are selected in combination,
to carry out the simulations.

2.7.1 2D and 3D model comparisons

All the rotor and flow modelling methods can be implemented either in 2D or in 3D.
While 2D models have an edge over 3D models in computational expenditure, they
do not capture the effect of tip vortices that are significant in VAWTs. Ferreira et al.
(2010) shows that the tip vortex is the largest component of trailing vorticity. With
regards to predicting the turbine performance, it has been noted that 2D models
over-predict the blade loading and do not account for vertical momentum transport
(Bachant and Wosnik, 2016). However, the 2D models are useful to obtain accurate
results for the mid-span section of blades with large span lengths (Ferreira et al.,
2007). A study by Tavernier et al. (2020) shows that, only for aspect ratios above 5,
the power loss due to tip vorticity can remain below 1%. For lower aspect ratios,
the power loss can be as high as 15%. Since the experiment is conducted for a small
VAWT with an aspect ratio of 1 (Huang et al., 2020) and the wake profile generated by
the simulation needs to co-relate with experimental results, the 3D model is chosen
for further comparison.
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2.7.2 Rotor model comparisons

In this section, the simplified rotor models, i.e. actuator disk (AD), actuator cylinder
(AC) and actuator line model (ALM), are compared with each other and with the
rotor modelled in its original dimensions. While the actual rotor model gives the
most accurate results, resolving the boundary layer formations around the rotor is
computationally expensive.

The AD model, which is the most simplified model, is inappropriate for a VAWT

rotor that sweeps a cylindrical surface. However, it has been extensively used with
several corrections as its computational expenditure is the least among others. The
DMST model approximated with two ADs, which incorporates different induction
factors and thrust coefficients for the upwind and downwind halves, predicts the
blade loading and rotor performance better than single AD models. However, it is
noted that the iterative solution fails to converge for heavily loaded rotors, with
higher TSRs and solidity (McIntosh et al., 2009). Beri et al. show that for lower
TSRs the AD model in DMST flow assumptions predicts a negative power coefficient
which contradicts the CFD simulation results. Further AD model also fails to pre-
dict the wake structure as the solution is essentially steady in nature and formed
by an AD (Bachant and Wosnik, 2015). While dynamic stall has been implemented
using adaptations of Gormont model, the MIT model (Paraschivoiu and Allet, 1988)
and Indicial model (Proulx and Paraschivoiu, 1989) with the AD rotor approxima-
tion by several authors in the past (Strickland et al., 1979; Massé, 1981; Berg, 1983;
Paraschivoiu et al., 1988; Masson et al., 1998), the unsteady effects such as vortex
shedding and blade-vortex interactions, which are dominant phenomena leading to
deep dynamic-stall, are not captured with this rotor model.

The AC model, on the other hand, is better equipped to handle the varying in-
duction at different azimuthal angles but suffers the limitations created by the as-
sumption of an infinite number of blades and steady flow. Computationally, this
rotor model is inexpensive even when combined with the CFD flow models. The AC

model predicts the averaged blade loading well in comparison with ALM (De Tav-
ernier et al., 2020; Ferreira et al., 2014), but cannot capture the instantaneous blade
loading well (Hand et al., 2015). While the unsteady effects still cannot be accu-
rately modelled with this rotor model, Tavernier et al. shows that the tip-effects can
be captured with the 3D AC rothe tor model when combined with CFD flow model.
Hand et al. notes that there is a dearth in the literature comparing the accuracy
of the AC model with the experimental results. A study by Shamsoddin and Porté-
Agel shows that, with the LES CFD flow model, the ALM fares much better than the
AC model in comparison with experimental results.

The ALM is the closest rotor model, to the actual rotor. Since modelling the actual
rotor and numerically resolving the flow around the boundary layers is compu-
tationally expensive, the ALM uses the blade-element theory or lifting line theory,
in combination with a dynamic stall model to calculate the blade forces, giving a
higher accuracy in the prediction of instantaneous blade loading. This model has
been validated against the experimental results to study the wake and has shown
a good agreement when the flow is modelled using high-fidelity, CFD flow models
(Sørensen et al., 2015; Bachant and Wosnik, 2016; Mendoza et al., 2019). The ALM

model, however, predicts increased blade loading at the tips for which end correc-
tions need to be applied. De Tavernier et al. notes that this correction is physically
difficult to justify. Given the available computational resources and the required
level of accuracy of the wake structure, this rotor model is chosen for further evalu-
ation. Table 2.2 gives an overview of the above discussion.
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Rotor
Model

Computational
expenditure

Rotor per-
formance

Wake structure Dynamic
effects

AD model Low Medium Low Low
AC model Low Medium Medium Low
ALM Medium High High High
Actual rotor High High High High

Table 2.2: Evaluation of the rotor models against the performance parameters.

2.7.3 Flow model comparisons

Generally in the available literature, the flow models are often evaluated in tandem
with the rotor models. In this study, however, a distinction is made to understand
the advantages and disadvantages of all possible combinations of rotor and flow
models with relevance to the study of the wake.

Although the momentum models are computationally inexpensive and predict
the averaged blade loading well for lightly loaded rotors (Paraschivoiu, 2002; McIn-
tosh et al., 2009), they do not predict the instantaneous blade loading well (Hand
et al., 2015). Although these models are fundamentally steady-state models, they
have been extended to include effects of wake expansion (Read and Sharpe, 1980)
and flow curvature effects (Muraca et al., 1975). The assumption of streamwise in-
dependence of stream tubes in the MST and DMST models leads to erroneous results,
as there is always mass and momentum transfer from one stream tube to another.
The assumption of a fully developed wake leads to overestimating the power gen-
erated in the downwind half (Ferreira, 2009). Further, these models cannot predict
wake structures and wake velocities very well. Since the DMST is the most advanced
of the stream tube models it is chosen for further comparison.

The vortex models provide better turbine performance predictions than the mo-
mentum models as they take into account the effect of the wake on the blade loading
(Strickland et al., 1979). Computationally the free-wake method is more expensive
and has a better performance than the fixed-wake method. The effects of flow cur-
vature and dynamic stall can also be incorporated, leading to better prediction of
instantaneous blade loading, power coefficient and near-wake velocities (Borg et al.,
2014). However, it is noted that the power generated and the instantaneous blade
loading are decoupled (Ferreira and Scheurich, 2011), implying that, validation us-
ing averaged power coefficient curves does not necessarily mean a validation of the
instantaneous blade loading. A comparison of performance of different models by
De Tavernier et al. show that, the near-wake correction for the CACTUS leads to the
erroneous blade loads at the tips, which is in line with the observations of Ferreira
et al.. With regard to the wake structure prediction, the free-wake method performs
better than the fixed-wake method. However, the potential flow assumptions limit
the accurate prediction of wake velocities despite the implementation of empirically
derived viscous models.

Among the CFD flow models, the DNS model is clearly superior to others at the
expense of incredibly high computational resources (Pope, 2000). The CFD models
in the decreasing order of computational expense and accuracy would be LES, DES,
URANS and RANS. However, the accuracy of URANS depends on simulation settings
as noted in Section 2.6.3.2, hence a separate study is carried out to evaluate the
effects of simulation settings. Several authors (Bachant and Wosnik, 2016; Lam and
Peng, 2016; Rezaeiha et al., 2019; Mendoza et al., 2019) have validated the perfor-
mance of CFD flow models in predicting the wake structure and state that the results
compare with the experiments with acceptable levels of accuracy. Further, for TSRs

below 4, Laneville and Vittecoq have shown the occurrence of deep dynamic stall
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Flow Model Computational
expenditure

Rotor per-
formance

Wake structure Dynamic
effects

DMST model Low Medium Low Low
Fixed-wake
vortex model

Low Medium Medium Medium

Free-wake
vortex model

Medium High Medium High

URANS model Medium High High High
RANS model Medium High High High
DES model High High High High
LES model High High Very high Very high
DNS model Very high Very high Very high Very high

Table 2.3: Evaluation of the flow models against the performance parameters.

which makes the CFD flow model appropriate for the current case, where the op-
erating TSR is 2.5. Considering the emphasis on the wake structure prediction, the
unsteady nature of VAWT wakes and available computational resources, the CFD

URANS model is chosen for the study. Table 2.3 gives a complete overview of the
compared models.

2.7.3.1 Turbulence model comparisons

In this subsection, a brief comparison of the different turbulence models (SA, KE,
KW, RNG, RKE, SST KW and TSST) is provided based on the literature study presented
in Section 2.6.3.3. Table 2.4 gives an overview of the performance of the turbulence
models against the evaluating parameters.

While several authors agree that the best performing turbulence model, in the
prediction of wake and the rotor performance parameters, is the TSST model with
URANS (Barnes et al., 2021; Rezaeiha et al., 2019; Chowdhury et al., 2016), the KE

model is used as the baseline turbulence model for this study. The reason for this
is threefold; firstly, the URANS ALM model used in this study, does not require the
resolution of the boundary layer at the airfoil surface, as the blade forces are de-
termined separately by a combination of blade-element theory and a dynamic stall
model. Secondly, it has been shown that the standard KE model has a good perfor-
mance in freestream regions which makes it appropriate for wake study (Balduzzi
et al., 2016). Finally, the simplicity of implementation of this turbulence model
makes it a good fit for its use as the baseline model for further comparison. How-
ever, a brief study is carried out in Chapter 3 to assess the impact of the turbulence
model and its parameters on the wake.

Turbulence
Model

Computational
expenditure

Rotor per-
formance

Wake structure Dynamic
effects

SA model Low Low Low Low
KE model Low Medium High High
KW model Low High Medium High
RNG model Medium High High High
RKE model Medium High High High
SST KW model High High Very high Very high
TSST model High High Very high Very high

Table 2.4: Evaluation of the turbulence models against the performance parameters.
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This chapter elaborates on the methodology and approach followed in the imple-
mentation of an actuator line model (ALM) in Open-source Field Operation And
Manipulation (OpenFOAM) using the turbinesFoam library. At the outset, the gen-
eral working of OpenFOAM and turbinesFoam is studied. Then the case of ALM with
the unsteady Reynolds averaged Navier-Stokes (URANS) flow model is set up. Subse-
quently, the turbine geometry and the operational parameters are defined using the
same conditions as that of the experiment carried out. In the next step, the domain,
mesh topology and the time step settings is defined. For the case of a vertical-axis
wind turbine (VAWT), the corrections for flow curvature, dynamic loading, added
mass and tip effects need to be included. These corrections are implemented in the
simulations using the turbinesFoam module. The wake of the VAWT, at the start
of the simulation, is not fully developed. To evaluate the time taken by the wake
to reach a steady-state, a convergence study is conducted by observing the turbine
power coefficient, wake velocity at a fixed point in the domain and the residuals
of the simulation. From this evaluation, the averaging period for the URANS case is
determined. Since the accuracy of the results in URANS flow model, depends on the
simulation parameters (i.e. spatial and temporal discretization), a study is carried
out to evaluate the sensitivity of the simulation results to these parameters. The
results of this study provide the basis for the choice of mesh topology and the time
marching interval selected. Ultimately, the data is sampled at different locations for
further study.

In Section 3.1, the OpenFOAM library, turbinesFoam library and the options/set-
tings it presents are briefly discussed. Section 3.2 presents a discussion on these
various correction models that are selected in line with the literature study. The
geometry of the turbine and its components along with the operational parame-
ters are presented in Section 3.3. The simulation parameters are then presented in
Section 3.4. The study carried out to evaluate the convergence of the simulation
is discussed in Section 3.5. Further, the sensitivity of the simulation results to the
spatial and temporal discretization is presented in Section 3.6. Finally, Section 3.7
provides the details of the experimental setup, whose results are used for the vali-
dation of this model.

3.1 openfoam and turbinesfoam library

OpenFOAM is an open-source C++ library used to solve problems pertaining to con-
tinuum mechanics and create utilities for field data sampling (Puig and Gamez,
2014). In the current case, this library is utilised to numerically solve the 3 dimen-
sional (3D) Navier-Stokes (N-S) equation governing fluid flow. Figure 3.1 provides
the operational structure of OpenFOAM. The pre-processing environment provides
options and tools for generating the mesh and the domain. The pimpleFoam solver
used in the simulations employs a finite volume approach to temporally and spa-
tially solve the N-S equation numerically. The turbinesFoam library is an addendum
to the solver which allows the user to set and define the turbine components (i.e.
blades, tower, struts and shaft) and their associated parameters (e.g. rotor diameter,
chord length, blade and strut pitch angles etc.). It also provides options to include
the unsteady effects like the dynamic stall, flow curvature, added mass models and
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Figure 3.1: Overview of OpenFOAM structure. (Puig and Gamez, 2014)

define their respective parameters. Created by Bachant et al. (2019) to bridge the
gap between low and high fidelity computational fluid dynamics (CFD) modelling,
the turbinesFoam is relevant to the current study, since it has been extensively used
to model VAWTs. This is included under the fvOptions file in OpenFOAM and used
by turbineALSource files to set the general turbine parameters. The crossFlowTur-
bineALSource creates the actuator line elements and their corresponding rotation
matrices. The post-processing environment provides options to obtain required
data and visualize the solutions.

3.2 alm and correction models
This section presents the working of the ALM in OpenFOAM and various additions to
model the unsteady effects with corrections. The ALM combines the blade-element
theory with the N-S representation of the flow (whose momentum equation is given
by Equation 3.2 with the additional equation for mass continuity). The blades,
tower, shaft and struts are replaced by lines or actuator line elements at the quarter-
chord locations. The inflow velocity is given by the linearly weighted interpolation
provided by OpenFOAM’s interpolationCellPoint class. The forces on the blades and
struts are calculated using the standard lift and drag equations shown in Equa-
tion 3.1. The relative velocity is calculated by taking the vectorial sum of inflow
velocity and blade velocity. The static lift and drag coefficients for the blades and
struts are taken from the database provided by Sheldahl and Klimas (1981) and in-
terpolated for the operating Rec. The tower is further modelled as a cylinder with
a lift coefficient of Cl = 0 and a drag coefficient of Cd = 1.1. The tower does not
rotate, implying that the Magnus effect caused due to the rotation of the tower is
neglected.

L =
1
2

ρAelemClV2
rel

D =
1
2

ρAelemCdV2
rel

(3.1)

∂2ui
∂t2 + uj

∂ui
∂xj

= −1
ρ

∂p
∂xi

+ ν
∂2ui

∂xj∂xj
−

fbi
ρ

(3.2)

The calculated lift and drag forces from each of the above-mentioned actuator
line elements are then used in the flow description as source terms. However, these
forces need to be smeared across the element locations to prevent the occurrence of
instability arising from steep force gradients. This is done with the use of a spherical
Gaussian function (η) as shown in Equation 3.3, where ε controls the width and |~r|
is the distance from the actuator element to the cell on which the force is smeared.
The smoothing width parameter ε is chosen as the maximum value among quarter
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chord length (c/4), momentum thickness of drag forces (cCd/2) and the mesh size
(4V1/3

cell ). Vcell represents the cell volume of the chosen cell (Bachant et al., 2016;
Mendoza et al., 2019). A consequence of the force smearing is that the vortex core
at the tips may be lost, necessitating a need for tip corrections.

η =
1

ε3π3/2 exp

[
−
(
|~r|
ε

)2
]

(3.3)

3.2.1 Dynamic stall model

The tip speed ratio (TSR) of operation in the current study is 2.5. Following the
discussion in Section 2.3.1, the dynamic stall effects are severe at low TSRs. The
Beddoes-Leishman (B-L)-Sheng-Galbraith-Coton (SGC) model of dynamic stall is im-
plemented with the help of the turbinesFoam library. The SGC model is a modified
B-L dynamic stall model with corrections for low Mach numbers proposed by Sheng
et al. (2008). Prior to the execution of dynamic stall in OpenFOAM the static polar data
for the calculated operating Rec is interpolated. After this, the static stall angle, sep-
aration point curve fit parameters and the zero-lift drag coefficients are computed
for every time step to include the effect of operating Rec number. A further study
is carried out to analyse the effect of the dynamic stall model on the wake and the
results of this study are presented in Chapter 4.

3.2.2 Tip correction

The blade, experiencing lift force has a bound circulation around it which ends
at the tip of the blade. Helmholtz’s second vortex theorem which states that the
vorticity exists only in closed loops mandates the existence of tip vortices. This is
normally predicted by the solver when the blade is modelled in its original form.
However, since the blade is being modelled as an actuator line with the smeared
blade forces, a tip correction needs to be implemented to correct the tip loading.
The correction used in this model follows the implementation by Bachant et al.
(2016), which uses Prandtl’s lifting line theory. The geometric angle of attack (AOA)
is expressed as a function of non-dimensionalized span (ζ) given by Equation 3.4,
where, H is the span length, N is the number of chord elements and An are the
Fourier coefficients to be calculated.

α(ζ) =
2H

πc(ζ)

N

∑
1

Ansin(ζ) +
N

∑
1

nAn
sin(nζ)

sin(ζ)
+ αL=0(ζ) (3.4)

The circulation distribution is then calculated using Equation 3.5 and the span-
wise lift coefficient (Cl(ζ)) is found using the Kutta-Joukowski theorem. The final
correction function ( f ) is then calculated using Equation 3.6.

Γ(ζ) = 2HU∞

N

∑
1

Ansin(nζ) (3.5)

f =
Cl(ζ)

Clmax(ζ)
(3.6)

3.2.3 Added mass

The effect of added mass occurs from the step changes in AOA during the imple-
mentation of dynamic stall. The model implemented in this study is provided by
Strickland et al. (1979). The force required to accelerate the fluid around the airfoil
is provided by the normal force exerted by the airfoil, thus leading to the increased
loading on the airfoil. The normal (CnAM ) and chordwise (CcAM ) force coefficients as
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a result of added mass are calculated as per Equation 3.7. The moment coefficient
(CmAM ) about the aerodynamic centre is calculated as shown in Equation 3.8. The
sign convention followed here takes the trailing edge to the leading edge as the pos-
itive direction for the forces and the nose-up moment as positive. The translation of
normal and chordwise force coefficients to lift (ClAM ) and drag (CdAM ) coefficients
is given by Equation 3.9. The ẋ represents the time derivative of the quantity x, the
Vn and Vc are the normal and the chordwise components of relative velocity (Vrel).

CnAM = −πcV̇n

8V2
rel

CcAM =
πcα̇Vn

8V2
rel

(3.7)

CmAM = −
CnAM

4
− VnVc

8V2
rel

(3.8)

ClAM = CnAM cos(ψ) + CcAM sin(ψ)

CdAM = CnAM sin(ψ)− CcAM cos(ψ)
(3.9)

3.2.4 Flow curvature

The effect of flow curvature caused by the rotation (as discussed in Section 2.3.2)
is modelled using the technique developed by Goude (2012). In this model, a flat
plate rotating in potential flow assumptions are considered to determine the AOA as
a function of chord length (c). The expression is given by Equation 3.10; where Vabs
is the absolute velocity obtained from the gradient of the complex conjugate of the
complex velocity potential, Vre f is the reference velocity obtained from the reference
case of the static wing, x0r is the fractional distance of the point of calculation to the
quarter chord, β is the blade pitch angle, θ is the azimuthal angle of the blade, ψ is
the inflow angle and Ω the magnitude of angular velocity.

α = β + tan−1
[

Vabscos(θ − ψ)

Vabssin(θ − ψ) + ΩR

]
− Ωx0rc

Vre f
− Ωc

4Vre f
(3.10)

The ALM, as Bachant et al. notes, calculates the first two terms automatically. The
last two scalar terms are added separately in the code. This is again implemented
as an option present in the fvOptions whilst using the turbinesFoam library.

3.2.5 Turbulence model

The implementation of the turbulence model is provided by an object called RASprop-
erties in the dictionary. Following the discussion on the turbulence models in Sec-
tion 2.6.3.3 and the subsequent comparison in Section 2.7.3.1, the standard k − ε
model (KE) model is used as the baseline turbulence model. The equation to cal-
culate the turbulent kinetic energy (k) at the inlet is given by Equation 3.11 and
subsequently, Equation 3.12 gives the equation to calculate the value of turbulent
dissipation (ε). The term l is the length scale of the turbulent eddies and Cµ = 0.09
(Launder and Spalding, 1974). The largest eddies at the inlet are of the length scales
of the mesh rod/bar sizes at the inlet of the wind tunnel (Roach, 1987) and the tur-
bulent dissipation is mainly affected by the largest eddies (Katopodes, 2019). Hence
the length scale of the turbulent eddies is selected after a sensitivity study. The sen-
sitivity of the standard KE turbulence model to different inlet turbulence intensity
and turbulent dissipation values is evaluated in Chapter 4.

k =
3
2
(IV∞)2 (3.11)
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ε =
Cµk1.5

l
(3.12)

3.3 turbine geometry and operational parameters
In this section, the turbine geometry and the operational parameters used in the
simulations are presented. To begin with, it is important to present the sign conven-
tion used here on. The general sign convention followed for the spatial coordinate
system is freestream wind direction taken as positive X direction positive Y along
the leeward side and vertically upwards as the positive Z direction. The turbine ro-
tates clockwise with its centre located at the origin [0, 0, 0] and azimuth angle (θ) is
measured from the windward direction (−Y direction) with the clockwise direction
as positive. The zones are defined as windward side for θ ∈ (−45◦,+45◦), upwind
side for θ ∈ (45◦, 135◦), leeward side for θ ∈ (135◦, 225◦) and downwind side for
θ ∈ (225◦, 315◦). This is represented pictorially in Figure 3.2a. The direction of
thrust force on the turbine is along positive X direction and the normal force is
positive when it is facing inwards as shown in Figure 2.3. It is to be noted that this
sign convention for θ is opposite to the sign convention presented in the literature
review mainly because the simulation uses a clockwise rotating turbine. It is also
to be noted that the axis of rotation is pointing along −Z.

(a) Sign conventions. (b) Turbine dimensions.

Figure 3.2: A pictorial description of the sign conventions, the turbine zones and parameters.

Operational Parameter Value

Inflow velocity (V∞) 5ms−1

Tip speed ratio (TSR) 2.5
Turbulence intensity (I) 0.5%
Chord Reynolds number (Rec) 1.5× 105

Rotor Reynolds number (Rer) 1.5× 106

Table 3.1: The operational parameters for the simulation.

A straight-bladed H-rotor, with 2 blades and 4 struts of NACA0012 profile along
with a tower is modelled for the simulations. Figure 3.2b shows a pictorial repre-
sentation of the turbine. Table 3.2 gives the geometric parameters of the turbine
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and Table 3.1, its operational parameters for the baseline simulation case. The static
lift and drag coefficient for NACA0012 airfoil at Rec = 2× 104 is taken from the
database provided by Sheldahl and Klimas (1981). The tower is modelled as a cylin-
der with zero lift coefficient and a drag coefficient of 1.1. The time period of rotation
of the turbine is 0.07539s.

Turbine geometry Dimensions

Rotor diameter (D) 0.3 m
Blade/strut chord length (c) 0.03 m
Strut span (ss) 0.145 m
Rotor height/blade span (H) 0.3 m
Tower diameter (d) 0.01 m
Tower height (h) 0.375 m
Blade/strut profile NACA0012

Aspect ratio (AR) 1
Solidity (σ) 0.2

Table 3.2: The turbine geometry along with their respective dimensions.

3.4 numerical set-up
This section contains the details of the simulation settings, mainly the spatial and
temporal discretization. The mesh topology and domain descriptions are discussed
in Section 3.4.1. The time steps and the relevant parameters are presented in Sec-
tion 3.4.2.

3.4.1 Mesh and domain

The domain in terms of rotor diameter (D) is taken as 15D× 8D× 7D, with the cen-
ter of the turbine located at the origin (0, 0, 0), where X is in the range of [−5D, 10D],
Y in [−4D, 4D] and Z in [−3.5D, 3.5D]. This domain is discretized into smaller cells
of various sizes for studying the sensitivity to spatial discretization. This is carried
out by using the blockMesh command and defined using the blockMeshDict utility.
The results from the spatial sensitivity study presented in Section 3.6.1, provide the
basis for the choice of the coarse and fine mesh size.

The coarse mesh is obtained by dividing the [X, Y, Z] into [75, 40, 35] parts respec-
tively. This generates 105, 000 cubical cells of size [0.06m, 0.06m, 0.06m]. This forms
the coarse grid. Further refinements of this coarse grid give the fine mesh.

The fine mesh is generated by adding refinements to the coarse grid using snap-
pyHexMeshDict and defined using the snappyHexMesh command. The snappy-
HexMeshDict utility provides options to specify the domain for which refinements
can be separately defined. The final mesh includes 2 such domains; the outer zone
defined from (−3D,−3D,−3D) to (10D, 3D, 3D) with a refinement level of 1 and
inner zone from (−2D,−2D,−2D) to (10D, 2D, 3D) with a refinement level of 3.
The snappyHexMesh utility divides every coarse grid cell into smaller sub-cells
using the option of levels. Each level of refinement corresponds to splitting each
dimension of the cell corresponding to the number associated with the level e.g.,
refinement of a cell up to level 1 divides the cell into 8 sub-cells (splitting the cell
length in X, Y and Z by half). Different refinement options were studied and the
above-mentioned refinement was chosen for the simulation. The pictorial represen-
tation (top view) of the overall mesh is shown in Figure 3.3
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Figure 3.3: The top view (XY-plane) of the domain and the refinement zones.

3.4.2 Time steps

The magnitude of angular velocity (Ω) of the rotor, at the TSR of 2.5, is Ω =
83.34rad/s. An Euler implicit, first-order time marching scheme is employed in
the simulation for time marching. A limit on the Courant number (Co) is imposed
to regulate the width of the time step. The equation for Courant number is given
by Equation 2.6. The Courant number is linked to Courant-Fredrichs-Lewy (CFL)
condition required to solve partial differential equations with numerical approxi-
mations (Courant et al., 1967). A CFL of greater than 1 means that the information
(in the current case the flow velocity Vi) propagates through more than one grid
cell at each time step, leading to erroneous results. The effect of different Courant
numbers on the accuracy of the simulation results was evaluated and a maximum
Courant number of Comax < 0.6 was chosen for the simulation to regulate the time
steps. The cases and results of the temporal sensitivity analysis are presented in
Section 3.6.2.

3.5 convergence study

At the start of a CFD simulation, at the time instant t = 0s flow field velocity and
the rotor velocity would be zero. When the simulation begins, at time instant t =
∆ts (where ∆t is the simulation time step), the flow velocity and rotor velocity
change to the value specified by the simulation settings. This sudden jump in
the values within a small time step causes the blade loads to jump to abnormal
values. Furthermore, the wake of the VAWT is not fully developed at the start of the
simulation and takes time to attain a steady value.

Hence, a convergence study of the rotor power coefficient and far wake velocities
is required to ensure that the sampled data is taken only after the convergence has
reached. Section 3.5.1 presents the study conducted to evaluate the convergence of
blade loading and wake. In addition to this, the pimpleFoam solver, in order to
solve the N-S equations spatially for the flow field values (pressure and velocities),
starts with a guess for the initial value. Several iterations are carried out within a
time step, to reduce the residual errors below the specified tolerance value. At the
end of each time step, the solver prints the final residual errors in the calculated
flow field values. At the beginning of the simulation, these values are high since
the initial guess values are largely different from the expected value at the end of
each time step. However, these residual errors reduce as the simulation reaches
convergence and fall nearly to a constant mean value. When this happens it can be
concluded that the simulation has reached a steady state. It is important that the
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averaging is done after the steady state has reached, otherwise the results could be
erroneous. Section 3.5.2 provides a discussion on the convergence of the simulation.

3.5.1 Wake convergence

In order to evaluate the convergence of the wake at the rotor, the instantaneous
power coefficient (Cp) plot is obtained. To observe the convergence trend, the cor-
responding values (Cp) were averaged over each 360◦ rotation of the blade along
the azimuth. Figure 3.4a shows the instantaneous value of Cp for the baseline case
respectively. Figure 3.4b shows the values averaged over each rotation of the blades.
From Figure 3.4b it can be clearly seen that the initial values of the Cp,avg is very
high, but reach a near-constant value (within a difference of ±0.4% of the average
Cp,avg value of the previous rotation), which corresponds to 10 full rotations of the
turbine. However, this alone does not guarantee the convergence of wake over the
entire domain. The convergence of the wake occurs latest at the farthest point in the
domain i.e., at x = 10D. Hence the instantaneous velocity of the wake at x = 10D
and y, z = 0 is plotted across the simulation time in Figure 3.5. It can be clearly seen
from this plot that the wake velocities at x = 10D converge approximately after a
time of t = 1.5s. This provides the basis for averaging time for all further results
shown here on, in this study. The averaging time for the velocity field values are
taken from time t = 1.5833s to t = 2.7143s corresponding 15 complete rotations of
the turbine.

(a) Instantaneous power coefficient (Cp) of the
turbine.

(b) The power coefficient averaged over each ro-
tation (Cp,avg1).

Figure 3.4: The instantaneous and averaged power coefficient of the turbine as a function of
time. The values are obtained from the simulation carried out for the baseline
case.

Figure 3.5: The streamwise wake velocity values at x = 10D and y, z = 0 as a function of
simulation time.
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3.5.2 Simulation convergence

To evaluate the convergence trend of the simulation, the maximum of the initial
residuals obtained for velocities (Vx, Vy and Vz) over the entire domain, at the end
of each time step is plotted against the simulation time in X-axis. From Figure 3.6a,
it can be clearly seen that the initial residuals of velocities are well below 0.01. The
low initial residuals are an indication of convergence of the coupled system (pres-
sure and velocities). However, the value final residuals determine the convergence
of velocities in the simulation. Figure 3.6b shows the maximum of final residual
values of the velocities over the entire domain. It can be seen that these values are
well below 10−6 which indicates an acceptable level of convergence for the velocity
values obtained from the simulation. Furthermore, the plots show that the simu-
lation has reached a steady-state after t = 1.5s, which reinforces the choice of the
averaging time mentioned in Section 3.5.1.

(a) The maximum of the initial residuals of ve-
locities (Vx , Vy and Vz) obtained at the end
of each time step.

(b) The maximum of the final residuals of ve-
locities (Vx , Vy and Vz) obtained at the end
of each time step.

3.6 sensitivity study
In order to identify the optimal mesh size and time step to run the simulation,
the spatial and temporal sensitivity analysis was conducted. While a very fine
mesh gives more accurate results, it also increases the computational expenditure.
A similar effect is observed when the simulation time step (∆t) value is reduced.
Thus there is a need to find an optimal grid size and time step value to run the
simulations. The sensitivity of the results to spatial discretization is discussed in
Section 3.6.1 and the temporal sensitivity study is presented in Section 3.6.2.

3.6.1 Spatial sensitivity

To study the effect of spatial discretization the entire domain was discretized into
coarse grids with a varying number of cells. The cases and the respective number of
cells (Ncells) corresponding to each case is shown in Table 3.4. The refinement was
also varied across the domain to observe the effect of refinement on the flow field
values. The results of the refinement study (not shown in the report), show that the
averaged turbine power coefficient (Cp,avg), is sensitive to the level of refinement.
The total number of cells after the respective refinements is mentioned in Table 3.3
against each case, corresponds to the total cell count after all the refinements were
carried out. The values of power coefficient (Cp) of the turbine averaged (Cp,avg10 )
over the last 10 rotations was observed for each case and the plot of these values
are shown in Figure 3.7a. It can be seen that the curve flattens out with the increase
in the number of cells, meaning that the difference in Cp,avg10 of the subsequent
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cases decrease with the increase in the cell count. In other words, the sensitivity
to spatial discretization decreases with the increase in cell count. The final selected
coarse grid and the refinement is a compromise between computational expenditure
and accuracy of the results.

Cases Ncells Cp,avg10

Case 1 6, 241, 536 0.135
Case 2 9, 911, 328 0.130
Case 3 14, 794, 752 0.127
Case 4 23, 591, 400 0.122
Case 5 40, 703, 040 0.119

Table 3.3: The different cases of mesh discretizations along with the total cell count after
their respective refinements (Ncells) and the coefficients of power averaged over
the last 10 rotations (Cp,avg10 ) of the turbine.

3.6.2 Temporal sensitivity

To analyse the effect of the time step of the simulation (∆t), several simulations
with Courant numbers (Co) varying from 0.2 to 0.8 was carried out. The power
coefficient averaged over the last 10 rotations (Cp,avg10 ), post simulation convergence,
was taken as the evaluating parameter. Table 3.4 provides the Co and total number
of time steps per revolution (Ntimesteps) of the respective cases and Figure 3.7b shows
the variation of Cp,avg10 with the total number of time steps per revolution of the
turbine. The curve again shows a decreasing sensitivity with the decrease in the ∆t
width.

Cases Co Ntimesteps ∆t (s) Cp,avg10

Case 1 0.9 135.2 0.000557 0.131
Case 2 0.8 154.2 0.000488 0.129
Case 3 0.7 175.2 0.000430 0.128
Case 4 0.6 203.5 0.000370 0.127
Case 5 0.5 245.5 0.000307 0.126
Case 6 0.4 306.3 0.000246 0.125
Case 7 0.3 407.8 0.000185 0.124
Case 8 0.2 606.1 0.000124 0.122

Table 3.4: The cases studied for different Courant numbers (Co) along with the total number
of time steps per revolution (Ntimesteps), the width of the time step (∆T) and the
power coefficient averaged over the last 10 rotations (Cp,avg10 ) of the turbine.

3.6.3 Discussion

The results of spatial and temporal sensitivity analysis show a decreasing trend of
sensitivity with an increase in number of cells and a decrease in the width of the
time step respectively. The spatial sensitivity is higher than the temporal sensitivity
which is in line with the findings of Bachant and Wosnik and Mendoza et al.. Based
on this study the coarse grid was chosen with a total number of 105, 000 cells, with
[75, 40, 35] cell divisions along [X, Y, Z] directions respectively. The refinement was
chosen as shown in Figure 3.3. A maximum Courant number of Comax < 0.6 corre-
sponding to approximately 203 time steps per revolution was chosen as the best fit
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(a) The variation power coefficient aver-
aged over the last 10 rotations of the
turbine(Cp,avg10 ) with increasing cell count
(in the order of ×107).

(b) The variation power coefficient aver-
aged over the last 10 rotations of the
turbine(Cp,avg10 ) with an increasing number
of time steps per revolution.

Figure 3.7: Spatial and temporal sensitivity analysis.

to carry out further study. An overview of the final mesh and time step settings is
shown in Table 3.5

Simulation Parameter Value

Time step (dt) 0.0004s
Maximum Courant number (Co) 0.6

Coarse mesh cell count 105, 000
Coarse cell size 0.06m

Refined mesh cell count 12, 769, 218
Refined cell size 0.0075m

Wake velocity averaging time 1.5833s− 2.7143s

Table 3.5: The final values of the time step and mesh settings.

3.7 experimental set-up
The simulation is validated against the experiment carried out by Huang et al. at
the open jet facility (OJF). The experiment is carried out with an inflow velocity of
5ms−1 at the inlet of the turbine. The turbulence intensity in the OJF at the inlet
is less than 2%. A straight-bladed H-rotor VAWT with the same turbine geometry
and operational parameters (refer Section 3.3) as that of the simulation is used. The
velocity field in the wake is measured using stereoscopic Particle Image Velocimetry
(PIV) measurements. The velocity field is sampled at downstream planar surfaces
starting from x = 1D to x = 10D with the intervals of 1D. The sampled velocity
field data is used for the validation of the simulation. The experimental set-up in
OJF, is shown in Figure 3.8.
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Figure 3.8: A picture of the VAWT used in the experiment (Picture credit: Ming Huang).



4 R E S U LT S : I S O L AT E D D O W N -S C A L E D
VA W T

In this chapter, the results of the study are presented along with discussions on
different physical phenomena occurring during the operation of a VAWT, from the
perspective of its performance and wake characteristics. The study carried out here,
specifically addresses the research questions pertaining to :

• The parameters to evaluate the turbine performance and wake properties.

• The effect of the correction models (dynamic stall model, turbulence model
settings) on the simulation results.

At the outset, a discussion is presented on the parameters affecting the turbine
performance and the wake of an isolated VAWT in Section 4.1 and Section 4.2 respec-
tively. Since the dynamic stall and the turbulence model have a significant effect
on the turbine performance and the wake, a sensitivity study is conducted to eval-
uate their effects. Section 4.3 provides a discussion on the dynamic stall models.
Section 4.4 presents a discussion on the performance of the standard KE turbulence
model with varying inlet conditions. The evaluation of the results is carried out
both qualitatively and quantitatively. The deviation of the simulation results from
the experimental results and the possible reasons are discussed.

4.1 turbine performance parameters
The main indicator of a VAWT’s performance is its instantaneous (and averaged)
power (Cp) and torque (CT) coefficients of the rotor. However the values of Cp
and CT are directly affected by the tangential force coefficient (Ctan) which in turn
depend upon AOA (α), relative velocity (Vrel), lift (Cl) and drag(Cd) coefficients. All
the above parameters are affected by dynamic stall, which results in changes to the
blade loading, consequently affecting the Cp and CT (Laneville and Vittecoq, 1986).
The turbulence affects the blade loading by affecting the onset of the dynamic stall
(Wang et al., 2014). Thus there is a need to evaluate the effect of each of these
models on the turbine performance parameters mentioned above. The variation of
each of these parameters, over one rotation of the turbine, are discussed below for
the baseline case, with the B-L-SGC dynamic stall model (Sheng et al., 2008), standard
KE turbulence model (Launder and Spalding, 1974), Goude flow curvature model
(Goude, 2012), added mass model (Strickland et al., 1979) and a tip correction model
(Bachant et al., 2016).

4.1.1 Power and torque coefficients

The maximum value of instantaneous power coefficient (Cp,max = 0.50) and torque
coefficient (CT,max = 0.20) of the rotor, is reached at an azimuthal angle of θmax1 =
59.20◦ and at θmax2 = 239.20◦ as seen in Figure 4.1a and Figure 4.1b respectively.
It can be noted that the relation between the power and torque coefficients can be
given by Cp = CT × λ, where λ is the TSR. The first peak of the power (Cp) and
torque (CT) coefficient curves is due to the maximum values of Cp and CT for the
first blade, while the second peak is due to the maximum corresponding values
of the second blade. This can be seen from the torque coefficient for the individual
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(a) Instantaneous power coefficient(Cp) of the
turbine during one complete rotation.

(b) Instantaneous torque coefficient(CT) of the
turbine during one complete rotation.

(c) Instantaneous torque coefficient(CT,blade) of
one individual blade during one complete
rotation averaged over the span of the
blade.

Figure 4.1: The variation of the power and torque coefficients during one rotation of the
turbine for the baseline case.

blade, plotted in Figure 4.1c. The local Cp and CT values are different at the different
spanwise locations of the blades due to varying induction. The induction at the
tips is largely affected by tip vortices and the induction at the mid-span by bound
circulation and tip vortices (for low aspect ratios). Due to the smearing of forces
in the ALM, the spanwise forces are not significantly different, however, the tip
correction marginally compensates to include this effect in the model.

4.1.2 Blade and turbine loads

The blade loads are mainly, lift and drag forces which are determined by their
respective coefficients Cl , Cd and by the relative velocity Vrel . The resolution of these
forces along normal and tangential directions to the blade path gives the normal
(Cn) and tangential (Ctan) force coefficients respectively. The resolution of the blade
forces along the inflow wind direction (X direction) gives the thrust coefficient (Ct).
The thrust coefficient on the blade (Ct,blade) and the turbine (Ct), according to the
sign convention in this study (refer Section 3.3), is positive.

The variation of lift and drag coefficients, over one rotation is shown in Figure 4.2.
The maximum value of the drag coefficient (Cd,max = 0.46) at the mid-span section,
occurs at an azimuthal position of θ = 121.77◦ for an individual blade, while the
maximum lift coefficient (Cl,max = 1.21) at the mid-span location, occurs at the
azimuthal position of θ = 66.23◦. The magnitude of the lift and drag coefficients
depends on the AOA and chord Reynolds number. The maximum power and torque
coefficients occur around the maximum lift coefficient values of the mid-span sec-
tion. The respective minima of the power and torque coefficients occur around the
maximum drag values at the mid-span section. This is because the turbine is driven
by lift forces.
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(a) Variation of the lift coefficient(Cl) during
one complete rotation of the first blade, at
the mid-span section.

(b) Variation of drag coefficient(Cd) during one
complete rotation of the first blade, at the
mid-span section.

Figure 4.2: Variation of the lift and drag coefficients during one complete rotation of the first
blade, at the mid-span section.

(a) Variation of the magnitude of the relative
velocity(Vrel) of the first blade at the mid-
span section during one complete rotation.

(b) Variation of AOA (α) during one complete
rotation of the first blade at the mid-span
section.

Figure 4.3: The variation of AOA and relative velocity at the mid-span section of the blade,
over one rotation of the turbine for the baseline case.

The variation of AOA at the mid-span section (shown in Figure 4.3b) is large,
ranging from α = 26.90◦ at θ = 118.30◦ to α = −12.80◦ at θ = 225.52◦. The max-
imum value of AOA noted here is much higher than the stall AOA which occurs at
α = 10.6◦ for a chord Reynolds number of Rec = 2× 104. The magnitude of rela-
tive velocity (shown in Figure 4.3a) also varies significantly over one rotation from
Vrel = 16.86ms−1 to Vrel = 7.50ms−1 causing a large variation in chord Reynolds
number from Rec = 2.25 × 105 to Rec = 5.05 × 105. So when the turbinesFoam
module interpolates the Cl and Cd values from the static polars at Rec = 2× 104,
some errors are expected.

The peak blade normal coefficient (Cn,max = 1.2) in one rotation occurs at an
azimuthal location of θ = 69.6◦. It can be seen that this occurs close to the peak Cl .
The variation of the lift (Cl) and normal (Cn) coefficient with the variation of AOA

shows the unsteady effect as a consequence of dynamic stall and added mass (refer
Figure 4.4). Post the static stall AOA at α = 18.7◦, the leading edge separation begins
and the blade reaches deep stall at the maximum AOA of α = 22.9◦ that occurs at an
azimuthal position of θ = 121.5◦, when the vortex passes the trailing edge. Then, as
the AOA decreases the Cl and Cn trace the lower section of the curve until the flow
reattaches at around α = 0.55◦, post which the Cl and Cn trace the upper section of
the curve.

The magnitude of maximum thrust coefficient of one blade (Ct,blade,max = 1.16),
occurs at an azimuthal angle of θ = 90.41◦ whereas the magnitude of maximum
thrust coefficient of the turbine (Ct,max = 1.31), which is the summation of the
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(a) Variation of normal coefficient(Cn) of one
blade, with varying AOA (α) during one
complete rotation at the mid-span section.

(b) Variation of lift coefficient(Cl) with varying
AOA (α) during one complete rotation at the
mid-span section.

Figure 4.4: The variation of the lift and normal force coefficients as a function of AOA.

individual blade thrust coefficients, occurs at θ1 = 72.95.52◦ and θ2 = 253◦. This
can be seen in Figure 4.5

(a) Magnitude of instantaneous thrust coeffi-
cient (Ct) of the turbine during one com-
plete rotation.

(b) Magnitude of instantaneous thrust coeffi-
cient (Ct,blade) of an individual blade during
one complete rotation.

Figure 4.5: Magnitude of instantaneous thrust coefficient during one complete rotation.

4.2 wake validation parameters
The wake of a VAWT, on the other hand, can be studied by observing the averaged
velocity, vorticity and pressure fields of the wake obtained from the simulations.
Since the averaged velocity fields at different downstream locations, is the only data
available from the experiments for this study, the validation parameter is inevitably
chosen as the averaged wake velocity fields. However, it is necessary to observe
the influence of vorticity and pressure fields on wake. This is elaborated in the
subsequent sections.

4.2.1 Averaged velocity contour

Qualitative analysis can be made with the velocity contour plots of the wake at var-
ious downstream locations to observe the evolution of the wake in the downstream
direction. To quantitatively evaluate the wake structure and wake deflection, the
mid-span velocity profile of the wake at different downstream locations can be
studied in comparison with the experimental data. Further, a comparison of wake
deficits obtained from different cases of the simulations can be used to evaluate the
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Figure 4.6: The top view of the XY-plane averaged, mid-span, streamwise velocity contour.
The X and Y axes are non-dimensionalized with the turbine diameter. Velocity
(Vx) is non-dimensionalized with freestream wind speed (V∞ = 5ms−1).

effects of turbulence and dynamic stall on the wake. Thus the averaged streamwise
wake velocities (Vx) are taken as the evaluating parameters for the study of the
wake.

The thrust and power coefficients of the turbine have a direct influence on the
velocity deficits in the wake. This is explained with the thrust force exerted by the
turbine on the flow leading to extraction of kinetic energy from the flow, subse-
quently causing a velocity deficit in the wake. Furthermore, the azimuthal location
at which the maximum thrust force occurs has an influence on the location at which
the maximum deficits are seen in the wake. The thrust coefficient has a direct rela-
tion with the induction from the momentum theory, which explains this influence.
A contour plot of the averaged, mid-span, streamwise velocity (Vx) shown in Fig-
ure 4.6 gives a clear visualization of the wake velocity deficits.

At the outset it can be seen that the largest deficits in the mid-span, immediately
behind the turbine, occur on the windward side (−Y direction) where the blade
loading Ct, Cn are the highest. The momentum influx can be seen as occurring from
the leeward side, where the wake deficits are lower causing the largest deficits to
move towards more towards the windward side, downstream. This momentum
influx is enhanced by mid-span vorticity which is explained in Section 4.2.2.

4.2.2 Instantaneous vorticity contour

Physically, the bound circulation around the blade is a consequence of blade loading.
A change in the blade loading changes the bound circulation which leads to vortices
being shed into the wake, affecting the wake velocities as it convects downstream.
Hence, the shed vorticity generated due to the changing bound circulation around
the blade, the trailing vorticity dependent on the strength of the bound circulation,
the tip vortices arising from the influx of momentum from the pressure side to the
suction side of the airfoil, the shed vorticity due to the occurrence of dynamic stall,
the shed vorticity from the loading on the struts and the tower wake, all influence
the velocity field of the wake. However, the component of vorticity of interest for
this study is the mid-span shed vorticity contour and tip vortices. Figure 4.7 shows
the mid-span section of the Z-plane vorticity over one entire rotation of the turbine.

The plot shows counter-rotating vortices of different strengths. The clockwise
rotating (into-the-plane, negative) vortex seen on the suction side is the shed vortic-
ity due to dynamic stall, the anti-clockwise rotating (out-of-plane, positive) vortex



54 results: isolated down-scaled vawt

around the blades at the mentioned azimuthal locations (θ and θ + 180◦ respectively)
represent the bound vorticity and the streak of red (out-of-plane, positive) shows
the shed vorticity in the windward side (at y = −0.5D in Figure 4.7). The strength
of the shed vorticity depends on the rate of change of bound circulation (dΓ/dt)
around the airfoil, as the blade traverses along the azimuth. This is a consequence
of Kelvin’s circulation theorem for potential flow which states that the net rate of
change of circulation in a closed loop is zero.

The maximum value of the shed vorticity on the windward side appears to occur
near θ = 0◦ (refer Figure 4.7a and Figure 4.7d). The onset of stall occurs at θ = 69◦

at which point, the strength of the clockwise rotating vorticity appears to reach
its maximum value (refer Figure 4.7b and Figure 4.7f). As the azimuthal angle
increases further, this shed clockwise vorticity decreases in strength. At θ = 121.5◦,
when the deep stall is reached, the vortex is fully shed into the wake.

While it is difficult to conclude the azimuthal location corresponding to the max-
imum bound vorticity from the contour plot due to the lack of continuous time
intervals, the lifting line theory suggests that the maximum bound vorticity should
correspond to the maximum product of ~Vrel ×~L. Similarly, since the shed vortic-
ity is dependent upon the rate of change of the force field around the blade (or
consequently rate of change of circulation), it is difficult to ascertain the azimuthal
location at which the maximum shed vorticity occurs.

The periodically shed vortices can be clearly seen in the wake on the leeward side
up to x = 2D beyond which its strength decreases significantly. The vorticity on
the windward side, however, is discernible up to downstream distances of x = 4D,
beyond which its strength wanes. In Figure 4.7c the blade-wake interactions can
be observed, where the blade located at x = 0.4D, y = −0.1D is seen moving into
the shed vortex generated by the other blade. From the vorticity plots, it can be
seen that blade-wake interaction is increased if the dynamic stall onset occurs in the
upwind sections. If the dynamic stall onset occurs earlier in the windward side (as
a consequence of a positive blade pitch angle) then the blade-wake interactions are
expected to be minimal.

There is an influx of momentum from the sides due to the shed vorticity that
induces a cross-stream component (Vy) into the wake, subsequently enhancing the
wake recovery downstream seen in Figure 4.6. The tip vortices have a significant
influence on the mid-span section due to the low aspect ratio of the turbine (H/D =
1). While the tip vortices lead to a spanwise induction at the blade, reducing its
performance, the influx of momentum into the wake downstream from the sides,
is enhanced by the tip vortices. The strength of these vortices depends on the
blade forces at the tips. Further, the turbulence in the flow has an impact on the
dissipation of the vortices in the wake, in addition to its effects on the dynamic stall
and blade loading. So the effect of turbulence needs to be separately evaluated from
the perspective of the vorticity dissipation and blade loading.

4.2.3 Instantaneous pressure contour

The static pressure difference (calculated as ∆pstatic = ∆pkinematicρ) field around
the turbine visualized in Figure 4.8 clearly show the stagnation points occurring
at the airfoil surface at different azimuthal positions during one rotation of the
turbine. The largest stagnation pressures correspond to the largest blade loading at
the mid-span section as seen in Figure 4.8b and Figure 4.8f. This corresponds to the
largest Cn values although a more reliable conclusion can only be drawn with more
time intervals. Finally, it can be observed that the tower has little influence on the
pressure field.
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Figure 4.7: The top view of the XY-plane instantaneous vorticity contour. The X and Y axes
are non-dimensionalized with the turbine diameter.
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Figure 4.8: The contour plot of the pressure field (∆pstatic) at the mid-span location over
one rotation of the turbine. The X and Y axes are non-dimensionalized with the
turbine diameter.
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4.3 dynamic stall model sensitivity
In this section, the results of the simulations carried out to study the effect of the
dynamic stall models are presented. The study cases include 3 different models
of B-L dynamic stall models and one case without a dynamic stall model. The
different dynamic stall models implemented are the standard B-L model (Leishman
and Beddoes, 1986), B-L-3G model (Beddoes, 1993) and B-L-SGC model (Sheng et al.,
2008). This follows from the literature review presented in Section 2.3.1 where B-L

models are stated to perform better than the Gormont model. The dynamic stall
models are semi-empirical models and largely depend on the airfoil for which the
empirical constants are obtained (Dyachuk et al., 2014). Thus all the parameters
chosen for this study correspond to NACA0012 blade geometry.

The parameters associated with B-L-SGC model are mentioned in Table 4.1. The
parameters Tp, represents the delay constant to attain the same normal force coeffi-
cient CN in a delayed leading-edge pressure under unsteady conditions; Tf , repre-
sents the delay constant for separation point due to dynamic effect; Tα is the delay
constant for AOA due to dynamic effect. The critical stall onset AOA is given by
αds0; r0 is the reduced pitch rate given by α̇c/2V∞ (α̇ is the rate of change of AOA);
Tvl is the vortex passage time constant; Tv, the time constant for vortex passing
over the chord; B1 is the airfoil dependant constant used to calculate the additional
increase in normal force due to dynamic vortex; η is the efficiency factor used to
calculate the tangential force coefficient. The default value of η is 0.95 in the SGC

module provided by turbinesFoam library. The constant E0 is used for chordwise
force calculation which is a revision to the original B-L model, modified by Sheng
et al. (2008). The parameters associated with B-L-3G model are given by Table 4.2.
The parameters Tp, Tf , Tv, Tvl and η represent the same parameters as the B-L-SGC

model. The parameters T1, T2, A1, A2 and A3 represent the constants used in the
deficiency functions Xn, Yn and Zn, which are used in the calculation of the effective
AOA. The values of the different parameters associated with the standard B-L model
are provided in Table 4.3. The parameters Tp, Tf , Tv, Tvl and η represent the same
parameters as the B-L-SGC model. The additional parameters A1, A2, b1 and b2 are
the constants in the calculation of deficiency functions Xn and Yn (Dyachuk and
Goude, 2015). Dyachuk and Goude (2015) further note that the parameters Tp and
Tf do not depend on the airfoil while other parameters do.

Tp Tf Tα αds0 r0 Tvl Tv B1 η E0

1.7 3.0 3.9 18.73 0.01 8 11 0.75 1 0.25

Table 4.1: The B-L-SGC coefficients used for modelling dynamic stall (Dyachuk and Goude,
2015).

Tp Tf T1 T2 Tvl Tv A1 A2 A3 η

1.7 3.0 20 4.5 11.0 6.0 0.3 0.7 0.75 0.95

Table 4.2: The B-L-3G coefficients used for modelling dynamic stall (Beddoes, 1993).

Tp Tf A1 A2 b1 b2 Tvl Tv η

1.7 3.0 0.3 0.7 0.14 0.53 8.0 11.0 0.95

Table 4.3: The standard B-L coefficients used for modelling dynamic stall (Leishman and
Beddoes, 1986)
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Cases Dynamic stall model Cp,avg10 Ct,avg10

Case 1 None 0.210 0.534
Case 2 Standard B-L −0.026 0.637
Case 3 B-L-3G 0.052 0.599
Case 4 B-L-SGC 0.127 0.626

Table 4.4: The different cases of the dynamic stall evaluated and their corresponding mean
values of power (Cp) and thrust (Ct) coefficients. The mean values are calculated
by averaging the corresponding instantaneous values over the last 10 rotations of
the turbine.

4.3.1 Turbine scale

The effect of the dynamic stall on the blade loading is to increase it beyond that
of the stall value, thus significantly increasing the maximum instantaneous thrust
and power coefficients of the turbine. In addition to this, the dynamic stall delays
the occurrence of the maximum instantaneous thrust and power coefficients of the
turbine. Figure 4.9 shows the variation of different turbine performance parameters
for the different dynamic stall models. The effect of the dynamic stall model on
the Cp and Ct curves of the turbine is very clear on comparison of the same for
the cases with and without dynamic stall (refer Figure 4.9a and Figure 4.9b). The
results without dynamic stall predict lower peak values of instantaneous Cp and Ct
with the exception of the standard B-L model. The reasons for the deviation of the
standard B-L model are analysed in the latter half of the section. The mean values of
Cp and Ct for each case is shown in Table 4.4. It is not surprising to observe that the
mean power coefficient value of the case without a dynamic stall model, are higher
than that of the cases with the dynamic stall models. This can be explained with
the following reasoning:

• Although the peaks of the instantaneous Cp values are higher for the cases
with dynamic stall, they occur only for a brief period of time.

• After reaching the stall angle the Cp values drop steeply, plunging to negative
values. Whereas in the case without dynamic stall the Cp curve is flatter,
dropping gradually post the static stall angle.

• In the cases with the dynamic stall since variation in the blade loading is
higher, the shed vorticity is stronger. This leads to increased blade-wake inter-
actions in the downwind passages of the blade when the second blade is in
the wake of the first blade and vice-versa. This leads to a larger loss of power
than in the case without dynamic stall (refer Cp curve at azimuthal angles of
90◦ − 180◦ and 270◦ − 360◦ in Figure 4.9a ).

In the literature, the onset of dynamic stall generally refers to the formation of
leading-edge vortex (refer Figure 2.5). However, in this study, since it is not possible
to determine the exact AOA at which the leading-edge separation begins, the stall
onset is identified with the occurrence of maximum Cl which occurs when the blade
is in stall. In SGC model this corresponds to the parameter αds0.

The effect of the delay on the onset of stall of the blade, due to the dynamic stall
models, can be seen in the Cl curve for the mid-span section shown in Figure 4.9c.
The case without the dynamic stall predicts stall onset the earliest among all the
cases, at an azimuthal position of θ = 45.4◦ corresponding to the AOA value of
α = 13.8◦. Note that the value of α here is still greater than its static stall angle
because of the added mass model. The B-L-3G model predicts stall onset at an
azimuthal position of θ = 68.96◦, closely followed by the SGC model where the
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(a) Instantaneous power coefficient(Cp) of the
turbine during one complete rotation.

(b) Instantaneous thrust coefficient(Ct,blade) on
one blade during one complete rotation.

(c) Variation of the lift coefficient(Cl) during
one complete rotation of the first blade, at
the mid-span section.

(d) Variation of drag coefficient(Cd) during one
complete rotation of the first blade, at the
mid-span section.

(e) Variation of AOA (α) during one complete
rotation of the first blade at the mid-span
section.

(f ) Variation of lift coefficient(Cl) with varying
AOA (α) during one complete rotation at the
mid-span section.

(g) Instantaneous normal force coefficient(Cn)
at the mid-span section of the first blade
during one complete rotation.

(h) Variation of normal coefficient(Cn) with
varying AOA (α) during one complete rota-
tion at the mid-span section.

Figure 4.9: The variation of the different turbine performance parameters for the different
cases of dynamic stall sensitivity study. All the parameters are ensemble averaged
over 10 rotations of the turbine.
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same occurs at θ = 69.35◦. The SGC model has an additional parameter to correct
the onset of dynamic stall (αds0) which is not available in the other models. This
correction leads to the prediction of onset of the dynamic stall at α = 18.73◦. It is
interesting to see that the onset of the stall for the standard B-L model is predicted
latest at an azimuthal angle of θ = 70.1◦. The peak values of Cl and Cd at the mid-
span section for this model, are also higher than the other models (refer Figure 4.9c
and Figure 4.9d).

It can be further observed from Figure 4.9e that the AOA does not significantly
vary with and without the dynamic stall model except in the downwind passage
of the blade. This is due to the increased induction at the blade in the downwind
section, due to the increased blade-wake interactions, as a consequence of increased
shed vorticity generated by the dynamic stall. Finally, Figure 4.9f shows the varia-
tion of the lift coefficient with the AOA. For the case without a dynamic stall model,
since there is no deep stall, the lift coefficient follows the same curve with the ex-
ception of the region where AOA is greater than the stall angle. This difference is
due to the added mass model, where, to increase the AOA the airfoil must exert
more force on the flow to accelerate the air mass around it, to facilitate the change
increase in the AOA. However to decrease the AOA the flow aids the acceleration
of the air mass leading to a lower loading on the blade. While the deep stall for
each of the dynamic stall models is predicted approximately at the same AOA the
flow reattachment prediction of the standard B-L model deviates significantly from
others. It can also be noted that the standard B-L model deviates in its prediction
of the lift coefficient from the static polar data which could explain the anomalous
behaviour of its Cp and Ct curves. This deviation is not observed for the 3G or SGC

models.

4.3.2 Wake scale

The effect of dynamic stall on the wake is mainly the increased blade loading (read
as higher Cn and Ct,blade , shown in Figure 4.9g and Figure 4.9b) leading to higher
wake velocity deficits. Increased shed vorticity is observed as a consequence of
increased variation in the blade loading. The wake velocity contour plots for the
different cases are shown in Figure 4.11. The blade loading in the case without
dynamic stall is lower and has two azimuthal locations (θ = 45◦, 170◦) where the
Cn peaks. The velocity contour of the same case at x = 1D, shown in Figure 4.11a,
clearly shows the ’H’ shape corresponding to these peaks in the Cn. It is interesting
to note the location of this ’H’ shape deficit at the x = 1D downstream location. First
maximum loading that occurs at blade location of x = −0.35D, y = −0.35D, shows
up in the deficit at x = 1D, y = −0.4D whereas the second maximum loading
corresponding to blade location of x = −0.08D, y = 0.49D, shows in the deficit
at x = 1D, y = −0.1D. This displacement of the deficits highlights the fact that
the deficits corresponding to leeward side loading move more rapidly towards the
windward side than the deficits corresponding to windward side loading.

The peak blade loading is the highest for the standard B-L model followed by SGC

model and 3G model as noted in Figure 4.9g. Subsequently, their corresponding
near-wake deficits seen from the contour plots at x = 1D, seen in Figure 4.11b,
Figure 4.11c and Figure 4.11d, for each of these models follow the same order. It can
be noted that the contour plots in the far-wake (x = 8D and beyond), have similar
structures. This is in line with the experimental findings of Tescione et al., that the
effect of the dynamic stall is only seen in the near-wake. Another observation that
can be drawn from the contour plot is that the standard B-L model predicts larger
leeward blade loading than SGC and 3G models. This is concluded from the contour
plot Figure 4.11c that shows a larger deficit velocity region (V ∈ (0.2V∞, 0.31V∞)
compared to other models.

Since a qualitative study of these contour plots does not provide the magnitudes
of the differences in the wake velocities between the cases, the wake profiles at the
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Figure 4.11: The streamwise velocity contour (Vx) at different downstream distances(x), as
seen from the downstream location, is predicted by different dynamic stall (DS)
models and without a DS model. The Y and Z axes are non-dimensionalized
with turbine diameter (D = 0.3m) and the velocity is non-dimensionalized with
inflow velocity (V∞ = 5ms−1).

mid-span sections for each case up to x = 10D are plotted in Figure 4.12. Further,
the experimental measurements of the wake velocity profiles at the mid-span sec-
tion in the downstream locations are also plotted alongside the cases. This allows
an evaluation of the accuracy of each of these models in their ability to predict wake
profiles. Further, the extent of deviation can be also compared from one model to
another, in comparison with the experimental data.

In Figure 4.12a, we clearly see that the largest wake deficit of the standard B-L

model corresponds to V = 0.35V∞, whereas the SGC and 3G models have the wake
velocities of around V = 0.38V∞. However, the case without a dynamic stall model,
which has the lowest blade loading has the velocity of V = 0.52V∞. It is interesting
to note that the windward side asymmetry in the wake leads to a marginal increase
in the peak velocity deficit at the mid-span section at a downstream distance of
x = 2D for the simulation results (compare Figure 4.12a and Figure 4.12b at y =
0.25D). However, the experimental results do not show the same behaviour. It can
further be noted that this asymmetry in the simulation results is more pronounced
in the near-wake than in the experimental results. At x = 1D plane the simulation
predicts that the peak deficit is at y = 0.25D whereas the experiment shows the
peak deficit at y = 0.1D. This implies that the simulation predicts a larger blade
loading at a smaller azimuthal angle than the experiment, hinting that the onset
of dynamic stall could be predicted too early in all the implemented B-L models.
The peak deficit of the experimental found at y = 0.1D at x = 1D is also larger
and sharper than that of the simulation implying that the severity of the dynamic
loading could be under-predicted in the simulations.
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Figure 4.12: A comparison of the wake profiles at the mid-span sections for different cases
of the dynamic stall models and the experimental data. The axis is non-
dimensionalized with rotor diameter (D = 0.3m) and velocity with freestream
wind speed (V∞ = 5ms−1)
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All the models significantly under-predict the leeward side blade loading leading
to much higher wake velocities (0.6V∞) at y = 0.25D, compared to the experimental
values which shows a second dip in wake velocity (of the order 0.4V∞ (refer Fig-
ure 4.12a). From downstream distances of x = 3D the leeward side deficits match
closely to the experimental results.

Further downstream the wake expansion in the far-wake is the largest for the
standard B-L model followed by SGC, 3G and case without dynamic stall. Compared
to the experiment the expansion of the wake is over-predicted. The experimental
peak velocity deficit found at x = 1D, recovers slower than the peak deficit of the
simulation results and is deflected from y = 0.1D at x = 1D, to y = 0.5D at the
downstream distance of x = 8D. The simulation peak deficit in on the other hand
deflects from x = 1D, y = −0.35D to x = 8D, y = −0.7D. It is also noted that
while the deflections in the wake for the three models are close to each other, the
order of deflection follows the order of blade loading (i.e. standard B-L>SGC>3G),
implying that the wake asymmetry and hence the deflection is enhanced by the
blade loading. Despite the larger wake deficit in the near-wake, the far-wake of
all the models show that the wake recovers to the same velocity of 0.72V∞. This
also implies that the larger deficits of the standard B-L model recover faster than the
lower deficits of the case without a dynamic stall, suggesting that the recovery of
the wake far downstream is enhanced by higher instantaneous blade loading.

Finally, since the performance of each of the dynamic stall models depends sig-
nificantly on the coefficients (mentioned in Table 4.1, Table 4.2 and Table 4.3), a
definitive performance comparison would need a fine-tuning of these parameters.
However, from this study, the following points can be inferred:

• The dynamic blade loading has a significant impact on the wake deficits and
hence the wake asymmetry.

• The standard B-L model deviates significantly from other models indicating
that its coefficients need further fine-tuning.

• All the models need to be corrected for the prediction of onset of the dynamic
stall and for azimuthal location at which the deep stall occurs.

• In order to evaluate the performance of each of the models a deeper study
with fine-tuned parameters for each model is indispensable.

4.4 turbulence model sensitivity
To evaluate the impact of the turbulence model the simulation was carried out with-
out a turbulence model and compared with the simulation results with the standard
k− ε model (KE) turbulence model. The standard KE model uses the Boussinesq hy-
pothesis (refer Equation 2.46) to model the Reynolds stress tensor (τij = −u′iu

′
j) in

the Reynolds averaged Navier-Stokes (RANS) (refer Equation 2.39 and Equation 2.45)
description of the flow field. In this model, the eddy viscosity(νT) is taken a function
of the turbulent kinetic energy (k = 0.5u′iu

′
i) and turbulent dissipation (ε = νui,kuj,k),

given by Equation 4.1. Additionally the closure to the problem is obtained by trans-
port equations for turbulent kinetic energy as given by Equation 4.2 and turbulent
dissipation, given by Equation 4.3. The values of empirical constants are taken from
Launder and Spalding (1974), are given by, Cµ = 0.09, σk = 1.0, σε = 1.3, Cε1 = 1.44
and Cε2 = 1.92.

νT = Cµ
k2

ε
(4.1)
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The presence of turbulence mainly allows for the recovery of the wake through
turbulent transport of the mean kinetic energy and turbulent dissipation of the ki-
netic energy of shed vortices. In addition to this, the effect of higher turbulence
intensities is also observed on the onset of the dynamic stall and hence the instanta-
neous blade loading. The standard KE model is robust in the freestream conditions
and in the absence of adverse pressure gradients which is usually found within the
boundary layers. Since ALM uses the blade-element method with a dynamic stall
model to calculate the blade loading, the boundary layers at the airfoil are not re-
solved. So for the current study, the standard KE model is deemed fit as the wake
is predicted best by this model. However, since this model is not validated, it is
necessary to study the sensitivity of the model to inlet turbulence intensities and
their corresponding k and ε values. The value of ε for a given value of k, depends
on the length scale. The choice of the length scale of (l), for the ε calculations,
follows the reasoning that the turbulent dissipation is mainly affected by larger ed-
dies (Katopodes, 2019) and largest eddies at the inlet of the low turbulence wind
tunnel are of the order of mesh wire diameter (Roach, 1987). Since the experiment
was carried out in the OJF at low turbulence conditions, the equivalent mesh wire
diameter is expected to be a small value. However, a range of length scale values
(l ∈ [0.002, 0.2]) were chosen for the study in combination with different inlet tur-
bulence intensities. While the study included a corresponding range of νT values
from 0.00015 to 0.637, the cases presented here are chosen to show the behaviour
of the standard KE model. The different cases included in the study are shown in
Table 4.5. All the cases are run with the B-L-SGC model of dynamic stall.

Cases Inlet Condition I k ε νT Cp,avg10 Ct,avg10

Case 1 No turbulence - - - - 0.125 0.622
Case 2 Low turbulence 0.51% 10−3 3× 10−4 3× 10−4 0.129 0.630
Case 3 Medium turbulence 0.7% 0.0018 2.4× 10−5 0.0128 0.155 0.674
Case 4 High turbulence 2% 0.015 5.5× 10−4 0.0367 0.160 0.681

Table 4.5: The turbulent kinetic energy (k) and turbulent dissipation (ε) values at the inlet for
different cases of the simulations carried out. The mean Cp and Ct are calculated
by averaging the corresponding instantaneous values over the last 10 rotations of
the turbine.

4.4.1 Turbine scale

The effect of the inlet turbulence is evident on both, the instantaneous and the av-
eraged values of Cp. With increasing turbulence intensity the Cp values increase
substantially as seen in Figure 4.13a and Figure 4.13b respectively. The increase in
the average Cp values are substantially higher between the low turbulence and high
turbulence cases, showing an increase of 19.3%. However the Ct values for the same
only increase by 8.1%. It is to be noted that, while the boundary layers are not re-
solved, the pressure differences arising from the force exerted by the blades on the
flow could still cause high pressure gradients, leading to the overestimation of tur-
bulent diffusion within these regions. It is interesting to see that the peak Cl and Cd
values decrease with increasing inlet turbulence intensities (refer Figure 4.13c and
Figure 4.13d). The decrease in Cl values is however smaller than the decrease in Cd
values leading to higher power outputs at higher turbulence intensities. The down-
wind Cl curves, however, show higher values for lower turbulence intensities. The
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(a) Instantaneous power coefficient(Cp) of the
turbine during one complete rotation.

(b) Instantaneous thrust coefficient(Ct,blade) of
the one blade during one complete rotation.

(c) Variation of the lift coefficient(Cl) during
one complete rotation of the first blade, at
the mid-span section.

(d) Variation of drag coefficient(Cd) during one
complete rotation of the first blade, at the
mid-span section.

(e) Variation of AOA (α) during one complete
rotation of the first blade at the mid-span
section.

(f ) Variation of lift coefficient(Cl) with varying
AOA (α) during one complete rotation at the
mid-span section.

(g) Instantaneous normal force coefficient(Cn)
at the mid-span section of the first blade
during one complete rotation.

(h) Variation of normal coefficient(Cn) with
varying AOA (α) during one complete rota-
tion at the mid-span section.

Figure 4.13: The variation of the different turbine performance parameters for the different
cases of dynamic stall sensitivity study. All the parameters are ensemble aver-
aged over 10 rotations of the turbine.
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drag coefficient increases in the downwind half with increasing turbulence intensi-
ties. This behaviour can be explained with the following analogy. In the upwind
half where the dynamic stall occurs, the higher turbulence intensities, reduce the
impact of the deep stall as a consequence of turbulent reattachment of the flow. This
effect can be clearly seen in Figure 4.13f and Figure 4.13h, where the values of Cl
and Cn at deep stall are lower for higher turbulence intensities. In the downwind
passage of the blade, the AOA is less affected by the shed vorticity, as the values of ε
is significantly higher at higher turbulence intensities, leading to faster dissipation
of the vortices. This effect can be seen in the curves of AOA, in downwind sections,
shown in Figure 4.13e. Also, the higher turbulence implies higher turbulent drag,
which leads to higher Cd values for higher turbulence intensities, in the downwind
sections (refer to downwind sections in Figure 4.13d). While the onset of dynamic
stall does not seem to be affected by the turbulence intensities, the deep stall AOA

decreases marginally with increasing turbulence intensities. Consequently, the az-
imuthal location at which the deep stall occurs is marginally advanced.

4.4.2 Wake scale

The effect of inlet turbulence intensity (I) is drastic on the wake velocities. The
values of turbulent dissipation (ε) is directly proportional to k1.5 (and to I3). Further,
the eddy viscosity (νT) values are directly proportional to I and l, which means that
the νT values increase with the inlet turbulent intensities and inlet length scales of
the eddies.

Larger νT values lead to higher wake recoveries. Figure 4.14 shows the con-
tour plots of the wake velocities at different downstream locations from x = 1D
to x = 10D. It is evident that the case without turbulence predicts very high veloc-
ity deficits (refer Figure 4.14a) despite the relatively lower values of Cp and Ct (refer
Figure 4.13a and Figure 4.13b). Comparing the plots for the case without turbu-
lence at different the wake recovery is severely affected in the absence of turbulence
with the lowest velocities in the range of 0.2V∞ − 0.3V∞ at downstream distances
of x = 10D. Whereas even with a low turbulence intensity of I = 0.5%, the wake
shows a much faster recovery (refer to the low turbulence case in Figure 4.14).

The standard KE model seems to be highly sensitive to the inlet turbulence inten-
sity values. This can be seen in the contour plots for medium and high turbulence
cases, where the shape of the velocity contour does not resemble the turbine struc-
ture even at the downstream distance of x = 1D, despite having very high Cp and
Ct values of the turbine. Further, it can be noted that by the downstream distances
of x = 6D the medium and high turbulence cases show up to 95% recovery in the
wake velocities whereas, with low turbulence case (I = 0.5%), the wake recovers
only by 60%.

The effect of the inlet νT values on the wake expansion can be observed by com-
paring the different mid-span velocity profiles shown in Figure 4.15. The wake of
the no turbulence case marginally expands by 20% from x = 1D to x = 5D whereas
the low turbulence case has a 30% expansion for the same downstream distance.
The cases with higher νT values show even higher expansion of the wake. Thus it
can be concluded that the wake expansion is enhanced by increasing inlet νT values.
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Figure 4.14: The streamwise velocity contour (Vx) at different downstream distances(x), as
seen from the downstream location, predicted by different cases of eddy vis-
cosity values (refer Table 4.5). The Y and Z axes are non-dimensionalized with
turbine diameter (D = 0.3m) and the velocity is non-dimensionalized with in-
flow velocity (V∞ = 5ms−1).

Thus the main conclusions that can be drawn from this study are:

• The deep stall AOA and hence the duration of the blades in stall decreases
marginally with an increase in inlet turbulence intensities.

• The power and thrust coefficients of the turbine increase with an increase in
inlet turbulence intensity and length scale values (i.e.with an increase in eddy
viscosity values).

• Despite the higher Ct,avg values at higher eddy viscosity values (νT), the ob-
served wake deficits are significantly lower, which is explained by higher re-
covery rates of the wake velocities.

• The wake recovery and expansion is significantly enhanced by increasing inlet
eddy viscosity (νT) values.

• The standard-KE model is very sensitive to inlet eddy viscosity (νT) values and
hence to inlet turbulence intensities and length scale values.

• The parameters of the Case 2 (refer Table 4.5), (with parameters νT = 3 ×
10−4, k = 10−3&ε = 3× 10−4 ) is chosen as the best fit for the validation.
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Figure 4.15: A comparison of the wake profiles at the mid-span sections for different cases
of the dynamic stall models and the experimental data. The axis is non-
dimensionalized with rotor diameter (D = 0.3m) and velocity with freestream
wind speed (V∞ = 5ms−1)



5 VA L I DAT I O N

This chapter addresses the two final research questions, which are:

• The effect of blade pitching on the turbine performance and wake.

• Comparison of the wake velocity field with experimental data.

The three cases of the blade pitch angles (β), along with their corresponding mean
power (Cp,avg10) and thrust (Ct,avg10) coefficient values averaged over the last 10 rota-
tions of the turbine, are shown in Table 5.1. At the outset, the turbine performance
is evaluated for these cases in Section 5.1. The baseline case results and subsequent
validation with the experimental results are presented in Section 5.2. The wake
deflection case results are validated in Section 5.3 and Section 5.4.

Cases Blade pitch angle (β) Cp,avg10 Ct,avg10

Baseline case 0◦ 0.129 0.630
Pitched case 1 +10◦ −0.543 0.498
Pitched case 2 −10◦ 0.088 0.519

Table 5.1: The simulation cases of wake deflection with varying blade pitch angles (β) are
validated against the experimental results. All the cases are simulated with B-L-
SGC dynamic stall model and standard-KE turbulence model. The mean values of
power (Cp,avg10) and thrust (Ct,avg10) coefficients are calculated by averaging the
corresponding instantaneous values over the last 10 rotations of the turbine.

5.1 turbine performance
The blade pitch angle (β) is the angle the chord line of the blade makes with the
tangent to its path. Physically, when the blade is pitched with a positive pitch angle
(’nose-up’ movement), it has an effect of advancing the AOA, whereas a negative
pitch angle (’nose-down’ movement), has a receding effect on the AOA. This can be
clearly observed in Figure 5.1e. In the positive pitch case, the blade experiences the
AOA in the range of −3.6◦ to +33◦, whereas the negative pitch case experiences an
AOA variation in the range −22.3◦ to 22.2◦. The baseline case with 0◦ pitch angle
reaches a maximum AOA of 26.9◦ and a minimum of −12.7◦ in one rotation of the
blade. Thus the blade pitch angle has a significant impact on the turbine perfor-
mance as seen in the mean Cp,avg10 and Ct,avg10 values shown in Table 5.1. The
instantaneous values of Cp seen in Figure 5.1a for the case of β = +10◦, show that
these values stay negative throughout the rotation of the blade. This indicates that
the energy is in fact, imparted on the flow rather than being extracted. In the case
of β = −10◦ the occurrence of peak instantaneous power and thrust coefficients
are delayed and smaller in magnitude than the baseline case. The peak values of
instantaneous power and thrust for the negative blade pitch angle case are noted to
be Cp,max = 0.37 and Ct,max = 1.06 which represents a 26% reduction in maximum
power and 20% decrease in maximum thrust compared to baseline case. This reduc-
tion in power coefficient for the pitched cases can be explained by considering the
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fact that, the blade no longer aligns with the maximum relative velocity vector at
the optimal angle of attack with the change in β.

The azimuthal angle at which these peak power and thrust are also different, with
the positive pitch case reaching a peak power earlier and with the negative pitch
case reaching the peak power later, in comparison with the baseline case. A look at
the instantaneous Cl and Cd graphs of a single blade over one rotation give a very
clear picture of the physical scenario. The positive pitch case has a higher AOA at
θ = 0◦ and hence it reaches the stall condition earlier, with peak Cl values occurring
at θ = 32.2◦ as shown in Figure 5.1c. The Cd values for this case are the highest
as seen in Figure 5.1d. In the negative pitch case, the stall occurs much later at
around θ = 100.5◦. The peak drag is the lowest in this case. Unsurprisingly the
baseline case is in between these two scenarios with the peak Cl values occurring at
θ = 69.3◦. It is interesting to note the behaviour of the drag curves in the downwind
passage of the blade. The negative pitched case exhibits the highest drag followed
by the baseline case and then the positive pitch case, which shows a near-zero
value for the drag in the downwind passage. This clearly shows the effect of the
blade pitch on the wake. In the positive pitch case, the occurrence of early stall
means that the largest vortices occurring due to dynamic stall are shed early in the
windward side and never encounter the blades in the downwind passage. In the
negative pitch case, the largest vortices are shed in the upwind passage of the blade,
causing higher blade-wake interactions in the downwind half, causing higher drag
coefficients and larger variations in lift coefficient in the downwind passage of the
blade.

To compare the onsets of stall and deep stall, Figure 5.1f and Figure 5.1h can be
referred. The onset of stall occurs at the marginally different AOAs for all the cases.
However, the extent of the deep stall of the different cases is largely different as
the variation in AOA is significantly different for each of the cases. The stall onset
occurs at α = 18.7◦ in the positive pitch case and the blade is in stall until α = 33◦,
where the deep stall occurs. This clearly explains the large negative power curves
of the positive pitch case. The baseline case, as expected, has the blade in stall for
a longer duration than the negative pitch case. The stall onset for baseline case
occurs at α = 18.4◦ and deep stall occurs at α = 26.9◦. The onset of the stall for the
negative pitch case occurs at a higher AOA at α = 19.4◦ and the blade is in stall for a
shorter duration until the deep stall occurs at α = 22.3◦. It can be further noted that
the flow reattachment occurs at the same AOA approximately for all the cases but
the azimuthal locations at which they occur are different. The flow re-attaches at
a larger azimuthal angle for the positive pitch case and the opposite is true for the
negative pitch case. Finally, it can be noted that the azimuthal location at which the
onset of stall occurs and the duration of the blade in stall, have a significant effect
on the wake and hence the wake deflection, making it important to fine-tune the
dynamic stall parameters.

5.2 baseline case

In this section, the contour plots and the mid-span wake profiles obtained from the
simulations for the baseline case with β = 0◦, are compared with the experimental
data with an aim to validate the model and discuss improvements. The contour
plot and the wake profile comparisons are shown in Figure 5.2.

At the outset, with the comparison of the velocity contour plots and the wake
profiles of the mid-span sections obtained from the simulations with that of the
experiment the following inferences can be drawn;

1. The mid-span section blade loading is over-predicted, with a simulation show-
ing a rounded shape in the center at x = 1D, y = 0.5D as opposed to the flatter



5.2 baseline case 73

(a) Instantaneous power coefficient(Cp) of the
turbine during one complete rotation.

(b) Instantaneous thrust coefficient(Ct) of the
turbine during one complete rotation.

(c) Variation of the lift coefficient(Cl) during
one complete rotation of the first blade, at
the mid-span section.

(d) Variation of drag coefficient(Cd) during one
complete rotation of the first blade, at the
mid-span section.

(e) Variation of AOA (α) during one complete
rotation of the first blade at the mid-span
section.

(f ) Variation of lift coefficient(Cl) with varying
AOA (α) during one complete rotation at the
mid-span section.

(g) Instantaneous normal force coefficient(Cn)
at the mid-span section of the first blade
during one complete rotation.

(h) Variation of normal coefficient(Cn) of the
first blade with varying AOA (α) during one
complete rotation at the mid-span section.

Figure 5.1: The variation of the different turbine performance parameters for the differ-
ent cases of dynamic stall sensitivity study. All the parameters are ensemble-
averaged over 10 rotations of the turbine.
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near-wake contour seen from the experimental data (refer Figure 5.2a and Fig-
ure 5.2b).

2. The wake asymmetry is under-predicted by the simulations (comparing the
symmetry of the wake profiles about y = 0).

3. The tip vortices are under-predicted by the simulations (refer to the sections
Z = 0.5D,−0.5D in Figure 5.2a and Figure 5.2b).

4. The movement of the largest wake deficits in the downward direction is under-
predicted by the simulations(refer Figure 5.2e, Figure 5.2f, Figure 5.2g and
Figure 5.2h).

5. The leeward side wake profile in the mid-span section matches the experimen-
tal results closely from x = 3D, only marginally deviating in the far wake.

6. The mean wake velocity in near-wake (x = 1D to x = 4D), at the mid-span
section, is under-predicted by 4.4% for the simulations (refer Table 5.2).

7. The mean wake recovery in the far-wake (x = 8D to x = 10D), at the mid-
span section is under-predicted by 6.4% in comparison with the experiments
(refer Table 5.2).

8. The overall mean error in the prediction of the wake velocities at the mid-span
section, sampled from x = 1D to x = 10D, is 5.3%.

The larger mid-span section loading is a consequence of the azimuthal location
at which the largest blade loading occurs due to dynamic stall. The largest deficits
in the wake occur due to the largest blade loading. The maximum blade loading
in the baseline case is predicted at θ = 70◦ (refer Figure 5.1g). The deficit created
by the upwind blade loading can add up to the deficit created by the tower and the
downwind blade loading creating a larger deficit. This can be seen in the experi-
mental wake profile plot for x = 1D where the largest deficit is seen at y = 0.1D
(refer Figure 5.2u). The blade loading also has a significant effect on the wake
asymmetry. When the blade loading is large on the windward side and low on
the leeward side, as seen for the baseline case in Figure 5.1g, the wake has larger
deficits on the windward side than on the leeward side. This leads to an influx of
momentum from the freestream wind on the leeward side to the deficit region on
the windward side pushing the deficit further to the windward side in the down-
stream locations. This is clearly seen in the wake profiles of the simulation which
exhibits a larger deflection towards the windward side than the experimental case.
From these observations it can be concluded that the azimuthal location at which
the largest blade loading is predicted for the simulations is incorrect when com-
pared to the experiment, leading to the rounded shape of the wake deficit seen in
Figure 5.2b. Further, since the largest loading on the blade occurs at the stall, it
can safely be concluded that the onset of stall is predicted earlier in the simulation
compared to the experiment.

The conclusion that the tip vortices are under-predicted is arrived at by compar-
ing the shapes of the highest deficit regions (shown in dark green in Figure 5.2a and
Figure 5.2b) of the simulations and experiments. This difference can either be due
to the over-prediction of blade loading in the mid-span section, leading to an under-
expression of the deficits arising from tip loading in the wake, or this could be a
consequence of the end correction model applied that leads to under-prediction of
tip loads. A definitive conclusion can only be arrived at after modifications to the
simulations to correct the mid-span section loading.

The downward movement of the wake deficit is seen in the experimental data
from x = 3D to x = 8D, however, the simulations predict a wake that is symmetric
about z = 0 axis. This is because, in the simulation the boundary condition at the
bottom surface of the domain is set to be a zero gradient surface, meaning that,
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Figure 5.2: The streamwise velocity(Vx) contour at different downstream distances(x) from
the turbine, from x = 1D to x = 10D, comparing experimental results (left
column), simulation results with B-L-SGC dynamic stall model and standard KE

turbulence model (middle column) and the comparison of the velocities at the
mid-span section (right column). The Y and Z axes are non-dimensionalized
with turbine diameter (D = 0.3m) and the velocity is non-dimensionalized with
inflow velocity (V∞ = 5ms−1).

there is no velocity gradient in the direction normal to the surface. However, this
is not true in the real case scenario where the friction at the floor surface creates a
velocity gradient normal to the floor. The downward movement of the wake deficit
is caused by an uneven influx of momentum from the top and bottom surfaces.

The largest wake deficit in the experimental data, corresponding to wake velocity
of V = 0.3V∞, is observed at x = 1D, y = 0.1D. This velocity deficit recovers to
V = 0.72V∞ at x = 10D, while moving in the windward direction to y = 0.55D.
The largest wake deficit in the simulation results corresponding to wake velocities
of V = 0.33V∞ is seen at x = 2D, y = 0.25D. This deficit recovers to V = 0.7V∞ at
x = 10D while deflecting to y = 0.7D.

The mean values of the mid-span section wake velocities are calculated by aver-
aging the total data points available from the experimental data. To compare the
simulation averages on an equal basis, the simulation values are first trimmed to
the Y-axis limits of the experimental data and then the mean values are calculated.
These mean values are shown in Table 5.2. The least deviation in mean values of
simulation from the experiment is found at x = 1D, with a deviation of −0.2%,
meaning that the simulation marginally over-predicts the mean wake at x = 1D. It
is interesting to note that the simulation predicts an increase in peak and mean val-
ues of wake deficits from x = 1D to x = 2D (comparing Figure 5.2u and Figure 5.2v;
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also refer, Table 5.2). While this is not observed in the experimental results, it can be
seen that the mean wake velocities remain almost constant from x = 1D to x = 2D
for the experimental results. Further, the largest deviation from the experimental
mean values occurs in the near-wake zone at x = 6D with an error of 7%. The mean
far-wake deviation (6.3%) is larger than the mean near-wake deviations (4.4%). The
overall mean deviation is calculated by averaging the mean deviation from the ex-
perimental results at each downstream location and is found to be 5.6%.

These comparisons from the baseline case, provide a clear ground to make further
comparisons for the blade pitch cases. A similar approach is followed to validate the
blade pitch cases, with mean mid-span location velocities and the overall deflection
of the peak velocity deficit, chosen as the validating parameters.

Case 1D 2D 3D 4D 5D 6D 7D 8D 9D 10D
Experiment 0.71 0.71 0.77 0.78 0.80 0.83 0.87 0.88 0.89 0.90

Simulation 0.71 0.67 0.72 0.73 0.75 0.77 0.82 0.83 0.84 0.85

Table 5.2: The mean non-dimensionalized velocity (V/V∞) at the mid-span sections for each
downstream location, for the baseline case of β = 0◦. The values of the simula-
tion data are averaged over Y-axis limits of the available experimental data. The
experimental values are averaged after filtering outliers in the data.

5.3 pitched case 1
In this section, the results from the blade pitch angle case of β = +10◦ are presented
and discussed. The contour plots and mid-span section wake profile comparisons
at each downstream location from x = 1D to x = 10 are shown in Figure 5.3.
The mean wake velocities for each downstream location is shown in Table 5.3 The
following inferences can be made for this case:

1. The peak wake deficits in the near-wake (x = 1D and x = 2D) are largely
under-predicted (refer Figure 5.3a, Figure 5.3b, Figure 5.3c and Figure 5.3d).

2. The deflection of the peak velocity deficits are marginally over-predicted in
the simulation in comparison with the experiments (refer Figure 5.3u and
Figure 5.3ad).

3. The largest deviations of the mean velocity profile, in the mid-span section, is
seen in the near-wake (x = 1D to x = 4D) with a deviation of −4.8%.

4. The far-wake (x = 8D to x = 10D) mean velocities match very well with the
experiments, with a marginal deviation of 1.3%.

5. Abnormal decrease is seen in the mean mid-span velocities in the transient
zone from x = 5D to x = 6D in the experimental results due to lack of data
points (refer Table 5.3).

6. The leeward side wake velocities of the simulations, in the mid-span section,
match closely to that of the experiments from x = 5D.

7. The mean velocities predicted at the mid-span section from the simulations,
compare very well with the experiments, with a mean deviation of −1.8% and
the largest error occurring at x = 1D, with a deviation of −10.7%.

At the outset, it is important to note that pitching the blade changes the location
and magnitude of the largest wake deficits since the azimuthal location of the oc-
currence of the largest blade loading changes significantly as noted in Section 5.1.
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Figure 5.3: The streamwise velocity(Vx) contour at different downstream distances(x) from
the turbine, from x = 1D to x = 10D, for a blade pitch angle (β) of +10◦. The ex-
perimental results are in the left column, simulation results with B-L-SGC dynamic
stall model and standard KE turbulence model in the middle column and the com-
parison of the velocities at the mid-span section in the right column. The turbine
is seen from downstream location. The Y and Z axes are non-dimensionalized
with turbine diameter (D = 0.3m) and the velocity is non-dimensionalized with
inflow velocity (V∞ = 5ms−1).

The effect of a positive pitch angle on the blade advances the occurrence of this
largest blade loading. While in the baseline case the largest blade loading occurs at
θ = 70◦, in this case, it occurs in the windward side at θ = 32.2◦. However, the effect
of onset dynamic stall being predicted earlier by the SGC model is still seen here in
the magnitude and location of the largest wake deficit. Although the dynamic stall
onset is advanced, both in the experiment and the simulations, the simulation still
predicts the early onset of the dynamic stall in comparison with the experiments.
This conclusion can be drawn by observing the x = 1D mid-span wake profile seen
in Figure 5.3u. The wake profile of the simulation shows a ’U’ shaped profile with
a flat trough. This velocity deficit trough, seen from y = −0.75D to y = −0.25D in
Figure 5.3u, corresponds to the rather flat Cn curve occurring after stall onset seen
in Figure 5.1h. It can be further noted that the blade is in stall from θ = 32.2◦ to
θ = 115◦. The wake profile of the experiments predicts this stall onset later and also
more severely as reflected in its wake. It has a nearly asymmetric ’V’ shaped pro-
file seen in Figure 5.3u, and also a deeper trough with the lowest velocity reaching
V = 0.26V∞. The effect of this difference in the prediction of the azimuthal location
and magnitude of the largest blade loading is seen all the way in the downstream lo-
cations, right into the far-wake. The peak deficit occurring at x = 1D, y = −0.7D in
the experiments deflects to y = −1.4D at x = 10D. Whereas, the peak deficit in the
simulation at x = 1D, y = −0.25D deflects to to y = −1.75D at x = 10D. While the
mean velocities in the far-wake at x = 10D match closely with a deviation of 1.3%
(refer Table 5.3), the larger peak deficit of the experiment recovers faster compared
to the more smeared out deficit seen in the simulations. This reasoning explains the
inferences 1, 2, 3 and 4 mentioned above.

The experimental data at x = 6D, 7D are only available from y = −1.25D. This
affects the mean values of the wake at the mid-span section as seen in Table 5.3.
The mid-span wake profile of the experiment which takes an asymmetric ’V’ shape
at x = 1D transforms into a ’W’ shape by x = 3D. Similar behaviour is seen
in the simulation wake profile. This can be explained with the following analogy.
The larger deficits on the windward side are replenished by the wind, with the
momentum imparted from the leeward side, which is enhanced by the tip vortices
(seen as circular patches at z = +0.5D,−0.5D and y = −0.5D in Figure 5.3a and
Figure 5.3b). While the tip vortices enhance the momentum imparted to windward
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side deficits, they aggravate the leeward side deficits causing a ’W’ shaped wake
profile.

Finally, the far-wake is well predicted except at the points of the large wake
deficits. The larger wake deficits of the experiments in the near-wake take longer
to recover than the smaller wake deficits of the simulations. It can be further noted
that the peak deficits of the simulation and experiments recover at different rates.
The lowest mid-span velocity of the wake in the experiment (V = 0.26V∞) recovers
to V = 0.81V∞ at x = 10D, whereas the lowest mid-span velocity in the simulation
(V = 0.56V∞) recovers to V = 0.87V∞ by x = 10D. This is in line with the literature,
where the larger wake deficits are observed to recover faster, although seen in a
different context (Hezaveh et al., 2017; Zou et al., 2020).

Case 1D 2D 3D 4D 5D 6D 7D 8D 9D 10D
Experiment 0.68 0.63 0.84 0.87 0.88 0.87 0.89 0.91 0.91 0.92

Simulation 0.75 0.70 0.83 0.86 0.87 0.89 0.90 0.90 0.90 0.91

Table 5.3: The mean non-dimensionalized velocity (V/V∞) at the mid-span sections for each
downstream location. The values of the simulation data are averaged over Y-axis
limits of the available experimental data. The experimental values are averaged
after filtering outliers in the data.

5.4 pitched case 2
This section presents the results from the blade pitch angle case of β = −10◦ in
comparison with the experiments. The contour plots and mid-span wake profile
comparisons at each downstream location from x = 1D to x = 10 are shown in
Figure 5.4. The mean wake velocities for each downstream location is shown in
Table 5.4. The following inferences can be made for this case:

1. The wake deflection predicted by the simulation is contrary to the experimen-
tal data (refer x = 1D to x = 10D), with the experiment showing a windward
side deflection and simulation showing a deflection towards the leeward side.

2. The peak mid-span wake deficits predicted by the simulation at x = 1D is
larger and more localized(refer Figure 5.4u) whereas the mean mid-span wake
deficit predicted by the simulation is lower by 2.1% (refer Table 5.4).

3. The mid-span section wake profile does not match on both, windward and
leeward sides.

4. The windward side wake deficits are under-predicted by the simulation.

5. The mean near-wake (x = 1D to x = 4D) deficits are under-predicted by the
simulation by 2%.

6. The mean far-wake (x = 8D to x = 10D) deficits are over-predicted by the
simulation by 2.6%.

7. The overall mean error in predicting the wake profile at the mid-span section
is −0.9% with a maximum mean error of 5.3% occurring at x = 2D.

In the case of the negative pitch angle, the maximum blade loading occurs in the
upwind section. The effect of a negative pitch angle has a receding effect on the
onset of stall, with the simulation predicting the largest blade loading to occur at
around θ = 100.4◦. The blade is in stall for a very short duration compared to both
the baseline case and the positive pitched case. The deep ’V’ shaped trough seen in
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Figure 5.4: The streamwise velocity(Vx) contour at different downstream distances(x) from
the turbine, from x = 1D to x = 10D, for a blade pitch angle (β) of −10◦. The
experimental results are in the left column, simulation results with B-L-SGC dy-
namic stall model and standard KE turbulence model in the middle column and
the comparison of the velocities at the mid-span section in the right column. The
turbine is seen from −X direction. The Y and Z axes are non-dimensionalized
with turbine diameter (D = 0.3m) and the velocity is non-dimensionalized with
inflow velocity (V∞ = 5ms−1).

the wake at x = 1D (shown in Figure 5.4u) corresponds to the large blade loading
occurring at stall. A comparison of the contour plots of the simulation (Figure 5.4a)
and experiment (Figure 5.4b) at x = 1D shows an interesting difference. The wake
deficit predicted by the simulation appears to be concentrated at y = 0 whereas the
experimental data shows a rather smeared distribution of the wake deficits from
y = 0 to y = 0.25D. To explain this, several factors must be taken into consideration.
Firstly the occurrence of the largest blade loading and the duration of the blade in
stall has an effect on where the largest deficit is seen in the wake. In the case of
the simulation, the stall occurs in the upwind location, whereas, in the experiment,
it seems to have occurred earlier, contrary to the observation in the previous cases.
Secondly, the duration for which the blade is in stall appears to have an effect on the
peak deficits seen in the wake. To confirm this, a comparison of the wake deficits
and α versus Cn curves for the three, blade pitch angle cases (β = −10◦, 0◦,+10◦)
can be used. In the positive pitch angle case, the blade is in stall for the longest
duration among the three cases and the Cn values are nearly a constant during
stall (Figure 5.1g). This results in a ’U’ shaped wake profile with a nearly flat long
trough from y = −0.75D to y = −0.25D seen in Figure 5.3u. In the baseline case,
the blade is in stall for a shorter duration with the Cn curve having a low negative
slope in stall. This leads to a ’U’ shaped profile but now with a shorter trough from
y = −0.45D to y = −0.05D seen in Figure 5.2u. The negative pitch case is in stall
for a much shorter duration and has a rounded Cn curve leading to a sharper ’V’
shaped curve. Thirdly, the shed wake in the negative pitch case has higher blade-
wake interactions and a higher chance of the deficits getting added to the tower
wake which could explain the smeared out troughs with a large wake deficit seen
in Figure 5.4u at y = 0. Finally, the crests seen in Figure 5.4u, can be explained
by the Magnus effect of the tower which is absent in the simulation as the tower is
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modelled as a cylinder with zero lift and non-zero drag coefficient. While all the
effects contribute to the deviation from the experimental results stated in point 1,
the major influencing parameter is still the azimuthal location at which the largest
blade loading occurs and the duration of the blade in stall.

The inferences drawn in points 2, 3, 4 and 5 can all be explained as the conse-
quence of the above-mentioned phenomena. The over-prediction of recovery in the
far wake by the simulation can be explained with the larger deficit leading to faster
recovery as seen in the positive pitch case for the experimental results.

In conclusion, it can be said that the results of the negative pitch case do not
entirely match the experimental data although the mean velocity at the mid-span
section matches closely. The prediction of wake deflection of the peak deficit pre-
dicted by the simulation deviates from the experimental results by 0.75D.

Case 1D 2D 3D 4D 5D 6D 7D 8D 9D 10D
Experiment 0.86 0.89 0.87 0.87 0.87 0.87 0.87 0.88 0.89 0.90

Simulation 0.85 0.85 0.86 0.88 0.89 0.90 0.90 0.91 0.91 0.92

Table 5.4: The mean non-dimensionalized velocity (V/V∞) at the mid-span sections for each
downstream location. The values of the simulation data are averaged over Y-axis
limits of the available experimental data. The experimental values are averaged
after filtering outliers in the data.





6 C O N C L U S I O N S

The main results of the study, along with a brief description of the simulation de-
tails are summarized in this chapter. At the outset, the actuator line model (ALM)
of the rotor with URANS flow model, standard KE turbulence model (Launder and
Spalding, 1974), B-L-SGC dynamic stall model (Sheng et al., 2008), Goude flow cur-
vature model (Goude, 2012), added mass model (Strickland et al., 1979) and a tip
correction model (Bachant et al., 2016), was chosen to model the VAWT wake and its
deflection. The baseline case of β = 0◦ was used to study the effects of dynamic stall
and turbulence. The wake deflection using a VAWT with two cases of blade pitch
angles (β = +10◦ and −10◦) were simulated and validated against experimental
data. Below are the conclusions of the study:

1. Simulation parameters

• The mesh topology, the time step settings and the ensemble averaging
period are detrimental to the accuracy of the URANS simulation results.

• The spatial and temporal sensitivity decrease with decreased mesh size
and time step values respectively. This is in line with the observations of
Bachant and Wosnik (2016); Mendoza et al. (2019).

2. Dynamic stall sensitivity

• The dynamic stall model and hence its parameters have a significant im-
pact on instantaneous blade loading.

• The magnitude and the azimuthal location of the largest blade loading
has a significant impact on the wake velocity deficits, asymmetry and
wake recovery rates.

• Hence the parameters of the dynamic stall model have a considerable
impact on the wake properties.

• The empirical constants used to model the dynamic stall in this study,
predict an early onset compared to the experiments.

3. KE turbulence model sensitivity

• The standard KE model is highly sensitive to initialized turbulent kinetic
energy (k) and turbulent dissipation (ε) values and hence, the initialized
eddy viscosity (νT) values.

• The deep stall AOA and the duration of the blades in stall marginally
decrease with an increase in νT values.

• The wake recovery rates and wake expansion are significantly enhanced
by increasing the inlet turbulence intensities and length scales.

• The power and thrust coefficients increase with an increase in νT values
while the wake velocity deficits in the near-wake significantly decrease
with an increase in νT values.

4. Wake deflection

• Wake deflection due to blade pitching is a consequence of asymmetry in
the wake. This asymmetry is caused due to the large, localized velocity
deficits and a momentum transfer from the freestream wind to the deficit
region.
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• The direction of deflection of the wake depends on the location of the
largest velocity deficits in the wake and hence, the azimuthal location at
which maximum blade loads occur.

• Larger near-wake velocity deficits recover faster for a given inlet turbu-
lence intensity and length scale.

5. Effect of blade pitching on turbine performance

• The positive pitch case with β = +10◦, predicts a mean negative power
coefficient which is 518.6% lower than the baseline case.

• The negative pitch case with β = −10◦, predicts a 31.7% lower mean
power coefficient than the baseline case.

6. Validation results

• The overall mean error in prediction of the wake velocities in the mid-
span section, for the baseline case is 5.6% in comparison with the experi-
ments.

• The dynamic stall in the case of positive pitch is advanced creating larger
loading and larger deficits on the windward side. Whereas, for the nega-
tive pitch case the dynamic stall is delayed leading to the wake deflecting
to the leeward side.

• The positive blade pitch angle case shows good agreement with the exper-
imental results with a mean absolute error of less than 2%. The prediction
of wake deflection is in line with the experimental data with marginal de-
viation.

• The case with negative blade pitch angle significantly deviates from the
experimental data in predicting the direction of wake deflection (by 85%),
although the mid-span mean velocities in the wake have a marginal de-
viation.

• The incorrect prediction of wake deflection in β = −10◦ case can be
attributed to the azimuthal location of the onset of dynamic stall, the
duration of the blade in stall and the Magnus effect of the tower (which
is neglected in the simulations).

7. Improvements to the model

• For better accuracy, the onset and the duration of the blade in dynamic
stall need to be corrected.

• The inlet turbulence intensity and the length scale value needs to be
further tuned.

• Magnus effect of the tower can be included by including a lift coefficient
to the tower parameters.

In conclusion, the simulation of wake deflection with URANS ALM agrees well with
the experiments except in the negative blade pitch angle case. The KE turbulence
model can predict wake velocity profile with marginal deviation when the inlet
parameters are chosen well. The SGC-B-L DS model can be improved to match the
experimental results better.
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