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Summary

The offshore wind energy market is highly dynamic and one of the major challenges is to become more
cost competitive against other sources of energy. The support structure of an offshore wind turbine shows
a high potential for further cost reduction. Jules Dock is investigating in the replacement of a steel tower on
a monopile foundation by a Glass Fiber Reinforced Plastic (GFRP) tower, which has a higher specific strength
and better corrosion resistance compared to steel. This would enable lower transportation and installation
costs and a potentially longer lifetime. Currently Jules Dock assesses the feasibility of a GFRP tower versus
a steel tower using an aero-elastic simulation tool. However, such a tool is computationally demanding and
requires detailed turbine data, which are often not available in a preliminary design phase. For this reason, a
research project has been set-up to develop a parametric design model which can effectively be used without
detailed turbine data and aero-elastic simulations, to identify the design driving constraints for preliminary
designs and mass optimization purposes.

The parametric design model analyses the natural frequency constraint and Ultimate Limit State (ULS). The
natural frequency of the support structure is intended to be in the soft-soft region, which will result in the
lowest mass possible as has been found in previous research. The natural frequency of the support structure
is analyzed with a finite beam element model, in which the Rotor Nacelle Assembly (RNA) is modelled as a
point mass. The interaction with soil is also included using a three spring model. For the ULS, the yield and
buckling capacity of the support structure are analyzed. For the steel monopile and transition piece, dedi-
cated design standards have been used. For the composite tower, however, these design standards are not
existing and therefore analytical solutions from composite tube applications have been used and verified for
this purpose. FEM analysis showed that the yield capacity can be determined exactly. The buckling capacity
approximation in the parametric design model showed conservative results compared to a dedicated buck-
ling analysis tool.

In the parametric design model the maximum loading for the ULS constraints has been analyzed using a
quasi-static load analysis method which includes turbulence and dynamic wave loading effects. This method
has been compared with the time-domain simulation tool Phatas, which is integrated in Focus6. This com-
parison showed that also the tower top bending moment should have been included. If this is taken into ac-
count, the integrated load analysis method appears to approach the maximum loading for a very stiff tower
quite accurately compared with the time-domain simulations. For flexible towers, however, the loads are less
accurately approached, since dynamic interactions between wind and wave loading have appeared to be rel-
evant, especially for load cases with a wave excitation frequency close to the natural frequency of the support
structure. In the quasi-static load analysis method these dynamic effects are only taken into account for the
submerged part of the support structure, but the time-domain simulations have shown that these effects will
increase the maximum loading on the support structure above water level as well.

For mass optimization and identification of the design driving constraints of this support structure, a genetic
algorithm has been developed. Several optimization runs have been made, resulting in multiple feasible so-
lutions with only small differences in support structure mass. While the buckling constraint drives the design
of the monopile, transition piece and top of the tower, the lower part of the tower is design driven by the yield
constraint.

It has been concluded that the loading analysis method in the developed parametric design model should
include the tower top bending moment, since this leads to a mass increase of up to 20% of the support struc-
ture mass. Next to that, it has been observed that the optimization algorithm tends to converge to solutions
with a natural frequency to be as low as possible, such that the dynamic amplification of the wave loading is
minimized. For these solutions, the loading analysis method in the parametric design model may have un-
derestimated the maximum loading on the flexible support structure. This needs to be further investigated.
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Introduction

1.1. Composite tower for offshore wind support structures

The wind energy market is continuously expanding; whereas the installed capacity was 432 GW in 2015, it
is estimated that this will grow to 2000 GW in the year 2030 [1]. One of the challenges for the offshore wind
industry is to become cost competitive with other energy sources [2]. The foundation and substructure costs
of an offshore wind turbine are estimated to be 19% to 25% of the capital costs [3, 4] and there is still a high
potential for cost reduction [5]. Jules Dock is aiming at reducing costs by the integration of a Glass Fiber Re-
inforced Plastic (GFRP) tower with a monopile foundation. A composite tower has a high specific strength
compared to a steel tower, by which the mass of the tower can be reduced compared to a steel tower. This
potential decrease in mass might lead to a reduction in transportation and installation costs [6]. Next to
that, the high corrosion resistance of composite materials is especially interesting for offshore applications
[7]. Currently, in collaboration with LM Wind Power (prior known as Knowlegde Centre WMC), Jules Dock
investigates the feasibility of the integration of a composite wind turbine tower on a steel transition piece and
monopile using an aero-elastic simulation tool. This aero-elastic tool requires all the detailed turbine data
to perform its simulations and is computationally demanding and time-consuming [5, 8] . Besides, these
turbine data are often not available for tender designs and parametric studies, due to confidentiality reasons
with turbine manufacturers [9, 10]. For this reason, a research project is setup to develop a parametric design
model which can be used without the need of detailed turbine data for tender designs, parametric studies
and optimization purposes.

The standard in the wind turbine industry is that the turbine manufacturer designs the tower and the foun-
dation manufacturer designs the foundation for technical and commercial reasons [11, 12]. However, for an
optimal design in terms of mass, it was found by a number of studies [4, 11, 13] that the mass of the sup-
port structure can be reduced more efficiently. Tower or monopile mass and cost optimization has been the
subject of a number of past research [8, 14-16]. These studies focused on the optimization of the foundation
or tower separately. However, it was found by a number of studies [4, 11, 13] that the mass of the support
structure can be reduced more efficiently if the monopile and tower are optimized simultaneously. In these
studies, mass reduction of 12% up to 20% were obtained compared to a baseline design. The optimization
algorithms used in these studies were able to identify the design driving constraints of the support struc-
ture as well. For a steel tower with monopile, the natural frequency and fatigue were identified as design
driving constraints. A parametric design model to show the potential benefits of a composite wind turbine
tower with steel monopile foundation does not yet exist and will be the subject of this research. To identify
the design driving constraints for this type of support structure, an optimization algorithm has to be imple-
mented as well. Most beneficial would be an integrated design approach for the complete wind farm design
[17]. Several studies were performed optimizing in a multidisciplinary approach, in which rotor and/or con-
trol parameters [12, 18, 19] or wind farm layout [20], is optimized simultaneously with the support structure.
However, this will not be taken into account in this research project.
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1.2. Research Questions
To find the design driving constraints for a monopile foundation with GFRP wind turbine tower, the research
question is formulated as:

What are the design constraints for a GFRP wind turbine tower with monopile foundation for large offshore
wind turbines and how do these design constraints influence the mass optimization of the integrated support
structure in a preliminary design?

Related subquestions are:

» To what extend can a quasi-static load estimation model without detailed turbine data be used in a
preliminary design phase?

¢ To what extend can analytical solutions for composite tubes be used for the structural analysis of the
composite tower in this parametric model?

e What are the design constraints for the monopile, transition piece and GFRP tower separately?

1.3. Research objectives
From this research question, the following research objective can be formulated:

Identify the design constraints for a GFRP tower with monopile foundation offshore wind turbine support struc-
ture by designing a parametric model with optimization tool for a GFRP wind turbine tower with monopile
foundation.

The tasks that will be conducted during the research are:
* Develop a parametric design model for a monopile with GFRP tower
¢ Implement the design constraints for an offshore wind turbine support structure
* Develop an optimization module for the parametric model to identify the design driving constraints

* Perform a sensitivity study on the load estimation model to identify the influence on the design driving
constraints

1.4. Methodology

To answer the research question, a parametric model with optimization routines has to be developed. This
will be implemented in Python. As will be outlined in chapter 2, the design constraints consists of the max-
imum stress constraint, global and local buckling constraint, monopile and tower deflection constraint and
fatigue constraint. For this parametric design model, used for preliminary designs, the fatigue and deflec-
tion constraints will be considered outside the scope of the project. The stress and buckling constraints for
the steel monopile and transition piece will be analyzed using the described methods by the DNV standards,
whereas for the composite tower analytical solutions for specific loading conditions will be used. These have
to be verified with a 3D finite element model. The loads will be determined using quasi-static load analysis
methods, such that the model can be used without computationally expensive time-domain simulations and
required turbine data. This model will be verified with the time-domain simulation tool Phatas integrated in
Focus6, using the aero-elastic model of the AVATAR 10 MW research turbine.

1.5. Results and Relevance

The optimization module will be used to identify the design driving constraint for this type of support struc-
ture using a case study. The Borssele III location in the North Sea near the Dutch coast will be used, since the
data for this location is publicly available [21]. Next to this case study, the optimization module will be used
to identify the sensitivity on the design on the quasi-static load analysis model.

A GFRP tower with monopile support structure is a new concept and still in the development phase. This
parametric model can help to identify the design driving constraints for different locations. Next to that, it
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can be used to identify the advantages and disadvantages compared to conventional steel tower designs. It is
expected that this model can be used by Jules Dock for future preliminary and tender designs and that it will
support their business case without the need of detailed turbine data which are often difficult to obtain from
industry.

1.6. Project outline

In chapter 2 background information on past research on composite applications for wind turbine structures
and parametric design modelling is given. In chapter 3, the way the support structure is modelled to analyze
the natural frequency is explained, and verified using Focus6. In chapter 4, the parametric load estimation
model is discussed, and is verified in a number of steps. First, constant wind and hydrodynamic loading is
compared separately, after which effects of turbulence and dynamic amplification are added. In chapter 5,
the implementation of the structural analysis of the monopile, transition piece and tower is outlined. The
structural analysis model of the composite tower is verified using WMC FEM and Finstrip. In chapter 6, the
optimization routine is discussed in detail, after which the case study and sensitivity analyses are given. The
report ends with the conclusions and recommendations in chapter 7.






Background Information

In this chapter relevant research on the topic of composite wind turbine towers is discussed. Firstly, in section
2.1 past research projects on the applicability and feasibility of GFRP material for wind turbine towers is
discussed. In section 2.2 the design constraints a wind turbine tower must fulfill are outlined, in section 2.3
load estimation tools are analyzed and optimization strategies are discussed in section 2.4.

2.1. Past research on composite wind turbine towers

A number of research projects have been conducted in the past to identify the applicability of composite
materials for wind turbine towers. In section 2.1.1 application studies of composite materials in wind turbine
towers is discussed, and in section 2.1.2 the feasibility for offshore applications.

2.1.1. Composite material applications in wind turbine towers

A number of studies have been performed on the use of composite materials for wind turbine tower applica-
tions. Polyzois et al [6] and Hasan [22] investigated the design of a multi-cell GFRP wind turbine tower. This
multi-cell tower consists of multiple segments (the cells), to reduce the costs of transportation and installa-
tion of wind turbine towers in remote areas. The cross-section of an eight-cell tower configuration is shown
in figure 2.1. Design criteria analyzed were maximum failure loading, buckling capacity and natural frequen-
cies. Prototypes of the cell segments and a 4.8 m high tower has been build and tested to validate the finite
element models developed. Local buckling was identified as first failure mode in these tests. The eight-cell
tower design achieved a 14% mass reduction compared to a conventional steel tower design.

Figure 2.1: Eigth cell FRP tower design [22]

In the Megawind project [23] two composite tower concepts were developed. The motivation for this study
was the expectation of lower maintenance costs, better damping characteristics, longer fatigue life and re-
duced costs for installation in comparison with a steel tower. The original concept consisted of lightweight
composite formwork segments. These segments would be assembled on site, where they would be filled with
a concrete core. The second concept consisted of jointed solid composite shell segments. These two concepts
were build on a 1:3 scale of the 50 meter prototype and tested on natural frequency and structural capacity.
The solid tower met all the structural requirements, while the concrete filled tower showed bad performance
in shear transfer between the glass fiber skins and concrete core.
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Lim et al [24] investigated the design procedure for a 100 meter long tower for a 2 MW class wind turbine
system, using glass/polyester face sheets and sand/polyester core material. Different lay-up sequences were
analyzed, taking into account the effects of the proposed filament winding production process. Only a storm
load case was considered in which the parked blades and the tower wind loading produce a shear force and
bending moment along the tower. Stresses, top deflection and buckling modes of the composite tower have
been analyzed using finite element models. A final design of 100 meter was presented with a mass of 270
tonnes.

2.1.2. Offshore applications

Next to these studies on the use of composite materials for wind turbine towers, research has been done on
the specific use of composite towers for offshore applications. The DeepCwind Consortium [25, 26] designed,
manufactured and tested a 1:8 scaled prototype of the offshore floating 6 MW VolturnUS wind turbine. This
scaled prototype is shown in figure 2.2. In this concept, the tower is made of GFRP material. The benefits
of GFRP material for floating wind turbines is especially the reduction in weight, which brings the mass of
the floating substructure down. In this study and test, the design load cases were obtained from the ABS
Guide for Building and Classing Floating Offshore Wind Turbine Installations. Data was collected to verify
the aeroelastic code FAST, which was initially used to calculate the loads on the design.

=

Figure 2.2: VolturnUS 1:8 scale prototype [7]

Young et al. [7] used this VolturnUS concept as case study for their proposal of an optimization strategy for
the composite tower. Three different designs (steel, sandwich composite and solid composite) were analyzed
and compared. The tower loading was obtained using FAST in which four design load cases were analyzed.
The optimization algorithm used was a Genetic Algorithm (GA). The constraints used in the optimization
phase included natural frequency, maximum stress and buckling load, while fatigue was neglected and only
checked for the optimized design. Including fatigue in the optimization would have increased the computa-
tional time while fatigue was not expected to be a design driver. The optimization parameters used for the
three different cases are the thicknesses of the steel and composite materials at predefined stations of the
tower. For the steel tower, the bottom thickness, the thickness halfway and the top thickness were optimized.
For the two composite towers, the thickness of the inner composite layer, foam core material and top layer
were optimized at the bottom section and top section. In between these stations, the values of the thickness
are determined using linear interpolation to increase the optimization time. Only unidirectional material
was used in the optimization. While the natural frequency constraint was design driving for the steel tower
design, the design driving constraints for both composite design were both the buckling and frequency con-
straint. Since the optimal mass of the sandwich tower design was almost equal to the solid composite tower
design, the latter one is suggested because of its production simplicity. For this design, a mass reduction of
55% was achieved compared to the optimized steel tower design.
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The feasibility of a soft-soft GFRP tower with monopile support structure was shown by van der Zee et al. [27]
for a 10 MW offshore wind turbine. The DTU 10 MW wind turbine on a location in the North Sea was used
as a case study. Load analysis was performed using time-domain simulations with the aeroelastic simulation
tool Phatas implemented in Focus6. Design constraints considered in the design were maximum stress, blade
clearance, tower top deflection, buckling and fatigue. To reduce computational effort, only a limited number
of load cases was used in the optimization phase, and the fatigue analysis was only performed after the opti-
mization. Monopile dimensions of the baseline support structure were not changed for the composite tower
design. The diameter of the composite tower was fixed as well, while its thickness and laminate lay-up has
been used as optimization variables. It was concluded that a optimal solution would be found moving the
natural frequency of the support structure below the 1P area, instead of a soft-stiff design with its first natural
frequency between the 1P and 3P area. The optimized composite tower design showed a mass reduction of
34% compared to the baseline steel tower design.

2.2, Parametric model design constraints

In this section the design constraints which have to be fulfilled by a wind turbine support structure will be
discussed.

2.2.1. Natural frequency constraint

The natural frequency of the support structure should not coincide with the operational frequency of the
rotor system (1P frequency range) and blade passing frequencies (3P frequency range) to avoid resonances.
Another frequency constraint is the wave spectrum, which causes dynamic amplification in case of natural
frequency coincidence as well [18]. In figure 2.3 a typical turbine and wave spectra is shown. Three frequency
regions are possible for the natural frequency of the support structure, whereas a soft-stiff design is most
often used in industry [28]. However, as discussed in section 2.1.2, the optimal composite tower design in the
study of [27] with minimal mass was obtained with a first natural frequency in the soft-soft region below the
1P area, and will therefore be used as constraint in this parametric design model. The determination of the
natural frequency of the support structure is described in chapter 3.

A
Eigenfrequency range support structures
Wave spectra
Soft - soft ‘ Soft - stiff Siff - stiff

1S
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8 Most /
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e — —
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Figure 2.3: Energy spectrum [13]

2.2.2. Ultimate Limit State and Serviceability Limit State

From all the load cases a wind turbine support structure encounters during its lifetime, the maximum load
has to be determined on different sections along the support structure. The dominant loading on the sup-
portstructure are the bending moment, lateral shear force and axial compressive load [10]. For this maximum
loading, the Ultimate Limit State (ULS) and Serviceability Limit State (SLS) should be assessed. For the ULS
constraint, the ultimate load, global buckling and local buckling capacity should be analyzed, which is ex-
plained in detail in chapter 5.
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The Serviceability Limit State (SLS) requirement states the limit of rotation of the monopile at the sea bed,
which is + 0.5° according to DNV-0S-J101 [29]. The requirement for maximum rotation at the tower top can
be set at + 5° [29]. For large diameter monopiles, the critical pile length criterion to assess the rotation re-
quirement is suggested by [30]. This criterion says that the pile should be long enough such that a further
increase in monopile length will have no effect on the deflection and rotation at sea bed level. The rotation
at sea bed is primarily determined by the embedded length of the pile. However, the parametric model will
focus on the support structure above the sea bed and therefore this criterion will not be evaluated.

For the ULS, the maximum loading along the support structure have to be determined. In literature, several
load cases were used for the determination of maximum loading. Design Load Case (DLC) 6.1 of the IEC
standard was used to determine maximum loading by [4, 19, 31]. This load case corresponds to a parked or
idling turbine, encountering a 50-year return extreme wind speed based on the Extreme Wind Model (EWM)
with a 50-year return wave height. In the worst case scenario, wind and waves are aligned. In the study of
[11] DLC 6.2 was found as most severe. This load case is the same as DLC 6.1, except that a grid connection
failure is present as well, such that the yaw angle can not be corrected to the wind direction. According to [10]
a production load case (DLC 1.6) at rated wind speed should be taken into account since the highest aero-
dynamic thrust by the rotor is expected at this wind speed. Young [7] analyzed DLC 1.6 between cut-in and
cut-out wind speed, DLC 6.1 and DLC 6.3 as ultimate load cases, of which DLC 1.6 at rated wind speed was
found to be most severe. From the discrepancies between multiple studies it is concluded that not a single
load case can be assigned to be most severe on forehand. DLC 1.6 and DLC 6.1 both will be considered for the
determination of the maximum loading on the structure. According to the DNV-0S-J101 standard [32], the
varying loads have to be multiplied by a load factor of 1.35, and the permanent loads (the gravitational load)
by a factor of 1.1.

2.2.3. Fatigue Limit State

Wind turbine structures are designed for a lifetime of 20 to 25 years. A wind turbine is loaded dynamically
and since the turbine is dynamically loaded, it is prone for fatigue damage [5], which is analysed in the Fa-
tigue Limit State (FLS) requirement. The stress ranges due to the dynamic loading will cause cracks in the
material which will lead to failure [33]. The fatigue damage in the steel monopile and transition piece can be
determined using Miner’s rule, given in equation 2.1 [34]. Here is n; the number of cycles of a certain stress
range bin and N; the cycles to failure. The number of cycles for a certain stress range are given in so called
S-N curves [32], of which an example is given in figure 2.4. For composite materials, these S-N curves are not
as straightforward as for steel materials, whereas the S-N curve for composite materials depends on the mean
stress loading as well [35].

D=3t (2.1)

2)

Stress range §; (1o

Number of cycles N; (log)

Figure 2.4: Typical S-N curve, with slope 5 and 3 on log scale [33]

The fatigue damage on the support structure is determined by all loading conditions over the lifetime on the
support structure. However, the number of load cases to be analyzed can be reduced. a representative load
case is the DLC 2.1 from the IEC standard [4], which is the entire operational range of the wind turbine. DLC
2.1 isresponsible for 80% of the total fatigue loads [36]. A Normal Turbulence Model (NTM), Normal Sea State
(NSS) and zero current are applicable. The safety factor in these load cases corresponds to 1.0. In a number of
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design studies ([1, 4]), DLC 2.1 is represented by a single load case. The Damage Equivalent Load approach is
used to derive one single fatigue load. This A more detailed fatigue analysis has been performed by [19] and
[33], where multiple load cases for DLC 2.1 were analyzed. A limited number of sea states is used to represent
the complete lifetime of the turbine. Each lumped sea state is described by the significant wave height, zero
cross period, wind speed and probability of occurrence.

2.3. Load estimation

A wind turbine is a dynamic system, and since the natural frequency of the support structure has its natu-
ral frequency close to the operational frequency the dynamics will have a influence on the loads [37]. The
stochastic nature of the environmental loads makes it hard to predict the ultimate load and fatigue load on
the support structure over the complete lifetime of the turbine. These dynamic and stochastic loads can
be calculated using time-domain, frequency-domain simulations or using static load analysis. Time-domain
simulations, where thousands of load cases are analyzed, is the most accurate way, and therefore used for cer-
tification analysis [5]. This technique is used in a number of parametric and optimization studies [7, 11, 27].
However, detailed turbine data is required for time-domain aeroelastic simulations [2]. Next to that, geome-
try optimization requires a lot of iterations, which would be time consuming when time-domain simulation
load analysis is used. Therefore, static load analysis is recommended for optimization purposes [5].

Static load analysis techniques without making time-domain simulations to determine the ultimate load is
used in parametric and optimization studies for wind turbine support structures as well [4, 10, 31]. How-
ever, the loading on the turbine has a dynamic nature. Turbulence, wave loading, mass and aerodynamic
imbalances of the rotor and tower shadow effects can be considered as dynamic loads [10]. For the latter two,
detailed turbine data will be required and will therefore be disregarded in the parametric load estimation
model. The differences between the determination of maximum loading using aeroelastic simulations and
quasi-static load analyses techniques are dealt with in chapter 4.

For the fatigue analysis, a bin of stress ranges and number of cycles of this stress range have to be determined
to apply Miner’s rule given in equation 2.1. In time-domain simulations, fatigue loading is most commonly
calculated by rain flow counting [33, 35]. To reduce computational costs, a frequency-domain analysis was
proposed by [33]. This method determines the bending moment spectrum in frequency-domain, but requires
initial time-domain simulations for the determination of transfer functions. A frequency-domain analysis
method for the determination of the bending moment spectrum which does not require time-domain simu-
lations was proposed by [37]. This bending moment could then be used as input for cycle counting methods
such as Rayleigh, Rice and Dirlik, of which the latter one was found to be most accurate compared to rain flow
counting used in time-domain [33]. However, as mentioned in section 2.2.3, for the application of SN-curves
for composite materials, the mean stress should be known as well. No feasible method was found for the
determination of mean stress using quasi-static load analyses techniques and will be considered outside the
scope of the project. Therefore the FLS requirement is left out in the parametric design model.

2.4. Integrated optimization

The standard in industry is that the turbine manufacturer designs the tower and the foundation manufac-
turer designs the foundation [11], for technical and commercial reasons [12]. Tower or monopile mass and
cost optimization has been the subject of a number of past research [8, 14-16]. The structure was optimized
by varying diameter and thickness. These studies focused on the optimization of the foundation or tower
separately. However, it was found by a number of studies [4, 11, 13] that the mass of the support structure
can be reduced more efficiently if the monopile and tower are optimized simultaneously. In these studies,
mass reduction of 12% up to 20% were obtained compared to a baseline design. These optimization tools
were able to identify the design driving constraints of the support structure as well. For a steel tower with
monopile, the natural frequency and fatigue were identified as design driving constraints in these studies, by
which the minimal support structure mass was set. Most beneficial would be an integrated design approach
for the complete wind farm design [17]. Several studies were performed optimizing in a multidisciplinary
approach, in which rotor and/or control parameters [12, 18, 19] or wind farm layout [20], is optimized simul-
taneously with the support structure. However, the integration of all these aspects will not be feasible within
this research project.
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2.4.1. Optimization algorithms

The goal of the optimization is to minimize the mass of the complete support structure. As mentioned in
section 2.4, the minimal mass will be found if monopile, transition piece and tower are optimized simulta-
neously. According to [4], two types of optimization algorithms for the optimization of a support structure
exist; calculus-based and meta-heuristic algorithms. In calculus-based algorithms, the sensitivity of each de-
sign variable is analyzed. By changing the design variable, the gradient of the objective function (the mass of
the support structure) is determined. The optimization of a support structure is a non-linear problem [11],
and applying a calculus-based algorithm to a non-linear problem can result in a local optima, and therefore
meta-heuristic algorithms are preferred [4].The meta-heuristic algorithms are based on iterative procedures,
in which the design variables are assigned with values randomly within the design space. This way the whole
design space is evaluated and the chance of finding a (near-)global optimum is more likely. One of these
meta-heuristic algorithms is the Genetic Algorithm (GA), which was used for the composite tower optimiza-
tion study by [7]. GA is widely used for optimization of composite blades as well, due to its ability to handle a
large number of variables [38]. Therefore a GA algorithm will be used for the mass optimization of the support
structure. The implementation of the GA is described in chapter 6.

2.4.2. Optimization variables

The mass of the support structure can be minimized by altering the geometry of the support structure. For
the steel part, the diameter and wall thickness can be used as optimization variables. Next to these geometric
variables, the anisotropic properties of the GFRP material provide extra freedom in optimization. Stacking
sequence, thickness of each ply and the fiber orientation can be used for optimization as well [39]. These
variables can be changed on different sections along the structure. To reduce the computational time, the
number of sections needs to be limited, by calculating the diameter and thickness in between sections using
linear interpolation. For example, Gentils et al [4] specified the diameter of the monopile and tower only at
the bottom and the top. The thickness of the monopile is only specified at the bottom and the top, whereas
the thickness of the tower is specified at three sections.



Support Structure Natural Frequency

In this chapter, the method of support structure modelling for the determination of the natural frequency
is described. Firstly in section 3.1, the finite element model is explained. In section 3.2, the inclusion of
soil stiffness to the finite element model is explained. Finally, the verification of the finite element model is
discussed in section 3.3.

3.1. Support structure model

Several methods do exist in literature for the determination of the natural frequency. A simple method to
estimate the natural frequency of the support structure is modelling the support structure as a simple can-
tilever beam [10]. In this model, the mass, stiffness and thickness distribution are assumed to be constant. To
capture the difference in stiffness between monopile and tower, a more elaborated analytical expression was
proposed by [40].

However, differences in diameter and thickness along the height are not included in these models. This ef-
fect can be included in a finite element model, in which the support structure is divided in small elements.
One dimensional beam elements or three dimensional brick or shell elements can be used. The latter one is
capable of capturing stress concentrations [4], but requires all the structural details and the construction of
the FEM model is time consuming. These structural details are not yet known in a preliminary design phase
and therefore a one dimensional beam element model is appropriate in the parametric design tool for the
determination of the natural frequency.

Of these beam element models, Euler-Bernoulli and Timoshenko beam models are used most, of which the
latter one includes shear deformation [11] and will therefore be used in this model. The Timoshenko beam
elements will have two nodes, each having three degrees of freedom; two translational and one rotational.
The natural frequency of the system can be obtained by solving the eigenvalue problem given in equation
3.1.

det|Ks— AMg| =0 (3.1)

In this equation, K and M are the global stiffness and mass matrix, respectively. These matrices are assem-
bled from the element stiffness and mass matrices, of which the derivation is given in Appendix B. From the
finite element model the natural frequency is determined by solving the eigenvalue problem in equation 3.2.

Vi

fi:Zn

The required input for the mass and stiffness matrices for each beam element with length [ are the mass
(pAl), tensile stiffness (EA), bending stiffness (EI) and shear modulus (G) at various heights along the struc-
ture. These properties are retrieved from the homogenized elastic constants E, and Gy, which will be dis-
cussed in section 5.2.1. The determination of the bending stiffness is done according the method of Chan
[41], as described in Appendix A.

(3.2)
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3.2. Soil interaction

The interaction of the soil with the support structure has an influence on the natural frequency and cannot
be neglected [4]. Different methods can be used to include this effect, of which the p-y method is used in
the DNV standard [32]. However, this method originates from the oil and gas industry and is only valid for
small diameter piles and overestimates the soil reaction for large diameter piles at greater depths [29]. The
soil modelling approach used here is a three springs approach [42]. The soil is effectively modelled by three
springs at the mudline; a lateral, rotational and cross-coupling spring, as shown in figure 3.1. The vertical
stiffness of the soil is neglected in a three spring approach, since the structure is very stiff itself in this direction
[42].

<
M

mass M -
rotational inertia J
rotating! () M,,J
(aerodynamic damping) l B (—-{
Nacell *
7 I -
Height L— || A
diameter D(z) ades LDIt
wall thickness t(z) E. é’k
berding stiffness El(z) —Tower M' m o
shear properties G, k(z) T
mass per length m(z)
compressive force P(z)

Air

(structural damping)

(additional flexibility)
(water damping)

foundation stiffness

Dynamic Soil Structure Interaction (SSI) ~KLr

Figure 3.1: Mechanical model of wind turbine with springs attached at mudline [42]

The soil stiffness is modelled by three springs at the first node of the finite element model. These are a lateral
spring with stiffness K}, a rotational spring with stiffness Kz and a cross coupling spring with stiffness Ky .
These terms are added to the first node of the global stiffness matrix. This soil stiffness matrix is shown in
equation 3.3 [43].

0 0 0
Kf=|0 K Kir (3.3)
0 Kir Kg

Several methods for the determination of the foundation stiffness properties exists in literature, of which the
method of Poulos & Davis are most accurate when using a three springs approach [10]. These terms are de-
termined differently for different types of soils. Three types of soils are mainly considered for offshore wind
turbine structures; homogeneous (clay), inhomogeneous (sand) and bedrock. Homogeneous soils have con-
stant properties over depth, whereas the properties of inhomogeneous soils change over depth [40]. In reality,
multiple types of soils will be present at one location, and for a detailed soil stiffness description over depth
p-y method seems more feasible, but will be left out for simplicity.

Next to the type of soil, it should be determined if the monopile can be considered rigid (the pile moves as a
rigid body) or slender (the pile itself will deform). For homogeneous soils, the pile can be considered slender
if BL, > 2.5 and rigid if BL, < 1.5, in which the slenderness parameter £ is given by equation 3.4 [40]. For
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inhomogeneous soils, the determination of a rigid or slender pile should be considered is given in equation
3.5 [10]. The equations for the stiffness terms for homogeneous and inhomogeneous soils are listed in Table

3.1.
knD
f=if h2p (3.4)
4Epl,
1 1
: Eplp\5 Lt Eplp\5
Slenderif: L, >4.0{—— Rigidif: L, <2.0 (3.5)
ny np
Table 3.1: Soil stiffness equations [10]
Slender; homogeneous | Slender; inhomogeneous | Rigid; homogeneous | Rigid; inhomogeneous
knDp 3 z 1y2
K - 1.074n; (EpIy)5 knDpLy 112,
kyD 2 3 kyDpL2
Kir T ~0.99n3 (EpIp)5 - -1 ny,
1 kpDpIL3
Kz L 148 (Ep 1) et 11y,

Next to the monopile parameters Ep, I, and D, at mudline level, for homogeneous soils the modulus of
subgrade reaction kj, is required. Several approximations for the modulus of subgrade reaction are provided
in literature [40]. In the parametric model use will be made of the method proposed by Skempton, as given
in equation 3.6, since it only requires the undrained shear strength ¢, as required soil input parameter. A
factor A; between 80 and 320 has to be added. For inhomogeneous soils, the coefficient of subgrade reaction
is required and given in equation 3.7. Soil parameter required is the specific weight y,,4. The factor A
has a value of 100-300 for loose sand, 300-1000 for medium sand and 1000-2000 for dense sand. To identify
the influence of the estimation of these soil factors, a sensitivity study needs to be performed, but will be
considered outside the scope of this project.

Cu
kp=A.-— 3.6
h c Dp (3.6)

As'Ymnd
np=——— 3.7
135 S

3.3. Beam model verification

The beam element model verification is divided in three steps such that the effect of each extra strep can be
analyzed. The first step is a cantilever beam, secondly a cantilever beam with top mass and finally a beam
with three springs at the bottom and a top mass. A simple, constant steel tube is used for verification. The
properties of this tube are given in Table 3.2.

Table 3.2: Simple steel tube

Inner diameter 4.8m
Thickness 0.1 m
Length 100 m
E 210 GPa

3.3.1. Cantilever beam

The cantilever beam problem is constant in diameter and thickness, and it is fixed at one end. The analytical
solution for this problem is given in Equation 3.8. For the given steel tube, the first natural frequency equals
0.5015 Hz.

_1.875* | EI
o o2n mL*

In (3.8)
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This analytical solution is compared to the finite element model for various number of elements. In the
analytical solution, the effect of gravitational load due to the weight of the structure itself is not taken into
account, and therefore this effect will not be considered. The results are given in Table 3.3. From this, it can
be concluded that the finite element model is accurate and a small number of elements is sufficient.

Table 3.3: Cantilever beam solution

Number of elements ,f EHz] | Error [%)]
1 0.5035 0.40
10 0.5012 -0.06
50 0.5012 -0.06
100 0.5012 -0.06

3.3.2. Cantilever beam with rotor nacelle assembly

In the finite element model, the Rotor Nacelle Assembly (RNA) is modelled as a point mass on the top node
of the finite element model. In this verification, the mass of the RNA Mzrn4 of the AVATAR 10 MW turbine
(702 tonnes) is used. To verify the finite element model, a comparison is made with an approximate equa-
tion (equation 3.9) for a wind turbine tower with top mass as proposed by van der Tempel [33] and with the
Avatar 10 MW model in Focus6. In the Focus6 software, rotary inertia and mass misalignment of the RNA are
included as shown in figure 3.2. Next to this, the effect of the axial compression load due to the self weight
of the structure is included, which will have an effect on the natural frequency as well. In the approximate
equation of van der Tempel, these effects are not included.

3.04E1
fu= \/ (3.9)

(Mpya+0.227mL)4n2 L3

hub_mass

yaw bearing C::)
PR,
e ]
&

Lepend:

FRS Flexible rotor shaft

GB Gearbox

Iis fast_shaft_inertia

Iss slow_shaft_inertia -

Ih hub_inertia =

Iy vawing_inertia ]

Sx static_moment 2

Z vertical ditection vector i rotor axix systeim ;

0 rotor_speed 2

.. generator_speed = gear_ratio = 02,

a, slow shaft speed

.

Figure 3.2: Mass properties of the turbine as defined in Focus6 [44]
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The effect of the weight of the structure is included in the parametric model, while the effect of rotary inertia
and rotor misalignment are not. The same tower configuration as described in the previous section will be
used. The results are shown in table 3.4, with the Focus6 result including all effects as baseline result.

Table 3.4: Natural frequency determinations

Model Frequency | Difference [%]
Focus6 0.2548 -
Focus6 w/o misalignment and inertia 0.2629 3
van der Tempel 0.2767 9
Parametric model w/o axial load 0.2723 7
Parametric model with axial load 0.2664 5

The Focus6 output including all effects results in the lowest natural frequency. In the parametric model, the
natural frequency is 5% higher as the Focus6 output. Excluding the effects of misalignment and rotary inertia
in Focus6, results in a 3% higher frequency. Without the effect of the self weight of the structure, the frequency
is 9% higher using van der Tempel, and 7% higher using the parametric model.

3.3.3. Support structure with soil interaction

The finite element model frequency output including soil flexibility will be again compared to Focus6. In
Focusé6 the root flexibility is modelled using a lateral spring, rotational spring, torsional spring and a coupling
term between bending and lateral displacement. Neglecting the torsional spring, which is not taken into
account in a three spring approach as well, the stiffness terms can be defined in matrix form as given in
equation 3.10 [44].

1 L
Ul _ | K Ky Ffore—aft (3.10)
¢ Kid, %u Mpena '

As described previously, the soil modelling is included in the finite element model by a three spring approach.
This can be written in matrix form, as given in equation 3.11 [10].

K.  Kir
Kir  Kg

u

3.11
¢ 3.11)

Ffore—aft] —
Mpena

The required inputs for the soil modelling in Focus6 can be obtained by inverting the stiffness matrix of the
three spring approach. The result of this inversion gives the relation between K, Ky, f and K;, Kg, Kz g and
is given in equation 3.12.

_ Kp-Kg—Kf,
. _ K2
Ky = K- K= Kig (3.12)
Ky
Kir
=%
L

For the verification, each of the three spring terms is added separately such that the sensitivity on the natural
frequency and error between the finite element model and Focus6 can be analyzed. As soil, clay with an
undrained shear strength of 800 kPa has been used, with an average value for A; of 200. An embedded pile
length of 35 meter is used such that the pile can be assumed to be slender. The stiffness values are calculated
with the method described before and are given in Table 3.5.
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Table 3.5: Soil Stiffness inputs

FEM model Focus6
K [N/m] 19.97 E+8 K, [N/m] 9.98 E+8
Kg [Nm/rad] | 15.55E+10 || Ky [Nm/rad] | 7.78 E+10
Kir [N] -12.46 E+9 f [m] 6.24

To analyze the influence of the individual lateral and rotational springs on the natural frequency in Focus6,
the other stiffness terms are set at a very large number (1E30), and the coupling is set to 0. Note here that the
foundation stiffness terms for the FEM model and Focus6 become equal. The last case includes all springs,
including the coupling stiffness term. The difference between the finite element model and Focusé is given
in Table 3.6. The rotational stiffness term has the most influence on the natural frequency. The difference
remains more or less the same including the soil stiffness terms. The finite element model overestimates the
natural frequency for this specific case around 4-5%.

Table 3.6: Foundation stiffness influence

Fixed foundation | Lateral stiffness | Rotational stiffness | All stiffness
Finite element model 0.2664 Hz 0.2661 Hz 0.2418 Hz 0.2179 Hz
Focus6 0.2548 Hz 0.2546 Hz 0.2321 Hz 0.2099 Hz
Difference [%] 5 5 4 4

As described in section 3.2, the soil stiffness is determined based with empirical equations based on the rigid
or slender assumption. The influence of this assumption, the assumed value for undrained shear strength
for clay, and the specific weight for sand is shown in figures 3.3 and 3.4, respectively. As can been seen in
these figures, a gap is present in the data points. The left part of the graph is the result for the rigid assump-
tion, and the right for the slender assumption. For pile lengths in between the rigid and slender assumption,
interpolation can be used. However, in the parametric model the design of the embedded pile will not be
considered. It will be assumed that the embedded pile can be considered slender in all cases, since the nat-
ural frequency of the support structure will not change for slender piles as can been seen in figures 3.3 and 3.4.
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Figure 3.3: Natural frequency for monopile in clay
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Figure 3.4: Natural frequency for monopile in sand

3.3.4. Conclusion

The finite element model in the parametric design tool overestimates the natural frequency in the order of
4-5% compared to the output of Focus6. The main difference is due to the effect or rotor misalignment and
rotary inertia, which decreases the frequency by 3%. However, the parametric design tool should be usable
without detailed turbine data and therefore these two effects will not be included in the parametric design
tool. The support structure is supposed to be designed such that the natural frequency is below the 1P area
and the wave peak frequency. Therefore, an overestimation of the natural frequency in a preliminary design
phase will be on the conservative side. This holds true for the assumption of a slender pile for the soil stiffness
determination as well.






Load Estimation Model

Several sources of loads act on the support structure. In section 4.1 and 4.2 the wind loading and wave loading
will be discussed, respectively. In section 4.3 the inclusion of dynamic effects on the loading is explained. In
section 4.4 the load estimation will be verified using the aero-elastic simulation tool integrated in Focus6,
using the aero-elastic model of the Avatar 10 MW research turbine.

4.1. Wind loading

The rotor of the wind turbine produces thrust in operational condition, which can be determined with equa-
tion 4.1 [10]. In this equation, p, is the air density, Ag the rotor swept area, V the wind speed and C7 the aero-
dynamic thrust coefficient. For an accurate determination of C7, blade element momentum theory should
be used, with the need of detailed blade properties data. As the purpose of this model is to eliminate the use
of this detailed information, the method of Frohboese and Schmuck [45] is used. This method can be used
between cut-in wind speed and rated wind speed [10, 37], given in equation 4.2. After rated wind speed, the
power remains constant and therefore it may be assumed that the thrust coefficient is inversely proportional
to the cube of the wind speed [10], as given in equation 4.3.

1
Fr= EpaARCTVZ 4.1)
OV <V = 3502V, -35) 7 42)
T =Vr) = Vrz ~ Vr .
3.5V, (2V, —3.5)
Cr(V>V,)="12T =2 (4.3)

V3
Next to the aerodynamic thrust, the wind acts as a distributed load along the tower and is calculated with
equation 4.4. The wind speed profile V (h) is calculated with the power law described in equation 4.5, with a
shear coefficient a, which is set at 0.11 for offshore locations [32]. For heights lower than ten meter, a loga-
rithmic profile as described in equation 4.6 is used [44]. In these equations, Cp,; is the towers drag coefficient,
Ay equals the outer diameter of the tower and V;. s is the wind speed at reference height h*.

q(h) =0.5p,V(h)?*Cp A, (4.4)
h a

V(h) = Vref (F) (4.5)
ln(g)

V(h) = Vref— (4.6)

h*
In (7)
The nacelle front area will produce drag as well. This drag force is calculated in similar fashion as equation
4.4, where the area and drag coefficient of the tower have to be replaced for the area and drag coefficient of

19
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the nacelle. According to [44], the drag coefficient of the nacelle front area equals 1.2.

For load cases with a wind speed higher then the cut-out wind speeds, the blades are pitched out of the wind
but still produce drag. This drag can be calculated with equation 4.7 [22]. The drag coefficient and blade area
do vary along the blade span, since chord length and blade profile change over the blade. In this parametric
loading tool, no detailed turbine data is available and therefor a drag coefficient Cy,, ,, and blade area Ap;qqe
for the complete rotor blade will be estimated. For the comparison with the Avatar 10MW turbine in Focusé6,
the blade area is estimated by the average chord length times the blade span. The drag coefficient is estimated
to be 0.038.

FL, 110 = 0-50aV*3Cayy00. Ablade @.7

arked

4.2. Hydrodynamic loading
In this section, the applied wave kinematics model in the parametric model and the determination of the
wave loading using the Morison equation is explained.

4.2.1. Wave kinematics

Several wave theories for the determination of the wave velocity u(x, z, £) and acceleration a(x, z, t) do exist.
The validity of a wave theory depends on the environmental conditions and is expressed in three parameters:
Wave steepness parameter S, shallow water parameter y,, and Ursell parameter U,, defined in equation 4.8,
4.9 and 4.10, respectively [46]. In these equations, g is the gravitational acceleration, T, the wave period, d
the mean water depth and H,, the maximum wave height. The validity of a number of common used wave
theories is given in Table 4.1.

Hp
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Table 4.1: Applicability of wave theories [32]

Wave Theory Applicability
Linear Airy wave §<0.006; S/ <0.03
2nd order Stokes wave U, <0.65; S<0.04
5th order Stokes wave U, <0.65;5<0.14
Cnoidal theory U, >0.65; pyy <0.125

For the determination of the ULS, the maximum 50 year wave height is one of the sea states that should be
analyzed. Table 4.2 shows the data of the Borssele III site for this sea state, resulting in: S =0.073, y,, = 0.156,
U, = 0.458, for which the 5th Order Stokes theory is valid. It should be noted that the applicability of the
5th Order Stokes wave theory is not valid for shallow water conditions where breaking waves may occur [32].
These wave conditions will not be considered in this design model.

Table 4.2: 50yr return wave at Borssele III site [21]

Water depth[m] 35.1
Maximum wave height [m] | 16.42
Wave period [s] 11.99

A method for the use of the 5th order Stokes Wave theory was proposed by Fenton [47]. The wave kinematics
are described by a velocity potential ¢, given in equation 4.11 [47, 48]. In this equation, k is the wave number,
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z the depth coordinate measured from mean sea level, € a wave perturbation coefficient given by k%, and 6
is a description of the position of the wave (kx — wt), where w is the angular frequency of the wave. The co-
efficients A;; and Cy are coefficients defined by Fenton, and are elaborated in Appendix C. From the velocity
potential, the horizontal wave velocity u(x, z, t) can be obtained as given in equation 4.12.

$(x,2,0) = Coy/ % [(€! Ay +€3 A3y + €% Agp)cosh(k2)sin(0)

+ (€2A22 + €4A42)COSh(2 kz)sin(20)

+(€3A33 + 65A53)cosh(3kz)sin(39) (4.11)
+(e4A44)cosh(4kz)sin(49)
+5(e” Ass)cosh(5kz)sin(50) |
_0p _ 8.1 3 5
u(x,z,t) = e Co E[(e A11 +€° A3y +€° Asy)cosh(kz)cos(6)
+2((~:2A22 + e4A42)cosh(2 kz)cos(20)
(4.12)

+3(° Asz+ €5A53)cosh(3 kz)cos(30)
+4(€4A44)cosh(4kz)cos(49)
+5(€> Ass)cosh(5kz)cos(50) ]

The total wave acceleration a(x, z, t) is given in equation 4.13 [49]. Here is the vertical wave velocity v(x, z, £)
determined from the velocity potential function as well. The derivation of these terms is rather straightfor-
ward and added to Appendix C for convenience.

Du ou ou ou

V2 l) = — = —+ U+ V—
az )= =5 VU YV,

(4.13)

The water elevation 7(x, t) will change over time and position as well, and is determined with equation 4.14
[48]. The coefficients B;; are described by Fenton and can be found in Appendix C.

—

nee 0=+ € B31 — €°(Bs3 + Bss))cos(0)

+(e2 By + €* Byp) cos(26)
+(~€%B31 + € Bsg)cos(36) (4.14)

+(e*Bysg)cos(40)

+(€° Bss)cos(50) ]

A final required input for these equations is the wave number k. The wave number is described with a tran-
scendental equation given in 4.15 [48], in which the dimensionless factors C,, depend on depth and wave
number, given in Appendix C.1. This transcendental equation has to be solved iteratively for given wave
height, wave period and water depth. The Python module root is used in the parametric load model to solve
this equation.

2r

Ty 8k

The calculation of the wave kinematics in the parametric design tool are verified using a tool developed by
Fenton, as described in Appendix C.2. Considering the wave described previously for the Borssele case, on
position x = 0, the wave height, wave velocity and acceleration at water level for two wave periods are shown
in figure 4.1.

Co +€2C2 +€4C4 =

(4.15)
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Figure 4.1: Wave height, velocity and acceleration as function of time

4.2.2. Morison’s equation

The wave loading on the support structure is determined with Morison’s equation as given in 4.16. The wave
loading consists of a drag and inertia term, depending on the wave velocity and acceleration, as determined
according to the method described before. respectively. Furthermore, the wave loading depends on the water
density p, the diameter of the pile D, drag coefficient Cp ; and inertia coefficient C;;. The determination
of these coefficients is load case dependent and is explained in more detail in Appendix C. However, for sim-
plicity, the drag coefficient and inertia coefficient will be assumed to have a default value of 0.7 and 2.0 in the
load estimation model.

1 D3
8Fuw(2,1) = 5pwDpCp,pulx 2, 0|u(x,z, )| + Cmpr’”a(x, z,1) (4.16)

The resulting hydrodynamic force can be determined by integrating the Morison equation from seabed till
wave crest height (n(x, t)), as given in Equation 4.17. In the parametric model, the wave loading is assumed
to be constant over length for each finite element.

n
f 0F,(z,)dz (4.17)
-d

As can been seen in figure 4.1, the maximum velocity and acceleration do not occur at the same time. There-
fore, one cannot just fill in the maximum wave velocity and acceleration in the Morison equation to find the
maximum loading on the structure. The Keulegan-Carpenter (KC) number, determined with equation 4.18,
can be used to identify the dominating force.

u T,
KC=-"2"F (4.18)
Dp
Considering the 50 year maximum wave height at the Borssele III location and a monopile diameter of five
meter, the shear force at mudline over one wave period due to the drag and inertia force is shown in figure 4.2.
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Figure 4.2: Shear force at mudline

As can been seen, the maximum total force is approximately 3000 kN, 20% higher than the maximum inertia
force (2500 kN). Therefore, drag can not be neglected in this case. For a KC smaller than 5, the inertia force
will be dominating [37] and the drag term can be neglected. Filling in the wave parameters of the 50 year
maximum wave height in equation 4.18, the KC number will be below 5 if the monopile diameter exceeds 16
meter. This is not expected for a monopile design and therefore the drag term can not be neglected. As can
been seen in figure 4.2, the time instant of maximum loading at the mudline does not coincide with the time
instant of maximum inertia loading or drag loading. Therefore, a complete wave period will be analyzed after
which the time instant of maximum wave loading at mudline will be used for the determination of maximum
loading in the ULS analysis.

4.3. Dynamic loading

The dynamic effects of the wave loading can be taken into account by mean of a Dynamic Amplification
Factor (DAF), as often used in a preliminary design stage [33]. The DAF can be determined with Equation
4.19 [10]. In this equation, f is the excitation frequency and f;y the natural frequency, and ¢ the damping
ratio.

1
DAF = (4.19)

V= b2+ 6Ly

This damping ratio consists of material, soil, hydrodynamic and aerodynamic damping, where the latter one
has the most contribution. The aerodynamic damping in fore-aft direction is larger than the damping in
side-side direction. This damping is determined with blade element moment theory, which is not available
in this tool. An estimation of the total damping can be made as well, where it is suggested [40] to use a fore-
aft damping for a operational turbine between 2% and 8% and for a parked turbine a value between 1% and
4%. In [37] it is mentioned that a lot of research has been done on the estimation and determination of total
damping ratio’s which vary a lot and even a significant difference exists for measured damping ratios. In ap-
pendix D.2, the damping values for the three tower concepts used in this study are estimated by a stepwind
load case. The damping ratio differs for each tower concept for each load case. Since it is not the scope of
this project to find exact damping ratio’s for each load case, the approximate values of 5% for an operational
turbine and 2% for a parked turbine as used in [10] will be used here as well.

For a quasi-static evaluation of the wind loading, the wind speed can be decomposed into a mean wind
speed V and a turbulent part v, as described in equation 4.20. The turbulent wind loading on the tower and
the turbulent drag force of a parked turbine will be evaluated with Davenport’s model [50].

V=V+v (4.20)

Assuming that the turbulent wind speed part is much smaller than the average wind speed, Davenport de-
rived the relation as given in equation 4.21 for the total wind loading Fy;;,4 due to a mean wind loading F,
and fluctuating wind loading F;. The mean wind loading on the parked turbine is given by equation 4.7 and
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the mean wind loading on the tower is given by equation. 4.4. The turbulence intensity is described by I, and
the turbulence peak factor k, has a value in the range 3 to 5 according to [50].

Fyina =Fq+Fr=Fq+kp2l,Fq (4.21)

This turbulence intensity is site specific, and in case detailed data is missing a wind class can be used as
defined in the standard [51]. The reference turbulence intensity I, is predefined at a reference wind speed
of 15 m/s. According to [51], three turbulence classes can be distinguished. Turbulence class A, B and C with
reference turbulence intensity of 15 m/s is 0.14, 0.12 and 0.10, respectively. The turbulence intensity for other
wind speeds can be determined with equation 4.22. The standard deviation of the wind speeds o, depends
on which turbulence model is used. For a Normal Turbulence Model (NTM) and an Extreme Turbulence
Model (ETM), equation 4.23 and 4.24 can be used, respectively [10]. Here is V4,¢ the long term average wind
speed at the site.

Oy
I,= - (4.22)
T uNTM = I1ef(0.75V +5.6) (4.23)
Vavg V
OvETM = 21,,4[0.072(T +3)(E —4)+10] (4.24)

For an operational wind turbine, the aerodynamic thrust of the rotor is calculated with equation 4.25. By
[10] it was assumed that the pitch control can follow changes in wind speed that occur at a lower frequency
than the maximum rotational speed of the turbine fjp;;4x, which is 0.16 Hz (9.6 RPM) for the Avatar 10 MW
turbine. The turbulent wind speed part v can be determined with equation 4.26, where p is the confidence
interval of the standard deviation. The wind speed frequency spectrum depends on the integral length scale
parameter L, which is assumed to have a constant value of 340.2 m [32].

1 _
Fr=2paArCr(V +v)* (4.25)

1

- (4.26)
(%rkfleax + 1) ’

V=HUOy,f>fip = HOy

4.4. Load verification with Focus6

In this section, the load estimation model will be verified with time-domain simulations using Phatas [44],
the integrated aero-elastic simulation tool in Focus6. The aero-elastic model of the Avatar 10 MW research
turbine will be used. Three different tower concepts will be compared, to identify the differences between the
quasi-static load estimation model and the effects of dynamic loading in the aero-elastic simulations:

* Tower 1: A stiff tower with a relatively high frequency, such that it can be considered quasi-static. It is
expected that structural dynamics will have no influence on the loading on this design and therefore
results close to the parametric load estimation model are expected.

» Tower 2: A steel-equivalent tower which represents current steel tower designs.
» Tower 3: A flexible tower with a natural frequency in the range of future GFRP tower. deigns.

Firstly, wind loading and wave loading will be compared separately in section 4.4.1 and 4.4.2, respectively.
Then the wind and wave loading will be combined in section 4.4.3 and in section 4.4.4 the turbulence of the
wind and DAF of the wave loading will be included. Finally, the maximum loading along the structure is
determined in section 4.4.5. The load cases used in these comparisons are based on the load cases from the
Borssele III wind farm location [21]. Some remarks have to be made regarding the time-domain simulations
in Focus6:
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¢ In Focus6, the tower dynamics are described by the modal response of the tower, using the Craig-
Bampton method as described previously in section 3.3. In a dynamic time-domain simulation, the
deformations of the structure are solved by the integration of the equations of motion, from which the
internal stresses in the structure are solved. Potential and kinetic energy are interchanged and energy
is extracted from the external forces during dynamic deformations. The internal forces and moments
are directly related to the potential energy, but due to the exchange with kinetic energy this cannot be
related directly to the external forces. In the quasi-static load analysis model, the internal forces are
determined directly from the external forces, which will result in a different load distribution along the
structure [52].

* Focus6 usually takes into account the structural flapping, edgewise and torsional deformation of the
blades. These effects are not considered and are disabled for this comparison. In appendix D it is shown
that the maximum loading along the support structure is affected negligibly by the blade deformations.

4.4.1. Constant wind loading

The aerodynamic thrust curve calculated with the previous described method of Frohboese & Schmuck is
compared to the aerodynamic thrust curve of the Avatar 10MW turbine generated with Focus6, shown in
figure 4.3. In the low wind speed (4-7 m/s) and high wind speed (12-25 m/s) regimes errors in the range
of 20% are present. In the range up to rated wind speed (7 - 12m/s), errors up to 8% are present. To the
knowledge of the author no other estimation methods are available and therefore this estimation method
will be used in the parametric design tool. The aerodynamic thrust is estimated conservative at rated and
cut-out wind speed, which are the conditions for which the ULS will be determined.
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Figure 4.3: Aerodynamic thrust

For the verification of dragloading on the rotor and support structure, a load case with a constant wind speed
of 50 m/s is analyzed for a duration of ten minutes. The first minutes are simulated to obtain a steady state,
and the last two minutes will be used for the comparison. The tower geometry and stiffness terms of the three
tower concepts are given in table 4.3. The aerodynamic thrust of the turbine in the time-domain simulations
for the three tower concepts is shown in figure 4.4, together with the calculated drag loading using equation
4.7 in the load estimation model.

Table 4.3: Load case description as modelled in Focus6 and parametric model

Tower length 120 m
Tower outer diameter 5m
Tower thickness 100 mm
Tower 1 (E =210 - 103 GPa) | 2.9068 Hz
Tower 2 (E =210 GPa) 0.1883 Hz
Tower 3 (E =90 GPa) 0.1171 Hz
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Figure 4.4: Aerodynamic thrust of the rotor in idling condition

In the simulations, the rotor is idling with a rotational speed of 0.28 RPM. The aerodynamic thrust is varying
with a period of 71 seconds. This is a frequency of 0.014 Hz, three times the rotational frequency (0.28/60 =
0.0046 Hz). From this can be said that the drop in thrust occurs when a blade passes the tower. The rotor on
a flexible tower produces less thrust due to the larger nacelle displacement compared with a stiff tower. The
differences between the load estimation model and Tower 1, Tower 2 and 3 is 1%, 0% and -3%, respectively
and considered to be negligible.

To verify the drag load along the structure, the shear force and bending moment at the root of the tower is
shown in figures 4.5 and 4.6. The parametric model shows a constant shear and bending moment, while for
the time-domain simulations variations are present. For the very stiff tower (Tower 1), only variation due to
the variation of aerodynamic thrust is visible. The root shear and bending moment of Tower 2 and 3 vary with
a period of 5.4 and 8.3 seconds, respectively, which indicate the first fore-aft natural frequencies of Tower 2
(0.1883 Hz) and Tower 3 (0.1171 Hz).
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Figure 4.5: Shear force at root of tower Figure 4.6: Bending moment at root of tower

The maximum shear force over time is approximately equal to the maximum shear force calculated with the
parametric design model for all three towers. The bending moment shows larger differences, which can be
explained by looking at the shear and bending moment distribution along the height of the structure. In fig-
ures 4.7 and 4.8, the shear and bending distribution at t=120 seconds is shown, respectively. The shear force
distribution at this time instant is approximately the same for all three towers. However, the bending moment
distributions show differences. First of all, a negative bending moment is present at the top of the tower, since
the center of gravity of the RNA is not on top of the tower axis. For the determination of the exact center of
gravity of the RNA, detailed turbine data would be required and therefore ignored in the parametric design
model.
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Another difference observed is the increased slope of the bending moment for Tower 2 and Tower 3. The
acceleration and displacement of the nacelle shifts its center of gravity with respect to the tower axis over
time causing an increased bending moment. This effect is larger for flexible towers. For Tower 1, which has
a high stiffness, the displacement and acceleration terms are negligible; the difference in bending moment
distribution with the load estimation model is approximately 2%. The difference in root bending moment
between the parametric load estimation tool and for Tower 2 and 3 is 4% and 13%, respectively.
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Figure 4.7: Shear force distribution at t=120 s Figure 4.8: Bending moment distribution at t=120 s

From these results it is concluded that the parametric model determines the shear force and bending moment
distribution due to a constant wind loading accurately for a very stiff tower. However, for flexible towers dis-
placement and acceleration terms will increase the bending moment distribution along the height. Whether
this effect should be included will be discussed when all sources of loading are combined.

4.4.2. Hydrodynamic loading
The calculation of the hydrodynamic loads on the support structure are compared with Focus6. Some re-
marks have to be made regarding the wave modelling in Focus6:

» Focus6 uses the program Streamfunction as method for determination of wave kinematics for a deter-
ministic wave, based on the Fourier method described by Fenton as well [53]. Instead of a 5th order, a
11th order wave function is used. A comparison between the wave kinematics of Streamfunction and
the load estimation model is given in appendix C.2 in which differences are found to be negligible.

¢ The structural dynamics of the tower incorporated in Focus6, will change the effective wave velocity
and acceleration acting on the support structure. This effect is not taken into account in the load esti-
mation model.

The length of the three tower concepts as given in section 4.4.1 will be increased by 35.1 meter corresponding
to the water depth. The tower geometry and first fore-aft bending frequencies are given in table 4.4. Next to
these natural frequencies, Focus6 generates as output the second and first three side to side natural frequen-
cies. These are given in appendix D.1, together with the mode shape of the first two fore-aft mode shapes.

Table 4.4: Tower with artificial stiffness concepts

Tower length 155.1m
Tower outer diameter 5m
Tower thickness 100 mm
Tower 1 (E =210 - 103 GPa) | 2.2588 Hz
Tower 2 (E =210 GPa) 0.1198 Hz
Tower 3 (E = 90 GPa) 0.0704 Hz

For the comparison of the hydrodynamic loading separately a load case is simulated with a wind velocity of 0
m/s. The 50 year maximum wave height of the Borssele III site will be used, as described before in section 4.2.
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Three periods of the deterministic wave with a height of 16.42 meter and period of 11.99 seconds as created
with the program Streamfunction are shown in figure 4.9. The load case is simulated for 600 seconds to reach

a steady state solution, and the last completed wave period on the interval 587.51 - 599.5 seconds is used for
the comparison.

1 Surface elevation

10

Elevation [m]

0 5 10 15 20 25 30 35
Time [s]

Figure 4.9: Surface elevation of wave created with Streamfunction

The simulation of Towers 1 and 2 converged to a steady state solution. In the simulation of Tower 3 resonance
effects arose and no steady state solution was obtained and is therefore not included in this comparison. The
resulting shear force and bending moment at the root is shown in figures 4.10 and 4.11, respectively.
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Figure 4.10: Shear force at mudline Figure 4.11: Bending moment at mudline

The shear force evolution over one wave period of the stiff Tower 1 is approximately equal to the shear force
evolution calculated in the parametric load estimation model. The difference between the maximum shear
force between these two is 3%. The shear force evolution of Tower 2 is approximately the same, except at the
points of minimum and maximum shear where a difference of approximately 10% is present. The bending
moment timeline of Tower 1 follows the same path as the bending moment of the parametric model, with
a deviation around 1.75 seconds. The bending moment timeline of Tower 2 looks different, with a phase
difference and lower minimum and maximum root bending moment. To analyze the differences, the shear
force and bending moment distribution at minimum bending moment (t = 1.75 seconds) and maximum
bending moment (t= 11.3 s) are shown in figures 4.12 - 4.15.
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The differences between the shear force distribution of Tower 1 and the parametric model are close to each
other. The bending moment distribution of Tower 1 and the parametric model is different due to the location
of the center of gravity of the RNA as discussed in section 4.4.1. For Tower 2, the bending moment distribution
is not constant and has a different path along the part above water. This is caused by the internal shear force,
which is introduced at the top due to inertial (acceleration) effects. Young [7] mentioned that the inertial and
gravitational forces are higher for a floating wind turbine than for a fixed support structure, because of greater
structural motions. The same argument holds for a flexible tower, for which structural motions will be larger
than for a stiff tower.

4.4.3. Constant wind and deterministic wave

In this section, the constant wind and wave loading will be added together. Two load cases will be analyzed;
DLC 6.1 and DLC 1.6 at cut-out wind speed for the Borssele III site. The loading conditions are extracted from
[21] and given in table 4.5. Again, the load cases are simulated for 600 seconds, of which the last wave period
in the simulation is used for the comparison. For these load cases the simulations of Tower 3 converged to a
steady state and is included in this comparison.

Table 4.5: Load case parameters

DLC Vim/s] Hpy[m] Ty [s]
6.1 50 16.42 11.99
1.6 cut-out 25 14.1 12.6
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The root shear force and root bending moment over one wave period for DLC 6.1 are shown in figures 4.16
and 4.17. The same load evolution over time for Tower 1 and Tower 2 is present as for the load case without
wind. In the shear force and bending moment evolution of Tower 3 another frequency is visible, which is the
second fore-aft bending frequency of 0.5817 Hz as given in appendix D.1. No explanation has been found why
this frequency is present for this specific tower concept in this loading condition. Normally, the first bending
mode is the most dominant response mode, with minor contribution from higher modes [54]. Next to that,
the bending moment at time instant of minimum loading is more than two times higher than for Tower 1.
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Figure 4.16: Root shear force Figure 4.17: Root bending moment

The shear and bending moment distribution at the time instant of maximum root loading, at 11.3 seconds of
the wave period, are shown in figures 4.18 and 4.19. At this time instant, the shear force distribution of Tower
1 and 2 is close to the shear force distribution of the load estimation model, while the shear force distribution
of Tower 3 is lower above water level. The bending moment distribution along the structure is approximately
equal for all three towers and the parametric model.
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Figure 4.18: Shear force distribution att=11.3 s Figure 4.19: Bending moment distribution att=11.3 s

However, the shear and bending distribution at the time instant of minimal loading at t = 1.75 seconds looks
different, as shown in figures 4.20 and 4.21. The internal shear force is larger for Tower 2 and Tower 3 than for
Tower 1, starting at the top of the tower. This is due to the acceleration effects as discussed previously for the
load case without wind, which induces a larger bending moment along the length of the tower.
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Figure 4.20: Shear force distribution att=1.75s Figure 4.21: Bending moment distribution att=1.75s

For this load case, the loading distribution calculated by the parametric model is approximately equal to the
load distribution of Tower 1, with a maximum difference in root bending moment of 3%. However, for Tow-
ers 2 and 3 the model is less accurate. Although the maximum root bending moment is estimated with an
accuracy of 3%, the maximum bending moment distribution along the length is underestimated. For these
flexible towers, the maximum bending moment along the structure is not necessarily at the time instant at
which the wave loading is maximal. This is caused by the aforementioned dynamic effects. For example,
the maximum bending moment for Tower 3 at a height of 35 meter at time equals 1.75 seconds is 155 MNm,
which is 80% higher than the bending moment at this location at time equals 11.3 seconds (86 MNm).

The shear force and bending moment evolution over one wave period at mudline for DLC 1.6 at cut-out wind
speed are shown in figures 4.22 and 4.23. The same load evolution over time can be seen as previously for
DLC 6.1. For Tower 1, a clear variation with the first fore-aft frequency is visible. The root shear force is
approximately the same for all tower concepts and load estimation model, while the evolution of the root
bending moment is different for the flexible Towers 2 and 3. In the parametric load estimation model, time
of maximum and minimum bending moment for this load case was found at 11.57 seconds and 1.75 seconds
respectively, for which the load distributions will be further analyzed.
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Figure 4.22: DLC 1.6 at V = 25 m/s root shear force over one wave Figure 4.23: DLC 1.6 at V = 25 m/s root bending moment over one
period wave period

The shear and bending moment distribution at time instant 11.57 seconds is shown in figures 4.24 and 4.25.
Again, the shear force distribution of Tower 1 and 2 is close to the shear distribution of the load estimation
model, while the internal shear of Tower 3 is lower. The bending moment distribution of Tower 1 is approxi-
mately equal to the load estimation model, while the bending moment distribution of Tower 2 and Tower 3 is
underestimated by 5% and 19%, respectively. As mentioned in section 4.4.1, the larger bending moment for
more flexible towers is induced by the larger nacelle displacement. The root bending moment of Tower 2 and
Tower 3 is 9 MNm and 26 MNm higher than for Tower 1 at this time instant. While the nacelle displacement
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of Tower 1 equals zero, the displacement of Tower 2 and Tower 3 at this time instant are 1.27 and 3.17 m. With
a RNA mass of approximately 702 tonnes, this will result in an increased bending moment of 9 MNm and 22
MNm at the root for Tower 2 and Tower 3, respectively. From this it is concluded that the increased slope of
bending moment distribution is partially induced by the larger nacelle displacement for flexible towers.
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Figure 4.24: Shear force distribution at t=11.57 s Figure 4.25: Bending moment distribution at t=11.57 s

The time instant of minimum loading at the mudline in the parametric model is found at 1.75 seconds, while
the bending moment at mudline for the flexible tower is much higher at this instant. The shear force and
bending moment distribution are shown in figures 4.26 and 4.27. Again, as was shown already for DLC 6.1 at
an idling condition, the maximum bending moment distribution along the support structure is not necessar-
ily at the time instant of maximum wave loading due to the dynamic behaviour of the structure.
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Figure 4.26: Shear force distribution at t=1.75s Figure 4.27: Bending moment distribution att=1.75s

From these two load case analyses with constant wind and wave loading, it can be said that the load estima-
tion model determines the loads accurately for a quasi-static tower. However, the bending moment distri-
bution will increase up to 19% for flexible towers, partly induced by the larger nacelle displacement. Next to
that, due to dynamic effects, the time instant of maximum wave loading is not the time instant of maximum
loading along the complete structure for flexible towers.

4.4.4. Turbulence and DAF

In this section, turbulent wind loading and the DAF will be added to the load comparison. A parked (DLC
6.1) and two operational load cases at rated and cut-out wind speed (DLC 1.6) as described in table 4.6 will be
analyzed. In Focus6, a turbulent wind field is generated with the random wind field simulator SWIFT-R [55].
For this load comparison, six different simulations with different turbulent wind fields will be analyzed. Each
simulation takes 630 seconds, of which the first thirty seconds will not be taken into account due to start up
effects. From these simulations, the maximum bending moment and corresponding internal shear force at
this time instant at a number of stations along the height is extracted.
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In the parametric load estimation model, turbulence is taken into account as described in section 4.3. For
DLC 6.1, turbulence is included with an EWM, for which a turbulence intensity of 0.11 is valid [32]. For both
DLC 1.61oad cases a NTM is valid with a reference turbulence intensity of 0.14. For the hydrodynamicloading,
the time instant of maximum bending moment at mudline is used in the parametric load estimation model.
The bending moment due to the hydrodynamic loading is now multiplied with the DAE, according equation
4.19.

Table 4.6: Load cases

DLC Vm/s] WindModel (I,) H;, [m] Tp [s] Tower1DAF Tower2DAF Tower 3 DAF
6.1 50 EWM (0.11) 16.42 11.99 1.00 1.94 2.46
1.6 cut-out 25 NTM (0.136) 14.1 12.6 1.00 1.77 3.41
1.6 rated 11.4 NTM (0.174) 7.9 9.2 1.00 5.03 0.72

In figure 4.28, the shear force distribution along the structure for DLC 6.1 is shown corresponding with the
time instant of maximum bending moment, which is shown in figure 4.29. As can been seen, the internal
shear force distribution is not a smooth line. This is due to the fact that not a single load case simulation run
was dominant along the complete structure, which is shown in appendix D.3.
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Figure 4.28: Shear distribution along structure Figure 4.29: Maximum bending moment along structure

The bending moment distribution is highest for the most flexible Tower 3 and lowest for the most stiff Tower
1. This higher bending moment for the flexible Towers 2 and 3 is related to the internal shear distribution. The
internal shear force is higher for the more flexible Towers 2 and 3 on the part above water, causing a higher
bending moment. The internal shear force of the flexible Towers 2 and 3 is lower on the submerged part of
the structure than for Tower 1. Just as for the load cases with constant wind, it can be concluded that the time
instant of maximum wave loading is not necessarily the time instant of maximum loading along the complete
structure for a flexible tower. The bending moment distribution calculated with the load estimation model is
quiet accurate for Tower 1, with an overestimation on the submerged part of the structure. Using the time in-
stant of maximum hydrodynamic bending moment in the load estimation model is therefore a conservative
approach for a load case with a turbulent wind field. The slope of the bending moment of Tower 2 and Tower
3 is underestimated along the part above water. This is not covered by the application of the DAF applied on
the submerged part of the structure only. The slope of the bending moment is overestimated on this part of
the structure, while the dynamic interaction of turbulent wind and wave loading has an effect on the loading
distribution along the complete structure.

The second load case analyzed is DLC 1.6 at rated wind speed. In the parametric load estimation model, the
aerodynamic thrust is now calculated with equation 4.23, 4.22 and 4.26. For this load case a NTM will be
used. Since it is not expected that the wind speed will vary significantly within the time of one revolution of
the rotor, a confidence interval of 90% is assumed for the turbulent wind speed determination, resulting in a
turbulent wind speed of 0.82 m/s. In figures 4.30 and 4.31, the maximum bending moment and correspond-
ing shear force distribution are shown.
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DLC 1.6 rated: Shear force distribution DLC 1.6 rated: Bending moment distribution
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Figure 4.30: Shear distribution along structure Figure 4.31: Bending distribution along structure

Again, the corresponding shear force with time instant of maximum bending moment shows large shifts along
the structure, and thus not a single simulation run was dominant. The slope of the bending moment distri-
bution of Tower 3 is much higher compared to Tower 1 and 2, resulting in a root bending moment twice as
high. Resonance effects were observed for this tower in the time-domain simulations. The resonance effects
in this load case can be solved with the wind turbine controller, which will be explained later in this section.
Comparing the results of the load estimation model with the aero-elastic simulations of Tower 1 and Tower 2,
it can be seen that a tower top bending moment of approximately 30 MNm is missing, which will be explained
later in this section. The slope of the bending moment of the bending moment is approximately equal to the
simulation results. However, for Tower 2 the slope is overestimated on the submerged part due to the DAE

Thirdly, DLC 1.6 at cut-out wind speed is analyzed. Again, the aerodynamic thrust is calculated with equation
4.23, 4.22 and 4.26 in the load estimation model. During the ten minutes, the turbine will stay in operational
condition and therefore a confidence interval of 99.7% is used for the wind speed variation, for which p in
equation 4.26 equals 3.0. This results in an added turbulent wind speed of 3.3 m/s for the calculation of the
aerodynamic thrust. In figures 4.32 and 4.33, the bending moment distribution and corresponding shear
force distribution are shown.
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Figure 4.32: Shear distribution for DLC 1.6 at 25 m/s Figure 4.33: Moment distribution for DLC 1.6 at 25 m/s

Again, the shear force distributions show large shifts and not one single time instant results in the maximum
bending moment along the complete structure. Just as for the other two load cases, the flexible Tower 3 has
the highest bending moment distribution. For this load case, the slope of the bending moment is higher for
Tower 1 than for Tower 2, vice versa with respect to the two previously analyzed load cases. Therefore, it can
not be said that structural flexibility and larger nacelle displacements for flexible towers, as found in section
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4.4.3, results in a higher bending moment distribution for turbulent load cases by definition.

Comparing the results of the load estimation model with the aero-elastic simulations, the slope of the bend-
ing moment of the load estimation model is approximately equal to the simulation results of Tower 2. The
slope Tower 1 and Tower 3 is underestimated. Apart from this, the bending moment distribution is underes-
timated since a top bending moment of approximately 60 MNm is missing for all three towers. The origin of
this tower top bending moment is examined in more detail.

Tower top bending moment

For all three load cases, a tower top bending moment is present in the results of the aero-elastic simulations,
highest at cut-out wind speed. Since the maximum tower top bending moment is approximately equal for all
three towers, it can be concluded that it is not affected by the flexibility of the support structure.

Vertical wind shear is one of the expected effects inducing this tower top bending moment. However, time-
domain simulations without vertical wind shear result in a tower top bending moment of 47 MNm, and there-
fore it is concluded that this is not the only cause. To identify the effects of turbulence on the tower top bend-
ing moment, a comparison is made by simulating a turbulent wind field and a constant wind field at cut-out
wind speed in Focus6. Hydrodynamic loading is excluded. The tower top bending moment and rotor shaft
bending moment are shown on the one minute interval in which the maximum top bending moment was
found in figures 4.34 and 4.35.
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Figure 4.34: Bending moment in top of the tower Figure 4.35: Resulting bending moment in rotor shaft

As can been seen, the resultant bending moment in the rotor shaft has the same profile as the tower top bend-
ing moment, from which it is concluded that the tower top bending moment is determined by the resulting
bending moment in the rotor shaft, caused by the blades. The tower top bending moment varies periodically
with a 3P period for the constant wind load case, with a maximum of approximately 15 MNm. The bending
moment in the tower top for the turbulent wind load case shows more variation, with a maximum at 31.2
seconds. The wind velocity and wind direction on this time interval are shown in figures 4.36 and 4.37. At
time instant 31.2 seconds, the wind misalignment is at its maximum, while the wind velocity is not within
this time interval. Therefore it is concluded that the tower top bending moment is caused by a wind mis-
alignment. To the knowledge of the author, no quasi-static evaluation of the bending moment in rotor shaft
due to a turbulent wind field does exist and will be disregarded in the parametric load estimation tool.
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Figure 4.36: Wind velocity at hub height Figure 4.37: Wind direction at hub height
Influence of controller

DLC 1.6 at rated and cut-out wind speed are in the operational regime, and therefore the wind turbine con-
troller will influence the loading along the structure. As mentioned earlier, the default controller of Focusé is
used for all three tower concepts. However, for Tower 3 resonance effects were observed. Within a different
project at the company Jules Dock a wind turbine controller was designed by ECN part of TNO for flexi-
ble support structures with a frequency of approximately 0.09 Hz. A comparison is made for the maximum
bending moment distribution along the structure between the default controller and the ECN controller for
the three tower concepts. Note that the frequency of the three tower concepts are not exact at the design
frequency of the controller, and therefore the controller is not expected to be optimal for these tower designs.
The resulting bending moment distributions for DLC 1.6 at rated and cut-out wind speed are shown in figures
4.38 and 4.39, respectively.
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ECN controller

For Tower 1, the maximum bending moment for both load cases remain approximately the same. For Tower
2, the root bending moment for DLC 1.6 at rated wind speed is the same as well, while for DLC 1.6 at cut-out
wind speed a reduction of 9% is achieved. For Tower 3, the maximum bending moment is reduced signifi-
cantly for both production load cases. The root bending moment for DLC 1.6 at rated and cut-out wind speed
is reduced by 50% and 21% respectively by the use of this controller and is even lower than the bending dis-
tribution of Tower 1. For a fair comparison of the maximum loading of Tower 3, the results of the simulations
with the ECN controller will be used in section 4.4.5.
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4.4.5. Maximum loading

In this section, the maximum loading on the support structure will be determined according to the three load
cases as described in section 4.4.4 with the parametric load estimation tool and will be compared to the max-
imum loading according to aero-elastic simulations in Focus6. Only the bending moment will be considered,
since this load is the dominant force along the structure [52], which is found as well in the the results for the
bending moment and shear distribution along the structure in section 4.4. In section 4.4.4, the largest bend-
ing moment in the six simulations was used for comparison. The randomness of turbulence gives different
results between the different seeds, whose differences are largest for DLC 6.1 for the flexible towers, as can
been seen in Appendix D.3. According to the design standards [32], the characteristic value for maximum
loading is obtained with extrapolation methods, corresponding to a 50 year return value. Since this design
tool will not be used for verification purposes and only different designs will be compared, the average and
maximum loading along the structure of the different seeds will be used for comparison.

Tower 1

The average of the maxima found for all simulation runs and the maximum bending moment of the simu-
lations runs and the bending moment distributions calculated with the load estimation model for Tower 1
are shown in figures 4.40 and 4.41, respectively. In the time-domain simulations of Focus6, the maximum
bending moment is determined by DLC 1.6 at cut-out wind speed along the complete structure, while the
maximum of the averages is shared by DLC 1.6 at cut-out and rated wind speed. DLC 6.1 does not have any
influence on the maximum loading. In the load estimation model, DLC 1.6 at rated wind speed is the critical
load case along the complete structure.
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Figure 4.40: Maximum bending moment of Tower 1 in Focus6
simulations

Figure 4.41: Maximum bending moment of Tower 1 in load
estimation model

As found in section 4.4.4, a tower top bending moment is missing in the load estimation model for each load
case. In figure 4.42 the top bending moments of 7 MNm (DLC 6.1), 30 MNm (DLC 1.6 rated) and 59 MNm
(DLC 1.6 cut-out) found in the simulations are added to the results of the load estimation model. Now the top
is dominated by DLC 1.6 at cut-out wind speed, and the remaining part by DLC 1.6 at rated wind speed.

In figure 4.43, the maximum of all load cases are combined. If the top bending moments are included, the
maximum bending moment distribution found with the load estimation model is between the average and
maximum found with the time-domain simulations, except for the bottom 20 meters.
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Figure 4.42: Maximum bending moment of Tower 1 in load Figure 4.43: Maximum bending moment comparison of Tower 1
estimation model with top bending moment between Model and Focus6
Tower 2

In figure 4.44 and 4.45 the results of the simulations and the load estimation model are shown for Tower
2. In the time-domain simulations, DLC 1.6 at cut out gives the largest loading at the top, from 120 meter
downwards till 60 meter DLC 1.6 at rated wind speed gives maximum bending moment and from 60 meter
downwards DLC 6.1 will be determinative. Looking at the averages, DLC 6.1 will not be determinative. In the
parametric load model, DLC 1.6 at rated wind speed gives the highest bending moment along the complete
structure, same as for Tower 1.
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Figure 4.44: Maximum bending moment of Tower 2 in Focus6 Figure 4.45: Maximum bending moment of Tower 2 in load
simulations estimation model

In figure 4.46 the top bending moments found in the simulations for DLC 6.1 (14 MNm), DLC 1.6 at rated
wind speed (31 MNm) and DLC 1.6 at cut-out wind speed (57 MNm) are added to the bending moment dis-
tributions of the parametric load model. Just as for Tower 1, the top is dominated by DLC 1.6 at cut-out wind
speed, while the remaining part is dominated by DLC 1.6 at rated wind speed.

In figure 4.47 the maximum bending moment of all three load cases along the structure are combined result-
ing in the maximal bending moment distribution. The results including the tower top bending moment is
between the average and maximum of the time-domain simulations up till water level. As can been seen, the
parametric load estimation model underestimates the bending moment distribution on the part above water
level due to the missing tower top bending moment. The parametric load estimation results including these
tower top bending moments is shown as well and is between the average and maximum of the Focus6 results
up till water level. On the submerged part, the parametric load estimation model overestimates the slope of
the bending moment due to the high DAF of DLC 1.6 at rated wind speed.
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Figure 4.46: Maximum bending moment of Tower 2 in load Figure 4.47: Maximum bending moment comparison of Tower 2
estimation model with top bending moment between Model and Focus6
Tower 3

As concluded in section 4.4, the results of the Focus6 simulations with the default controller showed reso-
nance effects, which were solved by the implementation of the ECN controller. Therefore, the comparison
of maximum loading of Tower3 will be made with the results of the time-domain simulations with this con-
troller designed for flexible towers. As shown in figure 4.48, DLC 1.6 at cut-out wind is dominant at the top,
while from 80 meter downwards DLC 6.1 is the determinative load case. The results of the load estimation
model are shown in figure 4.49. DLC 1.6 at rated wind speed is dominant up till water level, where DLC 6.1
becomes dominant till the root.
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Figure 4.48: Maximum bending moment of Tower 3 with ECN Figure 4.49: Maximum bending moment of Tower 3 in load
controller estimation model

The tower top bending moments of the time-domain simulations are added to the results of the load estima-
tion model, and shown in figure 4.51. Now, the top is dominated by DLC 1.6 at cut-out wind speed, from 120
till 35 meter is dominated by DLC 1.6 at rated wind speed and the submerged part is dominated by DLC 6.1.

In figure 4.51 the maximum bending moment of all three load cases combined is shown. For the results in-
cluding the tower top bending moment, the load estimation model underestimates the loading from 80 meter
downwards. This is caused by the underestimation of the bending moment distribution of DLC 6.1 on the part
above water, while the slope of the bending moment is overestimated on the submerged part of the structure.
A maximum difference is found at water level of 11% with respect to the average and 25% with respect to the
maximum found in the time-domain simulations.



40 4. Load Estimation Model

Tower 3 Maximum Bending Moment Tower 3 Maximum Bending Moment

160

160
— DLC6.1 + 19 MNm N — Focus6 max
1401} — DLC 1.6 rated + 31 MNm | 1401} “:\ - - Focus6 mean
— DLC 1.6 cut-out + 63 MNm B — Model
1201 1201 SN e Model + Top moment ||
— 100} — 100}
E £
2 80 £ 80
= 2
[} [7]
T 60 T 60
40 40+
20 20t
0 . . I L 0 . . I L SN
0 100 200 300 400 500 0 100 200 300 400 500
Moment [MNm] Moment [MNm]
Figure 4.50: Maximum bending moment of Tower 3 in load Figure 4.51: Maximum bending moment comparison of Tower 3
estimation model with top bending moment between Model and Focus6 with ECN controller

4.5. Conclusion

If the tower top bending caused by the turbulent nature of the wind is included in the load estimation model,
the maximum bending moment distribution is estimated quiet accurately for a tower which can be consid-
ered quasi-static. For such a tower, dynamic interactions effects of the wind and wave loading are negligible,
such that operational load cases will determine the maximum loading along the structure and DLC 6.1 has
not an effect at all.

For flexible Towers, dynamic interaction effects will have an influence on the loading distribution, especially
if the natural frequency is close to the wave excitation frequency. This dynamic interaction is included in the
load estimation model by the application of the DAE However, dynamic interaction influences the loading
distribution along the complete structure, while the DAF is only applied on the submerged part. Therefore,
the slope of the bending moment distribution is underestimated on the part above water, while the slope
is overestimated on the submerged part. These effects might lead to an underestimation of the maximum
loading on a flexible structure, since DLC 6.1 might determine the maximum loading along a substantial part
of the support structure.



Structural Analysis Tool

In this chapter the structural analysis tool developed in the parametric design model is discussed. As ex-
plained in chapter 4, the dominant forces are the bending moment and axial compression load. Therefore,
only these two loading components will be considered for the structural analysis. In section 5.1 the analysis
of the steel monopile and transition piece is explained according the design standards. For the composite
tower, a design standard is not yet available. The maximum stress and buckling analysis will be compared
with the WMC FEM tool in section 5.2.

5.1. Steel monopile and transition piece

According to the DNV-0S-J101 standard [32], for the ULS requirement for the steel monopile and transition
piece, the failure criteria that have to be assessed are the maximum yield, global and local buckling criteria.
Steel S355 will be used in this analysis, which has a yield stress g4 0f 355 MPa.

5.1.1. Yield stress analysis

The requirement for the yield criteria is given in equation 5.1. The material factor y ;s is 1.10. Assuming that
the cross section will not deform due to loading and will remain planar, simple beam theory can be used.
The maximum stress 0,4, a linear combination of axial stress o, and bending stress o, for a simple beam
can be determined with equation 5.2 [56]. In this equation, M), is the maximum bending moment along the
structure, as determined in section 4.4.5. N is the compressive axial load, which is caused by the mass of the
RNA and the mass of the structure itself. Furthermore in this equation, r,, the radius till midplane and ¢ the
wall thickness of the cylinder.

Oyield

(5.1)

O max

M
N M,

(5.2)

Omax=0a—0m=
2, t nr,%t

5.1.2. Buckling analysis

The buckling criteria is assessed according the DNV-RP-C202 standard, which are based on semi-empirical
methods. The stability requirement for shells is given by equation 5.3. The material factor y ), is for this case
defined by equation 5.4, dependent on the slenderness of the shell A;.

Omax = Ter (5.3)
Y™m
Ym =115 for A;<0.5
¥ =0.85+0.61 for 0.5<A;<1.0 (5.4)
yum =145 for Ag>1
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The monopile will be considered as an unstiffened cylindrical shell. The critical buckling stress o, is de-
termined with equation 5.5, in which the shell slenderness A; is given by equation 5.6. The characteristic
buckling strength for axial o, and bending loading o g, is determined with equation 5.7, where [, is the
length of the monopile or transition piece, for which the reduced buckling coefficient C is given by equation
5.8. The reduced buckling coefficient parameters { and p are load dependent and given in table 5.1. The
curvature parameter Z; is determined with equation 5.9.

Oyield
Ucr:Le_ (5.5)
V1+Af
_ O vyi
s2= yield &4_ Om (5.6)
Omax | OEa OEm
Cram = C—2 L (t)z 5.7)
Fam=>12a-v2) \1, '
C=1/1+(p¢) (5.8)
lZ
Zj= L V1-42 (5.9)
'mt

Table 5.1: Reduced buckling coefficient parameters

¢ 4
: ‘ =05
Axial loading 0.7027; | 0.5(1+ _1:501:)70 s
Bending loading | 0.702Z; | 0.5(1+ 5¢%)

5.2. Composite tower

For the composite material, the aforementioned methods for steel are not applicable, due to the anisotropic
properties of the GFRP material. In the current design process of the composite tower, the stress and buckling
in the composite tower are analyzed using the FEM program WMC FEM. However, finite element models are
computationally expensive [57] and therefore analytical solutions will be included in the parametric model.
The stress solutions of Lekhnitskii for a homogenized cylindrical composite structure [58] will be used and
will be explained in section 5.2.1. This method requires homogenized elastic constants of the composite
tower in the cylindrical coordinate system, given in figure 5.1.

Figure 5.1: Tube coordinate system [58]

5.2.1. Stress analysis

The Lekhnitskii stress solutions are applicable for a homogenized hollow cylinder, for which the following
assumptions have been made:

@ L@

0

¢ The strains on the 6 — z plane for each layer i (¢, €,’ and yg;) are continuous through the thickness.

The stresses (Uéi), O'(Zi) and rg)) through the thickness are discontinuous. For clarity, this is shown in
figure 5.2. )
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* The tower is globally cylindrical orthotropic, which means that the elastic properties differ in three
orthogonal directions. Next to that, the laminate layup should be balanced.

z ,
t t £o
I\_>r

Figure 5.2: Stress and strains in z and 0 direction

)

The homogenized stress solutions due to an axial load N and bending load M in the cylindrical coordinate
system (figure 5.1) are given in equation 5.10 and 5.11, respectively.

Nh(1-c!
o, = i ey
Q
Nh(1-c%)
) (5.10)
Nh(l-c?
o, = YAy
Q

Tz =Trz=Trg=0

Mg - clrw)rsine

oy =
K
Mg - c&)rsin@
T x
M1 - clzw)rsinQ (5.11)
g,= ———————
K
Mg(1 - cy,)rcost
Trog=— K

T, =Trz=0

In these equations, r is the radius of the tube and 0 the hoop angle coordinate. The definition of the parame-
ters b, g, Q, K, ¢ and ¢y are lengthy and therefore added to appendix A.1. The input for these parameters is
the homogenized compliance matrix [Sy], given in equation 5.12.

1 —Vor —Vzr 1
5 Efj g 0 0 0
—Vre —Vzo
7 5o 0 0 0
—Vrz 0z
e ¥z L g g 0

Spl=| & B B (5.12)

0 0 0 & 0 0
0 0 0 0 GL 0
o 0 0 0 0 &

rg #

This matrix contains nine homogenized elastic constants for a homogenized hollow cylinder. Sun [58] pro-
posed a method to determine these homogenized elastic constants by considering the composite tube as
assemblies of multiple cylinders, as shown in figure 5.3. Each layer will have a contribution to the homog-
enized properties of the cylinder, dependent on its area ratio A(ri) and thickness ratio tﬁi), determined with
equation 5.13 and 5.14, respectively. The derivation of the nine elastic constants for each individual layer and
the assembly to the homogenized elastic constants of the cylinder is given in appendix A.3.



44 5. Structural Analysis Tool
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Figure 5.3: Position of laminate layers [58]

Each layer has its own elastic properties aﬁ.? which are written in the compliance matrix [S; "] in the cylin-
drical coordinate system. This compliance matrix is determined from the transformation of the compliance
matrix of an unidirectional ply [$\], as given in equation 5.15 [59]. The compliance matrix for an individual
unidirectional ply and the transformation matrices [P] and [T] are given in Appendix A.2.
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o 0o o0 o0 af a

o 0o o o a¥ a¥

= [P] ([T]T[s(”] [T]) (P] (5.15)

The developed model for the determination of the elastic constants of the composite tower is verified in ap-
pendix A.3 using an example described in [58]. After the determination of the stress in the homogenized
cylinder using equations 5.10 and 5.11, the stress resultants in each individual layer are obtained using equa-
tion 5.16. The terms CDE.? are provided by equation 5.17. Here are the terms a;; the terms of the compliance
(@)

matrix of the homogenized cylinder [Sj,] and the terms a;; are the compliance terms of the individual layers
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5.2.2. Failure criteria

Several failure criteria do exist for the failure analysis of composite materials. Research did not point out one
single failure criteria to be most accurate, but criteria in which a distinction is made between fiber and matrix
failure look promising [60]. Two of these criteria are the Hashin-Rotem theory and Pucks failure criteria, of
which the latter one is used in the WMC FEM tool [27]. The Hashin-Rotem theory is more simple and requires
no additional material properties [61] and will therefore be used in the parametric design tool. The criteria is
given in equation 5.18. In this equation X’ and X° are the tensile and compressive strength in fiber direction,
respectively. The tensile and compressive strength in matrix direction are given by Y’ and Y°. S is the shear
strength of the composite material. The material factors for fiber failure yrr and inter-fiber yrr failure are
2.43 and 1.69, respectively [27].
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o
?1[<1 it 01>0
o
ch<1 it o1<0
2 2 (5.18)
0y v .
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2 2
03 12 .
(YC)Z ? 1 if 02<0

The stresses 01, 02 and 712 given here are the stresses in principal material directions. The obtained layer
stresses from equation 5.16 have to be transformed to this material coordinate system using equation 5.19.

012 = [TI[P)a? (5.19)

5.2.3. Stress analysis verification

The stress analysis method described in section 5.2.1 was written for composite risers with diameters of 0.3
meter and thickness of 5 mm. To verify the applicability of this method for composite wind turbine towers
with diameters of approximately 5 meter and wall thicknesses in the range of 100 to 200 mm, a comparison
will be made with the program WMC FEM, a finite element solver for thick shell elements. Two load situations
(pure compressive load of 10000 kN and bending load of 300 MNm) are compared for a composite tube of 100
and 200 mm thickness. The material properties and tower geometry are given in table 5.2.

Table 5.2: Material properties and tower geometry

E; [GPa] 32.85
E, [GPa] 10.4

G12 [GPa] 2.595
Vi2 [-] 0.2735

Laminate layup [deg] [0, 45, -45, 90]¢
Thickness fraction [%] | [30, 7.5, 7.5, 5]
Mean diameter [m] 5.0
Thickness [mm)] 100, 200

In figure 5.4 the stresses in each individual layer in their respective material coordinate system of the included
method and the FEM results are shown. In the FEM solver, each layer is analyzed on the bottom, center and
top. The model solves the stress resultants only on the top of each layer. Only in-plane resultant stresses
are shown, whereas out-of-plane stresses are negligible small and can therefore be neglected. Maximum
difference between the FEM solver and the included method are within 0.2% and therefore it is concluded
that compressive force stress resultants are accurately determined.

t = 100 mm Compressive load t = 200 mm
4 : . ‘ ‘ ‘ 2 : ‘ : ‘ ‘
ol nEmEy | 1L [ ]
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o]} ; g il 00000 B of ———4 coodo B — 0, Model
E Sl i il E‘l‘ e . | | — oy Model
= -t S = . o — 735 Model
o Y 1 & 72 1|= = o FEM
_6 3 = o, FEM
= & 7, FEM
-8l 1 -4
—a—a L —a— L
_10 ‘ ‘ ‘ . ‘ ‘ ‘ _5 ‘ ‘ ‘ ‘ ‘ ‘ ‘
0.96 0.97 0.97 0098 0.98 0.99 099 1.00 1.00 0.92 0.93 094 0095 0.96 0.97 098 0099 1.00
R[] MR [-]

Figure 5.4: Compressive load of 1000 kN
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In figure 5.5 the results for a abending moment of 300 MNm are shown. Again, only in-plane resultant stresses
are shown, whereas out-of-plane stresses can be neglected. Although differences between the FEM model
and the included method are now larger (maximum of 0.9%), it is concluded that bending stress resultants
are calculated accurately for towers with these dimensions. The increased thickness does not influence the
accuracy.

2o t =100 mm Bending load t = 200 mm
200 |—=—m = 5 100 gm—=+—* -
80 8
1501 1 — o, Model
£ 100} = eor 11— o, Model
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=50} Loooo -20}
S
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Figure 5.5: Bending load of of 300 MNm

5.2.4. Buckling analysis

The composite tower will be loaded in bending and compression. However, to the knowledge of the author
only approximate expressions for a pure compression load do exist. As mentioned in [62], the maximum crit-
ical bending stress is more or less the same as the critical buckling stress due to an axial compression load.
Therefore, a simplified method analyzing the composite tower as cylindrical shells under uniform axial com-
pression is expected to be legitimate. Use is made of approximate solution for the critical axial compressive
load described by [63]. The solution is based on shallow shell theory using the the Kirchhoff-Love-type as-
sumption. Simply supported boundary conditions are used, which is a conservative choice. The following
assumptions using shallow shell theory and the Kirchhoff-Love assumption do hold [64]:

The shell is thin, implying that the thickness is much smaller than the other dimensions.
e Straight lines perpendicular to the mid-plane remain perpendicular after deformation.

¢ No transverse shear flexibility.

¢ The transverse normal stress o, is small compared to o, and oyg.

¢ The laminate is considered orthotropic (D13, D23, D31, D32, B3, B23, B3 and Bsp are zero).

The critical buckling load Ny as determined with equation 5.20 is the minimum that can be found for any
combination of axial halfwaves m (equation 5.21) and circumferential waves n (equation 5.22).

2
N 1 D1 B+ 2(D1y + 2Des) B2 4 Doy (218 + (e11 + €22 —2e33) 520 + erant + f—m)z 5.20)
=— + + + + )
0 B? np 2 &)1 2211 az P+ 2aro + ass) f2n? + annt
miu n
= — 5.21 =— (5.22)
B I ( ) n .

For non-symmetric laminates, the bending stiffness matrix D has to be modified according to equation 5.23.
Next to that, eccentricity terms e;; will have an influence as well, which are determined with equation 5.24.

D=D-BTA"'B (5.23) e=A"'B (5.24)
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The implementation of this buckling analysis method is verified with the example in the paper of Geier [63],
for which the exact same results are obtained. However, this example consists of a cylinder with a inner radius
of 250 mm, thickness of 1.25 mm and a length of 510 mm. To see if this buckling analysis method is valid for
composite towers with a length of approximately 100 meter, a diameter of 5 meter and thickness between 100
and 200 mm, a comparison will be made with the buckling analysis tool Finstrip in section 5.2.5.

5.2.5. Finstrip buckling comparison

To see if the analytical method is accurate enough for a tube with the dimensions of a tower and to identify
the differences between the implemented analytical solution for axial compression and the bending load
situation of the tower, a comparison will be made with the program Finstrip. In Finstrip, the cross-section
is divided in a finite number of strips to predict the initial buckling of prismatic beams for a given applied
compression and bending load [65]. The same tower configuration as described in table 5.2 will be used, with
a tower length of 100 m. The diameter to thickness ratio (D/t ratio) is varied between 25 and 150. In Finstrip,
engineering bending theory is used to calculate the critical buckling stress [65]. It must be mentioned that
this is not the actual stress in the layers but the stress for an isotropic material. To make a comparison with
the axial and bending load, the critical stress is compared. The results are shown in figure 5.6.

800 (;ritical t‘)uckling‘stress ‘
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— Finstrip bending
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Figure 5.6: Critical buckling stress

As can been seen, the critical stress found with Finstrip due to a bending load is higher than for a pure axial
compression load. This can be explained by looking at the buckling modes. The critical buckling modes for
an axial compression and bending load for a D/t ratio of 40 are shown in figures 5.7 and 5.8, respectively. The
buckling modes are different for these two load situations due to the fact that in a bending situation one side
of the tube is loaded in tension and therefore not prone for buckling.

Figure 5.7: Axial compression buckling mode for D/t = 40 Figure 5.8: Bending compression buckling mode for D/t =40

Comparing the approximate solution of Geier with the results of Finstrip, it can be seen that the approximate
solution underestimates the critical stress for a pure compression load. This underestimation grows bigger
for smaller D/t, with a maximum difference of 17% for a D/t of 25. However, as found in chapter 4, the bend-
ing moment is much larger than the compressive load and will have a bigger contribution to the buckling
load. For a D/t ratio of 150, the critical buckling stress for a bending load found with Finstrip is 12% higher
than the critical buckling stress for a pure compression load found with the approximate method. For a D/t
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ratio of 25, this difference grows to 30%. Therefore, the expression of Geier implemented in the parametric
model can be considered to be conservative for the buckling analysis of the composite tower and will result in
a conservative design. If the buckling criteria is found to be design driving, it is recommended to use a more
accurate method such as FEM to analyze the buckling load.

According to the design standard for wind turbine blades [35], analytical expressions for buckling analysis
can be used if an extra reduction factor of 1.5 is applied. Taking into account the other reduction factors due
to criticality of failure mode (1.08), long-term degradation (1.05), temperature effects (1.05), material and
production tolerances (1.1) and accuracy of load assumptions (1.2), the total reduction factor for the stability
analysis of the tower will then becomes 2.36.

5.3. Global buckling

Next to local buckling, the support structure might buckle as a whole due to the axial load on the top (the
mass of the RNA), known as global buckling. The critical global buckling load can be calculated with the
Euler buckling formula (equation 5.25).

_ Cn*Elyy
cr — L2
The factor C depends on the boundary conditions of the column, whereas a support structure can be con-
sidered one end free; one end fixed, as shown in figure 5.9. Since the support structure consists of a steel
and composite part, the bending stiffness ET will be different. Therefore, a weighted average, dependent on
length, will be used, as given in equation 5.26. The material factor for global buckling is 1.2 [32].

(5.25)

El L +EI L
El,, = mp+tpLlmp+tp tower Litower (5.26)
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Figure 5.9: Global buckling for a) both ends simply supported b) both ends fixed c) one end free; one end fixed d) one end simply
supported, one end fixed [11]



Optimization Module

In this chapter the optimization strategy and algorithm included in the parametric model will be explained.
This optimization algorithm will then be used to perform a sensitivity a sensitivity analysis on the load esti-
mation model, DAF and natural frequency estimation.

6.1. Optimization algorithm

The optimization algorithm used is a GA. This optimization algorithm is based on the natural selection pro-
cess of Darwinian evolution theory, in which a population (a predefined number of support structure solu-
tions) evolves into an optimal support structure through selection and generation of better solutions [4]. The
structure of this optimization algorithm is shown in figure 6.1. The different steps will be explained in more
detail.

Optimal
solution

Final
generation?

T l

New generation « Mutation « Crossover

Generate initial
population

Calculate fitness values Parents selection

Figure 6.1: Genetic algorithm

Generate initial population

The algorithm starts by creating an initial population with a predefined number of solutions by choosing ran-
dom initial values for the optimization variables within the given design space. The number of solutions in
the initial population should be at least ten times the number of optimization variables, such that solutions
across the complete design space are present [4]. However, to increase the possibility of finding a global op-
timum, this number is increased to 150 in this study. These assigned values of each optimization variable for
each solution are called genes.

The optimization variables used in the algorithm are shown in figure 6.2. The number of optimization vari-
ables is kept small such that the optimization will run for 8 hours as maximum. For the monopile, the opti-
mization variables are the bottom diameter Dy, bottom thickness #;,p,0 and top thickness #;,,p,1. The bottom
and top three meters are cylindrical due to installation requirements [13], while the remaining part is conical
with an angle §,,,. The transition piece has a constant thickness f;, and constant cone angle 6, over its

49
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entire length. The diameter of the tower is set by the bottom diameter and two cone angles of the monopile
and transition piece, and remains constant along its length because of production constraints. The tower is
optimized by varying the thickness at the bottom #;,,9, middle #;,,; and top #;,,2. The thickness variables
of the monopile top, tower middle and tower top are related to the bottom thickness of the monopile and
tower, as it is assumed that these thicknesses will not be bigger than the bottom thicknesses. Next to that, it
is assumed that the thickness of the transition piece will be smaller or equal to the monopile top thickness.
The thickness of the sections in between these thickness variables are calculated by linear interpolation.

tow,2

Tower —=

t(w,]

J— ttw,D
S
Transition piece t
r— tmp1
Smp
Monopile —

— — DD, tmp,n

Figure 6.2: Optimization variables

Fitness calculation

For all these solutions in the population, it will be checked how well it performs with respect to the objective
function (minimal mass of the support structure). This is called the fitness value. The function for the fitness
value is based on the fitness function described in [66]. The feasibility of all these solutions will be checked
by analyzing the constraint functions (natural frequency, yield and buckling constraints). If all constraints
are met, the fitness value of the solution equals the mass of the support structure. If one or multiple of these
constraints are not met, a penalty value will be assigned. The fitness value of the solution Fj, in this situation
equals the sum of all penalties times the mass of the support structure (equation 6.1).

Fyg=Ms-(1+ pf+ Pyielda + PHashin,t ¥ PHashin,c + Pbuck + Pgb) (6.1)

The first feasibility criteria to be checked is the natural frequency constraint. As already mentioned in chapter
2 the optimal tower design will have its natural frequency below the 1P area. This region is prone to wave
frequencies and therefore this frequency range has to be considered as well. The frequency of the support
structure has to be at least 10% lower as the lowest of these two excitation frequencies [10]. The frequency
penalty function py is given by equation 6.2.

0.0 if —— et 79
= 0'9(min(flp' Tﬂrimx )) (6.2)
Pr fnat ~10  if —— It 590 '

0.9(min(f1p,#))

max

The penalty function for the yield stress constraint for the monopile and transition piece will be analyzed
along a predefined number of cross sections. The yield stress penalty function on cross section i pyieia,i,
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based on 5.1 is given by equation 6.3. The penalty values which value are higher then zero will be stored in a
vector. The sum of this vector equals the penalty function for the yield stress constraint py;erq (6.4).

0.0 if el <1.0
. .= yie
Pyiela,i = O'Za?c'YM 1.0 if Um@‘YM >1.0 (6.3)
yield Oyield
Pyield =SUM | Pyield,1> Pyield,2 *** Pyield,n (6.4)

Since GFRP has different strength properties in tension and compression, both sides of the tower will be
analyzed for material failure. If a ply is loaded in tension, a penalty function pgspin ¢,; is assessed according
to equation 6.5. If a ply is loaded in compression, a penalty function pr4shin,c,; according to equation 6.7 will
be applied. Again, the penalty values will be stored in a vector, of which the sum equals the penalty value for
the failure criteria py4spin,r (equation 6.6) and pygsnin,c (equation 6.8).

0.0 it Pl <1.0
. o2 72
0.0 if YIFF((YI) ﬁ <1.0
PHashin,t,i = yp;;ol ~1.0 if }’F)};'[(Tl >1.0 (6.5)
o2 2, . o2 2,
YIFF( Tt )— 1.0 if YIFF( Tt E ) 21.0
PHashin,t = SUm [pHashin,t,lr PHashin,t,2 °*° PHashin,t,n (6.6)
0.0 it X7 <1.0
. o3 %
0.0 if YIFF W <= <1.0
PHashin,c,i = y,;),;-cgl ~1.0 if yFF.tgl ~1.0 (6.7)
3 %2 ; a3 7%2
YIFF ((YL‘)Z +< |- 10 lf YIFF ((YCJZ + < 10
PHashin,c = Sum [pHushin,c,l» PHashin,c,2 **° PHashin,c,n (6.8)

In equation 6.9, the penalty function for local buckling ppyck; on cross section i is shown. Just as for the
yield and material failure, the values with a value higher then zero will be stored in a vector. The sum of this
vector will equal the penalty function for the local buckling constraint py,.x (equation 6.10) Note that the
determination of critical buckling stress and material factor are different for the steel and composite part, as
discussed in chapter 5.

0.0 if ZmeM <10
Phuck Tmar¥M 10 if TmesdM > ©9
Pbuck = sSum [pbuckl »Pbucky,»  **°  Pbucky, (6.10)

The global buckling constraint is analyzed with equation 6.11. A penalty function pg, will be assigned if the
constraint is not met.

oo if <10 611
Pab= N 1 i I\KM>10 '

Parents selection, crossover and mutation

By a selection operator, a number of solutions will be chosen to be parents to make a new generation. This
number of solutions to be selected depends on the crossover probability, which is often set at 0.9 [4]. This
means that the best 90% of the population will be selected as parents. The 10% best solutions of the pop-
ulation will go to the next generation without modification. The remaining part of the next generation is
constructed by crossover and mutation [1] of the 90% best solutions of the generation. In crossover, two par-
ents are selected to make children. A single-point crossover [67] is used, in which a randomly chosen point
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divides the genes of one of the parents in two strings. One child is formed by taking the genes on the left hand
side of this point of parent 1 and the genes on the right hand side of this point of parent 2. The two parents to
form a child are chosen randomly from the selection.

After the crossover operation, the mutation operator may change one or more of the optimization variables
of a child randomly (within the design boundaries). This is done such that diversity is maintained within
the population [67]. The chance this mutation will take place depends on the mutation probability, which is
often set at 0.01 [4].

6.2. Optimization study

In this section, the optimization algorithm will be used to identify the design constraints of the support struc-
ture and to identify the limitations of the load estimation model. First, an optimization will be performed
using the load estimations of the parametric design model in section 6.2.1. In section 6.2.2 the effect of tower
top bending moment on the optimization is analysed, and in section 6.2.3 and 6.2.4 the sensitivity on damp-
ing ratio and frequency will be analysed. For this case study, the load cases for the offshore site of Borssele
III as described in section 4.4.4 will be used. The length of the monopile is assumed to go to water level (35.1
meter), while the transition piece and tower length have assumed values of 17.6 and 106.5 meter, respec-
tively. For the soil stiffness, the same soil conditions as used in section 3.3.3 will be used. The monopile is
considered to be slender. For the monopile and transition piece, S355 steel is used. For the composite tower
the material properties are given in table 6.1. These material properties were acquired with material coupon
tests at LM Wind Power. As mentioned previously, the number of optimization variables is restricted to re-
duce computational time, and therefore a fixed laminate layup [0,45,-45,90] ; with thickness fraction [30, 7.5,
7.5, 5] is used.

Table 6.1: Material properties

o [kg/m3] | E; [GPa] | Ez [GPa] | Gy2 [GPa] | vz [-] | X' [MPa] | X [MPa] | Y' [MPa] | Y® [MPa] | S [MPa]
1614.01 32.85 10.40 2.595 0.2735 754.0 484.8 62.5 150 38.8

The design boundaries for the previous described optimization variables are shown in table 6.2. The low-
est and highest support structure mass possible within this design space is 187.2 tonnes and 2183.7 tonnes,
respectively. These design boundaries are a first guess. If solutions tend to be found with variables on the
limits of the design space given, it is likely that the optimum is found outside this range, hence the design
space should be changed. Three optimization runs are performed with this initial design space, after which
the design space is altered for a fourth optimization run.

Table 6.2: Design space 1

Design variable | Design boundaries

Dy [m] 5.0 - 8.0

Imp,0 [Mmm] 50 - 120

Imp,1 [Mm] (0.5 - 1.0) tmp,0
ttp [mm] (05 - 1*0)’tmp,l

ttw,0 [mm] 50 - 200

ttw,1 [mm] (0.3 - 1.0) fw,0

fow,2 [mm] (0.3 - 1.0): fyuy1

Omp [deg] 0.0-1.6

O¢p [deg] 0.0-1.6

1Due to a misreading, 1614 kg/m3 was used instead of 1850 kg/m3 The results were analyzed with this higher density as well, resulting
in a slightly higher tower mass. The solutions still remain feasible.
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6.2.1. General optimization

This optimization run uses the load calculations as they are calculated in the parametric design model. First,
three optimization runs are performed using the design space given in table6.2, each analyzing 25 generations
of 150 solutions. The results of the three initial optimization runs are shown in 6.3. Each solution is different,
whereas the largest difference between the optimization results are the bottom diameters and cone angles of
the monopile and transition piece. The difference between the total mass of the best run (A1.1) and worst run
(A1.3) is less than 1%, and therefore it is expected that these solutions have to be close to the optimal solution.

Table 6.3: Optimization results

Design space 1 Design space 2a
RunAl.l | RunAl.2 | RunAl.3 Run A2.1

Total mass [tonnes] 728.1 729.8 730.8 706.1
Mp mass [tonnes] 374.4 385.5 3779 366.6
Tp mass [tonnes] 139.3 132.6 142.4 133.5
Tower mass [tonnes] 214.4 211.7 210.5 206.0
Frequency [Hz] 0.0535 0.0593 0.0502 0.0551
Dg [m] 5.64 5.62 5.05 5.39
Imp,0 [(mm] 87 93 96 88
Imp,1 [mm] 81 71 83 74
trp [mm] 69 60 71 62
trw,o [mm] 148 139 154 138
1w, [mm] 92 83 86 81
Itw,2 [Mm] 32 31 39 35
Omp [deg] 1.20 0.63 0.57 0.54
bp [deg] 0.39 0.77 0.59 0.72

In figures 6.3 and 6.4 the inner diameter and thickness distribution of the three optimized designs are shown,
respectively. The yield and buckling constraint violation along the support structure length are shown in
figures 6.5 and 6.6. These values should be below one, whereas an optimum is as close to one as possible.
The monopile and transition piece are design driven by the buckling constraint. The bottom of the tower is
limited by the yield constrained, while the upper part is more sensitive for buckling.
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Yield constraint Buckling constraint
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The fourth optimization run A2.1 is performed using the concentrated design space 2a given in table 6.4. The
result of this optimization run is added to table 6.3. For this optimization run, the support structure mass is
reduced with 3% compared to optimization run Al.1.

Table 6.4: Design space 2a

Design variable | Design boundaries
Dy [m] 5.0-6.0

Imp,0 [Mm] 70 - 100

Imp,1 [mm] (0.5-1.0)tmp,0
tp [mm] (0.5-1.0)tmp,1
tow,0 [mm] 120 - 160

ttw,l [rnrn] (03 - 1-0)'ttw,0
tew,2 [mm] (0.3 - 1.0) trw,1
Omp ldeg] 0.0-1.6

Oyp [deg] 0.0-1.6

In figure 6.7 a contour plot of the mass of optimization run A2.1 is shown, in which all optimization variables
are constrained except for the transition piece cone angle and tower bottom thickness. The mass of the sup-
port structure can be reduced by increasing the transition piece cone angle or reducing the tower bottom
thickness. These two variables are varied manually to find an indicative border for which no feasible solu-
tions can be found anymore. If the transition piece cone angle is increased above 0.75 degrees, the transition
piece and tower will violate the buckling and yield constraint, respectively. If the transition piece cone angle
is decreased, the tower bottom thickness can be reduced. However, this decrease in thickness is restricted by
the tower yield constraint, such that no feasible solutions with a lower mass with respect to the solution of
A2.1 can be obtained. From this it is concluded that for these two parameters and the other parameters fixed
an optimal solution has been found.
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Figure 6.7: Mass contour plot for optimization run A2.1

In figure 6.8 a contour plot of run A2.1 for the optimization variables Dg en §,,, is shown, together with the
optimum found in optimization run A2.1. As can been seen, these two optimization variables will have an
influence on the design constraints of the complete support structure. An increase in cone angle will violate
the monopile, transition piece and tower yield and buckling constraints. Without changing the other design
variables, the optimal solution would have been found at point A, with a cone angle of approximately 0.4 de-
gree and a bottom diameter of 5.25 meter. The mass of this solution is 700.7 tonnes, which is a reduction of
only 0.1% compared to solution A2.a and therefore negligible.
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Figure 6.8: Mass contour plot for optimization run A2.1

As said before, the remaining variables are not changed in these contour plots. However, for solution at
point B in figure 6.8, with a bottom diameter of 6.0 meter and cone angle of 1.2 degrees, the thicknesses can
be changed without violating the constraints. Due to the increased bottom diameter, the bottom monopile
thickness can be reduced to 78 mm. Due to the increased cone angle, the tower bottom and middle thickness
have to be increased by 1 mm each. This solution will have a mass of 700 tonnes, a reduction of only 1%
compared to run A2.1. From this it is concluded that multiple solutions can be found with approximately the
same mass.
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6.2.2. Top bending moment effect

As found in chapter 4, the maximum tower top bending moment of each load case is missing in the load
estimation model, leading to an underestimation of the maximum bending moment. To identify the effect
of this top bending moment on the mass, the optimization has been performed including the top bending
moments of the three load cases of Tower 2 as found in chapter 4, which were the average values found of the
three tower concepts. It must be mentioned here that this bending moment is multiplied by the load factor
of 1.35 as well. Again, initially three optimization runs are performed for which the results are given in table
6.5. The difference between the best (B1.1) and worst (B1.2) solution is 7%.

Table 6.5: Optimization results with tower top bending moment

Design space 1 Design space 2b
Run B1.1 | RunB1.2 | RunB1.3 Run B2.1

Total mass [tonnes] 965.2 896.6 915.1 848.6
Mp mass [tonnes] 478.1 443.2 453.2 415.7
Tp mass [tonnes] 197.4 167.9 167.1 169.4
Tower mass [tonnes] 289.7 285.5 294.8 263.5
Frequency [Hz] 0.0701 0.0646 0.0639 0.0604
Dg [m] 5.68 5.54 5.51 5.63
Imp,0 [mml] 113 107 114 97
Imp,1 [mm] 97 86 80 91

trp Imm] 94 80 78 85
trw,o [Mm] 179 172 183 179
trw, [mm] 110 124 106 105
Lrw,2 [Mm] 69 65 104 62
Omp ldeg] 1.13 0.74 0.52 1.28
O¢p [deg] 0.25 1.01 1.30 0.34

The natural frequencies of these initial three solutions are closer to the wave excitation frequencies of DLC
1.6 at cut-out (0.0794 Hz) and DLC 6.1 (0.0834 Hz) than the optimization solutions of run A, which induces
a higher loading on the submerged part of the structure. The loading on the submerged part of the support
structure of Runs A and Run B are shown in figures 6.9 and 6.10, respectively. As can been, the difference
between monopile loading for the obtained solutions is larger for runs B. Due to the increased sensitivity on
the DAF for support structures with a natural frequency closer to the excitation frequencies of the waves, the
optimization algorithm has more difficulty finding a (near-) optimal solution.
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Figure 6.9: Loading on submerged part of Runs Al.1 - A1.3 Figure 6.10: Loading on submerged part of Runs B1.1 - B1.3

For the fourth optimization run, the design space is concentrated to design space 2b as given in table 6.6.
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Since larger variation in mass of the initial three runs is present than for runs A, the number of generations is
increased to 35. The result is added to table 6.5. An additional mass reduction of 5% is achieved compared to

run B1.2.

Table 6.6: Design space 2b

Design variable | Design boundaries

Dy [m] 5.0-6.5

Imp,0 [Mm] 70-120

tmp,l [mm)] 0.5 - 1-0)'tmp,0
tp [mm] (0.5 - 1.0)- tmp,1

ftw,0 [mm] 120 - 200

tw,1 [mm] (0.3 - 1.0)- trw,0

ttw,2 [mm] (0.3-1.0)- trw,1

5mp [deg] 00-1.6

0¢p [deg] 0.0-1.6

The solution of run B2.1 is compared with the solution of run A2.1 to identify the effect of the tower top bend-
ing moment. As can been seen in figures 6.13 and 6.14, the increased loading (shown in figures 6.11 and 6.12)
is mainly captured by an increase in thickness. In figure 6.15 and 6.16 can be seen that the design driving
constraints along the structure do not change by including the tower top bending moment.
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Figure 6.11: Bending moment distribution of Run A2.1 Figure 6.12: Bending moment distribution of Run B2.1

Thickness distribution

Diameter distribution

160 . - 160 . .
— RunA2.1 Run A2.1
140} — RunB2.1|{ 140} — RunB2.1|{
120} 120}
— 100+ — 100+
£ £
£ sof £ 80
o o
L L
T e0f T 60
401 4 401
20} 1 20}
0 n L n 0 n n n L L L n
4.0 4.5 5.0 5.5 6.0 0.02 004 006 008 010 012 014 016 0.18
Inner Diameter [m] Thickness [m]

Figure 6.13: Inner diameter distribution Figure 6.14: Thickness distribution
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Yield constraint Buckling constraint
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The solution of run B2.1 has an increased monopile mass of 13%, transition piece mass of 27% and tower
mass of 27& compared to run A2.1. Therefore it can be concluded that the tower top bending moment has
significant effect on the mass of the support structure and should not be ignored in the determination of
maximum bending distribution.

6.2.3. Sensitivity on damping ratio

As found in section 4.4.5, the slope of the bending moment on the submerged part of the structure of the
production load cases for the flexible Towers 2 and 3 is overestimated compared to the Focus6 results. As
found in appendix D.2, the value of 5% damping ratio is on the conservative side and might be increased to
10% for production load cases. Therefore, new optimization runs have been performed with a damping ratio
of 10% for the two production load cases. The damping ratio of 2% for load case DLC 6.1 is not changed. The
results for the initial three runs using design space 1 and the fourth run using design space 2b are shown in
table 6.7.

Table 6.7: Optimization results for DAF of 10%

Design space 1 Design space 2b
Run Cl1.1 | RunCl1.2 | RunCl1.3 Run C2.1

Total mass [tonnes] 944.2 891.7 887.5 853.8
Mp mass [tonnes)] 472.6 424.1 483.1 413.4
Tp mass [tonnes] 199.3 160.8 157.4 167.1
Tower mass [tonnes] 272.3 306.8 247.0 273.3
Frequency [Hz] 0.0689 0.0614 0.0650 0.0582
Dy [m] 6.26 5.04 6.04 5.39
Imp,0 (mm)] 102 104 111 101
Imp,1 mm)] 93 94 87 91

ftp (mm] 92 79 72 86
ttw,o [Mm] 146 190 158 192
1,1 [Mmm] 100 117 89 115
Lrw,2 [mm] 80 108 60 65
Omp [deg] 1.59 0.41 1.12 1.08
Op [deg] 0.19 0.89 0.77 0.56
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In figures 6.17 and 6.18 the DAF for DLC 1.6 at rated and DLC 1.6 at cut-out wind speed of the four solu-
tions are shown, respectively. Next to that, the DAF for these solutions with a damping ratio of 5% are shown,
marked with a *. For the solution of run C1.1, which has its frequency closest to the wave excitation frequency
of DLC 1.6 at cut-out wind speed (0.0794 Hz), the DAF is decreased from 2.90 to 2.51. For the solution of run
C2.1, with its frequency most far away from the wave excitation frequency, the DAF is only decreased from
1.15 to 1.11. The differences for the DAF’s of DLC 1.6 at rated wind speed are negligible.
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Figure 6.17: DAF for DLC 1.6 at rated wind speed

Figure 6.18: DAF for DLC 1.6 at cut-out wind speed

The maximum loading distribution of the solution of run C1.1 does not change when the damping ratio is
increased from 5% to 10%, as can been seen in figures 6.19 and 6.20. DLC 6.1 remains the decisive load case
at the lower section of the monopile. In figures 6.21 and 6.22, the maximum loading distribution of D2.1
are shown for a damping ratio of 10% and 5% respectively. For this solution, DLC 1.6 at rated wind speed is
decisive at the bottom section, for which the loading hardly changes varying the damping ratio. The mass of
solution C2.1 is approximately the same as the mass of solution B2.1 and therefore it is concluded that the
increase in damping ratio for production load cases will have a negligible impact on the optimal solutions
found with the optimization module.
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6.2.4. Sensitivity on natural frequency

In chapter 3 it was found that the natural frequency is overestimated with approximately 5% in the parametric
design model. To identify the influence of this overestimation, optimization runs are carried out in which the
natural frequency is corrected with a 5% reduction. The results of the initial three runs using design space 1
and the fourth run using design space 2b are shown in table 6.8.

Table 6.8: Optimization results with frequency correction of 5%

Design space 1 Design space 2b
Run D1.1 | RunD1.2 | RunD1.3 Run D2.1

Total mass [tonnes] 914.7 848.4 883.9 805.6
Mp mass [tonnes] 478.8 435.7 445.7 398.8
Tp mass [tonnes] 155.2 149.7 167.1 154.5
Tower mass [tonnes] 280.7 263.0 271.1 252.3
Frequency [Hz] 0.0625 0.0625 0.0653 0.0584
Dy [m] 5.80 5.24 5.79 5.90
Imp,0 [mm] 118 106 101 87
tmp,1 (mm] 86 86 87 80
Itp (mm] 74 67 76 72
Lrw,o [mm] 176 147 177 168
ttw,1 [mm] 108 91 89 95
ttw,2 [Mm] 74 80 73 62
Omp ldeg] 1.10 0.23 0.88 0.98
6¢p [degl 0.69 0.66 0.65 1.05

For all solutions found, the natural frequency constraint would be met as well if the frequency correction of
5% was not applied. However, as found in section 6.2.2, this frequency correction has an effect on the DAF
and therefore the loading as well. The DAF for DLC 6.1 for all solutions are shown in figure 6.23. The DAF
for D1.1 is the same as D1.2 and therefore not shown. Next to that, the DAF’s for these solutions if frequency
was not corrected are plotted, marked with a *. For Run D1.3, with a natural frequency closest to the wave
excitation frequency, the DAF is increased with 34% from 1.57 to 2.10. The DAF of D2.1, the solution with the
lowest natural frequency, the DAF for DLC 6.1 is increased with 24% from 0.96 to 1.19.
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Figure 6.23: Dynamic amplification factor for DLC 6.1

This increase in DAF for solution D1.3 leads to an increase of root bending moment of 10%, as shown in
figures 6.24 and 6.25. The root bending moment of solution D2.1 is only increased by 4%, as shown in figures
6.26 and 6.27, respectively.
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Figure 6.24: Bending moment distribution for Run D1.3
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Figure 6.26: Bending moment distribution for Run D2.1
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Figure 6.27: Bending moment distribution for Run D2.1*

Due to this increase in maximum loading, the solutions become unfeasible since the monopile buckling con-
straint will be violated. Therefore, the solutions found with the natural frequency correction would not have
been found otherwise. The overestimation of natural frequency will have more effect on feasible solutions
found with a natural frequency close to the wave frequency, for which the DAF is increased more intensively
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than for solutions with a frequency relatively far from the wave excitation frequency. The correction of 5%
lower natural frequency does not necessarily lead to solutions with a significant lower support structure mass,
but it will more importantly increase the number of feasible solutions with a natural frequency more close to
the wave excitation frequency.

6.3. Conclusion

The optimization module can be used to find multiple feasible solutions with a negligible mass difference for
a preliminary design phase. The chance of finding an optimal solution is increased by restricting the design
space. The tower top bending moment has significant influence on the mass of the optimal solution, and
can therefore not be neglected. Care must be taken if only feasible solutions can be found near the wave
excitation frequencies, since the frequency overestimation might lead to an overestimation of the loading on
the lower part of the monopile. With a less conservative value of damping ratios for production load cases,
no better solutions will be found whereas DLC 6.1 or DLC 1.6 at rated will be decisive along the structure.
The optimization algorithm tends to find a solution with a lowest frequency possible, such that DLC 1.6 at
rated will be the decisive load case along the support structure, except for the top. However, in chapter 4
it was found that the bending distribution of DLC 6.1 was underestimated in the load estimation model for
flexible support structures and should therefore be examined in more detail before it can be concluded that
this parametric design and optimization module can be used for preliminary designs.



Conclusions & Recommendations

In this chapter, the most important conclusions of this research are discussed. Also recommendations for
future work will be provided.

7.1. Conclusions

The goal of this thesis project was to develop a parametric design model with optimization module for a
composite wind turbine tower with monopile foundation for offshore wind turbines. From this research, the
following conclusions can be drawn:

¢ Theload estimation model uses a quasi-static load analysis method to determine the maximum loading
along the support structure. Three load case have been used: DLC 1.6 at rated wind speed, DLC 1.6 at
cut-out wind speed and DLC 6.1. If the tower top bending moment is included in the load estimation
model, the calculated maximum bending moment distribution will appear to be situated between the
average and the maximum loading as obtained with time-domain simulations for a very stiff support
structure.

¢ For flexible support structures, the maximum load estimation is less accurate since dynamic interaction
between turbulent wind and wave loading will influence the loading distribution. This is not consid-
ered in the quasi-static load model. This dynamic interaction is highest for DLC 1.6 at cut-out wind
speed and DLC 6.1, in which the wave excitation frequencies are close to the natural frequency of the
support structure. For a flexible support structure, a deviation of approximately 25% has been found
between the load estimation model and the results of the time-domain simulations for DLC 6.1. The
latter might be the dominant load case along a significant part of a flexible support structure.

¢ In the load estimation model, the time instant of maximum wave loading has been used for the load
analysis. However, time-domain simulations have shown that this time instant is not necessarily equal
to the time instant of maximum loading along the complete support structure. This causes the slope
in a graph of the bending moment distribution to be larger along the submerged part of the support
structure than found with the time-domain simulations.

¢ Inthe parametric design model, the yield and buckling constraints of the steel part of the support struc-
ture are analyzed using design standard methods. Since these are not valid for composite structures,
however, stress analysis methods for composite risers have been used in the parametric design model.
These methods were compared with FEM stress analysis and appeared to be applicable for large com-
posite tubes. An approximate solution for pure axial compression has been used for buckling analysis,
which gives conservative results compared to semi-analytical buckling analysis for a bending moment
using Finstrip.

¢ QOverall, the optimization module using a genetic algorithm can be used to determine multiple (near-)
optimal solutions with approximately the same mass. The design of the monopile, transition piece and
the top of the tower is driven by the buckling constraint, whereas the design of the lower part of the
tower is driven by the yield constraint.

63



64

7. Conclusions & Recommendations

* If the tower top bending moment is taken into account in the maximum loading distribution, the op-

timization module finds solutions with a mass increase of approximately 20%. Therefore, it is obvious
that the maximum tower top bending moment loading can not be omitted in the preliminary design
phase.

The genetic algorithm tends to converge to a solution with a natural frequency to be as low as possible,
such that the dynamic amplification of the wave loading is minimzed. Hence, DLC 1.6 at rated wind
speed will be the dominant load case. However, as mentioned before, DLC 6.1 is underestimated along
a substantial part of the length of a flexible support structure and therefore the maximum loading might
be underestimated.

7.2. Recommendations
To improve the accuracy of the parametric design model for a preliminary design phase, the following rec-
ommendations are given for future work:

The fatigue constraint has not been implemented in the parametric model, although this might be a
design driving factor. Without the need of computationally demanding time-domain simulations and
detailed turbine data, simplified methods in the frequency-domain can be used. However, for the SN-
curve of composite materials, apart from the number of cycles for a certain stress range, the mean stress
of aload case should be determined as well.

The optimization module converges to a solution in which DLC 1.6 at rated wind speed is the dominant
load case, whereas it has been found that DLC 6.1 was underestimated for flexible support structures
compared to the time-domain simulations. To identify the accuracy of the load estimation model, the
optimal solution found should be compared with time-domain simulations as well. f DLC 6.1 is indeed
the dominant load case, a more accurate load prediction method for flexible towers for this load case
should be found.

The soil factors used in the determination of the soil stiffness show a large variation, which will have an
impact on the natural frequency of the support structure. Since the natural frequency of the support
structure has an influence on the loading, too, a sensitivity study on these factors needs to be made.

The optimization algorithm is designed such that it finds a solution with a minimal mass. However, the
price of steel and composite materials are not equal, and therefore the lightest support structure will
not necessarily be the cheapest. Next to material costs, installation and maintenance will have an effect
as well on the levelized cost of energy, and these factors should be taken into account as well to find the
optimal design in terms of costs.



Composite Tube Properties

In this appendix, the Lekhnitskii stress solutions for a homogenized composite tower and the the method for
the determination of the elastic properties of the composite tower are described.

A.1. Lekhnitskii stress solution parameters

In this section, the description of the parameters used in the stress solutions of Lekhnitskii (equations 5.10
and 5.11) are given [58]. The parameters used for the stress determination due to an axial force are given by
equations A.1 - A.3. The parameters used for the stress determination due to a bending moment are given by
equations A.4 - A.7.
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A.2. Lekhnitskii coordinate transformation

In this section, the derivation from the compliance matrix of a unidirectional ply to the coordinate system
of Lekhnitskii is given. For an unidirectional ply, transverse isotropy can be assumed, by which the general
strain stress equation is given by equation A.8 [61].

1 —Vi2 —Vi2

al &, & & . o o
62 ?VIZ _%3 ? 0 0 0 02
— ||| ®m E 03
e] = [S][o] = yos| = 0 0 0 GLzs 0 0 . (A.8)
Y13 0 0 0 0 GLH 0|73
Y12 0 0 0 0 0 [T
L Glzd

The reduced compliance matrix [§”] for each layer, which has a fiber angle ¢ with respect to the global z
coordinate is determined with equation A.9, in which [T] is the transformation matrix, given in A.10.

891 = s)T] (A.9)
cos? ¢pt¥) sin? ¥ 0 0 0 2sing® cosp?
sin? ¢ cos? ¥ 0 0 0 —2sin¢” cosp¥
0 0 1 0 0 0
[Tl = 0 0 0 cos¢p® —sing® 0 (A.10)
0 0 0 sing®  cosgp® 0
_sin(p(z) cos¢(z) singb“) COS([)(’) 0 0 0 cos? ¢(l) —sin? (P(l)

Lekhnitskii uses a different coordinate system. Therefore, the reduced compliance components ag? have to
be transformed to this coordinate system using equation A.11, where [P] is the transformation matrix as given
in equation [59].

aﬁ’f aﬁ’z) aﬁg a&) 0 0
BGEBD .
S0 = pisPie= [ Y % 0 ) (A.1D)
A1y Gy A3y Gyy (()i) (()i)
0 0 0 0 ag; asg
0o 0 0 o0 a¥ al

0 01 00O
01 0 0 0O
1 0 0 0 0O
Pl = 0 0 0 0 01 (A.12)
00 00 1 O0
0 001 0O

A.3. Homogenized constants

In this section, the homogenized elastic constants for the composite tower are determined using the method
of Sun [58]. Next to the reduced compliance terms of each _individual layer in the Lekhnitskii coordinate
system aﬁ.’.) (equation A.11), the in-plane elastic constants dlg;) are required for each layer, determined with
equation A.13.

-1

2 3 : y 2 24
dD a0 40| =|a) & a0 (13)

A a d;iz] [

. : 1| T |93 33 Gz
) o) al] ) ol
From these compliance terms and elastic constants for each individual layer terms the elastic constants for
a homogenized cylinder can be determined with the method of Sun. The elastic stiffness in longitudinal

direction E, and Poisson ratio v g are determined with equation A.14 and A.16, respectively.
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n . .
E;=Y AD@l) —dQv,g) (A.14)
i=1
t(i)d(i)
Vi = —n Tl (A.15)

The Poisson ratio’s in thickness direction v, and v, 5.4, radial stiffness E, and circumferential stiffness Ep
are determined with equations A.16, A.19, A.17 and A.16.

n . . .
o= 1DV - DY) (A.16)
v2 7!
_ (szZ . ﬂ) (A17)
E;
2 -1
Eg=|By+ 22 A.18
0=|B2 E. ) (A.18)

(A.19)

VzrV
vrg = —Er (C()BZ + M)

z

A number of new parameters are introduced in these equations. The terms D;il) and Déil) for each layer are
given by equation A.20.

D(l) délz)a(” d(l)a(l) d(l)a(z)

D(l) d(l) (t) dé?d(l) d(l)a(l) (4.20)

The parameters By (equation A.22), B; (equation A. 23) By (equation A.24) and Cy (equation A.25) are de-
ducted from the reduced compliance components ﬁ , provided with equation A.21.

(@) @)
alla
W - 0 _ 2371
ﬁ =4 ) (A.21)
33
no ﬁ(” 0 _ pli) gld) ﬁ(” () _ p) gl)
B :Zcm( (i) 11ho1 _ g 14 2?) A2
i ) (l) (@) g0 [0) (l) (i) g0
=1 ﬁ ﬁ 24F24 ﬁ ﬁ 2424
" ) plD)
1 1
Bi=) CUB)} (A.23)
i=1
n C(i)
B, Z% (A.24)
2 i=1 By 24P24
n CO (ﬁ(z) @ _ gl (z))
CO_.Z @) g) _ p) gld) (A.25)
=1 22P44 ~ P24 P2y

The geometric parameter C”) (equation A.26) depends on the inner and outer radius of each layer, and the
parameter k. This parameter k is an indication of transverse isotropy of the homogenized cylinder. Since the
properties of the homogenized tube are not known at this point, Sun introduced a nonlinear equation (A.27),
which can be solved with the root function in Python.

k k
. C: —C.:
cW="t1 L A.26
Lo (A.26)
B -B
fy=k-c2-—_2=9 (A.27)

B;
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Finally, the three shear moduli Gy, G, and G,¢ are obtained with equation A.28, A.29 and A.30. In these
equations, Gﬁ’z) and Gi’e) are shear moduli of layer i. Since transverse isotropy is assumed for an individual

layer, G(,iz) = Gp,. The parameter ng) is determined with equation A.31.

ncig =€ 0
Goz=) ——+ Q’ (A.28)
i1 1-c¢
1 n In(<E)
= -5 (A.29)
Grz i=1 ln( ) Gl
1 i( 1 1 (A30)
Grg 1- czl 1 sz CH_1 Gilﬂ) '
(i)
Q) =— P (A.31)

ﬁ(l)ﬁ(l) ﬁ(l)ﬁ(l)

The developed model for the determination of the elastic constants of the composite tower is verified using
an example described in [58]. A carbon/epoxy ply is used with a [0/90/0] laminate layup, each layer 10 mm
thick. The inner and outer radius of the tube are 20 mm and 50 mm, respectively. The mechanical properties
of the carbon/epoxy ply and homogenized elastic properties listed in table A.1. The Poisson ratio’s are given
in opposite direction as determined, and are interchanged using equation A.32 [58].

Table A.1: Homogenized tube properties

Carbon/epoxy ply [58] Ref [58] | Model
E; [GPa] 138.0 E, [GPa] 14.94 15.06
E, [GPa] 14.5 Ep [GPa] 55.91 55.91
E5 [GPa] 14.5 E, [GPa] 97.12 97.12
Go3 [GPa] 5.86 Gy, [GPa] 5.86 5.86
Gi3 [GPa] 5.86 G, [GPa] 5.86 5.86
G12 [GPa] 5.86 G, [GPa] 5.86 5.86
Vo3 [-] 0.21 Voz [-] 0.031 0.031
Vi3 [-] 0.21 Viz [-] 0.035 0.035
viz [-] 0.21 Vg -] 0.059 0.059
Yip _ it (A.32)
E; Ej

A.4. Bending stiffness
The bending stiffness of the composite tube is determined with the prescribed method by Chan [41], in which
the following assumptions are made:

¢ An infinitesimal element of the tube is considered as a plate, as shown in figure A.1. The effect of
curvature is neglected.

¢ Thin walled: Higher order thickness terms are neglected.

The bending stiffness El.rr of the composite tube can be determined with equation A.4, in which dj; is the
(4,4) element of the inverse [ABD] matrix.
Elypr= !
eff = dll

These stiffness matrices can be determined with equations A.33, A.34 and A.35. In these Equations, the [A],
[B] and [D] terms are the ABD matrix of a composite plate, determined with classical lamination theory.

A= 2m _ Dinner 1t
= [A]-RdO =[A]-| ——+ | 27 (A.33)
0 2 2
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B _ 2 _ Dinner r
= ([Bl+ R-cos(6)[A])- RdO = [B] - — + 3 27 (A.34)
0
_ 2m
D:f (ID]+2R-cos(0) - [B] + (R-cos(0)*[A]) - RdO =
0 (A.35)

D; t D; )3
[D].(M_,__).gn_,.n(ﬂ_,._) 4]
2 2 2 2

Figure A.1: Plate element of composite tube [41]






Timoshenko Mass and Stiffness Matrices

The stiffness matrix of a beam element K¢ with three degrees of freedom at each of the two nodes can be
separated into four stiffness matrices [11, 68]:

K°=Kp+K{ +K{ - Kg (B.1)

These five matrices are determined using Timoshenko beam elements. The element bending stiffness matrix
is given by:

l
K;= fo B, EIBydx (B.2)

The translational stiffness matrix is given by:

I
Kf= f B:"EABdx (B.3)
0
The shear stiffness matrix is given by:
_ l
K¢ = f B;"kGABdx (B.4)
0
The geometric stiffness matrix is given by:
_ l
RS = f PB," B,dx (B.5)
0

Here is P the load on the element due to the weight of the RNA and the weight of the structure. The B terms
are derivates of the shape functions, provided later on in this appendix. The element mass matrix consists of
a translational and a rotary inertia part:

M® = M¢ + M¢ (B.6)

The translational mass matrix is given by:

_ ! !
M; = f Ny pANydx +f N, pAN,dx (B.7)
0 0
The rotational mass matrix is given by:
_ !
M, = f No T pINgdx (B.8)
0

The shape functions for a two degree of freedom Timoshenko beam element, including a lateral and rota-
tional displacement, have been given by [69]. To include the axial displacement, shape functions of a bar
element as provided by [11] have been added. The shape functions for the axial displacement u are given by:

71
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Ny=I[Nu, Ny, Nuyy Ny Nus Nyl (B.9)
Ny =1-¢ (B.10) Ny, =¢ (B.13)
Ny, =0 (B.11) Ny, = (B.14)
Ny, =0 (B.12) Ny, =0 (B.15)

The shape functions for the lateral displacement v are given by:

N, = [Nl/] Nl}g NU3 Nl}4 Nv5 NV@] (B.16)
Ny, =0 (B.17) Ny, =0 (B.20)
1-30%+203+(1- 302 -2+
N,, = Cratra-0¢ (B.18) Ny, = S Sl { (B.21)
1+¢ 1+¢
-2+ %+ (-1 2+ - -l
g 519 U S Sl 0} 52
1+¢ 1+¢
The shape functions for the rotational displacement 6 are given by:
Ng=[Np, Ns, Ny, Np, No. Np,] (B.23)
Np, =0 (B.24) Np, =0 (B.27)
6(—¢+? 6(( -2
9, = L() (B.25) N05 — M (B.28)
I1+¢) 11+¢)
1-40+30%+(1- —20+3(%
No, = (+3+A-0¢ (B.26) No, = “20+30 409 (B.29)
1+¢ 1+¢
The shear parameter ¢, shear correction parameter k and nondimensional coordinate { are given by:
_— (B.30) (=7 (B.31)
~ kGAI? ' ! '
. 6(R%+R2)*- (1+v)? 532
B 7R} +34R7R% + 7R, +v (12R} + 48R7R5 + 12R;) + v2 (4R} + 16RZR5 + 4Ry '
And the derivatives of the shape functions are given by:
0
By =—Np (B.33)
0x
B; = 9 (B.34)
o '
0
Bs=—N,— Ny (B.35)
0x
0
B,=—N, (B.36)
0x

The resulting matrix terms for the rotational and lateral displacements are taken from [68, 70] () (), For the
translational terms, the matrix terms as given in [11] are used. The derivation of these matrices is checked.

0 0 0 0 o0 0
0 12 61 0 -12 61
oo EI 0 6] @4+2p+¢I2 0 -6l (2-2p—¢p?)I? B37)
b Ba+g¢)2 |0 0 0 0 0 0 )
0 -12 -6l 0 12 -6l
0 6l @-20-¢2 0 -6l (@d+2p+¢2)2

1 . . . . o EI EI
In [68] a typo is made in the bending stiffness matrix: Za+g? should be Barp? ,
2The M' £(3,6) and M¢ (6,3) matrix elements have a typo in [68], there should be a — sign in front of the term % according to [70]
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Where the radius of gyration ry is given by:

oo o oo o
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2
)12
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Lta+¢?
0
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—21 2
0 0
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S 20 +¢? —%lz
1 2 ¢, 972
~10! (5+6+T12)!
0 0
9 3¢ ¢ 13,30 ¢
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(B41)
0 0
13, 70, 92 1, g ¢?
BTt 3 ‘(m*ﬁJfT;l
1, e, ¢? 1 o )2
*(m*m*ﬂ)l (m*m*ﬁl
0 0
6 1_9
-8 (To—j)lz
1_¢ 1,9 _¢°\2
(-l (gl (B.A42)
0 0
6 1 _¢
5 ~o~2)!
(H-9r E+L9e
(B.43)






Elaboration on Hydrodynamics

In this appendix the coefficients used for the 5th order Stokes wave theory are provided, together with the
derivation of the other kinematic terms. Next to that, the drag and inertia coefficient are provided.

C.1. 5th Order Stokes wave theory

The coefficients used for the 5th order Stokes wave as used by Fenton [47] are given in figure C.1.

Ay = 1/sinh kd
An = 35%/12(1 - 5]
As = (—4 - 205+ 105* — 135"/[8 sinh kd {1 — 5)°]
Ay = (25" + 115%/[8 sinh kd (1 — 5]
Ao =(125-145%— 26457 — 455° — 135%)/[24(1 - 5)9]
Ay = (105" - 1745% + 2915° + 278 5% /[4B(3 + 251 — 5]
Ag = (~1,184 + 325 + 13,232 5% + 21,7125 + 20,9405* + 12,554 5" — 5005°
— 3,34157 —~ 6705%)/[64 sinh kd (3 + 25)4 + §)(1 — 5]
Ag = (45 + 10552 + 1985* — 1,3765* — 1,3025% — 1175* + 585%)/
" [32sinhkd (3 + 25)(1 - 5)] '
Age = {—65% + 2725% — 1,5525" + 8525° + 2,0295" + 4305")/
16 sinh kd (3 + 2534 + 8)(1 — 5]
By = coth kd (1 + 28)/[2(1 - 58]
By = =3(1 + 35 + 3587 + 25%/[B(1 - 5¥
By =cothkd (A — 265 — 18257 — 2045° — 255% 4+ 265%)/[6(3 + 25)(1 = §)]
B, = coth kd (24 + 925 + 1225 + 665" + 67 5% + 345°)/[24(3 + 25)(1 = 5]
By = 9(132 + 175 ~ 2,2165% ~ 5,8975° — 6,2025% — 2,6875% + 1945°
+ 46757 + B25%)/[128(3 + 25)d + S)(1 — )]
B = 5(300 + 1,5795 + 3,1765 + 2,9495% + 1,1885" + 6755° + 1,3265°
+ 82757 + 1305%/[384(3 + 25)(4 + 5)1 - 5)]
C. = (tanh kd)*?
C; = (tanh kd)'™ (2 + 75%)/[4(1 - 5)]
C, = (tanh kd )" (4 + 325 — 11652 — 4005 — 715° + 1465 /[32(1 — 5)7]
D, = ~{coth ki}*/2
D, = (coth kd)"* (2 + 45 + 5% + 258%/[8(1 — 5"
E, = tanh kd (2 + 25 + 55%),/[4(1 = §¥]
E, =tanh kd (8 + 125 — 15257 — 30857 — 425" + 775%/[32(1 - )7

Figure C.1: Fenton coefficients, with S = cosh™! (kd) [71]!

'n [71] a correction was made for the Ass5 coefficient
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76 C. Elaboration on Hydrodynamics

The total derivative of the wave velocity is given by equation C.1 [49]. The derivation of %, v, g—’; and g—’z‘ is

given in equation C.2, C.3, C.4 and C.5, respectively.

Du ou ou ou

E—E-Fua*'l/& (C.1)

a(x,z,t)=

0
6_1; =Cy \/%[w(elAn +¢3 A31 +€° As1)cosh(kz)sin(0)

+4w(€® Ay + €* Agp)cosh(2kz)sin(20)
+9w(e® A3z + €2 Asz)cosh(3kz)sin (20)
+16we* Agycosh(4kz)sin(460)

+25we” Asscosh(5kz)sin(50) ]

(C.2)

0
V= 6—3 =C \/%[(elAH + €3 As1 +€® Asp)sinh(kz)cos(0)

+2(e2 Ao + et Ayo)sinh(2kz)cos(20)
+3(€3 A3z + € As3)sinh(3kz) cos(30)
+4¢€* Agysinh(4kz)cos(46)

+5€° Asssinh(5kz)cos(50) |

(C.3)

ou .
e —Coy/ gk[(e' A1y +€® A3) +€® Asy)cosh(kz)sin(6)

+4(€% Ago + €* Agp)cosh(2kz)sin(20)
+9(€3 As3 + €° As3)cosh(3k2)sin(36) (C4)

+16€* Agqcosh(4kz)sin(46)

+25¢” Asscosh(5kz)sin(50)]

ou .
P Coy/gk[(e' A1 +€® Agy +€® As)sinh(kz)cos(6)

+4(€% Ago + €* Agp)sinh(2kz) cos(20)
+9(€% Ass + €3 As3)sinh(3kz) cos(30) €5

+16¢* Ayysinh(4kz)cos(46)

+25€° Asssinh (5kz)cos(50) |

C.2. Wave kinematics verification

The implementation of the wave kinematics into the parametric design model is verified using the wave kine-
matics tool developed by Fenton [72] is used. This tool can be used to calculate the wave kinematics for sev-
eral wave theories, including 5th order Stokes theory. The output of the program consists of e.g. the surface
elevation, horizontal velocity and acceleration terms for one half wave period, as derived above. These are
non-dimensionalized by mean water depth d and gravitational acceleration g. In table C.1, the dimension-
alized values of Fenton and the results of the parametric model for the surface elevation, horizontal velocity
and acceleration at surface level are given, for the DLC 6.1 load case described in chapter 4. The wave period
is increased to 12 seconds, such that, such that the time steps used in Fenton corresponds to 0.5 seconds.
Only a significant difference is found at 2.5 seconds for the surface elevation. This is due to the fact that dif-
ferent values near zero will have a relative high error. Comparing the absolute values, only a difference of 0.05
m is found, which is acceptable.
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Table C.1: Wave kinematics verification

Elevation [m]

Hor. Velocity [m/s]

Hor. Acceleration [m/sA2]

Time [s]

Fenton Model

[%]

Fenton Model [%]

Fenton Model [%]

0

0.5
1

1.5
2.0
2.5
3.0
3.5
4.0
4.5
5.0
5.5
6.0

10.6353  10.6948
9.6841 9.6982
7.2622 7.2093
4.3349 4.2932
1.7199 1.7487
-0.3194 -0.2600
-1.8989  -1.8998
-3.1871  -3.2446
-4.2050  -4.2335
-4.9210 -4.8782
-5.3598  -5.3095
-5.5914  -5.6085
-5.6651  -5.7252

0.6
0.2
-0.7
-1.0
1.7
-19.0
0.0
1.8
0.7
-0.9
-0.9
0.3
1.0

7.9958  8.0129 0.2
7.2295  7.2337 0.1
5.3943 5.3848 -0.2
3.3345 3.3303 -0.1
1.5383 1.5374 -0.1
0.1113  0.1097 -1.4
-0.9594 -0.9587 -0.1
-1.7257 -1.7228 -0.2
-2.2676  -2.2665 -0.1
-2.6535 -2.6562 0.1
-2.9226  -2.9250 0.1
-3.0859 -3.0843 -0.1
-3.1397  -3.1371 -0.1

0.0000  0.0000 0.0
-1.7222 -1.7224 0.0
-2.8211  -2.8133 -0.3
-3.1419 -3.1348 -0.2
-2.9316  -2.9340 0.1
-2.4609 -2.4637 0.1
-1.9140 -1.9134 0.0
-1.4218 -1.4214 0.0
-1.0395 -1.0393 0.0
-0.7486  -0.7477 -0.1
-0.5003 -0.5001 0.0
-0.2550 -0.2554 0.2
0.0000  0.0000 0.0

The differences between surface elevation, wave velocity and acceleration between the wave generated with
Focus6 Streamfunction and the 5th order Stokes theory used in the parametric model for the same wave
parameters as described above is shown in figures C.2, C.3 and C.4, respectively. In Focuss, it is recommended
to use at least a Streamfunction with order 11 [44]. The differences are found to be negligible.

Surface elevation

— Streamfunction
- - Model

6 8 10

Time [s]

Figure C.2: Surface elevation

Wave velocity

12

— Streamfunction
- - Model

8 10

Time [s]

Figure C.3: Wave velocity at crest height

12
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Wave acceleration

\
—== —  Streamfunction
- - Model

2 4 6 8 10

Time [s]

Figure C.4: Wave acceleration at crest height

C.3. Wave drag and inertia coefficient

The drag Cp and inertia C,, coefficient for waves are determined differently for different design standards
[48]. The GL [73] and DNV standard [32] are outlined in this section.

12

In the DNV standard, the drag coefficient Cp is dependent on the relative roughness Cps and a wake ampli-
fication factor ¥, as given in equation C.6 [46]. The relative roughness is determined with equation C.7 and
the wake amplification factor can be read of from figure C.5. For relative roughness values inbetween smooth
and rough, linear interpolation can be used. New uncoated steel and painted steel can be assumed to be

smooth. In the case of marine growth, the surface roughness k, has a value between 0.005-0.05.

Cp,p=Cps-y¥
0.65 for k, /D, <107* (smooth)
29+4log 5.
Cps = ——2 for 1074 < k, /D), <1072
1.05 for k; /D), = 1072 (rough)
20 T T T T T T T T T T T
B N S S Y A S SOV S SO S
S I A R R R B
I I I ] i ] I I
| 1 | 1 | 1 1 |
141 S e S e
12 4 ,“E‘——,;Ig_ﬂ,_%,,1,_:}‘,,,:,,,}77%77 — Smooth
L e B
{ | 1 | 1 | 1 1 | R Rough
e e e A e
06 fH-S1 414~ R S R I B e e
's | I | I | I I |
OATA
02—t T
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1
T
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Kc/Cos

Figure C.5: Wake amplification factor [32]

(C.6)

(C.7)

The inertia coefficient C,, is used for the determination of the inertia part of the wave loading. The value
of the inertia coefficient differs per load case and is determined with equation C.8. The Keulegan-Carpenter
number (KC) is determined with equation C.9. Here is 1,4, the maximum wave velocity at still water level.

2.0
Cm=
max[2.0 — 0.044(KC—3); 1.6 — (Cps — 0.65)]

UmaxTp
Dy

KC=

for KC< 3.0
for KC > 3.0

(C.8)

(C.9)
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In the GL guideline, only a distinction is made between a smooth and rough cylinder and Reynolds number
(R,), as can been seen in table C.2. The Reynolds number is determined with equation C.10 [73].

UmaxDp
Ro=—— C.10
7 15-1075 (C.10

Table C.2: Drag and Inertia coefficient according to GL [73]

Smooth cylinder | Rough cylinder
Reynolds number | Cp , Cm Cp,p Cm
<2-10° 1.2 2.0 1.2 2.0
>2-10° 0.7 2.0 1.1 1.6

Since it is hard to integrate the graph of the DNV guideline into the parametric model, for simplicity the
default values for Cp and C,, of the GL guideline will be used. Considering the Borssele DLC 6.1 wave, the
Reynolds number is larger than 2-10°. For simplicity, it will be assumed that no marine growth is present and
that the values of a smooth cylinder will be valid along the complete monopile structure. The sensitivity of
this choice on maximum loading along the monopile is left for future work.






D.1. Eigenmodes

Focusb6 Results

In table D.1 the frequencies of the eigenmodes of the three tower concepts as described in section 4.4.2 de-
termined in Focus6 are summarised. The first two fore aft bending mode shapes for the three tower concepts

are plotted in figures D.1 and D.2, respectively.

Table D.1: Natural frequencies of Tower concepts

1st fore-aft [Hz] 2nd fore-aft [Hz] 1stside-side [Hz] 2nd side-side [Hz] 3rd side-side [Hz]
Tower 1 2.2588 7.4385 0.9173 2.2651 7.4631
Tower 2 0.1198 0.8951 0.12039 0.92055 0.95814
Tower 3 0.0704 0.5817 0.0708 0.6225 0.9211
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Figure D.1: First bending mode shape
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Figure D.2: Second bending mode shape
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D.2. Damping

In this section, the damping ratios for the three tower concepts as described in section 4.4.2 are estimated.
Two load cases will be analyzed; a step wind from 25 m/s to 20 m/s and a step wind from 10 m/s to 7 m/s, in
which the turbine will be operational. The wind speed over time is shown in figure D.3. In figures D.4, D.5 and
D.6, the tower top acceleration for the three tower concepts are shown as output of the predefined step wind.
Next to that, equation D.1 is plotted in these three figures as well [74]. In this equation, Ais the amplitude, w
the natural frequency of the tower (in rad/s), ¢ the time and ¢ the damping ratio. This line is fitted manually
to find the damping ratio (.

X = Ae (D.1)
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Figure D.5: Tower 2 top acceleration Figure D.6: Tower 3 top acceleration

The damping ratio found for Tower 1 is approximately 1.8%, for Tower 2 5% and for Tower 3 2.5%. Another
step wind load case is analysed, as shown in figure D.7. The wave conditions of DLC 1.6 at rated wind speed
as described in chapter 4. The acceleration responses of the three tower concepts is shown in figures D.8 -

D.10. For this load case damping ratios are found of 1.8%, 6% and 10% for Tower 1, Tower 2 and Tower 3,
respectively.
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From these two step wind load case analyses it is concluded that the damping ratio will depend on natural
frequency of the support structure and loading condition. Since it is not the purpose of this project to find
the exact damping values for specific support structures, a first initial guess as used in [10] is used in the
parametric design model.
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D.3. Maximum loading

The simulation results of DLC 6.1 and DLC 1.6 at rated wind speed for all three tower concepts are shown in
figures D.17 - D.16. As can been seen, each random seed results in a different bending moment distribution
along the structure. Especially DLC 6.1 for the flexible towers show large variations. For Tower 2 and Tower 3,
the difference between minimum and maximum root bending moment is 23% and 25%, respectively.
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Figure D.15: DLC 6.1 Bending moment distribution of Tower 3 Figure D.16: DLC 1.6 rated, moment distribution of Tower 3



D.3. Maximum loading 85

The simulation results of DLC 1.6 at cut-out wind speed are given in figures D.17, D.13 and D.15. For this load
case, largest differences are present for Tower 1. This load case was analyzed as well with blade deformations
enabled, for which the results are shown in figures D.18, D.20 and D.22. As can been seen, the difference in
loading distribution on the support structure with and without blade deformations is negligible.
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Figure D.21: DLC 1.6 cut-out, moment distribution of Tower 3  Figure D.22: DLC 1.6 Cut-out, max moment distribution of Tower 3
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