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SUMMARY

Since the advent of commercial aviation, advancements in propulsion system technol-
ogy have been the main cause of the reduction of fuel consumption. Modern turbo-
fan engines typically achieve a thermal efficiency of approximately 50%, implying that
roughly half of the chemical energy released by fossil fuel combustion is lost to the envi-
ronment as hot exhaust gas.

For gas turbine engines of stationary power plants, it is common practice to use bot-
toming units based on the Rankine cycle to recover part of this energy and increase ther-
mal efficiency by up to 20%. The concept of the combined-cycle engines is also suitable
for applications with low power capacity, however, organic compounds instead of water
must be used as the working fluid of the bottoming unit. The combined-cycle concept
is in principle also suitable for aircraft engines, however, adding an organic Rankine cy-
cle (ORC) waste heat recovery system to an aircraft gas turbine engine is challenging
because the thermodynamic benefit is counterbalanced by the increased aircraft mass
and drag. The few studies conducted so far on combined-cycle aircraft engines indi-
cate a possible net benefit on fuel consumption, however, these results are based on
low-fidelity models, neglecting or only partially considering the effect of the new engine
configuration on aircraft design and performance.

The work documented in this dissertation aims to provide reliable information on
the feasibility of the combined-cycle engine concept based on complex system models,
enabling the optimization of preliminary designs and formulating design guidelines. For
this purpose, a simulation framework that considers the interaction of the gas turbine,
the bottoming unit, and the aircraft was developed. This software package is named
ARENA framework, and it can provide the preliminary design of combined-cycle engines
optimized for minimized fuel consumption while considering their effect on aircraft de-
sign and performance.

ARENA was used to model the effect of this novel technology on the fuel consump-
tion of three exemplary aircraft adopting different combined-cycle configurations and
mission scenarios. These cases are 1) a medium-range aircraft employing a combined-
cycle auxiliary power unit (CC-APU) instead of a conventional APU to provide power
on the ground, 2) a medium-range turboelectric aircraft employing combined-cycle tur-
boshaft engines (CC-TS) in place of conventional turboshaft engines, and 3) a medium-
range partial-turboelectric aircraft replacing conventional turbofan engines with combined-
cycle turbofan engines (CC-TF). All combined-cycle engine configurations are based
on an ORC waste heat recovery unit implementing a non-recuperated cycle, using cy-
clopentane as the working fluid, whereby the ORC turbogenerator converts the recov-
ered heat into electrical power. The simulated CC-APU engine consumes approximately
50% less fuel to provide ground power compared to a conventional APU, which corre-
sponds to mission fuel savings of approximately 0.6%. The power output of the CC-APU
engine is 250 kW, of which 60 kW are provided by the ORC turbogenerator. The opti-
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mized ORC unit features a mass-specific power of 1.5kW/kg and an efficiency of 15%,
while the overall combined-cycle efficiency is 34%. The fuel savings calculated in the
case of the CC-TS engine are 1.5%, if compared to a single-cycle turboshaft engine. The
combined power output is 5.4 MW of which 340 kW are contributed by the ORC turbo-
generator. The optimized ORC unit mass-specific power is 1.3kW/kg and its efficiency
at cruise is 17%, while the CC-TS engine efficiency is 53%. The CC-TF engine burns 4%
less fuel if compared to a single-cycle engine. It contributes 60% of the cruise thrust and
2.6 MW of shaft power of which 570kW are provided by the ORC turbogenerator. The
shaft power is converted to thrust by the electrical distributed propulsion system. The
optimized ORC unit has a mass-specific power of 1 kW/kg and an efficiency of 18%. The
performance difference between the CC-TS and CC-TF engines is mainly due to different
condenser integration architectures. The condensers of the CC-TF engine are integrated
into the engine bypass duct downstream of the fan, whereas the condensers of the CC-
TS engine are placed into ram-air ducts. The combination of pressure rise and thermal
energy input into the bypass air stream increases the propulsive efficiency and the spe-
cific thrust of the CC-TE According to these preliminary studies, the optimized CC-TS
and CC-TF engines have no appreciable impact on the lift-to-drag ratio of the aircraft
and the maximum take-off mass only increases by a few percent.

It can be concluded that according to the results of this work, the thermodynamic
benefit of adopting an ORC system to recover the thermal energy of the exhaust of gas
turbines onboard aircraft can outweigh the penalties of the increased aircraft mass and
drag. However, the uncertainty due to modeling limitations and simplifying assump-
tions suggests that further research and development are needed before decisions re-
garding the development of this engine concept can be taken. Such a drastic change
in engine configuration would only be justifiable if the fuel consumption reduction is
larger than what was estimated. Further performance improvements may be possible if
advanced heat exchanger technology is considered. Furthermore, as well known from
theory and practice regarding ORC power plant technology, the identification of an op-
timal organic working fluid (pure or mixture) may result in considerable performance
and operational improvements. Another research direction worth investigating is the
optimization of the design of the combined-cycle engine to minimize environmental
impact and not fuel consumption. Preliminary considerations show that the benefit of
waste heat recovery in this case may be even larger.
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Sinds de komst van de commerciéle luchtvaart zijn de technologische ontwikkelingen
op het gebied van voortstuwing de belangrijkste drijvende kracht geweest achter de ver-
mindering van het brandstofverbruik. Moderne turbofanmotoren behalen een thermo-
dynamische efficiéntie van ongeveer 50%, wat inhoudt dat ongeveer de helft van de che-
mische energie die vrijkomt bij de verbranding van fossiele brandstoffen verloren gaat
aan de omgeving als hete uitlaatgassen.

Voor gasturbinemotoren van stationaire elektriciteitscentrales is het gebruikelijk een
deel van deze energie terug te winnen door toepassing van een systeem op basis van
de Rankine-cyclus. Applicaties met lage vermogenscapaciteit, zoals voor voertuigen,
vereisen het gebruik van organische verbindingen in plaats van water als werkvloeistof
voor de Rankine-cyclus. Het toepassen van dergelijke organische Rankine-cyclus (ORC)
systemen op vliegtuigmotoren blijkt uitdagend omdat de thermodynamische voorde-
len worden tegengewerkt door een toename van de massa en de luchtweerstand van
het vliegtuig. De weinige studies die zijn uitgevoerd naar vliegtuigmotoren met een ge-
combineerde cyclus (combined-cycle) op basis van een gasturbine en een ORC-systeem
laten een gunstig effect op het brandstofverbruik van deze technologie zien. Deze re-
sultaten zijn echter gebaseerd op verschillende niveaus van modelgetrouwheid en hou-
den slechts gedeeltelijk rekening met de invloed op het ontwerp en de prestaties van het
vliegtuig.

Het werk dat in dit proefschrift wordt gedocumenteerd, heeft als doel betrouwbare
informatie te verschaffen over de haalbaarheid van het “combined-cycle” concept op
basis van complexe systeemmodellen, die de optimalisatie van voorlopige ontwerpen
mogelijk maken en ontwerprichtlijnen kunnen formuleren. Hiertoe werd een simu-
latieraamwerk ontwikkeld dat de interactie tussen de gasturbine, het ORC-systeem en
het vliegtuig in beschouwing neemt. Deze software heet het ARENA-raamwerk en kan
motoren met een “combined-cycle” ontwerpen die geoptimaliseerd zijn voor minimaal
brandstofverbruik, waarbij rekening wordt gehouden met hun effect op het ontwerp en
de prestaties van het vliegtuig.

ARENA wordt gebruikt om het effect van deze nieuwe technologie op het brandstof-
verbruik te modelleren voor drie gevallen met verschillende “combined-cycle” motor-
concepten en missiescenario’s. Deze gevallen zijn: 1) een middellange afstandsvliegtuig
dat een hulpaggregaat [auxiliary power unit (APU)] met gecombineerde cyclus (CC-APU)
gebruikt in plaats van een conventionele APU om vermogen op de grond te leveren, 2)
een middellange afstandsvliegtuig met een turboelektrisch voortstuwingssysteem waar-
bij de gasturbine een combineerde cyclus gebruikt (CC-TS) in plaats van een conventio-
nele gasturbine, en 3) een middellange afstandsvliegtuig met turboelektrische voortstu-
wing waarbij de turbofan wordt vervangen door een turbofan met een gecombineerde
cyclus (CC-TF). Alle drie de configuraties maken gebruik van ORC systemen zonder re-
cuperator met cyclopentaan als werkvloeistof en de ORC-turbogenerator zet de terugge-
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wonnen warmte om in elektrische energie.

De CC-APU, de eerste toepassing, verbruikt ongeveer 50% minder brandstof om ver-
mogen op de grond te leveren in vergelijking met een conventionele APU. Dit vertaalt
zich in een brandstofbesparing van 0.6% over een gemiddelde missie. Het gecombi-
neerde geleverde vermogen is 250 kW, waarvan 60 kW wordt geleverd door de ORC-tur-
bogenerator. Het geoptimaliseerde ORC-systeem heeft een massaspecifiek vermogen
van 1.5kW/kg en een efficiéntie van 15%, terwijl de algehele “combined-cycle” efficién-
tie 34% is. De CC-TS motor, de tweede toepassing, resulteert in een brandstofbesparing
van 1.5%. Het gecombineerde geleverde vermogen is 5.4 MW, waarvan 340 kW wordt
bijgedragen door de ORC-turbogenerator. Het geoptimaliseerde ORC-systeem heeft een
massaspecifiek vermogen van 1.3kW/kg en een efficiéntie van 17%, terwijl de CC-TS
motor efficiéntie 53% is. De CC-TF motor, de derde toepassing, resulteert in een brand-
stofbesparing van 4%. Het CC-TF systeem levert 60% van de stuwkracht tijdens de kruis-
vlucht en 2.6 MW aan asvermogen voor de elektrische voortsuwing, waarvan 570 kW
wordt geleverd door de ORC-turbogenerator. Het geoptimaliseerde ORC-systeem heeft
een massaspecifiek vermogen van 1.0 kW/kg en een efficiéntie van 18%.

Het prestatieverschil tussen de CC-TS en CC-TF concepten is het gevolg van ver-
schillende condensorintegratie-configuraties. De condensors van de CC-TF zijn gein-
tegreerd in het omloopkanaal van de motor achter de fan, terwijl de condensors van de
CC-TS zijn geintegreerd in aparte luchtkanalen. De combinatie van drukverhoging en
de toevoeging van warmte aan de omloopstroom verhoogt de voortstuwingsefficiéntie
en specifieke stuwkracht van de CC-TE De geoptimaliseerde CC-TS en CC-TF concepten
hebben geen merkbare impact op de lift-tot-weerstandsverhouding van het vliegtuig en
het maximale startgewicht van het vliegtuig neemt slechts met enkele procenten toe.

De conclusie is dat het thermodynamische voordeel van het toepassen van ORC-
systemen op gasturbinemotoren van vliegtuigen zwaarder kan wegen dan de nadelen
van een toename van de massa en luchtweerstand van het vliegtuig. Echter, de onzeker-
heid als gevolg van modelbeperkingen en vereenvoudigende aannames suggereert dat
verder onderzoek en ontwikkeling nodig zijn voordat beslissingen over de ontwikkeling
van dit motorconcept kunnen worden genomen. Een dergelijke ingrijpende verandering
in motorconfiguratie zou alleen gerechtvaardigd zijn als de brandstofverbruiksreductie
groter is dan wat werd geschat. Verdere prestatieverbeteringen kunnen mogelijk wor-
den bereikt met geavanceerde warmtewisselaarstechnologie. Bovendien, zoals bekend
uit theorie en praktijk met betrekking tot ORC-technologie voor stationaire elektriciteits-
centrales, kan de identificatie van een optimale organische werkvloeistof (puur of meng-
sel) resulteren in aanzienlijke prestatie- en operationele verbeteringen. Een andere on-
derzoekslijn die het onderzoeken waard is, is de optimalisatie van het ontwerp van de
“combined-cycle” motor om de milieu-impact te minimaliseren en niet het brandstof-
verbruik. Voorlopige overwegingen tonen aan dat het voordeel van warmteterugwinning
in dit geval zelfs groter kan zijn.



INTRODUCTION

The easiest way to reduce greenhouse
gas emissions due to aviation is to fly less.
However, this insight does not earn you a PhD.

Dabo Krempus

HIS dissertation presents research on a novel propulsion system concept aiming at
T reducing aircraft mission fuel consumption. In this chapter, first, an overview of air-
craft engine emissions and a justification for designing engines for minimum fuel burn
is provided. Secondly, a brief history of the technological evolution of aircraft engines
and examples of state-of-the-art engines are given. This is followed by an overview of re-
search on advanced propulsion system concepts envisaged for next-generation aircraft.
Based on this literature review the motivation of this work is presented. Lastly, an outline
of the content of this dissertation is provided.

1.1. AIRCRAFT ENGINE EMISSIONS

The combustion of fossil fuels results in the emission of carbon dioxide (CO,), water
(H,0), nitrous oxides (NO,), unburned hydrocarbons (HC), carbon monoxide (CO), and
soot. Additionally, aircraft engines emit noise.

The reduction in fuel consumption is currently driven by commercial interest. In the
year 2022, the cost of fuel and oil accounted for approximately 30% of total airline op-
erating costs." However, growing concerns over air quality and noise emissions in the
vicinity of airports lead to standards and recommended practices (SARPs) issued by the
International Civil Aviation Organization (ICAO)” [1]. These SARPs set limits to allowable

1International Air Transport Association (IATA), Unveiling the biggest airline costs, https://www.iata.org
/en/publications/newsletters/iata-knowledge-hub/unveiling-the-biggest-airline-costs
/, accessed on 14 June 2024

2ICAO SARPs are not legally binding. Nevertheless, governments and supranational organizations, like the
European Union, integrate them into their domestic legislation, thereby elevating them to certification stan-
dards.
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2 1. INTRODUCTION

landing and take-off (LTO) cycle emissions of nitrous oxides (NO,), unburned hydrocar-
bons (HC), carbon monoxide (CO), and soot, as well as noise emissions. The reduction
of LTO-cycle emissions is mainly due to improvements in combustor technology. Im-
provements in thermal efficiency of gas turbine engines, if achieved with an increase in
turbine inlet temperature, increase NO, emissions. In the year 2017 the ICAO for the
first time issued SARPs for the emission of CO, during cruise [2]. Nevertheless, current
research suggests that roughly two-thirds of the climate impact of aviation is due to non-
CO, related emissions such as the emissions of NO,. and water [3]. At high altitude NO,
engages in chemical reactions that produce ozone (O3) which acts as a greenhouse gas
[3]. The emission of water vapor at high altitudes can lead to the formation of contrails
and contrail-induced cirrus clouds which cause a net warming effect [3]. To date, no
standards are calling for a reduction of non-CO, related emissions during cruise. Rec-
ognizing the urgency to do so, governments are setting emission reduction goals sup-
ported by research funding. For example, the vision of the European Union (EU) for the
year 2050 as worked out by the Advisory Council for Aviation Research and Innovation
in Europe (ACARE) calls for net-zero CO, emissions, a reduction in NO,, non-volatile
particular matter, and contrail cirrus clouds by 90% with respect to the year 2000 for all
intra-EU flights and those departing from the EU. The goal of net-zero CO, emissions is
based on the assumption of using synthetic fuels and hydrogen sustainably produced in
the required amounts. Assuming the availability of sustainable aviation fuels, this goal
could readily be achieved with current-day engines that are certified to use such fuels.
However, the emissions of NO, and water are proportional to the amount of fuel burned,
which, besides the commercial interest, justifies the development of more efficient en-
gines from an environmental point of view. Therefore, the engine concepts presented
in this dissertation focus on reducing CO, emissions. Engine noise emissions are not
considered.

1.2. A BRIEF HISTORY OF AIRCRAFT ENGINE EVOLUTION

Figure 1.1: Photo of Boeing 707-  Figure 1.2: Photo of Boeing 787-  Figure 1.3: Photo of Airbus
320B ©OMike Freer/Wikimedia 8 ©OH. Michael Miley/Wikimedia = A320neo  ©BriYYZ/Wikimedia
Commons/GFDL 1.2 Commons/CC-BY-SA-2.0 Commons/CC-BY-SA-2.0

The design of current-day airliners strongly resembles that of the first jetliners that
entered into service at the end of the 1950s. Since then, technological advancements
in the fields of aerodynamics, materials, structures, manufacturing technologies, and
propulsion systems strongly reduced aircraft emissions related to fossil fuel combus-
tion and noise generation. However, the main driver of this trend were developments in
propulsion system technology. This is highlighted, for example, by comparing the cruise
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Figure 1.4: Cruise thrust-specific fuel consumption (TSFC¢;) over engine cer-
tification year including the forecasted performance of engines with entry
into service in the 2030s. The graph is adapted from Ref. [5] and extended
with data from Refs. [5, 7, 8].

thrust-specific fuel consumption (TSFC,;) and the cruise lift-to-drag ratio of the Boeing
707 (Fig. 1.1), the first jet-powered commercial aircraft, with values of state-of-the-art
aircraft.

The first version of the B707 entered into service in the year 1958 and used Pratt &
Whitney JT3C turbojet engines with a TSFC,, of 25.5 mg/Ns [4]. The updated B707-320B
with entry into service (EIS) in the year 1962 employed Pratt & Whitney JT3D low-bypass
ratio turbofan engines with a TSFC; of 23.0mg/Ns [5] and the lift-to-drag ratio is es-
timated as 17.6 using the method reported in Ref. [6]. For comparison, the lift-to-drag
ratio of the Boeing 787-8 (EIS year 2011) (Fig. 1.2) is 18.9.° The TSFC,, of the Pratt &
Whitney PW1100G-JM geared-turbofan (GTF™) engine that is employed on the Airbus
A320neo (EIS year 2016) (Fig. 1.3), and which is in the same thrust class as the JT3D en-
gine, is 14.4 mg/ Ns." While improvements to wing aerodynamics were achieved with the
introduction of supercritical airfoils and winglets, the tube-and-wing architecture limits
the potential gains in lift-to-drag ratio. However, advances in propulsion system technol-
ogy have reduced TSFC,, by approximately 40%. For a given amount of fuel, the range
an aircraft can fly is proportional to the lift-to-drag ratio and inversely proportional to
TSEC,. Therefore, based on the numbers above, the fuel savings due to improvements
in the lift-to-drag ratio are approximately 7%, and those due to reduced TSFC,, are close
to 70%.

3Estimated with the method of Ref. [6] and a TSFCcr of 14.3 mg/Ns for the Rolls-Royce Trent 1000 engine [7]

4Approximated based on the statement of Pratt & Whitney that the PW1100G-JM engine is 15% more fuel effi-
cient than the previous generation engine, which is represented by the CFM56-5B engine featuring a TSFC¢y
of 17.0 mg/Ns [7].
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Figure 1.5: Indicative values of engine gas generator efficiency (ngg), the product of propulsive efficiency
(Mprop) ar}d transmission efficiency (1rans), and total efficiency (1¢o¢) for diﬁqrent engine architectures. The
variable W¢}, indicates the chemical power added by the combustion of fuel, Wi st is the product of engine
net thrust and flight speed, ng is the gas generator power, and A Fyp, is the change in kinetic energy of the core
and bypass streams. The efficiencies of the NASA N+3 turbofan engine, which is in the 89 to 133 kN (20.000 to
30.0001bf) thrust class, are calculated from data provided in Ref. [8]. The graph is adapted from Ref. [5].

Figure 1.4 gives the historical trend of TSFC, for different engines over their cer-
tification date and forecasted values for next-generation engines. Figure 1.5 indicates
values of engine propulsive efficiency (7prop), the product of gas generator and trans-
mission efficiency (1gg X 1yrans), and total efficiency (7o) obtained with different engine
architectures and the predicted performance of the NASA N+3 turbofan engine [8]. Neg
is defined as

Weg  0.5m15(Visia — Voo )

Tee = Vi, Mg LAV

(1.1)

where the numerator is the gas generator power and the denominator is the chemical
power added by fuel combustion. r,s5 is the high-pressure turbine exit mass flow rate,
Vys5,i4 the speed obtained when isentropically expanding the gas generator exhaust to
ambient pressure, V, is the free stream velocity. g, is the fuel mass flow rate and LHV
is the lower heating value of the fuel. Alternatively, ng can be approximated using the
following relation proposed by Guha [9]

: . 2 2 . 2 2 -1
Weg = 0-5m9(V9,id ~ Vo) + 0-5m19(V19,id ~ Voo )Mke » (1.2)

where rirg and 7119 are the core and bypass nozzle mass flow rates, and Vg jq and Vigiq are
the nozzle exhaust speeds when isentropically expanded to ambient pressure. 7y is the
transmission efficiency of kinetic energy from the core to the bypass stream. It is defined
as the product of the low-pressure turbine, the fan, and the bypass nozzle isentropic
efficiencies.
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TNtrans 1S defined as

- . 2 . 2 2
n _ AEkln _ FnetVoo + OSMQ(VQ - Voo) + 0.5m19(V19 - Voo) (1.3)
trans — R - . 2 2 » .
ng O.5m45(V45’id - Voo)

AFyy, is the change in kinetic energy of the core and bypass streams, and F,; is the net
thrust. npyp is defined as

_ I/.Vthrust _ FhetVoo 1
Nprop = DR - 2 - > > (1.4)
ABin  FpetVoo +0.5119( Vg — Vo )? + 0.51i119(Vig — Voo )

where Wy, is the thrust power. 7, is the product of Tgg» Ntrans and Nprop. The by-
pass ratio (BPR) categories shown in these figures are defined as follows: low BPR if
0 < BPR < 3, medium if 3 < BPR < 7, and high if BPR > 7. The reduction of TSFC; is
the result of improvements in 1y, and 7p0p. The main cause of the increase of 7y, are
higher turbine inlet temperature (TIT), higher compressor OPR, and improvements in
turbomachinery efficiencies. The development of high-temperature resistant materials,
equiaxed and single crystal alloy turbine blades, thermal barrier coatings, and advance-
ments in turbomachinery aerodynamics contributed to a steady increase of ny,. The en-
gine BPR is the main driver for increasing values of 7,op. An increase in BPR was made
possible with the introduction of wide-chord fan blades made of titanium and compos-
ite materials that could sustain the large centrifugal forces at the blade roots and at the
same time allow high aerodynamic efficiency. Furthermore, the introduction of turbo-
fan engines that employ a gearbox to decouple the speed of the fan and the low-pressure
spool allows optimal aerodynamic designs of both turbomachines, a reduction in low-
pressure compressor (LPC) and low-pressure turbine (LPT) stage count, an increase in
BPR, and a reduction in fan noise due to a lower fan speed if compared to direct-drive
configurations.

The PW1100G-JM is the state-of-the-art engine in the 89 to 133 kN (20.000 to 30.000 Ibf)
thrust class and it is used on single-aisle medium-range aircraft. It features a bypass ratio
(BPR) of 12.5 [7], an overall pressure ratio (OPR) of 50,”, a fan diameter of approximately
2.2m [7], and a TSFC; of 14.4 mg/Ns4. For comparison, the state-of-the-art engine in
the 356 to 445kN (80.000 to 100.0001bf) thrust class used on long-range aircraft is the
Rolls-Royce Trent XWB engine. This engine has a BPR of 9.6, an OPR of 50,” a fan diam-
eter of approximately 3.0 m [7] and a TSFC; of approximately 13.5mg/ Ns'.

1.3. ADVANCED PROPULSION SYSTEM CONCEPTS

Research focuses on advanced propulsion system concepts that reduce mission fuel burn,
for reasons outlined in Section 1.1. The state-of-the-art commercial aircraft design fea-

5FlightGlob.’:ll article, https://www.flightglobal.com/pandw-on-a320neo-more-pressure-less-c
00ling/99337.article, accessed on 19 February 2024

6Rolls—Royce Trent XWB information brochure, https://www.rolls-royce.com/~/media/Files/R/Roll
s-Royce/documents/civil-aerospace-downloads/trent-xwb-infographic.pdf, accessed on 12
June 2024

7Approximated based on the statement of Rolls-Royce that the Trent XWB engine is 15% more fuel efficient
than the Trent 700 engine which has a TSFC¢; of 15.9 mg/Ns [7].
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tures a tube-and-wing airframe with turbofan engines mounted below the wings. How-

ever, similar to the developments in the car industry, there is an interest in an increased

degree of electrification of aircraft systems including the propulsion system. Based on

the used energy carrier and the mode of power transmission to produce propulsive power,
four different propulsion system architectures can be distinguished: I) conventional, II)

all-electric, IIT) hybrid-electric, and IV) turboelectric. Power can be transmitted me-

chanically or electrically to drive a ducted or un-ducted propulsor. Conventional or

state-of-the-art aircraft engines burn a chemical energy carrier stored as a liquid or gaseous
fuel and use mechanical power transmission. All-electric aircraft use electrical energy
stored in batteries and make use of electrical power transmission. Hybrid-electric air-
craft use both electrical and chemical energy carriers and employ a mix of mechanical
and electrical power transmission. Turboelectric aircraft only use chemical energy and
employ a mix of mechanical and electrical power transmission. An introduction to the
topic of electric propulsion systems is provided by Hepperle [10] and Refs. [11, 12] pro-
vide an in-depth overview of electrified concepts and how they compare with conven-
tional aircraft architecture. A summary of the advantages and disadvantages of electric
propulsion is given in the following, for completeness.

Electric machines are more efficient than gas turbines and can result in higher over-
all efficiency. Furthermore, the efficiency of electric machines is scale-independent [13].
This can enable new aircraft designs employing distributed propulsion systems consist-
ing of small-scale electrically driven propulsors. Embedding distributed propulsion sys-
tems with the fuselage or wing may reduce wetted area and drag compared to a podded
turbofan engine producing the same thrust. The drag advantage may be used to reduce
the disk loading of the propulsors and increase propulsive efficiency. Propulsive effi-
ciency advantages may also be derived from boundary layer ingestion of wing-mounted
or fuselage-mounted systems. Ingesting the boundary layer reduces the average inlet ve-
locity, this lowers intake ram drag and increases net thrust. The design of boundary layer
ingesting intakes requires special attention to keep internal losses due to non-uniform
flow low [14, 15]. Additionally, aircraft aerodynamics can be modulated for example by
employing propulsive flaps for high-lift augmentation [16] and benefits on cruise lift-to-
drag ratio may be derived from the aeropropulsive interaction of wing-mounted systems
[17, 18]. One engine inoperative scenarios and the resulting thrust asymmetry could be
handled more easily with a distributed propulsion system. This may allow downsizing
of the powertrain and the vertical tail of the aircraft [19]. In the case of aircraft concepts
utilizing batteries as the energy carrier, a direct reduction in emissions can be achieved
by using renewably sourced electrical energy. Downsizing of gas turbine engines may
be possible if electric power is available during flight phases requiring peak power. Dis-
advantages of electrical architectures are low values of battery mass-specific energy and
electrical component mass-specific power. Furthermore, increased electrical power ca-
pacity requires advanced thermal management systems. Embedding the propulsion sys-
tem within the airframe requires a multidisciplinary approach as previously distinct dis-
ciplines become highly coupled. A Class-I sizing method that considers aeropropulsive
interaction effects is presented in Ref. [20].

The realization of aircraft configuration II relies on the state of battery technology
research. The state-of-the-art lithium-ion battery technology achieves cell-level mass-
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specific energy values of around 250 Wh/kg [21]. This value is approximately 50 times
lower than the value of kerosene which is 43M]/kg = 12000Wh/kg. Research on solid-
state lithium-sulfur batteries conducted within the NASA SABERS project8 demonstrated
a cell-level mass-specific energy value of 500 Wh/kg. Values of mass-specific energy of
up to 1000 Wh/kg may be possible with lithium-air or lithium-sulfur batteries [22]. In
any case, the mass-specific energy of the most promising future battery technologies
is at least one order lower than that of kerosene. As mission range is proportional to
mass-specific energy, the realization of commercially viable all-electric aircraft in the
next decades proves difficult. Nonetheless, recent work presented in Refs. [23, 24] sug-
gests that an all-electric aircraft transporting 90 passengers over a range of 800 km is
feasible assuming a battery pack-level mass-specific energy of 360 Wh/kg.

On the other hand, aircraft architectures I), III), and IV), as defined above, rely on
gas turbine engines (or fuel cells) as the prime movers. Research on gas turbine technol-
ogy focuses on two main architectures, 1) advanced turbofan engines and 2) unconven-
tional thermodynamic cycle engines. The following two sections summarize the state
of the research in these fields. This review benchmarks novel engine concepts against
reference engines with varying technology levels. Comparing these concepts to a com-
mon benchmark can clarify their potential. However, differing modeling and technology
assumptions, and the lack of absolute data, make this challenging.

1.3.1. ADVANCED TURBOFAN ARCHITECTURES
ULTRA-HIGH-BYPASS TURBOFAN ENGINES

It is becoming increasingly difficult to further improve 7y, of turbofan engines as tur-
bomachinery efficiencies are close to their theoretical limits and a further increase of
OPR and TIT is challenged by material temperature constraints and more stringent LTO-
cycle emission restrictions. Additionally, the thermodynamic benefits of adopting in-
creasingly higher values of OPR are limited by reduced compressor efficiency resulting
from high aerodynamic losses of the short last-stage blades. Raising 7, may be pos-
sible with advanced fan technology and highly efficient small gas generators, enabling
higher engine bypass ratios and increasing 7pop. Improvements in TSFC of 5 to 10%
over current-day turbofan engines are predicted by research on ultra-high-bypass ratio
turbofan (UHBP) engines [25, 8, 26, 27]. Common technology assumptions are the use of
ceramic matrix composite (CMC) material for the combustor and turbine, allowing in-
creased TIT and/or reduced turbine cooling air demand, improved turbine cooling tech-
nology, improved turbomachinery efficiency of small-scale machines, high-efficiency
low-pressure ratio fans in combination with variable geometry nozzles.

In industry, the UltraFan project of Rolls-Royce aims to develop technology for a
UHBP engine that is scalable in the 111 to 489 kN (25.000 to 110.0001bf) thrust range,
and that promises fuel savings of 10% over the top-in-class Trent XWB engine,LJ and is to

8NASA Solid-state Architecture Batteries for Enhanced Rechargeability and Safety (SABERS), https://www.
nasa.gov/aeronautics/nasas-solid-state-battery-research-exceeds-initial-goals-draws
-interest/, accessed on 13 June 2024

9Rolls-Royce UltraFan project, https://www.rolls-royce.com/innovation/ultrafan.aspx, accessed
on 12 June 2024
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enter service in the 2030s. The HyTEC project of NASA'’ focuses on technology devel-
opment for next-generation small gas generators. The first results of this project are pre-
sented by Bennett et al. [25]. They analyzed the benefits that an advanced technology gas
generator employed in a next-generation direct-drive turbofan engine can have on the
fuel consumption of an Airbus A320-like aircraft. The resulting engine is characterized
by a BPR of 10.8 and, after accounting for changes in propulsion system mass, achieves
approximately 5% fuel savings compared to a state-of-the-art direct-drive turbofan en-
gine. The impact of advanced core and fan technology on fuel consumption of an Airbus
A320-like aircraft was studied by Jones et al. [8]. They considered a fan polytropic effi-
ciency of 97% combined with a fan pressure ratio of around 1.3, a variable-area bypass
nozzle, and a reduction gearbox between the low-pressure spool and the fan. The opti-
mized engine design features a BPR of around 24 and a TSFC,; of 13.5 mg/Ns which is
approximately 6% lower than the value of the PW1100G-JM engine which is in the same
thrust class (see Section 1.2). However, this engine design is based on a fan diameter of
100in, which is larger than the 81 in of the PW1100G-JM engine. The penalty of the large
fan on the landing gear length requirement, aircraft mass, and nacelle drag is not con-
sidered. Mastropierro et al. [26] present a turbofan engine design with a geared architec-
ture for a long-range aircraft featuring advanced gas generator and fan technology. The
optimized turbofan engine has a BPR of around 17, a fan outer diameter of 2.8 m, and a
cruise TSFC,; of 12.6 mg/Ns which is approximately 7% lower than the value of the state-
of-the-art Rolls-Royce Trent XWB engine which is in the same thrust class (see Section
1.2). Furthermore, using advanced materials, the engine is 35% lighter compared to a
reference engine with entry into service (EIS) year 2000.

OPEN-ROTOR ENGINES

The potential fuel savings of UHBP engines are limited by the resulting increase of na-
celle drag. Open-rotor engines, sometimes also referred to as propfan or un-ducted fan
engines, may allow a further increase in propulsive efficiency because larger fan diam-
eters can be adopted as a result of the missing fan cowl. Due to the high fuel prices,
intensive research on this concept was carried out during the 1970s and 1980s, with a
projected entry into service in the 1990s. Towards the end of the 1980s flight tests were
carried out by NASA in collaboration with General Electric [28, 29] and by Pratt & Whit-
ney in collaboration with Allison [30] using Boeing 727 and McDonnell Douglas MD-80
aircraft as the testbeds. Fuel savings of 20 to 30% with respect to best-in-class turbo-
fan engines of that time were measured.’ Compared to the PW1100G-JM, the tested
open-rotor engines feature a TSFC, that is 0 to 14% higher. However, sinking fuel prices
towards the end of the 1980s put an end to these efforts. Currently, the open-rotor con-
cept receives renewed attention from the 1ndustry, as testified, for example, by the RISE
project pursued by the CFM consortium.’ Only a few academic works were published

lOHybrid thermally efficient core (HyTEC), https://www.nasa.gov/directorates/armd/hytec-techn
ical-portfolio/, accessed on 12 April 2024.

11The best-in-class engine considered by Refs. [28, 29, 30] was the Pratt & Whitney JT8D-209 turbofan en-
gine generating a maximum thrust of around 82 kN and featuring a bypass ratio of approximately 1.8 and a
TSFC¢r = 20.50mg/Ns [7].

12Revolutionary Innovation for Sustainable Engines (RISE), https://www.cfmaeroengines.com/rise/,
accessed on 11 April 2024.
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on this topic in the recent past and all consider the application of this engine configura-
tion to short-range or medium-range aircraft.

Mastropierro et al. [26] present a counter-rotating open-rotor engine design for a
medium-range aircraft with technology assumptions for an EIS year of 2050. The op-
timized open-rotor engine generates approximately 80 kN of thrust at take-off and fea-
tures a maximum rotor diameter of 4m, a TSFC at top-of-climb (TOC) of 10.8 mg/Ns,
and a TSFC at cruise of 10.4 mg/Ns. The optimized engine features a TSFC, which is
42% lower than that of a year 2000 reference engine and 28% lower than that of the
PWIIOOG-]M.H Furthermore, it is stated that engine mass estimation was conducted
but no values are given. In an earlier work Hendricks and Tong [31] performed the con-
ceptual design of a counter-rotating open-rotor engine for a medium-range aircraft with
technology assumptions for an EIS year of 2015. Their design features a maximum rotor
diameter of 4.5 m and results in an estimated TSFC at TOC of 12.1 mg/Ns. The engine
generates approximately 121 kN of thrust at sea-level-static conditions. Compared to
a reference turbofan engine with a geared architecture, the same thrust range, and the
same technology level, the open rotor engine features a mass that is approximately 50%
higher and a TSFC that is 12% lower."” Despite the heavier open-rotor architecture and
the resulting increase in aircraft operating empty mass, improvements in fuel efficiency
reduce the required fuel mass, resulting in an aircraft maximum take-off mass that is
similar to an aircraft employing turbofan engines. Similarly, Larsson et al. [32] describes
an open-rotor engine design based on technology assumptions for an EIS year of 2020.
The engine generates 92 kN of thrust at take-off and features a maximum rotor diame-
ter of 4.2m. No absolute values for TSFC and engine mass are listed. Nevertheless, it
is stated that a reduction in fuel consumption of around 15% is possible if compared to
an aircraft employing a projected turbofan engine design featuring a geared architec-
ture based on the same technology assumptions. This estimate includes the effect of
increased open-rotor engine mass by 11% and the reduction in aircraft drag due to the
smaller nacelle. Notably, the difference between turbofan mass and open-rotor mass is
smaller than those projected by Hendricks and Tong [31].

The varying technology assumptions, the use of different reference engines, and par-
tially missing data make it difficult to compare the various open-rotor engine concepts.
Nevertheless, a significant fuel-saving potential associated with this engine type was pre-
dicted over multiple decades.

BOOSTED TURBOFAN ENGINES

The boosted turbofan concept belongs to the class of hybrid-electric architectures and
incorporates electric motors injecting power into the low-pressure or high-pressure spool.
The required electrical power is stored in batteries. For example, power injection or ex-
traction can modify the engine operating line during off-design operation. Furthermore,
power injection into the low-pressure spool directly contributes to overall thrust. Re-
ducing mission fuel consumption and engine size is possible by providing power to the

BThe year 2000 reference engine modeled by Ref. [26] features a TSFC¢; = 18.0mg/Ns which is similar to the
performance of earlier CFM56 models.

Y The reference turbofan engine with EIS year 2015 features a TSFC at TOC of 14.2 mg/Ns which is similar to
the value of the PW1100G-JM engine that is in the same thrust class.
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low-pressure spool during off-design operation [33, 34, 35]. In particular, these advan-
tages apply to high-power operations such as the rolling-take-off (RTO) and TOC. Zhao
et al. [34] investigated a boosted turbofan engine with a geared architecture powering
an Airbus A320-like aircraft. They identified that injecting a power of 500 kW into the
low-pressure spool during RTO lowers the required TIT and therefore turbine cooling de-
mand. As a result, cruise TSFC is reduced by 0.5%. Furthermore, it is stated that power
extraction during part-load operation may allow to reduce the amount of compressor
handling bleeds. Sielemann et al. [33] present a comprehensive numerical method to
design boosted turbofan engines. Using a parametric study they show the impact on
TSEC, N, and cooling air demand that a variation of power injection to the low-pressure
spool and OPR can have at different operating points. RTO is identified as the mission
phase benefiting the most from electric power injection. However, engine performance
can also increase because of power injection during cruise as turbomachinery efficien-
cies are higher due to the lower aerodynamic loading. Chapman [35] compared the ef-
fectiveness of different methods to adjust turbomachinery operating conditions based
on variable geometry and highlighted that power injection/extraction can have a similar
impact without the need for complicated mechanical designs.

1.3.2. ENGINE ARCHITECTURES BASED ON THERMAL ENERGY RECOVERY
As can be deduced from Fig. 1.5 the total effi-

ciency of even the most advanced engines based Chemical

on the Brayton cycle is less than 50%. This means p°""f{.(4MW)
that approximately half of the chemical power pro-

vided by the combustion of kerosene is wasted in

X propulsive
the form of a hot exhaust gas stream. Figure 1.6 losses (MW)
gives a qualitative overview of the power utiliza- 1

B : transmission
tion of a.stgtejof-.the-art tgrbof?n engine. To over- losses (MW)
come this limitation, modifications to the thermo- 0.5
dynamic cycle which are well-known from a the-  thermal

oretical point of view, and widely applied to im- '05595555""\"’)
prove the efficiency of stationary power plants, are '
being explored. These include concepts incorpo- ropulsive
rating recuperation and/or intercooling, as well as p%WZ r (MW)
combined-cycle configurations. The main chal- 4
lenges are related ‘to th(? weight, v'olume, added Figure 1.6: Sankey diagram of a turbo-
drag, and complexity of implementing these con- fan engine with similar performance to the
cepts into actual aircraft propulsion systems. PW1100G-JM.

RECUPERATED TURBOSHAFT ENGINES

The process flow diagram (PFD) of a recuperated turboshaft engine is shown in Fig. 1.7.
Recuperators are gas-to-gas heat exchangers placed in the exhaust of gas turbine en-
gines that exchange heat between the exhaust gas and the air at the outlet of the com-
pressor. The application of this concept to turboshaft and turboprop engines was exten-
sively studied in the 1960s as documented by McDonald et al. [36]. Several experimental
engines in the power range from 200 to 3000 kW were built and ground tested. The Al-
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Figure 1.7: Process flow diagram of a recuperated turboshaft engine that powers a generator.

lison T63 turboshaft engine [36, 37] was the only engine to be flight-tested onboard a
helicopter. These studies indicated that employing a recuperator can lead to a reduction
of power-specific fuel consumption of around 30% if compared to a conventional cycle
engine. Engine mass increased by about one-third with the addition of the recupera-
tor. Moreover, as a result of the cooler exhaust gas, a reduction in jet noise and infrared
signature were identified as advantages of this engine configuration. The efficiency of
recuperated engines benefits from high values of TIT. To achieve high temperatures over
the entire operating envelope variable nozzle guide vanes (NGVs) can be adopted in the
low-pressure turbine (LPT). However, the effect of continuously elevated temperatures
on turbine blade life needs to be considered [38]. Lightweight tubular heat exchangers
with effectiveness values ranging from 60 to 75% were determined as the most promis-
ing heat exchanger configurations. Plate-fin and primary surface heat exchangers, while
cost-effective, often suffer from cracking due to extremely high thermal stresses. How-
ever, while technological advancements allowed for ever-increasing values of TIT and
OPR, high temperature and pressure remains a major issue for high-performance heat
exchangers. At the end of the 1960s, the interest in recuperated engines diminished due
to doubts about the long-term structural integrity and reliability of the heat exchanger
as well as low fuel prices.

Recent research focuses on applying recuperators to the turboshaft engines of he-
licopters [39, 40, 38]. Stroh [38] presents the conceptual design of a 300 kW turboshaft
engine with EIS year 2020 to replace the simple-cycle turboshaft engines of a Bo-105 he-
licopter. The design procedure included thermodynamic performance modeling, engine
mechanical design, and helicopter mission analysis. Variable NGVs for the LPT are as-
sumed and the penalty of continuously high TIT on turbine blade life is considered. The
cross-counterflow elliptical tube recuperator design presented by Schoenenborn et al.
[41] is used and different integration architectures are assessed considering the avail-
able volume onboard the helicopter. For a 90-minute transport mission fuel savings of
around 35% are estimated if compared to the conventional engine. It is highlighted that
advantages of recuperated engines are relevant during part-load operations, especially
during cruise. Therefore, the potential benefits of this engine type depend on the de-
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sign mission of the helicopter. Zhang and Giimmer [39] provide an updated review of
past recuperator research and re-assess the potential of classical heat exchanger (HEX)
layouts assuming state-of-the-art materials and manufacturing technologies. It is con-
cluded, that while traditionally tube bundle heat exchangers were favored due to their
low mass, favorable pressure-containing capability, and high reliability, primary surface
heat exchangers made of layers of stacked corrugated sheet metal combined with state-
of-the-art materials and manufacturing technologies are more appropriate choices for
the future. In line with this finding, Zhang and Giimmer [40] performed the design opti-
mization of a primary surface HEX for a 300 kW recuperated turboshaft engine employ-
ing HEX mass and effectiveness as the objective functions. For a selection of optimal
HEX designs, mission analysis is performed. It is concluded that, for a search-and-rescue
mission, fuel savings of around 30% are possible with an optimized HEX mass ranging
from 30 to 75kg and a HEX effectiveness in the range 75 to 90%.

INTERCOOLED-RECUPERATED TURBOFAN ENGINES

&)

Combustor

Recuperator

Ambient

Air Core Nozzle

Intercooler

Bypass Nozzle

Figure 1.8: Process flow diagram of an intercooled-recuperated turbofan engine.

The recuperated cycle is only practical for OPR values up to about 10. For larger
OPR values the temperature difference between the air at the compressor discharge and
the exhaust of the gas turbine becomes too small to allow sufficient heat transfer given
the size limitations of the recuperator. Therefore, the application of recuperators to en-
gines with higher OPR requires the use of an intercooler. Figure 1.8 shows the PFD of an
intercooled-recuperated (ICR) turbofan engine. An intercooler is a HEX placed between
the low-pressure and the high-pressure compressors. It cools the compressed air using a
gaseous or liquid heat sink. In the case of a turbofan engine, the heat sink is usually the
bypass air. However, if liquid hydrogen is the fuel, it could also serve as the heat sink, as
considered by Patrao et al. [42].

MTU Aero Engines extensively studied an ICR turbofan engine concept with a take-
off thrust of 200 kN using bypass air as the heat sink of the intercooler [43]. This work
included designing and testing a cross-counterflow elliptical tube recuperator [41]. A
thermodynamic cycle analysis shows that a reduction of TSFC of around 19% is possible
if compared to a conventional direct-drive turbofan engine with an EIS year 1995. The
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added mass per engine is estimated to be 1000 kg, however, the impact on aircraft fuel
consumption is not determined. The resulting engine has a lower OPR than a conven-
tional turbofan engine which reduces NO, emissions. Similar to recuperated engines,
the performance of the ICR engine benefits from high values of TIT over the whole op-
erating range. Therefore, variable geometry NGVs for the LPT should be employed. The
TIT at maximum climb is around 1950 K. This allows to design a very compact core and
drives the BPR to values around 20. Kyprianidis et al. [44] performed a similar analysis
on an intercooled (IC) and ICR turbofan engine concept. The IC engine achieves a re-
duction in TSFC of 1.5% and mission fuel savings of 3% if compared to a conventional
turbofan engine with the same EIS year of 2020. Fuel saving is higher than TSFC reduc-
tion as the engine is approximately 6% lighter than the conventional engine. It is high-
lighted that employing a variable area nozzle for the cooling air side of the intercooler
can improve the TSFC during off-design operation. The ICR engine with assumed EIS
year 2020 achieves a reduction in TSFC of 18% and mission fuel savings of 22% if com-
pared to a conventional turbofan employed on an aircraft with EIS year 2000. The aircraft
with EIS year 2020 is 10% lighter than the aircraft with EIS year 2000, and no reasoning
for this weight saving is given. No absolute values of engine mass, TSFC, and thrust are
provided. The importance of employing variable geometry LPT NGVs is highlighted and
quantified using a parametric study. Patrao et al. [42] investigated the IC and ICR turbo-
fan engine concepts with an assumed EIS year of 2050 using hydrogen as the fuel and as
the heat sink of the intercooler. Both engine concepts are compared to a conventional
turbofan engine with the same EIS year and technology assumptions generating a take-
off thrust of 136 kN. Part of this work is dedicated to identifying optimized HEX duct
designs and formulating pressure drop correlations. The IC engine reduces cruise TSFC
by approximately 3%, mission fuel mass by 3.6%, and NO, emissions during cruise by
approximately 25%. The ICR engine achieves a reduction in cruise TSFC of 5% and fuel
mass savings of 5.5%. Furthermore, a reduction in NO, emissions similar to the IC en-
gine is estimated. The reference, the IC, and the ICR engine adopt very similar values for
the OPR, which is contrary to the results presented by Boggia and Riid [43] and Kypri-
anidis et al. [44]. No variable geometry LPT NGVs were assumed in the case of the ICR
engine resulting in lower TIT during cruise.

WATER-ENHANCED TURBOFAN ENGINE

The water-enhanced turbofan (WET) engine concept, conceived by MTU Aero Engines,
promises not only a reduction of fuel consumption but also a significant reduction of
NO, and water emissions during cruise. A similar concept is studied by Pratt & Whitney
within the HySIITE project,lb however, the status of this project is not documented in
open literature.

Figure 1.9 shows the PFD of the WET engine. The WET engine is a combined-cycle
engine consisting of a Brayton and a steam cycle. An EIS in the 2030s is targeted for this
technology. The concept is compatible with kerosene, synthetic fuels, and hydrogen.
The basic thermodynamics of the cycle are explained in Ref. [45]. Water is extracted from

Bsteam injected, inter-cooled turbine Engine (HySIITE), https://www.prattwhitney.com/en/newsroom
/news/2022/02/21/pw-awarded-department-of-energy-project-to-develop-hydrogen-propu
lsion-technology, accessed on 10 April 2024
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Figure 1.9: Process flow diagram of the water-enhanced turbofan engine concept.

the exhaust gas using a condenser. This water is then pressurized and evaporated in a
heat recovery steam generator that exchanges heat with the exhaust gas. The generated
steam is injected into the combustion chamber. Steam injection increases the specific
heat capacity of the exhaust gas and its mass flow rate enabling more power conversion
by the turbine and the realization of a smaller compressor. This improvement in the ther-
modynamic cycle is estimated to reduce TSFC by around 13% compared to a turbofan
engine with equal technology level and using kerosene as the fuel [46]. Accounting for
added heat exchanger mass a reduction of 10% in mission fuel consumption for an Air-
bus A320-like aircraft is expected [46]. Furthermore, due to the high heat capacity of the
injected steam, a more homogeneous temperature distribution is achieved during com-
bustion, eliminating temperature peaks, and therefore reducing NO, emissions. Kaiser
et al. [46] estimate a reduction of NO,, emission by 90% with respect to the reference tur-
bofan engine. Additionally, water recovery from the exhaust gas stream strongly reduces
its water content and the possibility of contrail formation. Kaiser et al. [46] estimates
a reduction of contrail formation of 50%. Overall, the WET engine has the potential to
reduce the environmental impact of engine emissions by approximately 40% if com-
pared to the emissions of the reference engine. Advantages of using hydrogen as the fuel
were identified by Gortz et al. [47]. Hydrogen may be used as a heat sink in the water con-
densation process. In addition, to achieve a given water recovery ratio (WRR), defined
as the fraction of recovered to injected water, less water needs to be cooled as hydrogen
exhaust gas contains approximately three times as much water as kerosene exhaust gas.
In conclusion, the WET engine designed for use with hydrogen has a more compact con-
denser and an approximately 2% lower specific energy consumption if compared to the
engine designed for kerosene as the fuel.

COMBINED-CYCLE ENGINE WITH ORGANIC RANKINE CYCLE BOTTOMING UNITS

Organic Rankine cycle (ORC) bottoming units have been successfully integrated into
medium-power capacity stationary gas turbines [48]. ORC waste-heat-recovery (WHR)
systems have also found application on vessels and have undergone comprehensive

16Based on the absolute pulse global warming potential (APGWPyy), that considers the radiative forcing of a
pulse emission over a given timeframe H. The stated results are based on H = 100 years.
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testing to enhance the fuel efficiency of long-haul truck engines [48]. The PFD of a tur-
boshaft engine adopting an ORC bottoming unit is shown in Fig. 1.10.
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Figure 1.10: Process flow diagram of a turboshaft engine with an air-cooled ORC bottoming unit.

Only a few studies analyzed the effect of recovering otherwise wasted thermal en-
ergy from aero-engines with an ORC WHR system. The first investigation on the feasi-
bility of integrating an ORC WHR system with a CFM56 turbofan engine was presented
by Perullo et al. [49]. They analyzed a retrofit scenario of adopting a WHR system based
on an air-cooled subcritical recuperated ORC configuration using R245fa as the work-
ing fluid. In their design, the evaporator is integrated into the walls of the engine core
nozzle and the condenser is integrated into the engine air intake lip. The ORC turbogen-
erator and the pump are integrated into the engine pylon and nacelle, respectively. The
ORC system is designed to provide 200 kW of electrical power to the electrically driven
air compressor of the environmental control system (ECS). The study is solely based on
on-design thermodynamic calculations and component sizing is not included. A mass
of 430 kg is assumed for the WHR system per engine and no detailed justification is pro-
vided. The fuel-saving potential for a short-range flight is estimated to be 0.9%. Zarati
et al. [50] investigated a retro-fitting scenario of integrating an ORC WHR system with a
2 MW-class turboprop engine powering a regional aircraft. A WHR system based on an
air-cooled subcritical non-recuperated ORC configuration using R245fa as the working
fluid is modeled, including the sizing of both plate-fin heat exchangers. The condenser
is housed in a separate ram-air duct and the evaporator is located in the exhaust duct
of the engine. Simplified zero-dimensional modeling of the ram-air duct is conducted
and it is concluded that the thermal energy transferred from the condensing working
fluid to the ram-air generates sufficient thrust to overcome the drag caused by the air
intake, duct, and HEX core. On and off-design simulations are carried out and the sys-
tem is optimized to provide maximum heat recovery during cruise. No details regarding
the optimization procedure are given. Furthermore, it is determined that transferring
the ORC turbine power directly to the low-pressure shaft of the engine yields the largest
fuel savings. Compared to the benchmark engine, the envisaged combined-cycle engine
reduces mission fuel mass by 1.7% for a 300 NM trip. The exhaust gas temperature of
the engine is 750K and the ORC turbogenerator provides 100 kW of shaft power. The
designed WHR unit has a mass-specific power of 0.33kW/kg. Additionally, based on
the assumption of an ORC turbine mass-specific power of 0.5kW/kg, the ORC turbine
is identified as the major contribution to ORC system mass (70%) followed by the con-
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denser (20%). De Servi et al. [51] and Jacob et al. [52] investigated the integration of a
supercritical CO, WHR system with turbofan engines for long-range aircraft. Both stud-
ies consider a recuperated cycle configuration with the heater located in the engine core
exhaust duct and the cooler in the engine bypass duct. Suitable WHR system designs
to provide a turbine power output of around 1000 kW were identified using parametric
studies including HEX sizing. The turbofan engines considered by Jacob et al. [52] and
De Servi et al. [51] have an exhaust gas temperature of 615 K and 780K, respectively. The
exhaust gas temperature value chosen by De Servi et al. [51] is considerably higher due
to the lower technology level and therefore thermodynamic efficiency of the selected gas
turbine engine. Downsizing of the engine due to the contribution of the WHR system
was not considered. Despite the similar configurations (high bypass turbofan engine,
air-cooled recuperated cycle architecture, CO, as the working fluid, same cooler and
heater placement), the estimation of the component weights is largely different, there-
fore the results regarding fuel mass saving potential are opposing. Jacob et al. [52] report
a fuel mass reduction of 1.9%, and De Servi et al. [51] report that the efficiency increase
of the combined-cycle engine is insufficient to counter the added system weight. The
high maximum operating pressure of supercritical CO, cycles allows for compact com-
ponent design. However, the thick tubing required results in high heater mass, reduc-
ing the potential benefits of using CO, as the working fluid. The addition of an ORC
WHR unit to the internal combustion engine of a parallel-hybrid electric drive train for
a small general-aviation aircraft was analyzed by Hughes and Olsen [53]. The perfor-
mance of a WHR unit based on a fuel-cooled subcritical non-recuperated ORC configu-
ration is investigated for five different hydrofluroolefins as the working fluid. In contrast
to the studies of Perullo et al. [49] and Zarati et al. [50], the prime mover is downsized so
that the combined-cycle hybrid drive train fulfills the specified power requirement. The
investigation is carried out for three different aircraft with a power requirement of the
combined-cycle engine ranging from 100 — 300 kW. Component sizing is not performed
and the impact of added system weight is investigated using a parametric study. Only the
on-design performance of the system is analyzed. For three investigated aircraft types,
an ORC mass-specific power above 0.8 kW/kg leads to a fuel burn reduction of around
13%.

1.4. MOTIVATION AND RESEARCH QUESTIONS

The very little research on combined-cycle engines employing ORC bottoming units
conducted so far indicates a varying degree of fuel-saving potential ranging from 1 to
13% if compared to simple-cycle engines. Possible reasons for the large spread of these
values can be differences in the level of modeling fidelity and modeling assumptions.
Furthermore, the benefit of employing an ORC bottoming unit may also depend on the
considered application. So far, the impact of this novel propulsion system on aircraft
performance was only partially considered, the aspect of airframe integration was only
addressed qualitatively, and the impact of the ORC working fluid selection on combined-
cycle performance was not investigated. Furthermore, among the non-conventional
cycle architectures, the following advantages are identified for combined-cycle engines
employing an ORC bottoming unit:
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¢ Increased flexibility, as the recovered power can be used in different ways, such as
to boost the gas turbine engine or to drive an electrical generator.

* Increased operational safety, as failure of the ORC system does not lead to failure
of the entire engine.

¢ Increased design freedom, compared to recuperated configurations, because com-
ponent design and performance can be optimized using the organic working fluid
as an additional design variable.

* Possibility to retrofit existing engines by providing bolt-on solutions. However, this
option entails two disadvantages compared to an aircraft designed to operate with
optimized combined-cycle engines. First, integration with an existing airframe
or nacelle imposes additional space constraints on the design of the WHR unit.
Second, the thermodynamic cycles of the gas turbine engine and the ORC cannot
be optimally matched, resulting in lower combined-cycle efficiency. Therefore,
the performance of a retrofitted combined-cycle engine is bound to be lower than
that of an optimized system and may not lead to the desired fuel savings.

* Wider range of applicability, for example for thermal management purposes of
other onboard systems.

These reasons motivate the research on ORC bottoming units for aircraft gas turbine
engines documented in this dissertation. To better understand the benefits that can be
derived from employing such systems onboard aircraft, a numerical framework capa-
ble of performing thermodynamic analysis of combined-cycle engines and that consid-
ers the impact on aircraft design and mission performance needs to be developed. The
highly multidisciplinary nature of this problem requires a physics-based modeling ap-
proach in combination with numerical optimization algorithms. Methods for HEX and
ORC turbomachinery preliminary design are integrated into the design framework to re-
duce the uncertainty regarding ORC system mass and component performance. This
simulation framework is used to answer the following research questions.

The main research question is:

What is the effect on mission fuel consumption of adopting an ORC bottoming unit to
aircraft gas turbine engines?

This main question is accompanied by the following sub-research questions:

1. For which combinations of aircraft configurations and missions can the adoption
of an ORC bottoming unit for aircraft gas turbine engines be beneficial?

2. What is the impact of an ORC bottoming unit on the optimum design of an aircraft
gas turbine engine?

3. What is the optimal configuration for integrating the heat exchangers of the ORC
WHR system into aircraft gas turbine engines?

4. What is the impact of an ORC bottoming unit for aircraft gas turbine engines on
aircraft design and performance?
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5. What is the impact on the combined-cycle power output of selecting mixtures of
organic compounds as the working fluid of air-cooled ORC bottoming units for gas
turbine engines in the 50 MW power range?

6. What are the design guidelines for airborne ORC bottoming units, given the vastly
different environmental conditions, constraints related to mass and volume, and
the impact on aircraft aerodynamics, when compared to stationary power plants?

1.5. THESIS OUTLINE

This dissertation is partially based on work presented at conferences and published in
peer-reviewed journals. It is organized into 8 Chapters whose content is summarized as
follows.

Chapter 2 presents a simplified method to assess the efficiency of a combined-cycle
engine adopting an ORC bottoming unit and its impact on mission fuel consumption.
The results of using this method to assess the feasibility of three application cases are
presented.

Chapter 3 presents a thermodynamic analysis of a stationary combined-cycle power
plant consisting of a 35 MW gas turbine engine and an ORC bottoming unit using dif-
ferent organic working fluids and mixtures thereof. Two different ORC architectures are
investigated that utilize air as the heat sink. An optimization study is conducted to iden-
tify the thermodynamic cycle and working fluid that maximizes combined-cycle power
output.

Chapter 4 presents the combined-cycle auxiliary power unit (CC-APU) concept con-
sisting of a turboshaft engine and an ORC bottoming unit. It is analyzed whether the
operation of the CC-APU instead of a conventional APU for providing ground power can
result in mission fuel savings for a medium-range aircraft. For this purpose, a simula-
tion framework named the ARENA framework was developed. ARENA allows to perform
on-design thermodynamic analysis of the gas turbine and the ORC, sizing of the heat ex-
changers and the ORC turbogenerator, and a simplified mission analysis. The acronym
ARENA stands for airborne thermal energy harvesting for aircraft. A non-recuperated
fan-air-cooled ORC unit using cyclopentane as the working fluid is considered. The ORC
unit and the gas turbine are integrated into the tail of the aircraft and volume limitations
are considered as sizing constraints of the heat exchangers. An optimization study is
performed to identify the CC-APU design that minimizes mission fuel consumption.

Chapter 5 presents the combined-cycle turboshaft engine (CC-TS) concept consist-
ing of a turboshaft engine and an ORC bottoming unit. The impact on mission fuel
consumption of employing CC-TS engines instead of simple-cycle turboshaft engines
onboard a medium-range turboelectric aircraft is analyzed. A non-recuperated ram-air
cooled ORC unit using cyclopentane as the working fluid is considered. The ORC unit
and the ram-air ducts that house the condensers are integrated with the turboshaft en-
gine in nacelles. The volume limitations inside the nacelle serve as sizing constraints
for the heat exchangers. For this purpose, the ARENA framework was extended with a
ram-air duct model, a model to consider the impact on aircraft design and performance,
and a more detailed mission analysis model. The results regarding an optimized CC-TS
engine design for minimum mission fuel consumption are presented.
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Chapter 6 presents the combined-cycle turbofan engine (CC-TF) concept consisting
of a turbofan engine and an ORC bottoming unit. It is investigated whether mission
fuel consumption of a medium-range partial-turboelectric aircraft can be reduced if the
simple-cycle turbofan engines are replaced with CC-TF engines. A non-recuperated air-
cooled ORC unit using cyclopentane as the working fluid is considered. The condensers
are placed in the bypass duct of the turbofan engine. The ARENA framework was further
extended with a module for nacelle sizing, off-design simulation of the turbofan engine,
and on/off-design simulation of the electrically driven ducted-fans. The CC-TF design
and the thrust ratio between the CC-TF and the distributed electric propulsion system
that results in minimized fuel consumption are identified.

Chapter 7 presents the methodology of a newly developed program for the weight
estimation of aeronautical gas turbine engines (WEST). WEST sizes the main engine
components using a mix of physics-based models and empirical correlations and con-
sidering mechanical design constraints. The tool provides the preliminary design of ax-
ial and radial compressors and axial turbines. Thermodynamic cycle data and various
geometrical and performance parameters are required as input. WEST provides engine
dimensions and component mass estimates as the output.

Chapter 8 outlines the main conclusions resulting from the performed research by
answering the stated research questions. Furthermore, recommendations for further
development of the ARENA framework and topics for future research activities are pro-
vided.
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FIRST-ORDER ANALYSIS

ABSTRACT

A first-order analysis is performed to identify aircraft applications that could benefit
from integrating an ORC bottoming unit with gas turbine engines. First, a simplified
method to estimate combined-cycle efficiency is presented. Second, this method is ap-
plied to three application cases. The results indicate fuel savings when integrating an
ORC bottoming unit with an aircraft auxiliary power unit for providing ground power
and to the turboshaft engines of a turboelectric aircraft. Based on these results, detailed
analysis is carried out in the following chapters.

2.1. INTRODUCTION

The impact of integrating an ORC WHR system with aircraft engines on mission fuel con-
sumption depends on the combined-cycle configuration and the mission scenario. To
identify cases that may profit from this new technology a simplified method is developed
that enables the estimation of the combined-cycle efficiency, and the impact on mission
fuel consumption. The following application cases are analyzed using this method:

1. A combined-cycle power unit (CC-PU) adopting an ORC WHR system providing
secondary power during cruise for a more-electric long-range aircraft.

2. A combined-cycle auxiliary power unit (CC-APU) adopting an ORC WHR system
providing power for ground operations only of a medium-range aircraft.

3. A combined-cycle turboshaft (CC-TS) engine adopting an ORC WHR system re-

placing the turboshaft engines of a medium-range turboelectric aircraft.

2.2. METHODOLOGY

The methodology consists of two parts. The first part estimates the performance and
mass of combined-cycle engines. The second part estimates mission fuel consumption
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accounting for changes in fuel efficiency and aircraft mass. These methods are described
in the following.

2.2.1. ESTIMATION OF COMBINED-CYCLE PERFORMANCE
In the following a method to estimate 7., the ORC unit power contribution, and the
ORC unit mass (m,,c) is presented. For this purpose, the impact of the evaporator pres-
sure drop on gas turbine efficiency is neglected. Furthermore, mechanical losses are
not accounted for, i.e., thermal efficiencies equal net efficiencies. Therefore, the results
obtained with this method may overpredict real system performance.

The following definitions for 7., the gas turbine efficiency (), the ORC efficiency
(Morc), and the recovery factor of the ORC evaporator (y) are applied. 7. is defines as

WCC

Nee = T LIV’ 2.1)

where W, is the combined shaft power output of the gas turbine engine and the ORC
turbine, 7itg¢ the fuel mass flow rate, and LHV the lower heating value of the fuel. 7, is
defined as

o W 2.2)
T8 ™ Thgue LAV’ '
where Wgt is the shaft power produced by the gas turbine engine. 74, is defined as
W,
Norc = e ) (2.3)
Qevap

where W, is the shaft power provided by the ORC turbogenerator and Qevap is the heat
extracted from the exhaust gases via the evaporator. y is defined as

evap

X== ) (2.4)
Qwaste

where Qyaste is the waste heat available at the exit of the gas turbine. Using these defini-
tions, 7). can be expressed as

Nee = ngt"‘norcX(l _ngt)~ (2.5)
The fraction of W, over W, is calculated as
W,
Wore _ o _ Jgt 2.6)
Wee Nce

Moy is determined by dividing W,,. with the mass-specific power of the ORC system
(eorc)- For this purpose, a suitable estimate of e, is required.

The presented method straightforwardly applies to turboshaft engines. An extension
to turbofan engines is possible, considering that W, drives the fan. The net thrust pro-
duced by the fan bypass stream (Fye an) is determined using the following definition of
the fan propulsive efficiency (prop,fan)

_ Fnet,fan Voo 2
Mprop = —W BPR ' 2.7)
CC BPR+1
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where V, is the free stream velocity and BPR is the engine bypass ratio. For high bypass
ratio engines, where the core stream produces only little thrust the simplification that
engine net thrust equals Fpet fan can be applied.

2.2.2, ESTIMATION OF MISSION FUEL CONSUMPTION

The mission fuel consumption is calculated using the Breguet range equation to esti-
mate cruise fuel consumption and using fuel fractions for the non-fuel-intensive flight
phases (take-off, climb, descend and landing). The fuel consumption during cruise is
the difference between the aircraft mass at the start of cruise (7 start) and the mass at
the end of cruise (7 eng). The value of m; enq is determined by dividing the zero-fuel
mass (m,) with the fuel fraction for the descend and landing phase (f fcr_ldg). Accord-
ing to data reported by Roskam [1] f fo—1qg is set to 0.98. mys is the sum of the operating
empty mass (m,e) and the payload mass (mp)). The value of M gy is determined by
rearranging the Breguet range equation that is defined as

Ver £ o My start
g TSFC¢; Der 8 Mecrend ’

Ry = (2.8)
where R, is the cruise range V,, is the cruise speed, g is the gravitational accelera-
tion, TSFC,, is the cruise thrust-specific fuel consumption, é the lift-to-drag ratio dur-
ing cruise. Subsequently, the maximum take-off mass (mmto) is calculated by dividing
Mgy start With the fuel fraction for the take-off and climb phase (f fio—cr). According to
data reported by Roskam [1] f fio—c; is set to 0.98.

Adding a WHR unit affects the value of TSFC;, mge, and £ Do . TSFC,; is defined as the
cruise thrust divided by the fuel mass flow rate. The latter is affected by changes to the
engine efficiency. The change in m,, is accounted for by adding m,,.. Non-linear effects
on mge that may arise from the need for a larger wing and landing gear are not addressed
by this simple method. Similarly, the impact on aircraft aerodynamics of adding the ORC
unit is neglected.

2.3. RESULTS

The method to estimate combined-cycle performance presented in Section 2.2.1 is first
applied to perform a parametric analysis that shows the effect on 7). of varying noyc, gt
and y. Second, the methods presented in Sections 2.2.1 and 2.2.2 are applied to the three
case studies introduced in Section 2.1. For these cases, a value of 1o, = 20%, which is
similar to the value resulting from the ORC system design of Zarati et al. [2], and a range
of y from 0.2 to 0.6 is assumed.

2.3.1. PARAMETRIC ANALYSIS

Figure 2.1 gives results of a parametric study obtained using Eq. 2.5 for different levels
of y. The contour plots shown in this figure can serve to estimate the value of .. based
on assumed values of the input parameters g, 7ore, and ¥, or to estimate required val-
ues of the input parameters to achieve a desired level of n... These graphs show, that
gas turbines with low efficiency benefit more from adding an ORC WHR unit and that
higher heat recovery results in higher combined-cycle efficiency. However, higher recov-
ery requires a larger evaporator. The evaporator is integrated into the exhaust duct of
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the gas turbine and its size may be constrained. Furthermore, a larger evaporator im-
poses more pressure drop which increases the backpressure of the turbine. This results
in a larger engine and more fuel consumption for a given power or thrust requirement.
The value of 7, is a function of the recovered and rejected heat. Similar, to the effect of
heat recovery on gas turbine efficiency, heat rejection via the condenser can affect air-
craft performance via the pressure drop imposed on the cooling air in case of a ram-air
cooled configuration. Therefore, an optimal value of 17, results from a multidisciplinary

analysis.
=0.2 =0.4 =0.6
0.3 X — 0.3 X 0.3 X 060
| 0.52
0 0.2 2 0.2 0 0.2 0.44
< < < 0.36 =
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Figure 2.1: Countour plots showing combined-cycle efficiency (1¢¢) as a function of ORC thermal efficiency
(Morc), gas turbine thermal efficiency (1g¢) and ORC recovery factor (y).

2.3.2. CASE 1: CC-PU FOR POWER DURING CRUISE
Case 1 considers a combined-cycle power unit (CC-PU) consisting of a turboshaft en-
gine and an ORC bottoming unit with a combined output power of 1 MW. This is ap-
proximately the shaft power required during cruise to produce the electrical power for
onboard systems of the Boeing 787 [3]. In the case of the 787, this power is provided by
engine-mounted generators. The question is whether a CC-PU can provide this power
more efficiently than the turbofan engines.

First, the fuel consumption of turbofan engines related to the provision of shaft power
(Miyel offtake) 1S estimated. According to Scholz et al. [4] ritg,el offtake Can be estimated as

mfuel,offtake = k X TSEC; X W, 2.9

where k is the shaft power factor, TSFC; is the cruise thrust-specific fuel consumption,
and W is the shaft power. According to Scholz et al. [4] the value of k can be taken as
0.002 N/W and the Rolls Royce Trent 1000 engine used on the Boeing 787 has a TSFC, of
14.3mg/Ns [5]. Based on these values and assuming W = 1 MW, 7itgye] offtake aMoOUnts to
0.029kg/s.

Secondly, the fuel consumption of the CC-PU is estimated. A thermal efficiency of
the CC-PU'’s gas turbine of 30% is assumed based on advanced turboshaft engine con-
cepts with a power capacity of around 1 MW studied by Snyder and Tong [6]. Table 2.1
gives the resulting values of 7., determined using Eq. 2.5 and r,e for the provision
of W,. = 1MW. These results show that even under the most optimistic assumption of
x = 0.6 the CC-PU fuel consumption is still twice the value of the turbofan engine for the
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provision of power off-takes. Therefore, this concept is considered infeasible for provid-
ing shaft power during cruise. However, the operation of a CC-PU in operating points
other than cruise could entail advantages. For example, the turbofan engines could be
relieved from providing secondary power during descent, when they are typically oper-
ated close to the idle operating point.

Table 2.1: CC-PU combined-cycle efficiency (1¢c) and ORC power frac-
tion Wy / Wee for different values of ORC heat recovery factor (y), and
values of the resulting fuel mass flow rate (rigye)) for the provision of
1 MW of shaft power (Wc). The results are based on o = 20% and

Ngt = 30%.
x () 0.2 0.4 0.6 | Ref. Turbofan
Nee (5 33% 36% 38%
Nee (-) 32.8% 35.6% 38.4% | Miyelofftake =

Wore/Wee (5) 9% 16%  22% | 0.029kg/s
fige (kg/s)  0.071  0.065 0.061

2.3.3. CASE 2: CC-APU FOR POWER ON GROUND

Case 2 considers a combined-cycle auxiliary power unit (CC-APU) to provide the sec-
ondary power required during ground operations of a medium-range aircraft. This anal-
ysis assumes an aircraft similar to an Airbus A320neo that according to data of Ref. [7]
has an approximate secondary power requirement of 250 kW. This power is provided by
the APU that has an efficiency of around 18% [7] which results in a fuel consumption of
0.032kg/s. The CC-APU'’s gas turbine efficiency is assumed to be equal to the baseline
APU. The question is whether mission fuel consumption can be reduced by employing a
CC-APU instead of a simple-cycle APU for providing ground power.

The mission fuel consumption is the sum of the flight phase fuel consumption es-
timated using the method presented in Section 2.2.2, and the ground phase fuel con-
sumption. The Airbus A320neo has an m,, of 43520kg, a %Cr of 17.9, estimated using
a method proposed by Torenbeek [8], and a TSFC,, of 14.4 mg/Ns. TSFC, is calculated
for the CFM LEAP-1A engine based on information reported by the Jane’s Information
Group [5]. The mission is over a range of 900 NM at a cruise Mach number of 0.78, and a
my, of 19280 kg. The ground phase fuel consumption is determined by multiplying the
fuel mass flow rate of the APU or CC-APU with the total ground operating time. This
time is determined to be approximately 41 min according to data of Refs. [9, 10, 11, 12].

Figure 2.2 shows the required improvement of 7., over the baseline APU efficiency
(An¢c) to compensate for the extra fuel consumption incurred by an increase in operat-
ing empty mass (Am,e). In the considered range of Am,e an almost linear improvement
of An is required. For an increase in m,, of 100kg the CC-APU efficiency needs to be
approximately 3 absolute percent points higher than the baseline APU efficiency of 18%.
Table 2.1 gives the values of 7., determined using Eq. 2.5 and of ritge for the provision
of W, = 250kW. Additionally, this table presents the required minimum ORC mass-
specific power (eqrc,min) to break even with the additional fuel consumption incurred by
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the increased operating empty mass. This value is determined assuming that the mass
of the CC-APU'’s gas turbine stays constant and equal to the mass of the baseline APU
and that Am,, is entirely due to the added ORC components. The value of ey min Stays
constant at 0.35kW/kg for different values of y due to the almost linear nature of the
curve presented in Fig. 2.2.

It is concluded, that the adoption of a CC-APU can reduce mission fuel consumption
if the ORC WHR system has a ey, that is larger than 0.35kW/kg. For comparison, the
ORC WHR system design identified by Zarati et al. [2] for a2 MW turboprop engine has a
eorc 0f 0.33kW/kg. Zarati et al. [2] assumed a mass-specific power of the ORC turbine of
0.5kW/kg, and it amounts to approximately 70% of m,,.. Optimized ORC turbogenera-
tor designs are likely to achieve higher values of mass-specific power. Therefore, a more
detailed investigation of the CC-APU concept, including the design of the ORC turbo-
generator, is advised.

14 Table 2.2: CC-APU combined-cycle efficiency (1¢c) and
12 ORC power fraction Woyc/ Wy for different values of
ORC heat recovery factor (y), and corresponding val-
10 ues of fuel mass flow rate (rigye)) for the provision of
< 250 kW of shaft power (W), and values of required
3; minimum ORC mass-specific power (eorc,min). The re-
<]'5 61 sults are based on 7orc = 20% and ngt = 18%.
4]
2] x () 0.2 0.4 0.6
0 w w w w w Nee () 21% 25% 28%
0 50 100 150 200 250 300 . .
A (k) Wore/ Wee () 15%  27%  35%
Tigyel (kg/s) 0.027 0.024 0.021

Figure 2.2: Required CC-APU efficiency improve- €ore,min (kW/kg) 0.35 0.35 0.35
ment over baseline APU (A7) to break even with

increased mission fuel consumption due to added
operating empty mass (Amge)

2.3.4. CASE 3: CC-TS FOR TURBOELECTRIC AIRCRAFT

Case 3 considers a combined-cycle turboshaft (CC-TS) engine replacing the turboshaft
engines of a medium-range turboelectric aircraft. The ONERA Dragon turboelectric air-
craft concept is selected as the reference aircraft from which masses and the lift-do-drag
ratio are taken [13]. This aircraft utilizes two turboshaft engines providing electrical
power to a distributed propulsion system of under-the-wing mounted electrically driven
ducted-fans. The question is whether mission fuel consumption can be reduced by re-
placing the simple-cycle turboshaft engines with CC-TS engines.

Mission fuel consumption is estimated using the method presented in Section 2.2.2.
The aircraft has a mye of 42700kg, a %Cr of 17.2, and transports a payload of 13600 kg
at a cruise Mach number of 0.78 over a range of 2750 NM. Each turboshaft engine has a
power capacity of 5.25 MW, and a 11 0of 61%. The CC-TS’s gas turbine engine is assumed
to have the same efficiency as the baseline turboshaft engines. TSFC; is calculated with
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the following relation

Voo

TSFCyp = —————;,
r ngtnptnpropLHV

(2.10)

where 7, is the electrical powertrain efficiency and 7, the propulsive efficiency of
the ducted fans. ny, is defined as the electric motor shaft power driving the ducted fan
divided by the turboshaft or CC-TS shaft power output. 7,4, is defined by the thrust
power of the ducted-fan divided by the electric motor shaft power.The value of r,; = 0.89
is selected according to the technology assumptions of Ref. [13], and the value of npqp, is
set to 86% [14].

Figure 2.3 shows the required improvement of 7. over the baseline turboshaft effi-
ciency (An¢c) to compensate for the extra fuel consumption due to an increase in oper-
ating empty mass (Amge). In the considered range of Am,e an almost linear improve-
ment of A7 is required. For an increase in m, of 1000 kg the CC-TS efficiency needs to
be roughly one absolute percent point higher than the baseline turboshaft efficiency of
61%. Table 2.3 gives the values of 1. determined using Eq. 2.5, and the values of ritge for
the provision of W, = 5.25 MW for values of y ranging between 0.2 and 0.6. Furthermore,
the table presents the required minimum ORC mass-specific power (€grc,min) to break
even with the additional fuel consumption due to the increased operating empty mass.
This value is determined assuming that the mass of the CC-TS’s gas turbine stays con-
stant and equal to the mass of the baseline turboshaft engine and that Am,, is entirely
due to the added ORC components. The value of ey min Stays constant at 0.11 kW /kg
for different values of y due to the almost linear nature of the curve presented in Fig. 2.3.
This value is lower than the value identified for the ORC WHR system for a 2 MW turbo-
prop engine designed by Zarati et al. [2]. Therefore, this application is considered worth
a more detailed investigation.

7 Table 2.3: CC-TS combined-cycle efficiency (n¢c) and
6 ORC power fraction Woye/Wec for different values of
ORC heat recovery factor (y), and corresponding val-
5 ues of fuel mass flow rate (rif,e]) for the provision of
<P 5.25 MW of shaft power (W), and values of required
= minimum ORC mass-specific power (egrc,min)- The re-
gu 3 sults are based on ¢ = 20% and 1gt = 61%.
2
1 x () 0.2 0.4 0.6
0 : ; : : Nee () 63% 64% 66%
0 1000 2000 3000 4000 5000 . .
Amge (kg) Worc/ch (') 3% 5% 8%
Tguel (kg/s) 0.194 0.191 0.185

Figure 2.3: Required CC-TS efficiency improvement €orc,min &wW/ kg) 0.11 0.11 0.11
over baseline turboshaft engine (A7) to break even
with increased mission fuel consumption due to
added operating empty mass (Amge)
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2.4. CONCLUSIONS

A "back-of-the-envelope"-style method for calculating the performance of a combined-
cycle engine consisting of a gas turbine engine and an ORC bottoming unit is developed.
This method is based on several simplifying assumptions regarding component efficien-
cies and the impact of the WHR system on gas turbine performance. Nevertheless, it can
capture the sensitivity of combined-cycle efficiency to gas turbine efficiency, ORC effi-
ciency, and the waste-heat recovery factor.

This method is applied to three cases with different combined-cycle configurations
and mission scenarios. It is concluded, that using an ORC WHR system to improve the
efficiency of propulsive power production during cruise can reduce mission fuel con-
sumption. Based on the favorable results obtained for Cases 2 and 3, a detailed analysis
will be conducted in the following chapters.
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ABSTRACT

The use of mixtures as working fluids of organic Rankine cycle (ORC) waste heat recov-
ery (WHR) power plants has been proposed in the past to improve the matching between
the temperature profile of the hot and the cold streams of condensers and evaporators,
thus to possibly increase the energy conversion efficiency of the system. The goal of this
study is to assess the benefits in terms of efficiency, environmental (GWP), and opera-
tional safety (flammability) that can be obtained by selecting optimal binary mixtures
as working fluids of air-cooled ORC bottoming power plants of medium-capacity indus-
trial gas turbines. Furthermore, two thermodynamic cycle configurations are analyzed,
namely the simple recuperated cycle and the so-called split-cycle configurations. The
benchmark case is a combined-cycle power plant formed by an industrial gas turbine
and an air-cooled recuperated ORC power unit with cyclopentane as the working fluid.
The results of this study indicate that binary mixtures provide the designer with a wider
choice of optimal working fluids, however, in the case of the recuperated-cycle configu-
ration, no improvement in terms of combined-cycle efficiency over the benchmark case
can be achieved. The split-cycle configuration leads to an increase of combined-cycle
efficiency of the order of 1.5%, both in the case of pure and blended working fluids. Fur-
thermore, for this cycle configuration, using Novec 649 as the working fluid is advanta-
geous because it is environmentally and operationally safe, and it does not involve any
penalty in terms of combined-cycle efficiency if compared to the benchmark case. Ad-
ditionally, using this fluid would lead to a more compact turbine, as the corresponding
thermodynamic cycle would determine a turbine volume flow ratio that is half of the
value of the benchmark case and a specific enthalpy difference over the expansion that
is one-fifth.

3.1. INTRODUCTION

In the European Union alone, the amount of wasted thermal energy that could be recov-
ered for further use is estimated to be about 300 TWh/year [1, 2]. Bianchi et al. [1] re-
port that 55% of this recoverable energy is due to heat sources with temperatures above
300 °C while the rest is available at lower temperatures. Papapetrou et al. [2] indicate
similar values.

A more recent report documents in more detail the availability of industrial waste
heat in EU countries per industrial sector, temperature level, and geographical location,
further highlighting the large potential of this renewable-equivalent energy source [3].

High-temperature industrial heat sources provide a substantial potential for waste
heat recovery (WHR) and for waste-heat-to-power (WH2P) in particular. WH2P from
high-temperature thermal energy and for large power capacities is traditionally realized
by means of steam-cycle power plants, but the number of large high-temperature heat
sources is very limited. For lower power capacities the resulting steam mass flow rate
would be too small and the specific enthalpy over the expansion too large for the real-
ization of efficient steam turbines [4]. The use of an organic compound as a working
fluid allows for realizing simple and efficient turbines and in general a simpler and more
cost-effective power plant configuration. For example, the fluid can be chosen to keep
the working fluid in the condenser at super-atmospheric pressure.
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Recovering waste heat from stationary and mobile gas turbines, internal combustion,
and, in the future, fuel cell engines with ORC systems provides an enormous opportu-
nity for efficiency increase and emission reduction. The most prominent limitation of
using organic compounds as working fluids of high-temperature ORC power plants is
their relatively low thermal stability if compared, for instance, to that of water. The use
of organic fluids featuring high thermal stability (some hydrocarbons, siloxanes, some
phased-out refrigerants) is often restricted by regulations regarding operational safety
(flammability) [5] and environmental sustainability (GWP, ODP) [6].

In this regard, the use of mixtures as working fluids may result in cycle configurations
providing higher energy conversion efficiency [7] and, at the same time, compliance
with regulatory requirements. Especially in the case of mobile applications and of power
plants employing air-cooled condensers either because regulation forbids the use of wa-
ter cooling or because they are located in remote and arid areas, the use of mixtures
as working fluids may be advantageous. The efficiency of air-cooled ORC power plants
might benefit from non-isothermal condensation because the power absorbed by fans,
which may be rather large, can be reduced in comparison with the amount needed for
the isothermal condensation of a pure working fluid. However, more heat transfer sur-
face is usually required. In their work on mixtures as working fluids for air-cooled ORC
WH2P systems for fuel cells, Angelino and Colonna [8, 9] showed that the improved tem-
perature profile matching in the condenser due to the working fluid temperature glide
over condensation leads to a substantial reduction of air-cooler fan power at the cost of
larger heat transfer surface, and may contribute to an increase of the combined-cycle
net power output. Moreover, the additional cost due to a larger condenser could be re-
covered in a very short time.

After the seminal works of Angelino and Colonna [8, 9], researchers have investigated
the use of mixtures as working fluids for various ORC applications such as waste heat
recovery and conversion of solar and geothermal energy, see the literature reviews pre-
sented by Braimakis et al. [10] and Abadi and Kim [11]. While for low-temperature ORC
power plants, numerous studies indicate that the use of mixtures as working fluids al-
lows for an increase of conversion efficiency, in the case of high-temperature systems,
contrasting results have been reported in the literature. Most of these works focus on
water-cooled ORC systems as bottoming units of internal combustion engines (ICE). For
instance, Fang et al. [12] considered as working fluids of a simple ORC system zeotropic
mixtures composed by combining two high critical temperature hydrocarbons, namely
decane and toluene, and two low critical temperature refrigerants, i.e., R245fa and R123.
They found that the power output of the ORC bottoming unit operating with mixtures
is always lower than that estimated in case toluene is the working fluid. However, the
adoption of a 0.9 toluene / 0.1 decane mixture may allow for a lower levelized cost of
electricity for the plant thanks to a reduction in the size of the heat exchangers that is
achieved at the cost of a marginal decrease in power output with respect to the ORC op-
erating with pure toluene. Conversely, in the case of heat recuperation from large Diesel
engines for power generation on offshore platforms, Kolahi et al. [13] estimated signifi-
cant gains in the efficiency of the ORC unit if mixtures of hexane and cyclohexane with
the refrigerants R236ea and R245fa are adopted as working fluid. The improvement with
respect to the efficiency achieved with the same pure fluids is up to 20%, while the cor-
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responding reduction in the specific investment costs and payback time of the ORC unit
is lower than 10%. Scaccabarozzi et al. [14] optimized the conceptual design of an ORC
bottoming unit considering two ICEs as topping units, featuring different exhaust gas
temperatures, and two operating scenarios: in the first one, the output of the combined
system consists only of electricity, while in the second one, the plant is operated in co-
generation mode. The authors analyzed for each scenario more than twenty fluids and
the binary mixtures resulting from their combination if these mixtures feature a temper-
ature glide over condensation of at least 5 °C. Their results show that mixtures allow for
an ORC power output increase of the order of about 3% in all the considered scenarios.
The authors attributed the limited efficiency improvement to the supercritical configu-
ration of the optimal cycles: the temperature glide is exploited only over condensation
and, as a result, the thermodynamic benefit of adopting mixtures in place of pure flu-
ids is reduced. As an alternative to a supercritical cycle configuration, researchers have
explored the adoption of mixtures in two cascaded ORC loops, see, e.g, [15, 16]. These
studies indicate that zeotropic mixtures allow for a higher ORC power output, though the
extent of the increase varies significantly, from a few percentage points, as in Ref. [14], to
up to 20%.

In the case of solar power conversion, supercritical CO, power plants are one of the
most promising solutions, because of their high conversion efficiency and the expected
compactness of the equipment. Researchers have investigated the blending of CO, with
other organic compounds featuring high thermal stability to improve further plant ef-
ficiency as well as to mitigate some of the technical challenges that supercritical CO,
technology entails, e.g., the high-pressure of the cycle [17, 18, 19]. Contrary to what was
observed for waste heat recovery from ICE, the researchers calculated substantial effi-
ciency gains. With respect to the supercritical CO, power cycle, the relative increase in
efficiency ranges from 5% to 15% depending on the considered minimum and maximum
cycle temperature.

Regarding high-temperature WH2P systems (thermal source temperature above 300 °C),

only Ren et al. [20] assessed the use of mixtures as working fluid of an ORC bottoming
unit. The authors studied a gas turbine and water-cooled organic Rankine cycle com-
bined system and included among the assessed working fluids mixtures of siloxanes,
alkanes, and aromatic hydrocarbons. Moreover, four commercial gas turbines with dif-
ferent exhaust temperatures (280 — 500 °C) and power capacity (600 kW — 53 MW) were
considered as topping unit of the plant. Their results show that the mixtures may allow
for marginal improvements of the ORC unit efficiency, except for small power capacity
gas turbines, where they are outperformed by bottoming cycles using cyclopentane as
the working fluid.

Note that only a limited amount of fluids were considered in the majority of the cited
literature, thus preventing the generalization of those results: better performance may
be achieved with pure compounds or mixtures that were not considered. To address this
limitation, Papadopoulos et al. [21] were the first to propose a Computer-Aided Molec-
ular Design (CAMD) framework for the synthesis of binary mixtures suitable as work-
ing fluids of ORC power plants. Their methodology integrates an ORC system model
with a group contribution method and a cubic equation of state to calculate the ther-
modynamic properties of the mixtures. Thanks to the group contribution method, it is
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possible to calculate with acceptable accuracy the thermodynamic properties of a fluid
made by a generic molecule and then assess the corresponding performance through
the ORC system model. This in turn enables the optimization of the molecular structure
of the two working fluids based on the chosen objective functions. It follows that the
ORC design is not limited by the chosen set of candidate fluids, provided that the group
contribution method enables the modeling of a broad spectrum of fluids. In Ref. [21]
the demonstrative academic case is a geothermal plant exploiting a brine at 95 °C. The
objective functions are the maximization of the thermal and exergy efficiency as well as
the minimization of the flammability characteristics of the two fluids. The resulting op-
timal working fluid is a blend of two fluorinated derivatives of propane. However, the
authors did not compare the ORC power plant performance estimated in the case of the
optimal mixture of working fluids with that of pure working fluids. This comparison is
instead performed by Schilling et al. [22], who implemented a CAMD framework based
on a group-contribution method applied to the physically-based perturbed-chain sta-
tistically associating fluid theory (PC-SAFT) equation of state, and capable of optimiz-
ing the thermo-economic performance of ORC processes operating with mixtures. The
authors discovered that the potential of mixtures strongly depends on the temperature
rise of the cooling water in the condenser and the temperature of the thermal source
and that the optimal mixture varies considerably with the considered process specifica-
tions. With regard to the effect of the thermal source temperature, the results of Schilling
et al. [22] show that using binary mixtures as working fluids is very advantageous for
low-temperature heat sources in the range of 100 — 125 °C. The relative efficiency in-
crease can be higher than 50%, while the reduction in the specific costs of the plant is
much lower and of the order of 2 — 3%. For higher heat source temperatures, namely
between 150 — 200 °C, the results of calculations do not provide any clear trend about
the effect of using binary mixtures as working fluids on thermodynamic cycle efficiency.
The net power output achieved with the optimal mixture is always 5 — 10% higher than
the net power output obtained with the optimal pure component, confirming the poten-
tial of mixtures. At the same time, the economic benefit of adopting mixtures remains
approximately independent from the thermal source inlet temperature.

It is therefore possible to conclude that the potential of mixtures as working fluids
of ORC systems converting thermal sources at temperatures in excess of 300 °C has not
been properly characterized yet. If, on the one hand, clear benefits have been demon-
strated for supercritical CO, power cycles in solar applications, on the other, contradic-
tory results are reported for other ORC systems, especially in the case of waste heat re-
covery from ICEs. The reason may be the limited number of working fluids and mixtures
considered by the researchers. Moreover, the studies investigating WH2P applications
involving gas turbines or fuel cells are too few to draw a general conclusion. Another
important limitation is that the majority of the literature about the use of zeotropic mix-
tures focuses on water-cooled ORC power plants despite the earlier works of Angelino
and Colonna [8, 9] already demonstrated that the main advantage offered by fluid blends
is the lower air-cooler fan power consumption enabled by the temperature glide over
condensation. Moreover, water cooling is most often impossible either because of the
typical geographical location of these power plants or because of the current regulatory
framework.
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This work contributes to the filling of the knowledge gap regarding the use of working
fluid mixtures in high-temperature air-cooled ORC power plants for WH2P applications.
The impact of using mixtures on combined-cycle efficiency, especially considering its
influence on fan power demand, the potential of selecting environmentally and oper-
ationally safe fluids, as well as the impact of the working fluid on turbine design were
analyzed. A combined-cycle power plant formed by an industrial gas turbine and an
air-cooled recuperated ORC power unit with cyclopentane as the working fluid, a power
plant that is similar to a product offered on the market, was chosen as the benchmark.
Two different cycle configurations were analyzed and a very wide range of pure fluids (26)
and binary mixtures (325) as the working fluid were considered. Optimal cycle parame-
ters and working fluid combinations are subsequently identified using an evolutionary
optimization algorithm targeting the net power output as the optimization objective.
Given that there is no experimental database that could have supported the modeling of
such an extensive set of blends, with compositions optimized for the considered applica-
tion, the estimation of their thermodynamic properties requires a predictive equation of
state (EoS) model. The chosen thermodynamic model is the PCP-SAFT EoS [23], thanks
to its capability to provide reasonably accurate values of mixture thermodynamic prop-
erties given a few pure component parameters.

3.2. METHODOLOGY

3.2.1. THERMODYNAMIC CYCLE CONFIGURATIONS

Two cycle configurations are considered in this study. With reference to Fig. 3.1, these
are the recuperated cycle, and the novel split-cycle [24]. Both configurations assume the
use of an air-cooled condenser (Cond). The main difference with respect to the common
recuperated cycle is that, in the split-cycle, the flow is divided into two downstream of the
pump. One stream passes through the recuperator (Rec) while the other one exchanges
thermal energy with the heat source in the preheater (Pre). Both streams are merged
before entering the heat recovery vapor generator (HRVG). The degree of mass flow that
is split from the mainstream (my,) is defined as the fraction of mass flow rate through
the recuperator cold side over that through the hot side.

The benchmark case is a combined-cycle power plant formed by a Siemens SGT-750
gas turbine and an ORC bottoming unit. This ORC system implements the recuperated-
cycle configuration and uses cyclopentane as the working fluid. The gas turbine has a
net power output (Wnet,gt) of 34.6 MW and a thermal efficiency (fpeqg) of 38.5% at an
ambient temperature (T,mp) of 30 °C. The net power output of the ORC system ( Wnet,om)
is 9.9 MW. This results in a combined-cycle power output of 44.5 MW and a combined-
cycle thermal efficiency (1 ey,cc) 0f49.5%, With Npeq e = ( Wnet,gt+ Wnet,orc )/ ( Wnet,gt /nth,gt )-

3.2.2. WORKING FLUIDS

The fluids selected for this analysis comprehend compounds featuring high thermal
stability (HCs, PFCs, Siloxanes), low GWP, and low flammability (HFC, HFOs, HCFOs).
These are listed in Tab. 3.3 together with their main characteristics. The ozone depletion
potential of all fluids except for HCFO-1244yd-Z and HCFO-1233zd-E is zero. For these
two fluids, Arpagaus et al. [29] state ODP values of 1.2E-4 and 3.4E-4, respectively.
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Figure 3.1: Process flow diagrams of the recuperated-cycle (a) and split-cycle (b) configurations.

3.2.3. THERMODYNAMIC MODELS

Cycle calculations are performed by means of an in-house tool that relies on a widely
adopted fluid property library [45] implementing a variety of models. Among these mod-
els, the PCP-SAFT equation of state is adopted in this study, see Ref. [23] for more de-
tails. Thanks to its predictive capabilities, the PCP-SAFT EoS is reasonably accurate also
for the prediction of thermodynamic properties of mixtures, as showcased in the origi-
nal papers documenting this thermodynamic model [46, 23]. The accuracy of the PCP-
SAFT model is confirmed by a recent study [47] aimed at developing a group contribu-
tion method for the prediction of its binary interaction parameters. The thermodynamic
properties of binary mixtures formed by either two polar fluids or two nonpolar fluids are
generally predicted with high accuracy also if the binary interaction parameters (kj) are
set equal to zero. However, a certain degree of uncertainty in the results can be expected
for mixtures resulting from the combination of a polar and a nonpolar compound. The
largest inaccuracy can be expected for mixtures formed by a polar and an associating
fluid. None of the substances in Tab. 3.3 is formed by associating molecules. In light
of these considerations and the fact that predictive methods for the binary interaction
parameters of PCP-SAFT are still under development and are limited to hydrocarbons,
all mixture binary interaction parameters are set to zero. This is common engineering
practice in studies involving chemical processes if experimental data are unavailable for
EoS calibration.
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Table 3.1: Thermodynamic cycle specifications

Parameter Value Parameter Value

T hrvgin 760.25K ATpp rec 10K
mhrvg i 105.6 kg/s APh,rec 2500 Pa
APhhrvg 2500 Pa APe rec 2.5% of Pmax
Apc hrvg 2.5% of prax A ppre** 0Pa
ATpphrvg 10K Mpump 70%

ATpp cond 7K Nturb 80%
APph,cond 5000 Pa Mfan 75%
Ape,cond 200Pa Tamb 303.15K

* Values provided by Klink [25]. The remaining values are estimates.
** Entire pressure drop assumed in HRVG.

Table 3.2: Simulation cases and settings

Simulation Case* Design variables
pure/recuperated Tinins Tmaxs Pmax
pure/split Tmin» Tmax» Pmax» Mirac
binary/recuperated Timin» Tmax> Pmax> Zi
binary/split Timins Tmax) Pmaxs Zi» Mfrac

* Working fluid composition/cycle configuration.

The air-cooler fan power consumption (W) is calculated as the product of the cool-
ing air mass flow rate (71 ¢ong) times the condenser cold-side pressure drop (Apc,cond)
divided by air density and fan isentropic efficiency. For the same amount of rejected
thermal power, a temperature glide over condensation allows for increased heating of
the cooling air and thus a reduction in #ic cond- AS APccond is fixed (see in Tab. 3.1),
only the impact of the 7. conq variation on Wian is accounted for in this analysis. The
gas turbine exhaust gas is modeled as an ideal gas mixture with a molar composition of
73.9% Ny, 13.8% O, 3.1% CO,, 8.1% H,0 and 0.9% Ar [25]. Table 3.1 lists the overall cycle
specifications.

3.2.4. OPTIMIZATION PROBLEM

Numerical optimization is used to identify a cycle design that maximizes We orc. There-
fore, the following constrained single-objective optimization problem is solved:

maximize F(x) = Whetorer
subjectto  ppin = 1.013bar, (3.1)

L 0]
Xi X=X .
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Table 3.3: List of candidate fluids

‘ Synonym ‘ Chemical ‘ ASNE | pen10°Pa) | Tea(K) | MG 1 (6) | T () | GWP ‘ e
| RI25 | comps | 354336 | 362° | 339.2° | 120.0° | ee9” | 225 | 3500° No*
z
% | R134a | comprs | su972 | 406" | 3742° | 102.0" | ea” | 207" | 13007 | No!
S | R32 | cHer2 | 75105 | 578 | 35137 | 52.0" | 843" | 2217 | 675° | Mild*

| R2asfa | camsrs | 460731 | 364° | 4272 | 134.0" | s73° | 288" | ss8 | No*

| HFO-1336mzz-Z | CaH2F6 | 692-499 | 3057 | 444307 | 164.1¢ | s23° | s0e? | 2¢ | No*
| HFO-1336mzz-E | CaH2Fe | e6711-862 | 3297 | 41257 | 164.1¢ | s23f | 2m? | 18’ | No?
%ﬁ | HCFO-1224yd-z | CsHCIF4 | 111512608 | 3387 | 4202 | 148.5¢ | aag | 287! | 14| No’
T | HoRO-1233:4-E | caHzciFs | 1026s7-65-0 | 362¢ | 4397 | 130.5 | s | 201! | 7F | No!
2 | wFo-1z3ayt | camers | 7sae21 | 338 | aero’ | 114.0 | Na* | 2t | 4" Mild
= | HFO-12430 | csmsks | 677214 | 361 | 3786 | 96.1° | Nt | a8t | 0s" | Mild
| Novec 649 | ceri20 | 7s6-138 | 187" | 4418 | 316.0° | s3] a2 | 0| No'
| cyclopentane | C5H10 | 287-92:3 | 451" | 51177 | 70.1° | 573° | 322" | 6 | Yes”
| toluene | crH8 | 108-88-3 | 411 | 591.8" | 92.1° | 673" | 384" | 33° | Yes”
g | isobutane | caHio | 75285 | 364" | 078" | 58.1" | 5937 | a:1* | 37 | Yes
| propane | csms | 74986 | 425 | 3608° | 441° | e’ | am® | 3% | Yes?
| ethane | cemé | 7a840 | 487 | 3053 | 30.1° | 633" | 185" | 297 | Yes

| Da | C8H24048i4 | 556672 | 132 | 5865 | 296.6" | 623" | aa8® | 0o | Mild*

| D5 | C10H30058i5 | 541026 | 104 | 6174 | 370.8" | 623" | asa” | o | Mild*

| D6 | C12H36068i6 | 540-97-6 |  9.01° | 6458 | 444.9° | 623" | s18" | 0 | Mild*
g | MM | ceH180si2 | 107-46-0 | 192" | 5190 | 162.4" | 573° | 31" | o | Yes”
g\MDM | C8H24028i3 | 107-51-7 |  146° | 5644" | 236.5" | 573° | 426" | 0 | Mild*
% | MD2M | C10H3003si4 | 141-62-8 | 119 | 599.4" | 310.7° | 573 | 47" | o | Mild*

| MD3M | C12H36048i5 | 141-63-9 | 945" | 6284 | 384.8" | 573 | 503" | 0o | Mild®

| MD4M | C14H42058i6 | 107-52-8 | 804" | 65327 | 459.0" | 573 | 533" | 0o | Mild®
3 | pp2 | crria | 3ss022 | 202" | 4864™ | 350.1" | 67 | 319" | nA | No'
£ | res | cuoris | 306945 | 178" | sesa™ | ae2a™ | e | a5 | 71007 No'

“ Rowley etal. [26], " MecLinden etal. [33] PIpCC [41] * For this analysis 523 K was assumed
using 2019 Database ' 3M Corporation [34] ¥ Dai et al. [42] $ Assumed to be same as for PP5
" Calderazzi and Colonna [27] 7 Takizawa et al. [35] " Acc. to PreiRinger and Briiggemann [43]
¢ Astolfi and Macchi [28] ¥ perkins et al. [36] the compound is present as
d ’ 29 . . decomposition product of
. QSE?E:::IS [E'i:()l[l ! i"FZ Chemicals Lt)d 371 MMatT > 633.15K
r . , Marsh etal. (58] * Angelino and Invernizzi [44]
Mateu-Royo etal. [31] McLinden et al. [39]
£ Juhasz [32] ? Collins etal. [40]

The optimization problem comprises one constraint that ensures a super-atmospheric
condensing pressure. This constraint is adopted in agreement with the usual conser-
vatism that informs design choices related to real-world power plants so as to ensure
technical and economic feasibility. If the pressure in the condenser is greater than the
atmospheric pressure, ambient air cannot leak into the system. Avoiding inward air leak-
age provides two operational advantages: first, in case the working fluid is flammable,
leaked air can lead to the formation of an ignitable mixture inside the system which
poses a safety issue; second, oxygen is a catalyst for thermal decomposition of the work-
ing fluid which reduces fluid lifetime and decreases the plant performance. In the case
of a configuration with a sub-atmospheric condenser, it is, therefore, necessary to adopt
a vacuum system, which introduces additional cost and may affect the reliability of the
plant.

Depending on the simulation case, the design vector (x) consists of up to five vari-
ables. Table 3.4 lists the single design variables (x;) considered in the optimization to-
gether with their lower bounds (x") and upper bounds (x"). In the case of mixtures of
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working fluids, there are no predictive methods to determine the thermal stability limit
given the characteristics of the molecules in the blend or the thermal stability limit of
the pure constituents. In addition, experimental studies are very limited and show con-
tradictory results. Liu et al. [48] investigated the thermal stability of a mixture of two
refrigerants, R32 and R1234ze(E). The experimental data show that the thermal stability
limit of the mixture is equal to that of the fluid that decomposes at the lowest tempera-
ture, R1234ze(E). The mixing of the two refrigerants promotes also the pyrolysis of R32 at
a temperature that is lower than the decomposition temperature of the fluid if unmixed.
A more complex interaction was instead observed by Gallarini et al. [49] for the mixture
of two siloxanes, MM and MDM, whereby recombination of the two molecules seems to
enhance the thermal stability of MDM, the less thermally stable compound in the mix-
ture. Due to the lack of experimental information and a general theory of thermal degra-
dation of mixtures, in this study the upper bound of T}y, is conservatively set equal to
the lowest thermal stability limit of the involved compounds Tjimi¢,a and Tjimit, s, respec-
tively. In the case of pure fluids, T,y is set equal to the thermal stability limit reported in
Table 3.3. The upper bound of the maximum reduced pressure Pmaxr = Pmax/ Perit 18 set
to 1.2. Higher cycle pressures offer limited benefits in terms of cycle efficiency due to the
increased pump power demand. High pump power demand also leads to an increased
sensitivity of cycle efficiency to pump isentropic efficiency. Consequently, higher cycle
pressure leads to increased component complexity and cost. For example, as opposed
to the off-the-shelf pumps commonly used for subcritical ORC systems, a multi-stage
pump may be required for supercritical-cycle power plants. Furthermore, the primary
heat exchanger walls need to be thicker to sustain higher pressure [28]. The optimiza-
tion problem is solved using the genetic algorithm eaMuPlusLambda implemented in
the DEAP Python library [50].

Table 3.4: Design variables and their respective bounds

Variables (x;) Description (Unit) Bounds (xL/ xU)
Minimum temperature
Tmin ORC working fluid (K) 281/303
Maximum temperature .
Tmax ORC WOI'kiIlg fluid (K) 473/m1n(Tlimit,A' Tlimit,B)
Maximum reduced pressure
Pmaxr ORC working fluid (-) 0.8/1.2
Mo Split cycle mass 0.1/0.9

flow fraction (-)

Mixture molar
“ composition (-) 0.0/1.0
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3.3. RESULTS

325 binary mixtures resulting from the combination of the fluids in Tab. 3.3 are con-
sidered as the working fluid of the bottoming ORC unit. Not all the combinations of
working fluids could be assessed because in some cases the thermodynamic property
calculations fail and in other cases, no condensation occurs for the considered range
of minimum cycle pressures. The performance of cycles employing binary mixtures is
compared against that achievable with cycles employing pure working fluids. All simu-
lations are run based on the cycle specifications listed in Table 3.1 and the optimization
settings given in Tab. 3.2 and Tab. 3.4. Only cases that fulfill the constraint of super-
atmospheric condensing pressure are presented hereafter. Figure 3.2 shows a compari-
son between the processes of the recuperated-cycle and of the split-cycle configurations
in the temperature entropy diagram of R245fa as an example. Both cycles are supercrit-
ical and feature a similar minimum and maximum temperature. The maximum tem-
peratures are close to the estimated thermal stability limit of the working fluid, which is
573 K. The split-cycle allows the recovery of substantially more thermal energy from the
exhaust gases due to the preheater. The relative increase in combined-cycle efficiency
is about 3%. However, such a performance increase is not obtained for all fluids and
depends on the fluid critical temperature T, as discussed in Section 3.4.
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Figure 3.2: T's-diagram representation of the processes forming the recuperated-cycle (a) and split-cycle (b)
configurations in case R245fa is the working fluid; The thermodynamic state numbering is consistent with
that of Fig. 3.1; Note 1: dashed lines indicate heat transfer between hot and cold recuperator streams; Note
2: the gap in saturation curve close to the critical point is due to convergence problems of the vapor-liquid
equilibrium calculation very close to the critical point.

Figure 3.3 presents Wy orc as a function of T and molecular complexity (o) for
the recuperated-cycle and split-cycle configurations. According to Angelino et al. [51]
the molecular complexity of the working fluid is “a function of the number and mass of
the atoms forming the molecule and controls the shape of the saturation curve in the T-S
(sic) plane.” A positive value of o is therefore associated with a larger value of the isobaric
specific heat, a smaller value of the latent heat of vaporization, and a positive slope of the
vapor saturation curve in the temperature-entropy diagram. Likewise, negative values of
the molecular complexity are associated with a lower complexity of the molecules, larger
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values of the latent heat of vaporization, and a negative slope of the vapor saturation
curve in the temperature-entropy diagram. Note that the T values are calculated as
prescribed by the PCP-SAFT model and therefore might differ from experimental values.
Higher power output can be achieved with the split-cycle configuration as compared
to the recuperated-cycle configuration. Furthermore, with the split-cycle configuration,

the best performance is obtained with fluids with lower T¢;;.
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Figure 3.3: Wnet,orc as a function of Trj; and molecular complexity for both the recuperated-cycle (a) and the
split-cycle (b) configurations.

Figure 3.4 presents values of Ny ¢ in relation to a representative selection of fluids.
The corresponding working fluid composition is indicated in Tab. 3.5. Non-flammable
fluids with a GWP < 150 are highlighted in blue in Fig. 3.4. The results show that the
split-cycle configuration leads to a better performance with all the considered working
fluids and can also outperform the benchmark cycle. Furthermore, some low GWP/non-
flammable fluids allow to achieve a performance comparable to that of the benchmark,
if the split-cycle configuration is adopted. In the case of the recuperated-cycle config-
uration with a pure working fluid, cyclopentane is the optimal working fluid, while, in
the case of the split-cycle configuration, R245fa is the optimal working fluid, followed by
isobutane and cyclopentane. Mixtures provide a wider range of fluids whose use offers
good combined-cycle performance, but, as is the case for the recuperated-cycle configu-
ration, the benchmark provides the best performance. Only in the case of the split-cycle
configuration, the use of a mixture working fluid is beneficial if compared to a pure fluid,
including cyclopentane. Despite the large variety of considered mixtures, in the case of
the recuperated-cycle configuration, 19 of the 20 mixtures providing the best e, ¢ con-
tain cyclopentane with a mole fraction above 90%. Furthermore, among the 100 mix-
tures providing the best et cc, 10 feature alow GWP and are non-flammable in the case
of the recuperated-cycle configuration and 13 in the case of the split-cycle configuration.
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Figure 3.4: pet,cc corresponding to a selection of working fluids. Table 3.5 lists the fluid number identifier.

Table 3.5: Table of selected fluids

Fluid pure/recuperated pure/split binary/recuperated binary/split
cyclopentane[0.92]& R245fal0.72]&
1 cyclopentane R245fa R134a[0.08] PP2[0.28]
. cyclopentane([0.79]& R245fa[0.68]&
2 HFO-12332d-2* isobutane R245fa[0.21] cyclopentane[0.32]
cyclopentane([0.80]& cyclopentane([0.93]&
3 R245fa cyclopentane HFO-1336mzz-Z(0.20] isobutane[0.07]
R245fa[0.94]& Novec 649[0.95]&
4 HFO-1336mzz-Z* Novec 649* D5[0.06] R134a[0.05]*
HCFO-1233zd-E[0.83] & R32(0.83]&
5 HCFO-1224yd-Z* HFO-1336mzz-Z* toluene[0.17) toluene[0.17)
. HCFO-1224yd-Z[0.90]& HFO-1336mzz-7[0.92]&
6 isobutane Rl34a MM]0.10] HFO-12432£(0.08]
isobutane[0.73]& propane[0.89]&
7 R32 HCFO-1224yd-Z* R32(0.27] D4[0.11]
HCFO-1233zd-E[0.61]& Novec 649(0.85]&
8 Novec 649* R32 HFO-1336mzz-Z[0.39]* MM]J0.15]
HCFO-1233zd-E[0.78]&
9 HFO-1336mzz-E* HCFO-1233zd-Z* isobutane[0.80]&Novec 649(0.20] R134a[0.22]
HCFO-1224yd-Z[0.94]&
10 R134a HFO-1336mzz-E* HFO-12432£[0.06] HCFO-1224yd-Z[0.76]& isobutane[0.24]

* Fluids with GWP < 150 and zero flammability.
Note: numbers in brackets indicate molar composition z;.
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3.4. DISCUSSION

3.4.1. RELATION BETWEEN CYCLE CONFIGURATION AND FLUID CRITICAL

TEMPERATURE

Figure 3.5 shows 1t o With respect to Ty for both the recuperated-cycle and split-cycle
configurations. In the case of the split-cycle configuration, npecc reaches the highest
values for values of T that are approximately 100 K lower than the T of the fluids
providing the best performance in case of the recuperated-cycle configuration. The rea-
son is that the amount of thermal energy recovery associated with the split-cycle config-
uration does not decrease with the adoption of a high degree of recuperation that fluids
with lower critical temperatures require to achieve high conversion efficiency.
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Figure 3.5: Comparison of npet,cc over Terit Figure 3.6: Wnet,orc as a function of Wpy, and
ATh,cond,vle for the binary/recuperated case.

3.4.2. EFFECT OF TEMPERATURE GLIDE

The isobaric phase change of a zeotropic mixture is non-isothermal, therefore it occurs
with a temperature glide. This physical behavior is beneficial for the matching of the
temperature profiles of the working fluid and air in the condenser and of the working
fluid and exhaust gas in the evaporator. Since most optimum cycle configurations con-
sidered in this analysis are of the supercritical type, evaporation is not affected by the
temperature glide. However, the temperature glide in the condenser can decrease the
fan power demand Wr,, of air-cooled ORC systems, which in turn can yield an increase
of Whet,orc- ) )

Figure 3.6 shows Wit orc as a function of Wy, and condenser temperature glide oc-
curring across the vapor-liquid equilibrium (VLE) region (AT, cond,vie) for the recuper-
ated cycle configuration. Wy, reduces for increasing values of the ATy condvle- High
values of Wnet,‘JrC are however only obtained for a narrow range of low ATj, ¢ond,vie Values.
Outside this range the beneficial Wi, reduction is offset by the decrease in thermody-
namic efficiency. Figure 3.7 shows ATj, ¢ond,vie for the selected fluids listed in Tab. 3.5.

The question remains, why Wy orc does not benefit from the reduction of W, with
increasing temperature glide. To answer this question an exergy analysis was performed.
For the recuperated-cycle configuration, Fig. 3.8 provides a comparison between exergy
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losses in case cyclopentane is the working fluid with the losses in case binary mixtures
are the working fluid, according to Tab. 3.5. While a slight trend towards reduced con-
denser losses can be observed for the mixtures, the use of mixtures leads to an overall
increase in exergy losses associated with the heat transfer in the HRVG or, in a few cases,
in the recuperator. Furthermore, Wi, contributes little to the losses. Therefore, for the
specific application investigated in this study, a reduction of Wiy, e.g., due to the tem-
perature glide, only has a small impact on the plant overall performance.
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Figure 3.7: ATh cond,vle for selected fluids. Fluid number identifier in Tab. 3.5.
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Figure 3.8: Exergy analysis comparing the recuperated-cycle configuration using the benchmark working fluid
cyclopentane (Fluid 0) with the binary/recuperated cases according to Tab. 3.5 indicated with their respective
fluid number; Note: Exergy available assumes cooling of the heat source to ambient conditions, therefore,
Estack represents the lost energy at the HRVG exit.

3.4.3. IMPACT OF CONDENSATION PRESSURE ON CYCLE PERFORMANCE

Based on the following reasoning, it is hypothesized that lifting the super-atmospheric
condensation pressure constraint might lead to a better performance of cycle configura-
tions using mixtures as working fluids. A relaxation of this constraint would allow lower
condensation temperatures. Lower condensation temperatures in turn would result in a
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lower condenser cold-side temperature difference and consequently to a higher ritg,,, de-
mand for a given condenser heat load. In the assumption that the condenser is designed
for similar airspeed, an increase in rg,, would increase Wran. In this case, a tempera-
ture glide of the working fluid may therefore be more beneficial, in that it increases the
temperature difference of the cooling air across the condenser.

To verify this hypothesis, all pure/recuperated and binary/recuperated simulations
are re-run without imposing the super-atmospheric condensation pressure constraint.
From the analysis of the results, the following observations can be made. First of all,
lifting the pressure constraint results in an increased range of feasible solutions includ-
ing cycles using pure toluene and siloxanes as working fluids and cycles using mixtures
containing toluene and siloxanes with large mole fractions. Secondly, for the cycles em-
ploying pure working fluids, it is observed that the condenser cold-side temperature dif-
ference is smaller, which results in larger Wi,,. If toluene is the working fluid, the cycle
efficiency is the maximum among all considered cases. However, the calculated effi-
ciency is very similar to that calculated in case cyclopentane is the working fluid. In both
cases, the computed W orc is slightly above 10 MW. Thirdly, the cycles employing bi-
nary mixtures as working fluid do not result in improved npetcc. Again, the efficiency
of cycles with mixtures based on toluene as the working fluid is slightly better than that
of cycles with cyclopentane-based mixtures. However, the specific enthalpy difference
over the turbine (Ahy,p) and the turbine volume flow ratio (V R) (around 500) associated
with toluene are larger if compared to those associated with cyclopentane. The impact
of these parameters on turbine design is discussed in Section 3.4.4. Therefore, the hy-
potheses put forward that cycle performance may benefit from the adoption of working
fluid mixtures in case of lower condensation pressures is invalid for the considered ap-
plication.
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Figure 3.9: VR for selected fluids. Table 3.5 lists the fluid number identifier.
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Figure 3.10: Wnet,orc as a function of Al and VR for the recuperated-cycle (a) and split-cycle (b).

3.4.4. WORKING FLUID AND TURBINE DESIGN

Turbine design complexity, size, efficiency, and therefore cost, are driven by Ahy,, and
VR of the working fluid vapor over the expansion [28]. Figure 3.10 displays the varia-
tion of these parameters for pure fluids and binary mixtures. On the one hand, with
the recuperated-cycle configuration, the highest 1y ¢ is achieved with fluids featuring
high Ak, and VR. These fluids contain a large mole fraction of cyclopentane. On the
other hand, with the split-cycle, high 77,,¢( ¢ is obtained with fluids also featuring lower
Ahyyh, and VR. For example, Figure 3.10 (b) indicates that high performance can be
attained with fluids leading to a VR range from 10 to 25 and a Ahyyt, between 30 and
60kJ/kg. Comparing this V R range with the data given in Fig. 3.9 and Tab. 3.5 reveals
that the working fluids in this region include R245fa and modern refrigerants and their
mixtures. Modern refrigerants are characterized by very low GWP and zero flammability.
For example, Novec 649 is therefore an interesting working fluid because of its low GWP
and non-flammability. A power plant adopting the split-cycle configuration and Novec
649 as the working fluid entails a calculated 7y ¢ higher than that of the benchmark,
a VR of 23.6 and Al of 32.7kJ/kg. Such a fluid would fulfill regulations concern-
ing environmental and operational safety and would allow the design of a compact and
cost-effective turbine.

3.5. CONCLUSIONS

The use of mixtures as working fluids for air-cooled ORC systems as the bottoming cycle
of medium-capacity gas turbines is investigated by means of steady-state simulations.
Zeotropic mixtures undergo isobaric phase change with a temperature glide, and this
effect can in principle be exploited to reduce condenser fan power consumption at the
cost of additional heat transfer surface. As a result, overall combined-cycle efficiency
may increase. Low GWP and non-flammable fluids suitable for high-temperature waste
heat recovery were considered. Furthermore, a new cycle configuration especially suit-
able for waste heat recovery was tested as a part of this study. The main findings are:

H
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* In comparison to pure fluids, a larger number of mixtures can be used as working
fluids of high-performance air-cooled ORC systems. However, in the case of the
recuperated cycle configuration, even if the benefit of air-cooler fan power reduc-
tion is verified, under the given assumptions the performance of the benchmark
case employing cyclopentane as the working fluid cannot be overcome, due to the
higher exergy losses associated with heat transfer.

 The split-cycle configuration allows to increase the combined-cycle efficiency if
compared to the recuperated cycle configuration and the performance estimated
with a wide range of working fluids is better than the performance calculated for
the benchmark. The optimum combined-cycle performance is achieved with pure
fluids and mixtures featuring lower critical temperatures as compared with the
working fluids of the recuperated cycle configuration.

* A range of pure fluids and mixtures with lower critical temperatures may allow
obtaining a conversion efficiency similar to that of the benchmark case but the
resulting turbine is more compact and thus more cost-effective.

* The combined-cycle efficiency of a system adopting the split-cycle configuration
for the bottoming unit and Novec 649 as the working fluid, a low GWP and non-
flammable fluid, is higher than the efficiency computed for the benchmark case.

* The adoption of mixtures as working fluid does not lead to a relevant performance
increase with respect to the benchmark also if the condensation pressure is sub-
atmospheric.

The performance improvement achieved with the split-cycle configuration comes
at the cost of larger heat exchanger surfaces. To quantify the advantage of this config-
uration, the economic aspects related to the need for more heat transfer surface and
the turbine design need to be taken into account. The effect of employing mixtures of
working fluids on the size of the heat exchangers is of specific interest for airborne ap-
plications due to the volume limitation onboard the aircraft. Furthermore, in the case of
ram-air-cooled airborne ORC unit configurations, the non-isothermal isobaric conden-
sation of mixtures of working fluids may allow a reduction of the required air mass flow
rate and therefore pressure drop for the rejection of a given heat load. As a result, aircraft
drag due to the addition of the condenser may be reduced. As a last remark, it must be
noted that, while the PCP-SAFT equation of state employed in this study to calculate the
thermodynamic properties of fluids belongs to the class of physics-based models, its ap-
plication to highly non-ideal mixtures without a proper estimation of binary interaction
parameters introduces some uncertainty.
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ABSTRACT

The prime mover of current-day auxiliary power units (APUs) onboard passenger aircraft
is a small single-shaft gas turbine. Given the low overall pressure ratio and turbine inlet
temperature of these engines, their thermal efficiency is low and typically in the range of
15 — 20%. For a short-range flight, the fuel consumption of the APU amounts to approx-
imately 1.0-1.5% of the mission fuel mass. Therefore, an improvement in APU efficiency
is desirable. This paper documents an investigation of the feasibility of adding an or-
ganic Rankine cycle (ORC) waste heat recovery (WHR) system to the APU. Furthermore,
the simulations and resulting analysis of this simple configuration provide a test case to
verify a newly developed multidisciplinary design method based on reduced-order mod-
els of the aircraft, the gas turbine, and the ORC system in preparation for more complex
studies on so-called combined-cycle power units and engines. The simulation infras-
tructure is implemented in Python and allows for the analysis of the thermodynamic
performance and the estimation of the system size and mass. This method is coupled
with an optimizer to identify the combined-cycle APU (CC-APU) design leading to the
lowest mission fuel mass, under the assumption that the CC-APU is only used to pro-
vide power during ground operation. The case study considers the replacement of the
250kW APU of an Airbus A320neo with the envisaged CC-APU and investigates its im-
pact on mission fuel burn for a 600 NM mission. Results indicate that the fuel consump-
tion of the CC-APU associated with the provision of ground power can be 50% lower
than the fuel consumption of the currently installed APU. This corresponds to a reduc-
tion of overall mission fuel mass of 0.6%. The thermal efficiency of the optimal CC-APU
design is 34% and the dry mass is 148 kg. The ORC WHR unit features an estimated mass-
specific power of 1.7 kW/kg. The design of the ORC WHR unit is driven by system size
and mass constraints rather than achieving optimal thermodynamic performance. This
is in contrast to conventional applications of such systems for stationary applications.
In the future, the developed simulation infrastructure will be extended to assess the fea-
sibility of ORC WHR systems for larger power-capacity aircraft engines.

4.1. INTRODUCTION

Efforts to make aviation environmentally more sustainable mostly focus on fuel burn re-
duction during flight. While the main engines cause the majority of ground-based emis-
sions, extended operating times of auxiliary power units (APUs) combined with their
poor thermal efficiency of around 18% [1, 2] contribute a non-negligible share to over-
all pollution. The purpose of APUs is to provide secondary power in the form of com-
pressed air to the environmental control system (ECS) or the main engine starter, and
electrical power to other auxiliary systems. Normally, APUs are operated only on the
ground. However, in emergency situations, they can also provide a limited amount of
power during flight. The availability of ground power often determines whether the APU
has to be used for extended times, and some airports impose restrictions on their use.
Such restrictions, for example, dictate maximum APU running times in case both elec-
trical power and compressed air can be provided at the parking stand. According to the
database of the Boeing Company [3], 137 out of 651 airports enforce regulations on the
use of APUs.
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To better quantify the impact of APU-induced emissions, Padhra [4] conducted a
field study tracking the APU usage of 200 Airbus A320 aircraft in service in Europe on
short-range routes between 125 airports. Data related to more than 25,000 turnarounds
were obtained from the flight data recorders of these aircraft. The analysis of these data
specifically addressed APU-induced emissions during aircraft turnaround operations
while in the parking position. The study concludes that the use of electric grid power
can lead to ground emission reductions of about 50%. Furthermore, time stamps of APU
usage after arrival at the stand and before departing from the stand show that only in
6% of the cases the time restrictions imposed by airport regulations are complied with.
It is highlighted that especially unforeseen delays in leaving the parking position cause
unnecessarily long APU running times.

APU-related emissions can be lowered by increasing the availability of ground power
at airports and by improving APU thermal efficiency. The thermal efficiency of gas tur-
bines can be enhanced by increasing the overall pressure ratio (OPR) and turbine inlet
temperature (TIT) and/or by further optimizing turbomachinery aerodynamics. How-
ever, some of these improvements are difficult to achieve if the power capacity is low.
Small-scale effects penalize turbomachinery efficiencies and make turbine blade cool-
ing unfeasible, which, in turn, limits the maximum TIT [5]. One way of circumventing
these inherent limitations on the thermal efficiency of small gas turbine engines may be
the addition of an organic Rankine cycle (ORC) system to convert the thermal energy
of the gas turbine exhaust into additional power. However, the knowledge base on the
design of such systems and their impact on aircraft emissions is still very limited and
inconclusive regarding the concept of waste heat recovery (WHR) onboard of aircraft.

To provide more detailed information about the feasibility of combined-cycle en-
gines onboard aircraft, a multidisciplinary simulation framework is developed and doc-
umented here. This framework, named ARENA (airborne thermal energy harvesting for
aircraft), is implemented in Python and includes modules for gas turbine and ORC sys-
tem performance simulation as well as for the concurrent preliminary design of the ORC
turbine and heat exchangers (HEX). The system mass is estimated based on component
sizing and empirical correlations. The impact of system mass on fuel consumption for a
given flight mission is estimated using the Breguet range equation. An optimizer is used
to identify combined-cycle design variables that result in minimum mission fuel mass.
As a first demonstrative case, the ARENA framework is used to investigate the possible
benefit of employing an ORC WHR unit to recover thermal energy from the APU’s ex-
haust gas of an Airbus A320neo, which is used to provide secondary power on ground
only. The overall fuel mass for a 600 NM mission is calculated and compared with that of
the aircraft employing the conventional APU, namely the Garrett GTCP36-300 APU [2].

This chapter is structured as follows. In Section 4.2, the methodology to design the
CC-APU is presented. Based on this methodology an optimization problem is formu-
lated whereby the objective is the minimization of mission fuel mass. In Section 4.3
this method is applied to the design of an optimized CC-APU, and the change in fuel
consumption with respect to a nominal APU is computed together with other figures of
merit. Conclusions are drawn in Section 4.4, and recommendations for further research
are presented.
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4.2, METHODOLOGY

Given the typical operational pattern of APUs, the ARENA framework is used to assess
the performance of the system at one operating condition, namely ground operation.
The ARENA framework consists of four main modules implementing models to deter-
mine 1) the APU on-design performance, 2) the ORC system on-design performance, 3)
the preliminary design of the ORC turbogenerator and its performance, and 4) the pre-
liminary design of the heat exchangers (HEX). Figure 4.1 provides a sketch of the aft of
the aircraft housing the APU, indicating major dimensions, and a possible placement of
the ORC components. Figures 4.2 and 4.3 show the process flow diagram (PFD) and the
extended design structure matrix (XDSM) of the CC-APU system. The XDSM indicates
dependencies between components with the thick gray lines, and the thin black line
indicates the computational flow. The exchange of dependent variables between disci-
plines is indicated with the gray boxes. The white boxes at the top row of the diagram
indicate the required user input data.
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Figure 4.1: Sketch of the APU compartment adapted from Ref. [2] indicating major di-
mensions as taken from Ref. [6]. The shaded boxes, which are not to scale, indicate
possible locations of the condenser (Cond), evaporator (Evap), and ORC turbogenerator
(TG).

4.2.1. OPTIMIZATION PROBLEM

Numerical optimization is used to determine the CC-APU design, which minimizes the
mission fuel mass (my,¢]). Therefore, the constrained single-objective optimization prob-
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Figure 4.2: Process flow diagram of the CC-APU system configuration.

lem that is solved can be written as
minimize F(x) = mge(x),
subjectto  Apg cond < 600Pa,
Xcond = 1.0m, (C9))
Zevap < 0.8m,

L U
Xi SX;<X;.

This optimization problem comprises three constraints. The pressure drop between the
inlet and the outlet of the cold side of the condenser (Apc,cona) is constrained to a real-
istic value, which is set according to common practice. Similarly, the width of the con-
denser core (Xcond) and the depth of the evaporator core (Zey,p) are also constrained
to maximum values, which would allow them to fit within the available space. It is as-
sumed that all heat exchangers are placed within the tail cone of the aircraft, which also
houses the APU. The values of the maximum dimensions of the heat exchangers are de-
termined by estimating lengths using the drawings of the APU compartment provided
by Stohlgren and Werner (2] and by Airbus [6] (see Fig. 4.1). The design vector (x) is
composed of 15 variables characterizing either the thermodynamic cycle or the compo-
nents of the CC-APU system, namely the gas turbine, the ORC unit, the ORC turbogener-
ator, and the heat exchangers. Table 4.1 lists the design variables (x;) together with their
lower bounds (xiL) and upper bounds (x?). The optimization problem is solved using a
genetic algorithm implemented in the Python library pymoo [7]. A population size of ten
times the number of design variables is adopted. The convergence criterion is as follows:
the relative change between the last and the 5" to-last generation should be lower than
107°.

4.2.2. AIRCRAFT AND MISSION SETTINGS

The Airbus A320neo has an operating empty mass (m,e) of 43520kg, a lift-to-drag ra-
tio (L/D) of 17.9, estimated using a method proposed by Torenbeek [8], and a thrust-
specific fuel consumption (TSFC) at cruise of 14.4 mg/Ns. The TSFC is calculated for the
CFM LEAP-1A engine based on information reported in the database of Ref. [9]. The
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Table 4.1: CC-APU: design variables and their bounds.

Model Variables (x;) Description (Unit) Bounds (x,-L/x}J)
APU OPR Overall pressure ratio (-) 4/10
Tnin,orc Minimum cycle temperature (K) 323/423
Tinaxorc Maximum cycle temperature (K) 1.01 Ty /1.07 Ty
ORC Pmax,orc Maximum cycle pressure (Pa) 1.05pcrit/1.50 perit
ATpp cond Condenser pinch point temperature difference (K) 10/50
Tpp,evap Evaporator pinch point temperature difference (K) 10/50
ORC Vis Isentropic stage loading (-) 0.4/1.3
Turbo- ¢ Flow coefficient (-) 0.10/0.40
generator v Hub-to-tip ratio (-) 0.40/0.65
Zecond Condenser core depth (mm) 30/70
F Condenser fin height (mm) 7.0/12.0
ORC Fy Condenser fin pitch (mm) 1.0/2.0
HEX Xt Evaporator non-dimensional transversal pitch (-) 1.25/3.00
X Evaporator non-dimensional longitudinal pitch (-) 1.25/3.0
Tpass Evaporator number of passes (-) 8/20

My Of the aircraft equipped with the CC-APU is computed considering that the operat-
ing empty mass of the reference aircraft includes the dry mass of the conventional APU
amounting to 117kg [2]. The analyzed mission is over a range of 600 NM' at a cruise
Mach number of 0.78 and a payload mass (m;,) of 19280kg. The mission is split up
into a ground phase (parking, taxing) and a flight phase (take-off, climb, cruise, descend,
landing). The fuel consumption of the flight phase is estimated using the Breguet range
equation for a cruise at constant altitude and Mach number [8]. The TSFC at cruise con-
ditions and the fuel fractions for the non-fuel intensive flight phases (take-off, climb,
descend, and landing) used for the computation are those reported by Roskam [10]. The
product of the fuel fractions is 0.96. The fuel consumption of the ground phase is cal-
culated by multiplying the fuel flow rate of the APU and of the main engine with the
corresponding operating times for short-range routes as listed in Tab. 4.2. Single-engine
taxiing is assumed with an engine fuel flow rate of 5.8 kg/min [11]. During single-engine
taxiing, only one main engine is used to provide thrust for taxiing, while the APU pro-
vides secondary power. A report of Airbus [11] highlights the economic benefits of this
procedure with respect to fuel burn and maintenance cost if compared to the main en-
gines. The summation of the fuel consumption of the ground phase and the flight phase
gives the overall mission fuel mass (mgye))-

Furthermore, it is assumed that the APU covers the full secondary power demand
during the ground phase. Based on data provided by Stohlgren and Werner [2], the
secondary power demand under hot-day (ISA+25) sea-level conditions is approximately
250 kW. This includes the power to drive the air compressor and the gas turbine mounted

! This range corresponds to the average distance flown in Europe in the year 2022 according to data of Euro-
control, https://ansperformance.eu/economics/cba/standard-inputs/chapters/ifr_average
_flight_distance_and_flight_duration.html, accessed on 24 July 2024.
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generator. In case of the CC-APU, the power demand is supplied by the gas turbine
which dri\(es the air compressor (Wshaft'gt), the electrical generator connected to the gas
turbine (Wgep ) and the net power output of the ORC unit (Wyetorc). The net power
output of the CC-APU (Wye,ccapu) is therefore

Wnet,ccapu = Whet,gt T Whetore With Wnet,gt = I/Vshaft,gt + Wgen,gt- 4.2

The combined-cycle efficiency (1yet,ccapu) is thus

Wnet,ccapu

=0, 4.
Tnet,ccapu Higue - LHV (4.3)

where ritg,e is the gas turbine fuel flow rate and LHYV is the lower heating value of the
fuel, which is assumed to be 43 MJ /kg.

The performance of the aircraft utilizing the CC-APU system is compared with a ref-
erence case utilizing the GTCP36-300 APU [2] on board the Airbus A320neo. The refer-
ence fuel mass mye) rer Obtained for the given mission is 6815 kg and the APU fuel mass
for the provision of secondary power on the ground e apy @amounts to 78 kg. Notice
that the Airbus A320neo adopts the Honeywell 131-9 APU [12] and not the GTCP36-300
APU, which often equips the Airbus A320 [2, 4]. However, data presented by Padhra [4]
suggest that the fuel consumption of these gas turbines is similar. As more information
is available for the GTCP36-300, this type of gas turbine is considered in this study.

Table 4.2: Averaged APU operating times based on 1) APU operation after arrival and before departure of park-
ing position, assuming the availability of ground power [4] and 2) taxi times averaged over the data related to
the 100 busiest European airports [13, 14, 15].

Arrival Departure Taxi-in Taxi-out Sum

6.1 min 17.3 min 54min 12.0min 40.8 min

4.2.3. GAS TURBINE MODEL

The gas turbine considered in this work is a single-spool turboshaft engine without a free
power turbine. It provides shaft power to a generator and to an air compressor. The PFD
of the APU is shown in Fig. 4.2, on the left-hand side. The gas turbine model provides as
output the performance of the turboshaft engine at the design point as well as its mass.
The thermodynamic cycle calculations are complemented with a turbine blade cooling
model to predict the required cooling air, and with a procedure to estimate the efficiency
of the turbomachines, as detailed in the following sections.

THERMODYNAMIC CYCLE CALCULATION

The thermodynamic properties of the exhaust gas and of the air are modeled using the
entropy function as defined by Kurzke and Halliwell [16, Part D] in combination with
polynomials for the specific heat at constant pressure given by Walsh and Fletcher [17,
Ch. 3]. The fuel is assumed to be Jet-A. Turbomachinery efficiencies are determined us-
ing correlations presented by Samuelsson et al. [18], which are derived from the method



4.2. METHODOLOGY 67

described in Ref. [19, Ch. 5]. Based on statistical data, this method provides an esti-
mate of the efficiency of turbomachinery as a function of the entry into service (EIS)
date, stage loading, and scale effects based on reduced mass flow rate. Furthermore, the
method accounts for different turbomachinery types (axial/radial) and distinguishes be-
tween the turbomachinery of the low and high-pressure sections of the engine. In gen-
eral, the efficiency of a combined-cycle engine increases with TIT [17, Ch. 6]. Therefore,
the TIT of the CC-APU is set equal to the maximum allowable TIT (TIT,ax). The proce-
dure to determine TITy,.y is presented in Section 4.2.3. A comparison of results obtained
with the developed gas turbine performance code and with the commercial software
GSP Visser [20] gives an error of 0.5% in the estimated values of air and fuel mass flow
rate.

TURBINE COOLING

Due to the small turbine blade size (height < 15 mm) resulting from the low power ca-
pacity of the turboshaft engine, blade cooling cannot be implemented except for the
nozzle guide vanes (NGVs) of the first stage. For the NGVs, convective air cooling is as-
sumed [21]. The turbine cooling model of Gauntner [22] is adopted to estimate cooling
air demand in the NGVs and turbine efficiency degradation due to cooling. The required
coolant mass flow rate of the NGVs is based on the maximum allowable blade bulk metal
temperature (Tb,max). According to Gauntner [22], Tb,max of the stator blades can be set
to a temperature that is 55 K higher than that of the rotor blades.

MAXIMUM TURBINE INLET TEMPERATURE

Z_Fb,max of the uncooled first stage rotor blades sets a limit to the stator outlet temperature
(SOT) and TIT. SOT refers to the absolute gas temperature at the exit of the NGVs. Tb,max
is estimated assuming creep as the dominant failure mechanism of the rotor blades, and
it, therefore, depends on material characteristics, blade stress, and desired minimum
lifetime for a certain amount of creep strain. For a given material, the relation between
these variables can be captured using the Larson-Miller Parameter (LMP). The LMP is
a function of blade temperature (7},) at a given spanwise section of the blade and life-
time (#,)ife) in hours for a given amount of creep strain: LMP = T;,[20 + log(tp jife ) |-
Creep strain is determined by the combination of blade stress and temperature. Both
vary along the blade span. While the highest stress is experienced at the blade root, the
highest blade temperatures are around mid-span. As a result, the location of the highest
creep strain is located around a quarter or one-third of the blade span [23, Ch. 9]. In this
work, creep stress is limited to 90% of the creep rupture stress [23, Ch. 9], which corre-
sponds to a creep strain of approximately 1% for single-crystal alloys according to Grieb
[19, Ch. 5]. First-stage rotor blades experience the highest creep due to high centrifugal
stress combined with very high temperatures.

In the following, a procedure to determine Tb,max for uncooled first stage rotor blades
and the resulting SOT 5« is presented. SOT},,x in combination with the turbine cooling
model allows us to determine the value of TIT,,,x. The main assumptions and steps of
the procedure are:

1. The stress acting on the turbine rotor blade is determined. To simplify the blade
stress calculation, it is assumed that the blade root represents the most critical
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section of the blade with respect to creep life, according to Sawyer [23]. Centrifugal
blade root stress (o) for a blade with a linear taper ratio (K) is calculated according
to Ref. [24, Ch. 8] with
1+d; + v+d;

3 3(1+v*)’

0,=175-10 "Kpp AN with K= (4.4)

and the mechanical design parameter AN? is calculated according to Ref. [19, Ch.
5] with
Ahgg 11-v*

2 2
AN =60 Tﬂm (4.5)

Here, py, is the turbine blade material density, d; is the turbine blade tip-to-hub
area ratio, v* is the hub-to-tip ratio of the first stage turbine rotor, ¥ is the turbine
stage loading and Ah,  is the total enthalpy drop per stage, which is determined
assuming equal work per stage. Gas bending stress is neglected. A safety factor of
1.15is applied to o, to take account for cyclic loads (i.e., low and high cycle fatigue)
[19, Ch. 5].

. The maximum allowable temperature at the blade root (T root,max) is determined.

Once o, is known, the LMP value can be estimated based on charts derived from
experiments for the selected blade material. Figure 4.4 shows such a chart for
the single-crystal alloy CMSX-10 and the directionally solidified (DS) nickel-base
alloy Rene 150. In combination with the specified blade lifetime, this results in
T, root,max from the definition of LMP. In the presented work, a blade lifetime of
15 - 10° hours is applied, which according to Walsh and Fletcher [17, Ch. 6] equals
a typical value for the time between overhaul of civil aircraft engines.

3. Tb,max is determined. Equation 4.6 provided by Kurzke and Halliwell [16, Ch. 4]

makes use of the radial temperature distribution factor (RTDF) to relate exhaust
gas temperature at the blade root (T re] root) to the averaged exhaust gas tempera-
ture at the rotor inlet plane (T ). The averaged exhaust gas temperature at the

rotor inlet plane (Tt'rel) is calculated according to the empirical relation provided
by Kurzke and Halliwell [16, Ch. 4] as

Tt,rel,root
1 —-RTDF

with the exhaust gas temperature at the blade root T 1] root. The subscript “rel”
indicates that these temperatures are in the relative reference frame of the rotor
blades. Based on the simplifying assumption of a recovery factor of unity, gas and
metal temperatures are equal. Therefore, in Eq. 4.6 Tt,rel can be substituted with
Tb,max and T rel root With Ty, root max- Furthermore, an RTDF of 0.08 [19, Ch. 5] is
applied.

Tt,rel = (4.6)

. The application of a thermal barrier coating (TBC) to the stator blades allows to

increase SOTax. In this case, a temperature difference across the TBC (AT,) is
added to T, max. Based on data provided by Grieb [19, Ch. 5] a ATy, of 100K is
applied to the stator blades.
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5. The value of Tt’rel that allows an uncooled rotor blade is determined. Turbine cool-
ing design is based on a hotspot temperature (Ti el hotspot)- This temperature is
defined as

Ty rel hotspot = Tt rel + RIDF(TIT — Ty 3), 4.7)

where the term TIT — T 3 indicates the combustor temperature rise. For an un-
cooled rotor blade, the following relation must hold: T ref hotspot = Tb,max. Substi-
tuting this relation into Eq. 4.7 and rearranging the equation allows to identify the
value of Tmel that fulfills the requirement of having no rotor blade cooling.

6. Finally, SOT},,x is determined by converting the average temperatures from the
relative to the absolute reference frame according to

— — r—1
Toabs = Torel + ATyabsst (05— 5~ ), (4.8

with a degree of reaction (r) 0of 0.5 [19, Ch. 5], and TLabS and AT gps st are the aver-
aged total temperature in the absolute reference frame entering the rotor row and
the total temperature change over the turbine stage, respectively. In this equation
Tt,abs can be substituted with SOT;,,, and Z_Ft,rel results from Eq. 4.7. The following
equation gives the final expression to determine SOTyya.

Tb,root,max

SOTmax = T-RTDF

r—1
— RTDE(TIT - Ty3) + ATy apsst (0.5 — ) 4.9)

In the case of an uncooled stator, the value of TIT,,y is directly evaluated by setting
it equal to SOT,,x. However, in the case of a cooled stator, the procedure above is itera-
tive. First, based on an initial value for TIT and the value obtained for Tb'max the needed
coolant mass fraction is calculated as explained in Section 4.2.3. For this purpose, the
stator cooling air temperature is taken equal to the compressor discharge temperature
(Ty3). Second, the value of TIT .y is updated based on SOT . resulting from Eq. 4.9 as-
suming isentropic mixing of the main exhaust gas stream with stator cooling air. Third,
the updated value of TIT ;5 is used to re-evaluate the thermodynamic cycle and SOT ¢
until convergence of the entire system model is achieved.

The applicability of this method in estimating Tb,max is verified by comparison with
computations of Halila et al. [25] for the turbine of a gas generator test rig. The two-
stage high-pressure turbine design of Halila et al. [25] is characterized by film-cooled
rotor blades made of directionally solidified Rene 150 superalloy. The life (#ife) of the
first stage rotor blades is 250 h under hot-day take-off conditions. The first stage features
a ¥ of 1.48 and a v of 0.88. The value of d; of the rotor blades is not specified. Under
hot-day take-off conditions T}, of these rotor blades is 1230 K. This data is used as input
for steps 1) to 3) and yields Tb,max = 1190K for d; = 1.0 and Tb,max = 1200K for d; = 0.8.
These results are based on a limitation of creep stress to 90% of the rupture stress (see
Fig. 4.4). The resulting error is below 4%, which is acceptable at the conceptual design
level of the present work.
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Figure 4.4: Creep rupture stress and 90% creep rupture stress over LMP for 3rd gen-
eration single crystal alloy CMSX-10 and the directionally solidified (DS) nickel-
base alloy Rene 150. The markers indicate experimental data points taken from
Refs. [26, 27]. A logarithmic curve fit is applied to the experimental data points of
CMSX-10, which compares well with data provided in Ref. [24] and an exponential
fit to the data of DS Rene 150.

GAS TURBINE MASS

The mass of the gas turbine including the generator (my) is estimated, to a first approx-
imation, with an empirical correlation whose sole input is the compressor entry mass
flow rate (ri1y). Data available in the database of Ref. [9] for 12 turboshaft engines in the
power range of 300-3000 kW are used to derive the following relation

Mgy = 21.56119 + 85. (4.10)

with an R® value of 0.9. It must be acknowledged that such a correlation based on his-
torical data can only give a rough estimate of the engine mass. This is especially true for
combined-cycle applications, where OPR and TIT might vary with respect to conven-
tional turboshaft engine configurations. Furthermore, the turboshaft engines used to
produce this correlation do not employ a dedicated air compressor such as APUs usually
do. For this reason, air compressor mass is neglected in the presented work. Despite this
fact, inserting the mass flow rate of the GTCP36-300 APU [1] into Eq. 4.10 yields a mass
that is only 2% off of the actual mass.

GAS TURBINE DESIGN ASSUMPTIONS

The gas turbine is sized for hot-day (ISA+25) sea level static (SLS) conditions. The up-
per part of Fig. 4.5 depicts the power transmission architecture of the gas turbine. A
mechanical efficiency of the gas turbine shaft (7mech g) 0f 99% [17, Ch. 5], a gearbox ef-
ficiency (ngpx) 0f 99% [17, Ch. 5], and a gas turbine generator efficiency (1g gen) 0f 95%
[28] are assumed. Gas turbine efficiency is defined as

Wnet,gt

nnet,gt = mfuelLHV . (41 l)

In the present work, an axial-radial compressor is employed with a varying number of
stages depending on OPR. For an OPR below or equal to 4, a single radial stage is as-
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sumed. For OPR above 4, a stage pressure ratio of 3.2 is assumed for the radial compo-
nent and a stage pressure ratio (Ilcomp) of at most 1.5 for each axial stage needed to reach
the selected OPR value. The polytropic efficiency of the axial and radial compressors are
determined independently based on the method of Grieb [19, Ch. 5]. The turbine is
a two-stage axial turbine with a stage loading (¥) 3.0. An EIS of 2035 is assumed for
turbomachinery efficiency estimation. The maximum value of OPR is limited by the re-
quirement of a feasible blade height at the exit of the compressor. The upper bound of
OPRis determined based on geometrical relations for axial-radial compressors provided
by Grieb [19, Ch. 5], knowledge of the expected air mass flow rate of the gas turbine, and
a minimum blade height at the exit of the radial compressor of 5 mm, which is similar to
the value reported by Ripolles [21]. A relative nozzle pressure ratio of 0.08% is applied,

which is defined as Mgy, = %, where p, g refers to the total pressure at the exit of
t,

the exhaust pipe. Note that the value of [Texn is outside the range of typical values ap-
plied for turboshaft and turboprop engine design which is 2-10% according to Grieb [19,
Ch. 6]. Lowering Ilq, results in a larger exhaust pipe diameter and lower exhaust gas
velocities for the same mass flow rate. While potentially increasing the cross-sectional
area of the engine, this allows a reduction of evaporator hot side pressure 10ss (App evap)
and, therefore, an improvement of engine performance. An increase of Apy, evap by 1%
results in a reduction of APU efficiency of 0.2%. The single-crystal alloy CMSX-10 [26]
is considered as the turbine blade material. The hub-to-tip ratio (v*) of the first stage
turbine rotor is set to 0.825, which represents an averaged value for multi-stage high-
pressure turbines [19, Ch. 5] and the turbine blade tip-to-hub area ratio (d;) is set to
0.8 [23, Ch. 9]. Values for air intake pressure ratio (ITj,er) of 0.985 and combustor pres-
sure ratio (Il.) of 0.965 for the GTCP36-300 APU are taken from Ref. [2]. Furthermore, a
combustion efficiency (1.c) 0f 99.5% [29, Ch. 4] is assumed.
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Figure 4.5: Flow chart of the CC-APU power transmission architecture indicating main components that are
incurring losses; black lines indicate mechanical power, dashed lines indicate electrical power.

4.2.4. ORC WASTE HEAT RECOVERY SYSTEM MODEL

The simulation of the organic Rankine cycle system is conducted using an in-house tool
for on-design point thermodynamic cycle calculations pycle. This program was verified
by comparison with a commercial program for thermodynamic modeling and optimiza-



72 4. CC-APU FOR THE PROVISION OF GROUND POWER

tion of energy conversion systems [30]. The Helmholtz equation of state implemented
in CoolProp [31] is used for thermodynamic fluid property modeling of the ORC work-
ing fluid, while the ideal gas model of Ref. [32] is used for the APU exhaust gas through
the evaporator. For simplicity, a fixed mass-specific composition of the exhaust gases is
assumed, containing 74% N3, 15.9% O;, 6.4% CO,, 2.5% H,0, 1.2% Ar. This composition
is representative of an engine burning Jet-A/Al at a fuel-to-air ratio of 0.02. Figure 4.2,
on the right-hand side, shows the PFD of the ORC, which is of the non-recuperated type.
Table 4.3 gives the ORC thermodynamic cycle specifications and indicates the input de-
rived from other sub-models. The ORC unit is designed for the same environmental
conditions as the APU, i.e., SLS ISA+25. In the present study, the hydrocarbon cyclopen-
tane is considered as the working fluid. Cyclopentane has a critical temperature (7;) of
512K, a critical pressure pci; of 45.1 X 10° Pa and a normal boiling point temperature of
322K [33]. As identified in Chapter 3, due to its high thermal stability (Tipax fiuia) 0f573 K
[34] and high T cyclopentane is especially suited for WHR applications of medium
power-capacity gas turbines. However, it is possible that cyclopentane is not the opti-
mal working fluid for the low power-capacity application studied in this work. Future
investigations will focus on selecting the optimum working fluid for airborne ORC WHR
systems. With the upper optimization bound applied to Tyax orc (S€€ Tab. 4.1), it is en-
sured that a safety margin is maintained with respect to Tiyax fauid- A supercritical cy-
cle is adopted in this study to maximize thermodynamic efficiency resulting from high
Trax,orc- NO benefits in terms of system weight and HEX performance are expected for
subcritical cycles for the following three reasons:

* Evaporator mass highly depends on tube thickness which in turn is a function of
the pressure difference between the cold and hot sides of the tube. The design
routine selects a tube thickness close to the minimum value from a manufactura-
bility standpoint for the chosen working fluid, supercritical operating conditions,
and HEX materials. Therefore, no significant mass savings are expected for the
subcritical cycle.

* For a subcritical cycle, the majority of evaporator heat duty is exchanged during
phase change at a constant temperature. Therefore, the evaporator adopts the
effectiveness of a counterflow heat exchanger. This is also true for any multipass
counter-crossflow HEX with a large number of passes [35]. Since this is the chosen
layout for the evaporator, the benefit of the effectiveness gain due to phase change
in a subcritical cycle is diminished.

* The thermal resistance of the evaporator is dominated by the low heat transfer
coefficient that is encountered on the hot gas side. Therefore, no advantage is
gained from the increased heat transfer coefficient on the working fluid side dur-
ing isothermal phase change.

The ORC turbine gross power (ngss,mrb) is converted into electrical power via a ded-
icated generator (see Fig. 4.5). The turbine mechanical efficiency (mech,turb) and ORC
generator efficiency (fgen,orc) are an output of the ORC turbogenerator preliminary de-
sign procedure explained in Section 4.2.6. An electrically driven fan provides the neces-
sary air mass flow rate through the condenser during ground operations. The fan power
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Table 4.3: Main parameters and variables of the ORC waste heat recovery unit model.

Parameter Input Parameter Input Parameter Input

Tmax,orc Design variable  App evap HEX model Tis,pump 65%

Tmin,orc Design variable  Apc evap HEX model Tis,turb Turbogenerator model
Pmax,orc Design variable ATy evap Design variable  7js fan 60%

Tamb 313.15K Aph,cond HEX model Tmot,pump> Mmot,fan 98%

mh,evap APU model Apc,cond HEX model Tmech,pump» Tmech,fan 99%

Th,evap,in APU model ATpp cond Design variable

Note: Subscripts h and c indicate heat exchanger (HEX) hot and cold sides.

consumption (Whe fan) is calculated with

. Fitair A

Whet fan = %Sc’,fc:fd’ (4.12)
where ri1,;; is the air mass flow rate, py;; the air density and 7;g f., the fan isentropic ef-
ficiency. As depicted in Fig. 4.2 the fan is placed in front of the condenser. Placement
of the fan behind the condenser results in higher Wnet,fan due to the reduced air density,
and exposing the fan to a higher air temperature could complicate its design. A njg fan
of 60% is selected based on experience with similar systems designed for stationary use.
Note that Apc cong only includes the pressure losses originating from the condenser and
does not account for losses induced by the ducting, which are not modeled. Preliminary
design of the electrically driven pump is not performed. Based on the pump selection
guide provided in Ref. [36, Ch. 1] the expected pump head and volumetric flow rate sug-
gest the use of a positive displacement pump or centrifugal pump. Positive displacement
pumps are more suited for fluids with higher viscosity that can also provide lubrication.
Due to the low viscosity of the considered working fluid a centrifugal pump is adopted.
Research on electrically driven centrifugal pumps for small space launch vehicles con-
ducted by Kwak et al. [37] suggests a mass-specific power of around 4kW/kg and an
isentropic pump efficiency 7js pump of around 65%. The efficiency of the pump motor
(Mmot,pump) and fan motor (Mo fan) are assumed to be 98% as suggested by Schmoll-
gruber et al. [28] for an EIS year of 2035. Furthermore, a pump (mech,pump) and fan
mechanical efficiency (mech,fan) 0f 99% are assumed. ORC efficiency based on Wyet,orc
is defined as .
Wnet,orc

Qevap

where Qevap is the thermal power recovered by the evaporator. According to Fig. 4.5

Whet orc is defined as

) (4.13)

Tnet,orc =

Wnet,pump Wnet,fan

. (4.14)

W, =1 - _
net,orc gross,turb T mech,turb’] gen,orc Tmech,pumpTTmot,pump  Tmech fanTmot fan

Furthermore, the recovery factor (y) describes how much of the available thermal power
(Qexh.avail) is recovered by the WHR system and it is defined as

Q
X==~—— i . (4.15)
Qexh,avail
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Qexh,avail is defined as the product of the exhaust gas mass flow rate and the specific
enthalpy difference between the turbine exit and ambient conditions.

The ORC system mass is the sum of pump (Mpump), turbogenerator (M), condenser
(Mcond), €vaporator (Meyap), working fluid (mgyiq), fan, and balance-of-plant masses.
Myg is the sum of the ORC turbine mass (m,,) and the ORC generator mass (Mgen,orc)-
The heat exchanger and turbogenerator masses are an outcome of the respective sub-
models. The working fluid mass is estimated as the product of 1.2 times the evaporator
cold side volume and the density of the working fluid at one atmosphere and 25 °C. The
mass of the fan, including its motor and balance-of-plant, is assumed to contribute 10%
to the overall system mass. This value is similar to the assumption made by Zarati et al.
[38]. However, as the knowledge base on flying ORC systems is small a large amount of
uncertainty is related to this value.

4.2.5. HEAT EXCHANGER PRELIMINARY DESIGN

The preliminary design of the heat exchangers for the CC-APU is carried out by means
of a dedicated in-house software developed in Python named HeXacode, which is in-
tegrated with the ARENA framework. The program was verified by comparison with a
commercial code for heat exchanger design and rating [39]. The two heat exchangers of
the ORC system under consideration are the supercritical evaporator and the condenser.
The sizing tools aim at finding the heat transfer area that satisfies the required heat duty
given the inlet temperatures, inlet pressures, and mass flow rates of the hot and cold
streams. The core materials and geometric parameters are also an input to the model.
The preliminary design routine then returns the size, mass, and pressure drops on both
fluid sides of the heat exchanger. In the following, an overview of each heat exchanger
model is presented.

EVAPORATOR

Figure 4.6 shows the chosen layout and topology for the evaporator, which is a multi-pass
bare-tube-bundle HEX placed right after the turbine diffuser in a counter-crossflow ar-
rangement. This configuration, as shown by Sabau et al. [40] yields smaller exergy losses
in a supercritical cycle because of a better thermal match between the heat source and
the working fluid. The Nickel-base alloy Hastelloy® X is chosen as the material for the
evaporator as suggested by Grieb [19, Ch. 5] based on mechanical considerations. Pre-
liminary system design runs showed that reducing the pressure drop on the hot side of
the evaporator yields significant improvements in the overall combined-cycle efficiency.
Although in-line tube bundles are usually heavier than their staggered counterpart for a
given frontal area, the cycle efficiency improvement that can be achieved with a lower
hot side pressure drop outweighs the effect of the increased mass of the HEX. For this
reason, the in-line tube arrangement is chosen instead of the staggered one.

As fluid properties can change significantly for fluids in supercritical conditions, the
sizing routine divides the HEX into several subsections or cells in which fluid property
variations are small. The total heat duty of the HEX is then distributed over each cell
following a logarithmic distribution. In the present study, the number of cells is con-
veniently set equal to the number of passes, which is an input to the design problem.
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Initially, a uniform pressure distribution across the cells in the two streams is assumed.
This pressure distribution is updated in a convergence loop with the pressure drop esti-
mate until both the fluid properties and the calculated pressure drop in each cell do not
change. As aresult, the preliminary design problem can be split into a series of intercon-
nected individual HEX sizing problems, for which the heat transfer area A’ is unknown.
The core height (Yey,p) and width (Xey,p) of the evaporator, which determine the hot side
frontal area, are input to the problem and are estimated given the cross-sectional area of
the gas turbine exhaust pipe, assuming a smooth transition to a square-shaped frontal
area. The core depth (Zey,p) is, instead, calculated to meet the design specifications as

X X dz Neells Ai

Zevap = o + —— round| ——— |- 1. (4.16)
evap © Yevap ; 7 d; Xevap

where Aé is the cold side heat transfer area of the cell i, x; and x; are the transversal

and longitudinal pitch, respectively. d, and d; are the tube outer and inner diameters,

respectively. The cell cold side heat transfer area is calculated as

i rrin—1
A= QSL)Z 4.17)
F'AT

where U is the cold side heat transfer coefficient of cell i that depends on the fluid ve-
locity and properties, ATy, is the local mean logarithmic temperature difference and
F' is its correction factor. In the case of heat transfer at non-constant temperature, F 'is
lower than unity for any flow arrangement different from the pure counterflow and de-
pends on the local number of transfer units, effectiveness, and heat capacity ratio. The
pressure drop across the tube bundle is calculated by combining the laminar (Ctjam)
and turbulent (C¢ ;) friction coefficients through a switch function (F}) to estimate the
non-dimensional pressure drop per tube row [41, Part L], while the heat transfer coeffi-
cient on the hot gas side is calculated from the dimensionless pressure drop as shown by
Martin [42]. For the working fluid side, the pressure drop inside the tubes is estimated
using the friction factor formulation of Brki¢ and Praks [43] while the Nusselt number
of the supercritical fluid is calculated using correlations developed by Pioro and Mokry
[44]. The output of each sizing iteration is thus the heat transfer area required in each
cell. The sizing routine then stops when the calculated required number of tubes does
not change across consecutive iterations. The model then returns the core mass and
pressure drops of the heat exchanger, together with the volume occupied by the working
fluid and its corresponding mass during nominal operating conditions.

CONDENSER

As depicted in Fig. 4.7, the chosen condenser topology is a flat-tube microchannel heat
exchanger with louvered fins. The working fluid flows in small rectangular channels
within the flat-tubes, while the air flows through fins of the multi-louvered type. These
fins can achieve high levels of compactness (over 1100 m> / m’ [45]) and heat transfer co-
efficient at the expense of larger pressure drop due to the continuous mixing of the flow
passing through the louvers [35]. This HEX topology promotes small and light designs
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Figure 4.6: Multi-pass bare-tube-bundle heat ex- Figure 4.7: Flat-tube microchannel louvered fin heat

changer. exchanger.

and is often used in the automotive and aerospace sectors. The pitch between two mi-
crochannels wy, is fixed equal to the flat-tube height (h,,.), which is 2 mm. The louver
fin angle (L,) is set to 27°. The flat-tube length is set equal to the condenser core depth
(Zcond), which is used as an optimization variable. The louver pitch (L) is taken equal
to the fin pitch (F,), which is an optimization variable. The louver length (Ly) is set to
80% of the fin height (F},), which is an optimization variable. The fin thickness (#) is
set to 0.11 mm while the flat-tube wall thickness (#,c) is 0.2 mm. These fixed geometry-
specific parameters are chosen based on engineering judgment and manufacturability
considerations. The height of the condenser Y4 is fixed to 1.0 m. This value is selected
based on the available space in the APU compartment, which is approximated using
drawings provided in Refs. [2] and [6]. The chosen aluminum alloy for the condenser is
the 3000 series, as suggested in the document of the Kaltra GmbH [46].

The condenser sizing tool implements a moving boundary method to capture the
variation of the fluid phase along the HEX. Notably, the model subdivides the condenser
into three control volumes depending on the working fluid phase, namely the super-
heated vapor, a condensing two-phase flow, and the subcooled liquid. The heat transfer
area associated with each control volume varies in size depending on the specific en-
thalpy drop, which is initially estimated assuming a uniform pressure distribution. The
enthalpy drops are updated at each iteration with the calculated local pressure drop, till
the routine converges to the required heat transfer area of each control volume (Af:). As
Zcond is fixed, the heat transfer area of each control volume is adjusted by changing its
width X.,,4. The total core width then reads

i
Ac
) (4.18)
N Nme (Wmne + Pme = 2time)

Mw

3
i
Xecond = ZXcond
i=1

where Ny is the number of flat-tubes, ny, is the number of microchannels within a flat-
tube. The sizing procedure keeps updating the HEX core width until the relative dif-
ference of X.,,q between two consecutive iterations is less than or equal to 1%. Once
convergence is reached, the model returns the total core width and calculates the overall
pressure drops on both sides. Finally, the total dry core weight of the HEX is added to
the casing weight. The casing is comprised of two flat plates positioned at the top and
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bottom of the HEX core, providing structural stability. The manifold weight, on the other
hand, is not accounted for.

The adopted heat transfer and pressure drop correlations vary depending on the
fluid phase. In particular, for the de-superheating and subcooling zones inside the mi-
crochannels, the heat transfer coefficient is estimated using the Whitaker [47] correlation
for turbulent flow with the correction for temperature dependant effects by Sieder and
Tate [48]. The pressure drop is calculated using laminar or turbulent flow friction factors
as shown in Ref. [41, Ch. L1]. For the condensing region, the local heat transfer coef-
ficient is estimated using correlations for internal condensation in horizontal tubes for
annular film flow [35, Tab. C.2], while the Miiller-Steinhagen & Heck (MSH) model [49] is
used to estimate the pressure drop per unit length. On the cold air side, the heat transfer
and friction factor coefficients are estimated using correlations of Chang and Wang [50] u
and Chang et al. [51] for multi-louver fin geometries, respectively.

4.2.6. ORC TURBOGENERATOR PRELIMINARY DESIGN

The turbogenerator consists of a radial-inflow turbine (RIT) driving a permanent-magnet
(PM) generator. The choice of using a RIT as the expander of the ORC system is based on
the high efficiency and mass-specific power obtainable, resulting in a compact single-
stage design Bahamonde et al. [52]. Furthermore, PM generators are attractive due to a
power factor that is close to unity and therefore requires little or null excitation currents
to operate them, high mass-specific power, and high efficiency, which is usually in ex-
cess of 95% [53]. Figure 4.8 depicts the components of the turbogenerator consisting of
1) a single-stage RIT (section 1 to 4) comprising a prismatic radial stator (section 1 to 2)
and a radial-axial impeller (section 3 to 4), 2) a circular cross-section volute (section 0 to
1) to distribute the flow tangentially at the stator inlet, 3) an annular diffuser (section 4
to 5) to recover the turbine exit kinetic energy, and 4) a PM generator. In the following,
the modeling methodology for each of the above components is briefly described.

RADIAL-INFLOW TURBINE MODELING

The thermodynamic performance and mechanical design of the RIT is modeled using

the numerical framework described in Ref. [54]. This model takes the design variables

Vi, ¢, v, ORC working fluid mass flow rate and the problem boundary conditions pmax orc,
Tmax,orc> Tmin,orc s inputs and computes the thermodynamic conditions and geometri-

cal characteristics in sections 1, 2, 3 and 4 (see Fig. 4.8).

The volute sizing and loss prediction is performed by solving the following system of
equations consisting of the angular momentum conservation equation, the mass con-
servation equation, the thermodynamic equation of state (EoS), and the energy conser-
vation equation across the volute

Vo Reo = Vo1 - Ry,
PoVoAo = p1Vm127 R by,
o = EoS (I, pa + Apo-1), (4.19)

2
Vi
hy — 70 = ho(po, So)-
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This system of equations is solved iteratively in the 4 unknowns: absolute velocity (1),
density (pg), entropy (sg), and enthalpy (k) at the inlet of the turbine volute as a function
of the volute centerline radius at the inlet section (R ). The total pressure loss occurring
between section 0 and 1 (Ap, o_;) is computed using the empirical model for centrifugal
compressors proposed by Japikse [55] and adapted to turbine volutes.

At the turbine exit (section 4 in Fig. 4.8) an annular diffuser is used to recover part
of the exit kinetic energy and increase the overall turbine total-static efficiency. A one-
dimensional physics-based model proposed and validated by Agromayor et al. [56] is
implemented to design the diffuser and estimate its performance. The diffuser model
requires the turbine outlet geometry and flow state as input, as well as the diffuser cant
angle (¢gif), the wall semi-aperture angle (¢), and the diffuser area ratio (ARgi) and
solves the continuity, energy, axial and tangential momentum equations in the diffuser.
Viscous losses are computed according to the model documented in Ref. [56], and ap-
plying a friction factor coefficient equal to 0.1.

[S2)

Figure 4.8: ORC turbogenerator schematic (left) and volute cross-section plane A-A (right). The part of the
turbogenerator assembly represented using dashed lines corresponds to the main casing containing the stator
windings of the PM generator and the power electronics, whose geometry has not been modeled in this work.

Once the size of the flow path is determined, the total mass of the radial-inflow tur-
bine can be computed. A number of approximations are made when evaluating the tur-
bine mass. Due to the relatively small mass of the impeller blades compared to the disk
mass, its contribution is neglected. Similarly, the stator mass is assumed equal to that
of the base plate of the ring, neglecting the mass of the blades. The volute geometry is
treated as a simple hollow torus, whilst the inlet cone (section 0 - 0’) is modeled as a hol-
low cylinder. The annular diffuser mass is determined as the sum of the outer and inner
wall mass, whereas the mass of the struts required to align the two diffuser walls is ne-
glected. The wall thickness of the volute, stator base plate, diffuser, and impeller shroud
is set to 5 mm, based on manufacturing considerations. The open-source Python pack-
age CadQuery [57] is used to perform the geometrical modeling of the turbine impeller,
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stator, volute, and diffuser. Based on this three-dimensional model, the turbine mass
(murp) 1s calculated, considering a typical steel grade as material for the turbine compo-
nents.

The main output parameters of the RIT model that are utilized in the present work
are the turbine total-total isentropic efficiency defined as

ho — he

(4.20)
ho — hysjis

Nis,turb =
the turbine mechanical efficiency (nmech,turb) and Mrh-

GENERATOR MODELING

The PM generator technology considered in this work is that of an iron-cobalt FeCo cylin-
drical permanent magnet electric machine to maximize the magnetic flux saturation and
minimize the losses [58]. The left side of Fig. 4.8 shows a schematic of the PM generator.
In this figure the stator windings of the generator are enclosed in the generator casing,
represented with the dashed line. The geometrical details of the stator were not part
of this investigation and are therefore not shown in the picture. The rotor is geometri-
cally defined by the outer radius (R,), the axial length (L,), and the clearance between
the stator and the rotor (6). A forced-air flow is injected into the gap between the stator
and rotor, providing the necessary cooling to keep the stator winding temperature below
150 °C and the rotor retaining sleeve temperature below 80 °C [58].

R, is found by iteratively solving the power balance across the generator defined as

Wnet,tg

Nel + AV'Vw = I/'Vturb,net’ (4.21)

where the electromagnetic power output of the turbogenerator (Wnet,tg) and windage
loss (AW,,) are calculated according to James and Zahawi [59] as

. 2
Whet,ig = TBsJs(Ry + )" L, Qcos ¢, (4.22)

and
AW, = 0.570gepQ° R L, Ci(Res) (4.23)

respectively.

The values of §, the magnetic flux density (By), the linear current density (Jg), and
the electrical efficiency (n¢]) are assumed according to data of optimized electric ma-
chines as a function of R; [58]. C; is the friction factor, herein calculated for a rotating
cylinder within a coaxial sleeve, expressed as a function of the air gap Reynolds num-
ber (Reg) [60]. L, is calculated assuming a typical value of the rotor aspect ratio L,/ R;
of 3, whereas a conservative value of the generator power factor (cos¢) of 0.8 is chosen.
The mass-specific power is selected according to data of optimized electric machines
[58] based on the resulting value of R,. Furthermore, state-of-art mass-specific power
values for the power electronics and AC-DC converter of 14.3 kW/kg and 62.0 kW /kg, re-
spectively, are taken according to Gesell et al. [61]. Estimates based on historical data
presented in Ref. [62] of AC-DC converter technology show that similar mass-specific
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power values can realistically be obtained by 2030. Additionally, Granger et al. [63] show
that AC-DC converters for aerospace power systems featuring mass-specific power val-
ues around 10 kW/kg can already be achieved with current technologies. The total mass
of the PM assembly (Mgen,orc) 18 the sum of the electric machine, AC-DC converter, and
power electronic masses. The individual component masses are calculated as the prod-
uct of their inverse mass-specific power values and Wnet,tg. The main output parameters
of the generator model that are utilized in the present work are mgep, orc and generator
overall efficiency (1gen,orc), Which is defined as

Wen (4.24)

Ngen,orc = = .
Wnet,turb

4.3. RESULTS AND DISCUSSION

In this section, first results for the optimized CC-APU design are presented. Secondly,
the performance of the CC-APU in terms of mission fuel consumption is compared to
the reference case which is a GTCP36-300 APU [2] on-board an Airbus A320neo. Thirdly,
design variables and constraints most critical for CC-APU performance are discussed.
Lastly, the sensitivity of the final design to design variable perturbations is analyzed.

4.3.1. OpTIMIZED CC-APU DESIGN

Table 4.4 gives the design vector for the optimized CC-APU design. The design is only
constrained by the condenser size constraint. Figure 4.10 gives the temperature-entropy
diagram of the CC-APU. The temperature-entropy diagram shows a large temperature
difference between the evaporator’s hot-side inlet and the cold-side exit. This large tem-
perature difference is due to the low thermal efficiency of the prime mover. As a result,
the optimal ORC for the studied configuration is the one with the highest Tj,,x orc, thus
the highest thermal efficiency. This is in contrast to stationary combined-cycle power
units that aim at maximum power output that results from a trade-off between bottom-
ing cycle efficiency and the recovered thermal power.

Table 4.4: Design vector for the optimized CC-APU configuration

Parameter OPR  Thinore Tmaxore Pmaxorc  ATppcond  ATppevap Vis ¢
Value 9.5 374K 548K 59.5 bar 32K 47K 0.843  0.400
Parameter v Zecond Fn F, X¢ X1 Mpass

Value 0.457 4lmm 1lmm 1.5mm 2.9 1.25 13

The identified CC-APU design has a total mass mccapy 0f 148kg and a combined-
cycle efficiency nyet,ccapu (Eq. 4.3) of 33.9%. The gas turbine mass myg, is 104 kg and its
efficiency pe,g: (EQ. 4.11) is 25.3%. The ORC mass m, is 44 kg and its efficiency npet,orc
(Eq. 4.13) is 14.9%. Notably, the ORC turbogenerator has a mass of 15kg constituting
about a third of the overall ORC unit mass. In this regard, notice that the generator rep-
resents by far the heaviest component of the ORC assembly, with a mass of 12kg. Fig-
ure 4.9 gives the mass breakdown of the CC-APU. The CC-APU provides 250 kW of net
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Figure 4.9: CC-APU mass breakdown Figure 4.10: Temperature-entropy diagram of the

CC-APU using a non-recuperated ORC

power output Wnet'ccapu which is split up into 187 kW provided by the gas turbine and
63 kW provided by the ORC system (Wpet,orc). Therefore, the ORC turbogenerator pro-
vides 25% of the required power. This results in mass-specific power values of the gas
turbine, the ORC, and the CC-APU of 1.8 kW/kg, 1.4kW/kg and 1.7 kW/kg, respectively.
The ORC turbine has a gross power output Wgross,mrb of 84 kW which results in a mass-
specific power of 5.6 kW/kg. Notably, the ORC turbine mass-specific power is one order
larger than the value assumed by Zarati et al. [38]. The optimized ORC turbine design
features a njs b 0f 94% and speed of 160 krpm. The turbogenerator features Nmech, turb
0f 99% and a ngen,orc 0f 97%. The evaporator and condenser designs feature an effective-
ness (€) of 90% and 54%, respectively. In the case of the evaporator, the high effective-
ness suggests that system performance profits from a maximization of heat transfer rate
over a minimization of heat exchanger mass. In the case of the condenser, the moder-
ate effectiveness indicates that a minimization of air-side pressure drop is favored over
a maximization of heat transfer area. The exhaust duct diameter required to house the
evaporator with a square-shaped frontal area is 0.39 m. This is smaller than the dimen-
sion of the tail cone where the exhaust exits which is 0.4 m (see Fig. 4.1). Table 4.5 lists
additional data on the design of the ORC unit.

4.3.2. PERFORMANCE COMPARISON

Table 4.6 shows a comparison of the GTCP36-300 APU with the optimized CC-APU as
well as a simple-cycle APU using advanced technology. The latter case is based on the
same design assumptions as the gas turbine of the CC-APU and is presented to allow
a fair comparison of the benefits an ORC WHR system can give for the investigated
application. The estimated fuel consumption of the CC-APU for the provision of sec-
ondary power on the ground is 42kg as opposed to 78 kg when using the GTCP36-300
APU. Therefore, fuel consumption for the provision of secondary power on the ground
is halved when using the CC-APU. Taking into account the increase in flight phase fuel
consumption of 2 kg due to the addition of 31 kg to m,e, an overall fuel saving of 34 kg,
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Table 4.5: Results of the optimized ORC WHR system

Parameter Value Parameter Value Parameter Value
T net,orc 14.9% Qevap 426 kW Qcond 352kW
X 81.0% X/Y[Zgy,, 0.28/028/023m X/Y[Z,,q 1.00/1.00/0.041m
Wnet,orc 63kW  meyap 8.0kg Mcond 12.6kg
Wnet,fan 6.7kw Th,in,evap 865K Tc,in,cond 313K
Morc 44 kg Th,out,evap 425K Tc,out,cond 353K
Miuid 0.8kg/s Appevap 2010Pa APe,cond 513 Pa
Tinin 374K 1y evap 0.9kg/s e cond 8.8kg/s
Tax 548K  ATppevap 47K ATpp,cond 32K
Pmax 59.5bar €evap 89.0% €cond 51.0%
Whetpump ~ 9-9KW N 160 krpm Tis,turb 94.0%

Table 4.6: Comparison of the GTCP36-300 APU [2] with an advanced APU design and the optimized CC-APU

Parameter GTCP36-300 Advanced APU CC-APU
et () 18.3% 27.2% 33.9%
Titggel (Kg/S) 0.0317 0.0214 0.0172
Wgross kw) 258 258 274
Whet (KW) 250 250 250
Titgir (kg/s) 1.60 1.10 0.88
TIT (K) 1310 1340 1340
OPR () 6.1 10.0 9.5
Mis,comp 73.4%" 82.5% 82.7%
Mis,turb 83.2%" 86.5% 85.6%
m (kg) 117 109 148
Miuel,apu/ccapu (K8 78 52 42
Myel (kg) 5505 5479 5471

* Value estimated based on data provided

in Ref. [2].
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i.e., areduction of mission fuel mass by 0.6%, is possible using the CC-APU system. The
application of the advanced APU design reduces ground fuel consumption for providing
secondary power by one-third and reduces mission fuel mass by 0.5%.

4.3.3. SENSITIVITY OF DESIGN VARIABLES: DESIGN GUIDELINES

To better understand the CC-APU design a discussion of the obtained design vector is
presented. This represents a first step towards developing design guidelines for airborne
ORC WHR systems. Figure 4.11 indicates the relation of the optimized design variable
values with their respective lower and upper bounds specified in Tab. 4.1. Especially
those design variables that adopt their respective upper or lower bounds are of interest.
In the following, the values obtained for the individual design variables are discussed
based on the underlying physical phenomena.

OPR Timin,orc Tmax,orc Pmax,orc ATpp, cond ATpp, evap Yis o
— — — — — —
— E—
—
— —
m— m— m— pm— pm— pm—
v Zcond Fh Fp Xt Xi Npass
— E—
—
— U
— X
—
— — ;L
—
—
m— m— m— pm— prm— pm—

Figure 4.11: Bar charts showing the relation of the optimized design variables
x; with respect to lower bound x,'L and upper bound x,'U.

OPR and TIT have the largest impact on gas turbine efficiency. The value of TIT
obtained for the CC-APU is only 30 K higher than the TIT of the GTCP36-300 APU which
is 1310K [2]. The GTCP36-300 uses convectively cooled NGVs made of the material
Mar-M-247, which is an early nickel-base alloy, and an uncooled radial inflow turbine
whose construction material is not specified by Stohlgren and Werner [2]. The method
described in Section 4.2.3 does not apply to radial inflow turbines and, therefore, can-
not be verified with data of Stohlgren and Werner [2]. The applicability of the method
to determine Tb,max is verified at the end of Section 4.2.3. Figure 4.13 shows the sensi-
tivity of TIT 44 to a variation of the input parameters used for the advanced APU design
and provided in Section 4.2.3. TITy,.x shows high sensitivity to the value of v and low
sensitivity to all other input parameters. Together with the thermodynamic conditions
v determines the blade height, which affects the centrifugal stress along the blade span.
Therefore, knowledge of the engine geometry is important to obtain an optimum ther-
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modynamic design. Using statistical data based on engines with higher power capacity
such as presented by Grieb [19, Ch. 5] may result in errors in the predicted thermody-
namic performance of small gas turbine engines. Incorporating engine gas path and
mechanical design methods can improve the accuracy of such analysis.

Nevertheless, further improvements in gas turbine efficiency by increasing TIT are
limited as shown in Fig. 4.12, which gives the engine thermal efficiency as a function of
TIT and OPR. The discontinuity of the presented curves results from a change in the re-
quired compressor stage number as OPR varies. The number of stages affects the stage
loading which is an input for determining stage polytropic efficiency with the method
explained in Section 4.2.3. Under the assumption of no limitations regarding blade cool-
ing and OPR, a further increase of 1)ye(,apy 0f less than 2% is possible when designing the
engine with a TIT of 1500 K and an OPR of 18.

28+
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Figure 4.12: Variation of gas turbine net efficiency Figure 4.13: Variation of maximum turbine inlet

with turbine inlet temperature (TIT) and overall temperature (TITax) to a+/- 5% change in turbine

pressure ratio (OPR). rotor hub-to-tip ratio (v), turbine stage loading (¥),
turbine rotor blade tip-to-hub arearatio (d;), and ra-
dial temperature distribution factor (RTDF) with re-
spect to the values of the optimized advanced APU
design.

From a thermodynamic standpoint, ORC efficiency is maximized by maximizing Tiax orc
and pmax,orc and Minimizing Tin,orc- Tmaxorc Nas a very dominant impact on nper,ccapus
and many system parameters have a large sensitivity to its value. The optimized solu-
tion adopts a value for Ty orc that is at the upper bound. This indicates that despite
its large influence on system design the value of Ti44 orc can be selected based on ther-
modynamic reasoning. Similarly high sensitivity of system performance with respect to
the value of Tiin,orc is observed. Contrary to Tinax orc the optimized value of Ty orc 1S
located in the mid-ranges. This indicates that the selection of T, orc cannot be based
solely on thermodynamic reasoning but its optimal value is highly dependent on the
system architecture. For example a reduction of Ty, orc by 1% from its optimized value
increases ¢ cond by 20% which causes a 30% higher Ap, ¢ong. The combined effect leads
to an increase of Wnet'fan by 60% (Equation 4.12). For this reason, Wnet'fan is identified as
the most limiting factor of CC-APU performance. To maximize system performance it
is therefore crucial to adopt an aerodynamically optimized fan. The maximum value of
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Pmax,orc 18 limited by the increasing pump power consumption which at one point coun-
ters the thermodynamic advantages of a further increase. Therefore, for the selection of
Pmax,orc pump power demand should be considered. At the same time for the analyzed
supercritical cycle, the sensitivity of f)peq ccapu t0 variations in pyay orc is low which makes
the selection of ppax orc less critical.

Size and pressure drop constraints limit the amount of heat that can be rejected by
the condenser. In the present study, only the size is imposed as an active constraint,
while the pressure drop is effectively limited by the penalizing effect of Wy fan. The op-
timization algorithm tends to drive the condenser design towards the maximum avail-
able frontal area to reduce flow velocity and therefore pressure drop. As expected, it is
more beneficial to add heat transfer area by increasing the core width (X¢onq) and vary-
ing the core parameters instead of increasing the core depth Z.,,q which linearly in-
creases the pressure drop. Similarly, the free flow to frontal area ratio of the condenser is
also minimized to reduce the channel flow acceleration and maximum velocities. This is
done by reducing the number of flat-tubes, effectively driving the variable F;, towards
the imposed upper bound. The fin pitch (F;,) adopts a value that seems to fall right
in the middle of the imposed bounds. This is the result of a non-trivial trade-off be-
tween more heat transfer area, higher heat transfer coefficient, and less pressure drop.
The pinch point temperature difference in the condenser ATy, cond impacts the required
heat transfer area as well as the cold side pressure drop. On one hand, larger values of
ATpp cond imply larger temperature differences between the hot and cold side, which ef-
fectively reduces the required heat transfer area and thus the size of the heat exchanger.
On the other hand, larger values of ATy, cond correspond to higher air mass flow rates.
This results in higher flow velocities, thus negatively affecting Apc conq. As a result, the
optimizer adopts a value of AT, cong that provides a good trade-off between these op-
posing trends.

As stated in Section 4.2.3 gas turbine efficiency is very sensitive to the pressure loss
in the exhaust duct. Therefore, the combination of evaporator design variables tends
towards the lowest possible hot side pressure drop that still satisfies the size constraint
on the core depth (Zey,p). This is achieved by minimizing the intensity, size, and posi-
tion of the detached flow vortices behind each tube. The intensity of the recirculation
zones is mainly affected by the local flow velocity, which is then minimized as much
as possible by driving the transversal pitch (x;) toward the upper bound. On the other
hand, the reduced vortex intensity lowers the heat transfer coefficient and increases the
required heat transfer area. Contrary to x;, larger values of longitudinal pitch (x}) slightly
increase both the heat transfer coefficient and pressure drop due to the re-attachment of
the separation before the next tube [64]. Since the heat transfer improvement is weaker
than the pressure drop increase, and the designs are not close to the size constraint, x;
is minimized. The number of passes (n,,55) settles to a value that tends to limit the total
number of streamwise tubes, which linearly affects the pressure drop. On the one hand,
increasing the number of passes tends to reduce the number of streamwise tubes per
pass, thus increasing the working fluid velocity in the tubes and slightly increasing the
overall heat transfer coefficient. On the other hand, this results in an increased pressure
drop on the working fluid side. As a result, the optimal number of passes is a trade-off
value between these opposing trends. Finally, the evaporator pinch point temperature
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difference ATy, evap adopts the upper bound value in order to reduce evaporator heat
load which in turn leads to lower required evaporator heat transfer area and therefore
pressure drop.
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Figure 4.14: ORC turbine total-total efficiency map  Figure 4.15: ORC turbine total-static efficiency map
as a function of duty coefficients s and ¢ for fixed  as a function of duty coefficients s and ¢ for fixed
inflow conditions, pressure ratio and hub-to-tipra-  inflow conditions, pressure ratio, and hub-to-tip
tio v. ratio v.

To understand the selection of the optimum ORC turbine design the impact of vary-
ing the design variables ;s and ¢ on turbine total-total efficiency n;g (b is investigated
through a parametric study. Figure 4.14 shows a contour plot of ;s s, With respect to
¥is and ¢, where v, the turbine inflow conditions as well as the pressure ratio are kept
at their respective values identified for the optimized CC-APU design. The point DP in
Fig. 4.14 indicates the optimized design point. This point also coincides with the highest
mass-specific power of the turbogenerator. Furthermore, the value of the stage efficiency
around point DP has rather low sensitivity to small variations in the design variables v;g
and ¢. The analysis also shows that best turbine performance is achieved with values of
v in the lower ranges, leading to lower blade deflection in the impeller for a given set of
;s and ¢, and thus lower blade loading losses. In this work, the flow kinetic energy at the
exit of the turbine impeller is considered as being completely recovered. This is a reason-
able assumption for a closed loop cycle if one neglects the friction losses in the piping
system to convert this kinetic energy into total pressure. Common design guidelines for
radial inflow turbines [65] relate optimum total-static efficiency to the duty coefficients
;s and ¢. The plot of total-static efficiency in Fig. 4.15 shows that the point DP from the
present optimization is shifted away from the locus of maximum total-static efficiency.
A comparison of Fig. 4.14 and Fig. 4.15 shows that ;s takes on very similar values for
turbines optimized for total-static and total-total efficiency. Furthermore, if the turbine
is optimized for total-total efficiency, then the optimum value of ¢ will be larger than
for a turbine optimized for total-static efficiency. This suggests that the assumption of
whether the turbine exit kinetic energy can, or can not, be recovered is a driver for the
optimal turbine design. Thus, it is important to be aware of the differences in the turbine
efficiency definitions and choose the most appropriate one for the system studied.

In general, it is observed that pressure drops on the ORC working fluid sides of the
heat exchangers have little impact on overall system performance. Furthermore, due to
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the imposed HEX size and pressure drop constraints the encountered pinch point tem-
perature differences are higher than commonly applied for ORC WHR systems of station-
ary applications. For stationary applications, depending on the component, pinch point
temperature differences in the range of 5 — 10 °C are adopted, as reported in Chapter 3.

A summary of design aspects derived from the optimized CC-APU design, that can
inform future work on combined-cycle gas turbine engines employing ORC WHR sys-
tems, is given in the following list:

* System performance benefits from selecting the highest possible value of Tiax orc-

 System performance is less critical to pmaxorc, its value can be selected based on
engineering judgement.

* ORC turbine maximum total-total efficiency coincides with maximum mass-specific
power and design variables should be selected accordingly. u

 To limit condenser cold side pressure drop, the condenser design should employ
the largest possible frontal area in combination with a minimized number of flat-
tubes.

 To limit evaporator hot side pressure drop, an in-line bare-tube-bundle evaporator
design should employ a large transversal pitch and a low longitudinal pitch. The
magnitude of the pitches may be dictated by the validity range of the applied heat
transfer and pressure drop correlations.

* Employing an aerodynamically optimized fan is crucial to achieve maximum per-
formance.

4.3.4. METHODOLOGY LIMITATIONS

Steps 1) to 3) of the method to estimate Tb,max (Section 4.2.3) is based on the assumption
that the turbine operates at a single operating point over its lifetime. In the case of an
aircraft APU, this assumption is reasonable. However, in the case of gas turbine engines
with a wider operating range, blade creep strain varies between operating points. An
analysis considering the thermal conditions and operating times encountered during
the entire mission is required to determine blade lifetime for an allowable total strain.
However, the presented method can still be used if the equivalent blade life resulting in
the allowable strain at a given operating point is known. For example, Halila et al. [25]
state that the strain accumulated over the entire mission life of 18-10° hours is equivalent
to operating the turbine for 250 hours at hot-day take-off conditions. In this case, 250
hours can be used as input to determine Tb,max-

The estimation of system mass presents the largest factor of uncertainty. The cur-
rent methodology is limited to using an empirical correlation for gas turbine mass es-
timation. This aspect will be improved in a future version of the ARENA framework by
integrating a component-based engine mass estimation tool currently under develop-
ment (see Chapter 7). The mass of the ducting related to the ORC system and the APU
and condenser air intakes is currently not modeled. Estimating the mass of the struc-
tural elements required to integrate the system with the aircraft is difficult to model at
the conceptual level.
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The impact of the CC-APU assembly on aircraft aerodynamics is not modeled in the
present analysis. Considering the large size of the condenser its air intake must be closed
off during flight using a hatch to prevent additional drag during cruise. Similarly, the air
intake of conventional APUs is closed during flight.

4.4, CONCLUSIONS

In this work the application of an organic Rankine cycle (ORC) waste heat recovery (WHR)
system to an aircraft auxiliary power unit (APU) is investigated using a multidisciplinary
simulation framework. An optimal design for the combined-cycle APU (CC-APU) sys-
tem for the provision of secondary power during ground operations is identified using a
genetic algorithm. The objective is the minimization of mission fuel mass based on the
variation of 15 design variables. It is shown that the CC-APU can attain an overall effi-
ciency of 34%, 7% more than an advanced simple-cycle APU design with an efficiency
of 27%. However, this comes at the expense of a relative increase in system mass of the
CC-APU of 35% when compared to the advanced simple-cycle APU. Compared to using
a current-day APU, the use of the CC-APU system consumes half the fuel mass required
to provide secondary power on the ground. For a short-range aircraft, the optimal CC-
APU leads to a mission fuel mass reduction of 0.6% compared to a current-day APU and
0.1% compared to an advanced simple-cycle APU. Fan power consumption in combi-
nation with condenser air-side pressure drop is identified as the main limiter of CC-APU
performance. In this regard, the minimum ORC working fluid temperature Trin orc is the
most critical design variable of the system. Additionally, size constraints imposed on the
condenser further constrain the achievable thermodynamic efficiency. The large size
of the condenser indicates that the integration of a CC-APU would require substantial
modifications to the airframe. The identified ORC WHR unit design is in contrast to con-
ventional designs used for stationary applications. Stationary combined-cycle power
units aim at a maximization of power output, while for the airborne ORC WHR unit of
a low power-capacity gas turbine, a maximization of ORC thermodynamic efficiency is
optimal. This is achieved with a supercritical ORC. Additionally, as a result of size and
mass constraints, the minimum ORC operating temperature and heat exchanger pinch
point temperature differences for airborne ORC WHR applications differ from conven-
tional design guidelines for stationary systems. Based on the analysis of the obtained
optimized design vector a first set of design guidelines for airborne ORC WHR systems
is presented. These findings will allow a refined selection of design variables for future
optimization studies.

While this work only considered the operation of the CC-APU to provide the sec-
ondary power demand of a current-day aircraft, other use scenarios of such a system
can be envisaged. For example, advantages could be derived from operating a CC-APU
during flight to provide secondary power. This way the main engines of the aircraft can
be relieved from the task of providing secondary power during some flight conditions.
This could result in a simplification of their design or operational advantages. Another
ground-based application may be the provision of electrical power for electric taxiing
concepts that are in active development. A secondary advantage not investigated in this
work could be the reduction of jet noise resulting from decreased exhaust velocity and
temperatures.
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Future investigations will include the application of ORC WHR systems to large tur-
boshaft engines of turboelectric and hybrid-electric powertrains. Furthermore, a more
detailed analysis of the chosen ORC working fluid is required. It is also worth inves-
tigating different alternatives for ORC turbine power utilization, such as mechanically
coupling the ORC turbine shaft with the shaft of the gas turbine. This could potentially
result in system simplification and weight reduction.
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ABSTRACT

This chapter presents a preliminary study about a combined-cycle engine based on a
turboshaft engine and an organic Rankine cycle (ORC) bottoming unit to be used on-
board an aircraft with a turboelectric propulsion system. The aim is to analyze whether
benefits with respect to mission fuel consumption can be derived by employing such a
combined-cycle engine when compared to a simple-cycle turboshaft engine. For this
purpose, a multidisciplinary optimization framework is developed, incorporating mod-
els for the engine, ORC system, ORC turbine, heat exchangers, and mission analysis. This
framework is coupled with an optimizer to identify the optimal combined-cycle engine
design for minimum mission fuel consumption. The results suggest that fuel savings of
around 1.5% are possible with the optimized system if compared to the aircraft employ-
ing turboshaft engines. Heat exchanger volume is identified as the most constraining
parameter when it comes to combined-cycle performance. The analysis of the results
suggests as aspects that might lead to further improvements the evaluation of other ORC
architectures, working fluids, and heat exchanger topologies.

5.1. INTRODUCTION

The combined-cycle auxiliary power unit (CC-APU) concept presented in Chapter 4 showed
that adopting an ORC bottoming unit to a small turboshaft engine providing ground
power can reduce mission fuel consumption by 0.6%. The present chapter investigates
whether a similar benefit on mission fuel consumption can be obtained for a larger
power capacity turboshaft engine equipped with an ORC bottoming unit. Such an en-
gine could be employed as the prime mover of a turboelectric drivetrain. Turboelectric
aircraft configurations employ gas turbine engines that provide power to electric propul-
sors. The required thrust may be provided in full by the electric propulsors or, in the case
of a partial-turboelectric configuration, partially by the gas turbine engines and the elec-
tric propulsors. As outlined in Chapter 1 advantages on propulsive efficiency and aircraft
aerodynamics can be derived from such configurations. In the following, examples of
turboelectric aircraft configurations are presented.

The ONERA Dragon turboelectric aircraft concept studied by Schmollgruber et al. [1]
employs two turboshaft engines housed in pods in the aft of the aircraft to provide elec-
trical power to an under-the-wing distributed propulsion system consisting of electrically-
driven ducted fans. The aircraft has similar top-level aircraft requirements (TLARs) as
an Airbus A320 and modeling is conducted based on technology assumptions for an
entry into service in the year 2035. Their results indicate that fuel consumption can
be reduced by 7% compared to a traditional tube-and-wing aircraft employing turbo-
fan engines with the same technology level. A similar concept was studied by Schiltgen
and Freeman [2]. Their ECO-150 concept features a powertrain consisting of two tur-
boshaft engines and an electrically driven distributed propulsion system integrated into
the wing’s leading edge. The modeling also included the preliminary design of the ther-
mal management system required to cool the electrical powertrain. Overall, mission
analysis shows that the aircraft has a similar fuel efficiency as an Airbus A320. A turbo-
electric concept based on a blended wing body airframe was studied by Felder et al. [3].
Their N3-X aircraft has TLARs similar to a Boeing B777-200LR. The powertrain consists



5.2. METHODOLOGY 97

of two podded turboshaft engines mounted to the wing tips that provide electrical power
to a distributed propulsion system integrated with the airframe close to the trailing edge
on the top side. NASA’s N+3 technology assumptions for an entry into service in the year
2025 were applied. Their results suggest a reduction in fuel burn of approximately 70%
over a B777. These savings are attributed to 1) overall improved aerodynamic perfor-
mance and 2) benefits derived from the distributed propulsion system such as reduced
nacelle drag and benefits derived from boundary layer ingestion. The latter is estimated
to contribute about 20% to the fuel-saving potential.

The research presented in this chapter investigates the adoption of a combined-cycle
turboshaft engine (CC-TS) consisting of a turboshaft engine and an ORC bottoming unit
onboard a single-aisle turboelectric aircraft. The main research question of this work is:
What is the impact on mission fuel consumption of adopting an ORC bottoming unit for
turboshaft engines of a turboelectric aircraft? For this purpose, the ARENA simulation
framework presented in Chapter 3 is further developed to capture the impact adopting
a CC-TS engine has on aircraft design and performance. The reference aircraft selected
for this study is the ONERA Dragon [1]. Figure 5.1 gives a rendering of this aircraft and
Tab. 5.1 its TLARs. The work at hand analyzes the performance of this aircraft architec-
ture when replacing the simple-cycle turboshaft engines with CC-TS engines. This new
aircraft concept is referred to as Dragon CC-TS.

Table 5.1: Top-level aircraft requirements (TLARSs)

of the ONERA Dragon [1]
Parameter Input
Range (NM/km) 2750/5100
Number of passengers (-) 150
Mach number (-) 0.78
Design payload (kg) 13600

Figure 5.1: Rendering of the ONERA Dragon aircraft
concept as presented in Ref. [1].

5.2. METHODOLOGY

The numerical framework developed for the preliminary design and evaluation of the
CC-TS system is modular and all modules are integrated into a system model using the
Python library openMDAO [4]. The framework is hereafter referred to as the ARENA
framework and the acronym ARENA stands for airborne energy harvesting for aircraft.
Figure 5.2 shows the extended design structure matrix (XDSM) of the system model con-
taining all its major modules. Figure 5.3 shows the process flow diagram (PFD) of the
CC-TS.
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Figure 5.3: Process flow diagram of the CC-TS configuration.

5.2.1. OPTIMIZATION PROBLEM
Numerical optimization is used to identify a CC-TS design that minimizes mission fuel
mass (mg,e1)- Therefore, the following single-objective optimization problem is solved

minimize F(x) = mge (x)
) L U (5.1)
subjectto: x; < x; < x; .

The design vector (x) is composed of 18 variables which relate to the thermodynamic
cycle and the preliminary design of the components of the CC-TS system, namely the
turboshaft engine, the ORC, the heat exchangers, the ORC turbogenerator and the ram-
air duct. Table 5.2 lists the design variables (x;) considered in the optimization together
with their lower bounds (x!f) and upper bounds (x?). The optimization problem is solved
using a genetic algorithm implemented in the Python library pymoo [5]. A population
size of approximately ten times the number of design variables is used for the genetic
algorithm. The convergence criterion is that the relative change between the last and

the 5 to last generation is below 10°°.

5.2.2. AIRCRAFT AERODYNAMICS, MASS AND PERFORMANCE
This module of the ARENA framework performs aircraft mass and mission analysis. This
process includes the evaluation of: 1) lift coefficient (Cy) and drag coefficient (Cp), 2)
maximum take-off mass (1), 3) mission fuel mass (myg,g)), 4) required generator out-
put power during take-off (W,,) and wing area (Syef), 5) cruise altitude (h¢;) and 6) re-
quired generator output power during cruise (W,,).

The aircraft’s drag polar is expressed using the three-term equation Cp = Cp pin +
K (Cp - CL,min)Z, as detailed in Ref. [6]. The parameter Cp niy, is estimated to be equal
to the zero-lift drag coefficient of the two-term drag polar, approximated through the
methodology outlined in Ref. [7]. The values of the parameters Kj, and Cy i, are de-
dL/D
d_éLCI
mum lift-to-drag ratio (L/D), and 2) Cy = f(C['), where C{' = 0.47 and C5 = 0.0273
are estimated for the ONERA Dragon at mid-cruise conditions based data provided in
Ref. [1]. The values of the derived parameters are Cp nin = 0.0183, Ki = 0.0937 and

termined with two additional equations: 1) = 0, assuming cruise at the maxi-
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Table 5.2: CC-TS design variables and their corresponding bounds.

Model Variables (x;) Description (Unit) Bounds (xl-leiU)
Turboshaft || P Nozzle pressure ratio (-) 1.05/1.4
Tnin,orc Minimum cycle temperature (K) 323/423
ORC Tmax,orc Maximum cycle temperature (K) 520/570
Pmax,orc Maximum cycle pressure (Pa) 1.1pcrit/ 1.5Pcrit
ATpp cond Condenser pinch point temperature difference (K) 20/100
ATpp evap Evaporator pinch point temperature difference (K) 20/100
Xcond Condenser flat-tube length (m) 0.5/1.0
Plcond Condenser louver angle (deg) 10/30
Dt cond Condenser fin height (mm) 7.0/12.0
ORC ’ .
HEX Pt,cond Condenser fin pitch (mm) 1.0/4.0
Xt evap Evaporator non-dimensional transversal pitch (-) 1.25/3.00
Xl,evap Evaporator non-dimensional longitudinal pitch (-) 1.25/3.0
pass,evap Evaporator number of passes (-) 8/19
Ram-air Tfrac,intake Intake design mass flow rate ratio (-) 0.4/1.0
Duct Ocond Condenser tilt angle (°) 45/75
ORC Vis Isentropic stage loading (-) 0.4/1.3
Turbo ¢ Flow coefficient (-) 0.10/0.40
Generator v Hub-to-tip ratio (-) 0.40/0.65

Ci,min = 0.160. In the case of the Dragon CC-TS, the net force arising from the ram-
air duct is interpreted as a change in zero-lift drag and results in a parallel shift of the
drag polar.

Estimating the mass of turboelectric and hybrid-electric aircraft configurations proves
challenging in conceptual aircraft design, as conventional empirical laws linking mo
to mye do not encompass these novel configurations. Hence, there is a need to employ
a more detailed component-based mass estimation approach. In this work, a method
proposed by De Vries et al. [8] is used. This method assumes that m,, minus wing mass
(Muwing) and powertrain mass (mp,), denoted as m:)e, remains independent of the pow-
ertrain architecture. my, can subsequently be determined as

1
Mge = Moe + Mpt + Maying. (5.2)

The value of m:)e can be determined either by further subdividing the airframe into
its major components and applying empirical relations to establish the corresponding
masses. Alternatively, in retro-fitting scenarios, it may be possible to derive its value for
the reference aircraft. For the ONERA Dragon, m(')e is approximated to be 24900 kg. This
value is determined with a m. of 42.7t and a m of 9.4t [1]. According to Ref. [1] the
wing of the ONERA Dragon is 5% lighter than that of an Airbus A320 which has a mass
of 8.8t as reported in Ref. [7]. Notably, there are no existing empirical methods for esti-
mating my;,g of aircraft employing a distributed wing-mounted propulsion system. In
this study, the methodology of Torenbeek [9, App. C] is employed, which demonstrates
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good sensitivity of my;,g to major design parameters, including the option to consider
0, 2, or 4 wing-mounted engines. The m;,g estimated with this method assuming 4
wing-mounted engines shows good agreement with the my;,g estimated for the ON-
ERA Dragon (see Tab. 5.5) if geometrical details of the wing such as sweep, aspect ratio,
thickness-to-chord ratio, and inclination angles are set to the values provided by Ref. [1].

Mission fuel mass is estimated based on the Breguet range equation for cruise-climb
in combination with a definition of an equivalent cruise range according to Torenbeek
[10]. This equivalent cruise range includes the nominal cruise range according to the
top-level aircraft requirements (TLARs), a lost range representing the amount of fuel re-
quired for climbing, and the range required for divergence, holding, and contingency. A
divergence range of 400 km, a holding time of 30 min, and a contingency fraction of 5%
are assumed as suggested by Ref. [10]. Cruise is performed at constant Mach number
and at maximum L/ D resulting in a continuous cruise-climb trajectory.

To ensure that the Dragon CC-TS fulfills the design requirements of the ONERA Dragon
aircraft, the same wing loading, and power loading at maximum take-off mass is adopted.
Using these values together with the evaluated m,,, the values of W, and S are de-
termined. Note that W, and W, refer to generator output power.

In the second to last step, the h, is determined based on the given Mach number,
Cr, and mid-cruise aircraft mass. In the last step, the required generator output power
during cruise is evaluated taking into account the residual jet thrust (Fje( s) produced by
the CC-TS engines according to the power balance

_ (D = 2Fpets) Voo

cr —

MtransTprop (5.3)
where D is the aircraft drag, v, the cruise velocity, 1.ns the electrical powertrain effi-
ciency (see Section 5.2.3) and 7)o the propulsive efficiency. All cruise-related parame-
ters are evaluated based on the mid-cruise aircraft mass (m,,) approximated according
to [10] as m = \/ Mmto (Mmto — Miuel,cr), Where myye) ¢r is the fuel mass required for the
cruise range according to the TLARs.

5.2.3. POWERTRAIN

The powertrain architecture of the Dragon CC-TS is the same as that of the ONERA
Dragon with the exception of the added ORC unit. The main components of the pow-
ertrain are the CC-TS, electrical power transmission components, and ducted-fans. The
distributed propulsion system consists of 26 ducted fans. Figure 5.4 shows half of the
cross-redundant architecture. Note that fault current limiters and circuit breakers are
omitted in this figure for simplicity. Table 5.3 gives mass-specific power and efficiency
values of the electrical components, which are sized for maximum power demand, thus
during take-off. Note that the indicated values for generator mass-specific power and
efficiency do not apply to the ORC turbogenerator, and are determined by a separate
preliminary design tool explained in Section 5.2.6.

The powertrain mass (1) is the sum of two times the CC-TS mass () and the
mass of the electrical power transmission components (M ans). Mccts 1S the sum of the
turboshaft mass (m,), the mass of the two turboshaft mounted generators (Mgen), and
the mass of the ORC unit assembly (m14c). Migans is the sum of the individual electrical
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component masses. These masses are determined by dividing the rated power of each
component by its mass-specific power value listed in Tab. 5.3. The variation of ducted-
fan size and mass with input power and the variation of cooling system mass with rated
power of the electrical components are not modeled. The masses of these components
are considered fixed and included in the mass m(')e (see Section 5.2.2).

The powertrain efficiency (17, is defined as the product of the net CC-TS efficiency
(Mnet,ccts), the electrical component transmission efficiency (f¢ans) and the ducted-fan
propulsive efficiency (np0p). The net efficiencies of the turboshaft, ORC system and CC-
TS are defined as

_ Whet ts _ Whet,orc _ Whet,cets (5.4)
Mhnetts Tiuel - LHV’ T net,orc » Tnet,ccts Tfuel - LHV .

Qevap

where rig,q is the fuel mass flow rate, Qevap the thermal power recovered by the evap-
orator and LHV the lower heating value of the fuel which is 43 MJ /kg for kerosene. The
CC-TS net power output (Wpeccrs) is the sum of turboshaft net power output (Wnet ts)
and ORC net power output (Wnet orc)- Whet.cets Of a single CC-TS unit is half the required
power demand during cruise W, (Eq. 5.3) and take-off W,,, respectively. Note that net
power output refers to generator power output of the turboshaft and ORC unit, also see
Fig. 5.4. Nyans accounts for losses occurring in the electrical components between the
CC-TS and the ducted-fans and is calculated as 7rans = NacdcMpmuldcacmot» Where acdc
is the inverter efficiency, nymy the combined efficiency of the DC busses, nqcac is the
converter efficiency and 1y, the electrical motor efficiency. 1,0, is set to 86%, which is
the value applied for the ONERA Dragon [11].

The power-specific fuel consumption (PSFC) is defined as the fuel mass flow rate
divided by the total generator power output. The use of the generator power output
instead of the engine shaft power output allows a direct comparison between aircraft
configurations using simple-cycle turboshaft engines and CC-TS engines. The PSFC of
CC-TS is calculated as

i
PSFCpeps = ——— (5.5)

net,ccts

5.2.4. ENGINE

The turboshaft engine considered in this work is a two-spool engine with a free power
turbine (FPT). The FPT powers two electric generators. The use of two generators instead
of one provides redundancy and their diameter is smaller than that of a single genera-
tor which is important for the integration with the turboshaft engine. The PFD of this
engine is depicted on the left-hand side of Fig. 5.3. As shown in the XDSM in Fig. 5.2
the turboshaft sub-model provides as output the performance of the turboshaft engine
at the design point.

THERMODYNAMIC MODELING AND MASS ESTIMATION

The thermodynamic performance of the engine is calculated with the Python library py-
cycle [13]. Jet-A/A1 is used as the fuel. Turbomachinery polytropic efficiencies are deter-
mined using correlations presented by Samuelsson et al. [14], which are derived from the
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Figure 5.4: Dragon CC-TS powertrain architecture (adapted from Schmollgruber et al. [1]). Thick blue lines
indicate mechanical power transmission, thick black lines electrical power transmission.

Table 5.3: Assumptions regarding the technology level of electric components. A moderate technology level is
selected in accordance with the values provided in Ref. [1]

Mass specific

Component power (kW/kg) Efficiency (1)
Generator (Gen) 13.5 0.95
Motor (Mot) 19.0 0.98
Inverter (AC/DC) 19.0 0.98
Converter (DC/AC) 19.0 0.98
Power management unit (PMU) 20.0 0.99
Cables 16.0* 1.00**

* The value is estimated by dividing the take-off power by
the overall cable mass as given for the ONERA Dragon aircraft
in Ref. [12] and is therefore not a generally applicable value.

** Cable losses are omitted for simplicity.

method described in Ref. [15, Ch. 5]. Based on statistical data, this method provides an
estimate of turbomachinery efficiency as a function of the entry into service (EIS) year,
and of the stage loading. It also takes into account scale effects based on the reduced
mass flow rate (7i1.4). Furthermore, the method accounts for different turbomachin-
ery types (axial/radial) and distinguishes between the turbomachinery of the low and
high-pressure sections of the engine. In this work, all engine-related turbomachinery is
considered to be of the axial type.

The turbine cooling model of Gauntner [16] is adopted to estimate cooling air de-
mand as a function of the maximum allowable turbine blade temperature and technol-
ogy level.

The maximum allowable rotor blade temperature is estimated assuming creep as the
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dominant failure mechanism of the rotor blades and it therefore depends on material
characteristics, blade stress, and desired minimum lifetime for a certain amount of creep
strain. For a given material, the relation between these variables can be modeled with
the Larson-Miller Parameter LMP. The LMP is a function of blade temperature (7},) at a
given spanwise section of the blade and lifetime (#, i) in hours for a given amount of
creep strain: LMP = T,[20+ log(# jife ) ]. Creep strain is determined by the combination
of blade stress and temperature. Both vary along the blade span. While the highest stress
is experienced at the blade root, the highest blade temperatures are around mid-span.
As aresult, the highest creep strain is located around a quarter or one-third of the blade
span [17, Ch. 9]. In this work creep stress is limited to 90% of creep rupture stress [17,
Ch. 9] which corresponds to a creep strain of approximately 1% for single-crystal alloys
according to Grieb [15, Ch. 5]. First-stage rotor blades experience the highest creep due
to high centrifugal stress combined with very high temperatures. A simplified method is
applied to determine rotor blade stress due to the centrifugal load at the root of the blade
as outlined in Ref. [18]. Differently from the rotor blades, the implemented method as-
sumes a constant value of maximum allowable temperature for the stator blades.

The dry mass of the engine excluding generators (my) is estimated, to a first approx-
imation, with an empirical correlation whose sole input is the corrected air mass flow
rate at the compressor inlet (719 rq). Data available in the database of Ref. [19] for 12
turboshaft engines in the 300-3000 kW power range are used to derive the following re-
lation

Mys = 21.56 - 11 req + 85. (5.6)

The mass resulting from this equation in combination with the considered engine power
capacity results in mass-specific power values that are in good agreement with the tech-
nology assumptions cited by Schmollgruber et al. [1]. The mass of the generators is cal-
culated by dividing the required take-off power with the mass-specific power value given
in Tab. 5.3.

DESIGN ASSUMPTIONS

The thermodynamic design point of the engine is cruise (CR) at ISA+15 conditions. The
overall pressure ratio (OPR) and turbine inlet temperature (TIT) that yield the highest
efficiency at the design point are 45 and 1600 K, respectively. These values result from the
requirement of keeping the high-pressure compressor (HPC) exit temperature during
take-off below the allowable limit of 950 K [15]. The compression process is performed
by a HPC with a pressure ratio of 20 and a low-pressure compressor (LPC) with a pressure
ratio of 2.25.

The design point condition of the turbine cooling system is take-off (TO) where the
highest value of TIT occurs. However, presently the framework is only capable of simu-
lating a single design point of the CC-TS, which is cruise. To prevent an underestimation
of the cooling air demand based on lower turbine temperatures during cruise, the tem-
perature provided to the cooling model is multiplied by a correction factor. The value
of this correction factor is approximated as 6g o /60, = TITo /TIT¢; [201, where 6 is
the ratio of total free-stream temperature to static mean-sea-level temperature, assum-
ing International Standard Atmosphere (ISA) conditions. The validity of this approach
is verified by means of on/off-design simulations of the turboshaft engine. The cooling
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flow rate is also a function of the maximum allowable turbine blade temperature. A max-
imum allowable stator blade temperature of 1755K is selected, assuming that the con-
struction material is a ceramic matrix composite [21]. The single-crystal alloy TMS-238
is selected as the turbine blade metal and its characteristics are documented in Ref. [22].
Furthermore, a thermal barrier coating (TBC) is assumed to be applied to all blades, and
the temperature difference across the TBC is assumed to be 100 K [15].

The polytropic efficiencies are determined with the method of Grieb [15]. The values
of average stage loading (¥) are Wiy = 0.8, Whpe = 1.0, Whp = 3.5, Wiy = 3.5, Wiy = 3.5.
Note that ¥ = ZS—ZH, where AH is the polytropic enthalpy change per stage and Uy, the

meridional Veloci“ty. Furthermore, 2035 is assumed as the entry into service (EIS) year of
the investigated engine concept.

The cross-section of the exhaust duct of the engine is assumed to be of squared shape
to accommodate the ORC evaporator. For each percent of pressure drop caused by the
presence of the evaporator, the turboshaft thermal efficiency is reduced by approx. 0.2%.
Therefore, a large evaporator frontal area is desirable as it reduces flow velocity and
therefore pressure drop. However, the size of the evaporator needs to be limited to a
reasonable level in order to be integrated into the nacelle of the engine. For this rea-
son, the side length of the exhaust duct is fixed to be approximately 20% larger than the
power turbine exit diameter (see Fig. 5.7). The nozzle pressure ratio (I1,,,,), which is de-
fined as the ratio of the nozzle throat total pressure to ambient static pressure, is adopted
as a design variable. Its value sets the amount of residual thrust (Fpe ) that the engine
generates. Producing thrust with the engines could be beneficial to counter the drag
induced by the ram-air ducts housing the ORC condensers. Other design assumptions
are made based on data provided by Mattingly et al. [20, Ch. 4] for an engine with EIS
2035, namely, that the air intake pressure loss is 0.2%, the combustor pressure loss is 4%,
the high pressure and low-pressure shaft mechanical efficiency is 99.6%, the FPT shaft
mechanical efficiency is 98% and the nozzle pressure loss is 0.3%.

5.2.5. ORGANIC RANKINE CYCLE UNIT

The right side of Fig. 5.3 shows the PFD of the ORC system, based on an air-cooled non-
recuperated configuration. To maximize thermodynamic efficiency a supercritical cycle
is adopted. An in-house tool written in Python for on-design point thermodynamic cycle
calculations, named pycle, is used to analyze the organic Rankine cycle. This program
was verified by comparison with a commercial program for thermodynamic modeling
and optimization of energy conversion systems [23]. Thermodynamic properties of the
working fluid, cyclopentane, are calculated with a state-of-the-art Helmholtz equation
of state (HEOS) model implemented in the open-source library CoolProp [24], while the
ideal gas model [25] is used for the turboshaft exhaust gas. Cyclopentane has a criti-
cal temperature (T of 512K, a critical pressure (pci¢) of 45.1 X 10°Pa and a normal
boiling point temperature of 322 K [26]. According to results presented in Chapter 3, cy-
clopentane is a suitable working fluid for an ORC system recuperating thermal energy
from a gas turbine due to its high thermal stability (Tmax fluig) of 573 K and high T It
is, however, possible that cyclopentane is not the optimal working fluid, both in terms of
the performance of the resulting system and other technical and safety considerations.
Alternative working fluids will be assessed in future works.
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The ORC turbine gross power output (ngssyorc) is converted into electrical power via
a dedicated generator (see Fig. 5.4). The turbine mechanical efficiency (mech,turb) and
ORC generator efficiency (1gen,0rc) are an output of the turbogenerator design proce-
dure described in Section 5.2.6. For the pump, an isentropic pump efficiency (15 pump)
of 65% and a mass-specific power of 4 kW/kg are assumed. These values are taken from
Kwak et al. [27] which documents research on electrically driven centrifugal pumps for
small space launch vehicles, which operate under similar conditions as expected for the
pump of the ORC unit. The efficiency of the pump motor (mo,pump) is taken from Tab.
5.3. Furthermore, a pump mechanical efficiency (Pmech,pump) 0f 99% is assumed. The
net power output of the ORC waste-heat-recovery system (Wyeg,orc) is defined as

Wnet,pump

(5.7)

W, =N - .
net,orc gross,orc’Imech, turb”]gen,orc Tmech, pumpmot, pump

Furthermore, the recovery factor () describes how much of the available thermal power
(Qexh,avail) is recovered by the WHR system and it is defined as

.Qe& (5.8)

X Qexh,avail
Qexh,avail is defined as the product of the exhaust gas mass flow rate and the specific
enthalpy difference between the turbine exit and ambient conditions.

The ORC system mass (1) is determined as the sum of pump mass (Mpump), tur-
bogenerator mass (1), condenser mass (Monq), €vaporator mass (Meyap), working
fluid mass (mqy;q) and balance-of-plant mass (7pop,orc). The heat exchanger and tur-
bogenerator masses are an output of the corresponding modules performing their pre-
liminary design. mygqyiq is estimated as the product of 1.2 times the evaporator cold side
volume and the density of the working fluid at one atmosphere and 25 °C. It is further as-
sumed that my,p orc constitutes 10% of mqc. This value is similar to that taken by Zarati
etal. [28]. However, the value assumed for the mass of the balance-of-plant components
is affected by uncertainty given the lack of information regarding ORC systems design
for airborne applications.

The ORC unit is designed for the same environmental conditions as the turboshaft
engine, i.e., CR ISA+15. Table 5.4 lists the ORC thermodynamic cycle specifications and
indicates the input values which are output values of other sub-models.

Table 5.4: ORC thermodynamic cycle specifications

Parameter Input Parameter Input Parameter Input

Timax,orc Design variable  App ecap HEX model i pump 65%

Tnin,orc Design variable  Apc evap HEXmodel  %is b Turbogenerator model
Pmaxorc Design variable AT, evap  Design variable

Te,cond,in Ram-duct model App cond HEX model

Tiy evap Turboshaft model Apccond HEX model

Th evap,in Turboshaft model AT, cona  Design variable

Note: Subscripts h and c indicate heat exchanger (HEX) hot and cold sides.
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5.2.6. ORC TURBOGENERATOR

The ORC turbogenerator is modeled by means of an in-house Python program for the
preliminary design of high-speed turbomachinery named Turbosim (also see Section
4.2.6). The code has been used for the preliminary design of a 10 kW laboratory high-
speed ORC turbine being realized at Delft University of Technology. The turbogenerator
consists of the radial-inflow turbine, the circular cross-section volute guiding the flow at
the turbine inlet, and a permanent-magnet generator.

The model employed to design the single-stage radial-inflow turbine is based on an
iterative routine based on the theoretical framework described by Chen and Baines [29].
All flow losses (internal and external) occurring in the stage are modeled by means of
low-order physical models, equivalent to those adopted by Giuffré and Pini [30] for ax-
ial turbine stages. Volute losses are computed using the model proposed by Japikse [31]
for centrifugal compressors and adapted to the case of turbine volutes. Fluid thermo-
dynamic properties are calculated with a commercial software library [32]. The com-
bined impeller and volute mass is determined based on an automatically generated and
simplified computational-aided design model generated by the program. In this proce-
dure, rotor and stator blade masses are neglected and the volute is treated as a hollow
toroidal duct. The wall thickness of the components volute, stator base plate, and im-
peller shroud is set to 5mm. This value is based on engineering practice and manufac-
turing considerations.

The generator is assumed to be a cylindrical FeCo-based permanent-magnet ma-
chine with a carbon fiber retaining sleeve. The electromagnetic power of the generator
and its windage loss within the air gap is modeled according to the method of James
and Zahawi [33] using optimized machine-specific parameters documented by van der
Geest et al. [34]. The mass-specific power is computed by interpolation using data from
Ref. [34] expressed as a function of the rotor surface velocity. The total mass of the gen-
erator system is obtained by summing the mass of the generator, the mass of its power
electronics, and the mass of the DC-DC converter. The individual component masses
are calculated by dividing the electromagnetic power by the mass-specific power. Values
of state-of-the-art mass-specific power related to the power electronics and to the DC-
DC converter are taken as 14.3kW/kg and 62.0 kW/kg, respectively. These values are
obtained from the work of Gesell et al. [35]. The turbogenerator mass (1) is the sum of
generator system mass, radial-inflow turbine mass, and volute mass.

The turbogenerator preliminary design tool requires as input the total inlet pressure
and temperature, the total-to-total stage pressure ratio, and the design mass flow rate.
The main output variables are the turbine total-to-total efficiency (js ), the turbine
mechanical efficiency (mech,turb), the generator efficiency (1gen,orc), and the myg.

5.2.7. HEAT EXCHANGERS

Figure 5.5 shows the chosen topology for the ORC evaporator, namely a multi-pass in-
line bare-tube bundle heat exchanger where the working fluid flows inside the tubes in a
counter-crossflow arrangement with respect to the exhaust gases. The nickle-base alloy
Hastelloy X® is selected as construction material owing to its good oxidation resistance,
manufacturability, and strength at high temperatures [15]. The tube outer diameter is
set to 1.8 mm, while the tube thickness is calculated given the pressure difference be-
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tween the working fluid and the exhaust gases. The evaporator optimization variables
are the non-dimensional transversal pitch (x¢evap), the non-dimensional longitudinal
pitch (X),evap) and the number of passes (7pass evap)-

The condenser is a flat-tube-microchannel heat exchanger with louvered fins (see
Fig. 5.6). Based on manufacturability considerations the following values are fixed: fin
thickness 0.11 mm, flat tube thickness 0.2 mm, height of the microchannels 1.6 mm. Fur-
thermore, the louver fin length and louver pitch are set to be 90% of the fin height and
fin pitch, respectively. The condenser optimization variables are the fin height (b cond),
the fin pitch (pfcong), the louver angle (¢ cong) and the length of the flat-tubes (X¢onq)-
Based on the estimated space demand for the turboshaft engine inside the nacelle the
condenser width (Y;,nq) is fixed to 1.5m (see Fig. 5.7). An aluminium alloy of the 3000
series is selected as the construction material, as suggested in the technical report of
Kaltra GmbH [36].

The in-house Python tool HeXacode is used for heat exchanger sizing. The program
was verified by comparison with a commercial code for heat exchanger design and rat-
ing [37]. The sizing procedure consists of calculating the required heat transfer area for
a given heat duty, given the inlet temperature, pressure, and mass flow rate of the hot
and cold streams. The outputs are the heat exchanger dimensions, mass, and pressure
drops of the cold and hot sides. For both the evaporator and the condenser, the frontal
area is an input, while the depth is calculated to meet the design specifications. In the
case of the condenser, this corresponds to determining the number of microchannels
within a single flat tube and in the case of the evaporator the number of streamwise
tubes per pass. For both heat exchanger types, the geometry is discretized into several
control volumes in which mean values of the fluid thermodynamic properties and the
corresponding heat transfer and friction coefficients are evaluated. The evaporator fea-
tures a multi-pass layout and the number of cells is set equal to the number of passes.
The condenser is discretized into three volumes representing the different phases the
working fluid undergoes (superheated vapor, two-phase fluid, sub-cooled liquid). The
heat transfer correlations are formulated in terms of the Colburn factor or the Nusselt
number, and the pressure drop calculation is based on the estimate of the friction factor
or the pressure gradient. The design calculation stops when the relative difference in the
calculated overall heat transfer area between two consecutive iterations is smaller than
1%.
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5.2.8. RAM-AIR DUCT

The ram-air duct houses the condenser of the ORC unit and provides it with ambient
air for cooling. It consists of an intake, a diffuser, a duct accommodating the heat ex-
changer, and a convergent nozzle. Figure 5.7 gives an overview of the main components
of the ram-air duct and how they are arranged in the CC-TS configuration. The ram-
air duct model allows to compute internal losses and external losses due to friction and
pressure drag, as well as thermal energy input to the airflow due to the condensing fluid
in the heat exchanger. The model is based on the compressible duct model of the Python
library openConcept [38] and is coupled with loss models for the intake, the diffuser, and
pressure losses arising from heat exchanger tilt. The thermal energy input results from
the simulation of the ORC system on-design operation and the condenser cold side pres-
sure loss is computed according to the procedure described in Section 5.2.7. The expan-
sion through the nozzle of the duct is considered isentropic.

A subsonic scoop intake is assumed and its pressure recovery and drag are estimated
using the method reported in Ref. [39]. This method considers drag contributions due
to skin friction, spillage drag, and diverter drag. With reference to Fig. 5.7, due to the
location of the ram-air duct on the nacelle, the boundary layer thickness along the short
part of the nacelle in front of the intake is neglected, as well as the possible presence
of a diverter. The drag of the intake as well as the pressure recovery is a function of the
intake design mass flow fraction (7ifrac intake), Which is defined as the geometrical intake
area A; divided by the stream tube area (Ag) ahead of the intake (see Fig. 5.7). A value
of Tifraction < 1 results in an isentropic compression of the incoming airflow ahead of the
intake. This reduces the Mach number at the entry to the intake and therefore increases
the internal pressure recovery. However, spillage drag occurs. A value of ritgaction = 1
results in zero spillage drag but no isentropic compression ahead of the intake and an
increased intake Mach number which results in lower internal pressure recovery. There-
fore, the selection of 7itfac intake depends on a trade-off between internal and external
losses and, for this reason, its optimal value is selected by the optimizer (see Tab. 5.2).

The intake is followed by a rectangular diffuser. The total pressure losses are calcu-
lated based on the ratio of the actual pressure over the ideal pressure recovery coefficient
and depend on the diffuser area ratio Rgifr = Ao / A1 [40]. While the diffuser entrance area
(Ay) is calculated from the intake specifications and the required mass flow rate, the dif-
fuser exit area (A,) depends on both the heat exchanger frontal area (A3) and its tilt angle
(Bcond)- Ocond is defined as the angle between the normal of the heat exchanger frontal
area plane and the core duct velocity direction (see Fig. 5.7). A higher value of 6.4,q is
beneficial for the frontal area of the heat exchanger if the duct cross-sectional area is lim-
ited. This also reduces the required ARyt and therefore results in less diffuser pressure
loss. However, a larger tilt angle requires more deflection of the air stream, therefore it
implies additional drag. The additional pressure loss arising due to the heat exchanger
tilt is modeled based on a fit of experimental results reported by Nichols [41]. The heat
exchanger inlet conditions are calculated assuming an isentropic expansion from the
diffuser exit (A, in Fig. 5.7) to the heat exchanger inlet (A3 in Fig. 5.7).
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5.2.9. CC-TS INTEGRATION

The addition of an ORC WHR system to a turboshaft engine not only involves a mass ad-
dition but also demands additional space, which is limited onboard an aircraft. Volume
limitations mainly affect the integration of the ORC heat exchangers, posing a strong lim-
itation on their performance, as the optimal heat transfer surface is bound to be smaller
than the optimal value if unconstrained by the volume limitation. Therefore, the inte-
gration of the ORC unit within the aircraft is of key importance. Figure 5.7 depicts a
preliminary concept regarding the integration of the ORC heat exchangers into the na-
celle containing the turboshaft engine and generators. A single evaporator is located
right after the free power turbine in a square-shaped duct extending to approximately
1.2 times the diameter of the engine. Two condensers are integrated into the nacelle of
the turboshaft engine. Tilting the condensers allows to keep the frontal area of the as-
sembly as small as possible. The maximal width of the condenser (Y q,q) is given by the
engine and generator size requirements. Note that no information is available on how
the generators are integrated into the nacelle of the ONERA Dragon.

Front view Side view (A-A)
| | o

I

Evaporator

— IlIntake Diffuser Condenser Nozzle )

]
Generators Rame-air Duct

Figure 5.7: Preliminary concept of the integration of the ORC WHR unit and the turboshaft engine within the
nacelle in the aft of the aircraft. Variables Ay, A;, A2 and Az indicate the cross-sectional areas along ram-air
duct flow path.

5.3. RESULTS AND DISCUSSION

The ARENA framework is first verified by simulating the ONERA Dragon aircraft and
comparing the results with published data related to this aircraft concept [1]. Secondly,
the verified framework is used to compute the performance of a Dragon-type aircraft
equipped with the optimized CC-TS engines and the result is compared with a reference
aircraft. The TLARs of all considered aircraft are the same as those of the ONERA Dragon
and are listed in Tab. 5.1.
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5.3.1. VERIFICATION CASE

Two verification cases are simulated. They differ in the value of power-specific fuel con-
sumption during cruise (PSFCpecr), while the TLARs remain the same as listed in Tab.
5.1. For verification case nr. 1 PSFCpeq  is fixed to a value of 0.145kg/(kWh) and my,
to 9.40t, which are values derived from data regarding the ONERA Dragon provided by
Schmollgruber et al. [1]. Schmollgruber et al. [1] assume a 10% improvement in PSFC
over an engine designed in the year 2020. However, no details on the technological ad-
vancements necessary to achieve this reduction in PSFC are given. Therefore, a different
value of PSFC has to be expected when using the engine model described in Section
5.2.4. For verification case nr. 2 PSFCy r is calculated using the engine model and the
modeling assumptions stated in Section 5.2.4. The value of I1,,,, is set to 1.17, to obtain
an almost zero net thrust production by the turboshaft engine. Table 5.5 compares the
results of the verification cases with the data of the ONERA Dragon provided by Schmoll-
gruber et al. [1].

The comparison shows that verification case nr. 1 is in good agreement with the
data reported for the ONERA Dragon. This verifies that the ARENA framework is able
to compute the main characteristics of the aircraft with a sufficient degree of accuracy.
Based on the modeling assumptions of verification case nr. 2, the turboshaft engine
has a PSFCye( ¢ that is approximately 10% larger than the value reported for the ONERA
Dragon. This leads to an increase in fuel consumption of 13% and an overall heavier
and larger aircraft. The reference aircraft simulated and compared with the optimized
Dragon CC-TS concept in Section 5.3.2 differs in a similar way from the ONERA Dragon.

Table 5.5: Comparison of the results obtained with the developed simulation framework with the data pub-
lished for the ONERA Dragon [1].

Parameter ONERA Dragon | Verification Case 1 Delta | Verification Case 2 Delta
Minto (©) 67.9 68.2 0.4% 69.5 2.4%
Mge (1) 42.7 42.8 0.2% 42.8 0.2%
My (1) 9.40* 9.40 0.0% 9.29 -1.2%
Mying (£) 8.40* 8.51 1.3% 8.64 2.9%
Miyel (© 115 11.8 2.6% 13.1 13.9%
L/D(-) 17.2 17.2 0.0% 17.2 0.0%
Spef (m?) 121 122 0.8% 124 2.5%
b (m) 36.0 36.1 0.3% 36.5 1.4%
PSFCpey,cr (kg/kWh) 0.145 0.145 0.0% 0.159 9.7%
W (MW) 10.5** 10.8 -2.9% 10.9 3.8%
Wio (MW) 23.2 23.3 0.4% 23.7 2.2%

* Approximated based on data given in Ref. [1]
** Approximated based on data given in Ref. [1] and propulsive efficiency given by Defoort et al. [11]

5.3.2. OPTIMIZED DRAGON CC-TS
The optimized Dragon CC-TS and the reference aircraft adopt the same powertrain ar-
chitecture (Fig. 5.4) and only differ in the used engine type. Both the CC-TS and the
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simple-cycle turboshaft engines of the reference aircraft are based on the design as-
sumptions given in Section 5.2.4. Table 5.6 lists the optimized design vector calculated
for the Dragon CC-TS. In the case of the reference aircraft, I1,,,, is selected as the only
design variable, and its optimum value for minimum fuel consumption is determined to
be 1.35.

Table 5.6: Design vector of the optimized Dragon CC-TS

Parameter oz Tminorc  Tmaxorc  Pmaxorc ATpp,cond ATpp,evap Xeond Preond  Dfcond

Value 1.27 398K 549K  54.4bar 41.8K 97.8K 1.00m 29.7° 10.lmm
Parameter  prcond Xtevap  Xevap Mpassevap Mrac,intake Hcongl Wis P v
Value 1.41mm  3.00 1.25 9 0.670 59.4 0.966 0.394 0.460

Table 5.7: Comparison of the optimized Dragon CC-TS with the reference aircraft

Parameter Reference Aircraft Dragon CC-TS Delta
Mo (1) 69.4 69.7 0.4%
Moe (1) 42.8 433 1.2%
Mpe (O 9.26 9.72 5.0%
Mying (1) 8.62 8.69 0.8%
Migel (© 13.0 12.8 -1.5%
L/D () 17.2 17.3 0.6%
Sref (m?) 124 125 0.8%
b (m) 36.4 36.5 0.3%
PSFCpeycr (kg/kWh) 0.168 0.157 -6.5%
W, (MW) 10.3 10.8 4.9%
Wi (MW) 23.7 23.8 0.4%

Table 5.7 shows a comparison between the main performance parameters of the op-
timized Dragon CC-TS aircraft and those of the reference aircraft. The simulation of the
aircraft powered by the optimized CC-TS results in an improvement of the estimated
PSFC (Eq. 5.5) of 6.5% and a reduction of mission fuel consumption (mg,e) of 1.5% if
compared to the reference aircraft. mge is a function of rg,e; which is computed as the
product of PSFC and W,,. While the PSFC of the Dragon CC-TS is 6.5% lower than that
calculated for the reference aircraft, its WCr is 4.9% higher (see Section 5.3.3). As a result,
the percentage of fuel saving is smaller than the improvement of PSFC. The powertrain
mass of the Dragon CC-TS is 460 kg heavier than that of the reference aircraft, which is
mainly due to the added mass of the ORC unit. Despite the resulting increase in m,, wing
mass (Mying) does not vary appreciably. Furthermore, the increase in empty mass of the
Dragon CC-TS is balanced by a fuel mass reduction of 200 kg which results in the values
of M, being similar for both aircraft. The lift-to-drag ratio (L/ D) of the Dragon CC-TS
is slightly higher due to thrust production by the ram-air ducts which is considered as
a reduction in zero-lift drag (see Section 5.2.2). The reference aircraft and the Dragon



5.3. RESULTS AND DISCUSSION 113

CC-TS aircraft are both larger aircraft in terms of mass and wing size compared to the
ONERA Dragon. This is due to the engine design assumptions as explained in Section
5.3.1. The larger wing area combined with a fixed wing aspect ratio (see Section 5.2.2)
results in a slight violation of the wing span limit of 36 m that is taken as a constraint for
the ONERA Dragon design. This limit is not a certification requirement for the aircraft,
but a limit imposed by airport gate size for Airbus A320-sized aircraft. However, in or-
der not to restrict the design space unnecessarily, it is not imposed as an optimization
constraint.
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Figure 5.8: CC-TS mass breakdown; The engine gen- Figure 5.9: Temperature-entropy diagram of the
erator mass Mmgen and the condenser mass mcond  ORC including engine exhaust gas and cooling air.
account for two units each.

Table 5.8: Results of the optimized ORC WHR system at cruise

Parameter Value Parameter Value Parameter Value
Nnetorc 17.2%  Qevap 1L.94MW Y Qcond” 1.60 MW
X 42%  X|Y[Zgyp 1.1/1.1/00m X/Y[Zpnq 1.0/1.5/0.07m
Whet,orc 335kW  meyap 48kg Z mcond* 76kg
Morc 260 kg Th,in,evap 670K Tc,in,cond 265K
Nig 74.5krpm T outevap 500K T¢ out,cond 354K
Miuid 3.3kg/s  APhevap 2060Pa AP cond 730 Pa

. . *
Tmin 398K ithevap 11.2kg/s Y Mecond 17.8kg/s
Tonax 549K ATppevap 98K ATpp cond 42K
Pmax 54.4bar  €evap 60% €cond 50%

Whetpump ~ 38kW

E3
Summed up over 2 condensers.

Figure 5.8 reports the mass breakdown of the CC-TS engine and Fig. 5.9 the simpli-
fied temperature-entropy diagram of the ORC. The overall mass of the optimized CC-TS
is 1710 kg, of which 1450 kg or 85% account for the mass of the turboshaft engine and of



114 5. CC-TS FOR TURBOELECTRIC AIRCRAFT

the two engine-mounted generators, while the estimated mass of the ORC unit is 260 kg
or 15% of the total mass. The ORC turbogenerator mass (7yg) is 83 kg, thus it accounts
for about one-third of the overall ORC system mass. W, of a single CC-TS engine is
5.42 MW, of which 5.08 MW is the electric power output of the engine-mounted gener-
ators and 335kW is the net electric power output of the ORC unit. The resulting mass-
specific power of the CC-TS, turboshaft engine including generators and ORC unit are
3.2kW/kg, 3.5kW/kg and 1.3kW/kg, respectively. The thermal efficiencies of the CC-
TS, turboshaft, and ORC unit are fpetcets = 53.2%, Mnet,ts = 49.9% and Npetorc = 17.2%,
respectively. The evaporator and the condenser designs feature moderate effectiveness
() values of 60% and 50%, respectively. Compared to the CC-APU design (see Section
4.3), the effectiveness of the evaporator is lower as its heat transfer area must be kept
small to reduce the pressure drop in the exhaust duct. The evaporator hot side pres-
sure drop (App,evap) is 2060 Pa which amounts to 6% of the FPT exit total pressure. The
optimized ORC radial-inflow turbine design has an efficiency (1;s turp) of 95%, a speed
of 74500 rpm and a gross power output (Wgross,orc) of 390 kW. The ORC turbogenerator
mechanical efficiency (Nmech,turb) is 99% and the generator efficiency (1gen,orc) is 97%.
After accounting for turbine mechanical losses and generator efficiency the net power
output of the turbogenerator is 374 kW and its mass-specific power is 4.5kW/kg. Table
5.8 lists additional data on the ORC unit design.

5.3.3. RESULTS DISCUSSION

Table 5.6 lists the optimized design vector of the Dragon CC-TS aircraft. The values of
the design variables result from the complex mutual interaction of all sub-modules. For
example, from a thermodynamic standpoint, ORC efficiency is maximized by maximiz-
ing Trax,orc a0d Prmax,orc and minimizing Tiyin orc. However, the requirements associated
with the integration of the ORC unit within the nacelle result in values for these design
variables that differ from their thermodynamically optimal values, and lie between the
respective lower and upper bounds specified in Tab. 5.2.

The pressure loss in the exhaust duct of the turboshaft caused by the evaporator
(Aph,evap) is 6% and it reduces the turboshaft thermal efficiency by approximately 1.2%.
As mentioned in Section 5.2.4, the evaporator frontal area is larger than the FPT outlet
area. This results in a lower bulk flow velocity and therefore pressure loss. Furthermore,
the evaporator optimization variables adopt values to minimize Apy evap. The lowest
pressure drop is achieved with the maximum value of X eyap and the minimum value
of X evap- This configuration minimizes detached flow behind each tube and therefore
pressure loss. The number of passes (72355 evap) is the minimum value because this vari-
able has little effect on the evaporator number of tubes, and thus on Apy, evap. A higher
number of passes would only lead to a higher working fluid pressure drop. Finally, the
evaporator pinch point difference (AT,p evap) is maximum because it reduces the re-
quired evaporator heat transfer area and therefore Apy, evap-

Despite the optimized evaporator design, the resulting configuration entails several
disadvantages. First, a diffuser is necessary to connect the FPT outlet to the evaporator.
This not only adds length and mass to the system but also causes additional pressure loss
due to diffusion. Secondly, the increase in evaporator area and therefore the potential to
reduce pressure loss is limited by the additional nacelle drag as a result of an increase in
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propulsion system size.

While the evaporator only influences the thermodynamic performance of the CC-TS,
the condenser additionally interacts with the aircraft aerodynamics via the net force pro-
duced by the ram-air duct. The present results show that it is possible to balance internal
and external ram-air duct drag with the production of thrust due to heat addition to the
airflow, provided that the duct is properly designed. To achieve this benefit, optimal de-
sign variable values for the condenser are those that provide a balance between the heat
transfer area, the heat transfer coefficient, and the air-side pressure drop (Apc cond)- The
optimizer therefore selects the condenser design with the maximum frontal area to re-
duce the flow velocity and therefore Apc ¢ong. The optimization process highlights that it
is more beneficial to add heat transfer area by increasing the flat-tube length (X;,,4) and
by tuning the fin parameters instead of increasing the depth, which linearly increases
the pressure drop. Similarly, a maximization of the free-flow-to-frontal-area ratio of the
condenser reduces the channel flow acceleration and, therefore, the maximum veloci-
ties and the pressure drop. This result is achieved by reducing the number of flat-tubes
which entails that the condenser fin height bg ¢, q is maximized. Conversely, the fin pitch
Pt.cond 1s minimized in order to keep the heat transfer area to suitable values, and this a
causes a minimal pressure drop penalty. Additionally, the ram-air duct adopts a large
diffuser area ratio (Rg;fr) to reduce the condenser face velocity as much as possible. Rg;st
adopts a value that is close to 6 which is the upper limit of the used correlation.

As a consequence of the impact of the heat exchangers on turboshaft efficiency and
aircraft drag, the performance of the ORC unit is limited. This results in a Wnet,orc that
only accounts for approximately 5% of cruise power demand. To summarize the discus-
sion above, the need to keep heat exchanger gas-side pressure drops as low as possible
results in: 1) high pinch point temperature differences which reduce the amount of heat
exchanged with the exhaust gas and the ram-air and 2) an increase in T, orc Which
reduces ORC efficiency. This highlights the impact of heat exchanger selection and inte-
gration on system performance and the mutual dependency between different parts of
the system.

The working fluid is an important degree of freedom in the design of ORC systems
[42], the thermodynamic cycle parameters, the conversion efficiency, the design of the
components, and their techno-economic performance (turbine, heat exchangers, pump),
depend on it. As briefly mentioned in Section 5.2.5, cyclopentane is selected as the work-
ing fluid because the research documented in Chapter 3 indicates that it satisfies many
of the requirements for stationary WHR applications in this power range. For this rea-
son, it was already selected as the working fluid for the CC-APU concept presented in
Chapter 4. However, the exhaust gas temperature of the turboshaft engine considered
in this work (670K) is lower than the exhaust gas temperature of the stationary gas tur-
bine (760K) studied in Chapter 3. The difference in temperature is due to the higher
thermal efficiency of the turboshaft engine. Further investigation is therefore required
in the optimal selection of the ORC working fluid for highly efficient aircraft gas turbine
engines.

The generator output power required during cruise (W,,) by the reference aircraft is
4.9% lower than that required by the Dragon CC-TS, despite similar mass and L/ D. This
difference is caused by the different amount of residual thrust (Fje(s) produced by the
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turboshaft engines of the reference aircraft with respect to the CC-TS engines. Fye s af-
fects the required W, according to Eq. 5.3. The F,¢( s of a single engine amounts to 970 N
for the reference aircraft and 170 N for the Dragon CC-TS. The engine residual thrust is
set by the nozzle pressure ratio (I1,,,,) which is an optimization parameter in both cases.
The optimum value of I1,,,, depends on the exhaust duct pressure losses (App evap), ON
the exhaust duct heat extraction (Qevap), as well as on propulsive efficiency (prop). For
the studied engine configuration a value of I1,,, in the range of approximately 1.0-1.2 re-
sults in a negative Fy¢ s and therefore an increased demand of Wy,. A parametric study
of the turboshaft model considering variations of the parameters App evap, Qevap and
TNprop shows that optimal values of I1,,,, always lead to a positive value of Fyers. Fur-
thermore, with increasing 7pop, the optimal value of IT,,,, reduces as the thrust is more
efficiently generated by the powertrain if electric power is deliverer to the ducted-fans
than if it is generated by the exhaust jet. These results highlight that it is important to
consider the impact of I1,,,, on the overall system performance.

5.3.4. METHODOLOGY LIMITATIONS
Possible improvements and limitations of the methodology are as follows.

* The current powertrain model does not consider the cooling requirements of elec-
trical components. Especially the turboshaft-mounted generators, with a rated
power of approximately 6 MW, require active cooling during take-off. The varia-
tion in mass and power requirement of this system is not included in the current
analysis. As explained in Section 5.2.3 the cooling system mass is assumed con-
stant and included in the aircraft mass m(')e.

* The aircraft model does not consider the variation of the nacelle size and drag with
respect to engine size. It can be argued that the baseline drag polar of the reference
aircraft includes the contribution of the nacelle. However, in the case of the CC-TS,
modifications to the nacelle are necessary. The current modeling approach only
considers a change in the wetted area of the nacelle by the ram-air duct model.
Furthermore, nacelle and ram-air duct mass are neglected.

* Fluid dynamic losses related to the engine exhaust duct are only partially modeled.
For example, losses encountered in the diffuser connecting the FPT outlet to the
evaporator are not accounted for. Furthermore, a physics-based modeling of the
engine’s nozzle losses is missing.

* The CC-TS system schematic of Fig. 5.7 shows that according to this conceptual ar-
rangement the generators are connected to the FPT via a radial drive shaft similar
to the ones adopted for secondary power off-takes of turbofan engines. However,
the use of a high-speed generator might allow for the direct coupling of the gener-
ator with the FPT shaft. Such a direct coupling may affect the air intake or nozzle
flow path if the generators are placed on the centerline of the engine. Therefore,
the integration of the generators with the turboshaft engines and its impact on
propulsion system size and performance requires further investigation.

* The objective of the present work is to identify a propulsion system that is environ-
mentally friendlier than conventional gas turbine engines. Mission fuel consump-
tion is selected as the figure of merit to assess the environmental impact. How-
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ever, while uncertainty is still large, most recent research suggests that non-CO,
emissions, such as the emission of NOx and water vapor, account for two-thirds of
radiative forcing caused by aviation [43]. Therefore, to identify a CC-TS design that
results in the least climate impact, it is necessary to extend the current framework
to also account for non-CO, emissions. In this case, a suitable figure of merit can
be the average temperature response suggested by Dallara et al. [44].

5.4. CONCLUSIONS

The work documented here is an initial feasibility investigation of the concept of a novel
power unit for turboelectric aircraft based on the concept of a combined-cycle engine
formed by a turboshaft engine and an organic Rankine cycle (ORC) waste-heat-recovery
(WHR) system. This novel aircraft architecture is investigated by means of a newly devel-
oped multidisciplinary simulation framework encompassing the modeling of the com-
plex powertrain and of the main design elements of the aircraft to estimate the merit pa-
rameters of the new aircraft over a representative mission. In particular, this framework
allows to compute the thermodynamic performance of the combined-cycle engine, per-
forms the preliminary design of the components, and considers changes to the aircraft
aerodynamics and operating empty mass due to the addition of the new system. An op-
timal combined-cycle turboshaft engine (CC-TS) design is identified using a genetic al-
gorithm. The optimization objective is the minimization of the mission fuel mass based
on the variation of 18 design variables. The investigated aircraft configuration is similar
to that of the ONERA Dragon concept. It is shown that a reduction of mission fuel mass
of 1.5% is possible if the turboelectric powertrain is equipped with a CC-TS instead of
a simple-cycle turboshaft engine. The increase in operating empty mass of the aircraft
employing the CC-TS due to its heavier powertrain is balanced by the reduction in fuel
mass, which results in both the reference aircraft and the new concept having a similar
take-off mass. Furthermore, calculations demonstrate that the drag resulting from the
ram-air duct which houses the condenser of the ORC unit can be balanced by thrust gen-
erated due to thermal energy addition to the air stream. Heat exchanger size limitations
and the need to keep gas-side pressure drop as low as possible are identified as the most
critical performance limitations of the ORC WHR unit. Based on these findings, future
work will investigate:

« different condenser topologies to reduce air-side pressure drop,

» different evaporator layouts that allow reduced gas-side pressure drop while keep-
ing engine frontal area as small as possible,

« different ORC architectures, e.g., adopting a recuperator could allow a reduction
in condenser size and subsequently a potential reduction in drag due to ram-air
ducts in case of an air-cooled ORC configuration,

e different ways to utilize the power provided by the ORC turbine, e.g., via mechani-
cal coupling with the turboshaft engine,

* the identification of an optimal ORC working fluid for airborne WHR applications,

* the optimal integration of the ORC system with the gas turbine engine and air-
frame, and
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¢ theidentification of an optimized CC-TS design for minimized environmental im-
pact including non-CO, effects.
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ABSTRACT

This chapter presents a study on a novel combined-cycle turbofan (CC-TF) engine con-
cept consisting of a turbofan engine and an organic Rankine cycle (ORC) bottoming unit.
The performance of this engine is investigated as part of the propulsion system of a
partial-turboelectric aircraft. This work aims to identify if benefits in terms of mission
fuel consumption can be derived from the CC-TF engine if compared to a simple-cycle
turbofan engine with entry into service in the year 2035. For this purpose, a multidis-
ciplinary optimization framework is employed, incorporating models of the engine, the
distributed propulsion system, the ORC unit, the heat exchangers, the aircraft, and mis-
sion analysis. A propulsion system design for minimum fuel consumption is obtained by
coupling the simulation framework with an optimizer. The results suggest that fuel sav-
ings of around 4% are possible with the optimized system if compared to the benchmark,
therefore a partial-turboelectric aircraft adopting simple-cycle turbofan engines. The
ORC turbogenerator contributes approximately one-fifth of the required electrical power
demand and the ORC system has a mass-specific power of approximately 1 kW/kg. The
estimated thrust-specific fuel consumption of the partial-turboelectric propulsion sys-
tem adopting the CC-TF engine is 13.5mg/Ns, which is approximately 6% lower than
that of the benchmark. The CC-TF engine benefits from the ORC system in two ways.
Firstly, the contribution of the ORC system to shaft power production reduces the re-
quired fuel mass flow rate. Secondly, the thermal energy transfer to the engine bypass
stream from the condensers of the ORC system increases both the engine propulsive
efficiency and the specific thrust if compared to a simple-cycle turbofan engine with a
similar bypass ratio. As a consequence, the power capacity of the prime mover is lower
at the cruise design point. However, to satisfy the take-off thrust demand the smaller en-
gine operates at a higher turbine inlet temperature than a simple-cycle turbofan engine.
This requires more turbine cooling air which penalizes cruise performance. The CC-TF
engine could therefore benefit from a turbine cooling system with adaptive cooling flow
rates. As aspects for further investigation, an analysis of the effect of ORC working flu-
ids on system design and of mechanical coupling of the ORC turbine with the engine
shaft are proposed. Furthermore, an extension of the simulation framework with the full
capability to perform aircraft conceptual design is desirable.

6.1. INTRODUCTION

The analysis of the combined-cycle turboshaft (CC-TS) engine concept presented in
Chapter 5 shows that adopting an ORC bottoming unit to recover thermal energy from
the turboshaft engines of a turboelectric aircraft may reduce mission fuel consumption
by 1.5%. Building upon these results, the research documented in this chapter is about
an improved combined-cycle propulsion system for turboelectric aircraft.

The major limitation of ORC WHR system performance concerns the rejection of
thermal energy associated with the condensation of the working fluid. In the case of
the CC-TS concept, the condensers are placed inside ram-air ducts. According to the
results presented in Chapter 5, the thrust produced by heat addition to the ram air bal-
ances the additional drag due to the heat exchanger, the ducting, and the intakes, result-
ing in a net zero force acting on the aircraft. However, the enthalpy available for thrust



6.1. INTRODUCTION 125

production caused by the expansion of the air through the duct increases if thermal en-
ergy is transferred to a compressed gaseous stream. Simple calculations show, that at
a typical fan pressure ratio of 1.5, transferring 80 kW of thermal power per kg/s to the
air stream (an amount similar to the value obtained for the ram-air ducts of the CC-TS
concept) increases propulsive efficiency by 30% in absolute terms, assuming that the
heat exchanger causes no pressure loss. Propulsive efficiency is defined as the net thrust
power divided by the power required to compress the air. This observation is the basis of
the research regarding the combined-cycle turbofan (CC-TF) engine concept, whereby
the condensers are integrated into the engine bypass duct downstream of the fan.

Adopting this engine configuration affects the overall propulsion system architecture
of the aircraft. Contrary to the fully-turboelectric architecture (see Fig. 6.1) treated in
Chapter 5, the work documented here is about the analysis of a partial-turboelectric ar-
chitecture where the thrust is provided both by the CC-TF engines and by an under-the-
wing distributed propulsion system composed of electrically-driven ducted-fans (see
Fig. 6.1). In this chapter, to clearly distinguish between the two turboelectric architec-
tures, the term fully-turboelectric is used instead of turboelectric.

Fully-turboelectric Partial-turboelectric
Q

Electric Turbofan Electric
Bus
] A h
S m

Turboshaft Bus
I ert--4

Figure 6.1: Schematics of the fully-turboelectric and partial-turboelectric powertrain architectures.

Examples of partial-turboelectric aircraft concepts are those studied by NASA, namely
the STARC-ABL [1] (Fig. 6.2) and the SUSAN [2] (Fig. 6.3) concepts. The top-level aircraft
requirements (TLAR) of both concepts are similar to those of the Airbus A320 and em-
ploy turbofan engines to generate both thrust and electrical power which is delivered to
electric propulsors. In the case of the STARC-ABL concept, two under-the-wing mounted
turbofan engines provide electrical power to a fan located in the aftbody of the aircraft.
It is reported that a fuel saving of 7 to 12% with respect to a conventional aircraft of the
same technology level is achievable with simple-cycle turbofan engines. Furthermore,
while the aircraft maximum take-off mass increases due to larger wing and empennage
surfaces, the propulsion system mass is reduced due to a lack of electric motor power
lapse with altitude and speed, allowing for the downsizing of the turbofan engines. The
aft-fan provides approximately one-third of the required cruise thrust. The SUSAN con-
cept employs one single tail-mounted turbofan engine which provides 20 MW of elec-
trical power to a distributed propulsion system located under the wings. The turbofan
engine supplies 35% of the total thrust during cruise. The aircraft achieves a fuel con-
sumption reduction of 27% if compared to the Boeing B737-800.

The aircraft studied in this work are derived from the ONERA Dragon fully-turboelectric
aircraft concept (see Fig. 6.4) [3]. This aircraft employs two turboshaft engines housed in
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Figure 6.2: Rendering of the NASA STARC-ABL con-  Figure 6.3: Rendering of the NASA SUSAN concept
cept [1]. [2].

pods in the aft of the aircraft to provide electric power to a distributed propulsion system
mounted under the wings and consisting of electrically-driven ducted-fans. The objec-
tive of this research is to analyze the performance of two partial-turboelectric aircraft
configurations where the turboshaft engines of the ONERA Dragon are replaced with
simple-cycle turbofan engines in the case of the reference aircraft and CC-TF engines
in the case of the CC-TF aircraft. The ARENA framework is used to identify preliminary
fuel-optimized designs of both propulsion system concepts.

¥ " Table 6.1: Top-level aircraft requirements (TLARs)
. of the ONERA Dragon [3]

Parameter Input
Range (NM/km) 2750/5100
ey ©  Number of passengers (-) 150
B e ¢ " Mach number (-) 0.78
Design payload (kg) 13600

Figure 6.4: Rendering of the ONERA Dragon aircraft
concept as presented in Ref. [3].

6.2. METHODOLOGY

The ARENA framework is developed for the preliminary design and performance evalu-
ation of aircraft using simple-cycle as well as combined-cycle engines. The framework
is modular and all modules are integrated into a system model using the Python library
openMDAQO [4].

6.2.1. ENGINE ARCHITECTURE

A geared two-spool turbofan engine serves as the prime mover of the reference and the
CC-TF aircraft. In the case of the CC-TF engine, an ORC WHR unit recovers thermal
energy from the gas turbine. Figure 6.5 depicts the integration of the CC-TF engine into
the nacelle which is attached with a pylon to the tail cone of the fuselage. In the case
of the simple-cycle turbofan engine, the same integration and mounting architecture
is assumed, except for the missing heat exchangers. The process flow diagram of the
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CC-TF is depicted in Fig. 6.6 and the extended design structure matrix (XDSM) of the
CC-TF aircraft system model containing all major modules is shown in Fig. 6.7. The
XDSM indicates dependencies between components with the thick gray lines, and the
thin black line indicates the computational flow. The exchange of dependent variables
between disciplines is indicated with the gray boxes. The white boxes at the top row of
the diagram indicate the required user input data.

Deone

Dhacelle

A
Lintake | Lengine > ~ LCX; Xevap . Leone
> a3 > >

Lnacene

Y

A
Y

Condenser Arrangement (A-A)

i
Woctagon

- >
- >

Figure 6.5: Schematic of the CC-TF engine concept including major dimensions and a cutplane (A-A) showing
the condenser arrangement. The thick dashed blue line indicates the simplified geometry used for nacelle
sizing. GBX: gearbox. COND: condenser of the ORC system. EVAP: evaporator of the ORC system. GEN:
electrical generator. ORC TG: turbogenerator of the ORC system. The piping and feed pump of the ORC system
are omitted.

The CC-TF concept features three generators that provide electrical power to the dis-
tributed propulsion system. Two of these generators are connected to the low-pressure
spool of the gas turbine engine as shown in Fig. 6.5. Two generators instead of one
provide redundancy and their diameter is smaller than that of a single generator. The
third generator is connected to the ORC turbine, thus forming the ORC turbogenerator
assembly. A single annular evaporator is located in the S-shaped annular exhaust duct
of the core flow. After exiting the low-pressure turbine (LPT), the exhaust air is diverted
outward, passes through the evaporator, and turns back towards the exit forming a ring-
shaped axial nozzle. This arrangement increases the evaporator heat transfer area while
keeping the engine frontal area small. Additionally, it allows for an efficient integration
of the electric generators. Turboprop/turboshaft engines of the Pratt & Whitney PT6
and General Electric H-series families adopt a similar configuration of the exhaust duct,
which has also been proposed as the basis for the development of recuperated engines
with annular-shaped recuperators [5] and, in a more recent study, of a water-enhanced
turbofan engine [6]. The aerodynamic design of the exhaust duct presents a challenge
with respect to the minimization of aerodynamic losses due to the sharp flow turning.
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Nevertheless, according to Badger et al. [7] “pressure loss levels equivalent to, or bet-
ter than straight-out exhausts” are possible if the ducting is carefully designed. In this
work, a relative pressure loss of 1.5% is taken and this assumption is based on the pre-
liminary design of a recuperated engine with similar ducting presented by Heldenbrand
and Miller [5]. Eight condensers are arranged according to an octagonal pattern inside
the bypass duct of the engine, see Fig. 6.5. To reduce engine frontal area the condensers
are tilted with respect to the radial direction by an angle 6.,,q. Each condenser has the
same size and exchanges the same amount of energy with the airflow.

________________________ GasTurbine .. oo ORCUnit
Fuel

Evaporator '
E Combustor EEGenerator Core Nozzle
| Ambient ; Turbine  ¢TY Pum i
Air —] HPC T Generator:: @ p :
P _ :. -
! Intake LPC LPT N v

ga ] T
N Condenser Bypass Nozzlg/

Figure 6.6: Process flow diagram of the CC-TF configuration.

6.2.2. AIRCRAFT AERODYNAMICS, MASS AND PERFORMANCE

This module of the ARENA framework performs aircraft mass and mission analysis. This
numerical procedure includes the evaluation of 1) lift coefficient (Cy) and drag coeffi-
cient (Cp), 2) maximum take-off mass (1), 3) mission fuel mass (mye1), 4) required
equivalent output power of the electrical generator at the rolling-take-off (RTO) operat-
ing point (Wno,eq) and required wing area (Sef), 5) required power output of the electri-
cal generator and required turbofan thrust during cruise (CR), RTO and sea-level-static
(SLS) conditions, and 6) cruise altitude (k).

The drag polar of the aircraft is determined with the method outlined in Section
5.2.2. The calculation of the drag polar takes into account both the nacelle and the pylon
drag. The drag coefficient associated with both the nacelle and the pylon of the ON-
ERA Dragon turboshaft engines estimated with the method described in Section 6.2.6 is
approximately 5 drag counts. In the case of the CC-TF aircraft, the variation of the na-
celle drag coefficient with engine size with respect to the value calculated for the ONERA
Dragon baseline is considered and accounted for as a change in zero-lift drag.

The estimation of the mass of turboelectric and hybrid-electric aircraft is challeng-
ing during the conceptual design phase because commonly used empirical laws relating
Mo 0 Operating empty mass (m,,) are not suitable for these novel configurations. The
method to estimate m,, is outlined in Section 5.2.2.

The estimation of myg is obtained by using the Breguet range equation for a cruise-
climb scenario, coupled with the definition of an equivalent cruise range according to
the guidelines provided by Torenbeek [8], see Section 5.2.2 for further details on the
adopted assumptions.

To ensure that the partial-turboelectric aircraft meets the design requirements set
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for the ONERA Dragon aircraft, identical wing-loading and power-loading values based
on the maximum take-off mass are employed. The wing-loading is 559 kg/ m” and the
power-loading based on the output power of the electric generators is 2930 kg/MW. Us-
ing these values together with the evaluated my,,, the values of S;e; and the equivalent
generator output power during rolling-take-off (Wnet,eq,rm) are determined. Wnet,eqno is
the generator output power required if the ducted-fans produce the full thrust, i.e., for
an aircraft equivalent to the ONERA Dragon architecture. Subsequently, the equivalent
net thrust generated by the ducted-fans is calculated according to

MNprop,df,rtoTtrans Wnet,eq,rto

Fnet,eq,rto = , (6.1)

Voo,rto
where 1prop,dfrto 18 the ducted-fan propulsive efficiency at RTO, and 7)aps is the power-
train transmission efficiency defined in Eq. 6.4.

Assuming that this hypothetical fully-turboelectric aircraft and the partial-turboelectric
aircraft share the same design except for the propulsion system architecture, the value
of Fhegeqrto 18 taken as the required thrust at RTO (Freq,rto) Of the considered partial-
turboelectric aircraft. Subsequently, the required thrust at the sea-level-static (SLS) op-

. . . . Freqr .
erating point (Fieq,¢is) is determined based on a thrust lapse rate of FLT = 0.8, which
req,sls

according to the relations presented by Mattingly et al. [9] is a suitable value for turbofan
engines with a bypass ratio in the range of 5 to 8 at RTO conditions.

Once these values are computed, the thrust requirements of the engine and the ducted-
fans are calculated separately, using relations that are valid for all the the considered
operating points, namely CR, RTO, and SLS. The net thrust required by a single engine
(Fheteng) and a single ducted-fan (Feq qr) are calculated with

Freqa Freq = NengFrnet,eng
Fheteng = Tng and  Fpeqar = Nat , (6.2)

where Nepg and Ngr are the number of engines and ducted-fans, respectively. Further-
more, the word engine and subscript eng are used to refer to both the simple-cycle tur-
bofan and the CC-TF engine. The thrust ratio (a), the ratio between the net thrust pro-
vided by the engines and the total required thrust (Fyeq), is an input for all three operating
points. The same value of « is set for both the RTO and SLS operating points.

With Fpe g, the required generator output power of a single engine (Wnet,eng) can be
evaluated as
NatFnet,df Voo

N A (6.3)
TransTprop,df NVeng

Wnet,eng =
where Vi, is the free stream velocity, 1¢ans is the powertrain transmission efficiency (Eq.
6.4), and 1pyop,df is the ducted-fan propulsive efficiency at the given operating point. In
the case of the simple-cycle turbofan engine, Wy eng €quals the net output power of the
generators (We gen)- In the case of the CC-TF engine, Wye eng is the sum of Wy gen and
the net power output of the ORC unit (Wye¢ orc) (see Fig. 6.8).

The cruise altitude /., is determined based on the cruise Mach number, C;, and the
mid-cruise aircraft mass (m,,). All cruise-related parameters are evaluated based on 1,

which is approximated according to Ref. [8] as m = \/ Mmto (Mmto — Miyel,cr), Where
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Miyel,cr iS the fuel mass required for the cruise range according to the top-level aircraft
requirements (TLARs).

6.2.3. POWERTRAIN ARCHITECTURE

The powertrain architecture of the partial-turboelectric aircraft is similar to the one of
the ONERA Dragon, differing only in the configuration of the prime mover. However,
as only part of the thrust is produced by the distributed propulsion system, the power-
train of the partial-turboelectric aircraft is expected to be lighter as the powertrain can
be sized for a lower electrical load. In the following, the word engine and subscript eng
are used to refer to both the simple-cycle turbofan and the CC-TF engine.

The main components of the powertrain are the engines, the electrical power trans-
mission components, and the distributed propulsion system consisting of electric mo-
tors and ducted-fans mounted under the wings. The powertrain consists of two engines
(Neng = 2) and the distributed electric propulsion system consisting of 26 ducted-fans
(Ngs = 26). Figure 6.8 shows half of the cross-redundant architecture of the partial-
turboelectric aircraft. Note that fault current limiters and circuit breakers are omitted
in this flowchart for simplicity.

The powertrain mass (1) is the sum of twice the engine mass () and the mass
of the electrical power transmission components (Mans). Meng cOmprises the gas tur-
bine mass (1mygy), the mass of the two gas-turbine-mounted generators (1gep), and, in the
case of the CC-TF engine, the mass of the ORC unit assembly (m1q,c). Myrans is the sum
of the masses of each electrical component, which are determined by dividing the rated
power of each component by its mass-specific power. The powertrain transmission ef-
ficiency (nans) accounts for losses occurring in the electrical components between the
engine electric generator and the ducted-fan and it is calculated as

Ntrans = TacdcTpmuTldcacTmot» (6.4)

where 7a¢qc is the rectifier efficiency, 17pmy is the combined efficiency of the DC busses,
T dcac 1S the inverter efficiency and 1, is the electrical motor efficiency. In the case of the
CC-TF engine, the combined power output of the generators of the gas turbine (Wnet,eng)
and of the ORC unit (Wt orc) €quals the required power, which is determined with Eq.
6.3. The gross shaft power demand of the gas turbine engine (Wgross,gt) is calculated
by dividing Wyeq g by the generator efficiency (fgen). The combined efficiency of the
partial-turboelectric propulsion system is defined as

_ (Nenanet,eng + Ndanet,df) Voo
Mtot,sys = NengMiuel LHV )

(6.5)

where ritge is the fuel mass flow rate of a single engine and LHV is the lower heating
value of the fuel, which is 43 MJ / kg for kerosene.

POWERTRAIN DESIGN ASSUMPTIONS

Table 6.2 lists mass-specific power and efficiency values for all the electrical compo-
nents, which are designed for maximum power demand, thus typically for RTO. Values
for generator efficiency and mass-specific power are set equal to those of an experimen-
tal 4 MW aerospace-grade generator developed by Golovanov et al. [10]. However, values
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Figure 6.8: Flowchart of the powertrain architecture of the partial-turboelectric CC-TF aircraft (adapted from
Ref. [3]). Thick blue lines indicate mechanical power transmission, and thick black lines electric power trans-

mission.

of mass-specific power and efficiency for the ORC turbogenerator are determined differ-
ently, i.e., with the dedicated tool described in Section 4.2.6. These values are given in
Tab. 6.6. The variation of the size and mass of ducted-fan turbomachinery and nacelle
with input power is not modeled and the variation of the number of ducted fans (Ng¢)
with respect to the reference aircraft is not considered. However, the variation of the
mass of ducted-fan motors is considered as described in this section. Furthermore, the
mass of the thermal management system of the electrical drivetrain is not modeled and
it is considered to be part of mge (see Section 6.2.2).

Table 6.2: Assumptions regarding the technology level of electric compo-
nents. Values for the generator are taken from Ref. [10]. Values for all other
components are taken or estimated from Ref. [3] assuming a moderate tech-
nology level.

Mass-specific

Component power (¢) Efficiency (1)
Generator (Gen) 17.3kW/kg 98%
Motor (Mot) 19.0kW/kg 98%
Inverter (AC/DC) 19.0kW/kg 98%
Converter (DC/AC) 19.0kW/kg 98%
Power management unit (PMU) 20.0kW/kg 99%
Cables 16.0kw/kg* 100%**

* The value is estimated by dividing the take-off power by
the overall cable mass as given for the ONERA Dragon aircraft
in Ref. [11] and is therefore not a generally applicable value.

** Losses due to ohmic resistance are neglected for simplicity.
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6.2.4. ENGINE

The thermodynamic performance of the engine in design and off-design conditions is
calculated with the Python library pycycle [12]. Jet-A is considered as the fuel. Turboma-
chinery polytropic efficiencies are determined using correlations presented by Samuels-
son et al. [13], which are derived from the method described in Ref. [14, Ch. 5]. Based
on statistical data, this method estimates turbomachinery efficiency as a function of the
entry into service (EIS) year and the stage loading. It also considers scale effects based on
the reduced mass flow rate at the entrance of the component. Furthermore, the method
accounts for different turbomachinery types (axial/radial) and distinguishes between
the turbomachinery of the low and high-pressure sections of the engine. In this work,
all engine-related turbomachinery is considered to be of the axial type.

The turbine cooling model of Gauntner [15] is adopted to estimate the cooling air
demand as a function of the maximum allowable turbine blade temperature and tech-
nology level. Additionally, this model estimates the degradation of turbine efficiency as
a function of the cooling flow rate. The maximum allowable rotor blade temperature is
estimated assuming creep as the dominant failure mechanism. A method to determine
this temperature as a function of blade material, blade stress, and desired minimum
lifetime for a certain amount of creep strain is explained in Section 4.2.3. The maximum
allowable stator blade temperature is set to a constant value. The virtual rotor inlet tem-
perature method of Kurzke and Halliwell [16, Part D, Ch.5] is applied to split the stator
and rotor cooling air fractions into non-chargeable and chargeable cooling flows. The
non-chargeable cooling flows are injected before the first turbine rotor and contribute
to the work extraction, the chargeable cooling flows are injected at the exit of the turbine
and do not contribute to work extraction.

The mass of the gas turbine engine excluding the mass of the electric generators (1)
is estimated using a correlation valid for geared turbofan engines provided by Greitzer
et al. [17]. This correlation requires as input the values of the bypass ratio, OPR, and the
core mass flow rate at SLS conditions. The mass of the electrical generators is calculated
by dividing the take-off shaft power by the value of the mass-specific power given in Tab.
6.2.

An in-house tool for the mechanical design of gas turbine engines coded in Python
and named WEST, see Chapter 7, is used to design the engine gas path. For this purpose,
WEST requires as input the thermodynamic conditions, shaft speeds, and turbomachin-
ery duty coefficients at the engine design point, as well as geometrical features such as
blade aspect ratios, taper ratios, and connecting duct lengths. Gas path dimensions such
as fan diameter (Dy,,) and engine length (Lengine) are used for the sizing of the nacelle
and of the air-intake. The air-intake length (L ie) is calculated with a fixed ratio of fan
diameter to air-intake length of 0.65 suggested by Ref. [9].

The gas generator efficiency is defined as

. 2 2
_ 0.571145( Vjs5,ia — Voo )
e T T g TRV

(6.6)

where the numerator defines the enthalpy available at the exit of the high-pressure tur-
bine (HPT) (engine station 45) if the exhaust gas was isentropically expanded to ambient
conditions reaching the speed V5 iq. The following definition of propulsive efficiency of
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the turbofan bypass stream is adopted

Fnet,byp Voo
Mpropibyp =~ RpR 6.0

Wean 1+BPR

Fretbyp 1s the net thrust of the bypass stream, gnd the denominator relates to the frac-
tion of the shaft power transferred to the fan (W,,) required to compress the bypass air
stream. The propulsive efficiency in Eq. 6.7 is defined in the same way as the propulsive
efficiency of the ducted-fans (Eq. 6.19), which allows a direct performance comparison
of both propulsors. For the simple-cycle turbofan engine of the reference aircraft, the
bypass ratio during cruise (BPR;) is given as a design variable. For the CC-TF engine
BPR(; is calculated as
Z mc,cond

BPRer = =5 (6.8)
where the numerator is the condenser cold side air mass flow rate (71 cong) Summed
over all condensers and the denominator is the core air mass flow rate at cruise (#1,3).
The nozzle gross thrust coefficient (Cyg) is a measure of the nozzle efficiency and it takes
into account all the losses due to viscous effects and flow angularity [9]. It is defined as

Iy

Cyg = Ey (6.9)

which is the ratio of the actual gross thrust (Fg) to the ideal gross thrust (Fg,i)-

ENGINE DESIGN ASSUMPTIONS

Table 6.3 gives the design assumptions for an EIS year of 2035. The thermodynamic de-
sign point of the engine is CR at ISA+15 conditions. The considered off-design points
are RTO and SLS. Sea level conditions and a Mach number of 0.25 are set for the RTO
operating point. The same turbomachinery maps as those assumed for the NASA N+3
engine concept [18] are used. The cooling system is designed at the RTO operating point
and an advanced film cooling technique is assumed (cooling configuration 6 according
to Ref. [15, Tab. 1]). The cooling air mass fractions determined at RTO are set equal at
all other operating points. This is common practice for gas turbine performance simula-
tions [19]. For the determination of the turbine cooling flow rate, a maximum allowable
stator blade temperature of 1755K is selected, assuming ceramic matrix composite as
the construction material [18]. The single-crystal alloy TMS-238 is chosen as the turbine
blade metal and its characteristics are documented in Ref. [20]. Furthermore, a thermal
barrier coating (TBC) is assumed to be applied to the stator and rotor blades, and the
temperature difference across the TBC is considered to be 100K [14]. A radial tempera-
ture distribution factor of 0.13 and an overall temperature distribution factor of 0.3 are
assumed based on data provided in Ref. [14]. The values adopted for the gross thrust
coefficient of the core and bypass nozzles are based on experimental data of 1970s-era
turbofan engines presented in Ref. [21]. The values of the relative pressure drop in the
exhaust and bypass ducts (dPqP, the variable acronym is taken from Ref. [18]) are fixed
and the same for all operating points. In the case of the CC-TF engine, these values serve



6.2. METHODOLOGY 135

as the baseline, and the pressure drop due to the heat exchangers is added to the baseline
value.

The high-pressure spool speed at the design point is set to 25000 rpm, which is de-
termined based on mechanical considerations. The rotational speed of the low-pressure
spool at the design point is set to the design speed of the electric generators mounted
to that shaft, which is 15000rpm [10]. The fan speed at the design point is calculated
assuming an axial inflow Mach number of 0.6, a fan rotor hub-to-tip ratio of 0.3, and a
relative rotor tip Mach number of 1.3. Table 6.4 reports the turbomachinery work coeffi-
cients (¥) and flow coefficients (®) used for engine sizing and turbomachinery efficiency
estimation. The degree of reaction is set to 0.5 for all turbomachines. The values of these
coefficients, except for those of the fan, are approximated following the method outlined
in Section 7.3.1 assuming the CFM56-7B engine as the baseline. The reason for selecting
this engine as the baseline is that data about its performance and component masses
are available in the literature. It is acknowledged that the choice of this engine as the
baseline is not optimal considering that the CC-TF is a geared turbofan configuration
that adopts a low-speed fan and a high-speed LPT. For this reason, the duty coefficients
of the fan are modified to result in a fan rotor hub-to-tip ratio of approximately 0.3.

Table 6.3: Engine Design Assumptions

Parameter Value Parameter Value

AP GPintake 0.002[9,Ch. 4]  Cpger” 97% (21, Ch. 8]
dPqPguctbyp  0.01[14,Ch. 5] Cigrio™ 99% [21, Ch. 8]
dPqPguctexh 0.015 [5] Cgsls " 99% [21, Ch. 8]
dPqPy," 0.003 [9, Ch. 4] RTDF 0.13
dPgP,. 0.04[9,Ch.4] OTDF 0.3
TNmech,hp 99.6% [9, Ch. 4] ATy, 100K
Nmechlp 99.6% (9, Ch. 4] Thaxstator 1755K
Tmech,gbx 99% [18]

E3
Same for core and bypass nozzle

Table 6.4: Values of duty coefficient assumed for the de-
sign of turbomachinery.

Parameter Value Parameter Value

Yen 1.0 @y 1.2
Wi 03 D 0.7
Phpe 0.3 Dy 0.6
Whpt 17 Qpy 0.5

Wit 19 @ 1.0
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6.2.5. ORGANIC RANKINE CYCLE UNIT

The thermodynamic cycle calculation related to the on-design operating condition and
the mass estimation of the ORC unit follows the methodology outlined in Section 5.2.5.
The ORC turbine gross power output (ngssyorc) is converted into electrical power via a
dedicated electrical generator (see Figure 6.8). An electrical motor drives the ORC pump
whose net power input (Wnet,pump) is assumed to be provided by the ORC turbogenerator
(see Fig. 6.6). Therefore, the ORC net power output is calculated as

Wnet,pump

(6.10)

Wnet,orc = gross,orc’Imech,turb?lgen,orc — Mmech pump Tmotpump’
taking into account the mechanical efficiency of the ORC turbine (fmech,turb), the ORC
generator efficiency (fgen,orc), the mechanical efficiency of the pump (mech,pump), and
the efficiency of the electric motor of the pump (mot,pump)- The net efficiency of the
ORC system is defined as

Wnet,orc (6 1 1)

Tnet,orc = Qevap
where Qevap is the thermal power recovered by the evaporator of the ORC system] . Fur-
thermore, the recovery factor (y) describes how much of the available thermal power
(Qexh.avail) is recovered by the WHR system and it is defined as

_ Qevap

= — . (6.12)
Qexh,avail

Qexh,avail is defined as the product of the exhaust gas mass flow rate and the specific
enthalpy difference between the state of the exhaust gas at the turbine exit and that at
ambient conditions.

ORC UNIT DESIGN ASSUMPIONS

Figure 6.6 shows the process flow diagram of the CC-TF engine, with it, that of the ORC
unit, which is of an air-cooled non-recuperated configuration. A supercritical thermo-
dynamic cycle is adopted to maximize the thermal efficiency of the ORC system. As ex-
plained in Section 4.2.4 and Section 4.3, in the particular case of an airborne system,
aircraft fuel efficiency benefits more from maximizing the ORC unit thermal efficiency
than the amount of recovered thermal energy. Moreover, an improvement in fuel effi-
ciency over the cruise phase has the largest impact on the overall mission fuel consump-
tion. Therefore, the thermodynamic design point of the ORC WHR unit is the same as
that of the prime mover, i.e., CR at ISA+15 conditions. It is assumed that the ORC unit
is not operational in operating conditions other than CR. The reason is that the current
implementation of the design tool pycle is limited to on-design simulations only. There-
fore, the effect of the pressure drop caused by heat exchangers and the variation of heat
transfer rate on gas turbine performance, and the contribution of the ORC system to

! This heat exchanger is called evaporator even if, being the fluid supercritical, no phase change takes place.
However, the fluid at the exit is in a vapor-like state, and the term evaporator is often used also in the case of
supercritical power plants. Alternatively, this heat exchanger is also called primary heat exchanger.
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power production are not evaluated at these operating points. However, the influence of
neglecting the contribution of the ORC system to the overall performance at operating
points other than cruise is minimal because:

1. Therelatively high ambient temperature at sea level implies that the condensation
temperature of the working fluid is much higher than during cruise operation, thus
the value of neq,orc is considerably lower.

2. At take-off, the heat capacity (mass flow rate times specific heat capacity) in the
core and bypass streams of the gas turbine is appreciably larger than during cruise.
However, the heat exchangers of the ORC system are designed for thermal loads
during cruise. Therefore, the evaporator cannot exploit the large amount of ther-
mal power discharged by the gas turbine at take-off. In addition, the bypass air
temperature increase due to the thermal power discharged by the ORC condenser
is small due to the large air mass flow rate at take-off, therefore its positive effect
on propulsive efficiency is small.

However, while not modeled, it is hypothesized that the ORC condenser heats the bypass
stream just enough to balance the negative effect of aerodynamic drag due to the pres-
ence of the heat exchanger in the bypass. The validity of this hypothesis is confirmed by
the results of engine off-design simulations in which it is assumed that the pressure drop
and heat transfer to the bypass stream caused by the condenser are the same as in cruise
conditions.

Cyclopentane is assumed as the working fluid of the ORC unit. Cyclopentane has
a critical temperature (T;) of 512K, a critical pressure (pci) of 4.51 MPa, and a nor-
mal boiling point temperature of 322K [22]. As discussed in Chapter 3, cyclopentane
is a suitable working fluid for ORC systems recovering thermal energy from gas turbine
engines of stationary power plants and is adopted for power plants in operationz. Favor-
able characteristics are its high thermal stability in contact with stainless steel (Tiax fluid)
of 573K [23] and high T,,;;. However, for reasons of thermodynamic performance of the
resulting system and other technical and safety-related considerations, it is possible that
cyclopentane is not the optimal fluid for the type of aircraft engines considered in this
study. Other working fluids will be assessed as part of the continuation of this research
program. In this study, the Turbosim computer program (see Section 4.2.6) is not used
to design the ORC turbogenerator. Instead, values of ORC turbine efficiency (7;s turb) and
mass-specific power (e) for the optimized turbogenerator design obtained for the con-
figuration reported in Section 5.3.2 are used (see Tab. 6.6). The mass of the turbogenera-
tor is calculated by dividing the turbogenerator net power output by the turbogenerator
mass-specific power. The values of the pump isentropic efficiency and the mass-specific
power are taken from the work of Kwak et al. [24], who document research on electrically
driven centrifugal pumps for small space launch vehicles, which operate under similar
conditions as expected for the pump of the ORC unit. Table 6.5 summarizes the input
variables for the specification of the thermodynamic cycle of the ORC unit and whether
they are a design variable or taken from other sub-modules. Table 6.6 lists assumed val-
ues of efficiencies and mass-specific power of the pump and the turbogenerator.

2To the author’s knowledge, the combined-cycle power plant being built at the Dahshour gas compression
station in Egypt, see https://www.turboden.com/solutions/2603/combined-cycles, is an example.
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Table 6.5: Input variables for the specification of the thermodynamic cycle of

the ORC system.
Parameter Input Variable Input
Tiaxorc Design variable  Apy ecap HEX model
Tin,orc Design variable  Apcevap HEX model
Pmax,orc Design variable ~ AT evap Design variable
Te.cond,in Ram-duct model  App cond HEX model
T evap Gas turbine model Apg cond HEX model

Th,evap,in Gas turbine model AT, cong  Design variable

Note: Subscripts h and c indicate heat exchanger (HEX)
hot and cold sides.

Table 6.6: Values of assumed efficiencies and mass-specific power
of components of the ORC system.

Parameter Value Parameter Value
Mis,pump 65% [24]  Nmech,turb 99% [Ch. 5]
Mmot,pump 98% (3] TN gen,orc 97% [Ch. 5]
Tmech,pump 99% €pump 4 kW/kg [24]
s, turb 95% [Ch. 5] ey 4.5kW/kg [Ch. 5]

6.2.6. NACELLE MODEL

The nacelle houses all the components of the engine and is connected to the tail cone
of the fuselage via a pylon. The drag of the nacelle is estimated based on a simplified
geometry that consists of a cylindrical part and a tail cone as indicated with a dashed
blue line in Fig. 6.5. The diameter of the nacelle (Dy,¢eie) is determined as

Dhacelle = Max( Digp, Woctagon + Xcond €080cond ), (6.13)

where Dg,, is the engine fan diameter, Wyctagon is the width of the octagon along which
the condensers are arranged, X.onq is the condenser length, and 6,4 is the condenser
tilt angle. With reference to Fig. 6.5, the length of the nacelle (Lpycepe) is the sum of
Lintaker Lengine, the core exhaust duct length (Lexy), the evaporator length (Xeyap), and
the length of the tail cone (Lcone).- The value of Lgy, is set to 0.3 m. The simple-cycle
turbofan engine does not incorporate an evaporator but for the sake of obtaining an
approximation of the nacelle size it is assumed that Xey,p = 0.7m. This value results from
measured values of a cutaway drawing of the Pratt & Whitney PT6 turboshaft engine
[7] which adopts a similar exhaust configuration and features an exhaust duct that is
approximately 1.1 times longer than the turbine outer diameter. Test calculations related
to the design of the CC-TF engine showed that the LPT exit diameter is in the range of
0.6m. Lcope is fixed to 0.75m and its diameter (D¢ope) is set to the outer diameter of
the evaporator. The value of L. is determined to ensure that there is enough space
to place the engine-mounted generators and the ORC turbogenerator. The nacelle drag
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coefficient (Cg nacelle) is estimated based on the flat plate analogy as

Cd,nacelle Sref = Cf,turb(1 + (p)swet,nacelle» (6.14)

where Cg (11, is the turbulent flat plate skin friction coefficient and ¢ a factor considering
the lift-independent pressure drag contribution. Cg g, is determined with the correla-
tion

Crrur = 0.044/Rell®  [25], (6.15)

together with the cut-off Reynolds number (Re.,) that is evaluated as

1.072 -
Re., =36.82- (Lnacelle/heq,sand) (21], (6.16)

using an equivalent sand grain roughness (Req,sand) value of 0.001in. The width of the
pylon is taken to be 25% of Dy celle, @ value which lies in the range suggested by Toren-
beek [26], and its length is set equal to Ly celie- The drag caused by the pylon is estimated
using Eq. 6.14, with the same values of Cy (1, and ¢ adopted for the calculation of the na-
celle drag. Additionally, an interference drag amounting to 10% of the combined nacelle
and pylon drag is assumed, as suggested by [26]. The mass of the nacelle is considered
part of mi,e (see Section 6.2.2) and its variation with nacelle size is not accounted for.

6.2.7. DUCTED-FAN MODEL

The on-design and off-design thermodynamic performance of ducted-fans mounted
under the wings is calculated with the Python library pycycle [12]. A ducted-fan assem-
bly consists of an air-intake, a fan driven by an electric motor, a duct, and a variable-area
nozzle. A variable-area nozzle is employed to improve propulsive efficiency during take-
off and to prevent the surge of the fan. For simplicity, a conical nozzle is assumed and
the corresponding performance parameters are used for the calculations. However, it
is acknowledged that a square-shaped nozzle would be more practical to vary its throat
area. The surge margin at a constant reduced mass flow rate (SM,,) is defined as

Hsurge — gt

SMp, = Mgy

(6.17)
where Ilgyge is the surge pressure ratio at a given reduced mass flow rate and Iy is the
ducted-fan fan pressure ratio. The polytropic efficiency of the fan is estimated as a func-
tion of I14 using the relation proposed by Sgueglia et al. [27] as

npoly,df =0.98 - 0.08(de - 1). (6.18)
The propulsive efficiency of the ducted-fan is defined as

Fnet,deoo
Nprop,df = —, - (6.19)
Wnet,df

DUCTED-FAN DESIGN ASSUMPTIONS
The thermodynamic design point of the ducted-fan is CR at ISA+15 conditions. The con-
sidered off-design points are RTO and SLS. Sea level conditions and a Mach number of
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0.25 are set for the RTO operating point. The same fan map as that assumed for the
NASA N+3 engine concept [18] is used, as no better alternative was found in the litera-
ture. However, the map of an optimized fan for the studied cases is likely to be different.
The variable area nozzle is controlled to ensure a surge margin of 30% at the SLS and RTO
operating points. The fan speed at the design point is set to 10000 rpm, which, for the
expected flow conditions during cruise and an assumed hub-to-tip ratio of 0.3, ensures a
subsonic tip Mach number. In accordance with data provided in Ref. [9] for component
efficiencies of engines with EIS year 2035, for all operating points, relative total pressure
losses amounting to 1% for the air-intake, 0.5% for the duct, and 0.3% for the nozzle are
assumed. The same values of Cyg as for the engine nozzles are applied at the CR, RTO,
and SLS operating points (see Tab. 6.3). A discussion of the sensitivity of system perfor-
mance to the value of Cy; is presented in Section 6.3.3. The mass of the ducted-fans is

considered part of m:)e and the variation of ducted-fan size, nacelle drag, and mass with
thrust is not accounted for. Furthermore, the number of ducted-fans is kept constant.
The variation of electric motor mass with power is considered as part of the powertrain
sizing as explained in Section 6.2.3.

6.2.8. HEAT EXCHANGERS

The in-house software HeXacode, coded in Python, is used for heat exchanger sizing [28].
The validity of this software was confirmed through a comprehensive comparison of re-
sults with those of a commercial heat exchanger design and rating code [29]. The siz-
ing process involves determining the necessary heat transfer area for a specified heat
duty, considering the inlet temperature, pressure, and mass flow rate of both the hot and
cold streams. The program outputs key parameters such as heat exchanger dimensions,
mass, and hot and cold side pressure drops. For both the evaporator and condenser, the
frontal area is specified, while the depth is computed to satisfy the design requirements.
The additional pressure loss associated with the heat exchanger tilt is modeled based on
a fit of experimental results reported by Nichols [30].

HEAT EXCHANGER DESIGN ASSUMPTIONS

The evaporator features an annular arrangement and is designed as a multi-pass inline
bare-tube bundle heat exchanger, with the working fluid flowing inside the tubes in a
counter-crossflow arrangement with reference to the exhaust gases (see Fig. 6.9). The
tubes of the evaporator are aligned with the engine axis (see Fig. 6.5). The nickel-base
Hastelloy x® alloy is selected as the construction material, owing to its good oxidation
resistance, manufacturability, and strength at high temperatures [14, Ch. 5]. The tube
outer diameter is fixed to 1.8 mm, and the tube thickness is computed based on the pres-
sure difference between the exhaust gases and the working fluid. As described in Section
4.3 and Section 5.3, the engine optimization leads to evaporator designs whereby the air-
side pressure drop is minimized. Based on those results, the non-dimensional transver-
sal pitch (X evap) is set to 3.0, the non-dimensional longitudinal pitch (X eyap) to 1.25, and
the number of passes (7pass evap) t0 6. The suitability of these values was confirmed to
be optimal by additional computational tests for the specific engine configuration con-
sidered in the work at hand. The evaporator length (Xey,p) is an optimization variable.
The inner diameter of the annular evaporator equals the LPT outer diameter and the
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resulting perimeter is set as the evaporator width (Yeyap).

The flow distribution of the exhaust gas entering the evaporator perpendicular to the
bare-tubes is assumed to be uniform for simplicity. Therefore, it can be expected that the
resulting pressure drop is underestimated, while the heat transfer rate is overestimated.

The condenser is designed as a flat-tube microchannel heat exchanger with louvered
fins (see Fig. 6.10). The value of the following design parameters is fixed, based on
manufacturability considerations: the flat-tube thickness is 0.2 mm, the fin thickness is
0.11 mm, and the height of the microchannels is 1.6 mm. Furthermore, the length of the
louver fins and the pitch are set to be 90% of the fin height and the fin pitch, respectively.
The louver angle (¢ cong) is fixed to 30°. The length of the flat-tubes (X¢onq), the fin
height (bt cond), the fin pitch (pgcond), and the condenser tilt angle (0.onq) are optimiza-
tion variables of the condenser. 0.4, is the angle between the flat-tubes and the radial
direction (see Fig. 6.5). The width of the condenser (Y.4,q) is determined by the length
of the side of the octagon along which the condensers are arranged. As suggested in the
technical report of Kaltra GmbH [31], an aluminium alloy of the 3000 series is selected as
the construction material.
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Figure 6.9: Geometry of the core of the evaporator:  Figure 6.10: Geometry of the core of the condenser:
multi-pass inline bare tube bundle. flat-tube microchannels with louvered fins.

6.2.9. SYSTEM DESIGN OPTIMIZATION

Numerical optimization is used to identify optimized designs of both the reference air-
craft and the CC-TF aircraft that minimize mission fuel mass (7). The constrained,
single-objective optimization problem is expressed in mathematical terms as

minimize F(x) = mpe(X),
subject to: xiL x5 < in,
gl: Ti3ri0 < 950K,
82 : Woctagon = Dipt + Xcond €08(0cond ), (6.20)
83 : Xcond $in(Ocond) < 1.5m,
g4: Wnet,rto = I/.Vnet,cr or Wnet,cctf,cr-

Constraint g1 limits the exit temperature of the high-pressure compressor (HPC) at
RTO to a mechanically feasible value, which according to Ref. [14, Ch. 5] can be as-
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sumed as 950 K. Constraint g2 ensures that the condensers are placed outside the phys-
ical boundary of the gas turbine core, which is defined by the LPT outer diameter (Djp)
(see Fig. 6.5). Constraint g3 limits the axial extension of the condenser (X¢ong $in(0cond))
to 1.5m so that it fits inside the bypass duct of the engine (see Fig. 6.5). Constraint g4
ensures that the electrical powertrain is sized for sufficient power at the RTO point to
fulfill the power requirement during cruise.

The design variables x; together with their lower bounds (x,-L) and upper bounds (x,U)
are listed in Tab. 6.7. For the reference aircraft, the design vector (x) comprises 8 vari-
ables related to the aircraft and the thermodynamic cycle of the simple-cycle turbofan
engine and the ducted-fan. The design vector of the CC-TF aircraft includes 7 of these
variables, except for the engine bypass ratio at cruise (BPR,), which is calculated accord-
ing to Eq. 6.8. Additionally, the design vector of the CC-TF includes 11 variables related
to the thermodynamic cycle of the ORC and its heat exchangers. The optimization prob-
lem is solved using a genetic algorithm implemented in the Python library pymoo [32]. A
population size of at least ten times the number of design variables is used. The conver-
gence criterion is that the relative change between the last and the 5™ to last generation
is below 10~°.

Table 6.7: Design variables and corresponding bounds used to identify optimal designs of the reference aircraft
and the CC-TF aircraft designs.

Model Variables (x;) Description (Unit) Bounds (x,»Ll xlU)
Aircraft QAer Turbofan to total thrust ratio at cruise (-) 0.3/0.6
Qo Turbofan to total thrust ratio at SLS/RTO (-) 0.3/0.6
OPR, Overall pressure ratio (-) 35/60
Turbofan TIT¢, Turbine inlet temper.ature (K) 1500/1800
fan,cr Fan pressure ratio (-) 1.2/1.7
(Mppe/CPR) ¢ Ratio of HPC to core pressure ratio (-) 0.1/0.3
BPR, Bypass ratio during cruise (-) 4/10
Ducted-fan gt cr Ducted-fan fan pressure ratio (-) 1.2/1.5
Tmin,orc Minimum cycle temperature (K) 323/423
Tmaxorc Maximum cycle temperature (K) 520/570
ORC Pmax,orc Maximum cycle pressure (Pa) 1.1p¢rit/ 1.5 Pcrit
ATpp,cond Condenser pinch point temperature difference (K) 20/100
ATpp,evap Evaporator pinch point temperature difference (K) 20/100
Xcond Condenser flat-tube length (m) 1.0/2.0
bt cond Condenser fin height (mm) 7.0/16.0
ORC Pt.cond Condenser fin pitch (mm) 1.0/4.0
HEX Xevap Evaporator length (m) 0.75/1.5
Woctagon Width of octagonal condenser arrangement (m) 0.8/2.3

Ocond Condenser tilt angle (°) 50/75
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6.2.10. FRAMEWORK VERIFICATION

The verification of the ARENA framework is presented in Section 5.3.1, where it is shown
that this software suite can reproduce major parameters such as masses and power de-
mand with respect to a turboelectric reference aircraft with an accuracy of +/-3%. This
is considered sufficiently accurate for the preliminary analysis described here.

6.3. RESULTS AND DISCUSSION

The ARENA framework is used to optimize the preliminary design and to compute the
performance of two partial-turboelectric aircraft, whose main characteristics and mis-
sion are described in Section 6.2. These two aircraft are 1) the reference aircraft propelled
by simple-cycle turbofan engines and 2) the CC-TF aircraft powered by CC-TF engines.
Both aircraft adopt the same powertrain architecture depicted in Fig. 6.8 and TLARs
listed in Tab. 6.1.

6.3.1. OPTIMIZED REFERENCE AIRCRAFT

The design variables that are optimal in terms of minimum mission fuel consumption
result from a trade-off between propulsion system efficiency and aircraft mass. The op-
timized design vector of the reference aircraft is given in Tab. 6.8 and a summary of the
main parameters characterizing the airframe-level and engine-level results are shown in
the left columns of Tab. 6.10 and Tab. 6.11, respectively. Detailed data of the reference
engine thermodynamic cycle at the CR, RTO, and SLS operating points is provided in
Appendix A.

The reference aircraft has a my, 0£63.1t, a mye 0f 36.7 tand a mission fuel consump-
tion of 12.9t. The propulsion system has an overall efficiency (1 sys,cr) 0f 38.6% and a
cruise thrust-specific fuel consumption (TSFC,,) of 14.4 mg/Ns. The engine mass is de-
termined at the SLS (see Section 6.2.4) and the electrical powertrain mass at the RTO (see
Section 6.2.3) operating points. Engine and electrical powertrain mass are a function of
take-off thrust and therefore directly related to the value of a,. To achieve a given turbo-
fan thrust, TIT,, needs to be set accordingly, which in turn affects the required cooling
air mass fraction (Mqc cool)- The cooling air mass fraction is determined based on RTO
conditions and set equal at all other operating points. In this way, @, influences the
optimal values of the design variables defined at cruise. Propulsion system efficiency
during take-off does not influence mission fuel consumption as explained in Section
6.2.2. The low mass-specific power of the electrical powertrain components is the cause
of the large thrust contribution of the turbofan engines during cruise and take-off. De-
spite similar values of 1710p byp,cr @0d Nprop, df.cr» the turbofan engines provide 74% of the
required cruise thrust. Similarly, at take-off, the turbofan engines provide 85% of the re-
quired thrust, despite 1prop, df,ro being higher than 1,0 byp rto- The optimization leads
to an electrical powertrain whose design power capacity at take-off (W rto) is equal to
the power requirement during cruise (Wnet o), thus reachlng the limit prescrlbed by the
optimization constraint g4 (see Eq. 6.20). The values of Wyeq e and Wy i are deter-
mined based on the values of a., and a,. The optimized design selects a value of a,
that results in minimum fuel consumption. Since Wyeter = Whet rto, the performance of
the distributed propulsion system at the cruise operating point determines the value of
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Table 6.8: Design vector characterizing the optimized reference aircraft.

Parameter a; o OPRg; TIT., Man,er  BPRe  Igeer
Value 0.74 0.85 49.1 1500 K 1.49 8.28 1.39

6.3.2. OPTIMIZED CC-TF AIRCRAFT

The optimal preliminary design of the CC-TF engine is the result of a highly complex
trade-off between thermodynamic performance, mass of all the components, and its
effect on aircraft aerodynamics. This trade-off is made evident by the values of the op-
timized design vector of the CC-TF aircraft listed in Tab. 6.9. The pie chart of Fig. 6.11
shows the mass breakdown of the components of the CC-TF engine. Furthermore, Tab.
6.10 and Tab. 6.11 list all the main parameters defining the preliminary design of the
engines and the aircraft of both the reference and the CC-TF aircraft for comparison.
Detailed data of the CC-TF engine thermodynamic cycle at the CR, RTO, and SLS oper-
ating points is provided in Appendix B.

Table 6.9: Design vector characterizing the optimized CC-TF engine.

Parameter Qcr Ao OPRcr TITcr Hfan,cr de,cr Tmin,orc Tmax,orc Pmax,orc
Value 0.58 0.70 422 1770K 1.64 1.37 361K 551K 59.5bar
Parameter AT, cond ATppevap Xcond bgcond  Prcond Xevap Woctagon Hcogd

Value 29K 86K 1.56m 1Zmm 3mm 0.78m 1.11m 74

The adoption of the ORC WHR system reduces the TSFC, of the CC-TF aircraft dur-
ing cruise by 6.3% and my,e by 3.9% if compared to the reference aircraft. The overall
propulsion system efficiency at cruise conditions (1yot,sys,cr) increases by 7%.

Compared to the simple-cycle turbofan engine, the optimal CC-TF engine is char-
acterized by smaller values of BPR.; and OPR,, and higher values of TIT, and I,y ;.
In general, the efficiency of combined-cycle engines benefits from higher TIT if com-
pared to a simple-cycle engine featuring the same OPR [19]. Therefore, the optimized
engine is characterized by a value of TIT,, higher than that of the simple-cycle turbo-
fan engine. The bypass ratio of the CC-TF engine is determined with Eq. 6.8 and is
therefore a function of the mass flow rate of air flowing through the condenser, which
is an outcome of the simulation of the ORC system operating at design conditions. The
ORC system design depends on limitations constraining the size of the condenser, the
effect of the size of the condenser on nacelle drag, and the impact of the pressure drop
over the condenser airflow on engine thrust. This complex dependency between multi-
ple systems and components (the ORC unit, the heat exchangers, the gas turbine engine,
and the aircraft aerodynamics) highlights the need for an integrated design optimization
method for the system and its subsystems.
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Me

Figure 6.11: Mass breakdown of the components of the
CC-TF engine. The mass of the electrical generators
Mgen and the condensers mgongd are the sums of the
masses of two and eight units, respectively.

Table 6.10: Main parameters characterizing the optimized design of the ref-
erence and the CC-TF aircraft.

Parameter Reference Aircraft CC-TF Aircraft A%
Mmto (©) 63.1 64.2 1.7%
Mee (1) 36.7 38.1 3.8%
Mg () 4.10 5.39 31%
Miying (1) 7.66 7.85 2.5%
Myl () 12.9 12.4 -3.9%
Meng (1) 1.62 1.83 13.0%
L/D(-) 16.9 16.9 0.0%
Sref (M%) 113 115 1.8%
b (m) 34.8 35.1 0.9%
Freg,cr (kN) 32.8 33.9 3.4%
Freq,rto (kN) 131 130 -0.8%
Freq,s1s (kN) 163 163 0.0%
TSFC,, (mg/Ns) 14.4 13.5 -6.3%
Dhacelle (M) 1.42 1.65 16.2%
Lnace]le (m) 4.21 3.80 -9.7%
Lengine (m) 1.54 1.21 -21.4%
Lintake (m) 0.93 0.75 -19.4%

Dpan, (m) 1.42 1.16 -18.3%
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Table 6.11: Main parameters characterizing the optimized design of the
propulsion system of the reference and the CC-TF aircraft.

Parameter Reference engine CC-TF engine A%

Whet,er MW) 1.61 2.66 66%
Whetrto (MW) 1.61 3.29 105%
OPR,; () 49.1 42.2 -14%
Hfan,cr ) 1.49 1.64 10%
BPR; (-) 8.28 7.82 -5.6%
TIT (K) 1500 1770 18%
TITyo (K) 1610 1970 22%
Mirac,cool (-) 3.3% 8.8% 167%
1y o (kg/s) 119 76 -36%
ST¢r (N/kg/s) 100 130 30%
dPgPy,y;, o () 1.0% 2.8% 180%
dPqPeyp, or (-) 1.5% 5.0% 233%
Tprop,byp,cr () 70.0% 78.9% 13%
Tprop,byp,rto (-) 45.6% 40.9% -10%
Hfan,df,cr ) 1.39 1.37 -1.4%
Nprop,df,cr () 69.4% 69.7% 0.4%
Tprop,df,rto () 56.8% 55.6% -2.1%
Ntot,sys,cr () 38.6% 41.3% 7.0%

The optimization leads to the highest possible condenser tilt angle to reduce Dy celle
(see Eq. 6.13). In combination with this angle and to maximize heat transfer area, the
optimal condenser length is the maximum possible set by constraint g3 of Eq. 6.20. The
value of the W;cagon design variable is a result of the trade-off between the increase in
BPR(; and nacelle drag.

Table 6.12 summarizes all the main parameters resulting from the design optimiza-
tion of the ORC unit and obtained concurrently with the optimization of the turbofan
engine. Figure 6.12 displays the processes of the thermodynamic cycles of the gas tur-
bine and ORC system on the temperature-entropy diagram and Fig. 6.13 shows the
temperature-heat load diagrams of the evaporator and the condenser. The calculated
net thermal efficiency of the ORC system is 17.7%. The minimum cycle temperature is
361K, and the maximum cycle temperature is 551 K, which is close to the specified tem-
perature limit related to the thermal stability threshold of the working fluid (see Section
6.2.5). The maximum working fluid pressure in the evaporator is 59.5 bar, while the min-
imum working fluid pressure in the condenser is 3.1 bar, thus no inward air leaking into
the working fluid loop is possible. Further analysis shows that the ORC system is opti-
mized for maximum thermal efficiency rather than maximum thermal power input. This
is in contrast to the design of stationary ORC systems recovering thermal power from in-
dustrial gas turbines, which are designed to recover the maximum amount of thermal
power from the exhaust of the gas turbine, which often entails a thermal efficiency of the
ORC system that is lower than the maximum attainable, as this maximizes the net ther-
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mal efficiency of the combined cycle power plant [33, Ch.3]. This difference is due to
all the additional constraints affecting an airborne system and the complex interaction
between propulsive system efficiency, weight, and added drag.
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Figure 6.12: Temperature-entropy diagram of the Figure 6.13: Temperature-heat load diagram of the
CC-TE evaporator and condenser. The heat load of the con-
denser is for a single unit.

The estimated effectiveness (€) of the condenser and evaporator is 57% and 80%, re-
spectively. In the case of the condenser, the moderate effectiveness indicates that the
system optimization favors the minimization of the air-side pressure drop over the max-
imization of the heat transfer area. In addition, the optimized condenser features a high
value of mean logarithmic temperature difference. In the case of the evaporator, the
relatively high effectiveness indicates that maximization of the system performance fa-
vors a maximization of the heat transfer rate over a minimization of the heat exchanger
mass. The evaporator recovers 71% of the available exhaust gas thermal power (see Eq.
6.12). The relative pressure drops dPqP occurring in the bypass and in the core streams
of the gas turbine engine are 2.8% and 5.0%, respectively. The ORC turbine is a high-
speed single-stage radial inflow turbine. The rotational speed Nig is 49 krpm and the
Mach number at the outlet of the stator is 1.5. This speed is calculated based on the ORC
thermodynamic conditions using the design tool Turbosim (see Section 6.2.5). The net
power output of the ORC system is 571 kW, which is 27% of Wnet,eng (see Eq. 6.3).

The mass of the WHR ORC unit is 546 kg, which amounts to approximately 30% of
the mass of the entire CC-TF engine, which is 1825kg. The mass-specific power of the
ORC unit is 1kW/kg. As a result of the contribution to shaft power production of the
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Table 6.12: Relevant design specifications of the optimized ORC WHR system at cruise.

Parameter Value Parameter Value Parameter Value
Nnetore 17.7%  Qevap 3.22MW > Qcond” 2.62 MW
X 1%  X[Y/[Zeyp 0.78/1.82/0.17m X/Y[Zeppq 1.56/0.46/0.12 m
Whetore 571KW  Meyap 132kg > Meond 174kg
Morc 546 kg Th,in,evap 790K Tc,in,cond 306K
Nig 49 krpm Th,out,evap 456K T¢ out,cond 345K
Mfuid 5.40kg/s Aphevap 1340 Pa APe,cond 804 Pa
Tonin 361K 7t evap 8.81kg/s > e cond 67.1kg/s
Toax 551K ATppevap 86K ATyp cond 29K
Pmax 59.5bar  €evap 80% €cond 57%
Pmin 3.1bar  Whetpump 69.3kW

E3
Summed up over 8 condensers.
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Figure 6.14: Comparison of the engine gas paths and the nacelle dimensions of the reference engine and the
CC-TF engine. The dashed lines indicate the outline of the nacelle and the exhaust cone. The detailed model-
ing of the air intake, bypass, and exhaust duct shape is not part of the framework and therefore not depicted.

ORC WHR unit, the power capacity of the gas turbine of the CC-TF engine is reduced.
The mass flow rate of the CC-TF gas turbine is 36% lower than that of the simple-cycle
turbofan engine and it weighs 25% less.

Compared to the nacelle dimensions of the simple-cycle turbofan engine the CC-TF
engine nacelle features a 15% larger diameter and is 12% shorter. The fan diameter of
the CC-TF engine is 18% smaller due to the reduced air mass flow rate. On the one hand,
the increase of nacelle diameter is determined according to Eq. 6.13 as a function of
the condenser design variables. On the other hand, the reduction of nacelle length is
a result of the reduced engine mass flow rate and therefore engine length. Overall, the
wetted areas of both the simple-cycle turbofan and the CC-TF engine are very similar,
resulting in a similar nacelle drag and values of L/D,,. Figure 6.14 compares the size of
the reference engine and the CC-TF engine.

The overall thermal efficiency of the CC-TF is higher than that of the simple-cycle
turbofan engine. The exchange of 2.62 MW of thermal power from the eight ORC con-
densers to the bypass air stream increases 7prop,byp,cr by 13% and the specific thrust of
the engine at cruise ST, by 30%.

Despite this increase in propulsive efficiency, the thrust contribution of the CC-TF
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engine during cruise is 58% and therefore smaller than for the simple-cycle turbofan
engine. This can be attributed to the addition of the WHR system resulting in a lower
mass flow rate of the CC-TF engine and therefore less thrust generation and a larger
mass of the CC-TF engine compared to that of the simple-cycle engine.

In this study, it is assumed that during take-off the ORC unit is inoperative, thus there
is no heat addition to the bypass stream and consequent increase of specific thrust. To
compensate for the reduced engine size, a TITy, that is 22% larger than that of the tur-
bofan engine of the reference aircraft is required. As a result of the higher TIT, mg4¢ cool
of the CC-TF is 167% larger than that of the simple-cycle turbofan engine. This large
cooling requirement strongly penalizes CC-TF engine performance during cruise in two
ways: 1) by increasing the compression power demand, and 2) by resulting in a higher
degradation of the HPT efficiency as estimated using the cooling model of Ref. [15].
As a result, the gas generator efficiency of the CC-TF engine during cruise is 8 absolute
percent points lower than that of the simple-cycle turbofan, which is 81%. To limit the
penalty that such a large cooling requirement causes to cruise performance, the design
variable ay, is set to a value of 70%, which is lower than that of the reference turbofan
engine. Under this circumstance, contrary to the reference aircraft, the electrical power-
train of the CC-TF aircraft is sized for RTO conditions, and the optimization constraint
g4 of Eq. 6.20 is inactive.

As a result, the electrical powertrain of the CC-TF aircraft is 31% heavier than that
of the reference aircraft. This translates into an overall larger aircraft, featuring a 3.8%
greater mqe and 1.7% greater m,,,. The wing span is therefore slightly larger and its
mass is 2.5% larger. Despite being heavier, the CC-TF aircraft requires less thrust at RTO
than the reference aircraft, see Section 6.3.7 for a discussion.

6.3.3. SENSITIVITY STUDY

As explained in Section 6.3.2, the performance of the CC-TF engine during cruise is pe-
nalized by the large cooling air demand of the HPT of the gas turbine. The performance
of the CC-TF engine might benefit from a cooling system capable of modulating the cool-
ing airflow rate depending on the operating conditions in two ways. Firstly, a large value
of the cooling airflow rate is required only at take off, therefore adapting the value to the
lower demand due to the lower TIT.;, would considerably improve TSFC.,. Secondly,
the autonomous modulation of the cooling flow rate depending on the operating con-
dition of the engine (cruise or take-off) would allow the gas turbine to generate more
thrust at take-off because it would enable the setting of an even higher value of TIT,,.
If the CC-TF engine generates more thrust at take-off, the thrust demand from the elec-
trical powertrain would be lower, resulting in a lighter electrical powertrain. This would
contribute to a further reduction in fuel consumption.

A sensitivity study is therefore conducted to provide a preliminary quantification of
these benefits. For this purpose, the optimized CC-TF aircraft design (see Section 6.3.2)
is re-evaluated assuming cruise as the design point of the turbine cooling system and
keeping cooling flow rates at take-off fixed to the values of the optimized design. This
simulation is conducted for different values of a,,, keeping all other design variables of
the CC-TF aircraft at their optimal values. Figure 6.13 shows the relative fuel-saving po-
tential of the adaptive cooling system with respect to the optimized CC-TF aircraft. The
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combination of variable cooling air and an increase of ay, from a value of 70% to 74%
leads to approximately 1.7% fuel savings with respect to the optimized CC-TF aircraft.
This translates to 5.4% savings if compared to the fuel consumption of the optimized
reference aircraft. The resulting design features a T} 3 close to the constrained value of
950K and a TITy, of around 2100 K. For values of a, larger than 74% the T; 5 constraint
is violated. Furthermore, for values of a;, above 76%, no feasible solution is obtained
because the value of TIT, exceeds the upper bound, which is set to 2500 K in pycycle. A
more appropriate comparison would be with a simple-cycle turbofan engine also ben-
efiting from variable cooling flow rates, however, due to the lower cooling flow rates the
performance gain would be smaller.

-1.0
—1.21 Table 6.14: Relevant aircraft parameters resulting from
the simulation of three fully-turboelectric aircraft for
:\5 ~1.41 different values of the gross thrust coefficient.
g
<1§ ~1.61 Parameter FT-1 FT-2 FT-3
Cfg'cr (-) 100%  99.7% 97%
—1.81 Nprop,dfer () 79.7%  78.5%  67.9%
Mmoo (O 70.1 70.5 74.2
-2.0 T T Mge (1) 42.8 42.9 44.0
0.70 0.72 ( )0.74 0.76 o ) 9.21 9.27 9.96
o 1- Meyel (B 137 140 166

Table 6.13: Relative fuel savings with respect to the op-
timized CC-TF aircraft obtained with a CC-TF engine
adopting a turbine cooling system designed for cruise
conditions, as a function of ayq.

Figure 6.15 shows the relative change in fuel mass with respect to the optimized CC-
TF aircraft as a function of the variation of some important design parameters. These
data are calculated based on the optimized CC-TF aircraft design, keeping all design
variables fixed and only modifying the parameters of interest one at a time. Figure 6.15
a) shows the effect on fuel consumption of the variation of dPqPy,,, and dPqP,;, rela-
tive to their optimized values listed in Tab. 6.11. The leftmost points of the chart refer
to aircraft designs for which no pressure loss of the heat exchangers is assumed, and
only the default values indicated in Tab. 6.3 are considered. System performance is
more sensitive to pressure loss in the bypass duct than in the exhaust duct as most of
the thrust is generated by the bypass stream. This result highlights the importance of
heat exchanger designs optimized for minimum pressure drop. Furthermore, the para-
metric study shows that under the assumption of no pressure drop within the channels
of heat exchangers, the designs corresponding to the two leftmost points in the curves
of Fig. 6.15 a), fuel savings are around 1%. However, the presented parametric study
only considers the effect of dPqP on gas turbine performance. A larger reduction of fuel
consumption might be achieved if the CC-TF engine is optimized by considering more
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Figure 6.15: Results of a sensitivity study showing the relative change of fuel mass (Amyye]) as a function of se-
lected parameters with respect to the optimized CC-TF aircraft. a) Amyg,e] as a function of the relative pressure
drop in the exhaust and bypass duct. b) Amyye] as a function of the relative change in ORC turbomachinery
isentropic efficiency. ¢) Amye] as a function of the relative change in gas turbine and ducted-fan nozzle gross
thrust coefficient during cruise.

advanced heat exchanger technology allowing for even lower gas-side pressure drops. In
this case, the CC-TF engine could be equipped with larger heat exchangers, which would
enable higher heat transfer rates, higher ORC system efficiency, and more heat addition
to the bypass duct.

Figure 6.15 b) displays the effect on fuel consumption of the variation of ORC turbo-
machinery efficiency relative to their reference values given in Tab. 6.5. The rightmost
point of the njs tu, curve refers to the fuel consumption in case the isentropic efficiency
of the turbine is 100%. System performance is more sensitive to a variation of turbine
efficiency than to that of the pump. This result indicates that to maximize system effi-
ciency it is important that turbomachines are optimized.

Figure 6.15 c) reports the effect on fuel consumption of a variation of the nozzle gross
thrust coefficient during cruise (Cgg ;) with respect to the reference values given in Table
6.3 and in Section 6.2.7. The rightmost point of the curve refers to a design for which
Ctg,cr = 100%. The sensitivity of fuel consumption to this parameter is very high, there-
fore additional analysis is performed and a discussion on how this parameter affects
aircraft performance, and possibly the feasibility of turboelectric aircraft, follows.

Table 6.14 lists simulation results obtained with the ARENA framework for three dif-
ferent fully-turboelectric (FT-1, FT-2, FT-3) aircraft employing different values of Cfg ;.
The powertrain architecture of these aircraft is similar to the one described in Section
6.2.3, with the exception that it is powered by simple-cycle turboshaft engines, and be-
sides a small amount of turboshaft residual thrust, the entire thrust is generated by the
distributed propulsion system. The calculations are based on the same technology as-
sumptions and most of the modeling assumptions used to model the partial-turboelectric
aircraft concept described in this work. The only difference is that the aircraft perfor-
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mance is simulated only during cruise and the electrical powertrain mass and the engine
mass are determined based on the methodology of Chapter 5. The turboshaft engines
adopt the same thermodynamic cycle specifications, i.e., OPR, = 45, TIT,, = 1600K.
This combination of OPR., and TIT, results in maximized engine efficiency at cruise
while fulfilling the constraint that Ti3 i, < 950K.

The results of aircraft FT-1 presented in Tab. 6.14 are based on Cg ¢, = 100%, yield-
ing mge = 13.7t. Aircraft FT-2 adopts the value Cyg ¢, = 99.7%, which is the value used
in the work of Jones et al. [18] for the simulation of the NASA N+3 turbofan engine,
and by Felder et al. [34] and Schiltgen and Freeman [35] for the analysis of two fully-
turboelectric aircraft concepts. Compared with the FT-1 aircraft, a Cyg, reduction by
0.3% increases mye| by 2.2%. The FT-3 aircraft is characterized by Cyy o = 97%, which is
the same value used in this study (see Section 6.2.4 and Section 6.2.7). Compared with
the FT-1 aircraft, a reduction of Cg ¢ 0f 3% increases myye by 21.2%.

The comparison of the performance calculated for these three fully-turboelectric
configurations with the performance estimated for the optimized partial-turboelectric
reference aircraft presented in Section 6.3.1 shows that the partial-turboelectric aircraft
achieves a 22.2% fuel reduction with respect to the fuel consumption calculated for the
FT-3 aircraft and its fuel consumption is even lower than that of the FT-1 aircraft. The
better performance of the partial-turboelectric aircraft is mainly due to the lower mass
of the electrical powertrain. Based on this analysis, the following two conclusions can
be drawn. First, the feasibility of turboelectric aircraft concepts strongly depends on the
value of Cg. Second, there seems to be no consensus in the literature on appropriate val-
ues for Ctg. For example, Refs. [18, 34, 35] do not justify the assumption of the high value
taken for Cy;, namely 99.7%, Schmollgruber et al. [3] do not provide any information on
the selected value Cgg, and Ref. [16, Part C, Ch. 1] reports a mean value of Cg; of 94%
without information regarding its dependency on the operating point. In this respect,
the textbooks of Obert [21] and Oates [36] provide the most comprehensive information
in the form of experimental data on the variation of nozzle performance with pressure
ratio and altitude.

6.3.4. COMPARISON OF THE CC-TF AND CC-TS ENGINE CONCEPTS

The values of design variables characterizing the optimal design of the WHR system for
both the CC-TF and the CC-TS engine are the same for the most part, and a more in-
depth discussion on the most relevant design aspects is presented in Chapter 5. How-
ever, while both concepts employ the same heat exchanger topologies, their prime mover
and propulsion system architectures are different.

Both CC-TS and CC-TF engines are housed in pods mounted to the tail cone of the
fuselage via pylons. The CC-TS engine is integrated into the powertrain of a fully-turboelectric
aircraft. The CC-TS engine features two condensers integrated into separate ram-air
ducts located at the top and bottom of the engine nacelle. The evaporator of the CC-TS
engine features a square frontal area and is located in the exhaust duct of the turboshaft
engine and it is arranged perpendicular to the exhaust gases. Based on this architec-
ture, the CC-TS engine achieves a reduction in fuel consumption of 1.5% with respect to
a fully-turboelectric aircraft adopting simple-cycle turboshaft engines. Instead, the CC-
TF engine integrated into the powertrain of a partial-turboelectric aircraft achieves a fuel
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savings reduction of 4%. The combined frontal area of the optimized condenser layout
of the CC-TF aircraft is 90% larger than the frontal area of the two condensers of the CC-
TS engine and the combined air mass flow rate is 280% larger. Since the mass flow rate
increases more than the frontal area the condensers of the CC-TF engine are subjected
to higher air velocity resulting in an increase in air-side relative pressure drop by approx-
imately 0.5 absolute percent points. At the same time, the larger heat capacity rate of the
cold side of the condenser allows for a reduction of Tiyin orc and ATpp cond- This improves
the Npet,orc 0f the ORC system equipping the CC-TF engine by 0.5 absolute percent points
if compared to the ORC unit of CC-TS engine. Furthermore, the larger condenser heat
transfer area and air mass flow rate, combined with the lower temperatures, increase the
heat transfer rate by 60%.

The mass flow rate of the exhaust gas of the CC-TF engine is 25% lower than that
of the CC-TS engine and the exhaust gas temperature of 790K is 123 K higher than that
of the CC-TS engine. The exhaust gas temperature of the CC-TF engine is higher than
that of the CC-TS engine because its TIT, is 170 K higher. However, the amount of avail-
able thermal power at the outlet of the last turbine stage of both engines is similar. The
lower exhaust gas mass flow rate, in combination with a 17% larger evaporator frontal
area results in a dPqP,;, which is lower by approximately one absolute percent point if
compared to the value calculated for the CC-TS engine. Furthermore, the larger heat
transfer area and the larger temperature difference between the exhaust gas entering the
evaporator and the ORC working fluid results in a heat transfer rate that is 66% greater if
compared to that computed for the CC-TS engine. As a result of these effects, the value of
Whet orc €stimated for the CC-TF engine is 70% larger than that computed for the CC-TS
engine. Furthermore, the contribution provided by the WHR system to the total electri-
cal power demand of a single engine during cruise is 27% for the CC-TF engine, a value
much larger than the 6.6% estimated for the CC-TS engine.

6.3.5. ANOTE ON THE CC-TS CONCEPT

Before the CC-TF concept was conceived, variations to the CC-TS engine configuration
were investigated. This exploration led to the octagonal condenser arrangement which
was then considered for the CC-TF engine, which is depicted in Fig. 6.5. The evolution
of the CC-TS configuration (Chapter 5) named the CC-TS Mark II engine adopts a ring-
shaped ram-air duct integrated into the engine nacelle, encapsulating the turboshaft en-
gine, and housing the condensers. The CC-TS Mark I engine benefits from the increased
condenser area in the same way as the CC-TF engine. The same methods and modeling
assumptions considered for the CC-TS aircraft are used to model the CC-TS Mark II en-
gine onboard a fully-turboelectric aircraft. The only exception is that the nacelle is sized
according to the method documented in Section 6.2.6. The fuel savings estimated in the
case of the aircraft adopting optimized CC-TS Mark II engines are 2.3% compared to the
reference aircraft (see Tab. 5.7). These results are affected by uncertainty regarding the
applicability of the ram-air duct loss model (see Section 5.2.8) to a ring-shaped configu-
ration. Even considering such uncertainty, this result points to the possibility of further
improving the aircraft performance associated with CC-TS engines.
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6.3.6. COMPARISON OF THE CC-TF ENGINE WITH THE NASA N+3 TURBO-
FAN ENGINE

As discussed in Section 6.3.2, the propulsive efficiency of CC-TF engines greatly bene-
fits from the heat addition in the bypass duct. The bypass propulsive efficiency as de-
fined by Eq. 6.7 attains similar values as the N+3 turbofan engine concept presented
by Jones et al. [18], which features a bypass ratio of around 24 during cruise. However,
the specific thrust of the CC-TF engine is double that of the N+3 engine, resulting in a
more compact engine. Furthermore, the partial-turboelectric propulsion system rely-
ing on the CC-TF engine achieves a TSFC,, of 13.5 mg/Ns, which is close to the value of
13.1 mg/Ns reported for the N+3 turbofan engine. This result highlights that the partial-
turboelectric powertrain whose prime movers are CC-TF engines can compete with con-
ventional propulsion system architectures. This consideration is strengthened by the
fact that the study of Jones et al. [18] is based on assumptions associated with more ad-
vanced technology, e.g., the use of Cg ¢, = 99.7% instead of Cig v = 97%, Npoly,fan = 97%
instead of npoly,fan = 95%, as well as assuming ceramic matrix composite materials for
both HPT stator and rotor blades, as opposed to using it for the stator only, as it is as-
sumed in the study regarding the CC-TF engine documented here.

6.3.7. ADDITIONAL CONSIDERATIONS ON ENVIRONMENTAL IMPACT AND
ON METHODOLOGY LIMITATIONS

The objective of this work is to identify a propulsion system for passenger aircraft that
reduces mission fuel consumption and therefore the emission of the long-lived green-
house gas CO,. However, there is a clear consensus in research that a significant share of
the contribution of aviation to global warming is associated with non-CO, effects caused
by the emissions of NO, and water vapor at high altitude, see, e.g., Lee et al. [37]. A suit-
able metric for the environmental impact of aviation can be the average temperature
response over a timeframe of 100 years (ATR;¢g), as proposed by Dallara et al. [38]. Proes-
mans and Vos [39] obtained an aircraft preliminary design for minimized ATR;yy. This
aircraft flies at a lower altitude and slower speed if compared to aircraft optimized for
minimum operating costs that are the standard nowadays, and its gas turbine engines
feature lower OPR and TIT to reduce NO, emissions. Therefore the fuel consumption
of such aircraft is larger than that of an aircraft optimized for minimum fuel consump-
tion. The adoption of a WHR system for this type of engine conceived to minimize NO,
emissions could reduce the relevant penalty of higher fuel consumption.

The design of aircraft for minimum environmental impact requires a multidisciplinary
analysis that considers the airframe design, mission profile, and propulsion system de-
sign in a highly integrated fashion. However, currently, the capabilities of the ARENA
framework concerning aircraft design are limited. The available aircraft design method
relies on previously computed values of airframe masses and aerodynamic coefficients
and only considers the resizing of the wing and the variation of engine nacelle drag. Air-
craft constraints analysis is not performed and fixed values for wing-loading and power-
loading need to be provided. The impact of the propulsion system on aircraft size and
aerodynamics of the aircraft are only partially considered. For example, the variation in
size, the redistribution, and/or the change in the number of the ducted-fans affects aero-
dynamic performance. Similarly, a variation of the position of the center-of-gravity and
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the resulting requirements on empennage sizing are not considered. These limitations
therefore affect the analysis documented here. Therefore, the conclusions drawn from
the results of this work are limited to the design of the propulsion system and should not
be taken as an integral assessment of the potential of the aircraft concept.

The limited aircraft design capabilities of the ARENA framework also affect the esti-
mation of the value of take-off thrust (Fjet rt0). The value of Fy 110 is obtained using Eq.
6.1. This equation implies that more take-off thrust is required for a given value of power-
loading and aircraft mass if the propulsive efficiency is higher. For this reason, despite
the CC-TF aircraft being heavier and having a lower value of 17op,df,rto than the reference
aircraft, its Fpet rto is smaller. This result is counter-intuitive. The correct approach is to
perform a constraints analysis to obtain the value of Fje(;to. Subsequently, the required
shaft power can be determined based on this value and the value of 1p0p,df rto-

6.4. CONCLUSIONS

The research documented here concerns the fuel-saving potential of replacing the simple-
cycle turbofan engines of a partial-turboelectric aircraft with combined-cycle turbofan
engines (CC-TF). The CC-TF employs a waste heat recovery system based on a newly
conceived aerospace-grade organic Rankine cycle (ORC) unit, which converts the ther-
mal energy of the engine exhaust into additional electrical power via a turbogenerator.
The bottoming cycle features a single evaporator placed in the exhaust duct of the gas
turbine core and eight condensers arranged in the gas turbine bypass duct downstream m
of the fan. The effect of adopting this novel propulsion system concept on the fuel con-
sumption of a partial-turboelectric aircraft is analyzed using a multidisciplinary simu-
lation software suite named ARENA framework. These preliminary results indicate that
fuel savings of approximately 4% are possible if CC-TF engines are the primary movers
instead of simple-cycle turbofan engines. Based on the information presented in this
chapter, the following conclusions can be drawn:

* The addition of 2.6 MW of thermal energy to the bypass stream of the CC-TF en-
gine increases its specific thrust by 30% and the bypass propulsive efficiency by
13% at cruise if compared to a simple-cycle turbofan engine. The bypass propul-
sive efficiency is defined by the thrust power generated by the bypass stream di-
vided by the power required to compress the bypass air. A comparison with the
combined-cycle turboshaft (CC-TS) engine concept utilizing condensers placed
in ram-air ducts shows that the integration of the condensers in the bypass duct of
a turbofan engine is considerably more effective due to the air compression.

* The ORC waste heat recovery system allows for a lower power capacity of the gas
turbine engine at cruise because of the additional power generated by the ORC
unit. However, the performance of the CC-TF is negatively affected during off-
design operations because the WHR system may contribute less power. For ex-
ample, to generate the required thrust at take-off, the turbine inlet temperature of
the CC-TF needs to be 20% higher than that of a simple-cycle turbofan engine be-
cause the ORC unit does not contribute any power. This increases turbine cooling
air demand and reduces the achievable performance during cruise.
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* The lift-to-drag ratio of the aircraft is unaffected by the adoption of the CC-TF en-
gine configuration. The lower length of the smaller power capacity gas turbine
engine in combination with the larger nacelle diameter due to the addition of the
condensers results in a wetted area and drag that are similar to those of the simple-
cycle turbofan engine.

* The mission fuel consumption varies by approximately 4% for an absolute change
in nozzle gross thrust coefficient of 1%. Given the large sensitivity, it is therefore
important that reliable values of the gross thrust coefficient of the nozzle of turbo-
fan engines and ducted-fans are selected.

The work summarized in this chapter enlarges the rather limited knowledge base regard-
ing the design of airborne ORC systems and their potential effect on future engine and
aircraft concepts. Based on these findings, it is suggested that further research will aim
at:

* investigating the effect of different ORC working fluids on system performance and
other operational and safety aspects,

* estimating the potential benefit of mechanically coupling the ORC turbine with
the low-speed shaft of the gas turbine engine,

* studying more advanced heat exchanger topologies and optimized channel shapes
and their integration with the prime mover,

 expanding the capability of the ARENA framework regarding the aircraft design
features to better evaluate and optimize the effect of the propulsion system on
aircraft performance, and

* analyzing the potential of ORC systems as a means to increase the performance of
aircraft optimized for minimum environmental impact.
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APPENDIX A: REFERENCE ENGINE THERMODYNAMIC CYCLE DATA
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Figure 6.16: Thermodynamic cycle data of the reference turbofan engine at the cruise operating point (thermodynamic design point).




159

CLUSIONS

6.4. CONC

urod Sunerado (O1Y) JJo-axe1-3ul[[o1 Y} 1e auI3ud UejoqIn} 9dUIAI Y} JO BIep S[IAD drwreuApouwniay, :21°9 93ty

066 '0 622 2L 9y €82 018" zzou dAq
066 "0 0£€ '8 €96 '29¢C TS 2Z0U" 9 109
(-) 6o (Nx) B4 (sp) A (-) | o |zzON

E] _nmo?c:m com _.n_I
3 |qeab Jeyd 1dH
$4owmo |9 Od1

G8G '¥T1966¢F 000 'T
G8G '¥1966¢  000°'T
9vT 'T0G9ST 000 T

VN VYN 9G9 '9¢€ 0Z¥ 'G26vI LG '886ST 8€6 0 2660 GG8 'L 9.2 0T

VN VN 960 '60G 06€ '080.¢ G0/L '9VEST 988 '0 206 '0 cce v 169 ¢
€96 '€¢ 685 '€¢ €071 '0¢vTc 06€ '080.¢ 8T€ 'G8¢ST - 606 '0 6480 L€9 0T 069 '6
000 'ST GE€SG 'GT L1G'099€T 02V 'S¢6vT 9v€ '08.€ - G260 €16 0 €85 ¢ 6¢/L '¢¢
¢S0 've S6v ¢€ 6176 '696€ €€€ L60Y SEE '8060T - 0.6 '0 1960 8Ly T ¢10 'S8¢

}1Xa @ |zzou ssedAq
11X8 19np ssedAq
1iX® @ |zzou 8109

11X8 1onp 1sneyxa

11Xd 91090 1911
11Xxa ssedAq 19111
11X3 ue}

11X8 19 Ul

jue Ique

(-) B66e1@ M) Mmd (-)ddo  (-)add O L1 (<) dvd (Nd) B4 (Nx) ud




RAFT

TURBOELECTRIC AIRC

INE FOR PARTIAL-"

¥

6. CC-TF ENc

160

Fl ow Station
anbi ent
inlet exit
fan exit .
splitter bypass exit
splitter core exit
LPC exit

HPC exit

burner exit

HPT exit

LPT exit .
exhaust duct exit
core nozzle exit
bypass duct exit
bypass nozzle exit

0 3912. 225 . 21.911
LPC 0. 925 -3398. 558 14617. 348 13467. 029 15.612 15. 000
HPC 0.910 -13804. 911 26749. 279 21380. 427 23. 825 23. 904
HPT 0. 886 13860. 352 26749. 279 509. 159 N A N A
LPT 0.937 14033. 565 14617. 348 324. 201 N A N A

148099. 607
3934967. 476
3934967. 476

LPC bl owof f
HPT char geabl e
HPT non-char geabl e

Nozzl e
core_nozz 246. 726 7.122 0. 990
byp_nozz 263.022 62.094 0.990

Figure 6.18: Thermodynamic cycle data of the reference turbofan engine at the sea-level-static (SLS) operating point.
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Figure 6.21: Thermodynamic cycle data of the CC-TF engine at the sea-level-static (SLS) operating point.
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ABSTRACT

To identify the impact of a novel engine concept on aircraft performance it is of paramount
importance to estimate its size and mass. For conventional engine architectures, em-
pirically derived correlations can estimate engine dimensions and mass with sufficient
accuracy for conceptual aircraft design. However, these empirical models may not be ap-
plicable for estimating the mass of novel engine architectures. Therefore, there is a need
for a tool to perform size and mass estimation of engines based on unconventional cycle
concepts. The WATE++ software developed by NASA can perform this task, however, it
is not easily available to non-US citizens. For this purpose, a new software for engine
size and mass estimation is developed. This tool performs component sizing based on
mechanical considerations. The name of this tool is “weight estimation for aeronautical
gas turbine engines” (WEST). The aim is to release WEST open-source once develop-
ment is finished. The current capabilities of WEST are presented by applying it to model
a direct-drive turbofan engine. The results are subsequently compared with publicly
available data produced using WATE++. This comparison shows that the developed tool
can provide major engine dimensions, but underestimates overall engine mass by 15%.
Finally, suggestions for further improvement of WEST are given.

7.1. INTRODUCTION

Future aircraft designs, based on turboelectric or hybrid-electric architectures, will ex-
hibit a higher degree of propulsion system airframe integration than current-day air-
craft. This requires multidisciplinary design approaches and software frameworks that
can simulate the mutual interaction between aircraft sub-systems. To assess the feasi-
bility of novel gas turbine engine concepts within such frameworks, the ability to predict
engine mass and dimensions is crucial. Traditionally, the conceptual design of tube-and-
wing aircraft is conducted using statistically derived laws as presented by Torenbeek [1].
The single-equation models used to estimate engine mass usually correlate values of
published mass to inlet mass flow rate, thrust, overall pressure ratio, and bypass ratio.
Torenbeek [1] presents a simple model to predict turboshaft and turboprop mass based
on mass flow rate alone. Lolis [2] provides a literature overview of equations for turbo-
fan mass estimation. As these correlations are based on engine data spanning multiple
decades, larger errors have to be expected for engine designs adopting modern technol-
ogy, and their application to engines based on unconventional thermodynamic cycles
should be carefully considered.

More detailed methods are arguably needed for the size and mass estimation of un-
conventional engines. Sagerser et al. [3] were the first to propose a component-based
weight estimation method. In this approach, the engine is subdivided into its major
components. The size and mass of these components may be estimated by applying em-
pirical, semi-empirical, or physics-based models. Onat and Klees [4] further developed
this approach and NASA implemented it into the first version of their weight analysis of
turbine engines (WATE) code. Similar to empirical single-equation methods, the work
of Sagerser et al. [3] and Onat and Klees [4] rely on empirical data. WATE was further de-
veloped to incorporate physics-based modeling of axial turbomachinery discs [5]. The
latest version based on an object-oriented programming approach is called WATE++ [6]
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and promises to predict engine mass with an error in the range of +/-10% with respect
to published data. Similar software was developed at Cranfield University [2] and by the
German Aerospace Center (DLR) [7]. Furthermore, the commercially available engine
performance and design tool GasTurb [8] incorporates some capabilities to perform en-
gine mechanical design. The tools presented in Refs. [6, 2, 7] share the same limitation,
i.e., their availability. WATE++ is only available to US citizens and the codes of Cranfield
University and DLR are proprietary. GasTurb is available to the open public, but cannot
be efficiently integrated into a larger simulation environment and only provides weight
estimation for predefined engine architectures.

To address these shortcomings, a new component-based weight estimation code is
developed. The name of this tool is “weight estimation of aeronautical gas turbine en-
gines” (WEST). The main purpose of this development effort is to provide the research
community with an open-source tool for engine mass and size estimation that can be
easily integrated within existing simulation frameworks. The software is implemented in
the Python programming language using a modular structure based on object-oriented
programming. As a secondary purpose, WEST can serve as an educational tool. For
example, it can complement aircraft engine courses that typically focus on the thermo-
dynamic cycle. By using WEST students can learn about the implications of thermo-
dynamic design choices on the engine’s mechanical design. To this end, students are
actively involved in developing WEST.

The development of this tool is still ongoing. The following sections describe the im-
plemented methodology and present its capabilities by comparison with results openly
available obtained with the WATE++ code.

7.2. METHODOLOGY
WEST can model single-stage fans, multi-stage axial compressors and turbines, multi-
stage radial compressors, axial flow annular combustors, reverse flow combustors, shafts,
ducts, gearboxes, and frames. Air intakes and nozzles are not included in the current
methodology. The methods used to size these components differ in the level of mod-
eling fidelity. Figure 7.1 gives an overview of the components used to model a single-
spool gas generator that employs an axial-radial compressor consisting of axial stages
followed by a single radial stage. To facilitate the model implementation, the main en-
gine components are broken down into sub-components representing different parts
or aspects being modeled. The color code and symbols (++, +, -) in this figure encode
the degree of fidelity applied to model components and sub-components. The highest
degree of modeling fidelity (green, ++) refers to one-dimensional numerical schemes,
such as those for stress analysis. These methods are applied to model the mechanical
stresses in the rotor blades, the stator blades, and the disks. The combined mass of these
components makes up approximately 40% of the engine weight [9]. Components with
a semi-empirical modeling approach (blue, +) use a mix of physics-based methods and
empirical correlations. The physics-based and semi-empirical models provide compo-
nent dimensions from which the mass is determined by multiplying the material volume
by its density. Empirical correlation-based models (orange, -) directly provide compo-
nent mass and are based on the methods presented in Ref. [4].

The sizing of an engine requires thermodynamic cycle data, turbomachinery per-
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Axial Compressor Duct Radial Comp C Axial Turbine
++ rotor blades + duct sizing ++ rotor blades + casing and liner ++ rotor blades
++ stator blades - accessories ++ stator blades - fuel injectors ++ stator blades
+1GVs ++ disks - accessories +OGVs
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+ casing - connecting hardware + casing
- connecting hardware - accessories - connecting hardware
- accessories - accessories
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++ physics based
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- accessories - accessories - accessories

Figure 7.1: Component breakdown of a single-spool gas generator employing an axial-radial compressor. The
color code and symbols (++, +, -) indicate the level of modeling fidelity.

formance coefficients, and geometrical design variables as input. Figure 7.2 shows an
extended design structure matrix (XDSM) of a single-spool gas generator incorporating
axial turbomachines and an axial flow annular combustor. In the XDSM, the thick gray
lines indicate dependencies between the components, and the thin black line indicates
the computational execution order. The gray boxes indicate the exchange of dependent
variables between the components. User input data is indicated by the white boxes in
the top row of the diagram. According to Onat and Klees [4] the mass of the accessories
can be assumed to be 17% of overall mass. Furthermore, connecting hardware refers to
components used to connect multi-stage machines. Its weight is evaluated based on an
empirical correlation of Onat and Klees [4]. The main outputs of the model are engine
mass and engine size.

7.2.1. AXIAL TURBOMACHINERY DESIGN

The axial turbomachinery design module sizes multi-stage axial compressors and tur-
bines, and single-stage fans. Figure 7.3 gives an overview of the design process of a multi-
stage axial turbomachine component. First, the main gas path design is conducted with
a meanline method to define the dimensions of each stage. Second, based on these
dimensions, three-dimensional rotor and stator blade design is performed. Third, the
disks are sized by imposing the rotor blade root stress as a boundary condition at each
disk rim. Fourth, the casing is sized for pressure and blade containment.

GAS PATH DESIGN

The gas path design procedure determines the dimensions of the axial turbomachine
flow channel which includes, for example, the span and the chord of the blades of each
row. The meridional flow channel can be designed to have 1) a constant meanline ra-
dius, 2) a constant hub radius, or 3) a constant tip radius. Figure 7.4 gives a sketch of the
gas path of a two-stage compressor with a constant hub radius design. The stator and
rotor blade velocity triangles at the meanline radius (ry,) are determined assuming a re-
peated stage design with equal specific work per stage. The thermodynamic properties
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Figure 7.3: XDSM of a compressor model.

along the gas path are calculated assuming calorically perfect gas behavior. Turboma-
chinery efficiency estimation using loss models is not implemented at this point and the
procedure requires polytropic efficiency as an input. The same efficiency is applied to
each stage. The blade heights at the leading edge (/) and trailing edge () are deter-
mined based on the conservation of mass, the meanline velocity, and blockage factors
taking into account boundary layer blockage. The blade axial chord at the meanline ra-
dius (caxm) is determined based on the blade aspect ratio (AR). AR is defined as the
mean of ke and hy divided by ¢,y . Appropriate values for AR can be selected based on
measured values and correlations given in Ref. [10, Ch. 5] and Ref. [9]. The axial chord
at the blade root and tip is determined as a function of the blade taper ratio (1). The
non-dimensional row gap (grow) and stage gap (gsiage) Parameters define the distance
between blade rows and stages, respectively. The non-dimensional gaps are defined as
the dimensional gap (Low, lstage) divided by caym of the blade placed upstream of the
gap. The stage number (75ages) can be provided as an input. If not provided, WEST uses
a simplified method to determine the stage number based on the pressure ratio (IT) and
default stage pressure ratio values of 1.3 for the compressor and 4.0 for the turbine. An
alternative approach not implemented in WEST, evaluates the stage number assuming
a constant specific work per stage, that combined with the duty coefficients results in
a design that complies with mechanical design constraints (maximum circumferential
speed) and fluid mechanic constraints (maximum Mach numbers).

Table 7.1 summarizes the required input parameters for the design of the turboma-
chine gas path. WEST requires turbomachinery duty coefficients as an input to define
the velocity triangles and, thus, gas path shape. The same duty coefficients are applied
to all stages. This approach differs from the one chosen for the tools presented in Refs.
[2, 7, 5], where hub-to-tip ratios and axial Mach numbers at the component inlet and
outlet need to be specified. The use of duty coefficients can be preferential especially
when considering novel engine technologies, that might adopt values of hub-to-tip ra-
tios and axial Mach numbers different than those recommended for conventional en-
gines.
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Table 7.1: Input parameters for gas path design.

lstage N
I i Category Input Parameter Symbol  Units
it
v Saee Mass flow rate m kg/s
] Pressure ratio n -
Performance Power 174 w
Rotational speed N pm
Inlet total pressure Ptin Pa
Inlet total temperature T jin K
------------ Flow coefficient ¢
Duty Coefficients Work coefficient v
ROOT Degree of reaction r -
DISK RIM Working fluid Spgmﬁc gas gonstam Ry J/(kgK)
o 4 ] Ratio of specific heats Y -
= 8 A
LEESES Number of stages Nstage
«—STAGE 1——+—STAGE 2— Annulus type _
Blade aspect ratio AR
Geometry .
. Blade taper ratio A
Figure 7.4: Sketch of the gas path of a two-stage com- Row gap g
. . . . . . row
pressor indicating major dimensions. Stage gap Sotage

BLADE DESIGN

The enthalpy of the working fluid is increased or decreased as a result of its interaction
with the blades via shear and pressure forces. The blade design procedure determines 1)
the three-dimensional shape of the blades that fulfills mechanical requirements, 2) the
number of blades for each row, and 3) the mass of the blades.

The three-dimensional shape of the blade is defined by its height at the leading (hje)
and trailing edge (), the meanline radii at the leading (r, }e) and trailing edge (1, te),
the meanline axial chord (c,xm), the taper ratio (1), the blade angles at the leading (fje)
and trailing edge (B¢), the airfoil profile and the thickness distribution along its span.
The required input parameters are summarized in Tab. 7.2.

The velocity triangles at the blade hub (ry,p) and tip radius (r;,) are determined as-
suming a free vortex blade design. Free vortex design leads to highly twisted blade de-
signs which are uncommon in modern engines. However, the error made has a marginal
impact on blade mass estimates. For stress analysis and mass estimation, the blade is
discretized along its span into two sections that are divided by r,,,. The camber line of
the compressor blades is defined by a circular arc that matches the angles S and B,
and c,y at each spanwise position. The thickness distribution of compressor blades is
that of a NACA 65-series airfoil. In the case of the turbine, the camber line is defined
by a class-shape-transformation (CST) function. This is necessary as a circular arc can-
not represent the shape of highly cambered turbine blades. The thickness distribution is
determined with a function proposed by Ref. [11]. The thickness-to-chord ratio (¢/¢) at
the tip of the compressor rotor and stator blades is fixed to 7.5% and 10%, respectively.
In the case of the turbine, ¢/c at the tip of the rotor and stator blades is fixed to 20.0%
and 22.5%, respectively. The value of ¢/ ¢y Of both compressor and turbine blades is
determined during stress analysis. The highest stress occurs at the blade root and is ex-
pressed as the von Mises stress (0¢ ro0t), Which is the combination of stresses due to cen-
trifugal forces, bending forces, and shear forces. By default, to provide a safety margin
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Table 7.2: Input parameters for blade design. The acronyms LE and TE
indicate the property at the leading and trailing edge, respectively.

Category Input Parameter Symbol Units
Total temperature at row inlet Tii K
Static temperature at row inlet T; K
Performance . .
Static pressure at row inlet pi Pa
Shaft speed N rpm
Blade LE angle Ble °
Blade TE angle Bre °
Blade LE height hye m
Geometry Blade TE height Rte m
ring disk Blade mean radius at LE T'm,le m
Blade mean radius at TE Tmte m
Meanline axial chord Cax,m m
Blade taper ratio A
Material -
Yield criterion SFy
Mechanical Diffusion factor DF
De Haller number DH
Zweifel coefficient W

for high-cycle fatigue, the value of 0¢ 140 is limited to 70% of the material yield strength
as proposed by Saravanamuttoo et al. [12, Ch. 8]. The resulting safety factor (SFy) which
is defined as the ratio of material yield strength to maximum allowable g o0 has a value
of 1.43. The value of ¢/ ¢;oo corresponds to the one that fulfills this mechanical require-
ment. In the case of cooled turbine blades, data of Grieb [10, Ch. 5] suggests that the
cross-sectional area can be reduced by 25% for the calculation of stresses and the blade
mass. In the case of shrouded turbines, a multiplier is applied to ¢ o0 to take account
of the increase in blade mass. However, the actual mass of the shroud is not estimated
in the current implementation. The data presented by Grieb [10, Ch. 5] suggests multi-
plication factors of 1.25 and 1.5 for uncooled and cooled blades, respectively.

The blade bulk temperature is set equal to the adiabatic wall temperature (Ty,). The
recovery factor for air is estimated to be 0.89. For the rotor blade, T,,, is calculated based
on the total temperature in the relative reference frame.

Two methods are implemented to calculate the number of blades in a row. The first
method is based on the methodology of Becker et al. [7]. In this case, the number of
compressor blades is determined based on a calculated blade solidity. Blade solidity
(op1) is defined as

Ol = Cax/ P (7.1)

where the variable p is the pitch between adjacent blades. oy, is determined as a func-
tion of the De Haller number (DH) and the diffusion factor (DF) at the blade root and tip.
Subsequently, the value of oy, that results in the minimum number of blades is selected.
The number of blades is computed by dividing the circumference at which oy, is defined
by the value of p, rounding to the next integer. The number of turbine blades in a row
is determined according to the method of Ref. [7] as a function of blade angles, c,xm,



7.2. METHODOLOGY 177

and the Zweifel coefficient (ZW). The second method allows the direct specification of
solidity values at the meanline radius of the stator and rotor blades of both compressors
and turbines.

DisK DESIGN

The purpose of a disk is to hold the blades in place and transfer torque to the shaft. Two
different disk types are implemented in WEST. These are 1) the web disk (Fig. 7.5), and 2)
the ring disk (Fig. 7.6). A disk is geometrically divided into 6 sections, each defined with
aradius and a thickness.
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Figure 7.5: Sketch of a web disk indicating major di- Figure 7.6: Sketch of a ring disk indicating major di-
mensions. mensions.

The disk design procedure is coupled with a gradient-based optimizer to find the ge-
ometry that minimizes disk mass while fulfilling mechanical design criteria. To reduce
the number of optimization variables, simplifications are applied to the disk geometry.
These simplifications are based on recommendations outlined by Lolis [2] and Tong et al.
[5], and are detailed in Ref. [13]. For both disk types, the assumption is made that the
disk includes the volume and mass of the blade platform and root. The same approach
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is applied in the work documented in Ref. [2]. Therefore, the radius rg and the blade hub
radius (ryyp) are set equal. This is contrary to the approaches chosen by Tong and Naylor
[6] and Becker et al. [7], where the blade root is modeled [7] or estimated based on em-
pirical correlations [5]. In the case of the ring disk, all thicknesses are taken to be equal
to the blade axial chord at the root. Furthermore, besides rg only the disk bore radius
(r1) is required to define the disk geometry. In the case of the web disk, the number of
geometrical variables is reduced to five, which are the radii r1, 1, g, and the thicknesses
1, and t;. Additional constraints are applied to the minimum value of the rim thickness
(hyim = 16 — 15) if bladed disks or disks of single-stage fans are modeled. A summary of
the required input data for disk modeling is given in Tab. 7.3.

Table 7.3: Input parameters for disk design.

Category Input Parameter Symbol Units
Temperature rim T, K
Performance perature i 6
Temperature bore Th
Radius section 1 r m
Geometry . .
ring disk Radius section 6 Ts m
8 Thickness section 6 tg m
Radius section 1 N m
Radius section 2 T m
Geometry ) .
. Thickness section 2 1 m
web disk . .
Thickness section 4 1y m
Thickness section 6 Is m
Rim stress Orim Pa
Mechanical Yield criterion SFy -
Burst criterion SFy -
Radial temp. dist. - -
Material - -

The stress analysis considers axial, radial, tangential, and thermal expansion stresses.
Details on the mathematical procedure are provided in Ref. [13]. The optimization vari-
ables employed to minimize disk mass are the geometrical variables reported in Tab. 7.3.
Two optimization constraints are employed to ensure mechanical integrity. These are
the burst criterion and the yield criterion. The burst criterion ensures sufficient safety
margin to bursting of the disc due to overspeed (SF). In WEST, the definition reported
in Ref. [10, Ch. 5] is implemented

Nburst Outs
— = — > SFy, (7.2)
Nma.x U‘P b

where Ny is the burst speed, Ny oy is the maximum allowable operating speed, 0 s is
the ultimate stress of the material evaluated at the average disk temperature, and G is
the area-averaged tangential stress. Grieb [10, Ch. 5] suggests a value of SF}, in the range
of 1.25 to 1.30 for disks of gas generators, and a value in the range of 1.40 to 1.50 for disks
of free power turbines.
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The yield criterion ensures sufficient safety margin to low-cycle fatigue (SFy). Grieb

[10, Ch. 5] shows that for a typical cycle number of 10* and common disk materials
fatigue stress equals approximately the material yield stress (oy). The yield criterion is

defined as
Oy
> SF

O e, max y 73
where 0¢ may is the maximum von Mises stress that occurs at the disk bore radius (). oy
is evaluated based on the temperature at the same position. In Tong et al. [5], a value of
SFy = 1.1is suggested.

To account for temperature effects on material properties and stress, WEST provides
three different temperature distributions along the disk’s radial direction. In the case
of compressor disks, a constant temperature equal to the adiabatic wall temperature of
the rotor blade is applied along the disk radius. In the case of turbine disks, a linear
or a quadratic distribution can be selected. The linear temperature profile is proposed
by Ref. [14, Part B, Ch.4] and applies the compressor discharge total temperature at the
disk bore and the turbine rotor blade adiabatic wall temperature at the disk rim. The
quadratic temperature profile is a model developed by Grieb [10, Ch. 5], based on statis-
tical data.

CASING DESIGN

The casing consists of the outer shell of the gas path and is the attachment point of stator
blades. It must be able to withstand high pressures and contain blade fragments in case
of blade failure. Table 7.4 gives the required input parameters for casing design. The
inner contour of the casing is defined by the blade radii at the stage inlet (rpax in), inter-
stage (I'max,inter), and stage exit positions (rmaxeut)- The casing thickness is calculated on
a stage-by-stage basis employing the semi-empirical method presented by Bretschnei-
der et al. [15]. This method considers requirements for pressure and blade containment.
The thickness necessary to contain blade failure is a function of the kinetic energy of a
single-blade fragment (Ey, 1)) and material yield strength. Eyinp is determined based
on the mass of the rotor blade (71p),4¢), its centroid radius (), and the shaft rotational
speed (N). The thickness required for pressure containment is a function of maximum
static pressure occurring along the stage (pmax) and material yield strength. By default,
a safety factor against plastic deformation (SFy) of 1.1 is applied. Material properties are
evaluated at the adiabatic wall temperature calculated based on stage inlet conditions
and assuming a recovery factor for air of 0.89.

FAN DESIGN

The design procedure of single-stage fans differs from multi-stage compressors in that
the gas path is split after the rotor into a core and a bypass channel. The design of the
fan rotor and stator blades, disk, and casing follows the same methodology as outlined
in the preceding sections. Additionally, the fan component includes the design of the
spinner. Figure 7.7 shows a sketch of the singe-stage fan including the disk, the casing,
and the spinner. The design incorporates separate stator rows for the core and bypass
streams, highlighted in blue.
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Table 7.4: Input parameters for casing design.

Category Input Parameter Symbol Units
Total temperature at stage inlet Tii K
Static temperature at stage inlet Ty K
Performance . . ’
Static pressure at stage inlet pi Pa
Shaft speed N rpm
Stage inlet outer radius Tmax,in m
Geometry Inter—stage outer raQius Tmaxinter ~ M
Stage exit outer radius Tmaxout M
Blade centroid radius Tet m
Material - -
Mechanical
Safety factor SF -

The core and bypass channels are divided by a splitter. The radius of the splitter
leading edge (Fsplitter) is calculated, to a first approximation, as

_ Meore 2
Tsplitter = \/prn Vot + T ore,hub’ (7.4)

where ri1g, e is the core mass flowrate, p,, is the rotor meanline air density, Vi, is the rotor
meanline velocity, and r¢ore hub i the hub-radius at the inlet of the core channel. rcore hub
is set equal to the rotor blade trailing edge hub radius. The distance of the core and by-
pass stator leading edges to the splitter leading edge (I, I3) is determined by multiplica-
tion of the non-dimensional gap parameters gcore,stator A1d Zhyp stator With the height of
the inlet of the respective channel (h¢gre, fibyp)- 8core,stator AN Gbyp,stator ar€ required user
input. The gap between the rotor trailing edge and the splitter leading edge (I;) is deter-
mined based on the row gap parameter defined in Section 7.2.1. The height of the core
and bypass stator blade leading edges is determined based on mass conservation and
assuming Vy, as the inlet speed. The splitter angle (@spiiter) is set to 15 deg by default.
This method assumes a free vortex design where the value of 1, is equal along the rotor
blade trailing edge. However, this results in a very low value of the degree of reaction at
the hub of the rotor blade, which leads to very large blade angles and absolute velocities.
Furthermore, fan stages are usually designed for axial inflow and axial outflow. This de-
sign feature cannot be fulfilled using the current design method for sizing the gas path of
axial turbomachines. Therefore, while the procedure can define a suitable gas path for
the fan stage, it does not result in realistic blade angles and the identified value of Dgpjjer
should be seen as a guess value as it is not calculated with the correct value of V,,, at the
core channel entry. Nevertheless, as shown in Section 7.3 the current method can repro-
duce the geometry of an existing fan. The impact of wrong blade angles on blade mass
is found to be marginal.

The spinner is modeled as a cone. Its outer diameter is set equal to the rotor blade
hub diameter (7 hub) at the leading edge. The cone angle is set equal to the angle of
the rotor blade hub contour, in case the resulting spinner length (lspinner) is below or



7.2. METHODOLOGY 181

equal to 1.5 times the fan hub axial chord (cayhub)- If Lspinner > 1.5Cax hub» then lypinner is
set to 1.5¢,x hup. The value of 1.5 is derived from measurements of spinner geometries
of various turbofan engines. According to Lolis [2] a spinner wall thickness of 5 mm is
suitable.
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Figure 7.7: Sketch of the fan including spinner, casing, and disk, as well as indicating major dimensions.

7.2.2. RADIAL TURBOMACHINERY DESIGN

The radial turbomachinery design module can model single or multi-stage radial com-
pressors. A radial compressor consists of the impeller, the diffuser, and the casing. Split-
ter blades are optional. In the case of multi-stage configurations return channels are
modeled. As for axial turbomachines, the design procedure consists of four steps: 1) gas
path design, 2) blade design, 3) impeller design, and 4) casing design.

GAS PATH DESIGN

The gas path design procedure determines the dimensions of the flow channel and the
blades and is based on the procedure detailed in Ref. [16]. Figure 7.8 gives an overview
of the gas path and the main components of a radial compressor. Table 7.5 lists the
required input data. In case no isentropic efficiency is provided, its value is evaluated
based on the loss models presented in Ref. [16]. In case splitter blades are included,
the ratio of splitter blade length to gas path length (Ilspiier) needs to be specified. The
impeller shape factor (k) relates the hub diameter (D, },) to the tip diameter (D, ) at the
inlet of the impeller. Based on k and the duty coefficients the velocity triangles at the
meanline radius of the inlet section and at the outlet of the impeller are determined.
The thermodynamic properties at the outlet of the impeller and diffuser are calculated
assuming that the working fluid behaves as an ideal gas. The diffuser can be of the vaned

D . .
DZ: ) and the vaned diffuser exit

. . D: . . . .
diameter ratio (D—j) are not specified, these ratios are determined based on regression of
2

or vaneless type. In case the diffuser inlet diameter ratio (
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Table 7.5: Input parameters for the gas path design of radial compressors.

Category Input Parameter Symbol Units
Mass flow rate m kg/s
Pressure ratio I -
Performance Rotational speed N rpm
Inlet total pressure Ptin Pa
Inlet total temperature Tt in K
Isentropic efficiency Nis
Flow coefficient [0)
Duty Coefficients Work coefficient 14
Degree of reaction r
Working fluid Sp(?mﬁc gas §0nstant Rg J/kg/K
Ratio of specific heats Y -
Rotor inlet flow angle a
Impeller shape factor k
Geometry Splitter length ratio Ksplitter
Vaned diffuser exit diameter ratio g—z
Diffuser inlet diameter ratio DD—ZZ'S

statistical data provided in Ref. [10, Ch. 5]. The resulting equations are

DZ,S
D, - 1.05 (7.5)
and
D3
=2 = (1.575 - 0.05I1). (7.6)

D,

Due to a lack of data, the same equations are applied to the vaneless diffuser design.
This simplification is expected to have a minor impact on mass estimation. Typically, the
vaneless diffuser dimensions are determined based on energy conservation to obtain a
desired exit static pressure. The gas path contour of the impeller hub and tip is generated
using a set of Bezier curves based on four control points similar to the method described
by Smith and Merryweather [17].

BLADE DESIGN

The blade design procedure determines the blade angle distribution along the impeller
gas path, the number of blades, and the rotor and stator blade thicknesses. Mechanical
analysis of the blades is not conducted and they are sized based on empirical correla-
tions. No dedicated inputs are required for the blade design procedure.

The velocity triangles at positions other than the meanline are calculated based on
the free vortex assumption. The blade angle distribution along the hub (8, ), the mean-
line (B x), and the tip (B ) are defined by sets of Bezier curves using four control points
that are equally spaced and of which two are located at the inlet and exit of the gas path.
The number of rotor blades is calculated according to Ref. [18] as a function of the blade
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Figure 7.8: Sketch of a radial compressor connected to a reverse flow combustor indicating major components
and dimensions.

angles at the impeller inlet and outlet, and the diameter ratio DD—lz‘t. The number of dif-
fuser blades equals the number of rotor blades plus eight. This is to avoid resonance
phenomena as described by Aungier [16]. The thickness of the rotor blades linearly in-
creases along the meridional channel. The inlet (#y);) and outlet thicknesses () are
determined as a function of blade height at the respective location based on data pre-
sented in Ref. [19]. The thickness of the diffuser blades follows the distribution suggested

by Aungier [16]. The maximum blade thickness equals f ».

Di1sK DESIGN

The purpose of the disk is to hold the blades in place and to transfer the torque to the
shaft. Two radial disk types are implemented in WEST as shown in Fig. 7.9. Table 7.6
gives the required input data. Contrary to the design of axial disks the blade root stress is
not an input but is calculated as part of the radial disk design routine. The main dimen-
sions defining a radial impeller are the hub radius at the inlet (D, 1, /2), the tip radius at
the inlet (D; /2), the tip radius at the outlet (D,), the impeller axial length ratio (L, /D),
and the shape of the impeller flow path along the hub and tip that is defined by the vec-
tors Dy, x and D «.

The radial disk design procedure is coupled with a gradient-based optimization al-
gorithm to determine the disk geometry that yields minimum mass while fulfilling the
mechanical design criteria. The same criteria as for the axial disk design are applied (see
Section 7.2.1). For this purpose, a set of geometrical constraints detailed in Ref. [20] are
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Figure 7.9: Sketch of the radial disk types A and B indicating major dimensions.
Table 7.6: Input parameters for radial disk design.
Category Input Parameter Symbol Units
Total gas temperature impeller inlet Tiq K
Performance Total gas temperature impeller exit Tip K
Rotational speed N rpm
Disk type - -
Impeller hub radius at inlet Dh1/2 m
Impeller tip radius at inlet Dy1/2 m
Impeller tip radius D, /2 m
Rotor blade tip radius at impeller inlet D¢/2 m
Impeller axial length ratio Lo -
Geometry p g D,
Rotor blade thickness impeller inlet Ipl,1 m
Rotor blade thickness impeller exit Tpl,2 m
Number of rotor blades Tp] -
Impeller flow path shape along the hub Dy x m
Impeller flow path shape along the tip Dy m
Blade angle distribution along the flow path Bx °
Yield criterion SFy -
Mechanical Burst criterion SFy -

Radial temp. dist. - -
Material - -
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Ring segment

Figure 7.10: Discretization of the radial impeller into ring segments.

imposed.

A novel algorithm developed by Verweij [20] is used for disk stress analysis. This
method extends the stress analysis procedure explained in Ref. [21] by including the ef-
fect of thermal stresses. For this purpose, the geometry of the impeller is discretized into
ring segments as shown in Fig. 7.10. Under the assumption that each segment covers a
single radially aligned blade, its width is determined by dividing the perimeter based on
the element radius with the number of rotor blades (7). Since the actual blades are not
radially aligned, a corrected blade thickness is determined. Its value is a function of the
thickness distribution and the blade angle distribution (fy) of all blades crossing the re-
spective segment. This corrected thickness is applied to the radial blades used for stress
analysis. For each ring segment, a linear system of equations is formulated, accounting
for the balance of forces and moments, as well as the displacement in the radial direction
and the deformation of the ring element. This system of equations is evaluated for each
element starting from the hub and going to the tip of the impeller. Boundary conditions
for forces and moments at the impeller hub and tip need to be prescribed. The solution
of this boundary value problem does not require iteration. The radial temperature dis-
tribution is assumed to be constant and equal to the air inlet total temperature between
the radii r; and D ;,/2 and to increase linearly between the radii Dy , /2 and D, /2 to the
value of the air exit total temperature. No data on the radial temperature distributions of
radial impellers was found in the literature. The mathematical details of the procedure
sketched in the preceding paragraph are given in Ref. [20]. Application of this method
for the design of axisymmetric disks of axial turbomachines is possible and can reduce
computational time due to its non-iterative nature.

RETURN CHANNEL DESIGN

Return channels guide the flow between stages in the case of multi-stage radial com-
pressors. The channel incorporates vanes to achieve a desired flow angle at the outlet
(B2). Figure 7.11 provides a sketch of a multi-stage compressor indicating the main di-
mensions of the return channel and Tab. 7.7 gives the required input parameters. The
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design procedure of the return channel is a simplified version of the procedure outlined
in Refs. [22, 23].

The inlet and outlet meanline radii and heights are given by the compressor stages
that the channel connects to. Following design guidelines of Aungier [22], 8, is set equal
to the inlet absolute flow angle of the downstream compressor, and the vane inlet angle
(By) is set equal to the diffuser outlet angle of the upstream compressor. Furthermore,
the radius r; is set equal to 1.5 times the inlet channel height (h;), and the radius r,
is set equal to the outlet height of the return channel (h,). The vane inlet and outlet
heights (h;, h,) are calculated based on the conservation of mass. The vane profiles are
generated with the same procedure applied to model diffuser blades and outlined in Sec-
tion 7.2.2. The number of vanes is equal to the number of impeller blades of the down-
stream compressor incremented by one. The wall thicknesses are determined based on
the same procedure outlined in Section 7.2.1.

Ty
= " f
< K 77X e Table 7.7: Input parameters for return channel.
Category Input Parameter Symbol Units
- Performance Adiabatic wall temperature Taw K
Vanes [ Inlet static pressure 2 Pa
hil Mean radius inlet Tm,in m
Inlet duct height hin m
Mean radius outlet Tm,out m
r Outlet duct height hout m
. 2 Geometr Inlet bend radius r m
\ ¥ Vane inlet duct height hy m
. )/ 2 Outlet bend radius I m
b QO Vane outlet duct height hy m
| h2 Vane inlet blade angle B °
» 5 Vane outlet blade angle B °
<
. Material -
Mechanical Safety factor SF

Figure 7.11: Sketch of a two-stage radial compressor
indicating the main dimensions of the return channel.

CASING DESIGN

The casing of the radial compressor forms the outer shell of the radial compressor gas
path. Its purpose is to guide the flow, withstand pressure, and contain debris of rotor
blades in case of failure. As shown in Fig. 7.8 the casing is divided into three sections: 1)
the impeller casing, 2) the diffuser casing, and 3) a 90-degree bend which is required to
connect to downstream components. The thickness of the impeller casing is determined
based on the same pressure and blade containment requirements applied for the sizing
of the casing of axial machines (see Section 7.2.1). The thickness of the diffuser casing
and the 90-degree bend are determined based on the pressure containment requirement
only.

VALIDATION
The developed stress analysis procedure is validated by comparison with the results of
a FEM model of a radial compressor similar to the one presented by Giuffre’ et al. [24].



7.2. METHODOLOGY 187

The same geometries and mechanical boundary conditions are applied to both models.
Furthermore, the temperature distribution resulting from the FEM model is extracted
and used as input for the procedure implemented in WEST. Figures 7.12 and 7.13 give an
overview of the von Mises stress distribution within the impeller as calculated with WEST
and resulting from the FEM simulation, respectively. In the case of the WEST, which only
employs a one-dimensional discretization, the stress contours are extrapolated from the
resulting stress values at the front and back sides of the impeller. Nevertheless, the sim-
plified method implemented in WEST can accurately predict the locations of minimum
and maximum stresses. A comparison of the resulting von Mises stress along the disk
front and back sides is presented in Fig. 7.14. Despite the lower fidelity when compared
to the three-dimensional FEM, WEST can capture the main stress distribution reason-
ably well. Discrepancies are mainly observed in the disk bore region at the front side and
the disk tip at the backside.

von mises stress

stress [Mpa]

~0.015 -0.010 ~0.005 0.000

Figure 7.12: Contour plot of the impeller von Mises stress dis-  Figure 7.13: Contour plot of the impeller von
tribution calculated with WEST. Mises stress distribution as calculated with the
FEM model.

7.2.3. COMBUSTOR DESIGN
The combustion chamber (CC) design procedure conducts the sizing of the combustor
casing and flame tube. Two combustor designs are implemented: 1) an axial flow annu-
lar combustor model which is based on the methods of Refs. [4, 7], and 2) a reverse flow
combustor model which is based on the method of Ref. [25]. Figure 7.15 and 7.8 show
the schematics of the annular and reverse flow combustor, respectively. Table 7.8 lists
the required input parameters. The design of both combustor types requires knowledge
of the compressor exit meanline radius (7, jn) and channel height (h;,), and the turbine
inlet meanline radius (1, oyt) and channel height (Aqy).

In the case of the annular combustor, the length of the combustor (I..) is by default
determined as the product of a flow residence time of 5 ms and a reference speed (Vief).

Vief is determined as
Vief = V0.006RTy, (7.7)

where R is the specific gas constant of the exhaust gas and 7} is the static turbine in-
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Figure 7.14: Comparison of the von Mises stress distribution along the front and back sides of the disk resulting
from the FEM analysis and the procedure implemented in WEST.

Table 7.8: Input parameters for combustor design.

OUTER CASING  LINER Category Input Parameter Symbol  Units
DUMP DIFFUSER P % Air mass flow rate m kg/s
PRE-DIFFUSER bCC Performance Fuel mass flow rate Miyel kg/s
e Outlet total pressure Ptout Pa
T INNER Outlet total temperature T oy¢ K
< CASING . . Specific gas constant Ry J/(kgK)
Working fluid . X
laa lex Ratio of specific heats Y -
=
£ lec % Inlet mean radius Tm,in m
S < Outlet mean radius Tm,out m
Inlet channel height hin m
Geometry Outlet channel height hout m

Figure 7.15: Sketch of annular combustor including Reverse CC height ratio K B}

major dimensions. Reverse CC length ratio Kee -
Reverse channel ratio krey -
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let temperature. Becker et al. [7] evaluate this equation using the compressor exit static
temperature (73) instead of T,. However, as shown in Section 7.3 combustor length is un-
derpredicted when using T3. The required cross-sectional area of the combustor (A.) is
evaluated based on the thermodynamic properties at the combustor exit and V,e;. Sub-
sequently, the width of the combustor (b..) is determined based on A and at the radius
Imin*lmout e length of the combustor dump diffuser (l44) is taken to be a quarter of
l.c and the combustor exit channel length (ley) is one-third of /... The width of the liner
is taken to be 60% of b..

Contrary to the annular combustor design procedure, the geometry of the reverse
flow combustor is determined using geometrical ratios specified as inputs by the user.
The annular casing height (h..) is determined by specifying the combustor height ratio
ky = — M The value of h. in combination with the combustor total length ratio

rm m - rm out
(kee = CC) and the reverse channel length ratio (kyey, = “’V), allows the evaluation of
the combustor total length (I..) and reverse channel length (lrev), respectively. The liner
width (Ayiner) is calculated as
Miner = hee — 3Min, (7.8)

and the combustor mean radius (rp, ) is defined as

"m,cc = 'm,in — cc/z- (7.9)

The de-swirler length /4 is set to prevent geometrical interference with the radial com-
pressor stage as
laes = lrey — 1.5Rjp. (7.10)

In the case of both the annular and reverse flow combustor, the thickness of the inner
and outer casing is determined based on pressure containment considerations as de-
scribed in Section 7.2.1. Steel is assumed as the combustor material and a yield strength
of 480 MPa is selected. The flame tube thickness is set to 1.5 mm. The weight of the in-
jector and dome assembly is evaluated with the empirical correlations given in Ref. [4].

7.2.4. SHAFT DESIGN

Shafts are used to transmit power from the turbine to the compressor and accessory
drives. The method to predict shaft dimensions is largely based on the work of Becker
et al. [7]. The shaft is split into three sections as shown in Fig. 7.16. Section 1 connects
the shaft to the last compressor disk. Section 3 connects the shaft to the first turbine disk.
Table 7.9 reports the required input data. The user must provide the radius of Section 2
(r2). The radii r; and r3 define the connection points with the compressor and turbine,
respectively. By default, r, is set to 75% of the last stage compressor hub radius, and r3 is
set to the bore radius of the first stage turbine disk, or in case this value is lower than r,, r3
is set equal to ;. A default value of 60 deg is applied to the cone angles of Sections 1 (a;)
and 3 (a3). In case r3 = ry, a3 is set to zero. The total length of the shaft (I,) is defined as
the difference between the coordinates x; and x3, which define the connection points to
the compressor and turbine, respectively. The material thickness of each section (#;, ,,
13) is determined based on stress analysis and a safety factor (SF) that relates material
yield stress to the maximum von Mises stress (see Ref. [7]). A default value of 1.1 is set
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for the safety factor and a minimum material thickness of 2 mm is applied. The applied
torque and axial force are inputs and result from the compressor and turbine design.
The temperature dependency of the material properties is considered. The temperature
of shaft Section 1 is set equal to the hub temperature of the compressor disk to which
it is connected. The temperature of shaft Section 3 is set equal to the prevailing disk
temperature at the connection point r3. The temperature of shaft Section 2 is the mean
of the temperature evaluated at Sections 1 and 3.

Table 7.9: Input parameters for shaft design.

ls n Category Input Parameter Symbol Units
lo Power w w
™ Speed N rpm
= -+~ Performance Axial force Fuy N
Temperature of Section 1 T K
~ /T/ Temperature of Section 3 T3 K
~ + 3]
3 3 Inner radius Section 1 r m
— ~ | - Inner radius Section 2 ) m
& = = Inner radius Section 3 r3 m
! ! Geometry Axial location Section 1 X1 m
Ty 3 Axial location Section 3 X3 m
Cone angle Section 1 a °
Figure 7.16: Sketch of the shaft including major di- Cone angle Section 3 as °
mensions. -
Mechanical Material .
Safety factor SF

7.2.5. DUCT DESIGN

Ducts are the flow passages that connect turbomachines. A duct consists of two concen-
trically arranged conical structures as shown in Fig. 7.17. Table 7.10 gives the required
input parameters. The inlet and outlet meanline radii (1 in, 'm,out) and channel heights
(Rin, hout) are provided by the turbomachinery design. Furthermore, either the length of
the duct (Iq,¢) or its flare angle (aquct) needs to be provided. The thickness of the inner
and outer walls (f;, ) is determined based on the pressure containment requirement
that is also employed for casing sizing (see Section 7.2.1). Therefore, the static pressure
at the inlet of the duct (py,) is required. The material yield strength is evaluated based on
the adiabatic wall temperature (T,,,) at the inlet of the duct. For this purpose, a recovery
factor for air of 0.89 is assumed. A default value for the safety factor (SF) relating mate-
rial yield strength to the von Mises stress of 1.1 and a minimum wall thickness of 1 mm
is applied.

7.2.6. FRAME MASS
A frame is a structural component that holds the engine shafts and transmits the pro-
duced thrust to the airframe. The frame consists of struts that support the bearing cham-
ber. These struts are aerodynamically shaped and located in the connection ducts be-
tween LPC and HPC, and HPT and LPT. Figure 7.18 depicts a possible arrangement of
the forward and reward frames of a direct-drive turbofan engine.

The mass of the frame is estimated based on empirical correlations derived by Onat
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Table 7.10: Input parameters for duct design.

: fm Category Input Parameter Symbol Units
""""""""""""""" j g Adiabatic wall temperature Ty K
,,,,,,,,,,,,,,,,,,, < Performance .
A=t Inlet static pressure P Pa
. Mean radius inlet Tm,in m
] g Mean radius outlet Tm,out m
& & Geometr Channel height inlet hin m
i y Channel height outlet hout m
Channel length lduct m
Flare angle @ duct °
Figure 7.17: Sketch of the duct including major di- Material _
mensions. Mechanical Safety factor SF

and Klees [4]. They present correlations for four different types of frames. These types
are distinguished by their location in the engine, the number of bearings, and if they
allow for power off-takes. The available types are 1) single fixed-bearing frame without
power off-take, 2) single fixed-bearing frame with power off-take, 3) single loose-bearing
turbine frame, and 4) dual fixed/loose-bearing frame or intermediate single loose-bearing
frame located below the combustor.

The frame model requires as input the frame type and the maximum radius of the
turbomachine it supports. The methodology of Onat and Klees [4] is not clear which
radius to take in case the frame supports two turbomachines. Furthermore, the cor-
relations they developed are based on turbojet and low-bypass ratio engine data. No
suitable frame type is provided that matches the architecture of the forward frames of
high-bypass ratio engines. A possible solution can be to use one Type 1 frame to support
the fan and LPC and one Type 2 frame for the HPC.

7.2.7. GEARBOX MASS

Turboshaft and turboprop engines employ reduction gearboxes to drive a load. In WEST
three methods are implemented that use empirical correlations to estimate gearbox mass.
All methods relate gearbox mass to power, and input and output speed. The method of
Grieb [10, Ch. 5] additionally requires the gas generator mass as an input. The methods
of Hendricks and Tong [26] and Brown et al. [27] are both based on a similar database
for gearbox masses and include the mass of the lubricant. Additionally, Brown et al. [27]
introduces a factor to take the technology level into account. The method documented
in Ref. [4] is disregarded, as their documentation is unclear whether it requires gearbox
input or output speed as a variable. The applicability of these correlations to gearboxes
of geared turbofan engines is questionable, as they are based on designs for lower power
levels and higher reduction ratios than is the case for turbofan engines. However, Hen-
dricks and Tong [26] used their correlation to estimate the gearbox mass of an open-rotor
engine.

7.2.8. DESIGN POINT SCALARS
Design point scalars enable using a single thermodynamic dataset to design compo-
nents at different operating conditions. This is necessary, as the thermodynamic, aero-
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dynamic, and mechanical design points of the engine can differ. The thermodynamic
design determines the size of the gas path, and for civil turbofan engines, it is often deter-
mined at the top-of-climb (TOC) operating point. The aerodynamic design point relates
to the aerodynamic design of the turbomachines. To achieve optimum efficiency the
aerodynamic design point of the turbomachines of civil turbofan engines is often cruise.
The mechanical design point corresponds to the operating point where the highest tem-
peratures and shaft speeds are encountered. For a civil turbofan engine, this occurs at
the rolling-take-off (RTO) operating point. Since the purpose of the current version of
WEST is not to provide estimates of turbomachinery efficiencies, the aerodynamic de-
sign point is disregarded.

WEST requires as input engine cycle data at the thermodynamic design point to size
the gas path. Design point scalars (S) are used to enable the design of the mechanical
components (mechanical design point) using the same thermodynamic dataset. These
scalars relate conditions at the mechanical design point to those at the thermodynamic
design point. Three scalars are employed in WEST: 1) a temperature scalar, 2) a speed
scalar, and 3) a power scalar. The scalars are defined as S = k]:::i‘o , where k is the respec-
tive property at the mechanical or thermodynamic design point. The values of these
scalars must be determined from engine performance simulations. The scalars are pro-
vided with the thermodynamic dataset of the thermodynamic design point to compo-
nents designed at the mechanical design point. The required properties at this design
point are obtained by multiplying the scalars with the respective properties of the ther-
modynamic dataset.

7.2.9. MATERIAL DATABASE

WEST includes a material database consisting of commonly used materials for the de-
sign of gas turbine engines. Table 7.11 shows the available materials in the database and
Tab. 7.12 gives an overview of the stored material properties. Temperature-dependent
data is available for most materials.
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Table 7.11: Available materials

Table 7.12: Material properties accessible through the WEST material

in the database of WEST. database.
Category Designation Tem
p- .
Stecl 17-aPH Property dependency Symbol Units
alloys AISI 4340* 5
Ti17 Density No 0 kg/m
Titanium Ti-6242 Young’s Modulus ™ Yes E Pa
alloys Ti-6Al-4V Ultimate tensile strength Yes Outs Pa
Yiel h Y P;
HASTELLOY S Plef d swength Yes % :
Nickel base ~ INCONEL 600 oissons ratio . es v .
alloys INCONEL 718 Coefficient of thermal expansion Yes a K
NIMONIC105  Thermal conductivity™ Yes k W/mK
CMSX-4 Specific heat Capacity* Yes c J/kgK
Single crystal ~ CMSX-10 * Not available for single crystal alloys.
alloys TMS-196
TMS-238

* Temperature dependency
not accounted for.

7.3. RESULTS

This section presents the initial results of applying WEST to model a two-spool direct-
drive turbofan engine. The sizing of the CFM56-7B engine is taken as the test case. A
thermodynamic model of the engine is generated and used as input for WEST. Geomet-
rical design variables, such as blade aspect ratios and row and stage gaps, are selected
to match the geometry of the CFM56 engine. Subsequently, the resulting component
masses are compared with data obtained with the WATE++ code for the same engine.

Fwd Frame Rwd Frame
FAN I, I,
CcC
LPC HPC o [PT
/ HP Shaft
LP Shaft

Figure 7.18: Mechanical configuration of a direct-drive turbofan engine. The forward (fwd) frame supports
the high-pressure (HP) and low-pressure (LP) shafts via two fixed-bearings indicated with filled circles. The
rearward (rwd) frame supports the HP and LP shaft via loose-bearings indicated with filled rectangles.
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7.3.1. WEST SETUP

Figure 7.18 shows a schematic of the mechanical configuration of this engine. The gas
generator consists of the high-pressure compressor (HPC) that is driven by the high-
pressure turbine (HPT) via the high-pressure (HP) shaft. The fan (FAN) and the low-
pressure compressor (LPC) are driven by the low-pressure turbine (LPT) via the low-
pressure (LP) shaft. All turbomachines are of the axial type and the combustor is of the
axial flow annular type. The forward frame is modeled using two single frames, one of
Type 1 and one of Type 2, as suggested in Section 7.2.6.

A thermodynamic model to predict the performance of the CFM56 engine during
on-design and off-design operations is set up using the modeling software GSP [28].
The turbomachine off-design performance is computed using generic turbomachinery
maps provided within GSP. The thermodynamic design point is at TOC at an altitude of
11 km and a Mach number of 0.78. The mechanical design point is at RTO at sea level
conditions and a Mach number of 0.3. According to published data at sea-level-static
(SLS) conditions the engine produces 121 kN of thrust, has a high-pressure spool speed
of 15183 rpm, and a low-pressure spool speed of 5380 rpm [29]. The thrust at RTO is cal-
culated by multiplying the SLS thrust with a thrust lapse value of 0.77. The thrust lapse
is determined using the method presented in Ref. [30]. Assuming that the engine oper-
ates on an Airbus A320, the thrust required at the start of cruise (F,,) is approximately
20kN. The thrust at TOC (F;,.) is determined based on the thrust ratio % =1.20. The
value of this ratio is derived based on the requirement to achieve a 1.1% climb gradient
at TOC [10, Ch. 4]. The turbomachinery isentropic efficiencies, the turbine cooling air
requirement, air intake pressure loss, the nozzle discharge coefficients, and mechanical
efficiencies are assumed to be equal to the values suggested for this engine by Kurzke
and Halliwell [14, Part A, Ch. 4]. The simulation of the cruise operation point using
this model results in a thrust-specific fuel consumption approximately 3.5% higher than
published data [29].

The shape of the gas path and therefore the size and mass of the engine highly de-
pend on the selected turbomachinery duty coefficients. Grieb [10, Ch. 5] presents data
for the duty coefficients of the considered turbomachines as a function of entry-into-
service and stage-loading. First estimate values of the load coefficients () and flow co-
efficients (¢p) are set based on these data. Their values are further refined by trial and
error to improve the geometrical similarity of the gas path produced with WEST and the
gas path of the CFM56 engine. The engine design is less sensitive to the value of the
degree of reaction. Therefore, for all turbomachines except for the fan, a value of 0.5 is
adopted. For the fan, a value of 0.75 is used, which, for the selected work coefficient,
results in zero swirl at the exit of the fan stator vanes. The HPT blades are assumed to be
cooled. The number of all turbomachine stages is equal to those of the CFM56-7B. Solid
fan rotor blades are assumed, as it is the case for the CFM56-7B . Appropriate values for
blade aspect ratios, row and stage gaps are obtained by measurements from a CFM56-
7B cutaway drawing [29]. The same values for stator and rotor blade solidity as used for
the WATE++ model of Greitzer et al. [9] are applied. Furthermore, a value of the burst
criterion SF, = 1.46 (see Eq. 7.2) as suggested by Tong et al. [5] and used by Greitzer

! https://www.cfmaeroengines.com/press-articles/tech56-swept-fan-blade-successfully-completes-blade-
out-rig-test/
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et al. [9] is employed. This value is larger than the range specified in Section 7.2.1 and
it is only used for the sake of comparison with the WATE++ results. Furthermore, Tong
et al. [5] do not justify their value of the burst criterion. Therefore, it is recommended to
use the range of values specified in Section 7.2.1 which are based on engine certification
requirements.

Table 7.13 summarizes the required input data, the thermodynamic cycle data at
TOC, the design point scalars relating RTO to TOC conditions at the inlet of the respec-
tive component, the turbomachinery duty coefficients, and the selected materials.

Table 7.13: Input parameters used to model the CFM56 engine in WEST. The symbols 7itip, py,in, and Ty in,
refer to the mass flow rate, total pressure and total temperature at the inlet of the respective component. The
symbols SN, St, and Syy, refer to the design point scalars for speed, temperature, and power, respectively.
Materials are referred to using the designation of the WEST material database.

Category Parameter FAN LPC HPC CC HPT LPT
o 1y (kg/s) 157 26 26 22 22 26
g Pin (bar) 0.34 0.58 1.0 11.0 10.3 2.36
g Toin (K) 243 289 343 717 1450 1040
:é‘ Sn () 1.04 1.04 1.08 - 1.08 1.04
E St (-) 1.27 1.23 1.2 1.17 1.17 1.19
Sy () - - - - 2.85 2.81
oo v 0.5 0.3 0.4 - 1.7 1.9
5 2 ¢ 0.8 0.7 0.6 - 0.5 1.0
© r 0.75 0.5 0.5 - 0.5 0.5
AR first rotor 2.35 2.2 2.6 - 1.8 3.5
AR last rotor - 2.2 1.9 - - 8.0
B AR first stator 2.8/3.2* 2.9 3.6 - 1.1 2.5
g AR last stator - 1.8 1.5 - - 5.0
g taper ratio rotor 0.85 0.8 0.85 - 0.8 0.8
O taper ratio stator ~ 1.0/1.0* 1.0 1.0 - 1.0 1.0
row gap param. 0.25 0.25 0.25 - 0.57 0.5
stage gap param. 0.01/0.5**  0.45 0.45 - 0.57 0.15
Rotor blades Ti-17 Ti-17  Ti-17/Inconel 718 - CMSX-4 CMSX-4
TE Stator blades 17-4PH Ti-17 Ti-17 - Nimonic 105 Nimonic 105
8 Disks Ti-17 Ti-17  Ti-17/Inconel 718 - Inconel 718  Inconel 718
‘E“ Casing 17-4PH  17-4PH 17-4PH 17-4PH Nimonic 105 17-4PH
Shaft - - - - Inconel 718 17-4PH

* The first value is for the core stator and the second value is for the bypass stator.

** Non-dimensional gap parameters of the core (§core,stator) and bypass stator (gpyp stator) leading edges to
the splitter leading edge.

7.3.2. WEST RESULTS

Figure 7.19 shows the design of the engine on the meridional plane resulting from WEST
overlapped with the cutaway drawing of the CFM56-7B engine. Despite the simpli-
fied gas path architectures integrated in WEST, satisfactory geometrical agreement is
achieved for the gas path shape of all components. The fan core channel exhibits poor
matching with the LPC. This is the result of the simplified fan modeling approach, where
the variation of V;,, along the rotor blade is not considered (see Section 7.2.1). Therefore,
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the splitter leading edge radius is underpredicted (see rgpjitter in Fig. 7.7). The combus-
tor length is in good agreement with the actual engine dimensions. Sizing the combus-
tor based on the HPC exit temperature as proposed by Becker et al. [7] and explained
in Section 7.2.3 results in a 30% shorter combustor. It can be further observed, that the
optimized disk shapes of the HPC do not match those of the actual engine. Reasons for
this could be related to manufacturing or assembly aspects that cannot be considered
with the simplified methodology implemented in WEST.

CFM56-7B Cutaway

0.75 A
0.50 A \
0.25 A j

0.00 A

meters

—0.50 ~

—0.75 4

—1.00 +

0.0 0.5 1.0 1.5 2.0 2.5
meters

Figure 7.19: Comparison of the cutaway drawing produced with WEST with the cutaway drawing of the
CFM56-7B engine.

Table 7.14 presents the resulting mass breakdown of the engine designed with WEST
and WATE++ as provided in Ref. [9]. Greitzer et al. [9] do not provide thermodynamic
cycle data and the resulting geometry of the WATE++ model is not known. Furthermore,
only an overview of the used material types is given without specifying the exact alloy.
Similar materials are applied for the WEST model. Additionally, modeling methodolo-
gies and assumptions may differ. These aspects introduce uncertainty in the compari-
son of the results. In general, WEST underpredicts the masses of most components and
the engine total mass is 15% lower than the result obtained with WATE++. This number
doubles to 30% when compared to the published engine dry mass of 2400 kg [29].

A detailed mass breakdown of the turbomachinery components obtained with WEST
and WATE++ is given in Tab. 7.15. The results show that WEST in general underestimates
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Table 7.14: Mass breakdown of a turbofan engine
with similar specifications to a CFM56-7B engine mod-
eled with WEST, and compared with data presented in
Ref. [9] using the WATE++ program.

Component WATE++ WEST Delta

Fan (kg) 494 512 4%
LPC (kg) 97 77 -21%
HPC (kg) 184 101 -45%
CC (kg) 107 102 -5%
HPT (kg) 160 134  -16%
LPT (kg) 307 225 -27%
HP Shaft (kg) 11 6 -46%
LP Shaft (kg) 67 20 -70%
Ducts (kg) 30 8 -73%
Frames (kg) 145 205 41%
Accessories (kg) 317 285 -10%
Other (kg) 40 - -
Total (kg) 1959 1675 -15%

blade masses. This is expected due to the different approaches of blade mass accounting
implemented in WEST and WATE++. In WATE++ blade mass includes the mass of the
airfoil, the platform, and the root and is estimated using the method of Ref. [4]. This
method uses an empirically determined blade volume factor (K) that relates the blade
height (hy,)) and aspect ratio (AR) to the combined volume of the airfoil, the platform,
and the root (V) according to the following equation

_Kth,l

b= s (7.11)

The product of 4, and the blade material density yields its mass. In contrast, the blade
mass estimate of WEST only relates to the airfoil mass, and the blade platform and root
masses are considered to be part of the disk mass (see Section 7.2.1). The observed error
in blade mass estimates can also be due to different design assumptions in WEST and
WATE++. For example, the overestimation of LPT stator and rotor blades might be due
to too large values for the thickness-to-chord ratios. Similar reasoning may apply to the
fan rotor blades. The mass of the fan rotor blades is overestimated with WEST, especially
when considering that only airfoil mass is included. Fan stator mass is highly underes-
timated when compared to WATE++. The mass estimate of WATE++ seems to include
masses of structural struts placed in the bypass duct. This hypothesis is supported by
the high value of K for the fan stator reported by Greitzer et al. [9]. Given the difference
in blade mass estimation methods, comparing the combined blade and disk mass seems
most appropriate. This comparison results in errors ranging from -10 to 10% for the FAN,
LPC, HPT, and LPT and of -36% for the HPC if compared to the WATE++ results.
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The same disk modeling methodology is applied in WEST and WATE++ and differing
modeling assumptions may cause the observed discrepancies. For example, as previ-
ously mentioned differences in blade modeling impact the comparability of the results
obtained with WEST and WATE++. Similarly, the geometrical simplifications applied to
the disk design and assumptions regarding disk rim thickness to accommodate for the
blade root can impact the mass estimates. Furthermore, it is not specified what disk
radial temperature distribution is applied in WATE++.

The combined mass of the frames is 41% higher than the mass estimated with WATE++.
It is not specified what frame configuration was assumed for the WATE++ model. In Tab.
7.15, the component labeled Other in the case of WEST refers to the hardware used to
connect stages of multi-stage machines. In the case of WATE++, it is not specified what
component masses are considered.

Table 7.15: Mass breakdown of the LPC, HPC, HPT, and LPT as estimated with WEST and
WATE++ for the CFM56-7B engine. The WATE++ data is taken from Ref. [9].

Component HPC HPT

WATE++ WEST Delta | WATE++ WEST Delta
Rotor blades (kg) 16 6 -63% 13 2 -85%
Stator blades (kg) 22 10  -55% 31 3 -90%
Disks (kg) 85 63 -26% 48 94 96%
Casing (kg) 41 15  -63% 22 35 59%
Other (kg) 19 6 -68% 48 - -
Total (kg) 184 101 -45% ‘ 160 134 -16%
Component LPC LPT

WATE++ WEST Delta ‘ WATE++ WEST Delta
Rotor blades (kg) 11 9 -18% 35 51 46%
Stator blades (kg) 14 15 7% 36 46 28%
Disks (kg) 26 32 23% 81 72 -11%
Casing (kg) 26 17 -35% 54 49 -9%
Other (kg) 19 5 -74% 100 6 -94%
Total (kg) 97 77 -21% ‘ 307 225 -27%
Component FAN

WATE++ WEST Delta |
Rotor blades (kg) 153 149 -3%

Stator blades (kg) 130 55  -58%
Disks (kg) 47 116  147%
Casing (kg) 159 176 11%
Other (kg) 6 - -
Total (kg) 494 512 4% |

Boersma [13] provides an additional example of the application of WEST to model
the gas generator of the Pratt & Whitney PW2037 turbofan engine. A comparison of
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these results with data produced with WATE++ shows that gas generator mass is under-
predicted by 18%. Furthermore, Verweij [20] presents the application of WEST to model
the General Electric T700 and MTU Turbomeca Rolls Royce MTR390 turboshaft engines.
In this case, no component data of the analyzed engines was available. However, WEST
can provide a fairly accurate gas path shape of both engines and the mass estimate is ap-
proximately 30% lower than the published masses of these engines. This accuracy is in
line with that currently achieved for turbofan mass estimation. In the case of turboshaft
engines, the estimation of the masses of the gearbox and accessories, such as the com-
monly employed particle separator, increases the degree of uncertainty further.

Generation of the results presented in this section took approximately 90 seconds
on a single core of an AMD Ryzen 7 PRO 4750U processor. For comparison, the genera-
tion of the engine gas path takes roughly one second. At this point of the development,
the code cannot be parallelized. The disk design procedure takes the longest time and
is driven by the number of discretization points. The presented results use disks dis-
cretized with an equispaced one-dimensional grid of 100 nodes. A grid sensitivity study
has shown no appreciable changes in the results for a finer discretization. A sufficient
grid density is especially important in regions of geometrical discontinuity. This is high-
lighted by results of Ref. [31] that show the grid sensitivity of the computed von Mises
stress distribution to the grid density and node distribution. It is shown, that equispaced
grids require an order of magnitude more nodes to match the results of an unevenly
spaced grid. Gutzwiller and Turner [31] developed the T-AXI disk software that employs
a method with an adaptive grid. Therefore, implementing a more advanced disk stress
analysis algorithm can drastically reduce computational time.

7.4. CONCLUSIONS

This chapter describes the development status of a new component-based engine weight
estimation tool named WEST. A comparison of the mass estimation obtained with WEST
and WATE++ for a direct-drive turbofan engine shows that WEST tends to underpredict
masses. Overall, WEST outputs a total engine mass that is 15% lower than the result
obtained with WATE++.

The largest discrepancies are identified in predicting turbomachinery disk and blade
masses. This may be due to different modeling approaches and assumptions employed
in the two computer programs. In particular, the methods used to model blade masses
differ. An accurate estimation of rotor blade mass is crucial, as it serves as an input for
the design of the disk and the casing. In this respect, further research and development is
required to improve the predictive capabilities of WEST. It is also found that the compu-
tational time needed to conduct a full engine design can be prohibitive when repeated
execution is necessary, as can be the case during optimization studies. This problem
may be circumvented by using WEST to train a surrogate model that could be efficiently
employed as part of a larger simulation framework.

At this stage of the development, WEST incorporates methods to model all major
components of turboshaft and turbofan engines. However, further improvements are
needed to increase the accuracy of estimating engine mass. The following points are
identified for future work:
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* Improvement of the blade design methodology and re-evaluation of the validity
and accuracy of considering blade platform and root mass as part of the disk mass.
Possible methods to consider are the method of Sawyer [32] for the preliminary
design of turbine blade fir-tree attachments, and a more simplified method for
the estimation of blade platform and root size and mass as detailed in the techni-
cal user manual of GasTurb [8]". Furthermore, default values employed for blade
thickness-to-chord ratios should be re-assessed and adapted based on the type of

turbomachine.

* Improvement of the disk design methodology to reduce the needed computational
time. In the case of axial disks adopting the radial disk design routine can reduce
computational time due to its non-iterative nature. Alternatively, implementing
an adaptive grid method, such as the one presented by Gutzwiller and Turner [31],
can improve computational time for both axial and radial disks. Additionally, the
axial disk model implemented in WEST should be compared against results ob-
tained with the T-AXI disk sizing program [31]. Furthermore, the hyperbolic axial
disk type commonly used for high-pressure turbines should be implemented.

* At the moment WEST requires turbomachinery duty coefficients for gas path siz-
ing. The effect these coefficients have on the gas path shape is not immediately
obvious to the user. Therefore, it is recommended to modify the present design
methodology to allow the specification of axial Mach number and hub-to-tip ratio
at the entry of the turbomachine as an alternative method.

* The current version of WEST requires the shaft speed as an input. The shaft speed
influences the diameter of the turbomachines. However, for optimization studies
including engine design, it can be argued that a method enabling the shaft speed
to be automatically determined based on mechanical design criteria is advanta-
geous. Therefore, the implementation of a physics-based method or a method
using a speed scaling parameter that is based on a reference engine design (see
Walsh and Fletcher [33, Ch. 4]) is suggested.

* Improvement of the fan design methodology by adopting a controlled vortex method,
namely a method in which the degree of reaction is controlled along the blade
span, for three-dimensional blade design. This can improve the splitter leading
edge radius estimation and therefore the matching with the LPC. Furthermore, the
assumptions employed for the modeling of the fan disk need to be re-evaluated as
the current results overpredict disk mass when compared to the results of WATE++.

* Currently, WEST requires rotor and stator blade aspect ratios as input. The value
of the selected aspect ratios affects engine length and the masses of multiple com-
ponents such as disks and shafts. Therefore, the predictive capabilities of WEST
can be improved by implementing a semi-empirical or physics-based method de-
termining aspect ratios based on mechanical and aerodynamic design consider-
ations. A first attempt at identifying a relation between compressor rotor blade

2GasTurb Details 6, https://www.gasturb.com/Downloads/Manuals/GasTurbDetails6.pdf, accessed on 17
May 2024
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aspect ratio and work coefficient is documented in the work of Verweij [20]. Alter-
natively, an empirical method can be implemented using data presented in Ref.
[9] relating blade aspect ratios to engine dimensions.

» Extension of WEST with models to predict the size and mass of the inlet, nozzle,
and nacelle, and a method to estimate the mass of lubricants.

The lack of publicly available data on actual engine component masses hinders the
development of accurate mass prediction tools. On that note, large benefits for model
improvement are envisioned from collaboration with engine manufacturers or mainte-
nance, repair, and overhaul (MRO) shops.
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CONCLUSIONS AND
RECOMMENDATIONS

The design of organic Rankine cycle (ORC) bottoming units for aircraft gas turbine en-
gines differs from that of stationary systems due to the trade-off between thermody-
namic benefits on mission fuel consumption and the penalties of increased aircraft mass
and drag. Airborne systems are inherently more complex and face drastically different
and continuously changing environmental conditions compared to stationary systems.
For these reasons, common design guidelines devised for stationary ORC systems no
longer apply, and the optimal design of combined-cycle engines requires a novel and
complex multidisciplinary approach.

The work documented in this dissertation aims to advance knowledge about air-
borne ORC waste-heat-recovery (WHR) systems by employing numerical modeling to
identify optimal design choices and formulate a first set of design guidelines. For this
purpose, an advanced simulation framework was developed, incorporating models for
the gas turbine engine, the ORC unit, the ORC turbine and heat exchanger preliminary
sizing, and aircraft design and performance estimation. This software was named the
ARENA framework, and it can be used to design combined-cycle engines optimized for
minimized fuel consumption while considering their impact on aircraft design and per-
formance.

8.1. CONCLUSIONS

The ARENA framework is coded in Python. The choice of this programming language
enables simple integration of external software packages and therefore a high degree of
flexibility. The Python library openMDAO, which provides standardized methods for im-
plementing models using an object-oriented approach and simple integration of differ-
ent solver types and optimizers, is used. As a result, system models with a high degree of
adaptability, maintainability, and reusability can be generated. This philosophy allows
for a straightforward extension of the ARENA framework with additional capabilities for
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future research.

The ARENA framework was applied to model and simulate three cases with differing
combined-cycle configurations and missions. These cases are 1) a combined-cycle aux-
iliary power unit (CC-APU) instead of a conventional APU to provide a medium-range
aircraft power on the ground (Chapter 3), 2) combined-cycle turboshaft engines (CC-
TS) replacing the conventional turboshaft engines of a medium-range turboelectric air-
craft (Chapter 5), and 3) combined-cycle turbofan engines (CC-TF) in place of the con-
ventional turbofan engines of a medium-range partial-turboelectric aircraft (Chapter 6).
The modeling assumptions relate to currently available heat exchanger technology and
values for gas turbine turbomachinery efficiencies predicted for the year 2035. Consid-
ering possible heat exchanger performance improvements due to advanced manufac-
turing technologies such as additive manufacturing, the presented results may underes-
timate the potential of the investigated systems. The results are also affected by uncer-
tainties regarding engine mass estimation and the aerodynamic performance of ducts
housing the heat exchangers.

Based on the results obtained from these simulation studies, the following conclu-
sions are drawn:

* The augmentation of thermodynamic efficiency of an aircraft gas turbine engine
due to waste heat recovery via an ORC bottoming unit can outweigh the penalty
of increased aircraft mass and drag on mission fuel consumption. However, the
fuel-saving potential of this new technology depends on the combined-cycle con-
figuration and the mission scenario.

* The CC-APU system consumes approximately 50% less fuel for providing ground
power than a conventional APU. This efficiency increase translates into mission
fuel savings of 0.6%. However, operating the CC-APU during cruise to provide
secondary power is less fuel efficient than using power off-takes from the main
engines (see Chapter 2).

* Replacing the gas turbine engines of a turboelectric aircraft with CC-TS or CC-
TF engines may result in fuel savings of 1.5% and 4%, respectively. Fuel savings
of 2.3% are achieved with the CC-TS Mark II engine concept (see Section 6.3.5)
that employs the condenser arrangement of the CC-TF engine. Integrating the
condensers into the bypass duct of the CC-TF results in an advantage over the CC-
TS configuration where they are integrated into ram-air ducts. The combination
of pressure rise and thermal energy addition to the bypass air increases the bypass
propulsive efficiency by 13% and the specific thrust of the engine during cruise by
30%. The bypass propulsive efficiency is defined as the bypass net thrust divided
by the power required to compress the bypass air. The optimal value of the fan
pressure ratio of the CC-TF is 10% higher than that of a conventional turbofan
engine.

* The optimal design of the gas turbine of a combined-cycle engine employed on
aircraft is characterized by a higher turbine inlet temperature and a lower overall
pressure ratio during cruise if compared to a simple-cycle aircraft gas turbine en-
gine. The pressure drop over the exhaust duct of the gas turbine caused by the
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evaporator increases the back pressure of the turbine. This results in a lower spe-
cific power or specific thrust and lower thermal efficiency. Given a fixed power
requirement, the power capacity of the gas turbine engine is reduced due to the
contribution of the ORC unit in providing shaft power. As a result, the gas turbine
engine is shorter and smaller in diameter than a simple-cycle engine, which pro-
duces the same power as the combined-cycle engine. The reduction in gas turbine
power capacity can negatively impact the performance of the engine at operating
points where the WHR system may contribute less power, such as at take-off.

* The optimal configuration for integrating the condenser into the engine assem-
bly is such that it is tilted by an angle of approximately 75 degrees with respect
to the radial direction and placed downstream of the fan. This configuration al-
lows for thrust augmentation due to thermal energy input into the air stream at
elevated pressure. Tilting the condenser increases the heat transfer area while re-
ducing the frontal area of the engine. Integrating the condenser into a ram-air
duct and transferring thermal power from the condensing working fluid to the air
stream generates sufficient thrust to balance the drag caused by the ram-air duct
and the condenser. The optimal configuration for integrating the evaporator into
the engine assembly is such that it is of annular shape and integrated into the S-
shaped exhaust duct of the gas turbine engine. This configuration maximizes the
heat transfer area while keeping the frontal area of the engine within feasible lim-
its. However, an aerodynamically optimized exhaust duct is required to minimize
the pressure loss due to flow turning.

e Itis estimated that adopting combined-cycle engines as the prime movers of medium-
range turboelectric aircraft increases maximum take-off mass and operating empty
mass by 0.5% and 1% in the case of the CC-TS configuration, and by 2% and 4%
in the case of the CC-TF concept. The lift-to-drag ratio of an aircraft employing
optimized combined-cycle engines does not change significantly compared to an
aircraft using conventional gas turbine engines. In the case of the CC-TF engine, m
the reason for little change in lift-to-drag ratio is, that the shorter engine combined
with the larger nacelle diameter results in no appreciable change in nacelle wetted
area and drag compared to a conventional turbofan engine. In the case of the CC-

TS engine, the lift-to-drag ratio is not affected as the ram-air duct causes zero net
force resulting from the thrust production due to the heating of the ram air.

* Employing mixtures of organic compounds as the working fluid of air-cooled ORC
bottoming units of stationary gas turbines in the 50 MW power range has no bene-
ficial effect on the combined-cycle power output. However, mixtures can result in
amore compact and thus cost-effective ORC turbine design. This can be beneficial
for the design of ORC systems for vehicular applications. Additional research is re-
quired to understand the impact of working fluid selection on the combined-cycle
engine and aircraft performance.

* The following design guidelines for airborne ORC WHR units are devised:

1. For first-order analysis (see Chapter 2), values for ORC unit mass-specific
power in the range of 1 to 1.7 kW/kg and for net efficiency of the ORC system



208

8. CONCLUSIONS AND RECOMMENDATIONS

in the range of 15 to 18% are suitable. Furthermore, a conservative estimate
for the ORC heat recovery factor is 60%. These values result from the analyzed
configurations presented in Chapters 4 to 6 and are based on the assumption
of current-day heat exchanger technology and predicted gas turbine turbo-
machinery efficiencies for the year 2035.

. From a thermodynamic point of view, ORC systems can be optimized for ef-

ficiency or power output. The power output of airborne ORC systems is af-
fected by 1) the space constraints that effectively limit heat exchanger size,
2) the penalty of the evaporator pressure drop on gas turbine performance,
and 3) the penalty of the condenser pressure drop on aircraft drag. There-
fore, contrary to stationary ORC power plants, airborne ORC systems are op-
timized for thermal efficiency. Hence, the cycle temperature must be the
highest possible. The supercritical configuration makes ORC efficiency less
sensitive to the maximum cycle pressure. Its value can be selected based on
component design and control considerations.

. ORC turbine maximum total-total efficiency coincides with ORC turbogen-

erator maximum mass-specific power (see Chapter 4) and design variables
should be selected accordingly.

. Tilting the condenser by an angle of 60 to 75 degrees with respect to the radial

direction increases the heat transfer area while keeping the frontal area of the
engine small. The benefit of a smaller engine frontal area in reducing aircraft
drag outweighs the penalty of increased pressure loss due to flow turning.

. In the case of a flat-tube louvered fin condenser, the optimal design features

a high ratio of fin area to flat-tube area to keep the heat transfer area large
and pressure drop over the cold side low.

. In the case of a bare-tube evaporator, the best topology is an in-line configu-

ration with a non-dimensional transversal pitch of 3 and a non-dimensional
longitudinal pitch of 1.25. This limits the hot side pressure drop. The non-
dimensional pitches are defined as the dimensional length divided by the
outer diameter of the tube.

. In the case of a fan-air-cooled configuration such as used for the CC-APU

concept, employing an aerodynamically optimized fan is crucial to achieve
maximum performance. Furthermore, using mixtures of organic compounds
as working fluids can reduce fan power consumption.

Considering the uncertainty introduced by modeling restrictions and simplifying as-

sumptions, and the limited number of case studies described in this dissertation, the
predicted mission fuel savings of a few percent may not justify the development of the
analyzed concepts. Hence, it is advisable to enhance the ARENA framework and explore
alternative configurations, the adoption of optimal working fluids, and other scenarios.

8.2. RECOMMENDATIONS

Suggestions on the extension of the ARENA framework to support further research on
more advanced combined-cycle engine architectures are as follows:
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1. Currently, the framework only allows performing ORC on-design simulations. The
results presented on the CC-TF concept highlighted that the reduced power ca-
pacity of the gas turbine engine resulting from adding a WHR system negatively af-
fects the gas turbine performance at take-off. Therefore, the ability to perform off-
design simulations of the ORC system is required to assess the performance of the
combined-cycle engine throughout the entire aircraft mission. Furthermore, the
capability of performing multipoint design optimization of the combined-cycle
engine may allow for improved system performance.

2. To improve the computational efficiency of the ARENA framework it is recom-
mended to develop a new ORC performance analysis tool using the standardized
methods provided by the Python library openMDAO [1]. In particular, the code
used to model turbomachines and ducts implemented in the Python library py-
cycle [2], can be reused. pycycle is a software tool for gas turbine performance
analysis based on openMDAO. However, the code should be linked to a suitable
library for the estimation of thermodynamic and transport properties of organic
compounds. Alternatively, the look-up-table method implemented into pycycle
can be provided with pre-tabulated data for the organic compounds of interest.

3. The aircraft design and performance methods implemented in the ARENA frame-
work rely on previously computed estimates of airframe masses and aerodynamic
coefficients and only consider resizing of the wing and the variation of engine
nacelle drag. Aircraft constraints analysis is not performed, and fixed values for
wing-loading and power-loading need to be provided. As a result, the impact of
the propulsion system on aircraft size and performance is only partially evaluated.
Therefore, extending the framework with a module for aircraft conceptual design
is suggested. In this regard, reuse or integration of the openMDAO-based aircraft
conceptual design libraries openconcept [3] and fast-oad [4] could be of interest.

4. Currently, the ARENA framework employs separate methods to determine the mass m

of different gas turbine configurations. The implementation of a common method-
ology for engine mass estimation is desirable. WEST (Chapter 7) is capable of this
task, however, its integration is not suggested at this point due to the long execu-
tion time. Alternatively, as explained in Chapter 7, surrogate models of specific en-
gine configurations could be generated with WEST and integrated into the ARENA
framework. These surrogate models use thermodynamic cycle data and design as-
sumptions as input and compute overall engine dimensions and mass as output.

5. The objective of the work presented in this dissertation is to obtain the prelimi-
nary design of an aircraft propulsion system that reduces mission fuel consump-
tion and, therefore, the emission of the long-lived greenhouse gas CO,. However,
as outlined in Chapter 1 there is a clear consent in research that a significant part
of the contribution of aviation to global warming is associated with non-CO, ef-
fects caused by the emissions of NO, and water vapor at high altitudes. To identify
propulsion system configurations that minimize overall environmental impact,
methods need to be implemented that estimate the emission of NO, and water
and their effect on radiative forcing. For testing purposes, the emissions model
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developed by Proesmans and Vos [5] was implemented in the ARENA framework.
These tests showed that minimization of aircraft environmental impact requires
the simultaneous optimization of airframe and propulsion system design vari-
ables. This calls for integrating an aircraft conceptual design module into the
ARENA framework as outlined in point 2).

Building upon the work described in this dissertation, the following topics are recom-
mended for further research:

1. While this work concerns the study of aircraft gas turbine engines adopting ORC

WHR systems optimized for minimum fuel burn, the technology may have an even
more relevant impact if the design is optimized for minimum environmental im-
pact. These aircraft employ gas turbine engines with lower thermal efficiency to
reduce the emissions of NO, [5, 6], and thus the gas turbine discharges a larger
amount of heat. A WHR system may therefore improve the thermal efficiency of
these engines and at the same time lower the overall environmental impact.

. To identify the performance improvement potential of the CC-TF concept, a de-

sign space exploration can be performed, whereby the analysis is based on as-
sumptions related to more advanced component technology than those adopted
in this work. For example, the impact of using next-generation heat exchang-
ers made of more advanced materials and featuring optimized three-dimensional
shapes obtained using additive manufacturing on mass and effectiveness can be
studied. A first estimate of the potential benefits may be obtained by analyzing
combined-cycle engine performance under the assumption of a reduction of gas-
side pressure drop by up to 30%, an increase of gas-side heat transfer coefficient
by up to 30%, and a reduction of evaporator mass by up to 60%. A pressure drop
reduction of 25% for an optimized bare-tube heat exchanger geometry was identi-
fied by Raikar et al. [7]. The mass reduction potential results from the assumption
of using silicone carbide as the construction material of the evaporator instead of
Inconel.

The working fluid of the ORC system is a major degree of freedom for the design
of such systems and its optimal selection for airborne applications has not been
analyzed in this work. From a thermodynamic point of view, its optimal selection
depends on the temperature and heat capacity of the heat source and heat sink
and its impact on the turbine and heat exchanger design. Fluid characteristics
that must be considered are the thermal stability limit depending on the contain-
ing material and sealings, toxicity, and flammability. As presented in Chapter 3
the working fluid selected for the analyses presented in this dissertation is appro-
priate for high-temperature applications due to its high thermal stability. As the
results documented in Chapters 3 to 6 show, the optimal thermodynamic cycle
for the considered configurations always adopts the highest possible cycle tem-
perature constrained by the thermal stability limit of the working fluid. A further
increase in ORC thermal efficiency may be possible with working fluids featuring
higher thermal stability limits. Moreover, in the case of airborne ORC systems, the
minimum cycle temperature is constrained by the limit on the pressure drop over
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the condenser air-side. The non-isothermal isobaric condensation of mixtures of
working fluids may allow a reduction of the required air mass flow rate and there-
fore pressure drop for the rejection of a given heat load. Furthermore, the findings
presented in Chapter 3 indicate that the working fluid can impact the volume and
mass of the components of the ORC system. These are important figures of merit
in the design of airborne systems. Therefore, it is recommended to investigate the
impact of working fluids on the design of ORC components and aircraft perfor-
mance.

4. All the investigated combined-cycle configurations assume that a dedicated elec-
trical generator is mounted on the shaft of the ORC turbine. Alternatively, the ORC
turbine could be mechanically coupled with a gas turbine shaft or the shaft of the
air compressor of a bleedless environmental control system or vapor compression
cycle. In the case of the CC-TF concept for conventional or partial-turboelectric
aircraft architectures, coupling the ORC turbine with the low-pressure shaft of
the gas turbine may reduce the overall mass and increase the efficiency of the
combined-cycle engine. This configuration might require a gearbox, therefore the
possibility of modeling the gearbox to obtain its size and mass should be added
to the ARENA framework. However, it may be possible to design an efficient ORC
turbine for a rotational speed that is the same as that of the gas turbine shaft by
selecting a suitable working fluid and turbine design variables.

5. The first-order analysis presented in Chapter 2 on the CC-APU concept to provide
secondary power during cruise showed that the main engines provide shaft power
more efficiently. However, advantages on fuel consumption or benefits on gas tur-
bine design may still be possible from operating a CC-APU in other flight phases.
For instance, during descent, the provision of secondary power requires operat-
ing the main engines at a higher thrust setting than necessary in case of no power
off-takes. It may be possible to reduce mission fuel consumption if the CC-APU is
operated during descent to provide onboard systems with electricity. The analy-
sis of this concept requires the possibility of computing the turbofan performance
in conditions close to idle. Simulation results at this operating point strongly de-
pend on the relations underlying the turbomachinery maps. The lack of reliable
engine maps and data on engine performance close to idle conditions is therefore
a challenge that needs to be overcome to perform such a study.

6. Besides reducing mission fuel consumption, other benefits may derive from adopt-
ing ORC bottoming units. For example, reducing engine exhaust temperature low-
ers the noise and the thermal signature of the aircraft. A reduction of jet noise of
aircraft APUs operated on the ground is of general interest to airport operators.
The reduction in thermal signature is of interest for military aircraft to avoid detec-
tion by heat-seeking missiles. The attractiveness of employing ORC WHR systems
on aircraft may increase if methods are implemented to quantify these effects.
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