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Abstract

Marine operations are fundamentally constrained by safety, efficiency, and cost, factors that
become critically important for massive heavy-lift vessels like the Pioneering Spirit. This
vessel utilizes a bespoke Jacket Lift System (JLS) engineered for offshore jacket removal
and installations, which requires transporting large steel jackets in a freely suspended state.
During open-ocean transit, wave excitation drives severe pendular sway in the payload, re-
stricting the workable weather window. Here we develop a simplified, computationally ef-
ficient 4-degree-of-freedom model to simulate these transit dynamics and evaluate methods
to reduce jacket motion. We show that passive hoist optimisation, achieved by altering the
rigging geometry, substantially reduces resonant motion and improves operability without
requiring any additional hardware. The performance of this passive detuning is directly
compared against an active, velocity-proportional tugger damping system. Overall, this work
establishes the reduced-order model as a practical tool for route-specific rigging assessment.
It proves that passive geometry reconfiguration is the most effective immediate mitigation,
while clearly defining the strict conditions under which high-capacity active tuggers become
beneficial.

vii



Contents

Abstract

1 Introduction
1.1 Research Context . . . . . . . . . . o e
1.2 Research Problem . . . . . . . . . . . . . . . .
1.3 ResearchObjective . . . . .. .. ... . .. .

1.4
1.5
1.6
1.7

Research Scope . . . . . . . . . . . . L
Research Questions . . . . ... ... ... . . . . . ..
Research Theory and Methods . . . . . ... ... ... ............
Report Structure . . . . . .. . L

Theoretical Background and Literature Review

2.1
2.2
2.3
24
2.5
2.6

2.7
2.8

Wave Loading and Sea State Formulation . . . . ... ... .. ........
Vessel Motion and Kinematic Transfer . . . ... .. ... ... .......
Dynamics of the Suspended Payload . . . . . ... ... ............
Hoist Wire Tension and Structural Coupling . . . .. ... ... ... ....
Control-Oriented Reduced-Order Modelling . . . . ... ... ........
Motion-Control Strategies for Suspended Payloads . . . ... .. ... ...
2.6.1 TuggerLines . ... ... .. ... ...
2.6.2 Passive Control: Geometric Detuning and Tuned Mass Dampers . . .
Operational Limits and Workability Criteria . . . . .. ... .........
Research Gap and Conclusion . . . . ... ... . ... ... .......

System Description and Model

3.1
3.2

33

34

3.5
3.6

The Physical System and Lifting Setup . . . ... ..... ... .......
The OrcaFlex Reference Model . . . . ... ... ... .. ... .......
3.2.1 Kinematic Excitation from Waves . ... ... ............
Development of the MATLAB Model . . . .. ... ... ... ........
3.3.1 Modelling Assumptions . . .. ... ... .. ... .. ........
3.3.2 Lagrangian Formulation . . .. .. ... ... .............
Modal Analysis . . . . . . . . e
Damping of the Suspended Jacketin Air . . . ... ... ...........
Summary of Model Parameters . . . . .. ... ... ..............

Model Validation and Baseline Response

4.1
4.2
4.3

Free-Decay Verification . . . ... ... ... ... ... ... .. . ......
Harmonic Validation: Transfer Functions . . . . .. ... ... ... .....
The Design Envelope and the Critical Heading . . . . . ... ... ......

viii

vii

10
10
12
13
13
15
16
17

18
18
21
22
23
23
24
25
26
28



4.4

4.5
4.6
4.7

4.3.1 Beam seas are the limiting heading . . . . .. ... ... ........
4.3.2 The validation set relative to the designcell . . . . .. ... ... ...
Stochastic Validation Against Irregular Seas . . . . .. ... ... .......
4.4.1 Hingemotion . . . . . . ... ...
442 Relativesway . . . .. . ...
Time-Domain Comparison at Identical Excitation . . . . ... ... ... ...
Validation Against Measured Vessel Motion . . . ... ... ..........
Suitability of the ROM for Design and Control . . . . . ... ... .......

5 Passive Hoist Optimisation

5.1
5.2
53
54
5.5
5.6
5.7

5.8

Design variables and constraints . . . . ... ... ... L oL
Passive detuning and Sensitivity . . . . . ... ... L L L L.
Optimisation formulation . . . . .. .. ... ... ... .. .. . ... ...
Screening of the designspace . . . . . ... ... ... ... ... ... . ...,
Optimised configuration . . . . . ... ... ... ... ... ... ... ...
Effect on response and operability . . . .. ... ... ... ... .. ..., .
Verification in ORCAFLEX . . . .. .. ... ... ... .. . .. ...
5.7.1  Verification of Modal Detuning . . . . ... ... ............
5.7.2  Verification of Sway Reduction . . . ... ... ... ..........
573 OtherDoFmotions . . . .. .. ... ... ... .. ... .. ......
Conclusion . . .. ... ...

6 Tugger Control

6.1
6.2

Control objective and success Criterion . . . . . . . .. ... ... ..
Tuggertypes . . . . . o o e e e
6.2.1 Fixedtugger . . . . . . . . ...
6.2.2 Constant-tension tUgEer . . . . . . . v v v vt i e
6.2.3 Dampingtugger . . . . . . . . . .

6.3 Control law and actuatormodel . . . ... ... ... ... ...........
6.3.1 Setpointlaw . . . .. ... ...
6.3.2 Actuator model and fairlead . . . . ... ... .. .. L oL
6.3.3 Frequency-domain and time-domain formulations . . . ... ... ..
6.4 Three tugger configurations . . . . . . ... ... .. ...
6.5 Response over an extended sea-stateset . . . . . .. ... ... L.
6.5.1 Sensitivity to dampingslope . . . . ... ... L oL
6.6 Decaybehaviour . .. .. ... ... ..
6.7 Operability curves . . . . .. . . ..
6.8 Hoist optimisation combined with damping tugger . . ... ..........
6.9 Validity and limitations . . . . ... ... ... Lo
6.10 Conclusions . . . . . . . . . . e e e e
7 Conclusions and Recommendations
7.1 ConcClusions . . . . . .. .o
7.2 Recommendations . . . . .. ... .. .. ...
References

Reflection on the Use of Artificial Intelligence

iX

40
41
42
42
43
44
45
47
47
48
49
50

52
52
53
53
54
54
55
55
56
57
57
59
61
63
64
66
68
69

71
71
72

74

76



Appendices

A Mass and Stiffness of the Reduced-Order Model

A.1 Numerical mass and stiffness matrices . .
A.2 Inertial mass of the sway mode . . . . . .

A.2.1 Why the participating mass is not computed directly . . . . . ... ..

A.2.2 Bounding the participating mass
A.2.3 Identifiability . ..........
A.2.4 Effect on the validation results .

A.2.5 Sensitivity of the sway period to the assumed mass . . . . .. ... ..
A.3 Insensitivity of the sway mode to hoist-wire stiffness . . . .. ... ... ...

B Free-Decay Validation Details
B.1 OrcaFlex Model Components . . . . . . .
B.2 Free-Decay Test Matrix . . ........
B.3 AerodynamicDrag . . .. .........
B.4 BCS, Winch, and Link Effects . ... ..
B.5 Interpretation for Design Sea States . . .
B.6 Implication for the Reduced-Order Model

C Discretisation Convergence

77

78
79
79
79
80
80
81
81
82

83
83
83
84
85
85
86

87



List of Figures

1.1
1.2

2.1
22

2.3

24

2.5

3.1
32
33
34
3.5
3.6
3.7

3.8
39

4.1

4.2

4.3

4.4
4.5

Pioneering Spirit . . . . . . . ...
ResearchMethod . . . . . . . .. .. ... . L

Definition of ship motions in six degrees of freedom. . . ... ... ... ...
Kinematic tension redistribution during pendular sway (schematic). Each
crossed diagonal wire pair is lumped as a single equivalent axial spring. The
pair tensions oscillate in anti-phase about the static share 7j (bottom). . . . .
Overview of motion-control concepts for suspended offshore payloads:anti-
swing slider (left, adapted from Jensen et al. [14]), tuned mass damper prin-
ciple (centre, adapted from Makita [15]), and contactless electromagnetic
control (right, adapted from Atzampou [16]). . . . . ... ... ... ... ...
Schematic diagram of an active tugger line (left, adapted from Eerden [10])
and a multi-cable arrangement (right, adapted from Ren et al. [22]).. . . . . .
3D Isometric View . . . . . . . .. L

Pioneering Spirit . . . . . . ..
An offshore jacket handled during heavy-lift installation. . . . . ... ... ..
Overview of the primary structural and mechanical components comprising
the Jacket Lift System (JLS) on the Pioneering Spirit. . . . . . ... ... ...
BCS .
Visualisation of the physical system and ORCAFLEX reference model show-
ing the Pioneering Spirit, the JLS beams, and the representative suspended
Jacket. . .. e
Definition of the kinematic lever arm separating the vessel’s displacement
RAO origin and the TLB hinge point within the OrcaFlex environment.
Displacement RAOs transferred from the vessel CoG to the TLB hinge. . . .
MATLAB Model Geometry Plotted . . . .. ... ................
Logarithmic-decrement fit for the sway free decay: In of successive peak
amplitudes against cycle number, for release at 0.54 m. The relation is linear
over the full record (6 = 0.0607, (i =0.98%) . . .. . ... .. ... ... ..

Free-decay verification of the sway response and the cross-coupled yaw re-
sponse. The first 150 s, approximately ten cycles, are shown. . . . . . ... ..
Sway and yaw transfer functions of the analytical ROM. Markers give the
amplitude and phase identified from the ORCAFLEX steady-state response. .
Steady-state sway response, analytical ROM against ORCAFLEX, on both
flanks of the resonance. . . . ... ... ... . L L L oL
Validation sea states against the sway resonance at w,, = 0.400rad/s. . . . . .
Relative sway RMS, reduced-order model against ORCAFLEX. . . . ... ..

xi

9

11

21

22
22
25

32
34



4.6

4.7

5.1
5.2
5.3

54

5.5

5.6

5.7

5.8

59
5.10

5.11

6.1

6.2

6.3

6.4

6.5

6.6

Relative sway, reduced-order model against ORCAFLEX, both driven by the

same hingerecord. . . . . . .. ... . ... .. 37
Relative sway predicted from the measured vessel motion record. . . . . . . . 38
3D Isometric View . . . . . . . .. L 40
Hoist Parameters . . . . .. ... .. . ... . . 41

Sensitivity of the coupled natural periods to each hoist design variable, com-
puted with the 4-DOF ROM by varying one variable at a time about the
baseline arrangement (dashed). . . . . . . ... ... ... Lo L 42
Screening surface for the passive hoist optimisation: worst-case relative sway
RMS over the swept sea-state envelope as a function of top spread and drop
height, with sway natural period contours overlaid. White marker: baseline.
Red marker: screening optimum at the constraint boundary. White areas are

geometrically infeasible due to the constraints. . . . . .. ... ... ...... 43
Transverse (Y —2) projection of the baseline (a) and optimised (b) hoist ar-
rangements, viewed along the vessel axis. . . . . . .. ... ... ... ..... 44
Relative sway RMS percentage reduction for the baseline and optimised ar-
rangements across the wave-period range at constant Hg. . . . .. . ... ... 45
Relative sway (a) and relative yaw (b) transfer functions for the baseline and
optimised arrangements. Dotted lines mark Tiyay. . . . . o o o 0 0oL L 46

Operability gain from the rigging optimisation, expressed as the limiting sig-
nificant wave height for a relative sway criterion of 3.0 m and a modal damp-

ingratioof ( =0.98%. . . . . . ... 46
Implementation of the optimised hoist geometry in the ORCAFLEX model . . 48
Comparison of the relative sway RMS (left) and the percentage reduction
(right) predicted by the 4-DOF model and achieved in the fully nonlinear
ORCAFLEXmodel. . ... ... ... .. .. ... .. .. .. .. ... .... 49
Relative response in all four modelled degrees of freedom at the V4 sea state,
baseline against optimised geometry. ORCAFLEX runs . . . .. ... .. ... 50

Force-velocity relation of the maximum-force setpoint, reproduced from Eerden
[10]. The amplitude A and the range R correspond to %(T max — Tmin) and to

the velocity span over which the law is linear. . . . ... ... ... ...... 54
Arrangement of tuggers at the pure sway direction of jacket at same level as
CoG . . . e 56

Force-velocity relation of the three configurations. Left: the tension com-
manded in one line against the pay-out speed of that line, linear until the
tension reaches a winch limit and flat thereafter; the dashed lines show the
same law without limits. Right: the net sideways force the opposing pair
appliestothejacket . . ... ... .. .. .. ... .. ... .. 58
Relative sway over a 500 s window for two sea states from Table 6.5, without
a tugger and with the reference and high configurations. Dashed lines mark
the 3.0m clearance budget. . . . . ... ... ... .. . ... L. 61
Damping slope swept in the time domain at /{; = 2.4m with the winch ca-
pacity fixed at 102t. (a) reduction in the standard deviation of the relative
sway; (b) three-hour maximum against the 3.0 m clearance budget; (c) frac-
tion of the record spent at a tension limit. . . . ... ... ... ......... 63
Effect on decay test for the 300 kNs/m damping tugger . . . . ... ... ... 63

xii



6.7

6.8
6.9

A.l

B.1
B.2

C.1

Largest workable significant wave height against zero-crossing wave period
for the three configurations. The dashed grey line is the wave steepness
ceiling. The horizontal red line is the current wave height, with the present
operating window marked inbold. . . . ... ... ... Lo oL

The two rigging combined with tugger arrangements compared in this section.

Largest workable wave height for the four cases. The shaded area between
the as-rigged and combined curves is the total gain available from both mit-
igations together. The dashed grey line is the wave steepness ceiling. . . . . .

Numerical mass matrix M, structural stiffness matrix K and base-excitation
stiffness matrix K, of the 4-DOF reduced-order model, evaluated at the base-
line hoist arrangement. . . . . . . . . . .. ...

Free-decay response with aerodynamic drag sensitivity. . . . . ... ... ...
Free-decay response isolating the BCS, winch, and link contributions. . . . .

Convergence of Relative Sway RMS (o) against the number of wave com-
ponents (V) for the baseline V4 and M1 sea states (with BCS engaged). . . .

xiii

65
66

67

79

84
85

87



List of Tables

3.1
3.2

33

4.1
4.2

4.3

4.4

4.5
4.6

5.1
5.2

6.1

6.2

6.3

6.4

6.5

6.6

6.7

6.8

Modal analysis of the linear ROM. . . . . ... ... .. .. ...........
Modal comparison between the full 3D Orcaflex model and the linear 4-DOF
MATLAB model. . . . . .. .. .
Consolidated summary of parameters for the 4-DOF reduced-order model.

Free-decay validation summary. . ... ... ... ... ... ... .......
Current design sea state for North Sea removal projects. The allowable wave
height is lowest, and the period band narrowest, at 90°. . . . . ... ... ...
Validation sea states and their characteristic periods relative to the system’s
SWAY TESONANCE. . « o v v v v v e e e e e e e e e e e e e
Relative sway: RMS against ORCAFLEX, and the three-hour maximum pre-
dictedby themodel. . . ... .. ... ... ... . ... ...
Time-domain validation, ORCAFLEX hinge record as input to both models. .
Three-hour most probable maximum relative sway, measured transit record. .

Design variable bounds and rigging constraints. . . . .. .. ... .......
Baseline and optimised hoist configuration from ROM Model. . . . . . .. ..

Force a fixed-line pair must deliver to make the jacket follow a fairlead sway
of amplitude X, Fyy,, = M;w?X, in tonnes. The total pretension must be at
least this value to prevent slack, and the total capacity at least twice it. . . . .
Tugger system parameters common to all three configurations. The winch
capacity, pretension and damping slope differ between configurations. . . . .
The three tugger configurations. Capacity is expressed as a percentage of the
payload weight so that it can be compared with other installations. . . . . . .
Reduction in the standard deviation of the relative sway achieved by each
configuration, ordered by wave period. . . . ... ... ... ..........
Largest sway expected in three hours against the 3.0 m clearance budget. The
last column is the fraction of the record for which the high configuration sits
atatension limit . . . . ... ... L L
Largest sway expected in three hours and the fraction of the record spent at
the winch capacity, against the damping slope of the pair, at H; = 2.4 m and
acapacity of 102¢t. . . . . . . . L
Workable wave-period window at the design wave height of 2.4m. The
lower end is set by the wave steepness ceiling and is the same for every
configuration. . . . . . . . ... e
Workable wave-period window at the design wave height of 2.4m. The
lower end is set by the wave steepness ceiling and is common to all four

X1V

53

57

62



6.9

A.l

A2

A3

A4

B.1

Largest workable wave height across the period range. Where a value equals
the steepness ceiling, the sea rather than the jacket sets the limit and no
mitigation can change it.. . . . . ... ... ... .

Sway period under the two limiting assumptions about MH block participa-
tion, and under the identified value. The reference is the measured free-decay
period of the bare arrangement, 15.708 s, since the reduced-order model con-
tainsno BCS. . . . . . .
Validation metrics under the payload mass and the identified mass. None of
these quantities entered the identification. . . . . . ... ... ... .. .....
Sensitivity of the sway natural period to the assumed inertial mass. The
marginal shift confirms that the sway period is governed by pendulum ge-
ometry rather than the exact participating rigging mass. . . . . . . . . ... ..
Natural period boundaries across the full feasible range of hoist-wire stiff-
ness, 37MN/mto 146 MN/m. . . . . . . . . . . . e

Free-decay summary for aerodynamic and hoist-component sensitivity tests.



Chapter 1

Introduction

The offshore heavy-lift industry deals with the installation and removal of some of the largest
structures ever built at sea such as fixed platforms and jackets to the foundations of the off-
shore wind farms reshaping the global energy mix. For these heavy payloads specialised
vessels are used increasingly to execute the lifting and transit operations. But the envorimen-
tal loads such as waves and winds in oceans affect these operations by reducing the safety
and efficiency. Allseas developed the Pioneering Spirit with a bespoke jacket lifting sys-
tem specifically designed for jacket removal and installation operations. The Jacket Lifting
System (JLS) uses four hoists connected to long, skiddable beams at the aft of the vessel.
During transit, the jacket can begin to oscillate as the beams transmit vessel motion through
their large lever arm. The resulting motion of such massive payloads can be detrimental to
marine operations. Understanding and controlling this motion is therefore a central deter-
minant of whether a given offshore heavy-lift operation can proceed at all, and it forms the
basis of this thesis. This chapter positions the present work within that context by setting
out the research problem (Section 1.2), the research objectives (Section 1.3), the research
scope (Section 1.4), the research questions (Section 1.5), the research theory and methods
(Section 1.6), and the structure of the report (Section 1.7).

Figure 1.1: Pioneering Spirit



1.1 Research Context

The offshore industry has two large markets that are simultaneously growing: the installa-
tion and decommissioning of offshore oil and gas infrastructure, and the rapidly expanding
offshore-wind sector. Both rely on purpose-built crane vessels capable of lifting topsides,
jackets, and turbine substructures. Allseas, established as a marine contractor, has developed
and now operates the Pioneering Spirit: the largest construction vessel in the world by dis-
placement. Originally conceived for single-lift platform installation and removal, the vessel
has been progressively extended into jacket installation through the Jacket Lift System (JLS).
The jacket lift system is located at the aft of the vessel and consists of two 170 meter tilt-
ing lift beams, hinged around the stern. During a jacket removal, the jacket is cut-off at the
bottom, hoisted from the tip of the beams, partially rotated, and then tilted inboard. Jacket
removal operations and transport to barge or ports will take place in open sea and are thus
subjected to environmental actions.

Once hoisted, the jacket must be transported to a barge or disposal port in open seas. During
this transit phase, the JLS can configure the payload in three ways: fully tilted to horizontal
(resting entirely on the beams), partially tilted (resting against the beams at approximately
70°), or freely suspended (with no contact against the beams). The transit phase of a JLS
lift exposes the suspended jacket to vessel motion as the jacket is free to move relative to
the vessel in the suspended arrangement. The Pioneering Spirit, like all vessels, responds
to wave excitation in all six rigid-body degrees of freedom, with peak motion amplitudes
occurring near the vessel’s own natural periods. The lever arm between the vessel CoG
and the JLS beams which holds the hoist wires is large (approximately 215 m longitudinal
and 100 m vertical), so even small vessel rotations produce significant translations at the
suspension point.These hinge motions drive the suspended jacket as a pendulum.

Large sway amplitudes increase the risk of collision between the jacket and the lift beams,
generate load variations in the lift wires, and make the operation more difficult to control.
Allseas aims to apply a limit of 3 m on the largest relative jacket sway expected in a three-
hour exposure to make sure the marine guidelines for operations are maintained, and this
limit is used throughout the present work as the criterion for whether a sea state is work-
able. These effects restrict the workability envelope—the set of sea states for which safe
transportation can be maintained and thereby impact asset throughout. Motion reduction
control of the suspended jacket can therefore improve operational robustness and expand the
permissible operating conditions.

1.2 Research Problem

For jacket transport on the Pioneering Spirit, the dominant operational risk in the transit
phase is dynamic excitation of the suspended jacket by wave-induced vessel motion. The
mechanism is well understood qualitatively but is not yet quantitatively characterised in a
form suitable for control oriented studies.

Existing in-house analyses of the operation rely on the full nonlinear OrcaFlex model of the
vessel and lift system along with the payloads. This model captures the relevant physics with
high fidelity but is computationally expensive. A single sea-state simulation of representative
duration consumes time on the order of minutes or hours, and parametric studies in which
the rigging arrangement, hoist-wire pretensions, or control gains are varied across realistic



ranges quickly become infeasible. As a consequence, the design of any active or passive
controls to improve workability is currently limited.

A control-oriented reduced-order model (ROM) of the system would close this gap. A ROM
that captures the dominant dynamics of the suspended jacket in swell waves could be eval-
uated thousands of times in a parametric study at negligible computational cost, and would
help quantify the physical structure of the response (modes, frequencies, transfer functions)
in a form applicable to control studies. The full nonlinear model would then be reserved for
the final verification or validations.

No such reduced-order model exists for this specific configuration and the Jacket Lifting
System although there are studies on offshore cranes which uses such reduced models for
studies. The combination of bespoke lifting system on the PS and the kinematic transfer from
vessel CoG to the JLS suspension point through a long lever arm produces a coupled multi-
degree-of-freedom system whose dynamics cannot be deduced from generic pendulum-on-
a-vessel results seen in studies. The first expected contribution of this thesis is to construct
and validate this model.

With a validated model in hand, two improvement ways of reducing the jacket motion are
then explored. The first — hoist-arrangement optimisation — exploits the fact that the nat-
ural periods of the system depend on the rigging geometry , of which the operator can vary
within physical limits. Changing the rigging geometry moves the sway period further from
the wave periods and also changes how much of the suspension-point motion is passed on to
the jacket. The second path — tugger control — adds tugger lines that apply a force opposing
the sway velocity, so removing energy from the motion. The two are compared separately
and in combination, so that the contribution of each can be identified. Both avenues require
a control-oriented model of the underlying plant. This is the gap the present work addresses.

1.3 Research Objective

The problem statement identifies that improving the motion control of the suspended jacket
during JLS transit requires a control-oriented model capable of fast evaluation. Therefore,
the overall objective of this research is defined as:

Develop and validate a control-oriented reduced-order model for the suspended
jacket dynamics during JLS transit on the Pioneering Spirit through open sea
waves, and use that model to evaluate motion-reduction strategies that increase
the operational workability envelope.

1.4 Research Scope

The scope of this research is limited to the transit phase of the jacket lift operation which
is strictly in air, and aims to develop a numerical model to predict the system’s dynamic
response with and without active tugger control. The model represents the suspended jacket
as a simplified four-degree-of-freedom rigid body (sway, heave, roll, and yaw). More specif-
ically, effects from surge and pitch are neglected due to vessel dynamic positioning con-
straints and minimal excitation in transit operations, thereby focusing on the dominant pen-
dular dynamics. The model considers first-order swell wave loading as the major disturbance
.Secondary environmental loads, such as wind, current, slamming, and second-order wave



drift, are small relative to the first-order swell excitation and are therefore not included in the
present analysis. Jacket transport operations encounter varying swell conditions that can trig-
ger severe resonant motions. This research will specifically focus on the operational transit
limits defined by the operator, and also on ways to expand it using the help of control meth-
ods. The analysis conservatively assumes pure beam seas (90°) to evaluate the worst-case
wave-induced loads affecting the suspended payload. Motion reduction is explored through
both passive hoist-arrangement optimization (geometric detuning) and active tugger control,
where horizontal forces are applied to stabilize the jacket. Idealized actuator and sensor
dynamics are used for the linear synthesis; since the current system lacks physical tuggers,
adopting a simplified model is appropriate for this stage. A detailed structural assessment
of hoist wire tensions and internal jacket stresses induced by the tugger forces falls outside
the scope of this work; it is fundamentally assumed that mitigating the relative sway motion
inherently minimizes dynamic tension variations across the suspension system.

1.5 Research Questions

To reach the research objective, the following main research question is defined:

To what extent can a control-oriented reduced-order model of the suspended
jacket, combined with hoist-arrangement optimisation and tugger control, in-
crease the operational workability envelope during JLS transit?

This main question is answered through three sub-questions:

1. How can a reduced-order model be constructed that captures the dominant swell-
induced dynamics of the suspended jacket with sufficient fidelity for control design?

2. How do hoist-arrangement parameters influence the dominant natural periods of the
system, and to what extent can they be tuned passively to reduce the sway response?

3. To what extent can an active tugger-line feedback controller increase workability be-
yond what the hoist adjustment already achieves?

Sub-question 1 is addressed in Chapters 3 and 4, sub-question 2 in Chapter 5, and sub-
question 3 in Chapter 6.



1.6 Research Theory and Methods

Phase 1: System Dynamics Track A: Passive Hoist Setup Phase 3: Control Validation

1. System Al: Map Scenarios A2: Determine Optimal | Validate Combined
Understanding & Analyze Hoist Hoist Config vs. Baseline
2. Analytical Interpret Peak Loads
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Figure 1.2: Research Method

The methodology proceeds through three sequential modelling phases, followed by two par-
allel branches for system improvement.

The research begins with a system-understanding phase, where the OrcaFlex baseline model
is studied to establish the dominant dynamics. Response-amplitude operators (RAOs) at the
hinge centroid are analyzed to identify operationally critical resonances, alongside a modal
analysis of the linearized configuration to extract natural periods and mode shapes. This
evaluation helps to identify the jacket sway resonance periods in model.

To facilitate rapid control synthesis, a four-degree-of-freedom (4-DOF) reduced-order model
(ROM) is constructed analytically. The generalized coordinates q = [y, z, ¢, ]T capture the
critical sway, heave, roll, and yaw motions. The equations of motion are derived using
Lagrangian mechanics (£ = 7' - V). By formulating the kinetic and potential energies in
closed form and applying the Euler-Lagrange equations linearized about static equilibrium,
the system is reduced to a second-order linear time-invariant form:

Mg+Cq+Kq=-K;q(t)

Here, the boundary excitation q,(t) is derived directly from the vessel RAOs via rigid-body
kinematic transfer.

To ensure the reliability of this linear ROM, it is validated against the fully nonlinear Or-
caFlex reference through different tests. First, free-decay tests are used to simultaneously
validate the analytical mass and stiffness matrices while calibrating the global damping ra-
tio. Second, harmonic excitations different periods are applied to validate the sway and yaw
transfer functions. Finally, the system is subjected to irregular JONSWAP wave excitation to
verify the 4-DOF model validity.

The subsequent stages of the research split into two parallel branches targeting motion re-
duction. The first branch focuses on passive hoist optimisation, utilizing the validated ROM
to sweep the design space (e.g., wire spread, anchor positions, pretensions) and rank configu-
rations by their passive workability. The second branch targets active tugger control, where a



closed-loop feedback law is synthesized on the linear ROM. The tuggers are later combined
with the optimized hoist configuration also to see the combined benefits.

The system-understanding, model-building and model-validation phases are presented in
Chapters 3 and 4. The hoist-arrangement optimisation and the tugger-control study follow
in Chapters 5 and 6, and are compared against each other at the end of Chapter 6.

1.7 Report Structure

The remainder of this report is organised as follows.

Chapter 2 covers both the governing physics of the suspended jacket and a review of the
existing motion-control literature, and closes by identifying the research gap.

Chapter 3 describes the Pioneering Spirit, the JLS, and the jacket under study, and develops
the reduced-order model: the generalised coordinates, kinematic transformations, kinetic
and potential energies, Euler—Lagrange derivation, and linearisation are all set out, and the
modal analysis of the resulting linear time-invariant system is presented.

Chapter 4 validates the linear model against the ORCAFLEX reference. Free-decay, har-
monic and irregular-wave tests are presented in turn, followed by a comparison at identical
excitation and a final check against a measured transit record. Together with Chapter 3 this
answers sub-question 1 and establishes the model.

Chapter 5 uses the validated model to optimise the rigging geometry, sweeping the hoist pa-
rameters, identifying the detuned configuration and verifying it in ORCAFLEX. This chapter
answers sub-question 2.

Chapter 6 formulates and tunes an active tugger controller, reports what it achieves across
the design envelope and at the edge of the operating window, and compares it against the
optimised rigging on a common basis. This chapter answers sub-question 3.

Chapter 7 answers the research questions directly and gives recommendations for further
work.



Chapter 2

Theoretical Background and Literature
Review

This chapter establishes the physical theories and reviews the literature required to construct,
reduce, and control the numerical model of the suspended jacket. It first traces the physical
propagation of environmental loads starting from the sea state, through the vessel hydrody-
namics, and across the extended lever arms into the suspended payload and hoist wires. It
then reviews current methodologies for control-oriented reduced-order modelling and eval-
uates existing active and passive motion-control strategies. Finally, the chapter defines the
operational workability criteria and synthesises the literature to identify the specific research
gaps addressed in this thesis.

2.1 Wave Loading and Sea State Formulation

The dynamic excitation of an offshore lifting system in a heavy-lift vessel like Pioneer-
ing Spirit originates primarily from the waves acting on the vessel. Because individual sea
states are irregular, they are described statistically by a wave energy spectrum S(w), which
distributes the variance of the sea-surface elevation over frequency [1]. The sea state is sum-
marised by its spectral moments: the zeroth moment yields the significant wave height H,
and the ratios of higher moments define characteristic periods such as the zero-up-crossing
period 7, [1].

For fetch-limited or developing seas, and particularly for the swell-dominated environments
critical to resonance-sensitive marine operations, the JONSWAP spectrum provides the stan-
dard parametric representation [2]. The JONSWAP spectrum is formed by multiplying the
fully developed Pierson—-Moskowitz spectrum by a peak-enhancement factor -y, which sharp-
ens the spectral energy around the peak frequency w:

(w—wp)?
€Xp| ~ 20202 Oay W< Wy,
SJ(CL)) = SPM(W) vy p , o= (21)
Op, W > Wp-

Lucas and Guedes Soares [3] report that JONSWAP reproduces the significant wave height
and spectral shape of measured swell more accurately than alternative distributions.



The environment also includes current and wind, both of which are less significant compared
to wave induced vessel motion transfered through the beams. Current acts mainly on the
submerged hull and is counteracted by the dynamic-positioning system, making its effect on
payload motion negligible; wind loads are small relative to the vessel excitation loads and
may be neglected for a simplified linear model [1, 4].

2.2 Vessel Motion and Kinematic Transfer

“b

1

Figure 2.1: Definition of ship motions in six degrees of freedom.

The incident wave field excites the vessel as a rigid body in six degrees of freedom: surge,
sway, heave, roll, pitch, and yaw. The linear transfer from wave elevation to vessel motion
in each degree of freedom is quantified by Response Amplitude Operators (RAOs), which,
combined with the wave spectrum, yields the statistical vessel motion response for a given
sea state [1].

The excitation driving a suspended offshore payload, however, is rarely applied at the vessel
centre of gravity (CoG). For stern-mounted lifting frames, the suspension hinges are located
at a significant distance from the CoG. Because the lifting structure is stiff relative to the
hoist wires, the crane tip is treated as a rigid offset [5]. The vessel RAOs are therefore trans-
ferred to the crane tip kinematically; processing CoG RAOs into a crane-tip excitation for a
suspended-load model is the standard approach, as demonstrated by Mackojc and Chilinski

[6].

For small angular motions, the vertical crane-tip displacement 7).; superposes vessel heave
ns with the roll n4 and pitch 75 contributions through the transverse offset b and longitudinal
offset [:

Net & M3 + bng + 1ns, (2.2)
with rotations in radians. For heavy-lift vessels featuring substantial lever arms, the rotational
terms dominate the kinematic transfer. A marginal vessel roll or pitch is amplified into
significant translation at the suspension point, meaning the dominant boundary excitation of
the payload often arises from the rotational vessel modes rather than pure heave.
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2.3 Dynamics of the Suspended Payload

Because the masses of jackets that are usually transported are small relative to the displace-
ment of the Pioneering Spirit, the reaction of the swinging jacket does not significantly alter
the motion of the vessel. According to the light lift criteria established in DNV GL-RP-N103,
payloads weighing less than 1-2 percent of a vessel’s displacement do not alter the vessel’s
motion characteristics. Therefore, for such configurations, the payload motion is majorly
driven by the prescribed wave-induced vessel motion. The system is therefore modelled as a
base-excited rigid body hanging in air, with vessel motion as an independent boundary input.

The rigging configuration fundamentally shapes the response. Standard offshore lifts in
typical heavy lift vessels which lifts monopiles or turbines often uses parallel bi-filar or
single wire rigging that decouples swing (sway) from twist (yaw); the Jacket Lift System
instead uses a four-wire rigging to secure the spatial footprint of the jacket. This introduces
off-diagonal terms in the restoring stiffness matrix K. Setting damping and forcing to zero,
the generalised eigenvalue problem is

[K-w?M]g =0, (2.3)

with M the mass matrix and g the mode shapes. The off-diagonal terms make the natural
modes cross-coupled: a unidirectional hinge disturbance (pure sway in beam seas) forces a
multi-directional response, twisting the jacket in yaw. Multi-cable suspensions are known
to introduce inter-axis coupling of this kind [7]. The primary transit hazard arises when
the wave period approaches the natural periods of the jacket or vessel’s natural roll periods,
causing resonant amplification.The vessel’s RAOs act as a frequency filter for the excitations
reaching the jacket.The resulting jacket motions during the transport phase is resultant of the
combination of the waves hitting the vessel and the inherent dynamics of the vessel and of
the jacket suspended in JLS.

2.4 Hoist Wire Tension and Structural Coupling

In the Jacket Lift System (JLS), four hoist wires suspend the jacket; the wire arrangement
on the Pioneering Spirit is detailed in Chapter 3. The hoist wires are the mechanical links
transmitting the static weight and the dynamic reaction forces between vessel and payload.
For a payload suspended in air, two stiffness mechanisms act, each governing a different
class of motion.

The first is the geometric restoring stiffness of pendular motion. When the payload displaces
laterally, gravity provides the restoring force; for small swing angles this is equivalent to a
lateral spring

kg = —, 2.4
s (2.4)

with W the payload weight and h the drop height from suspension point to centre of gravity.
This stiffness is independent of the wire material and governs the low-frequency sway and
yaw pendulum modes.

The second is the axial elastic stiffness of the wire itself,

_EA

ke_ >
Ly

(2.5)
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with F' A the axial rigidity and L, the unstretched length; segments of different material in
a single line combine in series. This stiffness governs the vertical (heave) response of the
payload relative to the suspension point.

Because k. > k; in practical heavy-lift rigging, the two mechanisms are well separated: the
axial natural period lies well below the dominant wave periods, while the pendulum natural
periods lie well above them. There are some studies which focused on the heave compen-
sations [4, 8] where wave-frequency excitation acts directly along the wire axis. But during
suspended transit the axial mode responds quasi-statically and dynamic amplification in pure
heave is small. The severe cyclic tension fluctuations are instead kinematically driven by the
low-frequency pendulum motions. As the payload swings the specific hoist geometry forces
the lines to extend and contract diagonally, redistributing load among the lines and inducing
tension peaks even at modest sway amplitudes, as illustrated in Figure 2.2. This pendulum-
driven tension mechanism which is a result of the specific four hoist rigging arrangement
characterize the risks of sway motion.

sway extreme

(t)

T/T,

0 slack 1imﬂtT=q 1 1 1 1 1 1 1
0 02 04 06 08 1 1.2 14 16 1.8 2
t/T

Figure 2.2: Kinematic tension redistribution during pendular sway (schematic). Each crossed
diagonal wire pair is lumped as a single equivalent axial spring. The pair tensions oscillate
in anti-phase about the static share 7 (bottom).

In subsea lifts, hydrodynamic drag on the submerged rigging and payload is a dominant dis-
sipation mechanism (DNV-RP-N103). During transit in air, the corresponding aerodynamic
dissipation is reduced by approximately the density ratio p.i/pwater # 1.2 x 1073 at equal
kinematics. Linearising the quadratic drag force gives an equivalent damping. Aerodynamic
damping is therefore omitted from the linear design plant; since this removes a dissipative
term, the omission is conservative for resonance-driven response. Hoist lines in air are there-
fore commonly idealised as undamped linear axial springs. For synthetic fibre segments
such as HMPE, this idealisation requires justification: the material exhibits viscoelastic and
viscoplastic behaviour, but full-scale experiments on offshore lifting slings show that a pre-
operational bedding-in sequence removes non-reversible elongation, after which the dynamic
axial stiffness stabilises under cyclic loading [9]. A properly bedded-in HMPE segment can
thus be represented as a linear spring in series with the steel wire.
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2.5 Control-Oriented Reduced-Order Modelling

High-fidelity nonlinear time-domain tools (e.g. OrcaFlex) resolve the spatial wire geome-
try and instantaneous tensions accurately, but a single representative sea-state run is com-
putationally expensive [10, 11]. The research questions of this thesis — sweeping hoist-
arrangement parameters and finding a tugger control strategy — require many model evalua-
tions, which is infeasible with the full nonlinear reference [10, 11]. This motivates a control-
oriented reduced-order model: a low-order, linear time-invariant description retaining only
the dominant resonant dynamics, cheap enough for high-speed iteration.

The literature presents two distinct analytical approaches for offshore lifting: fully coupled
payload—vessel models and uncoupled base-excited models. Coupled models capture the
mutual dynamic interactions between the swinging payload and the vessel’s hydrodynamics
[6]. Conversely, uncoupled models treat the vessel motion as a prescribed boundary input,
utilizing Response Amplitude Operators (RAOs) to derive the crane tip excitation [6, 12].
The limit of applicability between these approaches depends strictly on the payload-to-vessel
mass ratio [6]. Mackojc and Chilinski [6] explicitly demonstrate that uncoupled, RAO-driven
models remain dynamically valid for “light lifts” where the payload is less than 1-2% of the
vessel’s displacement; beyond this threshold, the payload significantly alters the vessel’s
inherent motion characteristics, necessitating a coupled analysis.

For operations fitting the light-lift criteria, uncoupled analytical models offer a low compu-
tational cost while still successfully capturing relevant physical phenomena [12]. Chilinski
et al. [12] highlight that while many simplified models uncouple heave and pendulation en-
tirely, a properly formulated base-excited model can accurately detect parametric resonance
and evaluate compensating elements. Recent control-oriented studies heavily rely on this
uncoupled methodology to overcome the prohibitive computational times of full 3D simu-
lations. Eerden [10] employs a 2D analytical approach, modelling the crane and hoist as a
damped elastic pendulum driven by predefined vessel trajectories, to design and tune tugger
control systems. Similarly, Sanders [11] utilizes a reduced-degree-of-freedom mass-spring-
damper model, with equations of motion derived via Lagrangian mechanics, to rapidly iterate
through controller tunings.

In both cases, the simplify-then-validate-against-a-high-fidelity-reference methodology is
standard practice for offshore lifting [10, 11]. Sanders [11] and Eerden [10] successfully
validate their reduced analytical models against OrcaFlex before proceeding with control
design. Because the Pioneering Spirit operates with a massive displacement relative to the
transported jackets, the base-excited assumption holds [13]. The resulting linear plant lets
vessel motion enter as a prescribed boundary input, providing the computationally efficient
foundation required to rapidly evaluate both passive geometric detuning and active, velocity-
proportional control laws.
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2.6 Motion-Control Strategies for Suspended Payloads

«—-I'Z

’_. Trolley

Figure 2.3: Overview of motion-control concepts for suspended offshore payloads:anti-
swing slider (left, adapted from Jensen et al. [14]), tuned mass damper principle (centre,
adapted from Makita [15]), and contactless electromagnetic control (right, adapted from
Atzampou [16]).

Figure 2.3 illustrates three representative concepts currently being studied in the industry.
Anti-swing slider systems (left) suppress pendulation by translating the suspension point
itself; at heavy-lift scale the required actuator forces and the effect of the moving mass on
crane capacity are prohibitive, and the JLS suspension points are in any case fixed at the
TLB tips [4]. Tuned mass dampers (centre) absorb energy through an auxiliary oscillator
but several practical reasons makes it less attractive in offshore operations . Contactless
electromagnetic actuation (right) can exert both attractive and repulsive forces with a force-
to-weight ratio comparable to active tugger lines, but remains at the proof-of-concept stage,
validated on a laboratory-scale pendulum and requiring magnetic attachments on the payload
[17].

Controlling a suspended offshore payload is complicated by its underactuated nature, having
fewer actuators than degrees of freedom, and the continuous motion of the crane base [18].
The strategies relevant here fall into two categories: active control, which dissipates energy
through commanded actuator forces, and passive control, which alters the physical dynamics
so that resonance is avoided. They both can be complementary as the passive detuning
lowers the peak gain an active controller must handle, and active control covers the residual
response detuning cannot remove. The broader landscape of motion-reduction hardware
concepts—such as anti-swing slider systems, heave compensation, gyroscopic stabilisation,
and automated side loaders—has been evaluated and ranked elsewhere through multi-criteria
feasibility studies [4]. Gyroscopic stabilisation relies on conservation of angular momentum,
and the required gyroscope mass and spin rate scale with the payload, making it impractical
at this scale. Because this thesis is constrained to the operational architecture of the JLS,
it focuses on tugger-line control and geometric detuning: the active and passive avenues
natively applicable to this setup.

2.6.1 Tugger Lines

To mitigate wave-induced pendular sway of the suspended jacket during transit without mod-
ifying the vessel hull or primary hoist structure, active tugger winches apply dynamic control
forces at the payload base [10, 19].
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Evolution of Control Modes: Fixed, Constant Tension, and Active Damping
Three distinct operational modes for tugger lines are documented in heavy-lift literature:

1. Fixed Tugger Lines: Modelling tugger wires as fixed-length cables introduces an ef-
fective horizontal spring stiffness to the system [20, 21]. Adding this fixed horizontal
stiffness lowers the natural pendular period of the payload, potentially shifting it di-
rectly into the peak wave energy band of the sea state [11]. This forced shift can lead
to severe resonance excitation, decreased workability, and an increased risk of wire
overloads or catenary snap loads [11, 19].

2. Constant Tension (CT) Mode: In this mode, the winch attempts to maintain a fixed
tension setpoint regardless of payload movement. Because the theoretical tension-
velocity slope is zero (OF/0v = 0), CT mode provides no active velocity damping,
allowing un-damped pendular sway near resonance [10]. While physical imperfections
in winch actuation may inadvertently dissipate a small amount of energy in practice,
the mode itself does not actively mitigate pendulation [10, 11].

3. Active Damping Mode: Introduced by Meskers and Dijk [19], active damping tuggers
dynamically adjust line tension as a function of payout velocity. By commanding a
higher tension during pay-out (v > 0) and a lower tension during pay-in (v < 0), energy
is continuously extracted from the swinging payload over each cycle. This effectively

provides active damping without undesirably altering the system’s natural stiffness
[11, 19].

\(
Load -
Increased tension

Decreased tensior ﬁl

Figure 2.4: Schematic diagram of an active tugger line (left, adapted from Eerden [10]) and
a multi-cable arrangement (right, adapted from Ren et al. [22]).

Setpoint Laws and Sensor Topologies

The effectiveness of an active damping tugger is fundamentally governed by its setpoint
calculation law f(v), which translates sensed motion into a tension demand. Early indus-
trial implementations relied on piecewise algebraic profiles, mapping payload velocity to
tension through one-dimensional lookup curves bounded by the wire’s minimum and maxi-
mum safe working loads [19, 20]. Evaluated profiles in the literature include linear, stepwise
(bang-bang), and quadratic laws. However, these algebraic profiles possess inherent dynamic
shortcomings: Sanders [11] demonstrated that quadratic profiles apply insufficient damping
force at low turnaround velocities, while stepwise switching introduces force discontinuities
that cause severe winch drive chatter.

To resolve these discontinuities, continuous Proportional-Derivative (PD) setpoint laws are
frequently utilized. Pure proportional velocity feedback suffers from turnaround phase lag,
applying maximum force too late in the swing cycle and occasionally feeding energy back
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into vessel-payload coupling modes [10, 11]. To counteract this, a derivative term acting
on the acceleration error is introduced to provide anticipatory phase-lead [10]. The resulting
control law commands a tension F; bounded by the physical limits of the system:

Fy = max (Fpin, min (Fuax, Fpre + kpeo + kaéy)) (2.6)

where e, is the velocity error, and /2:13 and k, are the proportional and derivative gains. Integral
action is explicitly omitted from this architecture because the continuously varying cyclic
nature of wave excitation inevitably causes integrator anti-windup saturation and subsequent
control instability [10].

The accuracy of this control law relies entirely on the physical location of the feedback sen-
sor. Controllers typically measure motion either indirectly via a winch fairlead encoder or
directly via on-deck hinge and payload sensing. Relying solely on winch payout assumes the
wire is perfectly stiff; in reality, elastic compliance (stretching) and catenary (sagging) ef-
fects introduce uncertainties between the winch response and the actual payload kinematics,
making direct payload sensors much better for accurate tracking [10].

Actuator Constraints and Capacity Scaling

Realizing any theoretical control law in a time-domain simulation requires enforcing strict
actuator constraints. Rather than assuming ideal force application, the literature dictates that
active damping must account for installed capacity ratios, which scale the available winch
force against the payload mass [11, 19]. While exact ratios vary widely depending on the
vessel and operation, all active systems are constrained by a maximum Safe Working Load
to prevent wire yield, and a minimum tension floor to prevent catenary snap loads [10, 11].

Furthermore, kinematic limits on the rated line payout speed and thermal motor power caps
heavily restrict energy dissipation during severe sea states. The physical inertia of the winch
drum and the first-order response lag of the motor drive introduce mechanical delays that
must be modeled to accurately predict whether the active system will successfully dampen
or inadvertently amplify the payload resonance [10].

2.6.2 Passive Control: Geometric Detuning and Tuned Mass Dampers
Passive strategies alter the physical dynamics of a system to avoid excitation without re-
quiring external energy or active actuators. In the offshore industry, Tuned Mass Dampers
(TMDs) are a standard passive solution for suppressing crane and structural vibrations [23,
24]. A TMD absorbs energy through an auxiliary oscillator tuned to the problematic res-
onance frequency. However, for heavy-lift transits involving payloads of several thousand
tonnes, the required auxiliary mass becomes prohibitively large, imposing an unacceptable
penalty on the vessel’s overall lift capacity.
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Figure 2.5: 3D Isometric View

A mass-efficient alternative for suspended payloads is geometric detuning. In a simple math-
ematical pendulum, the natural period is governed exclusively by its length; increasing the
drop height physically lowers the natural frequency. The Jacket Lift System, however, is
a complex spatial arrangement suspended by four separate hoist wires. By systematically
altering these specific hoist-arrangement parameters—such as the top wire spread, bottom
anchor positions, and overall drop height—the geometric restoring stiffness (Equation 2.4)
of the entire multi-wire configuration is modified. This allows the system’s dominant natural
periods to be deliberately shifted out of the hazardous bands, avoiding the resonance trap
without active mechanical intervention.

The necessity for this detuning is sharpest when operational parameters force a lift to occur
near its natural period. As highlighted by McKenzie and Irani [25], operating at a pen-
dulum’s natural frequency represents a worst-case scenario, creating a dangerous condition
where resonant amplification is bounded solely by inherent structural damping or minimal
aerodynamic drag. While the standard approach to mitigating this severe resonance relies on
complex active feedback and compensation frameworks [25], systematic geometric detuning
offers a purely passive, preemptive solution. For a spatial, multi-point heavy-lift payload
of the scale examined in this thesis, systematic detuning via rigging geometry remains un-
addressed in the existing literature; this gap is the focus of the subsequent passive hoist
optimisation.

2.7 Operational Limits and Workability Criteria

The engineering objective of motion control is to widen the operational weather window,
quantified through workability limits. Guachamin Acero et al. [26] established that assessing
marine operability requires identifying critical failure events — for JLS transit, peak liftwire
tensions exceeding the Safe Working Load and exhaustion of clearance between the swinging
jacket and the TLB structure.

For a linearised system, the structural response is proportional to H at fixed 7’,. For offshore
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operations, DNV-RP-H103 [5] computes the particular response of the system X at unit wave
height (Hs; = 1m) and scales it against the design limit X, to set the allowable sea-state

boundary:
Xrnax

X(HS = 1m, Tz)
In practice, offshore heavy-lift operations are governed by multiple simultaneous criteria,
and the overall workability limit is dictated by whichever constraint yields the lowest al-

lowable wave height H y;,,(77,). Crucially, the introduction of a motion control system can
fundamentally shift this governing bottleneck.

Hs,lim(Tz) = 2.7)

As demonstrated by Meskers and Dijk [19], successfully applying a damping tugger sys-
tem to suppress transverse payload pendulation can improve the operability of that specific
state so significantly that it is no longer the limiting condition for the entire operation. Con-
sequently, when evaluating control and detuning strategies, it is essential to concurrently
monitor all dynamic responses; mitigating the primary failure mode may successfully ex-
tend the weather window, but it will inevitably transfer the operational limit to a different
criterion (e.g., the transverse motion criterion, longitudinal motion criterion, vertical motion
criterion, side lead criterion, or hoist wire DAF criterion). Operability is then the statistical
probability that the site sea state stays below this newly established boundary.

2.8 Research Gap and Conclusion

While the individual physical components of this system—namely wave excitation (Sec-
tion 2.1), kinematic transfer across the extended lever arm (Section 2.2), base-excited pay-
load dynamics (Section 2.3), and motion control (Section 2.6)—are well-established, three
distinct gaps persist regarding the Pioneering Spirit Jacket Lift System (JLS).

First, current payload-dynamics and control literature typically assumes parallel one-hoist or
two-hoist rigging arrangements that result in standard vertical pendulation. To the author’s
knowledge, these frameworks fail to capture the specific four-hoist wire arrangement that
drives the critical sway-to-yaw coupling inherent to this operation.

Second, while generic reduced-order offshore-lift models are available [6, 12], and a control-
oriented linear model of the specific JLS hoist system exists for the lowering phase of un-
loaded hoists [27], neither captures the cross-coupled stiffness of the loaded four-wire transit
configuration. This renders them unsuited for the rapid hoist-parameter and controller itera-
tions demanded during early design phases.

Third, passive resonance mitigation in offshore lifting usually relies heavily on Tuned Mass
Dampers (TMDs) [23, 24]. The alternative concept of geometric detuning via optimised
hoist configuration remains an unexplored area for spatial payloads of this magnitude.

These gaps present a practical modelling problem. High-fidelity nonlinear software accu-
rately captures the complex JLS geometry but is too computationally expensive for iterative
design sweeps and controller tuning. To resolve this issue, this thesis details the formulation
and validation of a computationally efficient, control-oriented reduced-order model tailored
specifically to this four-hoist configuration. This model is subsequently deployed to evaluate
both passive geometric detuning and the feasibility of active tugger line control strategies,
bridging the operational and analytical gaps identified above.
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Chapter 3

System Description and Model

This chapter establishes the physical parameters of the Jacket Lift System (JLS) and formu-
lates the control-oriented model used for iterative design. It first defines the physical lifting
setup and the high-fidelity ORCAFLEX reference model. Subsequently, a 4-DOF analytical
model is derived in MATLAB. The underlying physical simplifications, modal verification,
and damping identification required to construct this linearised model are detailed, conclud-
ing with a summary of the finalised system parameters.

3.1 The Physical System and Lifting Setup

Figure 3.1: Pioneering Spirit

The Pioneering Spirit is a twin-hulled heavy-lift vessel equipped at its stern with the Jacket
Lift System (JLS). The JLS carries the jacket on two Tilting Lift Beams (TLBs)—long
arms hinged at the stern to support the hoisting arrangement at their tip. During the tran-
sit phase, the jacket hangs vertically from the TLB tips while the vessel transits a seaway;
this suspended-transport condition governs the dynamic loads of interest.
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Figure 3.2: An offshore jacket handled during heavy-lift installation.

For the modelling, the base-case payload of a steel jacket of dry mass 7650t is chosen .
Jackets can weigh 2000 to 12000 tonnes in current projects. This payload is suspended
in air from four main hoist (MH) wires. The wires are arranged in an inverted V-shape
longitudinally and a slightly inclined vertical parallelogram configuration transversely: they
run from two pairs of top anchors on the beams—an inner pair connected to padeyes near
the vessel, and an outer pair connected to padeyes further outboard—totalling four nearly
symmetric lift points on the jacket.

I Connection beam (JCB) }

JLS Beam

B Block Connection System (BCS)

—— nw /e - ' w
Fixed Grillages (FGR) - , /

| Adjustable Grillages (AGR)

Figure 3.3: Overview of the primary structural and mechanical components comprising the
Jacket Lift System (JLS) on the Pioneering Spirit.
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Figure 3.4: BCS

Additionally, the physical hoist setup includes 190t mass blocks attached to the wire as-
semblies to maintain tension, and a Block Connection System (BCS) comprising constant-
tension winches and nonlinear damper links connecting the hoist blocks to the lift beams to
restrict motion during lowering and grommet connection phases.

20



3.2 The OrcaFlex Reference Model

Figure 3.5: Visualisation of the physical system and ORCAFLEX reference model showing
the Pioneering Spirit, the JLS beams, and the representative suspended jacket.

A high-fidelity, fully non-linear time-domain model of the physical system constructed in
ORCAFLEX was used to serve as validation reference. In this model, the jacket is repre-
sented as a rigid body with accurately distributed mass and inertia. The four hoist wires are
modelled as finite-element axial springs capable of capturing exact spatial geometry and dy-
namic tensions.The model explicity uses wires of two properties namely MH and Dyneema
to model the hoist wires.The MH blocks which sits between hoist wire ends is also mod-
eled.The Orcaflex models includes the whole vessel modeled with RAOs and detailed con-
nections of the Jacket and JLS. While this model captures the full nonlinear behaviour of the
transit operation, its high computational cost makes it impractical for evaluating extensive
sea states. This requires the development of a control-oriented reduced model. The Orcaflex
model includes the BCS, main hoist wires, and the MH mass blocks, which are modelled
with greater complexity. The BCS is modelled through winches and links, incorporating spe-
cific material definitions for the distinct wire segments.The Jacket payload is modeled using
6D bouys with drag areas,Mass and Inertia.

21



3.2.1 Kinematic Excitation from Waves

Displacement RAO Origi

Figure 3.6: Definition of the kinematic lever arm separating the vessel’s displacement RAO
origin and the TLB hinge point within the OrcaFlex environment.
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Figure 3.7: Displacement RAOs transferred from the vessel CoG to the TLB hinge.

Within the OrcaFlex environment, vessel displacement RAOs are inherently referenced to the
vessel’s RAO origin. However, the boundary excitation driving the jacket is applied at the
TLB hinge in ROM. To map the ORCAFLEX reference to the analytical MATLAB model, the
vessel hydrodynamics are simplified into a prescribed boundary input defined by the RAO-
based hinge excitations. This motion must be transferred via rigid-body kinematics over the
substantial lever-arm vector rg,cog = (—215.263, 1.0, 99.998) m between the vessel CoG
(O) and the hinge centroid (B). For the small vessel angles typical of transit, the linearised
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transfer relations defining the hinge input (q,) are:

swayB(w) swayO(w) + dWO(w) Ailj' - rollO(w) AZ
HheaveB(W) HheaveO(w) + Hroll O(w) Ay letcho(w) A$
Hionp(w) = Hrono(w),
) =

yde(w ydwO(w)

3.1)

where (Ax, Ay, Az) = rpjcog. Due to the extreme longitudinal offset (Az ~ —215m), the
vessel’s rotational motions (specifically roll and pitch) are amplified into large translational
motions at the hinge. This kinematic amplification dictates the dominant boundary condi-
tions driving the payload, enabling the MATLAB model to function entirely on these isolated
hinge displacement RAOs.

3.3 Development of the MATLAB Model

To facilitate the high-volume parametric sweeps required for hoist optimisation and iterative
controller tuning, a simplified, frequency-domain analytical 4-DOF model was formulated
in MATLAB. The system kinematics are defined using a fixed inertial Earth frame alongside
two moving body-fixed frames: one located at the vessel’s centre of gravity (CoG) and one
at the jacket’s CoG.

3.3.1 Modelling Assumptions
Deriving the linear state-space model (Equation 3.10) requires several physical simplifica-
tions and parameter reductions.

Equivalent Series Stiffness of the Hoist Rigging

The main hoist lines are not uniform; they consist of a steel wire rope segment connected
to a synthetic Dyneema rope segment, with a heavy MH block positioned at their physical
intersection.

While the mass of the MH block is dynamically reallocated to the jacket’s CoG via kinetic
energy equivalence, the two cable segments act strictly in series structurally. As a result, they
experience the same axial force, and their total dynamic deflection is the sum of their individ-
ual deflections. The equivalent axial stiffness (keq) of each two-part hoist line is calculated
using the reciprocal sum of the individual segment stiffnesses:

-1 -1
1 1 Ly Ld neema
Feq = + == 3.2

K ( kwire kdyneema ) ( E Awire E Adyneema ) ( )

Given the nominal properties of the 34 m steel wire (EA = 9.64 x 106 kN) and the 24 m
Dyneema segment (F'A = 2.0 x 106 kN), the theoretical series stiffness evaluates to approxi-
mately 63 274 kN/m. The analytical model utilises this value.

Kinematic Mass Lumping (Kinetic Energy Equivalence)

The physical JLS incorporates the mass of the MH blocks, hoist wires, grommets, etc., which
are not explicitly modelled in the analytical model. The steel wires are also heavy, although
their mass is small compared to the jacket’s mass. There are four 190 t MH blocks (totalling
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7601) located at the intersection of the steel and Dyneema segments. Because these blocks
are located partway up the suspension length, they experience a smaller translational ve-
locity than the jacket during a pendular sway motion. Simply summing the masses would
artificially inflate the kinetic energy of the linear model and improperly lower the natural
frequency.

Instead, to preserve the dynamic characteristics of the system within a rigid-body 4-DOF
framework, the mass blocks are reduced to an effective inertial mass at the jacket CoG using
kinetic energy equivalence. The mass contribution is scaled by the square of the kinematic
lever-arm ratio:

Sblock 2 LlOti\] S 2
Mkin = ]\4jacket + Z Mplock ( ) + ./O M(S) ( ) ds (33)

L total L total

Evaluated for the baseline arrangement, this yields an effective additional mass of approx-
imately 290t. That estimate is an upper bound: it assumes the blocks follow the pendular
velocity profile freely, whereas in the physical system the Block Connection System ties
them to the lift beams and restrains that motion. Two further difficulties arise in practice.
The lever-arm ratio Spjock/Liotal 1S Set by the hoist geometry, so the additional mass is not a
fixed property of the payload but changes with every candidate arrangement examined in the
optimisation study of Chapter 5; and the degree to which the BCS restrains the blocks is not
known a priori. Rather than propagate an arrangement-dependent quantity of uncertain mag-
nitude, the inertial mass is instead identified once, from the free-decay period of the bare ar-
rangement, giving My;, = 7719 t—an additional mass of 69 t, bracketed by the payload mass
below and the free kinetic-energy estimate above. The gravitational mass (Mg, = 7650 t) is
decoupled and maintained at the dry jacket weight so that the geometric pendular restoring
stiffness remains accurate.

The sensitivity of the sway frequency to this choice is low, and M, is treated as a constant
through the hoist-optimisation phase. The bracketing argument, the identification evidence,
and the sensitivity of the sway period across the full plausible mass range are given in Ap-
pendix A.

3.3.2 Lagrangian Formulation

Based on the dominance of beam-sea excitation, the jacket is modelled as a rigid body with
four degrees of freedom. Surge and pitch are excluded as jacket DOFs due to dynamic
positioning constraints and the minimal longitudinal excitation in beam seas:

a=[y = ¢ v], (3.4)

representing sway, heave, roll, and yaw of the Jacket at the CoG. The orientation of the
jacket relative to the inertial frame is parameterised by the rotation sequence Rjucket(¢, ) =
R.(¢) R.(¢). The vessel orientation is parameterised identically by Ruesse (¢5, ¥ ). Denot-
ing the CoG vertical offset at equilibrium as 2zeq = harop + 2p, the instantaneous world-frame
positions of the jacket CoG and the moving hinge centroid are:

0 0
rc.c=| Y | Thinge = | Yb | - (3.5)
2+ Zeg 2
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The instantaneous length of wire ¢, spanning from top anchor A; to bottom padeye P, is
defined geometrically as:

Lz(q7 qb) = H (rhinge + Rvessel Az) - (rCOG + Rjacket Pz) H . (36)

The kinetic energy 7' incorporates the effective inertial mass (M,;,) and is formulated as:
T = I My (37 + 2%) + 3100 + S 12007, (3.7)

yielding the diagonal mass matrix M = diag( Myin, Mxin, Iz, I..). The potential energy V'
comprises gravitational energy (using static gravitational mass M,,,) and the strain energy
of the wires, modelled as linear axial springs of stiffness k:

2
V(qv qb) = _Mgravg (Z + Zeq) + % k [Lz(q; qb) - LO,i] . (38)

4

=1

Substituting 7" and V' into the Lagrangian £ = T'-V/, applying the Euler-Lagrange equations,

and linearising about the static equilibrium (q = q;, = 0) extracts the constant restoring

stiffness (K) and base-excitation (K;) matrices via the Hessians of the potential energy:
02V 0*V

aq aq q=0,q,=0 aq aqb q=0,q,=0

(3.9)

Energy dissipation is represented by a viscous damping matrix C, whose construction re-
quires the modal solution and is deferred to Section 3.5. With C in place, the equations of
motion are:

Mg +Cq+Kq=-K,qt). (3.10)

3.4 Modal Analysis
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Figure 3.8: MATLAB Model Geometry Plotted

Solving the generalised eigenvalue problem confirms the analytical model accurately cap-
tures the system physics. The resulting natural periods and modal kinetic-energy fractions
are reported in Table 3.1.
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Mode T;[s] Sway % Heave % Roll % Yaw % Dominant

1 15.7 98.7 0.0 0.0 1.3 Sway
2 3.543 1.3 0.0 0.3 98.5  Yaw
3 1.2 0.0 0.0 99.7 0.3 Roll
4 1.1 0.0 100.0 0.0 0.0  Heave

Table 3.1: Modal analysis of the linear ROM.

To validate these results, the global modes are compared against a high-fidelity 3D OrcaFlex
finite element model, as presented in Table 3.2. It is important to note that the OrcaFlex
model possesses a vast number of degrees of freedom, resulting in numerous higher-order
eigenmodes. However, the majority of these represent high-frequency local dynamics, such
as transverse wire vibrations or internal elastic deformations of the jacket structure. For the
purpose of this comparative validation, the 3D model’s modal results were filtered to isolate
the fundamental global rigid-body modes that govern the payload’s macroscopic movement.

Dominant DOF OFx Mode OFx 7, [s] ROM Mode ROM 7T, [s]

Surge 1 19.7 - -
Sway and Yaw 2 15.5 1 15.7
Yaw and Sway 3 4.4 2 3.543

Table 3.2: Modal comparison between the full 3D Orcaflex model and the linear 4-DOF
MATLAB model.

The primary sway mode of the MATLAB model at 77 = 15.7s agrees with the 3D model’s
second mode (15.5 s, a deviation of 1.3%) and lies at the principal resonance trap of the swell
band. The yaw mode at 75 = 3.543 s lies well below the swell band, as does the 3D model’s
third mode at 4.4 s. The reduced-order period is 19.5% shorter, but the yaw coordinate is not
resonantly excited.

3.5 Damping of the Suspended Jacket in Air

The modal solution above is that of the undamped system. Damping is introduced last be-
cause, unlike the stiffness and the inertia, it cannot be derived from the geometry, and because
the form adopted here is defined in terms of the modes just obtained.

The jacket hanging in air loses energy through several mechanisms at once: internal friction
in the steel and Dyneema segments, friction at the sheaves and terminations, contact and
damper action within the Block Connection System, and aerodynamic drag on the lattice.
None is individually linear in velocity and no single one dominates, so they are not mod-
elled separately but lumped into one equivalent viscous matrix identified from the response
of the system itself. The symbol (,; denotes this combined value rather than a structural
contribution alone.

The matrix is constructed in the proportional Rayleigh form C = oM + K, which is diag-
onalised by the same eigenvectors as M and K. The damped system retains the undamped
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mode shapes of Table 3.1 and stays modally decoupled, so damping is assigned mode by
mode rather than element by element [28]. This is the standard treatment where only a small
number of modal damping ratios are known from measurement, which is the situation here:
only the sway mode decays cleanly enough to be measured. Releasing the payload in roll,
yaw or heave produces transients in which several coordinates ring simultaneously, so no sin-
gle decaying sinusoid can be isolated. Sway is separated from the next mode by more than
a factor of four in period and carries 98.7 % of its own modal kinetic energy, so it decays in
isolation.

Nor is this a practical limitation, since sway is the only mode whose damping affects the
quantity of interest. Roll and heave lie an order of magnitude from the wave band and
respond quasi-statically, where the response is set by stiffness rather than dissipation, and
yaw is not driven resonantly but through the off-diagonal stiffness K4 at the sway frequency.

Logarithmic-decrement analysis of the sway decay following release from a 2000 kN lateral
load gives (yir = 0.98 % of critical in the nominal configuration.

Logarithmic decrement fit

0.5 .
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fit, 5 = 0.0607
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Figure 3.9: Logarithmic-decrement fit for the sway free decay: In of successive peak ampli-
tudes against cycle number, for release at 0.54 m. The relation is linear over the full record
(0 = 0.0607, Cyir = 0.98%)

The Rayleigh coefficients follow from

g:%(ﬁwwi), i=1,2, 3.11)
which requires two modal ratios and only one is measured. The second anchor is placed at
the yaw mode with (, = (7, giving constant damping across the two modes that lie within or
adjacent to the excitation band and yielding o = 6.40 x 1073 and /3 = 9.02 x 10~3. The pro-
portional form then fixes the damping of the remaining modes as a consequence rather than
a choice: roll and heave receive 2.39 and 2.54 %, since the Sw term grows with frequency.
This has no bearing on the results, because both modes lie an order of magnitude above the
wave band and respond quasi-statically.

The identified value is carried unchanged through Chapters 5 and 6, so all analyses run on
one common plant. At w, = 0.400rad/s it corresponds to a half-power bandwidth of only
0.0078 rad/s. That narrowness is the physically significant result: a resonance this sharp
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is either excited or it is not, so the response depends strongly on where the excitation sits
relative to the mode and comparatively little on how much energy is dissipated within it.

This is why detuning is pursued in Chapter 5 before damping augmentation is considered in
Chapter 6.

Two qualifications attach to the value. It is identified with the BCS engaged, as the ves-
sel transits, whereas M,;, is identified from the bare decay, since the reduced-order model
contains no BCS; removing the BCS lowers the identified damping to 0.51 %. The appar-
ent damping also rises with release amplitude, from 0.98 to 1.13 % over the range tested,
and with wind speed. Together these place the plausible range at roughly a factor of two in
damping and +3 % in sway frequency. The consequence is a robustness requirement rather
than a modelling one, carried forward to Chapter 6. The full free-decay campaign is given in
Appendix B.

3.6 Summary of Model Parameters

Table 3.3 summarizes the parameters for the 4-DOF reduced-order model, derived from
the physical specifications and system identification. The full numerical mass and stiffness
matrices (M, K, Kj;), together with the identification of My, and the sensitivity of the model
to the hoist-wire stiffness, are given in Appendix A. The validation of this linear MATLAB
model against the non-linear ORCAFLEX reference under various sea states is the subject of
Chapter 4.

Symbol Quantity Value Unit
Meray Gravitational mass (static tensions) 7650 t
Miin Effective inertial mass (identified) 7719 t

L. Roll inertia 4.55%x 105 t-m?
1., Yaw inertia 3.29x 106 t-m?
k Wire axial stiffness (per wire) 63274 kN/m
Nrop Vertical drop, top anchors to padeyes 60.091 m

Zp Height above jacket CoG to the lifting attachment point 22.41 m
L_eq Mean equilibrium wire length 62515 m
Cair Identified sway damping, all contributions 0.98 %

g Gravitational acceleration 9.81 m/s?
Ax Hinge B longitudinal offset from vessel CoG -215.263 m
Ay Hinge B transverse offset 1.0 m
Az Hinge B vertical offset (above CoQG) 99.998 m

Table 3.3: Consolidated summary of parameters for the 4-DOF reduced-order model.
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Chapter 4

Model Validation and Baseline Response

This chapter validates the analytical four-degree-of-freedom reduced-order model (ROM)
against the fully nonlinear time-domain ORCAFLEX reference. The sequence runs from the
least to the most demanding test: first the unforced dynamics, then the steady-state transfer
functions, then the response to irregular seas, and finally the response to a measured ves-
sel record. Each stage isolates one property, so that where disagreement appears it can be
attributed rather than merely reported.

Every ORCAFLEX run synthesises the wave spectrum from a finite number of components,
and the ROM is evaluated at the same number, so every comparison is like-for-like. The
effect of that discretisation is quantified in Appendix C.

4.1 Free-Decay Verification

The decay test of Section 3.5 a 2000kN lateral release at the jacket centre of gravity is
repeated on the linear ROM and compared against the ORCAFLEX reference.
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Figure 4.1: Free-decay verification of the sway response and the cross-coupled yaw response.
The first 150 s, approximately ten cycles, are shown.

Table 4.1 summarises the comparison.

Table 4.1: Free-decay validation summary.

Metric Linear ROM ORCAFLEX Deviation
Sway period 77 [s] 15.70 15.40 +1.9%
First peak |y| [m] 0.878 0.863 +1.7%
Damping ratio ¢ [%] 0.98 0.99 -1.0%
Yaw period [s] 15.70 15.36 +2.2%

The damping ratio was fitted from this record in Section 3.5, and the inertia was identified
from the free-decay period of the bare arrangement. The reference run here has the Block
Connection System engaged, as the vessel transits, and the model does not represent it: the
BCS restrains the hoist blocks and adds stiffness through that path, shortening the refer-
ence period to 15.40s against the 15.71s of the bare configuration the model reproduces
(Appendix B). The 1.9 % offset accumulates visibly over the record in Figure 4.1 and is the
frequency uncertainty the tugger controller is required to tolerate in Chapter 6. The first-peak
amplitude entered no identification and agrees to 1.7 %.

The cross-coupled yaw response is the stronger result. The jacket was released in sway
alone, yet it yaws , and it does so at the sway period rather than at its own, which identifies
the response as driven through the oft-diagonal stiffness K4 produced by the specific rigging
rather than as an independently excited mode. That term is not a tuned parameter. It falls out
of the Hessian of the potential at the as-rigged geometry, and the yaw inertia [,, is a mass
property of the payload. Nothing in the yaw channel was adjusted to match the reference: the
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Rayleigh damping was anchored on the sway mode alone. The predicted yaw amplitude and
decay envelope nevertheless track ORCAFLEX throughout, with the same 2 % period offset
carried over from the sway channel and the same cause.

4.2 Harmonic Validation: Transfer Functions
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Figure 4.2: Sway and yaw transfer functions of the analytical ROM. Markers give the am-
plitude and phase identified from the ORCAFLEX steady-state response.

Steady-state harmonic motion of amplitude 0.5 m is prescribed at the hinge at four periods
straddling the resonance: 12.0s and 13.9s on the sub-resonant flank, 17.0s and 19.0s on
the super-resonant flank. The empirical points lie on the analytical curve within plotting
accuracy and the phase passes through —90° at resonance as it must.
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Figure 4.3: Steady-state sway response, analytical ROM against ORCAFLEX, on both flanks
of the resonance.

At the exact resonant period the ORCAFLEX amplitude falls below the linear prediction. This
is consistent with geometric stiffening: at large swing angles the restoring force grows faster
than linearly and the excursion is clamped. The same one-sided over-prediction appears in
the irregular-sea results below.

4.3 'The Design Envelope and the Critical Heading

The validation set is not arbitrary. It is anchored on the operating envelope the vessel is
actually certified for, and on the heading within that envelope which governs.

4.3.1 Beam seas are the limiting heading
Table 4.2 reproduces the current design sea state for North Sea removal projects. The al-
lowable significant wave height is not uniform with heading: it falls from 4.0 m in head and

following seas to 2.4 m beam, and the allowable period band narrows with it, from 5.6 s to
8.5st04.3st0 6.65s.
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Table 4.2: Current design sea state for North Sea removal projects. The allowable wave
height is lowest, and the period band narrowest, at 90°.

The design table therefore already treats beam seas as the limiting case, restricting H at 90°
to 60 % of what is allowed head-on. The reason is that the sway mode is driven laterally:
by vessel sway, and by roll acting through the 99.998 m lever from the roll axis to the hinge.
Both are largest in beam seas.

The reduced-order model is validated at 90° for this reason. It is the heading that limits the
operation, and the heading against which the control study is tuned.

4.3.2 The validation set relative to the design cell
The five test sea states are positioned deliberately with respect to the beam sea design trans-
portation state. Two of them are that cell:

* V1 (H; = 240m, T, = 4.30s) is the lower corner of the 90° beam sea design cell
exactly.

* V2 (H;=2.40m, T, = 6.60s) is the upper corner exactly.

The remaining three extend progressively beyond it, so that the model is tested not only
where it will be used but also at increasing distance outside:

* V3 (T, =7.505) lies beyond the 90° band but within the band allowed at 60°.

* V4 (T, = 8.50s) is at the longest period anywhere in Table 4.2, but carried at the
beam-sea wave height rather than the head-sea height that period is certified with.

* S1(Hs=2.70m, T, =9.00s) lies outside Table 4.2 altogether and is a deliberate stress
case.

This ordering is useful when reading the results below: the first two sea states test the model
where it will be used, and the last three test how far outside that range it remains reliable.

Figure 4.4 shows the five wave excitation spectra against the sway resonance frequency.
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Figure 4.4: Validation sea states against the sway resonance at w,, = 0.400rad/s.

Table 4.3 lists the characteristic wave periods of the validation sea states relative to the base-
line sway natural period (7yay).

Table 4.3: Validation sea states and their characteristic periods relative to the system’s sway
resonance.

Seastate Hy[m] T, [s] T,[s] T,/Tsway

V1 2.40 430 5.53 0.35
V2 2.40 6.60 8.49 0.54
V3 2.50 7.50  9.64 0.61
V4 2.40 8.50 10.93 0.70
S1 2.70 9.00 11.57 0.74

Two primary observations follow. First, all five peak periods lie well below the sway natural
period of 15.70 s, meaning the model is nowhere being tested at pure resonance and neither,
as later chapters show, is the vessel ever operated there. Second, as 7’ and 7, lengthen
(progressing toward V4 and S1), the excitation approaches the natural sway period, which
drives progressively larger pendular amplitudes and velocities.

Crucially, these larger motions expose the limitations of a linearised model. The discrep-
ancies between the reduced-order model and ORCAFLEX at these higher sea states cannot
be attributed solely to the spectral proximity to resonance. Instead, larger physical excur-
sions activate unmodelled nonlinearities that the ROM omits by design. These include the
velocity-squared aerodynamic drag, geometric stiffening at large swing angles, and the dis-
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crete contact mechanics of the Block Connection System (BCS). Consequently, the longer-
period sea states V4 and S1 are identified in advance as the most demanding environments,
as they test the boundary where the linear assumption begins to break down.

4.4 Stochastic Validation Against Irregular Seas

Each sea state is synthesised as a JONSWAP spectrum with v = 3.3. Both models are driven
at the same component count.

4.4.1 Hinge motion

The hinge motion is the model’s input. If it did not match, any agreement in relative sway
would be two errors cancelling rather than a result. The hinge time trace is therefore extracted
from ORCAFLEX and compared against the hinge RMS obtained from the ROM. The ROM
reproduces the hinge sway RMS to within 2.7 % at every sea state of meaningful amplitude.

4.4.2 Relative sway
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Figure 4.5: Relative sway RMS, reduced-order model against ORCAFLEX.
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Table 4.4: Relative sway: RMS against ORCAFLEX, and the three-hour maximum predicted
by the model.

Sea state ROM [m] ORCAFLEX [m] Error Converged 0 [m] 3h max [m]

V1 0.037 0.039 -5.4% 0.060 0.22
V2 0.635 0.663 -4.2% 0.791 2.94
V3 1.460 1.472 -0.9% 2.209 8.22
V4 3.560 3.047 +16.8% 6.144 22.86*
S1 7.178 5.383 +33.4% 10.042 37.36*

* At V4 and S1 the linearised model over-predicts and the excursions exceed the range in which it is valid.
These figures indicate the trend, not the physical response.

The first three columns compare the two models at the same number of wave components,
which is what makes the comparison like-for-like. The fourth is the model’s own converged
result, evaluated on the continuous spectrum, and it is the one carried forward: the last col-
umn is the largest excursion expected in three hours of operation, y,,.x = 3.72 o, the Rayleigh
most probable maximum for 1000 response cycles. This is the quantity the clearance budget
limits, and it is what the hoist and tugger chapters are judged on.

The result splits cleanly along the boundary of the design envelope.

* Inside the 90° design cell V1 and V2, its two corners the model agrees to within
5.4 %, and does so on both sides of zero.

* At V3, just beyond the 90° band but still inside the band allowed at 60°, agreement is
0.9 %.

* At V4 and S1, at and beyond the longest period in Table 4.2, the model over-predicts
by 16.8 % and 33.4 %.

The agreement is good inside the design envelope and degrades as the excitation is pushed
past it toward the sway resonance. V4 and S1 are also the two sea states carrying by far the
most response energy near the resonance, so the disagreement follows the resonant content
across the set.

4.5 Time-Domain Comparison at Identical Excitation

In the comparison above each model computes its own hinge motion. Both begin from the
same wave spectrum and the same vessel response amplitude operators, but each discretises
that spectrum into its own set of wave components, so the hinge motions they produce are
not identical only statistically the same.

A more direct test is to hand the reduced-order model the hinge motion that ORCAFLEX
computed, instead of letting it construct its own. Both models then respond to exactly the
same hinge displacement at every time step, and any difference that remains comes from the
plant.

36



Sea State V1 (H;=2.4 m, T,=4.3 s) Sea State V2 (H;=2.4 m, T,=6.6 s)
r=0.999, R?=0.997 r=0.999, R?=0.993

0.15

ROM (State-Space)

. 0.1f [= — —OrcaFlex 1 _

E E 1}

) 0.051 1 )

H I i i 2

% of it et ‘ Py il } 2 0

2 2

© -0.05} 1 ©

(0] (o)

o o -7

011 1
0.15 L | ) L 2 L L ) L
2300 2400 2500 2600 2700 2800 2300 2400 2500 2600 2700 2800
Time [s] Time [s]
Sea State V3 (H;=2.5m, T,=7.5s) Sea State V4 (H;=2.4 m, T,=8.5s)

r=0.999, R*>=0.979
5- WWW me\p
5F
5 ' s ' s 10 : : : :
2300 2400 2500 2600 2700 2800 2300 2400 2500 2600 2700 2800
Time [s] Time [s]

r=1.000, R?=0.987

Relative Sway [m]
o

Relative Sway [m]
o

Figure 4.6: Relative sway, reduced-order model against ORCAFLEX, both driven by the same
hinge record.

Table 4.5: Time-domain validation, ORCAFLEX hinge record as input to both models.

Sea state ROM [m] ORCAFLEX [m] RMS error r R?

Vi 0.040 0.039 +0.6% 0.9986 0.9972
V2 0.715 0.663 +7.9% 0.9995 0.9927
V3 1.637 1.472 +11.2% 0.9996 0.9865
V4 3.451 3.047 +13.3% 0.9986 0.9792
S1 6.117 5.383 +13.6%  0.9948 0.9697

The correlation coefficient exceeds 0.994 and the coefficient of determination exceeds 0.969
at every sea state, including the two where the spectral comparison agreed least. The model
reproduces the shape of the signal, not only its statistics.

4.6 Validation Against Measured Vessel Motion

The tests so far compare one model against another, all of them driven by idealised JON-
SWAP spectra. The strongest available check replaces the synthesised excitation with the
measured vessel record from an actual transit: 5389.8 s of roll, pitch and yaw, high-pass fil-
tered at 0.02 Hz to remove static heading drift, transferred to the hinge through the measured

lever arms.
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Relative sway driven by measured vessel motions
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Figure 4.7: Relative sway predicted from the measured vessel motion record.

The simulation begins from rest, and with ¢ = 0.98 % at 15.70 s the sway mode settles with
a time constant of 255s. The first 1300 s, approximately five time constants, are therefore
excluded from the statistics.

Over the remaining record the standard deviation of relative sway is - giving a three-
hour most probable maximum o -

Table 4.6: Three-hour most probable maximum relative sway, measured transit record.

Source MPM [m] ROM deviation
Reduced-order model —
Measured -3.0%
ORCAFLEX -5.2%

The model predicts the three-hour maximum of a real operation to within 3 %. This is the
only comparison in this work against measured data rather than against another model, and
it is the result that most directly supports the use of the ROM for operability assessment.

4.7 Suitability of the ROM for Design and Control

The validation establishes four things.

The unforced dynamics are correct. Released and left to swing, the model reproduces the
reference decay envelope, with the first peak agreeing to 1.7 %.

The forced response is correct in waveform, not merely in statistics. Correlation exceeds
0.994 and R? exceeds 0.969 at every sea state when both models are driven by the same
excitation.
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The disagreement lies outside the design envelope, is bounded, and is one-signed. Inside
the beam sea design envelope, at both its corners, agreement is within 5.4 %. Beyond it the
model over-predicts, and no single cause accounts for the whole of it. Three contribute. The
linear plant carries a single constant modal damping ratio, whereas the free-decay evidence
of Appendix B shows the dissipation rising with amplitude and with engagement of the
Block Connection System; the effective damping implied by the ORCAFLEX response at
the longest periods is higher than any value identified in free decay. Geometric stiffening
at large swing angles, which the linearised restoring term does not carry, adds to this. The
finite wave-component count contributes a further resolution effect rather than a modelling
error (Appendix C). All three act in the same direction, so the ROM over-predicts and acts
as a conservative upper bound.

The prediction holds against measured data. Driven by a real transit record, the model
reproduces the three-hour maximum to within 3 %.

These properties suit the two uses the model is put to. For evaluating rigging geometries,
a conservative upper bound is what is wanted, and the comparison between configurations
is in any case a ratio in which the common bias largely cancels. For control synthesis, the
relevant regime is the one in which the controller keeps the payload small displacements,
well inside the linearised range where the model is at its most accurate.
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Chapter 5

Passive Hoist Optimisation

The validated reduced-order model (ROM) provides a computationally efficient means of
assessing how changes in hoist geometry influence the suspended jacket dynamics. This en-
ables a passive optimisation study in which the rigging arrangement is adjusted to detune the
dominant sway mode away from the design transportation state excitations, thereby reducing
resonance amplification without requiring active actuation. The optimisation is conducted on
the linear ROM established in Chapter 3 and validated in Chapter 4, with the nonlinear OR-
CAFLEX model retained for final verification .

Figure 5.1: 3D Isometric View

The primary objective of the passive study is to minimise the resonant response of the sus-
pended jacket by shifting the sway natural period away from the design wave periods en-
countered during transit. In practice, this is achieved by modifying the hoist geometry, most
notably the top spread and the drop height, while respecting operational and geometric con-
straints imposed by the Jacket Lift System (JLS). The design target is not to eliminate motion
entirely, but to reduce the transfer of wave-induced energy into the payload by lowering the
overlap between the resonances and the wave excitations.
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5.1 Design variables and constraints

XZ Plane YZ Plane
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Figure 5.2: Hoist Parameters

The hoist parameters that most strongly affect the pendular restoring stiffness are:
* Top spread Y, Siop.y-
* Bottom spread Y, Spot,y-
* Bottom Spread X, Syt x.
* Drop height, hqrop-

The feasible range of each variable is set by the JLS specifications, Jacket footprint and by
rigging and clearance limits, summarised in Table 5.1. The drop-height ceiling follows from
the hinge elevation of 119.46 m, the 48 m from padeye to jacket tip and a required splash
clearance of 5.0 m, leaving only 6.4 m of pay-out room relative to the baseline.

Table 5.1: Design variable bounds and rigging constraints.

Quantity Bound Origin

Top spread, Siop,y 10.5-36.0m JLS geometry
Bottom spread, Shot,y 30-47 m jacket padeye layout
Bottom spread, Shot,x 10-34.2m  jacket padeye layout
Drop height, ngrop 50.0-66.5 m splash clearance
Side (athwartships) lead angle < 10° rigging
Fore—aft lead angle <50° rigging
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5.2 Passive detuning and Sensitivity

For small oscillations, the suspended jacket behaves approximately as a pendular system
whose sway stiffness is governed by the effective gravitational restoring action of the hoist
arrangement. Increasing the drop height reduces the restoring stiffness and increases the
sway period, while reducing the top spread alters the line geometry and modifies the coupling
between sway and yaw. The design idea is therefore to move the dominant sway resonance
away from the main wave-energy peak so that the operational sea-state band excites the
system less efficiently .
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Figure 5.3: Sensitivity of the coupled natural periods to each hoist design variable, computed
with the 4-DOF ROM by varying one variable at a time about the baseline arrangement
(dashed).

Figure 5.3 sweeps each variable in turn about the baseline arrangement. Three observations
follow. The top spread is by far the strongest lever on the sway period, which rises from
11.5s to over 18 s as the spread is narrowed across its feasible range. The drop height acts in
the same direction but not as strong, and is in any case bounded to 6.4 m of pay-out by the
splash-clearance requirement. The bottom spread in X leaves the sway period essentially
unchanged while moving the yaw period from 9s to 3.5s.

The same figure shows the cost of the detuning mechanism. Narrowing the top spread raises
the sway period out of the wave band, but it also raises the yaw period from below 4 s towards
7, in the direction of the band rather than away from it. The two effects are geometrically
inseparable, and the consequence is examined in Section 5.7.

Furthermore, evaluating the operational margins relative to the baseline arrangement in Fig-
ure 5.3 reveals the practical limits of passive detuning. While both the top spread and drop
height theoretically allow for an upward shift in Ty, the drop height is heavily restricted
by the aforementioned splash-clearance constraint. Consequently, narrowing the top spread
provides the largest and most viable constraint space to effectively detune the system away
from the wave-energy peak, despite the geometric penalty imposed on the yaw period.

5.3 Optimisation formulation
The passive hoist problem is formulated to minimise the variance of the payload sway mo-

tion. Because the linearised system response is narrow-banded, the Most Probable Maximum
(MPM) of the sway excursion is directly proportional to the standard deviation (RMS) of the
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response through a statistical peak factor. Therefore, minimising the root-mean-square of the
sway motion inherently minimises the extreme peak excursions without requiring arbitrary
weighting parameters. The optimisation is defined as:

minimise  J(x) = RMSy,y(x)

subject to Tiway (X) ¢ Byave, (5.1)

Xmin <x< Xmax

geometric and clearance constraints.

where x denotes the vector of hoist design variables (top spread, bottom spread, and drop
height), T,y is the dominant sway period, and By, is the design wave-period band. By
directly minimising the RMS, the geometric restoring stiffness is systematically tuned to
shift the system’s dominant resonances away from the expected wave energy.

The objective is written in terms of sway alone. This is justified by the behaviour of the
baseline plant, in which yaw is not an independently excited mode: the reduced-order model
places the yaw natural period at 3.54 s, far below the wave band, and the relative yaw transfer
function peaks at the sway natural period of 15.71 s rather than at its own. The ORCAFLEX
records confirm this independently. Across every baseline sea state the relative yaw and rel-
ative sway time series are correlated at |r| > 0.995, with a yaw-to-sway gain of 0.27-0.33°/m
that is constant across sea states and across wave period. Yaw is therefore a kinematic con-
sequence of sway, and minimising sway RMS minimises both. Whether this remains true
once the geometry is altered is not assumed here; it is later checked in Section 5.7 where we
analyse the system in optimised geometry in Orcaflex.

5.4 Screening of the design space

Worst-case rel-sway RMS [m] over swept envelope
lack = Tsway [S]; white o = baseline; red star = screen optimum
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Figure 5.4: Screening surface for the passive hoist optimisation: worst-case relative sway
RMS over the swept sea-state envelope as a function of top spread and drop height, with
sway natural period contours overlaid. White marker: baseline. Red marker: screening
optimum at the constraint boundary. White areas are geometrically infeasible due to the
constraints.
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The screening envelope used throughout this chapter sweeps 7, from 5.5 to 8.5 s at a constant
H, = 2.5m. This is deliberately broader and slightly more severe than the beam-sea design
cell of the transportation memo (H, = 2.4m, T, < 6.6s) against which Chapter 6 evaluates
the tugger: the extra period range covers the region where the baseline sway resonance is
approached, and the optimisation is therefore graded on a more demanding basis than the
design cell alone would give.

Figure 5.4 maps the worst-case relative sway RMS across the swept sea-state envelope over
the feasible range of top spread and drop height, with contours of the corresponding sway
natural period overlaid. Two features are apparent. First, the colour gradient runs almost
parallel to the Tg., isolines: the objective is governed by the natural period alone, and
the two design variables influence the response only through their combined effect on the
pendular restoring stiffness. This confirms that the optimisation is a detuning problem rather
than a two-parameter trade-off, and it is the reason a single scalar objective is sufficient.
Second, the top spread is the more effective of the two variables, since the isolines are crossed
far more rapidly by reducing spread than by increasing drop height. This is reflected in the
optimised configuration, which reduces the top spread by 42% while increasing the drop
height by only 11%.

Within the feasible domain the objective decreases monotonically with increasing 74y, SO
no interior minimum exists and the optimum is located at the corner of the feasible region
where the geometric and clearance constraints of the JLS become active. The baseline ar-
rangement (white marker, 7., = 15.70s) lies in the region of high response, while the
screening optimum (red marker, Tiyay = 18.39s) lies at the constraint boundary. The op-
timum is therefore constraint-limited rather than physics-limited: further detuning would
continue to reduce the response, and the achievable improvement is set by how far the rig-
ging geometry is permitted to move.

5.5 Optimised configuration

(a) Baseline arrangement | Tgyay = 15.70 s oo (b) Optimised arrangement | Tgyy = 18.39 s
top spread = 22.48 m top spread = 13.05 m
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Figure 5.5: Transverse (Y —Z7) projection of the baseline (a) and optimised (b) hoist arrange-
ments, viewed along the vessel axis.
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The optimisation identifies a configuration that increases the sway natural period from the
baseline value of 15.70 s to 18.39 s. This shift moves the dominant resonance away from
the main swell band and yields a substantial improvement in operability across the analysed
design sea states. The corresponding geometry uses a reduced top spread and increased drop

height relative to the baseline arrangement, consistent with the physical detuning mechanism
captured by the ROM .

Table 5.2: Baseline and optimised hoist configuration from ROM Model.

Parameter Baseline Optimised

Top spread, Siop [m] 22.48 13.05
Drop height, hgyop [m] ~ 60.09 66.46
Sway period, Tyyay [S] 15.70 18.39

5.6 Effect on response and operability

Figure 5.6 shows the reduction in relative sway RMS across the wave-period range at con-
stant [{;. The benefit is largest near the baseline resonance, where the original geometry
exhibits the highest dynamic amplification, and remains positive across the design band. Be-
cause the optimised plant is detuned, the response curve is flatter and the peak amplitude is
lower across the operational sea states of interest.

Percentage improvement over baseline‘-*

Reduction in RMS [%]
n w B (4] [*2] ~
o o o o o o

—_
o
T

6 8 10 12
Peak period, T, [s]

Figure 5.6: Relative sway RMS percentage reduction for the baseline and optimised arrange-
ments across the wave-period range at constant /.

Figure 5.7 shows the mechanism directly. Detuning moves the sway resonance from 15.70 s

to 18.39s, clear of the design excitation band, and the peak amplitude falls by roughly a
factor of three.

45



(a) Relative sway RAO oco (b) Relative yaw RAO

200
Design excitation band 60t
180} —— Baseline (Toyay = 15.70'5)
Optimised (Tqyqy = 18.39 5)
160+ 1 —
— 160 £ 50
£ 3
€ 140} b
— T
o = 0k
I 120} o 40
< S
& 100t =
H ®© 30
0 >
2w :
= 2
S eor % 201
o« o«
40t
10f
20t
0 L h 0 1 i
5 10 15 20 25 5 10 15 20 25
Wave period, T [s] Wave period, T [s]

Figure 5.7: Relative sway (a) and relative yaw (b) transfer functions for the baseline and
optimised arrangements. Dotted lines mark 75,y
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Figure 5.8: Operability gain from the rigging optimisation, expressed as the limiting sig-

nificant wave height for a relative sway criterion of 3.0m and a modal damping ratio of
¢ =0.98%.

Figure 5.8 presents the resulting operability gain, expressed as the limiting significant wave
height at which the relative sway criterion of 3.0 m is reached, as a function of the zero-
crossing period. The optimised arrangement raises the limiting H, across the entire period
range. The gain is largest in relative terms at long periods, where the baseline response is
dominated by proximity to its resonance: at the upper end of the swept band, 7', = 8.5, the
limiting H, increases from approximately 0.35 m to approximately 1.05 m, a factor of three.
In terms of workable period range, the design condition of Hy = 2.5m is sustained up to
T, ~ 6.6 s for the baseline arrangement and 7, ~ 7.1 s for the optimised arrangement.

The limitation of the passive approach is equally apparent. Although the optimisation triples
the limiting wave height at 7, = 8.5s, the resulting value remains well below the design
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condition of H,; = 2.5m. Detuning the rigging geometry therefore provides a substantial
but partial improvement: it reduces the response for a given sea state without extending
operability to the full design envelope at the longer periods. Closing the remaining gap
requires the introduction of additional damping rather than a further change in restoring
stiffness, which motivates the active tugger-line control study of Chapter 6.

A caveat applies to the interpretation of these gains. The optimised arrangement is obtained
by altering the hoist geometry, and any change in sling inclination redistributes the static
tension between the hoist wires and modifies the load introduction at the jacket lift points.
The reduced motions reported above lower the inertial contribution to the total load, while
the modified geometry changes the static contribution, so the net effect on structural utilisa-
tion is not determined by the motion results alone. The 4-DOF ROM represents the jacket
as a rigid body and therefore cannot resolve internal member forces or lift-point reactions by
construction; the ORCAFLEX verification model shares this limitation for the payload itself.
Confirming that the optimised configuration remains within the allowable sling tensions and
lift-point capacities requires a dedicated structural assessment of the jacket and its rigging,
which falls outside the scope of the present dynamic study. The optimised geometry is there-
fore presented as a dynamically favourable configuration, subject to structural verification
before it could be adopted operationally.

5.7 Verification in ORCAFLEX

To confirm that the performance gains predicted by the linear reduced-order model (ROM)
translate to the physical system, the optimised geometry is re-evaluated in the full nonlinear,
time-domain ORCAFLEX model.

5.7.1 Verification of Modal Detuning

Before evaluating the time-domain response, the fundamental mechanism of the optimisation
ie the shift in natural periods is verified. A modal analysis of the modified geometry was
performed in the full 3D ORCAFLEX model to confirm that the geometric detuning predicted
by the 4-DOF ROM physically manifests.
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Figure 5.9: Implementation of the optimised hoist geometry in the ORCAFLEX model

The ROM predicts a detuned sway period of Tyy,y = 18.39s. The ORCAFLEX modal anal-
ysis confirms this, identifying the dominant sway mode at 18.56 s (Mode 2). This excellent
agreement (less than 1% deviation) demonstrates that the ROM accurately captures the grav-
itational restoring stiffness of the new multi-wire spatial arrangement. Note that Mode 1 in
the 3D model (20.33 s) corresponds to out-of-plane longitudinal surge, which is inherently
excluded from the beam-sea 4-DOF framework.

Furthermore, the ROM predicts that narrowing the top spread softens the yaw stiffness, in-
creasing the yaw period to 7,y = 6.52s. The ORCAFLEX analysis validates this yaw soften-
ing trend, placing the new yaw-dominated mode at 7.64 s (Mode 3). While the full 3D model
exhibits slightly more yaw stiffness than the simplified 4-DOF representation, both models
unequivocally confirm the same physical consequence: the yaw mode is pushed upward and
closer to the design wave band.

5.7.2 Verification of Sway Reduction

Figure 5.10 compares the relative sway response and the percentage reduction achieved by
the optimised rigging against the baseline.
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Figure 5.10: Comparison of the relative sway RMS (left) and the percentage reduction (right)
predicted by the 4-DOF model and achieved in the fully nonlinear ORCAFLEX model.

The reduction achieved by the optimised rigging grows with wave period across the two de-
sign states: 29% at V3 (T, = 7.5s) and 58% at V4 (T, = 8.5 ). This is the expected signature
of detuning, since the benefit is largest where the baseline sway resonance sat closest to the
excitation. The ROM reproduces this trend and matches the ORCAFLEX reduction to within
1.4 pp at V3, while overpredicting it by 6 pp at V4. The measured sea state M1 (H, = 1.75m,
T, =6.4s,~ = 1.0) provides an independent check against a milder and broader-banded spec-
trum rather than a third point on the same trend; there the ROM predicts 37% against 27%
achieved.

In absolute terms the ROM overpredicts the baseline sway at V4. This bias acts on both
geometries and therefore largely cancels in the ratio, but not entirely, and the residual is one-
directional: the linear model consistently flatters the optimisation. The ROM is accordingly
used as a screening tool for ranking hoist configurations, with its predicted reductions treated
as upper bounds pending time-domain confirmation. The V3 comparison is made with the
BCS disengaged and on a coarser wave discretisation than the other two.

5.7.3 Other DoF motions

Narrowing the top spread softens the yaw restoring stiffness, raising the yaw natural period
from 3.54 s to 6.52 s in the ROM and to 7.64 s in the ORCAFLEX modal analysis, from well
below the design wave band to its lower edge. The slaving assumed in Section 5.3 is therefore
weakened, but not removed: the yaw transfer function of the optimised arrangement still
peaks at around its sway period of 18.23 s rather than at 6.52 s.

49



ional DOFs Rotational DOFs

-55.3%

+141.0%

roll yaw

Figure 5.11: Relative response in all four modelled degrees of freedom at the V4 sea state,
baseline against optimised geometry. ORCAFLEX runs

Figure 5.11 widens the comparison from sway to all four modelled degrees of freedom at
the fully matched V4 run. Relative sway falls from 4.305m to 1.817 m and relative yaw
from 1.404° to 0.627°, both by more than half, so the two motions that carry the clearance
argument move together as the slaving assumption requires. Relative heave and relative roll
are an order of magnitude smaller in both geometries heave 0.203 m to 0.039 m, roll 0.178°
to 0.429° and the percentages attached to them should be read with that in mind. A ratio of
two small quantities is sensitive both to the realisation and to the residual drift in the record,
and neither response approaches an operational limit in either arrangement.

Roll is the only degree of freedom that moves in the unfavorable direction. It is governed by
the axial stiffness of the hoist wires rather than by gravitational restoring, so Ty, is 1.21s
at the baseline and 1.06 s in the optimised arrangement: an order of magnitude below the
wave band in both, and stiffened rather than softened by the narrower top spread. The rise
in the relative quantity is therefore not a resonance effect, and it is not traced to a single
mechanism within the scope of this study. On this payload the consequence is immaterial,
the response remaining under half a degree and unconstrained by any criterion applied here.
What generalises is not the magnitude but the direction: an objective written on sway alone
offers no protection to the rotational modes, and how much that costs depends on the padeye
layout and mass distribution of the payload being rigged. That is the argument for carrying
them as explicit constraints in any generalised form of the method, developed in Section 5.8.

5.8 Conclusion

The passive optimisation delivers a practical geometry that improves operability with no
additional hardware, no control system and no crew intervention: it is a matter of how the
jacket is rigged before the transit begins. It also defines the best passive plant against which
an active device can be judged, since any damping system fitted to this payload must be
shown to earn its place relative to a rigging change that costs nothing to operate. Whether it
does so is the subject of Chapter 6, which sizes a damping tugger on the baseline plant and
then places both mitigations on the same axes.

The optimisation presented here minimises relative sway alone, on the grounds that yaw
follows sway at a fixed gain in the baseline plant and is not independently excited. The veri-
fication bears that out for the arrangement as sailed: with the block control system engaged,
sway and yaw fall together at every sea state examined, and the yaw carried per metre of
sway is essentially unchanged by the geometry.

The assumption is nonetheless doing more work than it appears. Narrowing the top spread
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softens the yaw mode from well below the wave band to its lower edge, and the consequence
becomes visible once the restraint hardware is removed: with the BCS disengaged the op-
timised geometry develops a distinct relative-yaw peak at the new rotational period and a
higher relative yaw than the baseline. The reduced-order model carries no representation of
that hardware, so its rotational predictions describe the unequipped plant. What keeps the
penalty from appearing in service is a subsystem the optimisation never modelled, and the
favourable outcome is therefore verified against the nonlinear model rather than derived from
the objective.

That is an argument for a broader formulation, not a broader claim. A single-degree-of-
freedom objective is adequate here because this payload happens to couple favourably and
because the equipped vessel absorbs what the objective ignores. None of that is guaranteed
for another payload. A different jacket, a different padeye layout, or a vessel without the
same restraint hardware could behave differently, and the present formulation would give no
warning. Including the rotational motions as constraints and later verifying with the Orcaflex
model, would make the outcome something the method delivers rather than something this
particular system happens to allow.

Towards a route-specific rigging assessment tool

Nothing in the method is specific to this jacket. The design variables, the constraints and
the objective are all built from data available before a transit: the jacket’s mass, inertia and
padeye layout, the vessel’s response operators, and a description of the sea. Only the last
was fixed here, to the conservative design envelope of section 4.3. Replace it with the wave
scatter of a planned voyage and the same calculation returns the best rigging for that voyage,
together with the fraction of the scatter in which the clearance criterion is met and quickly,
since the search runs on the reduced-order model and only the selected geometry needs a
nonlinear check. Two additions would make it usable in that form: sling tension and lift-
point capacity as constraints rather than rigging geometry alone, and the rotational motions
carried explicitly instead of assumed to follow sway.
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Chapter 6

Tugger Control

The previous chapter demonstrated the reduction of jacket sway through passive adjustments
to the rigging geometry. This chapter investigates whether that sway motion can instead be
reduced actively by extracting energy through tugger lines. Finally, the passive and active
methods are compared and combined to evaluate their relative effectiveness.

The three control modes available to a tugger—fixed lines, constant tension, and active
damping—were reviewed in Section 2.6.1. Section 6.2 selects the appropriate mode for
the present system on quantitative grounds. The remainder of the chapter formulates the
selected control law, scales it into three configurations based on the JLS architecture, and
evaluates their performance across the design transportation states and upon widening these.
The objective is to establish the dynamic conditions under which a damping tugger is worth
fitting to a payload of this scale, rather than to specify a finalized winch design for a single
jacket.

6.1 Control objective and success criterion

The success criterion is inherited from the uncontrolled study: the most probable maximum
(MPM) of the relative sway over a three-hour exposure must remain within the clearance
budget of 3.0m, a limit set by the operator. This is a constraint, not an objective to be
minimised: the question is whether a sea state can be worked, not how much motion can be
removed.

One property of the system frames everything that follows. The sway period of the jacket is
15.70s. A sea state whose peak period matches it has a zero-crossing period of about 12.2's
(JONSWAP, v = 3.3 [29]), whereas the current beam-sea design transportation envelope ends
at T, = 6.6s. The jacket is therefore excited well away from its own sway period across the
whole design box.

The response there has two parts. Most of it follows the motion of the suspension point
directly, at the wave period. The remainder is oscillation about that point at the sway period,
fed by the long-period tail of the spectrum and lightly damped at 0.98 %; it arrives in bursts,
and it is what sets the three-hour maximum rather than the typical amplitude. A tugger
applies force at every frequency present in the motion, but only the second part is damping-
controlled: the first is set by the motion of the suspension point and is largely insensitive to
how much damping is added. As the wave period lengthens toward 15.70 s a larger share
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of the spectrum falls near the sway period and that second part grows. The effectiveness
of a damping tugger should therefore be smallest at the upper period limit of the present
beam-sea envelope and should rise steadily beyond it.

6.2 Tugger types

6.2.1 Fixed tugger

Fixed lines are excluded on two independent grounds, either of which is sufficient on its own.

The first is the load. The argument is due to Meskers and Dijk [19] and is reproduced here
for the present payload. A line held at a fixed length forces the jacket to follow the horizontal
motion of its fairlead; to do so the jacket must be accelerated, and the line must supply that
acceleration. If the fairlead sways with amplitude X at frequency w, the force the pair must
deliver is

Fagn = M;w?X, (6.1)

where M; = 7719t is the inertial mass of the jacket, w = 27/T is the circular frequency
of the excitation and X is the fairlead sway amplitude the jacket is made to follow. The
expression is the peak inertia force of a body of mass M; driven harmonically at amplitude
X: the acceleration amplitude is w?.X, and the force follows from Newton’s second law.

A line cannot push, so this force must be delivered as a variation in tension about a pretension
large enough that the line never goes slack. The pretension across the pair must therefore be
at least Fyyy,, and the capacity at least 2Fyy,, since the tension peaks at the pretension plus
the variation. Meskers and Dijk [19] applies the same expression to a 3000 t reel and obtains
120t for 1 m of motion at a 10 s period, so requiring more than 120t of pretension and more
than 240t of capacity against the 140t of his installed pair, which is why the mode is not
adopted there either.

Table 6.1: Force a fixed-line pair must deliver to make the jacket follow a fairlead sway of
amplitude X, Fyy, = M;w?X, in tonnes. The total pretension must be at least this value to
prevent slack, and the total capacity at least twice it.

Tls] X=Im X=2m X=3m
5.5 1016 2032 3048

8.0 485 971 1456
10.0 311 621 932
10.9 260 520 780
15.7 126 252 378

Table 6.1 evaluates Equation (6.1) over the design period range. At the design peak period
of 10.9 s, making the jacket follow 1 m of fairlead motion requires 260t from the pair, and
therefore at least 260t of pretension and 520t of capacity. The damping arrangement exam-
ined in this chapter carries 52 t per line, 104 t across the pair, on a per-line capacity of 102t,
204 t across the pair. A fixed restraint therefore asks for roughly two and a half times the
load on both counts, for a single metre of fairlead motion, and the requirement grows as the
square of the frequency: at the short-period end of the design range the same 1 m would need
over 1000t of pretension.
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The second ground is frequency, and it is the more damaging. A fixed line acts as a horizontal
spring of stiffness Ky, = E.Aer/ Lo [20, 21]. Added stiffness raises the sway frequency and
therefore pulls 15y, down from 15.70s.

Meskers and Dijk [19] reports both sides of that shift. In his case it is the intended mecha-
nism: the coupled load roll mode sits at 14 s, inside the swell band, and stiffening the lines
moves it below the excitation so that the load travels with the vessel. He also reports the cost
at short wave periods the fixed tuggers reduce operability, because the shifted peak lands
in the wind-sea range. The present system is the inverse case. The sway period is 15.70 s
and the design excitation is at 7, = 6.6, so there is no band below the excitation to move
into: stiffening the plant brings the resonance toward the design sea state, and toward the
natural roll period of the vessel, rather than away from them. It is the exact inverse of the
detuning strategy of Chapter 5, and the magnitudes in Table 6.1 make it unavoidable as a
line stiff enough to restrain a payload of this size is stiff enough to shift its natural period
substantially.

6.2.2 Constant-tension tugger

Constant-tension control maintains a fixed tension setpoint, F; = F},;.. The tension velocity
slope is then identically zero, OF/0v = 0, so the mode delivers no velocity-proportional
damping whatsoever [10, 20, 21]. It is excluded not because it performs poorly but because
it does not address the mechanism: it neither dissipates resonant energy nor detunes the plant
in a favourable range.

More generally, any law that reacts against displacement adds effective stiffness and inherits
the frequency objection of Section 6.2.1. What is required is a law that reacts against velocity
alone adding dissipation without moving the natural period.

6.2.3 Damping tugger

Active damping, introduced for suspended offshore payloads by Meskers and Dijk [19],
modulates line tension as a function of pay-out velocity, F = F,..+f(v): tension is increased
during pay-out (v > 0) and reduced during pay-in (v < 0), so that energy is extracted from the
payload over each swing cycle. It satisfies the requirement identified above and is adopted
for the remainder of this chapter.

-= Pre-tension
== Tension limits
—— Damping profile

T [kN]
g

-1.00 -0.75 -0.50 -0.25 0.00 025 0.50 075 1.00
u [m/s]

Figure 6.1: Force-velocity relation of the maximum-force setpoint, reproduced from Eerden
[10]. The amplitude A and the range R correspond to %(TmaX — Thnin) and to the velocity
span over which the law is linear.

The selection follows from the mechanism rather than from a preference among three admis-
sible options. A fixed line adds stiffness and moves the sway period in the wrong direction;
a constant-tension law adds no damping at all. Only a law reacting against velocity adds
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dissipation without disturbing the period that Chapter 5 sets out to move. How much that
dissipation is worth in the present design envelope, where the excitation sits well below the
sway period, is the subject of the remainder of this chapter.

6.3 Control law and actuator model

6.3.1 Setpoint law

The implemented law is the maximum force setpoint : a linear force-velocity relation bounded
by a maximum and a minimum, evaluated from a measured velocity and applied directly to
the load. For the opposing pair, with gains expressed as totals for the system and n lines,

Ts,p(u) = Sat[Tmin,Tmax](TO + Ctot U), Fnet = Ts_Tp = Ctot U, (62)
n

where 7 is the pretension and ¢ the slope of the force-velocity relation of the system. The
pretension is placed midway between the bounds, T} = %(Tmax + Thnin ), matching the linear
damper of Sanders [11]; his shifted variants, which place the target at the minimum or the
maximum, are reported by him to perform worse as the forward-shifted case extracts too little
energy per cycle and the backward-shifted case injects energy through its high pretension.

The velocity u in Equation (6.2) is the pay-out velocity of the tugger line, not the velocity of
the payload. For a line running from the vessel fairlead at r to the jacket attachment at r;,
of instantaneous length L = |r; — r;|| and unit direction b = (r; —r;)/L, it follows that

~

u=1L=b-(t;-1), (6.3)

so u is the component of the fairlead-jacket relative velocity resolved along the live line
direction, evaluated with the instantaneous geometry at each time step. Positive u denotes
pay-out. This quantity is obtained as the analytic time derivative of the line length and
identifies it as the physically measurable input: winches are instrumented to measure pay-in
and pay-out velocity, and that velocity is directly related to the payload motion. The two
payload and payout velocities coincide only when the line is horizontal and the vessel end
is stationary; here the fairlead moves with the vessel and the line direction rotates, so the
pay-out velocity carries both the payload motion and the vessel motion at the fairlead

No PID action is applied in the model. In the maximum-force-setpoint formulation the con-
troller output is the commanded force: it is computed algebraically from the sensed velocity
and applied directly, so there is no tracking error for a PID to act on . This is the configura-
tion Eerden [10] arrives at in his simplified model, and he arrives at it because the detailed
model that did include a PID loop failed: gains spanning four orders of magnitude, several
tension-setpoint pairs and even removal of the winch limits produced no working controller
for the damping mode, which is what prompted the move to the simplified formulation. The
abstraction is adopted here because the question is how much damping is worth having on
a payload of this size, not how to build the winch controller that delivers it; that a detailed
winch model of this kind has already been reported to resist tuning is a further reason not to
place one inside the present study.

The lines attach at the height of the jacket centre of gravity. Attaching at the centre-of-gravity
height removes the lever for roll, and is the arrangement adopted here.
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6.3.2 Actuator model and fairlead

00 v T-r'

11

..... ‘_* 15,03 ad
CoG at 82.5 below hinge

Figure 6.2: Arrangement of tuggers at the pure sway direction of jacket at same level as CoG

The tuggers are modeled as two opposing pairs of forces acting in the direction of relative
sway. We assume two fairleads that sit 15 m from the jacket. This configuration is theoretical,
as there are no current options to place the tuggers here in reality unless we build large
extensions at the PS aft. The winch is modelled as an ideal force source: the commanded
tension is realised instantaneously and without error, so winch delay 7, = 0 and the tension
is algebraic in the sensed velocity.

Each tugger line runs between two points that both move. The jacket end is attached at CoG
level in the pure-sway direction; the ship end is a fairlead fixed to the vessel, with a free line
length of 15 m to the jacket. The vessel-side fairlead is not the hoist hinge. It sits 82.50 m
below the hinge, and its motion is obtained by transferring the Pioneering Spirit RAOs from
the vessel reference point to the fairlead coordinates as a rigid body — the same transfer
already applied to the hinge, but with a different lever arm.

Sanders [11] admits exactly two actuator limits: no tension below zero, to avoid slack in the
cable, and no tension above the winch capacity. Eerden [10] imposes the same pair. Both are
enforced here. The no-slack floor is set at 7},,;,, = 20 kN rather than zero. The capacity Ty,.«
differs between the three configurations examined in Section 6.4 and is given in Table 6.3;
the pretension is placed midway between the floor and the capacity in each case.

Two omissions are present in the model. First, no damping-speed limit is imposed. Sanders
[11] states explicitly that the maximum pay-out and pay-in speed of the winches is evaluated
but not set as a hard limit, and a speed threshold is retained here for reporting only. Second, a
deadband is not applied. Eerden [10] derives one from an accepted displacement and applies
it in his simplified model. Sanders [11], however, tests deadband variants directly and finds
their behaviour depends on the loading: they damp a free decay very effectively, but under
continuous external forcing the abrupt change in force as the velocity crosses zero degrades
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motion reduction and generates roll. He also notes that a deadband of this form exists only
in the model. The present case is continuous irregular loading, so the deadband is omitted.

The parameters common to all three configurations are collected in Table 6.2. Line axial
compliance and winch inertia are not modelled, so the winch, cable and load velocities are
equal by construction. The fairlead sits 82.50 m below the hinge that drives the hoist, so
the winch and load sensor references differ by vessel roll acting through that lever; with
compliance absent, any difference between the two is purely geometric. With a free line
length of 15 m the axial stiffness of the tugger line is relatively high.

Table 6.2: Tugger system parameters common to all three configurations. The winch capac-
ity, pretension and damping slope differ between configurations.

Parameter Symbol Value
No-slack floor Tinin 20kN
Actuator time constant T4 Os
Deadband velocity Vdb not applied
Number of lines n 2
Fairlead offset from centreline Y, 37.5m
Jacket half-width W;/2 22.5m

6.3.3 Frequency-domain and time-domain formulations

Two formulations are used. In the frequency domain the tugger is a linear viscous damper of
impedance G'(w) = iwc, with no capacity and no slack floor; results obtained there are what
the device would give if it never reached a limit. In the time domain the winch limits are
active, together with slack-capable hoist wires and the instantaneous line directions. Because
the actuator is ideal in both, any difference between them comes from the tension limits and
from the nonlinearity of the plant.

Section 6.5 reports the time domain and Section 6.7 the frequency domain. Compared at
a fixed wave height the two are close inside the design window, because the tension there
rarely reaches a limit: at 7, = 6.6 s the reference configuration does not reach one at all. The
agreement weakens as the period lengthens at that same wave height at 7, = 8.5 the same
configuration sits at its capacity for 16 % of the record. The operability curves of Section 6.7
are a separate case, because the wave height there is not held fixed; the argument for reading
them across their whole range is given in that section.

6.4 Three tugger configurations

The control law of Section 6.3 leaves one parameter free: the slope ¢ of the force—velocity
relation, together with the winch capacity that bounds it. Rather than propose a single tuned
device, this chapter takes three configurations and reports what each achieves. The purpose
of the study is to provide a way of assessing tugger damping for a given payload and operat-
ing envelope, not to specify a winch for one jacket.

The slopes are anchored to the previous systems studied as the PS has no tuggers installed.
Both Sanders [11] and Eerden [10] work at approximately 1000 kN-s/m, which is taken as
the reference configuration. The low configuration is below that value, and the high one
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is twice it on winches of twice the capacity. Doubling the slope and the capacity together
leaves the pay-out speed at which the law saturates almost unchanged, so the reference and
high configurations differ in force authority rather than in where saturation begins.

Table 6.3: The three tugger configurations. Capacity is expressed as a percentage of the
payload weight so that it can be compared with other installations.

Configuration Slope T..x Pretension Saturates at Capacity

[kNs/m] [kN] [kN] [m/s] [% weight]
Low 300 1000 510 3.27 2.7
Reference 1000 1000 510 0.98 2.7
High 2000 2000 1010 0.99 5.3

The capacities are not unusual for this class of operation. Meskers and Dijk [19] reports
two 70t winches restraining a 3000 t load, which is 4.7 % on the same measure. The high
configuration, at 5.3 %, is therefore a normally scaled winch rather than an exceptional one.

In every configuration the pretension sits midway between the no-slack floor and the capac-
ity, following Sanders [11]. The lines attach at the height of the jacket centre of gravity,
so the tugger force produces no roll moment. No speed limit, deadband or power limit is
applied, for the reasons given in Section 6.3.2.
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Figure 6.3: Force-velocity relation of the three configurations. Left: the tension commanded
in one line against the pay-out speed of that line, linear until the tension reaches a winch
limit and flat thereafter; the dashed lines show the same law without limits. Right: the net
sideways force the opposing pair applies to the jacket

The net force stops growing at 3.27, 0.98 and 0.99 m/s of pay-out speed for the low, reference
and high configurations, and is capped at 980, 980 and 1980 kN respectively. How often the
law reaches those limits in realistic seas is reported in Section 6.5.
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6.5 Response over an extended sea-state set

At the upper period limit of the beam-sea envelope, H, = 2.4m and 7, = 6.6s, the jacket
already stays inside the 3.0 m clearance budget without any tugger: the largest sway expected
in three hours is 2.93 m. A tugger cannot be judged on that cell alone, because the constraint
it is meant to relieve is not yet binding. The set of sea states below therefore extends the
envelope in both wave height and wave period, and asks what each configuration achieves as
the sea gets harder.

Every case uses the nonlinear time-domain form of the model with the winch limits active.
The uncontrolled run and the three controlled runs at a given sea state share the same wave
record, so the reductions are directly comparable.

Table 6.4: Reduction in the standard deviation of the relative sway achieved by each config-
uration, ordered by wave period.

H, T, o,notugger low reference high

[m]  [s] [m]

24 6.6 0785 1% 10% 22%
3.0 6.6 0983 2% 10% 22%
24 7.0 1.141 3% 15% 30%
24 175 2762 37% 48% 60 %
30 75 3.637 40% 49% 61 %
36 75 4.252 37 % 46 % 58 %
24 80 4.270 40 % 53% 66 %
24 85 6.196 45% 56% 69 %

The reduction rises steadily as the wave period lengthens: from 1% to 45 % for the low
configuration and from 22 % to 69 % for the high one between T, = 6.6 and 8.5 s. It is set by
the period and is almost independent of the wave height: at 7, = 6.6 s the same percentages
are obtained at H; = 2.4 and 3.0m. This is the direct consequence of the off-resonance
position of the design box established in Section 6.1. At 7, = 6.6 only a small share of the
spectrum lies near the sway period of 15.7 s, so the oscillatory component the damper acts
on is a small part of the total response. As the wave period lengthens toward the sway period
the response becomes increasingly dynamic, and the damper has correspondingly more to
remove.

Reducing the standard deviation is not the same as making an operation possible. Table 6.5
therefore reports the largest sway expected in three hours against the clearance budget, which
is the question that decides whether the transit can proceed.
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Table 6.5: Largest sway expected in three hours against the 3.0 m clearance budget. The last
column is the fraction of the record for which the high configuration sits at a tension limit

H, 7T, none low ref. high  atalimit
[m] [s] [m] [m] [m] [m] (high)[%]

24 6.6 293 289 265 229 0
30 6.6 3.67 361 332 286
24 7.0 423 409 359 298

24 75 1010 642 527 4.08
30 75 1329 811 6.84 525
36 7.5 1555 986 855 6.61
24 8.0 1557 939 747 544
24 85 2256 1257 10.11 7.02

~N W ONW = | OO

Seven of the eight sea states exceed the budget without a tugger. The low and reference
configurations recover none of them; the high configuration recovers two, at Hy; = 2.4m,
T,=70sand at H; = 3.0m, 7, = 6.6s. Both are recovered by a small margin 2 and 14 cm
inside the budget and both results come from a single wave realisation.

Where the response is very large the tugger removes a substantial fraction of it without bring-
ing the jacket anywhere near the budget. At H, = 2.4m, T, = 8.5s the high configuration
removes 69 % of the standard deviation, yet the largest expected sway is still 7.0 m. A large
percentage reduction on a response that is far outside the budget has no operational meaning,
and the two tables must be read together for this reason.

One limit on how far the lower rows can be read should be stated. The three-hour maxima
there correspond to swing angles well beyond the small-angle range in which the model was
linearised; for those rows the ratios between columns remain informative but the absolute
values are indicative only.

Figure 6.4 shows what the tabulated statistics look like as records. It presents a 500 s win-
dow from two of the sea states above, taken from the middle of each simulation once the
2300 s start-up transient has been discarded. These are bounded runs: the winch limits of
Section 6.3.2 are active throughout, the hoist wires are free to go slack, and the tugger force
is resolved along the instantaneous line directions rather than a fixed one. The actuator itself
is ideal, so everything that separates these records from the linear frequency-domain results
of Section 6.7 comes from the tension bounds and from the nonlinearity of the plant.
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Figure 6.4: Relative sway over a 500 s window for two sea states from Table 6.5, without a
tugger and with the reference and high configurations. Dashed lines mark the 3.0 m clearance
budget.

Three features are visible. The first is the character of the uncontrolled response. It does
not oscillate at a steady amplitude but arrives in bursts: long stretches of moderate motion
interrupted by groups of large swings, at 7, = 8.5s reaching almost 20 m in this window
alone. This is resonant build-up. Energy accumulates in the lightly damped sway mode
over many cycles whenever the wave train happens to contain a run of components near
the natural period, and decays slowly afterwards because the structural damping is only
0.98 %. The three-hour maximum is set by these bursts rather than by the typical amplitude,
which is why the standard deviation and the most probable maximum tell different stories in
Tables 6.4 and 6.5.

The second is what the tugger does to that build-up. The controlled traces are not simply
scaled-down copies of the uncontrolled one: the bursts largely disappear, and what remains
follows the wave excitation more directly. This is the mechanism of Section 6.1 seen in the
time domain. The damper acts on the oscillatory, resonant part of the response and removes
most of it, leaving behind the part that mirrors the motion of the suspension point, which
added damping barely alters.

The third is that removing the resonant component is not enough. Neither controlled trace
stays inside the 3.0 m clearance budget, and the difference between the reference and the
high configuration is small compared with the difference either makes against the uncon-
trolled case. Doubling the damping slope and the winch capacity moves the residual re-
sponse by much less than the first application of damping did, because what is left after the
first application is no longer resonant.

A final point on the extremes. The largest excursion visible in either window is smaller
than the three-hour maximum quoted in Table 6.5, because a 500s sample is unlikely to
contain the worst event of a three-hour exposure. The most probable maximum is a statistical
extrapolation from the variance and the mean up-crossing period of the record, not the largest
value observed in it.

6.5.1 Sensitivity to damping slope

The three configurations are points on a continuum. This section sweeps the damping slope
with the winch capacity held at 1000 kN throughout, so the low and reference configurations
of Section 6.4 lie on these curves; the high configuration does not, since it is a different device
with twice the capacity. The sweep is run in the time domain with both bounds active, so
what it shows is the behaviour of a real winch rather than of an ideal damper. Only 7, = 6.6 s
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is a design cell; the two longer periods hold the same wave height and vary the period alone,
as a controlled frequency sensitivity.

Table 6.6: Largest sway expected in three hours and the fraction of the record spent at the
winch capacity, against the damping slope of the pair, at [, = 2.4m and a capacity of 102 t.

T,=6.6s T,=8.0s T,=85s

Slope  MPM atcap. MPM atcap. MPM at cap.
[kN-s/m] [m] [%] [m] [%] [m] [%]

150  2.92 0.0 10.72 0.0 15.08 0.0

300 (low)  2.89 0.0 9.39 0.0 12.57 0.7
600 2.80 00 &.14 2.5 10.80 7.2

1000 (ref.)  2.65 0.0 747 9.3 10.11 15.7
1500  2.47 0.7 7.14 157  9.81 22.1

2000  2.33 25 699 20.2  9.68 26.6

3000  2.15 64 685 259 9.56 31.5

4500 2.01 11.3  6.76 30.5 948 353

6178 (crit.)  1.94 148  6.71 332 943 37.6

The two ends of the period range behave differently, and the difference is the central point
of this section.

At the design period the benefit does not run out. Increasing the slope from 150 to 6178 kN-s/m,
the latter being critical damping for the sway mode reduces the three-hour maximum steadily
from 2.92 to 1.94 m, a reduction in the standard deviation rising from 0.5 to 34 % with no sign
of a plateau. The winch reaches its capacity for under 1 % of the record up to 1000 kN-s/m
and for 15 % even at critical damping.

At the long periods the benefit stops early. At 7, = 8.5s the reduction reaches 56 % at the
reference slope and then flattens: increasing the slope sixfold to critical damping buys a
further 3 %, moving the three-hour maximum from 10.11 to 9.43 m. The behaviour at 8.0's
is the same.

The cause is visible in the occupancy columns. At the longer periods the payload moves
faster, so the pay-out velocity crosses the saturation speed of 0.98 m/s for a substantial part
of the record: at 7, = 8.5s the reference configuration already sits at its capacity for 16 %
of the time, rising to 38 % at critical damping. Once the tension is on its limit, a steeper
force—velocity relation changes nothing . It only moves the saturation point to a velocity the
system rarely reaches. The additional slope is therefore spent extending a flat part of the law
rather than adding force, and the response stops responding to it.

This is the practical limit on the mitigation, and it is a hardware limit rather than a dynamic
one. Recovering the long-period sea states would require a larger winch rather than a steeper
law, and Table 6.5 shows what that buys: the high configuration, at twice the capacity, brings
the three-hour maximum at 7, = 8.5s from 10.11 to 7.02 m which is still more than twice
the clearance budget. Whether a winch large enough to close that gap is worth fitting is a
question of cost and deck space rather than of dynamics, and lies outside the scope of this
study.
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Figure 6.5: Damping slope swept in the time domain at //, = 2.4 m with the winch capacity
fixed at 102t. (a) reduction in the standard deviation of the relative sway; (b) three-hour

maximum against the 3.0 m clearance budget; (c) fraction of the record spent at a tension
limit.

6.6 Decay behaviour
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Figure 6.6: Effect on decay test for the 300 kNs/m damping tugger

Releasing the jacket from a 3.0 m offset gives the clearest single demonstration of the added
dissipation. The time to decay to 10 % of the release amplitude falls from 581 s without
tuggers to 95 s with the low configuaration, a factor of six.

The headline metric is deliberately a time rather than an equivalent damping ratio. Once the
tension sits on its rails the dissipation is Coulomb-like and amplitude-dependent, so a fitted
Ceq drifts through the record; and as the mode approaches critical damping the logarithmic
decrement ceases to be defined at all. The equivalent damping at the first cycle rises from
approximately 1 % to 5.5 %. With the high configuration the decay time falls further, to 17 s.

This test is the resonant limit of the device, and it should be read against Section 6.5 rather
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than in place of it. A free decay is pure oscillation at the sway period, which is where added
damping has most effect, so the same low configuration that shortens the decay by a factor
of six removes only 1 % of the standard deviation at the design corner. The two numbers are
not in conflict: the decay shows what the damper does to motion at 15.70 s, and the design
cell shows how small a share of the response is of that character.

6.7 Operability curves

The time-domain results above give the reduction; this section gives the largest wave height
at which the operation can proceed, which is what determines whether a transit goes ahead.

The operability curves are computed in the frequency domain, where the tugger is a linear
damper without limits. This is a necessity rather than a preference: the curve is obtained
by solving for the wave height at which the three-hour maximum reaches 3.0 m, and that
inversion is available in closed form only while the response scales with the wave height.
Once the tension bounds are active it does not, and the same curve would require an iterative
time-domain search at every period.

The linear form is nevertheless a fair representation here, for a reason that follows from how
the curve is built. Every point on it carries the same motion by construction a three-hour
maximum of 3.0 m so the response amplitude, and with it the pay-out velocity, is bounded at
the same value along the whole curve. The saturation reported in Section 6.5.1 occurs at a
fixed wave height of 2.4 m while the period is lengthened, where the uncontrolled response
reaches 10 to 22 m, three to seven times the budget; those velocities are not reached anywhere
on the operability curve. At the current design upper limit this is verified directly: at 7T, =
6.6 s the reference configuration does not reach a tension limit for any part of the record
(Table 6.6).

64



-
-

-
10" wave;toepﬁes;ms
-
y

design wave n\ 5

10° 4

High (2000 kNs/m)

Reference (1000 kNs/m)

Low (300 kNs/m)

Largest workable Hg [m] (3 h maximum sway = 3.0 m)

beyond the range checked gfainst ¢

107 4
No tugger

T T T T T T
5 6 7 8 9 10
Zero-crossing wave period T, [s]

Figure 6.7: Largest workable significant wave height against zero-crossing wave period for
the three configurations. The dashed grey line is the wave steepness ceiling. The horizontal
red line is the current wave height, with the present operating window marked in bold.

Table 6.7: Workable wave-period window at the design wave height of 2.4 m. The lower end
is set by the wave steepness ceiling and is the same for every configuration.

Configuration to T, [s] gained [s]
No tugger 6.63 —
Low (300 kN-s/m) 6.66 +0.03
Reference (1000 kN-s/m) 6.78 +0.15
High (2000 kN-s/m) 7.03 +0.40

Two features of this table matter more than the gains themselves.

First, the uncontrolled configuration is workable to 7, = 6.63s, and the operator’s present
envelope at this heading ends at 7, = 6.6s. The two agree to within the resolution of the
calculation. The 3.0 m budget was set by Allseas based on the operational guidelines.

Second, the lower end of the window is identical for all four configurations. At periods
below about 5 s the wave steepness ceiling of 1/15 limits the sea state before jacket motion
does. No tugger, of any size, can move a limit that is not about motion.

The gains at the upper end are modest: 0.03, 0.15 and 0.40 s for the three configurations.
Two things make them small, and only the first belongs to the tugger. The reference config-
uration removes about 10 % of the sway at the design corner (Table 6.4), and that translates
directly into workable height: at 7, = 6.50s it raises the limit from 2.68 to 2.95m, also
10 % (Table 6.9). The second is the shape of the curve: near the design corner the workable
wave height falls by roughly 2.2 m for every second of period, so 10 % of 2.68 m converts
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to only about 0.12s. The rigging change raises the same limit to 3.77 m, 41 %, and returns
0.50 s through the same conversion. A steep operability curve, not the damper alone, is what
compresses both gains into tenths of a second.

6.8 Hoist optimisation combined with damping tugger

Chapter 5 changed the rigging geometry and this chapter has added damping. Both act on
the same motion, so this section places them on the same axes, together with the case where
both are applied, and establishes which of the two should be preferred.

(a) Baseline arrangement | Tgy,y =15.70s oo (b) Optimised arrangement | T,y =18.39s
top spread =22.48 m top spread = 13.05 m
0 T‘T | T‘T 1
E 20[ [t 201 |
— ] S
@ 3 o
o i i
£ g 40} g
£ 40F | H
m
-
-
3 el
L2 60} ¢ >
[
o
£
% fainead 80r
sor Y - * SELY 1
A Y il el el
CoG at 82.5¢Mbelow hinge] ¥ | | T
100
100
L L L L L 120 L . L . . L .
-60 -40 -20 0 20 40 60 -60 -40 -20 0 20 40 60
Transverse offset Y [m] Transverse offset Y [m]
TLB hinge plane [_____]Jacket — Tugger line (horizontal) TLB hinge plane [______] Jacket e Tugger line (horizontal)
Hoist wires Padeyes Hoist wires Padeyes == == Iffairlead were fixed (23°)
O Topanchors Jacket CoG O Topanchors Jacket CoG

Figure 6.8: The two rigging combined with tugger arrangements compared in this section.

All four cases use the same plant, the same 3.0 m clearance budget and the same frequency-
domain calculation, so the comparison is like for like. The tugger is the reference configura-
tion of 1000 kN-s/m. The optimised geometry is the top spread and hoist drop identified in
Chapter 5, shown in Figure 6.8.
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as-rigged and combined curves is the total gain available from both mitigations together. The
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Table 6.8: Workable wave-period window at the design wave height of 2.4 m. The lower end
is set by the wave steepness ceiling and is common to all four cases.

Case toT, [s] gained [s]
As rigged 6.63 —
Tugger only 6.78 +0.15
Rigging changed 7.15 +0.53
Both 7.23 +0.60

The rigging change is worth about three and a half times the tugger: 0.53s of additional
workable period against 0.15 s. Applying both gives 0.60 s, which is less than the 0.68 s that
adding the two separate gains would suggest.

That shortfall is not an inconsistency but a consequence of how the two act. Lengthening the
sway period moves the excitation further above the sway resonance, so less of the spectrum
overlaps it and a smaller share of the response is damping-controlled. A damper acts on
velocity, so it has less to work with once that has happened. The two mitigations address the
same motion, and their effects therefore overlap rather than add. The same mechanism that
makes the tugger weak inside the present design envelope, set out in Section 6.1, makes it
weaker still once the rigging has been detuned.
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Table 6.9: Largest workable wave height across the period range. Where a value equals the
steepness ceiling, the sea rather than the jacket sets the limit and no mitigation can change it.

T, [s] asrigged rigging tugger both steepness ceiling
[m] [m] [m]  [m] [m]

6.00 3.75 3.75 375 3.75 3.75
6.25 3.35 4.07 3.60 4.07 4.07
6.50 2.68 3.77 295 3091 4.40
6.75 2.13 3.16 244 3.29 4.74
7.00 1.65 2.65 203 278 5.10
7.25 1.25 2.24 1.69 2.36 5.47
7.50 0.93 1.90 1.43 2.03 5.85
8.00 0.52 1.40 1.05 1.53 6.66

Two regimes are visible in this table.

At T, = 6.00s all four cases give the same limiting wave height, and that height equals
the steepness ceiling. Over most of the present design window the sea itself is the binding
constraint: waves steeper than approximately 1/15 do not occur, so the limit is reached
before jacket motion becomes critical. Neither mitigation can improve operability there, and
no larger winch would change that.

Above about 6.6 s the limit becomes motion-governed and the four cases separate. At 7, =
7.00s the as-rigged arrangement is limited to 1.65 m, the tugger raises this to 2.03 m, the
rigging change to 2.65 m and both together to 2.78 m. The ordering is the same at 8.00s. In
the region where a mitigation can help at all, the rigging change consistently delivers more
than the tugger, and the two together deliver only a little more than the rigging change alone.

This is the central result of the comparison, and it is worth stating plainly. The rigging change
requires no additional equipment, no control system and no crew intervention; it is a matter
of how the jacket is rigged before the transit begins. The tugger requires two winches of
100 t capacity, their control system and their maintenance, and delivers less. For the present
envelope the rigging change is therefore the mitigation to adopt.

The tugger is not thereby dismissed. Its effectiveness rises steeply with wave period, as Sec-
tion 6.5 showed, so a payload with a shorter sway period, or an operation extending into
longer waves than the present design table allows, would place the excitation closer to reso-
nance and give the damper considerably more to remove. What the present results establish
is the condition under which a damping tugger is worth fitting, rather than a conclusion that
it never is.

6.9 Validity and limitations

This is a numerical investigation. No tugger system exists on the current JLS arrangement,
so there is nothing to validate the control result against; the study is therefore a feasibility
assessment rather than a verified design.

The principal limitations, each a scoping decision rather than an oversight, are as follows.
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* Ideal force source. No actuator lag, no sensor error, tension algebraic in the sensed

velocity, following Sanders [11], who assumes a perfectly functioning winch with no
error and no delay. The framework accepts a first-order lag by setting 7, > 0.

No line compliance or winch inertia. Winch, cable and load velocities are equal by
construction, following Eerden [10], who adopts the same assumption. Relaxing it
would introduce a sensed velocity distinct from the load velocity.

Relative sway geometry. The geometric arrangement assumed to calculate the relative
sway including the fairlead offsets, the idealized line angles, and the attachment at the
centre-of-gravity height to eliminate roll coupling is adopted strictly for the purpose
of this numerical investigation. A physical implementation would require adapting
the assumed geometric relations and payout velocity calculations to the actual as-built
rigging and operational deck constraints.

6.10 Conclusions

1.

A velocity-proportional law is the only admissible tugger mode for this system. Fixed
lines require roughly two and a half times the pretension of the damping arrangement
and add stiffness that shortens the sway period toward the wave band, which is the
opposite of what Chapter 5 sets out to achieve. Constant tension provides no damping
by construction.

The current design envelope sits well below the sway period of the jacket. Only part
of the response there is oscillation at the sway period — the part added damping can
reduce — and that part grows as the wave period lengthens. At the current design
transportation state 7, limit for beam seas, the reduction in the standard deviation of
the sway is 1 % for the low configuration, 10 % for the reference and 22 % for the high;
at T, = 8.5, approaching the sway period, the same three give 45 %, 56 % and 69 %.

. How much damping is worth fitting depends on the wave period. At the design period

the benefit does not run out: raising the slope from 150kN-s/m to critical damping
reduces the three-hour maximum steadily from 2.92m to 1.94 m . At longer wave pe-
riods, winch saturation dictates the limit of active damping performance. At 7, = 8.5s,
the reduction reaches 56 % and then flattens aggressively, gaining a further 3 % for a
sixfold increase in damping. This occurs because the winch already spends 16 % of
the record at its capacity, rising to 37.6 % at critical damping. Achieving further sway
reduction in these boundary states requires a substantially larger winch rather than a
steeper law, making it an economic and deck space question rather than a dynamic
one.

Rigging geometry and tugger damping are sub-additive, and the rigging change domi-
nates. At the design wave height the optimised geometry extends the workable period
by 0.53 s against 0.15 s for the reference tugger, and applying both gives 0.60 s rather
than the 0.68 s that independence would suggest. Lengthening the sway period moves
the excitation further from the sway resonance, leaving a smaller damping-controlled
share of the response, which is precisely the condition in which a damper has least to
remove.

. For the present envelope the recommendation is therefore to mitigate through the rig-

ging geometry, which requires no additional equipment. The margin is wider than the
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curves alone suggest, because the comparison is generous to the tugger at every step.
The arrangement assumed here places the fairleads 15 m from the jacket at centre-of-
gravity height, which is the most favourable geometry available the line acts entirely
in the sway direction and exerts no roll moment and which the present aft arrangement
of the vessel cannot provide without structural extension. The winch is an ideal force
source with no lag and no sensor error, and the operability curves impose no tension
limit at all. Even on those terms the damper extends the workable period by 0.15s
against 0.53 s for a change in how the jacket is rigged. A realisable fairlead would sit
further outboard and lead at an angle, reducing the horizontal component of the line
force and reintroducing a roll lever, so the figures above are an upper bound on what a
fitted system would deliver and the conclusion holds with room to spare.

. The tugger is not thereby dismissed. Its effectiveness rises steeply with wave period,
so a payload with a shorter sway period, or an operation extending into longer waves
than the present design table allows, would place the excitation closer to resonance
and give the damper considerably more to remove. What these results establish is the
condition under which a damping tugger is worth fitting, not a conclusion that it never
is.
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Chapter 7

Conclusions and Recommendations

7.1 Conclusions

This work set out to explain why a suspended jacket sways during transit on the Pioneering
Spirit and to establish what can be done about it. The mechanism is now clear. For a typical
jacket we studied, the rigged payload acts as a lightly damped pendulum with a sway period
of 15.70s and a structural damping of approximately 1%. Because the current beam-sea
design states excite the system below this period, the response consists of two parts. Most
of the motion follows the suspension point at the wave period, while a smaller component
oscillates at the sway period. This second component arrives in bursts and dictates the three-
hour maximum against which clearance is judged. Yaw is not independently excited but is
carried along by sway through the off-diagonal stiffness of the asymmetric four-wire rigging.

Sub-question 1 asked how a reduced-order model could be constructed that captures the
dominant swell-induced dynamics with sufficient fidelity for control design. A four-degree-
of-freedom model is sufficient. Vessel motion enters as a prescribed kinematic boundary
input, transferred from the vessel centre of gravity to the tilting lift beam hinge, and the
restoring and base-excitation matrices follow directly from the as-rigged geometry. The
resulting model reproduces the free-decay behaviour, transfer functions, and irregular-sea
response of the nonlinear ORCAFLEX reference, and predicts the three-hour maximum of a
measured transit to within 3 %. Outside the design envelope it consistently over-predicts in
one direction, making it a reliable and conservative basis both for rapid design iteration and
for the control synthesis.

Sub-question 2 asked how the hoist-arrangement parameters influence the dominant natural
periods and how far they can be tuned passively. The sway response is governed by geometric
restoring stiffness, which is highly sensitive to the top spread and, as in any pendulum, to the
drop height. Narrowing the top spread from 22.48 m to 13.05 m and paying out the available
drop lengthens the sway period from 15.70 s to 18.39s. At the most severe verification state
this passive detuning halves the relative sway and carries the relative yaw down with it; in
operability terms it extends the workable period at the design wave height by 0.53s. The
optimum sits on the boundary of the geometric constraint set, and further detuning would
continue to reduce the response. The limit is therefore structural, not dynamic: how far the
rigging can be moved depends on the loads it imposes on the jacket.

Sub-question 3 asked whether an active tugger-line controller can increase workability be-
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yond what the hoist adjustment already achieves. Within the present envelope it cannot, by a
wide margin. A velocity-proportional law is the only admissible control mode, as fixed lines
introduce unwanted stiffness and constant tension provides no damping by construction. Be-
cause the jacket is driven well above its own sway natural frequency, most of the relative
motion is inertia-controlled: the jacket stays nearly stationary in space while the suspension
point moves beneath it, and that part of the response is largely insensitive to added damping.
Only the component near the sway period is damping-controlled, and at the design corner it
accounts for roughly a fifth of the variance. Lengthening the wave period brings more of the
spectrum’s low-frequency tail onto the resonance, which is why the same device removes
10 % of the sway standard deviation at 7, = 6.6 s and 56 % at 8.5 s.

The comparison is also insightful. A change in how the jacket is rigged requires no additional
equipment, no control system, and no crew intervention, yet it significantly outperforms a
tugger system that requires all three. Taken together, the answer to the main research question
1s 0.60 s of additional workable period at the design wave height of 2.4 m, extending the limit
from 6.63 s to 7.23 s in 7, of which the rigging change alone delivers 0.53 s. For the present
envelope, rigging geometry optimisation is the recommended mitigation strategy. However,
active damping is not entirely dismissed. Its effectiveness rises steeply as the excitation
approaches the sway period. For a payload with a shorter natural period, or for operations
extending into longer waves than the present design table allows, active tuggers remain a
viable and necessary dynamic solution.

7.2 Recommendations

For the present operation, the primary recommendation is to mitigate motion through the
rigging geometry, subject to one structural condition. The optimisation carried out here is
strictly a dynamic study. It constrains lead angles, splash clearance, and padeye positions, but
it does not resolve how the changed sling inclination impacts the static tension distribution or
the load introduction at the lift points. Lower motions reduce the inertial contribution while
the altered geometry changes the static contribution, meaning the net effect on structural
utilisation cannot be read from the motion results alone. A dedicated structural assessment of
the jacket and its rigging must precede any operational adoption. Beyond that, the framework
is readily generalisable. Its inputs (payload mass and inertia, padeye layout, vessel response
operators, and sea states) are all known before a transit. Replacing the conservative envelope
used in this study with the wave scatter of a planned voyage will return the best rigging for
that specific route. The screening cost is low enough for this to become a standard pre-transit
engineering activity.

On the active side, the present result establishes when a damping tugger is worth fitting
rather than how one should be built. The fairleads assumed here sit 15 m from the jacket at
centre-of-gravity height, which is the most favourable geometry available and one the present
aft structure cannot provide; repeating the assessment at fairlead positions the vessel can
actually offer would show how much of the benefit survives a realisable lead angle. A more
detailed actuator, carrying winch lag, line compliance and inertia, would then show whether
the damping remains effective once the sensed velocity no longer equals the load velocity.
Commanded tension and pay-out velocity are both already available from the time-domain
records, so their product gives the power the winch must deliver and absorb. Reporting
peak and mean power alongside the motion reduction would allow a candidate winch to be
screened against the installed power and deck space on the vessel, turning the choice of
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tugger into an engineering selection rather than a dynamic question.

The more substantial recommendation concerns the optimisation objective itself. This study
minimised relative sway on the grounds that yaw follows it and clearance is the binding cri-
terion. The verification proved this assumption holds, but only for this specific payload and
only with the block connection system engaged. Roll, which was never constrained, was the
one degree of freedom to move in the unfavourable direction. A sway-only objective offers
no warning if roll becomes critical on a different jacket. Carrying the rotational motions as
explicit constraints is the minimum required extension.

The most valuable extension, however, is to change the target variable entirely. Motion is
ultimately a proxy. What actually limits the operation is clearance on one side and the loads
carried by the rigging on the other. Every degree of freedom (sway, yaw, and roll) expresses
itself in the line tensions. An objective written on peak dynamic tension and structural util-
isation would capture the coupled behaviour without having to enumerate it, unifying the
motion and structural assessments that this study kept separate. The prerequisite for this is a
validated analytical model of the wire tension. While the reduced-order model already car-
ries the wire stiffness and exact geometry, the tension channel is where a linearised model is
most exposed to unmodelled effects like slack and snap events, geometric stiffening at large
angles, and the discrete contact mechanics of the block connection system. Establishing that
a tension model of this kind can be trusted against ORCAFLEX and full-scale measurement
is the natural next step to turn the present screening method into a comprehensive rigging
design tool.
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Reflection on the Use of Artificial
Intelligence

Approach to Al Use

Throughout this thesis, I used artificial intelligence (Al) as a productivity and technical-
support tool rather than as a source of engineering knowledge. Al was not used to formulate
theoretical models, interpret numerical simulation results, evaluate structural dynamics, or
draw final conclusions. Instead, all engineering arguments, discussions, and conclusions pre-
sented in this thesis were developed strictly from my own analytical derivations, numerical
modelling, and the original academic literature.

My use of Al was therefore restricted to supportive tasks that improved efficiency without
replacing engineering judgement or critical evaluation.

Software, Coding, and Reporting Support

Large language models (LLMs), primarily Gemini Pro, were utilized to assist with the tech-
nical execution and documentation of this research. Specifically, Al was used to support the
following areas:

* Modelling and Simulation: Clarifying software mechanics, resolving technical doubts,
and troubleshooting syntax within ORCAFLEX and MATLAB.

* Data Processing: Debugging MATLAB scripts used for data handling, post-processing
of simulation outputs, and the generation of technical figures.

* Reporting and Writing: Refining language, improving sentence flow, and structuring
arguments for clarity during the drafting phase.

* Document Preparation: Generating and modifying LaTeX code to manage page lay-
outs, format large tables, typeset equations, and resolve compilation errors in Overleaf.

By relying on Al for software debugging and reporting logistics, I was able to dedicate
significantly more time and focus to the core structural engineering analysis and motion
control research.
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Appendix A

Mass and Stiffness of the Reduced-Order
Model

This appendix supports the modelling decisions of Chapter 3. Section A.1 lists the numerical
matrices. Section A.2 sets out how the inertial mass carried by the sway mode is bounded
and identified, and why it is not computed directly. Section A.3 shows that the sway period
is effectively independent of the hoist-wire stiffness, which is the reason the optimisation of
Chapter 5 treats only geometric variables.
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A.1 Numerical mass and stiffness matrices

STEP 3: NUMERICAL MATRICES (4x4)

Mass Matrix M (4x4):

4550000

0.0004 0.
0
1.2099 -0.
0.0205 0.

0.0002 -0.
0
1.1794 0.
0.0653 -0.

559e+03 kN/m
2.339e+05 kN/m

7719 0
0 7719
0 (/]
0 (/]
Stiffness Matrix K (4x4):
1.0e+08 x
0.0000 0
0 0.0023
0.0004 0
0.0005 0 -
Base Excitation K_base (4x4):
1.0e+08 x
-0.0000 0
0 -0.0023
-0.0004 0 -
-0.0005 0
Diagonal stiffness terms:
K(Sway, Sway) = 1.
K(Heave,Heave) =
K(Roll,Roll) = 1.

210e+08 kN m/rad

K(Yaw,Yaw) = 1.024e+07 kN m/rad
Cross—coupling stiffness terms (non-zero = coupled modes):

K(Sway,Roll)
K(Sway, Yaw)
K(Roll, Yaw)

Stiffness asymmetry: 0.000e+00

= +3.695e+04

+5.425e+04
-2.052e+06

[SESESEGS]

328600

0005

0205
1024

0005

0205
1024

(should be ~0)

Symmetry diagnostic (should hold exactly for translational DOFs):

K_base(1,1)
K_base(2,2)
K_base(3,3)
K_base(4,4)

+

+
+
+

K(1,1)
K(2,2)
K(3,3)
K(4,4)

0.000e+00
0.000e+00
3.048e+06
0.000e+00

(relative-coord sway, must be 0)
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(rotational, expected nonzero)

Figure A.1: Numerical mass matrix M, structural stiffness matrix K and base-excitation
stiffness matrix K, of the 4-DOF reduced-order model, evaluated at the baseline hoist ar-

rangement.

A.2 Inertial mass of the sway mode

A.2.1 Why the participating mass is not computed directly

The sway mode does not move the payload alone. The four 190 t MH blocks sit at the junc-
tion of the steel and Dyneema segments, partway up the suspension, and the hoist wires
themselves have mass. Both move with the mode and therefore contribute to its kinetic en-
ergy. Chapter 3 gives the kinematic lumping that converts this contribution into an equivalent
mass at the jacket centre of gravity, scaled by the square of the lever-arm ratio Spiock/ Ltotal-
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Two obstacles prevent that expression from being used as the model parameter.

The first is that the lever-arm ratio is a property of the arrangement, not of the payload. At the
baseline geometry the blocks sit 38.61 m below the top anchor on a suspension of 62.21 m,
giving a ratio of 0.62 and hence a participation factor of 0.385. Every candidate geometry in
the design sweep of Chapter 5 moves that ratio, and the optimum moves it substantially: the
drop increases from 60.09 to 66.46 m while the top spread narrows from 22.48 to 13.05 m.
A directly computed added mass would therefore be a different number for each of the 441
geometries examined, which defeats the purpose of a frozen linear plant.

The second is that the expression assumes the blocks follow the pendular velocity profile
freely, and they do not. The Block Connection System—the constant-tension winches and
nonlinear damper links described in Section 3.1—ties the blocks to the lift beams. The free-
decay evidence of Appendix B.4 shows this restraint is dynamically significant: removing
the BCS lengthens the decay period from 15.41 to 15.71 s, so the system carries measurable
additional stiffness through that path. A restraint that alters the stiffness also alters how much
of the block motion is transmitted, and the fraction is not known a priori.

A.2.2 Bounding the participating mass

The two limiting assumptions bracket the answer. If the blocks are taken to participate fully,
the kinematic lumping of Chapter 3 adds 290 t. If they are taken to be fully restrained by the
BCS, the added mass is zero and the payload mass stands alone. Evaluating the sway period
under each assumption, against the measured free-decay period of the bare arrangement,
gives Table A.1.

Table A.1: Sway period under the two limiting assumptions about MH block participation,
and under the identified value. The reference is the measured free-decay period of the bare
arrangement, 15.708 s, since the reduced-order model contains no BCS.

Assumption Basis Min [t] Ty [5] Error

Blocks fully participating kinematic lumping 7940 15.92 1.4 %
Identified bare free decay 7719 15.70  0.00 %
Blocks fully restrained payload mass only 7650 15.63 -0.44%

The identified value lies between the bounds, and much closer to the restrained limit: the 69 t
identified is 24 % of the 290 t that free participation would give. This is physically consistent
with the role of the BCS. The blocks are not free bodies hanging on the suspension; they are
tethered to the lift beams by winches and damper links, and follow the jacket’s swing only
partially.

A.2.3 Identifiability

Identifying a mass from a period is only legitimate if the period is in fact sensitive to mass
and insensitive to the other unknowns. Both hold here. A sweep of the mass and the hoist-
wire stiffness about the nominal point gives

8Tsway

airsway
aM kin

=0.099 100t
s per , %

=-0.007s per 10 MN/m, (A.1)
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a ratio of roughly fourteen to one once each is normalised by its plausible range. The iden-
tification is therefore well posed with respect to mass and effectively blind to stiffness. Re-
peating it across a stiffness range of 40 MN/m to 90 MN/m returns identified masses between
7696 and 77301, a spread of 34 t, or 0.4 % of the payload.

A.2.4 Effect on the validation results

The period is used to set the mass, so agreement in period is not independent evidence. The
relevant test is whether the identified value improves quantities that played no part in the
identification. Table A.2 compares the two candidate masses across the full validation set of
Chapter 4.

Table A.2: Validation metrics under the payload mass and the identified mass. None of these
quantities entered the identification.

Metric My = 7650t My = 77191
Spectral RMS vs ORCAFLEX, mean abs. error 12.5% 10.3 %
Hinge-driven time domain, mean abs. RMS error 11.7 % 9.5 %
Hinge-driven time domain, mean R? 0.979 0.986
Three-hour maximum vs measured record 7.3 % 5.0 %
Sea states where the identified mass is closer — 60f 6

The identified mass is closer on every metric and in every sea state, including the comparison
against the measured vessel record, which involves no ORCAFLEX reference at all. Since
fitting a period carries no guarantee that response amplitudes, phase correlation or three-hour
extremes will also improve, the consistent improvement across these independent quantities
supports the interpretation of 7719t as a physically meaningful participating inertia rather
than a curve fit.

A.2.5 Sensitivity of the sway period to the assumed mass

Table A.3 places the choice in proportion. Across the entire plausible swept range of partic-
ipating mass (7600t to 7850t), the sway period varies by only 0.25s. For scale, this entire
span is more than an order of magnitude smaller than the 2.69 s detuning achieved by the
hoist optimisation in Chapter 5. No conclusion of this thesis is sensitive to the assumed mass
value.

Table A.3: Sensitivity of the sway natural period to the assumed inertial mass. The marginal
shift confirms that the sway period is governed by pendulum geometry rather than the exact
participating rigging mass.

Mass Assumption My [t] Tisway [8]
Payload mass only 7650 15.63
Identified mass (period-matched) 7719 15.70
Sensitivity gradient 0.10s per 100t
Maximum period span over 7600t to 7850t sweep 0.25s
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A.3 Insensitivity of the sway mode to hoist-wire stiffness

The hoist lines comprise a steel MH segment and a Dyneema segment acting structurally in
series, so their compliances add:
i _ LMH " LDyn
keq (EAn  (EA)pyn

(A.2)

For the baseline arrangement, Ly = 38.61m and Lpy, = 23.60m give ke = 63270 kN/m.
The compliance splits 25 % to the steel segment and 75 % to the Dyneema, so the shorter
Dyneema segment governs the axial stiffness—its modulus is roughly an order of magnitude
lower than steel.

Sweeping the arrangement across the full feasible stiffness range, 37 MN/m to 146 MN/m,
gives the modal changes in Table A 4.

Table A.4: Natural period boundaries across the full feasible range of hoist-wire stiffness,
37 MN/m to 146 MN/m.

Mode Period Span across & Sweep (17, 37mnm = L, 146MN/m)

Sway 15.75s - 15.70 s
Yaw 4648 —>242s
Roll 1.58s - 0.81s
Heave 1.51s—>0.76 s

The sway mode is immune because its restoring action is gravitational rather than elastic.
The sway stiffness is Koy = 1236 kN/m against an axial stiffness of 63 270 kN/m—a ratio
of roughly fifty to one—so for the pendular mode the wires behave as effectively inextensi-
ble. The remaining three modes are genuinely elastic and track the stiffness directly, halving
in period across the same range.

Two consequences follow. First, no feasible change to the hoist-wire arrangement—altering
the steel-to-Dyneema proportion at constant total length, or shortening the suspension—can
detune the sway resonance out of the swell band. Increasing the Dyneema fraction lowers keq
and shortening the line raises it approximately as 1/L, but the sway period does not respond
to either. The sway mode can only be detuned geometrically, through the drop height and
the top spread, which is why those are the design variables adopted in Chapter 5.

Second, the provenance of k matters for everything except sway. The heave, roll and yaw
periods, and consequently the predicted wire tensions, depend on it directly. The value used
here is the theoretical series stiffness of Equation (A.2); it has not been closed against a
measured heave decay or static pull test, and that remains a recommended verification.
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Appendix B

Free-Decay Validation Details

This appendix documents the free-decay tests used to identify the baseline structural damp-
ing and to isolate the contribution of the aerodynamic drag, the winch, the link, and the
Block Connection System (BCS). The main text of Chapter 4 only reports the final identified
damping ratio and the resulting validation outcome, while the detailed interpretation of the
decay envelopes is collected here for completeness.

B.1 OrcaFlex Model Components

In the ORCAFLEX model, the link represents the rigid or semi-rigid connection between
the lifting arrangement and the suspended payload, while the winch represents the tension-
controlling element that provides payout and recovery of the hoist line. In the present model,
these components affect the dynamic response primarily through the line geometry, the ef-
fective constraint on relative motion, and the redistribution of tension during sway motion.
The BCS adds additional contact and dissipation effects that are absent in the bare structural
configuration.

B.2 Free-Decay Test Matrix

Two sets of free-decay tests were performed. The first set isolated the influence of aerody-
namic drag by comparing the nominal case against cases with mean wind speed varied from
1 m/s to 10 m/s and a no-aerodynamic-drag case. The second set isolated the influence of
the hoist components by comparing the nominal configuration against cases with the link re-
moved, the winch removed, and the BCS removed. The extracted damping ratios and decay
periods are summarised in Table B.1.
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Table B.1: Free-decay summary for aerodynamic and hoist-component sensitivity tests.
Config CL%] Tals] Ap[m]
No Aero 0965 1541 0.54

Nominal (DT1) 0978 1541 0.54
Wind 1 m/s 1.035 1541 0.54

Wind 2 m/s 1.104 1541 0.54
Wind 10 m/s 1.657 1541 0.52
No Link 0.839 15.18 0.49
No Winch 0949 15.62 0.56
No BCS (Bare) 0.514 15.71  0.57
DT2 1.023 1541 1.62
DT3 1.075 1541  2.57

DT4 (large) 1.130 1541 4.11

B.3 Aerodynamic Drag

The aerodynamic-drag study shows that mean wind has only a modest influence on the decay
rate of the sway mode. The identified damping ratio increases from 0.965% in the no-aero
case to 1.657% at 10 m/s, while the decay period remains unchanged at 15.41 s. This con-
firms that aerodynamic drag contributes dissipation, but not enough to alter the dominant
resonance structure of the suspended jacket in a large way. For the purposes of the reduced-
order control plant, this effect is therefore conservative to neglect in the linear model.

Free-Decay: Influence of Aerodynamic Drag
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Figure B.1: Free-decay response with aerodynamic drag sensitivity.
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B.4 BCS, Winch, and Link Effects

The second test set isolates the contribution of the hoist components. Removing the link
reduces the damping ratio to 0.839%, removing the winch gives 0.949%, and removing the
BCS gives 0.514%, which is the lowest damping observed in the test matrix This indicates
that the BCS is the dominant source of mechanical dissipation among the components tested,
while the link and winch each provide a smaller but still measurable contribution to the
overall decay behaviour.

The nominal configuration remains close to the no-aero case in terms of damping magnitude,
which shows that the baseline sway decay is governed primarily by structural and rigging
mechanics rather than by wind. The slight difference between the nominal and no-aero cases
is consistent with weak aerodynamic damping under low-velocity oscillation. The no-BCS
case is significantly less damped, and therefore exhibits slower energy loss and a longer
persistence of oscillation

0.6 - Free-Decay: Impact of Block Connection System
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Figure B.2: Free-decay response isolating the BCS, winch, and link contributions.

B.5 Interpretation for Design Sea States

Although the BCS increases dissipation in free-decay, its effect in forced-response sea states
is not uniformly beneficial. Across the design sea states used in the thesis, the configuration
with BCS enabled generally remains comparable to the cases without BCS and without the
winch or link removed, which supports the conclusion that the linear ROM may use a con-
servative baseline damping representation for control studies However, at higher-frequency
periods the BCS can increase the RMS response, indicating that its added mechanical con-
straints may also amplify certain motion components under wave excitation. For this reason,
the BCS is treated as a configuration-dependent effect in the nonlinear verification, but not
as a dominant source of damping in the reduced-order control plant
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B.6 Implication for the Reduced-Order Model

The free-decay analysis justifies the use of a single effective structural damping ratio in the
ROM. The decay tests show that the nominal system is close to 1% damping, with small
variations caused by drag and hoist-component configuration, while the fundamental sway
period remains stable at approximately 15.41-15.71 s depending on the configuration. This
supports the modelling choice used in the main chapters: the ROM retains the dominant
sway dynamics while treating the detailed BCS, winch, and link mechanics as higher-order
effects that are only reintroduced in the ORCAFLEX verification stage.
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Appendix C

Discretisation Convergence

This appendix quantifies the effect of finite wave-component discretisation on the predicted
sway response, supporting the discussion in Chapter 4.

Figure C.1 illustrates how the relative sway root-mean-square (RMS) converges as the num-
ber of wave components (/V) increases for both the V4 and M1 sea states in the baseline OR-
CAFLEX model (with BCS engaged). The response stabilizes at higher component counts,
demonstrating that the discrepancies at longer periods observed in Chapter 4 contain a reso-
lution effect rather than purely a modelling error.

Convergence of Relative Sway RMS (o) vs. Component Count (N)
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Figure C.1: Convergence of Relative Sway RMS (o) against the number of wave components
(V) for the baseline V4 and M1 sea states (with BCS engaged).
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