
 
 

Delft University of Technology

On the Preliminary Design of Aerospace-grade Compact Heat Exchangers
From Ram Air Cooling Ducts to Energy Harvesting Systems
Beltrame, F.

DOI
10.4233/uuid:320e1a20-761a-4ed4-ba46-b6e73d0dbab4
Publication date
2026
Document Version
Final published version
Citation (APA)
Beltrame, F. (2026). On the Preliminary Design of Aerospace-grade Compact Heat Exchangers: From Ram
Air Cooling Ducts to Energy Harvesting Systems. [Dissertation (TU Delft), Delft University of Technology].
https://doi.org/10.4233/uuid:320e1a20-761a-4ed4-ba46-b6e73d0dbab4

Important note
To cite this publication, please use the final published version (if applicable).
Please check the document version above.

Copyright
Other than for strictly personal use, it is not permitted to download, forward or distribute the text or part of it, without the consent
of the author(s) and/or copyright holder(s), unless the work is under an open content license such as Creative Commons.

Takedown policy
Please contact us and provide details if you believe this document breaches copyrights.
We will remove access to the work immediately and investigate your claim.

This work is downloaded from Delft University of Technology.
For technical reasons the number of authors shown on this cover page is limited to a maximum of 10.

https://doi.org/10.4233/uuid:320e1a20-761a-4ed4-ba46-b6e73d0dbab4
https://doi.org/10.4233/uuid:320e1a20-761a-4ed4-ba46-b6e73d0dbab4


On the Preliminary Design 
of Aerospace-grade Compact 
Heat Exchangers
From Ram Air Cooling Ducts to Energy Harvesting Systems

Fabio Beltrame





ON THE PRELIMINARY DESIGN OF
AEROSPACE-GRADE COMPACT HEAT EXCHANGERS

FROM RAM-AIR COOLING DUCTS TO ENERGY HARVESTING
SYSTEMS

Dissertation

for the purpose of obtaining the degree of doctor

at Delft University of Technology,

by the authority of the Rector Magnificus prof. dr. ir. T.H.J.J.. van der Hagen,

chair of the Board for Doctorates,

to be defended publicly on

Friday the 16th of January 2026 at 10:00 o’clock

by

Fabio BELTRAME

Master of Science in Aerospace Engineering,
Politecnico di Torino, Italy

born in Latina, Italy



This dissertation has been approved by the promotors.

Composition of the doctoral committee:

Rector Magnificus, Chairperson
Prof. dr. ir. P. Colonna di Paliano, Delft University of Technology, promotor
Dr. ir. C.M. De Servi, Delft University of Technology, copromotor

Independent members:
Prof. dr. M. Kotsonis Delft University of Technology
Prof. dr. S. Lecompte Ghent University, Belgium
Prof. dr. K. Kyprianidis Mälardalen University, Sweden
Dr. S. Evans Pratt & Whitney, USA
Prof. dr. L. Veldhuis Delft University of Technology, reserve member

The research presented in this dissertation has been performed at the Flight Perfor-
mance and Propulsion Section, Department of Flow Physics and Technology, Faculty of
Aerospace Engineering. This work is part of the research project "Airborne Thermal En-
ergy Harvesting for Aircraft" (ARENA), funded by the Applied and Engineering Sciences
Division of the Dutch Organization for Scientific Research (NWO), Open Technology Pro-
gram of the Ministry of Economic Affairs, Grant No. 17906.

Copyright © 2025 by F. Beltrame

ISBN 978-94-6518-215-5

An electronic version of this dissertation is available at
http://repository.tudelft.nl/.

http://repository.tudelft.nl/


An expert
is someone who has made all the mistakes

which can be made
in a narrow field.

Niels Bohr





CONTENTS

Summary vii

Samenvatting ix

1 Introduction 1
1.1 Context . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 2
1.2 Novel Propulsion System Concepts for Commercial Aviation . . . . . . . . 4

1.2.1 Improved Conventional Configurations . . . . . . . . . . . . . . . 4
1.2.2 More Electric Propulsion. . . . . . . . . . . . . . . . . . . . . . . 5
1.2.3 Unconventional Cycle Configurations . . . . . . . . . . . . . . . . 8
1.2.4 Combined Cycle Configurations with ORC Waste Heat Recovery Sys-

tem . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 11
1.3 Heat Exchangers for Airborne Systems . . . . . . . . . . . . . . . . . . . 15
1.4 Motivation . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 16
1.5 Original Contributions . . . . . . . . . . . . . . . . . . . . . . . . . . . 18
1.6 Outline . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 19

2 Compact Heat Exchanger Design: Challenges and Limitations 29
2.1 Introduction . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 30
2.2 Classification of Heat Exchangers . . . . . . . . . . . . . . . . . . . . . . 30
2.3 Performance Evaluation Criteria for Ranking HX Topologies . . . . . . . . 34
2.4 Preliminary Steps for the Selection of Suitable HX Designs . . . . . . . . . 42
2.5 Proposed Method for Selection of Heat Exchanger Topology . . . . . . . . 45

2.5.1 Exemplary Application. . . . . . . . . . . . . . . . . . . . . . . . 46

3 Compact Heat Exchangers Design & Guidelines 53
3.1 Introduction . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 54
3.2 Preliminary Design Methodology . . . . . . . . . . . . . . . . . . . . . . 57

3.2.1 Heat Exchanger Base Model . . . . . . . . . . . . . . . . . . . . . 57
3.2.2 From Heat Transfer Area to Heat Exchanger Geometry. . . . . . . . 61

3.3 Model Validation . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 64
3.4 Heat Exchangers for CC-engine concepts . . . . . . . . . . . . . . . . . . 65

3.4.1 CC-APU . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 65
3.4.2 CC-TS . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 69
3.4.3 CC-TF . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 72

3.5 Design Guidelines. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 75
3.6 Comparison of Best Designs . . . . . . . . . . . . . . . . . . . . . . . . 81
3.7 Conclusions. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 84

v



vi CONTENTS

4 Data-Driven Surrogate Model of Optimized Heat Exchangers 93
4.1 Introduction . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 95
4.2 Case Studies . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 97
4.3 Methodology: Models and Design. . . . . . . . . . . . . . . . . . . . . . 98

4.3.1 Waste Heat Recovery Unit . . . . . . . . . . . . . . . . . . . . . . 98
4.3.2 Heat Exchangers . . . . . . . . . . . . . . . . . . . . . . . . . . . 99
4.3.3 Design Strategies. . . . . . . . . . . . . . . . . . . . . . . . . . . 100
4.3.4 Surrogate Model . . . . . . . . . . . . . . . . . . . . . . . . . . . 102

4.4 Results . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 110
4.4.1 CC-APU . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 110
4.4.2 CC-TS . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 112

4.5 Conclusions. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 114

5 Ram Air Cooling Duct Design 121
5.1 Introduction . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 123
5.2 Test Case . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 125
5.3 Methodology . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 126

5.3.1 Ram Air Duct Lumped Parameter Model . . . . . . . . . . . . . . . 126
5.3.2 CFD Model of the Duct. . . . . . . . . . . . . . . . . . . . . . . . 130
5.3.3 Verification of the Lumped Parameter Model against CFD Simula-

tions . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 133
5.4 Results & Discussion . . . . . . . . . . . . . . . . . . . . . . . . . . . . 134

5.4.1 Accuracy of the Duct Lump Parameter Model . . . . . . . . . . . . 134
5.4.2 Sensitivity Analysis of Ram Air Duct Performance to Design Inputs . 143
5.4.3 Duct and HX Design Constrained Optimization . . . . . . . . . . . 144

5.5 Conclusions. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 149

6 Conclusions 159
6.1 Limitations and Recommendations . . . . . . . . . . . . . . . . . . . . . 163
6.2 Outlook on Future Research Directions . . . . . . . . . . . . . . . . . . . 165

A Thermohydraulic Correlations for Heat Exchangers 171

B Shape Optimization of a Turbofan Bypass Duct Housing a Condenser 177

C Logarithmic Mean Temperature Difference Expression for Effectiveness Ap-
proaching Zero 185

About The Author 187

List of Publications 189



SUMMARY

The improvement of the efficiency of aircraft propulsion systems and the reduction of
fuel consumption are key objectives in the development of next-generation propulsion
systems. The feasibility and performance of promising concepts such as combined-
cycle engines, hybrid-electric propulsion, and hydrogen-fueled systems often depend
on complex thermal management or cooling systems, where compact heat exchangers
(HXs) are critical components. More in detail, the integration of HXs in airborne systems
is limited by strict space and volume constraints as well as by the impact of pressure
losses and mass on the performance of the propulsion system. Therefore, sub-optimal
HX designs can offset or even negate potential performance gains.

This dissertation documents research work performed as part of the ARENA project,
which aims to develop methodologies for assessing the fuel-saving potential of airborne
organic Rankine cycle thermal energy harvesting systems serving as bottoming units
to gas turbine engines, leveraging unconventional propulsion system configurations.
The first objective of the present research is to advance the state-of-the-art regarding
methodologies for the optimal design and integration of aerospace-grade compact HXs
into novel propulsion systems. The second objective is to investigate the potential of the
Meredith effect, whereby the drag introduced by an air-cooled HX is offset by the accel-
eration of the heated airflow through a nozzle, for airborne ORC units, and to develop
methods for the optimal design of the ram air cooling system.

To this end, an HX model for single- and multi-pass configurations, applicable for
sizing and rating problems of components operating with sub- and supercritical work-
ing fluids, was implemented in the in-house software HeXacode and validated with ex-
perimental data. Preliminary design tools based on this HX model have been embedded
within the system design framework for integrated system-and-component optimiza-
tion of aero engines featuring an ORC bottoming unit. The system design framework
was used to optimize the design of combined-cycle auxiliary power unit (CC-APU), tur-
boshaft (CC-TS), and turbofan (CC-TF) configurations. The results demonstrate that
achieving optimal performance requires balancing HX thermal effectiveness, pressure
loss, and mass. However, this integrated optimization approach is computationally time-
consuming. Therefore, a data-driven surrogate modeling methodology has been devel-
oped to predict the performance of optimized HXs under variable operating conditions
and design specifications. This method reduces the computational cost associated with
system optimization studies by more than half.

Results of optimal combined cycle engine configurations demonstrated that the ther-
mal energy rejected by the condenser to the ram air stream can increase propulsive effi-
ciency and specific thrust. This thrust gain is primarily influenced by the total pressure
losses in the duct, ram-air temperature increase, and total to static nozzle pressure ratio.
Therefore, the thrust that can be generated by the ram air cooling duct is much larger
in the case of the CC-TF, whereby the condenser is positioned aft of the fan and outlet
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guide vane within the bypass duct, compared to the CC-TS configuration.
Due to the significant influence of the ram air cooling duct on the aerodynamic per-

formance of the propulsion system, an accurate duct model is required for preliminary
design studies. Therefore, a CFD model of the ram air duct has been developed, whereby
the HX is modeled as a porous zone while a steady state RANS solver is used for the air-
flow within the duct. The CFD model has been used to develop a lumped parameter
model of the ram air duct. The accuracy of the developed lumped parameter model is
comparable to that of the CFD model, and enables fast evaluation of the duct perfor-
mance at both design and off-design conditions. The lumped parameter model is also
used to quantify the influence of HX and duct geometric design, heat rejection, and total
pressure losses on drag recovery through the Meredith effect, providing new guidelines
for ram air cooling systems for airborne applications.

The methodologies developed in this research work are directly applicable to waste
heat recovery systems, fuel-cell-based electric propulsion or turbo-electric propulsion
systems, and support early-stage preliminary design assessments. These results con-
tribute to reducing the uncertainty in adopting combined-cycle and other novel propul-
sion systems, and to guiding future development of lightweight, high-performance HXs
for low-emission aviation.



SAMENVATTING

Het verbeteren van de efficiëntie van vliegtuigvoortstuwingssystemen en het vermin-
deren van het brandstofverbruik zijn belangrijke doelstellingen bij de ontwikkeling van
volgende generatie voortstuwingssystemen. De haalbaarheid en prestaties van veelbe-
lovende concepten zoals gecombineerde-cyclusmotoren, hybride-elektrische voortstu-
wing en waterstofsystemen zijn vaak afhankelijk van complexe thermische beheer- of
koelsystemen, waarbij compacte warmtewisselaars (HX’s) cruciale componenten zijn.
Meer in detail: de integratie van HX’s in luchtgedragen systemen wordt beperkt door
strikte ruimte- en volumebeperkingen, evenals door de impact van drukverliezen en
massa op de prestaties van het voortstuwingssysteem. Suboptimale HX-ontwerpen kun-
nen daarom potentiële prestatieverbeteringen tenietdoen of zelfs tenietdoen.

Dit proefschrift documenteert onderzoekswerk dat is uitgevoerd in het kader van het
ARENA-project, dat tot doel heeft methodologieën te ontwikkelen voor het beoordelen
van het brandstofbesparende potentieel van luchtgedragen organische Rankine-cyclus
thermische energieopwekkingssystemen die dienen als bottoming units voor gasturbi-
nemotoren, waarbij gebruik wordt gemaakt van onconventionele voortstuwingsconfi-
guraties.

Hiertoe werd een HX-model voor single- en multi-pass configuraties, toepasbaar op
dimensionerings- en beoordelingsproblemen van componenten die werken met sub-
en superkritische werkvloeistoffen, geïmplementeerd in de eigen software HeXacode en
gevalideerd met experimentele data. Voorlopige ontwerptools gebaseerd op dit HX-
model zijn ingebed in het systeemontwerpkader voor geïntegreerde systeem- en com-
ponentoptimalisatie van vliegtuigmotoren met een ORC-bodemeenheid. Het systeem-
ontwerpkader werd gebruikt om het ontwerp van gecombineerde cyclushulpaggrega-
ten (CC-APU), turboshaft (CC-TS) en turbofan (CC-TF) configuraties te optimaliseren.
De resultaten tonen aan dat het bereiken van optimale prestaties een evenwicht ver-
eist tussen de thermische effectiviteit, het drukverlies en de massa van HX. Deze geïnte-
greerde optimalisatiebenadering is echter rekenintensief. Daarom is een datagestuurde
surrogaatmodelleringsmethodologie ontwikkeld om de prestaties van geoptimaliseerde
HX’en onder variabele bedrijfsomstandigheden en ontwerpspecificaties te voorspellen.
Deze methode verlaagt de rekenkosten die gepaard gaan met systeemoptimalisatiestu-
dies met meer dan de helft.

Resultaten van optimale gecombineerde cyclus motorconfiguraties toonden aan dat
de thermische energie die door de condensor naar de ram-airstroom wordt afgevoerd,
het voortstuwingsrendement en de specifieke stuwkracht kan verhogen. Deze stuw-
krachtwinst wordt voornamelijk beïnvloed door de totale drukverliezen in het kanaal,
de temperatuurstijging van de ram-air en de verhouding tussen de totale en de stati-
sche druk in de nozzle. Daarom is de stuwkracht die door het ram-air koelkanaal kan
worden gegenereerd veel groter in het geval van de CC-TF, waarbij de condensor achter
de ventilator en de uitlaatgeleider in het bypasskanaal is geplaatst, vergeleken met de
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CC-TS-configuratie.
Vanwege de aanzienlijke invloed van het ram-air-koelkanaal op de aerodynamische

prestaties van het voortstuwingssysteem, is een nauwkeurig kanaalmodel vereist voor
voorlopige ontwerpstudies. Daarom is een CFD-model van het ram-air-kanaal ontwik-
keld, waarbij de HX is gemodelleerd als een poreuze zone, terwijl een steady-state RANS-
solver is gebruikt voor de luchtstroom in het kanaal. Het CFD-model is gebruikt om een
gecombineerd parametermodel van het ram-air-kanaal te ontwikkelen. De nauwkeurig-
heid van het ontwikkelde gecombineerde parametermodel is vergelijkbaar met die van
het CFD-model en maakt een snelle evaluatie van de kanaalprestaties mogelijk, zowel
onder ontwerp- als off-design-omstandigheden. Het gecombineerde parametermodel
wordt ook gebruikt om de invloed van HX en het geometrische ontwerp van het ka-
naal, warmteafvoer en totale drukverliezen op de luchtweerstandsherstel door middel
van het Meredith-effect te kwantificeren, wat nieuwe richtlijnen oplevert voor ram-air-
koelsystemen voor toepassingen in de lucht.

De in dit onderzoek ontwikkelde methodologieën zijn direct toepasbaar op systemen
voor warmteterugwinning, elektrische voortstuwingssystemen op basis van brandstof-
cellen of turbo-elektrische voortstuwingssystemen, en ondersteunen voorlopige ont-
werpbeoordelingen in een vroeg stadium. Deze resultaten dragen bij aan het verminde-
ren van de onzekerheid bij de invoering van gecombineerde-cyclus- en andere nieuwe
voortstuwingssystemen, en aan het sturen van de toekomstige ontwikkeling van lichtge-
wicht, krachtige HX’s voor emissiearme luchtvaart.



1
INTRODUCTION

The history of mankind
is the history of ideas.

Luigi Pirandello
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2 1. INTRODUCTION

1.1. CONTEXT

I N the absence of immediate and coordinated intervention, the ongoing climate crisis
is expected to trigger profound and potentially irreversible transformations in natu-

ral ecosystems, with cascading consequences for human society [1] [2]. Mitigating these
outcomes requires implementing multi-layered strategies encompassing societal behav-
ioral shifts, coherent international and national policy frameworks, and the accelerated
development and deployment of innovative technological solutions [3]. The aviation
sector is under increasing pressure due to environmental regulations aimed at reducing
the environmental footprint of air transportation, primarily in terms of carbon dioxide
CO2 and nitrogen oxide NOx emissions [4].

At the time of writing, the aviation sector accounts for ≈ 2.5% of all human-induced
CO2 emissions, and ≈ 13% of total transportation emissions, yearly [5]. Carbon dioxide
emissions, along with nitrogen oxide emissions, the formation of condensation trails,
and the release of soot and sulfate aerosols, alter the chemical composition of the up-
per atmosphere. The radiative balance in this region is also affected by nitrogen oxides,
which impact the quantities of ozone (O3) and stratospheric water vapor, thereby influ-
encing the climate [6]. These non-CO2 emissions contribute to an additional net warm-
ing effect, resulting in aviation’s overall contribution to human-induced global warming
being approximately 4% today [7]. However, this share is projected to rise significantly
in the coming decades as demand for air travel continues to grow [8] [9].
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Figure 1.1: Historical evolution and projection of the civil aviation flight movements (IFR FM) in Europe for
the most likely scenario (|), in case of continued economic growth (||) and of economic crisis and fuel price
surge (||). The CO2 emissions are reported on the right-hand y-axis for the most likely scenario (–) and in case
new-gen engines gradually replace the older generation engines (- -). Data collected from [10] [11] [12].

Figure 1.1 reports the total number of take-offs and landings in Europe, obtained
from data related to instrument flight rules or IFR, therefore those that must comply with
regulations about aircraft operation in civil aviation. The graph shows the extrapolation
to the near future for (i) the most likely scenario (baseline), (ii) a scenario of economic
growth, and (iii) a scenario of economic crisis accompanied by a sharp rise in fuel prices.
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The CO2 emission projections associated with EU commercial aviation are proportional
to the number of flights unless part of the older generation of aero engines is retired and
new generation engines are deployed starting from 2040. Note that the chart only reports
carbon dioxide emissions, although other greenhouse gas emissions, such as NOx and
water vapor that form contrails, are also important metrics that new generation engines
and policies are accounting for.

Over the past decades, continuous advancements in turbofan engines, enabled by
improved aerodynamics and materials, have led to a significant decrease in thrust-specific
fuel consumption (TSFC), with modern engines achieving values around 13 mg/Ns com-
pared to approximately 19 mg/Ns of 1980s turbofans [13] [14]. Such traditional techno-
logical improvements include increasing the pressure ratio, turbine inlet temperature,
and bypass ratio to achieve gains in propulsive and thermal efficiency. However, the
rate of improvement has progressively diminished in the last decades, as contemporary
engine design optimizations approach the practical, structural, and material limits [15].
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Figure 1.2: Cruise thrust-specific fuel consumption (TSFC) of representative engines over the approximated
certification date. Red markers correspond to turbojet engines, blue markers to turbofan engines with bypass
ratios below 6, purple markers are modern high-bypass ratio turbofans, while the green markers are new-
generation engines expected to enter service around 2035. Data collected from [16], [17], [18], [14]

This trend is clear in Figure 1.2, which shows the TSFC during cruise conditions of
representative engines. At the same time, the aviation sector continues to expand, lead-
ing to a net increase in global fuel consumption and emissions despite improvements
in engine performance. To address this challenge, the Advisory Council for Aviation Re-
search and Innovation in Europe (ACARE) has set ambitious goals within the Flightpath
2050 framework [19], targeting (i) a 75% reduction in CO2 emissions and a 90% reduction
in NOx emissions per passenger-kilometer, and (ii) a 65% reduction in noise emission
during flight. All improvements are compared to the year 2000 levels. Similarly, inter-
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national regulatory bodies such as the International Civil Aviation Organization (ICAO)
and national programs such as NASA’s Sustainable Flight National Partnership have es-
tablished ambitious long-term targets to drastically reduce greenhouse gas emissions,
aiming at net-zero carbon emissions from aviation by 2050 [20] [21]. Meeting such ob-
jectives requires a paradigm shift from conventional propulsion system configurations
toward novel system architectures leveraging new materials and manufacturing tech-
nologies, alternative fuels, novel propulsion concepts combining multiple cycles, new
power generation systems, waste heat recovery solutions, and electrification.

1.2. NOVEL PROPULSION SYSTEM CONCEPTS FOR COMMER-
CIAL AVIATION

Engine manufacturers are investing considerable resources in research programs aimed
at reducing fuel consumption and emissions by improving the propulsive and thermal
efficiency of propulsion systems and their integration into the airframe. Current re-
search on propulsion systems is concentrating on (i) the improvement of existing aero
engine configurations by component optimization and the use of advanced manufac-
turing techniques and materials, (ii) the electrification and hybridization of propulsion
systems, and (iii) the adoption of unconventional thermodynamic cycle configurations.

1.2.1. IMPROVED CONVENTIONAL CONFIGURATIONS

A notable development in advanced turbofan architecture is the GTF® Advantage en-
gine by Pratt & Whitney [22], which targets fuel efficiency improvements beyond 20%,
reduced noise footprint, and 4% more takeoff thrust at sea level over current engines
[23]. The 100% SAF-compatible engine features enhancements to the engine core, such
as advanced airfoil design with improved coatings of the high-pressure turbine and opti-
mized cooling, which increase engine durability, extending engine maintenance interval
by up to 40% [24]. The engine has been certified in early 2025 by the Federal Aviation Ad-
ministration (FAA) and will power the A320neo aircraft [24].

Another notable research program is the one related to the development of the UltraFan®

engine concept, led by Rolls-Royce with support from the Clean Aviation framework.
The UltraFan is currently the largest aero engine demonstrator ever built, featuring a
fan diameter of 3.55 m. The objectives of the program include a 25% reduction in fuel
consumption and CO2 emissions compared to first-generation Trent engines, a 40% re-
duction in NOx , and a 30% reduction in noise levels thanks to a redesign of the engine
configuration, a carbon-titanium fan system, and a lightweight composite casing [25].
Central to the UltraFan concept is a new gearbox that transfers over 50 MW of power,
allowing the fan and low-pressure turbine to operate at their optimal speeds. In parallel,
advanced manufacturing techniques such as additive layer manufacturing and the use
of ceramic matrix composites support higher operating temperatures and reduced com-
ponent mass. The UltraFan demonstrator is scheduled to be tested using 100% SAF and
is expected to enter the market in the 2030s.

A relevant example of a research program aimed at a large increase in propulsive ef-
ficiency is the Revolutionary Innovation for Sustainable Engines (RISE) program, a col-
laborative initiative led by CFM International, a partnership between Safran and Gen-
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eral Electric. Launched in 2021, the RISE program aims to develop a next-generation
open rotor propulsion system targeting a > 20% reduction of fuel consumption and
CO2 emissions compared to modern aero engines. The engine prototype incorporates
a single-stage open rotor followed by variable-pitch stator vanes, enabling efficient flow
management, compliance with future noise regulations, and eliminating the need for a
thrust reverser [26]. The open fan configuration is engineered to operate at speeds up to
Mach 0.8, aligning with current single-aisle aircraft requirements. Moreover, the engine
is being designed for compatibility with sustainable aviation fuels and hydrogen.

1.2.2. MORE ELECTRIC PROPULSION

In recent years, extensive research into electrified propulsion systems has been con-
ducted. Electrification pathways are generally categorized into three types: turboelec-
tric, fully electric, and hybrid-electric [27].

• In the turboelectric configurations, the mechanical powertrain is replaced by an
electrically driven propulsion system powered by one or more gas turbines. The
NASA N3-X [28] is an example of a fully turboelectric aircraft with a hybrid wing-
body airframe.1 The benefits of such architecture include enhanced propulsive ef-
ficiency and better airframe-propulsion integration if combined with distributed
propulsion (DP) and boundary layer ingestion (BLI). However, it is estimated that
turboelectric propulsion systems would be approximately 10% less efficient com-
pared to mechanically-driven engines, primarily due to the many losses and weight
addition inherent to electrical energy conversion, like those due to electric motors,
cables, power electronics, etc. [29]. Their implementation in large aircraft is cur-
rently constrained by the availability of high-specific-power electrical generators,
motors, and superconducting components suitable for aviation.

• Fully electric propulsion systems rely exclusively on battery packs for onboard en-
ergy storage. The primary advantages of this configuration include the elimination
of in-flight emissions and a significant reduction in acoustic noise. However, the
low specific energy of contemporary batteries remains a critical limitation, with
values that are 20 to 50 times lower than those of jet fuel [27]. As a result, fully
electric aircraft have long been considered suitable only for short-range missions
with limited payload capacity. Recent studies, however, have challenged the cor-
rectness of this limitation. For instance, Wolleswinkel et al. [30] demonstrated by
means of calculations that fully electric aircraft adopting a narrow fuselage lay-
out, high energy mass fraction, and high lift-to-drag ratio can achieve ranges ap-
proaching 1000 km, even in the case of a medium-size aircraft. This performance
is attainable under realistic assumptions about future battery technologies, specif-
ically a pack-level energy density of approximately 300 Wh/kg. De Vries et al. [31]
performed the conceptual design of a 76-ton electric aircraft for a mission range
of 800 km. With the assumption of a battery pack energy density of 360 Wh/kg,
the estimated energy consumption was 167 Wh per passenger-kilometer, which is

1The N3-X concept is a turboelectric aircraft concept with a hybrid wing-body airframe, boundary layer inges-
tion, distributed propulsion, and superconducting materials to minimize transmission losses
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significantly lower than what is estimated in the case where kerosene and SAF are
used to store energy.

• Hybrid-electric propulsion (HEP) systems integrate a power generation system,
such as a gas turbine, whose function is either to charge electric batteries and/or
to drive propellers, and an electric power train driving propellers. Two primary
configurations are considered, namely the parallel and series layouts. In parallel
configurations, the gas turbine and electric motor operate concurrently to pro-
vide thrust across various flight phases. In series configurations, the gas turbine
operates near its optimal point to accumulate electrical energy, which is used to
drive the electric propulsion system, functionally resembling a turboelectric archi-
tecture with energy buffering. Hybrid-electric architectures enable greater opera-
tional flexibility compared to purely turboelectric systems and introduce redun-
dancy in power generation and delivery [32]. Additionally, such configurations al-
low for supplementing the power-intensive phases of flight, i.e., takeoff and climb,
with electrical power. As a result, the core gas turbine can be downsized and de-
signed for maximum cruise efficiency, thereby reducing mission fuel consumption
[27].

The implementation of electric propulsion systems (EPS) is associated with con-
siderable technological challenges. These include increased system complexity, weight
penalties due to batteries and power electronics, power distribution losses, airframe in-
tegration issues, and complex thermal management systems (TMS) that must operate
under highly variable conditions [33]. Among these challenges, the design of the TMS is
particularly critical even at the early conceptual stage, as it directly influences the over-
all aircraft mass, aerodynamic drag, and propulsion system efficiency [34]. Typical TMS
configurations employ liquid cooling via cold plates for powertrain components and uti-
lize ram air as the heat sink [35]. These systems incorporate one or more compact air-
to-liquid heat exchangers (HXs) to reject thermal energy to the ambient. These compo-
nents are usually placed inside ram air ducts and introduce a significant drag penalty,
primarily due to the total pressure losses across the HX core. Additionally, HXs account
for over 50% of the total TMS mass, which is approximately 1.27 kg±14.5% per kilowatt
of rejected thermal power [34], excluding redundancy requirements. The weight of the
TMS is thus an important metric for the evaluation of electric aircraft configurations.
For instance, the TMS of an electric aircraft that must continuously reject 350-400 kW of
thermal power to the environment would weigh over 500 kg and introduce a significant
drag penalty. However, the design of the TMS is often neglected and, as a consequence,
the effect of the TMS weight and drag on the aircraft performance is often roughly ap-
proximated [31], [34]. More electric propulsion systems remain a promising solution for
sustainable aviation, particularly in combination with novel aircraft configurations [30],
[31]. The feasibility of large-scale adoption will ultimately depend on the rate of progress
in battery chemistry, electric motor efficiency, as well as integrated system and compo-
nent design optimization techniques [33].

The number of research projects on hybrid electric aircraft propulsion architectures
is increasing in response to technological advancements in hydrogen storage and fuel
cell technology. One of the primary advantages of liquid hydrogen (LH2) lies in its high
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(a) Photograph of the nose of the demonstrator devel-
oped within the Phoenix project at TU Delft [36] dur-
ing wind tunnel tests. The low-temperature (LT) cool-
ing ducts for the power electronics are positioned on the
left and right-hand side of the electric motor and pro-
peller. The high-temperature (HT) cooling duct rejects
thermal power to maintain the FC stack within the oper-
ating temperature limits.
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(b) Simplified CAD representation of the Zeroavia ZA600
hydrogen-electric engine concept. The nacelle and ram
air ducts are omitted. Image adapted from the illustra-
tion reported in Ref. [37].

Figure 1.3: Fuel cell-based hydrogen-electric propulsion system (EPS) demonstrators.

gravimetric energy density (≈ 120 MJ/kg), which is nearly three times greater than that of
conventional jet fuel [38]. The use of hydrogen as fuel for gas turbines is not a new con-
cept. In addition to eliminating in-flight CO2 emissions, hydrogen combustion has been
shown to reduce energy-specific fuel consumption by about 1.6% compared to kerosene
[39]. However, hydrogen combustion does not eliminate NOx emissions. Moreover, the
increased water vapor emissions necessitate careful consideration to limit contrail for-
mation and the associated climate impact. In contrast, fuel cells (FC) convert hydrogen
directly into electricity via electrochemical reactions, eliminating NOx emissions. Re-
cent advancements in FC technology, particularly for high-temperature proton-exchange
membrane (LT/HT-PEMFC) variants, suggest that mass-specific power values of approx-
imately 3 kW/kg could be achieved by 2035, alongside overall conversion efficiency in
the range of 50–70%. These improvements open the possibility for fuel cell-powered
hybrid-electric aircraft capable of missions of up to 800 nautical miles with a payload
of 75 passengers [39]. Furthermore, the cryogenic temperatures of hydrogen fuel lines
can be exploited to enable low-resistance electrical power transmission using supercon-
ducting materials [38]. Despite these advantages, the integration of LH2 into aircraft
propulsion systems poses significant challenges. Storage of LH2 at cryogenic temper-
atures (−253° C) requires (i) lightweight composite tanks targeting 70% gravimetric ef-
ficiency 2 by 2035, (ii) effective multi-layer insulation (MLI) or foam-based solutions to
minimize boil-off, and (iii) robust LH2 delivery infrastructure and safety systems capa-
ble of handling large-scale cryogenic spillage scenarios [39]. Moreover, LH2 tanks oc-
cupy 2–4 times the volume of kerosene tanks due to the much lower volumetric energy
density of LH2. The larger tanks require fuselage redesign for optimal placement and
structural integrity, and they affect payload and passenger capacity [38]. Thermal man-

2The mass of hydrogen stored relative to the total mass of the fuel storage system.
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agement is another critical hurdle for fuel cell systems, which generate large amounts of
heat that must be transferred to the environment to keep the FC system within opera-
tional temperature limits. Compact HXs are used to precondition cryogenic hydrogen
while simultaneously cooling down power electronic systems and/or the FC stack. How-
ever, the cooling capability of LH2 alone is often insufficient, and ram air cooling is also
investigated. Due to the relatively low operating temperatures of fuel cells, especially if
compared to internal combustion engines, the mean temperature difference in the radi-
ator is quite small. This results in complex cooling systems with large HXs and air ducts,
which add weight and drag. Figure 1.3a highlights the large size of the cooling ducts
required for a small hydrogen-powered 1-seater Sling-4 aircraft demonstrator being de-
veloped by Aerodelft. 3 The ducts are positioned in the nose of the aircraft, around the
electric-powered propeller. Figure 1.3b shows the Zeroavia 4 hydrogen-electric engine
concept, which requires two large heat exchangers positioned on the left and right sides
of the fuel cell stack [37].

Despite these obstacles, ongoing research into advanced tank materials, high-temperature
fuel cells, and cryogenic electrical systems aims to make hydrogen-powered hybrid elec-
tric aircraft a viable option for regional aircraft and eventually commercial aviation in
general.

1.2.3. UNCONVENTIONAL CYCLE CONFIGURATIONS

Modern gas turbine engines discharge to the environment nearly half of the net calorific
value of the fuel as thermal energy in the exhaust stream, as indicated in Figure 1.4. Re-
covering this residual heat allows for an increase in the thermodynamic efficiency of the
engine. Relevant thermodynamic cycle improvements include recuperation, intercool-
ing, and combined cycle (CC) configurations. A power plant configuration in which the
exhaust of the gas turbine is the energy source of a Rankine power plant is the most com-
mon configuration in large-capacity stationary power generation. Such a configuration
is termed "combined cycle". The application of this concept to aviation propulsion is
under investigation, whereby the main problem is the demanding constraint on weight
and volume.

Recuperation in gas turbines for ground applications is an established solution to
improve thermodynamic cycle performance [40]. However, the use of recuperation in
aero engines remains limited by the challenges associated with the design of the recu-
perator, which transfers thermal energy from the turbine exhaust to the high-pressure
air entering the combustor, thereby increasing cycle efficiency. Extensive research on
compact recuperator designs capable of operating at high temperatures and with high-
speed flows has been documented in the literature [41]–[44]. An intercooled engine con-
figuration is characterized by a heat exchanger, i.e., the intercooler, placed between the
high-pressure (HPC) and low-pressure (LPC) compressors. The intercooler reduces the
temperature of the air before entering the second compression stage, thereby decreasing
the required compression work and increasing thermal efficiency. Intercooled engine

3Aerodelft is a student team of TU Delft working on the development of a hydrogen-powered electric aircraft
demonstrator called Project Phoenix. More info at https://aerodelft.nl/.

4Zeroavia is a company working on hydrogen-electric and electric propulsion systems. More info at https:
//zeroavia.com/.

https://aerodelft.nl/
https://zeroavia.com/
https://zeroavia.com/
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Figure 1.4: Sankey diagram of a modern turbofan engine operating in cruise conditions, with performance
similar to that of the CFM LEAP 1A engine, showing the approximate breakdown of the input chemical energy,
based on the lower heating value (LHV) of jet fuel.

configurations alone lead to minimal fuel burn reductions (up to 3.4% [45]) compared to
conventional TF architectures, and can be effective only for high engine overall pressure
ratios (OPR≥ 50) [46] at the cost of increased NOx emissions.

The combined application of intercooling and recuperation enables a higher ther-
modynamic cycle efficiency improvement and may reduce TSFC at lower OPR and tur-
bine inlet temperatures (TIT) compared to optimum values of conventional turbofan
engines [47]. An additional benefit of adopting engines featuring a lower TIT and OPR is
the reduction of NOx emissions [48]. A notable example of such configuration is the In-
tercooled Recuperated Aero engine (IRA) concept [49], pioneered by MTU aero engines
and investigated within the framework of several past European research programs such
as CLEAN/FP5, NEWAC/FP6, LEMCOTEC/FP7, and NEWAC [46], [48]. The baseline IRA
configuration features a conventional recuperation layout, whereby a single recuperator,
positioned downstream of the LPT, recovers thermal energy from the hot exhaust gases
of the gas turbine and transfers it to the HPC discharge air before it enters the combustor
[50]. This configuration may lead to an increase in engine thermal efficiency at moder-
ate OPR. The key enabler of this technical solution is the compact recuperator topology
developed by MTU. The recuperator geometry consists of two bent banks of staggered
elliptical tube bundles positioned at an angle with respect to the exhaust flow [51]. The
pressure drop introduced by the recuperator positioned in the exhaust duct, however,
significantly affects the system performance [51]. Since mass and pressure drop are pro-
portional to the HX size, lower heat exchanger effectiveness should be prioritized [47].
Nonetheless, lower effectiveness also reduces the thermodynamic benefit of recupera-
tion. In addition, the conventional recuperation configuration (CR) is subject to highly
unsteady flow conditions at the recuperator inlet, which can degrade performance [50].
To overcome this limitation, the Alternative Recuperation (AR) configuration [50] in-
volves placing the recuperator between the high-pressure and low-pressure turbines of
the aero engine. This arrangement increases the average temperature difference be-
tween the hot and cold streams, thereby lowering the required HX effectiveness at com-
parable heat duties and potentially improving cycle performance at high OPR. However,
there are some limitations to this approach: (i) the AR configuration only outperforms
CR at high pressure ratios, (ii) the limited inter-turbine space restricts the feasibility of
this approach in aero engines, and (iii) the effect of the HX pressure loss on the system is
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much larger as it determines the degree of expansion in the power turbine. The Staged
Heat Recovery (SHR) configuration is an attempt to integrate the benefits of both AR and
CR configurations by incorporating two recuperators: a primary HX placed between the
turbines and a secondary one downstream of the LPT [50]. The staged heat recovery con-
figuration may allow for marginally higher performance than the CR configuration under
specific combinations of heat exchanger effectiveness and pressure loss, provided that
the heat exchangers are designed to meet strict geometric and aerodynamic constraints
[46]. In summary, the efficiency and feasibility of intercooled recuperated aero engines
depend on (i) the thermohydraulic performance and weight of the heat exchangers, and
(ii) their integration and positioning within the engine architecture.

While intercooled recuperated engines improve thermal efficiency by recovering ther-
mal energy within the same thermodynamic cycle, combined cycle engine concepts cou-
ple the main gas turbine cycle with a secondary cycle to enhance thermal efficiency and
specific thrust. The Water-Enhanced Turbofan (WET) is a CC engine configuration pro-
posed by an industrial consortium led by MTU Aero Engines within the framework of the
Clean Aviation joint undertaking [52]. The WET engine is conceived to enhance thermal
efficiency and reduce emissions by partially recovering thermal energy from the exhaust
stream and reintroducing it into the cycle in the form of superheated steam. In contrast
to conventional recuperative cycles, the proposed configuration implements the Cheng
thermodynamic cycle [53], i.e., a parallel integration of a Joule-Brayton gas turbine and
a Clausius-Rankine steam cycle, which introduces a dedicated quasi-closed water cir-
cuit onboard the engine [54] to harvest thermal energy downstream of the low-pressure
turbine (LPT). Water vapor present in the combustion products is first condensed and
collected in a separator, then pressurized in the liquid state by a pump. The pressurized
water is subsequently evaporated using heat extracted from the core exhaust flow. The
superheated steam is first expanded in a dedicated steam turbine, providing power to
the low-pressure spool driving the fan, and then injected into the airstream exiting the
high-pressure compressor (HPC). Steam injection enables (i) a reduction of peak flame
temperature leading to a decrease of NOx emissions, and (ii) an increase in the spe-
cific heat capacity of the combustion gases, thereby enhancing specific work, increas-
ing overall cycle efficiency, and reducing fuel consumption. The homogenization of the
temperature distribution across the flame reduces NOx emissions by up to 90% if com-
pared to current turbofan engines [55]. The combination of lower combustion temper-
ature and higher heat capacity enables the turbine to extract more specific work from
the core flow, allowing for a much more compact engine design and reduced core turbo-
machinery weight [56]. The WET concept is conceived to be compatible with a range of
fuel types, including SAF and hydrogen. The use of hydrogen offers several advantages.
First, for a given energy content, its combustion yields approximately 2.8 times more
water than kerosene, thereby enhancing the water recovery potential of the system. Sec-
ond, its cryogenic storage temperature enables its use as a low-temperature heat sink
in the condenser, reducing both the size and weight of this component. However, the
integration and optimal design of heat exchangers are the main problems affecting the
development of the WET engine. Two key components in the system are the vaporizer,
which is located downstream of the LPT, and the condenser, which is integrated within
the bypass duct of the TF engine. The condenser, in particular, plays a pivotal role as
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it must ensure sufficient condensation to sustain the water loop while minimizing the
drag penalty associated with ram air cooling [56]. An additional benefit of condensing
water vapor from the exhaust stream is the reduction of water vapor content in the en-
gine wake and, consequently, the likelihood of persistent contrail formation. Reductions
in contrail formation of up to 50% have been estimated [55], resulting in a substantial
mitigation of non-CO2 climate impact. If both CO2 and non-CO2 effects are considered,
the total environmental impact of the WET engine is projected to be approximately 40%
lower than that of a reference geared turbofan engine. However, recent developments
in the WET engine project showed that weight and size were unfavorable compared to
the benefits the technology could theoretically offer [57]. Therefore, MTU aero engines
redirected research efforts toward the Sustainable Water-Injecting Turbofan Comprising
Hybrid-Electrics (SWITCH) project, partnering up with Pratt & Whitney and the sister
company Collins Aerospace [58]. This project builds upon the foundational principles
of the WET concept, aiming to retain its core environmental benefits while enhancing
propulsion system efficiency through the integration of a hybrid-electric geared turbo-
fan system. In addition to improving overall cycle performance, the SWITCH system is
being designed for full compatibility with sustainable aviation fuels (SAF) and is under
evaluation for future application with hydrogen propulsion systems [58].

Another notable combined-cycle engine concept is the Hydrogen Steam Injected In-
tercooled Turbine Engine (HySIITE), led by Pratt & Whitney and supported by ARPA-E
for the research on novel HX designs [59]. The HySIITE concept combines steam injec-
tion with intercooling to improve thermodynamic efficiency and reduce pollutant emis-
sions. The reverse-mounted engine core burns hydrogen to generate power and water
vapor [60]. The hot air and steam exhaust pass through a condenser, which uses ram
air and liquid hydrogen as a heat sink. This heat exchanger cools down the exhaust
gases, allowing water to be extracted via a separator while simultaneously vaporizing
liquid hydrogen before injection into the combustor [61]. A portion of the collected wa-
ter mass flow is diverted to the evaporator, which harvests thermal energy from the en-
gine core exhaust. The resulting steam is injected into the high-pressure compressor
flow. The remaining mass flow of liquid water is injected into the compressor for evap-
orative intercooling. Steam injection increases specific work output, thermal efficiency,
and suppresses NOx formation, while intercooling between compressor stages reduces
the compression work and mitigates thermal gradients, offering additional performance
gains and benefits for component durability [60]. Despite its potential, the realization
of the HySIITE engine poses several engineering challenges. The high-temperature heat
exchangers required for hydrogen preconditioning and steam generation are a critical
aspect of system integration. These components must comply with severe space and
weight constraints and must also endure large thermal transients and temperature gra-
dients [60].

1.2.4. COMBINED CYCLE CONFIGURATIONS WITH ORC WASTE HEAT RE-
COVERY SYSTEM

The organic Rankine cycle (ORC) concept has been successfully implemented in waste
heat recovery (WHR) systems, including stationary power plants and truck powertrains
[62]. Its potential for future aero engines has been recently considered [63], [64]. A key



1

12 1. INTRODUCTION

advantage of the ORC concept is its flexibility, primarily due to the wide selection of
working fluids (WF). This flexibility allows for designing the optimal cycle and compo-
nents depending on the heat source and sink temperatures and the power capacity by
selecting a suitable working fluid [62]. As a result, ORC systems are well suited for the
conversion of medium-grade thermal energy sources such as the exhaust gases of gas
turbines, where temperatures typically reach ≈ 550° C [3]. Conversely, a standard steam
Rankine cycle would not be feasible for such applications due to the complexity and size
of the components for such applications. Figure 1.5 shows the process flow diagram of
a non-recuperated subcritical ORC system and the corresponding thermodynamic cy-
cle in the temperature-specific entropy diagram of an exemplary working fluid, namely
R1233zd(e).5 ORC systems producing net power ranging from tens to hundreds of kW
employ working fluids made of molecules with high molecular mass and complexity.
The low sound speed of such fluids, combined with the need for a high expansion ra-
tio, implies that the turbine, usually a single-stage radial turbine, is highly supersonic
[65]. In addition, the working fluid in the stator is in non-ideal thermodynamic states;
therefore, property variations cannot be modeled with the ideal gas law, and complex
equations of state models must be employed. The branch of fluid mechanics that treats
these flows is called non-ideal compressible fluid dynamics (NICFD) [66]. NICFD effects
must be correctly accounted for in the design of the expander [65].
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Figure 1.5: T -s diagram (left) and process flow diagram (right) of an exemplary non-recuperated ORC system.
The working fluid is R1233zd(e), the heat source is a 1.5 kg/s stream of hot air, and the cold sink is 1 kg/s of
a 50/50 water-glycol mix. The cycle generates 21 kW of net power, assuming turbine and pump isentropic
efficiencies of 0.8 and 0.7, respectively. The pump requires Ẇel = 1.5 kW of power, which is ≈ 7% of the turbine
gross power. The T -s diagram was generated using the tool documented in [67].

While the concept of ORC-based WHR systems for aero engines is promising [63],
[64], the actual fuel-saving capabilities are still highly uncertain. As is the case for the
other engine cycle configurations, the demanding constraints on mass, volume, and ef-
ficiency are the main technical challenges. An initial study by Zarati et al. [68] exam-
ined a non-recuperated, air-cooled ORC system powered by a 2 MW-class turboprop

5R1233zd(e) is a hydrofluoroolefin refrigerant.
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engine. Both the evaporator and condenser were modeled as plate-fin heat exchangers
with offset-strip fins. Heat exchanger sizing and zero-dimensional ram-air duct model-
ing for the cooling system were performed, and the main result is that it is estimated that
a 1.7% reduction in fuel consumption is achievable over a 550 km mission compared to
the benchmark engine. According to this simplified analysis, the mass of the ORC tur-
bogenerator and of the condenser are the largest among those of the components of
the ORC system, resulting in a mass-specific power of approximately 0.33 kW/kg [68],
which would be too low for further consideration. The results also indicate that the ther-
mal energy discharged by the condenser into the ram air may be exploited to offset the
aerodynamic drag penalty; however, the detailed design of the cooling system was not
performed. Two independent and contemporary simulation studies [69], [70] recently
examined recuperated supercritical CO2 cycle systems integrated into high-bypass tur-
bofans to recover thermal energy from the exhaust. These studies reported rather dif-
ferent estimates of the fuel-saving potential due to differences in the assumed exhaust
gas temperatures and in the calculated heat exchanger masses. Moreover, De Servi et al.
[69] estimated a significant performance degradation of the CC engine as a function of
pressure losses in the heat exchangers. Conversely to the results reported in Ref. [68], the
authors in Ref. [69] estimate a negative impact of the cooler in the bypass duct on sys-
tem performance; however, drag recovery via thermal energy discharge into ram air was
not considered. This underscores the necessity for high-fidelity modeling and design
optimization of the primary components, particularly the heat exchangers, to correctly
assess the potential of combined cycle solutions.

In 2020, the Propulsion & Power group of TU Delft, with the advice and support of
Airbus, Safran, MTU, NASA, and tier-n suppliers, engaged in a research project on air-
borne combined cycle gas turbine engines, namely the ARENA project.6 The project
aimed at studying the fuel-saving potential of novel combined cycle aero engine con-
cepts featuring thermal energy harvesting via high-temperature ORC systems. The main
objective is pursued by developing and verifying the necessary methods and modeling
tools for system and component-level design optimization. Research efforts focused on
(i) the modeling and performance assessment of the combined cycle engine and the
integration of the propulsion system within the aircraft [71], (ii) the design optimization
and optimal integration of compact heat exchangers (i.e., the evaporator and condenser)
within the engine, and (iii) the development and validation of high-temperature radial
inflow turbine (hiTORC-RIT) models and design methods [65].

Part of the research carried out within the ARENA project considered different propul-
sion system solutions to reduce the fuel consumption of the ONERA Dragon aircraft
concept [72]. More in detail, two propulsion system configurations featuring a super-
critical non-recuperated ORC bottoming unit were simulated and the results analyzed.
In both case studies, the ORC system uses cyclopentane as the working fluid. The first
configuration is documented in Ref. [73] and investigates a combined cycle turboshaft
engine (CC-TS) providing electrical power to an under-the-wing distributed propulsion
(DP) system. The process flow diagram of this engine configuration is reported in Fig.
3.6. The ORC unit features two condensers positioned inside planar ram air ducts at an
angle of 70° to reduce the frontal area of the engine nacelle. The primary HX is placed

6AiRborne thermal ENergy harvesting for Aircraft. https://kcorc.org/arena/.

https://kcorc.org/arena/
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within the exhaust stream of the free power turbine (FPT), which is mechanically cou-
pled to two generators. The thermal efficiency of the optimized ORC unit at cruise is
17.2%. It generates a net electric power output of 335 kW and weighs approximately 260
kg, of which the heat exchangers account for nearly half of the weight. The twin CC-TS
engine configuration results in an estimated 1.5% reduction in total mission fuel con-
sumption relative to the baseline configuration. The fuel-saving potential of this propul-
sion system configuration is primarily limited by the integration and performance of the
heat exchangers, which negatively affect the gas turbine efficiency and the propulsive
efficiency. The results of the optimization study also showed that condensers with low
effectiveness (≈ 50%) and high condensation temperature (125° C) allow for the exploita-
tion of the Meredith effect, i.e., the phenomenon whereby the drag caused by a cooling
system can be offset by the thrust that can be produced by the heated air expansion after
passing through the HX. This thrust is directly influenced by the ram air total tempera-
ture increase across the HX and the total pressure of the air before entering the HX core
[74]. Therefore, in a subsequent study reported in Ref. [71], an alternative CC engine
configuration is proposed for improved propulsive efficiency: the combined-cycle tur-
bofan (CC-TF). The process flow diagram of this configuration is reported in Fig. 3.8.
In this configuration, the engine, besides providing power to the DP system, also drives
a fan, thus providing thrust. An additional degree of freedom is therefore introduced
in the design optimization framework to determine the optimal thrust distribution be-
tween the DP and the CC-TF. In contrast to the CC-TS configuration, the low-pressure
turbine in the CC-TF is directly coupled to the electric generators. The heat duty of the
ORC unit condenser is split between eight smaller, equally sized, inclined condensers ar-
ranged according to an octagonal pattern to fit inside the bypass duct of the engine. The
condensers are exposed to a pressurized airflow, which increases the potential of the
Meredith effect. The optimized CC-TF engine features a 546 kg ORC unit characterized
by a thermal efficiency of 17.7%, providing 571 kW of electric power during cruise. This
configuration yields an estimated total mission fuel mass reduction of approximately 4%
relative to the baseline propulsion system of the aircraft, primarily due to a 13% increase
in the engine bypass propulsive efficiency and 30% increase in specific thrust.

In summary, the performance of both combined-cycle engine configurations is strongly
dependent on the integration and design of the heat exchangers into the engine and of
the engine into the aircraft. The function of the primary HX, or evaporator, is to transfer
thermal energy from the exhaust gases to the working fluid while minimizing pressure
losses to avoid degrading the performance of the gas turbine. Although reducing gas-
side velocity can theoretically reduce frictional losses, it increases the back pressure of
the turbine, resulting in a net performance penalty equivalent to a larger pressure drop
across the heat exchanger. Consequently, the evaporator must be designed to limit pres-
sure losses at high velocities and maintain its structural integrity and fouling resistance.
Typical design choices for exhaust-mounted evaporators include (i) prioritizing primary
surface geometries over extended surfaces to ensure robustness and fouling resistance,
(ii) minimizing the free-flow to frontal area ratio to reduce local flow acceleration, and
(iii) leveraging unconventional shapes and placements to optimize space utilization [75].
The condenser is housed within a ram air duct that relies on either the motion of the
aircraft or a dedicated fan for the supply of cooling air from the environment. Due to
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volume limitations, compact extended-surface heat exchangers are typically selected in
current feasibility studies [35], [74], [76]. The ram air duct architecture directly affects
system-level performance by influencing the overall propulsive efficiency of the engine
[74]. Its design must minimize total pressure loss and added mass while maximizing heat
rejection. Furthermore, increasing the ram air temperature rise across the condenser
can improve drag recovery via the Meredith effect, but reduces ORC system efficiency
and increases the system mass.

1.3. HEAT EXCHANGERS FOR AIRBORNE SYSTEMS
A heat exchanger (HX) is a device that enables the transfer of thermal energy between
fluids, between a solid surface and a fluid, or between solid particulates and a fluid, at
different temperatures and in thermal contact without external work or heat interac-
tions [77]. Heat exchangers are key components in modern aircraft systems: they are
employed for thermal control of propulsion system components, avionics, as well as for
the cooling of the cabin and cockpit environments. The increasing interest in advanced
thermal management systems and waste heat recovery is driven by the ongoing devel-
opment of novel propulsion architectures and the progressive electrification of aircraft.
These trends have intensified the need for compact, lightweight, high-performance heat
exchangers. The open literature documents two principal research directions in the
field of compact HX design for aerospace applications: (i) the optimization of conven-
tional core geometries using preliminary design methods and parameterized geometry
layouts, and (ii) the application of high-fidelity numerical methods for the shape opti-
mization of unconventional HX cores. Heat exchanger topologies commonly employed
in airborne systems include flat-tube cores with louvered fins [78], bare micro-tube bun-
dle cores [75], finned elliptical tube bundles [50], and plate-fin HXs with offset-strip fins
[68]. The preliminary design of these components within a system design framework
often relies on the ϵ-NTU method [77] due to its simplicity and computational speed.
When coupled with appropriate thermohydraulic correlations, this methodology sup-
ports parametric optimization of HX geometry and performance [79], [80], provided that
the validity of the employed correlations is preserved across the explored design space.

Advancements in computational resources, including GPU-based parallelization [81],
have facilitated the application of computational fluid dynamics (CFD)-based design
optimization methods to compact HX core geometries. These methodologies aim to
enhance thermohydraulic performance by modifying either the shape or the topology
of the HX core [82]. In shape optimization, the geometry is altered within predefined
boundaries using parametrization techniques, without changing the topological config-
uration of the core. Conversely, topology optimization is a method that directly mod-
ifies the distribution of the material at the interface between two fluid sides, optimiz-
ing its shape and layout within a defined domain [83]. Shape and topology optimiza-
tion methodologies enable the design of unconventional geometries that can lead to
designs outperforming conventional designs in specific applications [84]. For instance,
Pai Raikar et al. [85] performed the shape optimization of a tubular HX core using an
adjoint-based method combined with Reynolds-Averaged Navier–Stokes (RANS) CFD
simulations. Results indicate a 25% reduction in pressure drop without affecting the heat
transfer rate. The authors of Ref. [86] employed a genetic algorithm to perform topology
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optimization of rectangular fin structures, maximizing a fitness function based on both
heat transfer and pressure loss. The performance associated with the resulting geome-
tries is up to 89% better in terms of heat transfer-to-pressure drop ratio compared to the
baseline. However, the application of topology optimization to aerospace-grade heat
exchangers remains limited due to several challenges. These include the complexity of
manufacturing the resulting geometries, difficulties related to leakage and powder re-
moval, and the strict requirements for fouling resistance and maintainability of airborne
components [87]. Recent advancements in Additive Manufacturing (AM) techniques 7

are progressively addressing these challenges by enabling the fabrication of complex ge-
ometries generated by topology and shape optimization procedures. Furthermore, on-
going studies on AM-induced surface roughness suggest that an optimal surface finish
may exist, offering a favorable trade-off between frictional losses and heat transfer per-
formance [88].

1.4. MOTIVATION
The propulsion system architectures discussed in Section 1.2 might lead to performance
improvements compared to the state of the art, provided several technical challenges
are overcome and at the cost of additional complexity. Challenges are related to exces-
sive mass and volume, aerodynamic drag, reliable off-design operation, compliance with
geometric constraints, manufacturing, and maintainability. Compact heat exchangers
are key components of these systems, as their design directly impacts thermodynamic
performance, weight, volume, and aircraft drag, thereby affecting the overall feasibility
of innovative propulsion systems [42], [74], [89]. For this reason, their optimal design
and integration within the propulsion system can arguably only be achieved through
an integrated design optimization approach, in which the design of the system and its
main components is carried out simultaneously. The selection of HX topology, geome-
try, flow configuration, and layout for airborne applications must account for stringent
constraints related to available space and mass. These aspects, however, are often over-
looked: HX type and layout are typically selected based on engineering judgment and
prior experience, while the system is designed according to a sequential approach. In
this sequential approach, the system configuration and thermodynamic cycle are per-
formed first, while the detailed component design is subsequently addressed without
proper coupling between the two [90]. The result of this approach is the attainment of a
sub-optimal design [78].

For instance, in [91], the authors conduct an exploratory study on the integration of a
bottoming supercritical CO2 waste heat recovery (WHR) unit to reduce aero engine fuel
consumption. The study first addresses the optimization of the WHR unit thermody-
namic cycle targeting maximum net power output, and subsequently details the design
of the primary heat exchanger positioned in the core flow of a modern turbofan and the
cooler positioned in the bypass duct. The topology and geometries of the HXs were se-
lected a priori based on a literature survey and were not optimized. Similarly, the authors
in [92] document the optimization of the thermal management system configuration of

7Among the most common AM technologies for aerospace applications Direct Energy Deposition (DED), Pow-
der Bed Fusion (PBF), Binder Jetting (BJT) and Sheet Lamination (SL) methods [83] stand out.
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a hybrid-electric hydrogen-powered aircraft. Results indicate that the heat transfer area
of the heat exchanger that rejects thermal energy to the ambient air has the largest in-
fluence on the drag of the system. However, the study employs simplified pinch-point
analysis-based heat exchanger models with constant heat transfer coefficients and does
not address HX weight or size. Conversely, the research work documented in [93] details
the multi-objective optimization of an offset-strip-fin heat exchanger that recovers waste
heat released by the batteries and power electronics of an electric vehicle and transfers
it to the heat pump, thereby enhancing the system efficiency. The optimization pro-
cess targets geometries that minimize pressure loss and maximize the heat transfer rate
that satisfy imposed size constraints. The methodology does not include the model of
the waste heat recovery system and solely focuses on the heat exchanger performance
at given operating conditions. More recently, an integrated system design optimization
method has been developed in which the thermodynamic cycle, component sizing, and
working fluid are taken into account simultaneously [94]. The methodology has been
applied to perform a multi-objective optimization of an electrically-driven vapor com-
pression cycle (VCC) for the environmental control system (ECS) of a rotorcraft [94] for
maximum system efficiency and minimum weight. The integrated system design frame-
work has also been used to perform the multipoint and multi-objective design optimiza-
tion of a bleed-less air cycle machine (ACM) and an electrically driven VCC system for a
single-aisle, short-haul aircraft [78].

Improvements in the computational speed of CFD simulations, particularly driven
by GPU parallelization [95], have enabled the application of CFD-based optimization
methods to enhance the performance of compact heat exchangers by exploiting uncon-
ventional core geometries. Nonetheless, despite their potential, detailed CFD simula-
tions of compact HX cores remain computationally expensive [96], rendering such meth-
ods impractical for iterative use in integrated system-level optimization frameworks or
during early-stage design exploration studies. In this context, the selection of HX topol-
ogy, flow configuration, and core geometry plays a pivotal role in determining the trade-
off between component mass and thermohydraulic performance, which is subject to the
operating conditions and spatial constraints. There is consequently a clear need for ac-
curate and computationally efficient preliminary design tools and compact HX design
selection guidelines to support early-stage design decisions.

Moreover, the aforementioned research studies on novel aircraft propulsion systems
underscore the potential of utilizing ram air as a heat sink (See Refs. [32], [34], [35], [56],
[74], [97]). This highlights the necessity of accurately designing the cooling system. One
of the benefits of using ram air lies in the possibility of converting part of the thermal
energy absorbed by the airflow into kinetic energy, thereby mitigating or even offsetting
the drag penalty of the cooling system [74]. This phenomenon, historically exploited
in aircraft oil cooling radiator and duct design [98], is referred to as the Meredith effect
and should not be overlooked, as it may offer valuable synergies between the thermal
management system or waste heat recovery unit design and the aircraft propulsive effi-
ciency. Despite its relevance, simplified models based solely on momentum and energy
balance are often employed to model ducted heat exchangers within system-level stud-
ies [68], [74], [97]. These models typically neglect the effect of the HX installation on the
flow within the duct, which may lead to sub-optimal designs and overly optimistic per-
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formance estimates. To address this limitation, CFD simulations can be used to predict
the flow inside ram air ducts housing compact HXs. However, the detailed simulation
of the flow through a compact HX core is still considered computationally expensive
[76]. To reduce the computational cost associated with the simulation of the HX, var-
ious strategies have been proposed, including the removal of extended surfaces from
the core geometry [89], the use of an external 0-D model employing empirical correla-
tions [76], or the use of a porous media model (PMM), to simulate the presence of the
HX within the CFD simulation framework [96], [99]–[101]. The use of PMM for compact
heat exchangers in airborne applications has been successfully applied in research stud-
ies documented in the literature [102], [103] and is considered an established method-
ology capable of capturing the bulk flow behavior through ducted HXs with significantly
reduced computational resources [101]. However, limited research is currently available
regarding the accuracy of lumped parameter models for ram air ducts design and their
consistency with CFD-based simulation frameworks employing PMMs [76]. Further in-
vestigation is needed to assess the predictive capabilities of these simplified models and
their suitability for conceptual and preliminary design studies.

In light of the evaluated literature, the motivations driving this research can be sum-
marized as follows:

• the lack of guidelines or methodologies for the preliminary design of aerospace-
grade compact heat exchangers, especially in relation to the demanding require-
ments of novel concepts for propulsion systems. Conventional performance eval-
uation criteria and standard design practices may lead to sub-optimal system con-
figurations and, as a result, misleading system performance assessment [104], [105];

• The need for accurate, modular, and robust models for the parametric design op-
timization of heat exchangers for complex airborne thermal systems. In addition,
a method for the integration of the optimal heat exchanger performance assess-
ment into the system preliminary design requires the derivation of surrogate mod-
els trained on detailed models.

• Given that the performance of heat exchangers rejecting thermal energy is crit-
ical, given the strong penalty due to drag increase, The necessity of assessing the
accuracy of state-of-the-art ram air duct modeling capabilities, and, based on the
results, the demand for design guidelines for ram air duct cooling systems.

1.5. ORIGINAL CONTRIBUTIONS
The contributions documented in this dissertation can be outlined as follows:

• A methodology for the preliminary design optimization of single and multi-pass
HXs with different flow arrangements and topologies has been developed, imple-
mented, and validated against experimental data available in the scientific liter-
ature. The method can be used to perform the sizing and rating of recupera-
tors, condensers, or evaporators operating with any working fluid in sub-critical
and supercritical thermodynamic states. The method has been implemented in a
computer program named HeXacode, which was employed within the integrated
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system-and-component design optimization framework for aero engines incorpo-
rating an ORC bottoming unit, i.e., the ARENA framework [71]. Optimal geometric
design trends for compact HX topologies have been identified using a sensitivity
study and a multi-objective optimization routine, which can also be used to com-
pare the sets of Pareto optimal solutions of different HX topologies for a chosen
application. HeXacode is, therefore, an in-house software suite coded in Python
for the preliminary design, optimization, and rating of compact (and especially
aerospace-grade) heat exchangers and cooling ducts.

• A data-driven surrogate modeling approach has been developed to predict the
performance of optimized compact heat exchangers as a function of varying ther-
modynamic conditions. This method enables system-level preliminary design stud-
ies without the need to explicitly perform detailed component design or geometry
optimization within the system optimization framework. The dataset used to train
the model has been generated using the HX sizing tool implemented in HeXacode
coupled with an evolutionary multi-objective optimization algorithm. The com-
putational time associated with the integrated system and HX design is reduced to
less than half of the original value.

• The developed HX sizing and rating models of HeXacode have been integrated into
a ram air duct model coded in Python for on and off-design system calculations.
In parallel, a higher-fidelity model based on two-dimensional Reynolds-Averaged
Navier–Stokes (RANS) simulations has been developed, whereby the heat exchanger
is modeled as an anisotropic porous medium. This CFD simulation framework al-
lows to obtain a significant reduction in the computational cost associated with
detailed flow simulations of ducted heat exchangers while preserving relevant flow
features, making it suitable for duct shape optimization and parametric studies.
The calibration of the porous media heat transfer and pressure drop characteris-
tics is carried out using tools available within HeXacode. The predictive capabili-
ties of the ram air duct lumped parameter model show good agreement with the
CFD model, supporting its suitability for preliminary design studies.

1.6. OUTLINE
This dissertation is structured in six chapters and contains research work published in
international conference proceedings and peer-reviewed journals. The content of the
five chapters following this introduction is summarized as follows.

Chapter 2 presents a classification of compact heat exchangers and introduces the main
criteria used for performance evaluation in conventional design practice. The limita-
tions of standard HX selection procedures for airborne thermal systems are discussed,
along with the specific challenges associated with the integration of compact heat ex-
changers within the airframe or engine.

Chapter 3 details a novel methodology for the design and rating of compact HXs, im-
plemented into the in-house HeXacode software, developed as part of this research. The
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chapter also documents the results of integrating this method within an integrated de-
sign optimization framework for combined cycle engine configurations[71]. Moreover, a
geometry optimization method is applied to prescribed compact HX topologies to iden-
tify optimal design trends and evaluate trade-offs between mass and pressure losses un-
der prescribed spatial constraints.

Chapter 4 describes a data-driven surrogate modeling method developed to reduce com-
putational cost and improve convergence robustness of the numerical solver in the in-
tegrated design optimization of complex systems, such as gas turbines coupled with a
bottoming ORC unit. The method involves replacing the HX model implemented in HeX-
acode in the integrated design framework with a surrogate model capable of predicting
the performance of optimized heat exchanger configurations under prescribed operat-
ing conditions. The effectiveness of the proposed methodology is demonstrated through
the multi-objective optimization of the ORC waste heat recovery unit in two case stud-
ies, both with and without the use of the surrogate model.

Chapter 5 documents the development of a lumped parameter model to address the de-
sign and the off-design performance estimation of ram air cooling ducts housing heat
exchangers. The model is verified against a higher fidelity simulation framework, which
leverages RANS simulations to solve the flow field inside the ram air duct and a porous
zone to simulate the presence of the HX inside the duct. The lumped parameter model
is used to derive new design guidelines for ram air cooling ducts, with emphasis on the
impact of space constraints, thermal energy discharge, and pressure losses on the net
drag of the duct.

Chapter 6 includes a summary of the main conclusions of this research, the limitations
of the proposed methodology, and recommendations for future research in the field of
compact heat exchangers for aircraft propulsion systems.
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2.1. INTRODUCTION

A Key step in the preliminary design of airborne thermal management systems is the
selection of the most appropriate heat exchanger(HX) topologies and layout for the

intended application. A suboptimal choice can negatively impact system efficiency, weight,
and cost. In the case of feasibility studies of novel thermal system concepts, this may
even lead to the premature dismissal of otherwise promising solutions. To facilitate in-
formed decision-making in the selection of HX topologies, a variety of Performance Eval-
uation Criteria (PEC) have been proposed in the literature. These criteria can be used to
compare and rank the thermohydraulic performance of different heat transfer surface
geometries. However, due to the complexity and multidimensional nature of HX perfor-
mance assessment and preliminary design, these general criteria may lead to inconclu-
sive or even misleading results if applied to the design of airborne thermal systems. In
such systems, volume and weight are as important as thermohydraulic performance in
determining the suitability of a specific HX configuration.

This chapter is structured as follows. Section 2.2 describes the general characteristics
of the main classes of HXs, with emphasis on the compact heat exchanger (CHX) con-
figurations investigated in this dissertation. Section 2.3 provides an overview of the cur-
rent literature on performance evaluation criteria (PEC) methodologies used to compare
HX geometries and, in principle, to guide the designer in the choice of the best topolo-
gies for the application of interest. These performance metrics combine information
about the thermohydraulic characteristics of a given HX topology with key geometrical
parameters of the heat transfer surface, such as area compactness. The shortcomings
of these methods for airborne applications are also discussed. Subsequently, Section
2.4 details the decision-making process that leads to the identification of the flow con-
figuration and candidate topologies best suited for the target application. Finally, Sec-
tion 2.5 introduces the methodology adopted in this study for comparing and ranking
heat exchanger topologies. The novelty of this approach lies in the comparison of only
the best-performing designs, thereby eliminating the need for an initial selection of can-
didate geometries for each topology. The design of a balanced air-to-air plate-fin heat
exchanger is chosen as an illustrative case study. The results obtained are then used to
derive general design guidelines for this type of HX in the context of airborne applica-
tions.

2.2. CLASSIFICATION OF HEAT EXCHANGERS
Heat exchangers are generally classified according to the characteristics listed below [1]–
[3].

• Number of fluids. Most heat exchangers transfer thermal energy between two flu-
ids, which may be in gaseous, liquid, supercritical, or two-phase states. The fluids
are typically separated by a heat transfer surface, which can be classified as ei-
ther primary or extended. In the case of primary surfaces, all heat transfer occurs
across the wall that directly separates the two media. In contrast, extended sur-
face designs incorporate additional elements, such as fins, that do not separate
the fluids but significantly increase the available heat transfer area.
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• Predominant heat transfer mechanism. The majority of aerospace-grade HXs
rely on forced convection to transfer thermal energy between fluids. Heat conduc-
tion through the HX core material along the flow direction is generally very low
compared to the total heat duty, and thus its impact on performance is negligi-
ble, except in HXs characterized by very high effectiveness (≥ 0.9). Heat transfer
devices relying on conduction and radiation are uncommon in airborne applica-
tions, though they may find use in space systems.

Counterflow Crossflow Parallelflow

Counter-crossflow Parallel-crossflow

Figure 2.1: Visual representation of standard flow arrangements

• Flow arrangement. The flow arrangement refers to the orientation and direction
of the hot and cold streams within the heat exchanger core. Although there are
theoretically countless configurations for a two-fluid heat exchanger, most devices
utilize the standard flow arrangements illustrated in Figure 2.1. In a parallel flow
arrangement, both fluids enter the HX from the same side and flow in the same di-
rection. Heat exchangers with such a flow configuration typically exhibit low effec-
tiveness. Conversely, in a counterflow arrangement, the two fluids exit the HX core
on opposite sides and thus flow in opposite directions. This arrangement yields
the highest theoretical effectiveness for a given number of transfer units (N TU ) of
the HX. In cross-flow configurations, the fluids flow in a direction perpendicular
to each other, although crossflow arrangements with angles different from 90°are
also possible. Each stream in a crossflow configuration can be classified as either
mixed or unmixed. In a mixed flow, fluid mixing occurs in the transverse direction
(normal to the main flow direction), whereas in an unmixed flow configuration,
the fluid is channeled through separate passages that prevent mixing. Flow mixing
negatively affects HX effectiveness. Thus, the performance of a mixed–unmixed
cross-flow HX tends to be lower than that of an unmixed–unmixed cross-flow de-
vice for the same heat transfer characteristics and area. For HXs with multiple
passes, in which one or more streams change flow direction, the overall flow ar-
rangement can be defined based on both the macroscopic flow direction and the
local flow arrangement. For instance, an evaporator in which the evaporating fluid
flows through multiple passes but enters the HX from the side opposite to that of
the hot stream has a macroscopic counterflow arrangement regardless of the num-
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ber of passes. Since the flow direction in each pass is perpendicular to that of the
hot stream, the local flow arrangement is of the crossflow type. In this case, the
overall flow configuration of the evaporator is termed counter-crossflow.

• Construction features. The vast majority of two-fluid heat exchangers can be clas-
sified based on four primary construction features or elements that define the ge-
ometry of these devices: tubular, plate-type, extended surface, and regenerative
designs [1]. Tubular HXs consist of arrays of tubes which may have various shapes
and cross-sections: elliptical, rectangular, flat, or twisted. One fluid, typically the
one with the higher heat capacity rate, flows inside the tube, while the other flows
externally, generally in a plane perpendicular to the tube main axis, with different
incidence angles in case of a multi-pass configuration. The heat transfer surface
in this category of HXs is typically only of the primary type, though it is not un-
common to enhance the heat transfer by adopting tubes with external fins, or with
micro-fins or turbulators on the inner surface. Common topologies in this cate-
gory include shell-and-tube, double pipe, spiral tube, and tube bundle HXs. Plate-
type HXs (PHEs) are usually constructed from thin metal plates that are stacked in
layers or wound to fit within a cylindrical casing. These plates can feature a smooth
surface or various forms of corrugation and shapes to enhance heat transfer [2].
Several manufacturing techniques are used to assemble the plates, resulting in
different PHE topologies. Gasketed, welded, and vacuum brazed plate HXs are
the most common. Additional topologies in this HX category include spiral plate,
lamella, and printed circuit HXs, each offering unique advantages in terms of com-
pactness, performance, and mechanical strength. Typical advantages of PHEs are
(i) an almost ideal counterflow arrangement, which facilitates designs with high
thermal effectiveness, (ii) high heat transfer coefficients, (iii) good flow unifor-
mity and absence of flow-induced vibrations and noise, and (iv) ease of mainte-
nance in the case of gasketed assemblies. However, PHEs also present the follow-
ing limitations. They are generally unsuitable for high-pressure and temperature
applications, or those involving large pressure or temperature differences. Their
geometric layout results in low and nearly equal free-flow to frontal area ratios
on both fluid sides, making them less effective in case of streams having signifi-
cantly different densities and flow rates, or for phase-change applications due to
the large variation in volumetric flow that occurs during the phase-change pro-
cess. Finally, PHXs can usually accommodate only up to about 300 m2 of heat
transfer area per cubic meter of volume [2]. For this reason, they are often not re-
garded as compact heat exchangers. Extended surface heat exchangers, conversely,
can reach high values of heat transfer area compactness. In these types of HXs, the
primary heat transfer surface, i.e., the construction element that separates the hot
and cold streams, is extended by adding fins on one or both fluid sides. Compared
to equivalent designs without fins, extended surface HXs feature up to 12 times
more heat transfer area per unit volume. Moreover, certain fin geometries, such
as offset-strip fins or louvered fins, may enhance the heat transfer coefficient up
to 400% relative to smooth, straight channels, by repeatedly breaking the thermal
boundary layer through periodic flow disruptions [1]. However, this thermal per-
formance enhancement comes at the cost of higher pressure drops across the HX
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core. Additionally, the heat transfer area effectiveness is reduced due to the lower
average temperature of the extended surface compared to the primary surface.
As a consequence, the effective temperature difference driving the heat transfer
is lower than in an equivalent HX without fins. The rationale for employing ex-
tended surfaces lies in balancing the thermal resistances on the two sides of an
HX. For instance, in gas-to-liquid HXs, the heat transfer coefficient on the gas side
is typically an order of magnitude lower than that of the liquid side [2]. This dis-
parity creates a barrier to heat transfer that offsets the benefit of high heat transfer
coefficients on the liquid side. Incorporating fins on the gas side mitigates such
an imbalance by increasing the surface area available for heat transfer, thereby re-
ducing the volume required to exchange a given thermal load. This strategy is par-
ticularly advantageous in applications in which reducing the equivalent hydraulic
diameter of the flow channels is constrained by limitations related to manufac-
turability or pressure drop. The most common extended surface topologies are
those of plate-fin and tube-fin HXs. The geometric variety of such topologies is ex-
tensive due to the wide range of possible combinations of fin shapes, channel ge-
ometries, and tube profiles. Regenerative heat exchangers transfer thermal energy
between fluids via a heat storage matrix. The flow across the matrix is periodically
reversed so that thermal energy is stored and released cyclically [3]. Due to their
complexity and operating principle, regenerative HXs are typically employed only
in large power plants or the process industry, and therefore are not considered in
the present work.

• Heat transfer area compactness. Heat exchanger compactness is commonly char-
acterized in the literature using two distinct metrics: specific compactness βs and
overall HX compactness β. Specific compactness, or heat transfer surface density,
is defined as the heat transfer area on one side of the HX per unit volume of that
fluid side. Conversely, the overall compactness is defined as the ratio of the heat
transfer area on the side with the higher thermal resistance to the total volume of
the HX core. Unlike specific compactness, this metric depends on the geometry
of both fluid sides. Figure 2.2 illustrates the typical range of compactness values
for the most common HX types. Conventionally, an HX is considered compact
if it exhibits a heat transfer surface density exceeding 700 m2/m3 or, in case of
at least one fluid in a gaseous state, a hydraulic diameter dh ≤ 6mm. For liquid
or multiphase flows, the threshold is generally lower, at around 400 m2/m3 [1].
Compact heat exchangers offer several benefits, including reduced structural sup-
port elements, lower fluid inventory, smaller footprints, and easier integration into
space-constrained systems. These advantages translate into cost savings and im-
proved operational efficiency [1] and make CHXs an attractive solution for modern
aerospace thermal systems, for which space and weight are critical aspects.
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Figure 2.2: Representative range of heat transfer surface density and free-flow to frontal area ratio σ for com-
mon types of HXs.

2.3. PERFORMANCE EVALUATION CRITERIA FOR RANKING HX
TOPOLOGIES

As discussed in Section 1.4, the optimal HX geometry for any given application should
be identified through an integrated optimization of the preliminary design of the HX
and that of the intended system. In theory, this process must be repeated for each can-
didate HX topology. However, such an approach is computationally expensive and, de-
pending on the system complexity and constraints, may lead to numerical convergence
issues, particularly if sub-optimal HX topologies and designs are considered. An alter-
native strategy consists of selecting promising topologies in the first stages of the design
process and restricting the range of the design variable defining the HX geometry based
on system requirements. However this strategy often relies on manufacturers’ expertise,
empirical knowledge and extensive field experience [4]. The so-called Performance Eval-
uation Criteria (PEC) are metrics that have been proposed in the literature to rank and
compare the thermohydraulic performance of different HX geometries and topologies.
The objective of these metrics is to facilitate the assessment of candidate HX geometries
for industrial applications [5].

A variety of PEC formulations have been developed, particularly for extended surface
HXs [6]. Given the complexity and multidimensional nature of HX performance assess-
ment, the use of a single PEC is often insufficient for a comprehensive assessment [7].
Thorough reviews of the most common PEC adopted in the literature can be found in
Refs. [6], [8], [9]. The suitability of each criterion depends on both the HX topology and
the intended application. Moreover, the outcome of a PEC-based comparison is influ-
enced by the assumptions of the methodology and the choice of design specifications
held constant in the analysis, such as mass flow rates or effectiveness [10]. Specifically
for aerospace applications, the suitability of these PEC is debatable. Weight and volume
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are critical factors in topology selection and often have a greater impact on system per-
formance compared to pressure drop. Furthermore, the operating conditions are such
that even small changes in the HX geometry can significantly affect system performance.
Consequently, selecting candidate geometries a priori may bias the comparative assess-
ment of different topologies. These issues are discussed further in the following.

One of the earliest and most intuitive approaches for ranking the performance of
heat transfer surfaces or topologies consists of comparing their Colburn factor j = St Pr2/3

and Fanning friction coefficient f as a function of the Reynolds number. The Reynolds
number is generally defined using the hydraulic diameter dh of the flow passages char-
acteristic of the geometry of interest [11]. Both the Colburn and Fanning friction factors
are essential quantities for the modeling of the thermohydraulic performance of a heat
transfer surface or topology. The Colburn factor is used to determine the heat transfer
coefficient of the surface (h) as

h = j Re Pr1/3 k

dh
, (2.1)

where k is the fluid conductivity, while the friction factor correlates with the pressure
drop per unit length L of a heat transfer surface as

∆P

L
= 2ṁ2 f

ρA2
0dh

, (2.2)

where A0 is the free flow area. This geometric parameter can be expressed, according to
the definition of the hydraulic diameter, as a function of the heat transfer surface area
(A) as

A0 = dh A

4L
. (2.3)

Figure 2.3 illustrates in two distinct charts the variation of the Colburn (lower curve)
and Fanning friction factor (upper curve) with Reynolds number for specific plain fin
and a wavy fin geometries. The comparison of the two charts suggests the better perfor-
mance of the wavy fin geometry at higher Reynolds numbers. This is primarily attributed
to the periodic disruption of the thermal boundary layer caused by the wavy profile of the
flow channels. Conversely, plain fin surfaces exhibit a rather rapid decline in the Colburn
factor, and thus in the heat transfer coefficient for given fluid properties, as the Reynolds
number increases [12]. Similarly, Figure 2.4 shows the j and f trends for two different
fin geometries, whose topologies are among the most commonly adopted in compact
HXs, namely louvered fins and offset-strip fins. A comparison of the trends for these two
fins may lead engineers to conclude that the louvered fin surface outperforms the offset-
strip-fin geometry at high airflow velocities in terms of pressure drop, due to the lower
friction factor at higher Reynolds numbers. However, this conclusion is not always valid,
as the Colburn factor of the offset-strip fins is slightly larger. Moreover, the pressure
drop of the HX is also dependent on the HX size, surface efficiency, and flow accelera-
tion through the HX core. Therefore, j and f curves alone are insufficient to characterize
the thermohydraulic performance of extended surface topologies [5]. For instance, op-
timally designed HX cores with offset strip fins tend to outperform louvered fin-based
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Figure 2.3: Colburn and Fanning friction factors for a plain fin (left) and a wavy fin (right) heat transfer surface
as a function of Reynolds number. Data adapted from [11]

designs in terms of pressure drop at high Reynolds numbers, especially if heavier HX de-
signs are acceptable, as demonstrated in [13]. This example highlights a key limitation
of evaluating fin topologies based on performance charts such as those in Figure 2.3 and
2.4: the curves represent the performance of a specific fin geometry and do not gener-
alize to all design options within the same fin category. Fins of the same topology but
differing in geometric configuration can exhibit significantly different thermohydraulic
characteristics. As such, the adjustment of the fin geometrical parameters is essential to
optimize compact HX designs. Additionally, typical performance charts do not account
for other critical factors relevant to aerospace applications, such as weight and size.

The area goodness factor (AGF), defined as the ratio of the Colburn and friction fac-
tor, is a performance metric introduced to compare the required free flow area (A0) of
specific heat transfer surfaces, for given operating conditions, i.e., mass flow rate, tem-
perature difference, and pressure drop [11]. The free-flow area is directly related to the
geometrical frontal area via the free-flow to frontal area ratio (σ), which, in turn, can be
expressed as a function of the heat transfer area density (βs ) and the hydraulic diameter
of the surface as

4 σ= dh βs . (2.4)

Combining Eqs. 2.3 and 2.4 yields the following expression for the heat transfer surface
density

βs = 4 σ A

A0 L
. (2.5)

The required heat transfer area (A) can be determined from the definition of the fluid-
specific number of transfer units

ntu = η0 j Re Pr1/3 k

dh(ṁcp )
A , (2.6)
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Figure 2.4: Colburn and friction factors for a louvered fin (left) and an offset-strip fin (right) heat transfer sur-
face as a function of Reynolds number. Data adapted from [11]

provided that an estimate of the heat transfer surface efficiency η0 is known. The heat
transfer surface efficiency η0 can be determined based on the extended surface over total
heat transfer area ratio Ae/A and the fin efficiency ηf as

η0 = 1− Ae

A

(
1−ηf

)
. (2.7)

Combining Eqs. 2.2 and 2.6, the AGF can be then expressed as

AGF = j

f
= 1

η0 A2
0

(
ṁ2ntu

2ρ∆P

)
. (2.8)

Therefore, the AGF metric can be used to rank the candidate heat transfer surface ge-
ometries provided that j and f charts are available. Its interpretation depends on the
design specifications, as outlined below.

• For prescribed values of ntu and pressure drop in the design, higher AGF values
indicate smaller free-flow areas A0 required to achieve the target heat duty.

• If ntu and A0 are instead fixed, higher AGF values correspond to lower pressure
drops.

• for given A0 and ∆P , a higher AGF implies a smaller required heat transfer area.

The parameters enclosed in the parentheses of Equation 2.8 are dependent on the
design specifications of the considered fluid side of the HX at hand and are only marginally
influenced by the thermohydraulic performance of the selected HX topology [14]. In ad-
dition, the AGF shows very limited variation across different CHX geometries. It follows
that this metric alone is insufficient to establish a conclusive ranking of the heat transfer
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geometries explored in the preliminary design phase of a HX [5].

A dimensionless parameter used to assess the thermal performance of a topology
relative to the projected volume of the HX, while accounting for the effects of operating
conditions, is the volume goodness factor (VGF) [6], which is defined as

VGF = Q̇

V ∆T
= η0 h βs = η0 j Re Pr 1/3 k βs

dh
. (2.9)

More in detail, the VGF quantifies the heat transfer rate achieved per unit volume V of
the considered HX side and per unit of temperature difference between the correspond-
ing fluid and the wall separating the hot and cold streams ∆T = (Tw −Tm) [1].

The thermohydraulic performance of extended surfaces with different hydraulic di-
ameters can be compared by plotting the VGF, as defined in Equation 2.9, against the
pumping power per unit volume

E βs = ṁ ∆P

ρ V
= ṁ ∆P βs

ρ A
= Re µ ∆P βs

4ρ
= 2σ µ3 f Re3

ρ2 d 4
h

, (2.10)

given the mean fluid properties on the HX side being considered (i.e., density ρ and dy-
namic viscosity µ). Thus, for a fixed heat duty, mass flow rate, and temperature differ-
ence, surfaces characterized by higher values of VGF for a prescribed Eβs yield designs
that occupy less volume to exchange the targeted heat duty for the same pressure drop
on the considered HX side. The drawback of this approach lies in its limited generality,
as it requires full specification of the geometry of the heat transfer surface and involves
an iterative procedure to guess the best operating Reynolds numbers for the comparison
of the different heat transfer surfaces [1].

In an attempt to increase the general applicability of PEC, La Haye et al. [15] ana-
lyzed the j and f data collected experimentally by Kays and London [11] for a wide va-
riety of extended surface topologies. Two dimensionless performance parameters were
defined: the heat transfer performance factor, J = j Re, and the pumping power fac-
tor, F = f Re3. These metrics were plotted against the dimensionless boundary layer
disturbance length, l/dh, where l denotes the average streamwise distance over which
the extended surface periodically disrupts the boundary layer or generates a repeating
characteristic flow structure. The authors found that, regardless of the topology, both J
and F correlate consistently with l /dh, although only in the fully turbulent flow regime,
indicating that this parameter provides a useful basis for a direct comparison of the ther-
mohydraulic performance of different heat transfer geometries However, a limitation of
this approach is that different extended surface topologies may have similar J and F val-
ues for a given l/dh ratio, yet result in significantly different HX designs in terms of size,
shape, and weight. Consequently, this method serves primarily as a general guide for
selecting a set of promising geometries for the application of interest [15].

The PEC proposed by La Haye et al. was adapted by Soland et al. [16] to enable the
comparison of any surface type under specified operating conditions. As a first step,



2.3. PERFORMANCE EVALUATION CRITERIA FOR RANKING HX TOPOLOGIES

2

39

the heat transfer and the friction factor for each extended surface topology tested by
Kays & London were recalculated, taking the bare area of the extended geometry as the
reference. Analogously, the Reynolds number was recomputed based on the hydraulic
diameter and flow area corresponding to the channel cross-section as if the fins were
not present. The transformed – or "nominal" according to the terminology adopted by
Soland et al. – quantities were then used to estimate for each surface topology of interest
the pumping power per unit volume

Pdiss

V
∝ fn Re3

n

D4
n

(2.11)

and the heat transfer rate per unit volume, and the heat capacity rate of the fluid

ntu

V
= A hn

V ṁ cp
∝ jn Ren

D2
n

. (2.12)

Note that Equation 2.11 and 2.12 represent special cases of Equation 2.10 and 2.9,
respectively, if the heat transfer surfaces are of the primary type and they operate under
the same inlet flow conditions. Heat transfer topologies having the same nominal di-
ameters are compared based on the trend of P/V vs ntu/V. However, this PEC method
is still affected by important limitations. First, surfaces exhibiting greater compactness
tend to rank more favorably, but may yield designs that are either too heavy or with un-
acceptably large frontal areas and short flow lengths. Second, the method accounts for
neither the surface efficiency nor the entrance and exit contributions to pressure drop.
Third, the comparison is based on the assumption that the thermal resistance on the
other side of the heat transfer topologies being evaluated is negligible [16].

Sahiti et al. [17] proposed a ranking approach based on modified volume goodness
factor metrics derived from those introduced by Soland et al. [16]. The authors evalu-
ated the method by using it to compare the performance of an experimentally tested pin
fin heat exchanger with that of an equivalent smooth pipe heat exchanger. The authors
recommend comparing different heat transfer topologies by plotting the heat transfer
rate per unit volume against the required pumping power per unit volume, for given
mass flow rates, inlet temperatures of the hot and cold streams, and HX flow length. The
heat transfer rate per unit volume of the HX is estimated via the ϵ-NTU method. This
enables a more reliable evaluation of the heat transfer performance achievable with the
candidate topologies, compared to other methods that assume a constant heat transfer
driving temperature difference or a linear relationship between heat transfer rate and
NTU [17]. However, the assumption of a constant flow length in the comparison of the
different heat transfer surfaces limits the applicability of the method. Moreover, the pro-
jected weight of the HX is not considered in the ranking process[7].

Fugmann et al. [7] introduced a method that extends the PEC-based approaches us-
ing volume goodness factor metrics to assess the performance of extended heat transfer
surfaces with different characteristic lengths. The performance of the candidate sur-
faces is characterized and compared according to metrics related to the volume, mass,
and power required to pump the fluid through the heat transfer surface. Table 2.1 reports



2

40 2. COMPACT HEAT EXCHANGER DESIGN: CHALLENGES AND LIMITATIONS

the definition and mathematical expression of these three metrics, referred to as energy,
volume, and mass efficiencies. Note that the energy efficiency is essentially a modified
form of the area goodness factor, with the difference that it takes into account the fin
efficiency and the free flow to frontal area ratio (σ = A0/Afr) specific to the fluid side
under consideration. The mass efficiency is equivalent to the volume efficiency multi-
plied by a factor proportional to the inverse of the material density and the complement
of the structure porosity 1−φst. As a result, two identical geometries made of different
materials are characterized by distinct mass efficiency values.

Description Key Figure Definition Expression Alternate expression

Energy efficiency ϵ∗E
Q̇

Pdiss

µu2

k
Nu
2 f

η0dhβs
Re

AGF
2 Pr 1/34ση0

Volume efficiency ϵ∗V
Q̇

Vst

ν2

u2k
Nu
Re2 η0dhβs

j Pr 1/3

Re 4ση0

Mass efficiency ϵ∗M
Q̇

Mst

ρν2

u2k
Nu
Re2

η0dhβsρ
ρst(1−φst) ϵ∗V

ρ f

ρst

1
1−φst

Table 2.1: Non-dimensional performance metrics. Adapted from [7].

The comparison of the heat transfer surfaces is carried out based on the metrics of
Table 2.1 for a given fluid mass flow rate and average pressure, heat duty, mean temper-
ature difference, and free flow area. Moreover, to ensure a fair comparison of the heat
transfer surfaces, the thermal resistance on the opposite fluid side has to be small and
constant. The performance metrics take into account not only the surface efficiency and
differences in characteristic lengths, but also the projected weight of the portion of the
HX core under consideration. The best extended surface can then be identified from
the set of candidate geometries by assigning an application-dependent weighting factor
to each of the three metrics. However, evaluating heat transfer topologies on the basis
of a combination of volume and mass efficiencies as defined in Table 2.1 can lead to
misleading conclusions, especially for airborne or mobile applications. In most cases
in which extended surfaces are needed, namely in HXs operating with at least one fluid
in a gaseous state, the optimal HX design is typically the one that utilizes all the avail-
able space on the fluid side with the highest thermal resistance [13]. If both the cold and
hot stream sides are characterized by high thermal resistance, the optimal HX geometry
tends to occupy the full available space. In such a case, the optimal designs are those
that minimize the pressure drop on one or both fluid sides (depending on the applica-
tion), while also minimizing the core weight. This highlights the sensitivity of this PEC
to the weighting factors applied to the individual performance metrics.

While all previous PEC methods are applied after selecting a set of candidate heat
transfer topologies and, for each topology, a set of candidate geometries, Milten et al.
[10] introduced a generalized approach to evaluate the performance of HXs without the
need to specify the heat transfer surface geometry. More in detail, in their method,
the core geometry is modeled using geometric parameters, such as the surface area
density, structure porosity, and solid volume fraction, whose definitions are topology-
independent. These parameters can be estimated for any geometry and are used, in
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combination with the dimensionless flow length l/dh, and the Reynolds number, to
model the aerothermal performance of a generic HX. This is achieved through ad-hoc
correlations derived by the authors by fitting a subset of the experimental data of Kays &
London [11], expressed in terms of the same performance metrics J and F proposed by
La Haye et al. [15], as a function of the dimensionless flow length. Moreover, the authors
of Ref. [10] argue that defining a universal performance metric to identify the best HX
topology that is valid for any arbitrary application is impractical. For this reason, the op-
timal values of the geometric parameters modeling the HX performance are obtained by
solving an optimization problem, with the objective function definition tailored to the
specific requirements of the application under consideration. Although the resulting
optimal values do not identify a specific HX geometry or size, they reduce the HX design
space and guide the designer in the selection of appropriate topologies. The authors
demonstrated their generalized methodology through a case study involving the design
of an air-to-air single pass crossflow intercooler of a turbofan engine. A limitation of this
method is the large uncertainty associated with the generalized correlations derived by
the authors. Furthermore, these correlations were not developed using optimized ge-
ometries; as a result, the performance of a given topology may be underestimated if the
training dataset includes configurations that yield suboptimal HX designs in terms of
pressure loss and mass.

In summary, while existing PEC methods are valuable tools for characterizing the
thermohydraulic performance of heat transfer surface topologies [7], their applicabil-
ity to HX design, especially for aerospace systems such as those discussed in Sec. 1.2,
remains limited due to several critical shortcomings. Most notably, these methods typi-
cally compare a small number of predefined heat transfer geometries, without first iden-
tifying the best designs for each candidate topology. As a result, the outcome of a rank-
ing process based on a PEC is highly dependent on the assumed geometry, which may
not reflect the potential of the candidate topologies. Furthermore, in the context of
aerospace applications, key performance metrics alongside pressure drop which affects
drag, are

1. volume, which has to be minimized to enable seamless integration of HXs into the
intended system aboard the aircraft,

2. weight, which directly impacts aircraft drag or reduces maximum payload, and

3. resilience to flow-induced vibrations and fouling.

These metrics are either only indirectly taken into account or entirely neglected, despite
being primary design drivers.

Many PEC also rely on simplifying assumptions, such as fixed flow length, free flow
area, or hydraulic diameter, which limit their generality and applicability across different
operating conditions and applications. Another major limitation is the inability of these
methods to verify whether a given candidate geometry could yield a design complying
with the spatial constraints imposed by the integration environment – a check that re-
quires a dedicated preliminary design model. Moreover, the use of more comprehensive
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metrics, such as the VGF or the dimensionless metrics in Table 2.1, relies on iterative pro-
cedures that are time-consuming and application-specific. Although the PEC proposed
in Ref. [10] leverages topology-independent geometric parameters, it relies on gener-
alized thermohydraulic performance correlations derived from empirical datasets for
non-optimized geometries and requires integration with an optimization routine. This
increases both the uncertainty in the performance comparison and the computational
complexity, without guaranteeing the identification of the optimal HX configuration.

2.4. PRELIMINARY STEPS FOR THE SELECTION OF SUITABLE HX
DESIGNS

The first step in HX design is the definition of the process specifications that have to be
met in both design and off-design conditions, along with the identification of the prob-
lem constraints. Then, the HX construction features and material are selected based on
(i) the characteristics of the hot and cold streams, (ii) the operating pressures and tem-
peratures, (iii) space and weight constraints, and (iv) considerations related to fouling,
leakage risk, manufacturing technology, and cost [1]. The choice of the flow arrange-
ment is, instead, made taking into account the required HX effectiveness and system
integration constraints, such as duct layout, orientation, and space limitations.

Once these preliminary activities have been completed, the designer has to iden-
tify the optimal HX topology and geometry among several options. The variability in
geometric characteristics and thermohydraulic performance of the different classes of
HX topologies is extremely wide, as shown before. Each class and specific type of HX
topology operates optimally within a defined range of operating conditions. As a con-
sequence, depending on the design specifications, some HX topologies may yield infea-
sible designs while others may lead to solutions that differ significantly in terms of HX
size, weight, and pressure drop performance.

The first step in identifying the most suitable HX topologies consists of narrowing
down the possible design options based on the characteristics of the involved process
or application. Before illustrating how this task can be accomplished, consider the HX
types analyzed in the present dissertation, namely

1. evaporators or supercritical heaters that transfer thermal energy from a gas to a
working fluid in a liquid, vapor, supercritical, or two-phase state;

2. condensers, coolers, or desuperheaters that transfer thermal energy from a work-
ing fluid in a liquid, vapor, or two-phase state to a gas;

3. single-phase heat exchangers that transfer thermal energy between two single-
phase fluids, either in a vapor or liquid state.

These types of HXs generally operate with streams characterized by different heat
capacity rates and thus are defined as imbalanced. The degree of imbalance is quantified
by the heat capacity rate ratio, which reads

C∗ = Cmin

Cmax
= min(Ch,Cc)

max(Ch,Cc)
∈ [0,1] , (2.13)
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where Ch and Cc are the heat capacity rates of the hot and cold streams. The heat capac-
ity rate of a flow is defined as the product of the mass flow rate and the derivative of the
fluid specific enthalpy as a function of temperature

Ch,c = ṁh,c
∂hh,c

∂Th,c
. (2.14)

This ratio represents the amount of thermal energy transferred to or from the fluid at
hand per unit temperature difference. Condensers and evaporators are the HX types
with the highest degree of imbalance since C∗ is close to zero. Conversely, balanced
HXs are characterized by C∗ close to one. The thermal energy in these HXs is typically
transferred between two fluids in the same thermodynamic phase, and the heat transfer
topologies on the cold and hot sides are usually similar.

The degree of imbalance influences the selection of heat transfer topologies. In con-
densers and evaporators, the gas side is characterized by a much lower heat transfer
coefficient despite a much larger volumetric flow rate. As a result, this side governs the
overall resistance to heat transfer. Therefore, optimal designs feature larger free-flow to
frontal area ratios on the gas side to limit pressure drop, along with extended heat trans-
fer surfaces comprised of fins or other heat transfer enhancement devices, such as rib
turbulators, to reduce the thermal resistance. Note that the adoption of fins is not always
beneficial. Specifically, the presence of fins (i) increases the pressure gradient within the
HX core compared to an equivalent design without fins, (ii) reduces the heat transfer
area effectiveness, and (iii) increases susceptibility to performance degradation during
operation due to fouling. Additionally, in applications involving extreme temperatures
or corrosive streams, the use of fins may be infeasible. In such cases, primary surface
topologies, such as mini or micro-tube bundles, can be an effective alternative to finned
topologies, as they allow for similar values of heat transfer area compactness.

Regarding the working fluid side, i.e., the side with the lesser contribution to the over-
all thermal resistance, the heat transfer area is often of the primary type and consists of
small channels or tubes of various cross-sectional shapes. The internal surface of the
channels may be smooth or equipped with heat transfer enhancement features such as
small corrugations and turbulators. The best-suited common topologies for CHXs oper-
ating with a high degree of imbalance are

• flat tube HXs, with or without microchannels on the working fluid side, featuring
fins characterized by a high extended surface to primary surface area ratio on the
gas side, such as louvered or offset strip fins;

• bundles of mini or micro tubes with circular or elliptical cross-sectional profiles,
arranged in staggered or inline configurations, and possibly equipped with exter-
nal fins. The tube bundle flow arrangement can be of the crossflow, counterflow,
or multi-pass counter-crossflow type, with the gas stream potentially impinging
the tubes at various angles. Common external fin topologies include pin, circular
helical, annular, slotted, and serrated fins.

For applications characterized by a low degree of imbalance, such as gas-to-air cool-
ers, air-to-air intercoolers, or vapor-to-vapor recuperators, plate fin heat exchangers
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(PFHXs) are typically the most suitable design option. These heat exchangers incorpo-
rate extended surfaces for both the hot and cold streams, although the topology and
geometric configuration may differ between the two HX sides. Common fin topologies
adopted in PFHXs include offset-strip, louvered, wavy, and pin fins, each offering a spe-
cific trade-off between heat transfer performance and pressure drop. Since the fluids on
both sides of PFHXs generally do not undergo a phase change and their thermophys-
ical properties vary quasi-linearly with temperature, sizing or rating models based on
the ϵ-NTU method and a few control volumes are sufficiently accurate for preliminary
performance assessment. In the case of design problems involving stringent spatial or
pressure drop constraints, selecting the optimal heat transfer surfaces for PFHXs can be
even more challenging than for HXs with a high degree of imbalance. The reason is that,
in PFHXs, both fluid sides contribute significantly and often comparably to the overall
thermal resistance. Consequently, the surface geometry must be carefully tailored on
each side of the HX to meet the design requirements.

The preliminary assessment of the degree of imbalance of the heat exchanger tar-
geted in the design is, however, not sufficient to select suitable candidate HX topologies,
though the number of possible options is significantly reduced. At the same time, each
selected topology admits multiple flow arrangements and geometric configurations. In
this regard, the selection of the most appropriate flow arrangement is primarily driven
by three factors:

• Targeted HX effectiveness. The effectiveness is a dimensionless parameter that
expresses how much thermal power is transferred compared to that achievable in
a hypothetical HX with infinite heat transfer surface, given the same stream inlet
temperatures and design specifications. Crossflow arrangements are common in
aerospace applications due to their construction simplicity and ease of integra-
tion; however, crossflow HXs are characterized by lower effectiveness compared
to designs with a counterflow arrangement [2], since the average temperature dif-
ference between the hot and cold streams is smaller if the streams flow perpen-
dicularly rather than in opposite directions. A solution to increase the average
temperature difference is to adopt a crossflow arrangement with multiple stream-
wise passes, provided that other requirements allow it. In a counter-crossflow ar-
rangement, the temperature difference between the two streams is increased with
respect to a pure crossflow configuration, resulting in a greater overall HX effec-
tiveness.

• Integration constraints. Limitations related to available space and routing of the
piping or ducting within the system may render some flow arrangements practi-
cally unfeasible.

• Range of admissible flow velocities. The free flow area on each fluid side should
ensure that flow velocities within the HX core remain within the validity range of
the empirical correlations used for heat transfer and pressure drop calculations.
At the same time, the resulting pressure losses must remain within the acceptable
bounds for the specific application. For instance, for some crossflow condenser
configurations, the working fluid is routed through multiple fluid passes, each with
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a distinct free-flow area to accommodate the large density variations associated
with condensing flows. These passes are typically arranged vertically in a trans-
verse direction with respect to the cooling gas stream. Unlike counter-crossflow
arrangements, transverse multi-pass arrangements do not increase heat-exchanger
effectiveness. However, they remain suitable for phase-change heat exchangers,
such as condensers and evaporators, because their effectiveness is largely insen-
sitive to flow arrangement when C∗ ≈ 0. This configuration enables adjustment
of the working-fluid velocity while maximizing the frontal area on the opposite
side of the heat exchanger, where the stream with the highest volumetric flow rate
passes.

2.5. PROPOSED METHOD FOR SELECTION OF HEAT EXCHANGER

TOPOLOGY

In view of the limitations of the PEC-based methods highlighted in Sec. 2.3, this work
introduces an alternative approach to compare and rank different HX topologies. The
proposed method integrates an HX preliminary design model with a multi-objective op-
timization framework to enable a systematic comparison of the optimal geometries of
the various candidate topologies under realistic space, weight, and pressure constraints.
The ranking of the HX geometry is subsequently driven by the performance metrics
most relevant to the intended application, making this approach particularly suitable
for aerospace applications.

More in detail, once the most suitable candidate HX topologies and flow configura-
tions have been selected based on the considerations outlined in Sec. 2.4, an optimiza-
tion problem is solved for each HX topology to obtain the sets of Pareto-optimal solu-
tions that minimize mass and pressure drop on both fluid streams, while satisfying spe-
cific spatial constraints. The HX design specifications are defined to reflect the expected
system design characteristics. If the design space of the application is too broad to iden-
tify a single representative system solution, the optimization is repeated for different
design specifications of the HX. The Pareto sets are subsequently compared to identify
the most promising topologies and the pressure drop and weight ranges in which they
are optimal. Note that for HXs with a high degree of imbalance, the pressure drop on
the side with the highest thermal resistance typically has the greatest impact on system
performance. Thus, a bi-objective optimization targeting the minimization of mass and
pressure drop on the critical side is often sufficient for an effective comparative rank-
ing of the considered heat transfer topologies. The main advantage of this performance
evaluation method is that it enables the comparison of only the best geometries of each
topology. Core geometries that are suboptimal with respect to the specified objective
functions or that do not satisfy the design constraints are automatically excluded from
consideration. However, the drawback of this method is that it requires coupling a suffi-
ciently accurate HX sizing model with a robust optimization algorithm and the solution
of several optimization problems. In the case of complex flow arrangements and/or HXs
featuring multiple fluid phases, simplified rating models based on the ϵ-NTU or mean
logarithmic temperature difference methods and a single control volume for the whole
HX geometry are typically inadequate for a reliable performance assessment. In such
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cases, HX models based on a finite volume approach (see Sec. 3.2) are required, thus
increasing the computational cost of the optimizations.

2.5.1. EXEMPLARY APPLICATION
To demonstrate the proposed methodology for comparing and ranking HX topologies,
a balanced air-to-air crossflow PFHX is selected as a case study. This design problem
is chosen since selecting the optimal heat transfer surfaces for PFHXs is generally more
complicated than for other types of HXs, given that both the hot and cold sides are char-
acterized by comparable thermal resistance. Table 2.2 reports the design specifications
for this PFHX. The figures of merit considered to discriminate among the various fin
topologies are the weight of the corresponding optimal HX design and the pressure drops
on both fluid sides.

Table 2.2: Design specifications of the air-to-air PFHX considered in the case study.

ṁ / kg s−1 Tin /K Pin /bar Lmax /m Q̇ / kW
Hot Side 2.1 900 2 0.5

1080
Cold Side 2 200 2 0.5

The sizing of the PFHX is performed using an in-house tool developed in Python. The
sizing routine leverages the ϵ-NTU method for predicting the required overall thermal
conductance (U A) and iteratively solves for the heat transfer area necessary to satisfy
the targeted heat duty. The fluid properties are adjusted at every iteration based on the
calculated pressure drops. The relation between ϵ and NTU for HXs with a crossflow
arrangement is dependent on (i) whether the flows are mixed or unmixed and (ii) which
stream has the lower heat capacity rate[1]. In the case of a crossflow HX in which both
fluids are unmixed, the relation between effectiveness and NTU is approximated by the
following semi-empirical equation

ϵ= 1−exp

{
NTU0.22

C∗
[
exp(−C∗NTU0.78)−1

]}
. (2.15)

The accuracy of Equation 2.15 depends on (i) the actual flow paths within the HX core
and (ii) the effectiveness of the HX [1]. Several fin topologies result in flow patterns that
cannot be classified as entirely unmixed or fully mixed. Under these conditions, Equa-
tion 2.15 may overestimate the HX performance [18]. The error becomes particularly
significant at high HX effectiveness values (ϵ > 0.9), although this issue does not arise
in the present case study. The accuracy of the sizing routine has been verified by com-
paring the estimated pressure drops and HX core size with data of test cases available
in the open literature [19], [20]. The deviation in the estimated overall core size with
respect to the literature references is within 2%, while the relative error in the pressure
drop calculations remains below 6%.

The sizing routine is coupled with an NSGA-III optimization algorithm [21] to iden-
tify the optimal HX geometry for each of the candidate fin topologies, under the assump-
tion that the same fin type is adopted on both HX sides. This choice is justified by the
fact that C∗ = 1, which simplifies the design process as the number of design options for
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the analyzed test case is reduced. Three fin topologies have been considered: offset-strip
fins (osf), louvered fins (lf), and triangular wavy fins (twf). The heat transfer and pressure
drop correlations used for each topology are detailed in Appendix A. The optimization
algorithm targets solutions that minimize the HX core mass and the pressure drop on
both fluid sides, while simultaneously satisfying constraints on the HX size. Thus, the
constrained multi-objective optimization problem is formulated as

minimize
MHX

Q̇
;
∆Pc

Pc,in
;
∆Ph

Ph,in
,

subject to X ≤ Lh,max

Y = Ymax,

Z ≤ Lc,max,

xL
D ≤ xD ≤ xU

D ,

(2.16)

where XD is the set of topology-specific optimization variables, and X , Y , and Z repre-
sent the length of the HX core along the axial, transverse, and vertical directions, respec-
tively. The upper and lower bounds of the design vector xD are defined according to the
validity range of the heat transfer and pressure drop correlations. The no-flow length
Ymax is fixed to 1 m, while the hot and cold side maximum dimensions are set to 0.75
m based on similar case studies reported in Ref. [19] and [22]. The initial population
comprises 20 individuals for each optimization variable. The NSGA-III algorithm em-
ployed in this study leverages the structured reference point generation method by Das
and Dennis [23] with 12 partitions, i.e., the number of gaps between two consecutive
points along an objective axis.

Figure 2.5 presents the outcome of the three multi-objective optimizations. The x
and y axes of each chart represent the relative pressure drops on the hot and cold side,
respectively, while the color scale indicates the thermal power that each HX geometry
can transfer per kilogram of core weight. These results show that offset-strip-fin (osf)
cores reach a heat transfer rate per unit mass comparable to that of cores with louvered
fins (lf) for the same level of pressure drop in the hot and cold streams. However, osf-
based designs tend to be more favorable if low-pressure drops are targeted, while the
adoption of a louvered fin topology allows for lighter HXs. Heat exchanger cores featur-
ing wavy fins (twf) tend to be significantly heavier than those obtained with the other
fin topologies. Since the heat transfer surface compactness of this topology is compa-
rable to that of the other two topologies, PFHX designs with wavy fins are, on average,
larger than those featuring offset-strip fins or louvered fins. At the same time, many of
these heavier designs exhibit very low-pressure drops. The key conclusions from the ap-
plication of the proposed methodology for comparing and ranking HX topologies to the
PFHX design test case are summarized below.

• Offset strip fin PFHX cores are the best option if both mass and pressure drops are
critical factors for the application of interest. This topology of PFHX is therefore
recommended for the design of heat exchangers that transfer thermal energy from
a hot gas to ambient air.
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(a) Offset-strip fins (b) louvered fins

(c) Wavy fins

Figure 2.5: Sets of Pareto optimal solutions for three topologies of PFHXs obtained for the design specifications
of Table 2.2.

• Louvered fin cores are more suitable if the primary design objective is to maxi-
mize compactness and the thermal duty per unit mass of HX core. Thanks to the
large number of geometric parameters that can be adjusted, louvered fins offer the
broadest design space among the investigated topologies, resulting in HX designs
that span a wide range of pressure drops, free flow to frontal area ratios, and core
weights.

• Wavy fin cores allow for designs that satisfy the imposed space constraints with
significantly lower pressure drops. At comparable pressure drops, wavy fin designs
are only 5 to 20% heavier than the solutions obtained with the other two extended
surface topologies. Therefore, the use of wavy fins is recommended for applica-
tions where weight is not a critical metric.
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NOMENCLATURE

Roman symbols
A Surface area [m2]
A0 Free flow area [m2]
C∗ Heat capacity ratio [-]
C Heat capacity [W K−1]
cp Isobaric specific heat capacity

[kg m2 s−2 K−1]
dh Hydraulic diameter [m]
Dn Nominal diameter [m]
E Pdiss per unit surface area [Wm−2]
Eu Euler number [-]
Fh Fin height [m]
Fp Fin pitch [m]
f Friction factor [-]
F = f Re3 Pumping power factor [-]
G Mass flux [kg m−2 s−1]
g Gravitational acceleration [m/s2]
h Heat transfer coefficient [W m−2 K−1]

Specific enthalpy [J kg−1]
j Colburn factor [-]
J = j Re Heat transfer performance factor [-]
k Thermal conductivity [W m−1 K−1]
L Flow length [m]
Lp Louver pitch [m]
Ll Louver length [m]
Lα Louver angle [◦]
Ls Length of fin strip [m]
lf Fin length along heat conduction [m]
M Mass [kg]
ṁ Mass flow rate [kg s−1]
ntu Fluid-side number of transfer units[-]
N TU Number of transfer units[-]
Nu Nusselt number [-]
P Pressure [Pa]

Pumping power [W]
Pr Prandtl number [-]
Q̇ Heat duty / thermal power [W]
Re Reynolds number [-]
T Temperature [K]
t Thickness [m]
Tp Transversal flat tube pitch [m]
U Overall transfer coefficient [W m−2 K−1]
u Velocity [m s−1]
V Volume [m3]
X Width [m]
xD Design variables array [-]
Y Height [m]
Z Depth [m]

Greek symbols
α Fin pitch over height ratio [-]

β Heat transfer area compactness [m−1]
βs Fluid side-specific area compactness [m−1]
γ Fin thickness over pitch ratio [-]
δ Fin thickness over fin depth ratio [-]
ϵ Effectiveness [-]
η Efficiency [-]
µ Dynamic viscosity [kgs−1m−1]
ρ Density [kg m−3]
σ Free flow to frontal area ratio [-]

Subscripts
0 Overall heat transfer surface
c Cold side
diss Dissipated
e Secondary(extended) heat transfer area
f Fin
HX Heat Exchanger
i Relative to a specific fluid side
in HX inlet conditions
lm Logarithmic mean
max Maximum allowed value
n reference to nominal diameter
ref Reference
st Core structure
x,f Cross-sectional area of fin

Superscripts
L Lower bound
U Upper bound

Abbreviations
AGF Area goodness factor
APU Auxiliary power unit
CC Combined cycle
CHX Compact heat exchanger
FV Finite-volume
HX Heat exchanger
lf Louvered fin topology
MB Moving boundary
ORC Organic Rankine cycle
osf Offset-strip fin topology
PCHX Printed circuit heat exchangers
PEC Performance evaluation criteria
PHE Plate heat exchangers
PFHX Plate-fin heat exchangers
STHX Shell and tube heat exchangers
twf Triangular wavy fin topology
VGF Volume goodness factor
WF Working fluid
WHR Waste heat recovery
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3.1. INTRODUCTION
A variety of methods for the design and performance analysis of heat exchangers have
been proposed in the literature, each characterized by specific application domains,
governing equations, computational complexity, and level of accuracy. The most de-
tailed models, though also the most computationally demanding, are based on a fine
discretization of the HX geometry in cells. These interconnected non-overlapping cells
generally encompass portions of the flow paths on either the hot or cold streams, or
the wall material separating them. Thanks to the discretization scheme, the differen-
tial equations of mass and energy conservation, and thermal energy transport within
the heat exchanger can be approximated using numerical techniques, most commonly
finite difference methods [1]. In contrast, the momentum conservation equation is com-
monly replaced by analytical formulations that incorporate empirical coefficients to re-
late pressure drop to flow velocity. These complex models are rarely used for the prelim-
inary design of HXs, as this task would require the iterative solution of a large nonlinear
system of equations.

Preliminary HX sizing is, instead, typically carried out using analytical formulations
obtained by integrating the governing differential equations for fluid flow and heat trans-
fer under simplifying assumptions (e.g., constant specific heat, absence of phase change)
and for specific flow configurations (e.g., counterflow, parallel flow). For such a rea-
son, these analytical formulations may be referred to as integral methods. Among the
most commonly adopted approaches of this type are the mean logarithmic tempera-
ture difference (LMTD) approach, the effectiveness-Number of Transfer Units (ϵ−N TU )
method, and its P −N TU variant, which was developed specifically for shell-and-tube
HXs [2]. These three methods are essentially equivalent, as they are derived from the
same governing equations under identical simplifying assumptions, namely: the fluid
properties and the overall heat transfer coefficient are assumed constant throughout the
entire heat exchanger, or at least within the portion being analyzed, and heat conduc-
tion along the flow direction in both the fluids and the exchanger walls is considered
negligible. Moreover, as in other modeling approaches, flow maldistribution effects and
thermal losses towards the environment are neglected. The primary differences among
these methods lie in the required inputs and the choice of the process quantity used as
the iteration variable in the solution procedure.

More in detail, the LMTD method requires both the inlet and outlet temperatures
of the hot and cold streams as inputs and allows for the explicit calculation of the heat
transfer area given the HX heat duty, provided that an estimate of the global heat transfer
coefficient U is available. For flow arrangements other than the parallel-flow or counter-
flow configurations, for which closed-form analytical expressions are available, the LMTD
must be corrected by a factor F to account for the different temperature distribution
within the HX. The values of F are mapped according to the flow arrangement as a func-
tion of N TU and the ratio between the heat capacity rates of the two streams (C∗). The
LMTD approach is less suitable for off-design performance simulation, as, in this case,
the outlet temperatures are unknowns of the problem. The presence of these variables
in the LMTD expression complicates the numerical solution.

The ϵ−N TU method requires, as input, the inlet temperatures of the hot and cold
streams and the target effectiveness of the HX. The N TU value corresponding to the tar-
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get effectiveness (ϵ) is determined using specific functional relationships that depend
on the flow arrangement and the ratio of the heat capacity rates. Once N TU is known,
the required heat transfer area can be calculated based on an estimate of the overall
heat transfer coefficient. A major limitation of the ϵ−N TU approach is that the defini-
tion of effectiveness depends on identifying the stream with the minimum heat capacity
rate. If the heat capacity rates of the hot and cold streams are similar and their values
change during the iterations of the calculation process, such as in off-design simulations,
this dependence can lead to a shift in the stream with the minimum heat capacity rate,
causing numerical instabilities. Such a limitation is addressed by the P −N TU method,
whose correlations between the temperature effectiveness P and the associated N TU
are defined with respect to a fixed side of the HX [3].

The assumption of constant fluid properties and heat transfer coefficients does not
hold if one of the two streams undergoes a phase change or is in a supercritical state
near the critical point. Moreover, the functional relationships between the effectiveness
and the number of transfer units are dependent on the flow arrangement and flow mix-
ing conditions; therefore, for unconventional HX flow configurations, these correlations
are often not available. These limitations have motivated the development of more so-
phisticated modeling methods that are independent of the flow arrangement and that
account, to a certain extent, for changes in thermophysical properties as well as in flow
conditions throughout the HX. The two predominant approaches in this context are
the moving-boundary (MB) and finite-volume (FV) methods. In the moving-boundary
method, the HX is divided into control volumes of variable size, whose boundaries align
with the interfaces between the different phases of the working fluids. Each control
volume spans both fluid sides of the HX, thus encompassing a specific combination of
thermodynamic phases of the hot and cold streams. Conversely, in finite-volume-based
methods, the heat exchanger geometry is often discretized into several fixed-size control
volumes or cells along the flow paths, irrespective of the phase boundaries [4]. In both
approaches, the flow properties are assumed constant within each control volume.

Moving-boundary models generally require significantly less computational resources
than those based on the finite-volume discretization approach, thanks to the use of
fewer control volumes [5]. However, FV models may be more accurate for specific appli-
cations in which flow properties change significantly within the HX core, such as those
involving working fluids in a state close to the critical point. Generally, FV methods are
more flexible and less susceptible to convergence issues if compared to MB models, as
shown in Ref. [6]. Convergence issues in the simulation of moving-boundary HX models
are related to the sensitivity of the method to initial guess values [7] and to changes in
the size of control volumes [4].

Bell et al. [7] proposed a generalized MB model capable of handling different com-
binations of fluid states on either side of an HX. The method leverages an initial pinch
point analysis to avoid unfeasible temperature distributions and enhance convergence.
However, the proposed MB model has the following limitations: (i) it does not account
for the effect of pressure drop on enthalpy and the corresponding temperature variation
during phase change, (ii) it is limited to sub-critical fluid states, and (iii) it cannot be
used in the case of fluid mixtures. Kim et al. [5] introduced a predefined distribution of
enthalpy in each of the control volumes of a standard MB model to account for the tem-
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perature glide in the two-phase region of a binary mixture and improve convergence.
Although the modified MB model allows for capturing the non-linear temperature dis-
tribution, its computational cost is almost three times that of a standard MB model, and
its accuracy remains lower than that of finite volume-based models. Chu and Zhang [8]
propose a moving boundary and finite volume coupling algorithm to combine the high
computational efficiency of MB methods with the accuracy of finite volume methods
such as those reported in Ref. [9] and [10]. In particular, in the method reported in Ref.
[8], a finite volume discretization scheme is used to estimate the heat duty and flow prop-
erty variation in each cell of the moving boundary model. The resulting hybrid model
can effectively handle large variations in the fluid thermophysical properties, achieving
an accuracy comparable to that of traditional finite volume methods while halving com-
putational time for similar mesh sizes adopted with the two modeling approaches. How-
ever, the model is more than an order of magnitude slower than standard MB models.
Illàn-Gòmez et al. [11] present a computationally efficient finite-volume discretization
method for the rating of plate HX evaporators. Similar to the work documented in Ref.
[12], each control volume is characterized by an imposed heat duty, ensuring that only
one fluid phase is present within each volume. The model accounts also for the effect of
pressure drop on the fluid temperature profile, and the solution is obtained by adapting
the heat duty so as to match the total heat transfer area.

Based on the reviewed literature sources, it is possible to conclude that finite volume-
based methods are the most accurate yet computationally expensive modeling approach,
capable of dealing with multi-phase flow, fluid mixtures, and even supercritical fluid
states, provided that the spatial discretization of the heat transfer device is sufficiently
fine to resolve local property variations. Experimental validations of FV models showed
that their accuracy is comparable to the uncertainty of the adopted heat transfer and
pressure drop correlations [11]. However, most HX analysis methods (i) neglect the ef-
fect of pressure drop along the flow path, (ii) feature numerical solution methodologies
tailored to specific HX topologies, and (iii) adopt control volumes of fixed size. These
limitations have been partially addressed by recent studies such as those in Ref. [11] and
[12]. These methods, however, have been developed for specific HX types, flow regimes,
and relatively simple flow configurations.

In this context, the objective of the work documented in this chapter is to develop ro-
bust and computationally efficient heat exchanger models that are applicable to any HX
type, while providing sufficient accuracy for preliminary design purposes. Moreover, the
modeling approach should offer sufficient flexibility to adapt the design problem formu-
lation to the specific requirements of the application of interest, for instance, by allowing
for the selection of different combinations of design variables, constraints, and inputs.
The chapter is structured as follows. Section 3.2 describes the modeling approach that is
used for both the preliminary design and rating of compact HXs. The models leverage a
discretization method based on enthalpy drops rather than cells of fixed size, and consti-
tute the basis of the software tool HeXacode, as discussed in Section 1.5. The validation
assessment of the modeling methodology is reported in Section 3.3, where the numeri-
cal predictions obtained using the rating tool implemented in HeXacode are compared
against experimental data available in the literature. Subsequently, in Section 3.4, HX
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preliminary design models are integrated within a system design optimization frame-
work introduced in Ref. [13] for the assessment of combined cycle gas turbine systems
for airborne applications. Optimal design guidelines for common compact HX topolo-
gies are identified and discussed in Section 3.5. Finally, Section 3.6 presents the appli-
cation of the methodology discussed in Section 2.5 for the systematic comparison of
compact HX topologies to select the most suitable geometry for an air-cooled condenser
of an airborne energy harvesting system.

3.2. PRELIMINARY DESIGN METHODOLOGY

All models and methodologies developed for the sizing, rating, and optimization of heat
exchangers – whether as standalone components or integrated within ram air ducts –
have been implemented in Python language and incorporated into the in-house frame-
work for HX simulation and preliminary design called HeXacode. This framework in-
cludes: (i) one- and two-dimensional finite-volume-based models for solving HX rating
or sizing problems; (ii) single- or multi-objective optimization tools for identifying the
optimal geometry or the set of Pareto optimal solutions for the given design specifica-
tions and constraints; and (iii) tools for design and off-design analysis of ram air ducts
housing heat exchangers. This set of models and tools has been validated against data
reported in the literature or predictions from other established software packages for HX
design and performance simulation. The suitability of HeXacode for the design of HXs of
airborne thermal systems has been demonstrated by using it, in combination with the
ARENA framework – a multidisciplinary and modular simulation platform developed by
the P&P group of Delft University of Technology for the preliminary design optimization
of combined-cycle engines, as introduced in Sec. 1.2.4 – to assess the feasibility of ORC-
based energy harvesting units aboard aircraft.

3.2.1. HEAT EXCHANGER BASE MODEL

The core structure of the HX models developed in this work is based on a two-dimensional
discretization of the geometry into control volumes, or cells, characterized by a specific
heat duty. Each control volume encompasses a portion of the hot and cold stream sides
as well as the separating wall. Following a procedure similar to that of the FV–MB hybrid
model reported in Ref. [8], the method begins by identifying the number of thermody-
namic states within the HX. For each combination of fluid phases on either side of the
HX, a moving boundary cell is defined, each characterized by a specific heat duty. If no
phase change occurs, a single MB zone is defined. In contrast, for a condenser or evapo-
rator, three MB zones are typically considered. These encompass the superheated vapor,
two-phase flow, and subcooled liquid regions within the HX.

Each MB zone is discretized into a user-defined number of control volumes (CVs).
To each CV is assigned a fraction of the heat duty of the MB zone. As shown in Figure
3.1, a single CV or cell "n" is characterized by two inlet and two outlet nodes for each
fluid stream, and a "bulk" node to which the average fluid properties and the average
wall temperature are assigned. In each cell, fluid properties vary only in the X and Z
directions; therefore, they are assumed to be uniform along the transverse (Y) direction.
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Mass, momentum, and energy equations are solved in each CV to determine: (i) the heat
transfer area needed to satisfy the imposed local heat duty, and (ii) the pressure drop
across the cell for each fluid stream. The solution of the resulting system of equations
requires an iterative procedure in which the heat transfer area and fluid properties in
each CV are recursively updated using the calculated values from the previous iteration.

The HX model also incorporates several conditional checks to ensure the reliability of
the results. In particular, the minimum temperature difference between the two streams
is verified in each control volume to prevent non-physical temperature distributions.
Bounds are also imposed on flow velocity and pressure drop to ensure that the valid-
ity range of the adopted empirical correlations is not exceeded. Moreover, an adaptive
relaxation factor is activated when the relative change in heat transfer area or pressure
drop exceeds predefined thresholds, enhancing the robustness of the solution procedure
and decreasing the required number of iterations. More specifically, the relaxation factor
dampens the oscillations in the heat transfer area estimated by the numerical solution
procedure for a specified heat duty.

FLUID 1

FLUID 2

Figure 3.1: Sketch of the discretization approach of the HX core into cells or control volumes with a local cross-
flow arrangement. The inlet nodes of fluid stream 1 or 2 are characterized by the indices i or j , respectively.
The outlet nodes of fluid stream 1 or 2 are instead denoted by i +1 or j +1. The average fluid properties and
mean wall temperature are associated with the "bulk" node.

This modeling approach can be applied to both sizing and rating problems. In rating
or off-design calculations, the heat duty is initially set as a guess. This value is updated in
each iteration until the difference between the calculated and the specified heat transfer
area of the HX falls below a prescribed threshold. For single-pass HXs, a uniform heat
duty distribution is used as a first guess, whereas a logarithmic distribution is used for
multi-pass counter-crossflow HXs. This approach ensures a higher discretization reso-
lution only where it is most needed, namely in zones of the model domain with signif-
icant variations in thermodynamic properties. Traditional HX modeling methods typ-
ically partition the HX geometry using a uniform spatial discretization scheme. Thus,
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the change in fluid properties across each CV may differ significantly. For example, con-
sider a single-pass crossflow heater operating with a supercritical fluid. When a uniform
spatial discretization scheme is adopted, the mean logarithmic temperature difference
in each CV tends to diminish along the flow direction of the hot and cold streams: cells
close to the HX inlets exhibit larger temperature differences and, consequently, higher
local heat duties, while those in proximity of the outlet sections contribute less to the
overall heat transfer. Since the thermophysical properties of supercritical fluids vary
strongly with temperature, the calculations in the upstream cells are therefore affected
by larger approximation errors than those closer to the HX outlets. By imposing a uni-
form heat duty across the control volumes, the approximation error associated with the
averaging of the thermodynamic properties remains relatively consistent throughout the
model domain. The drawback of this approach is that the heat transfer area varies in
each CV. In multi-pass counter-crossflow configurations, the logarithmic heat duty dis-
tribution provides a more balanced allocation of the heat transfer area across the work-
ing fluid passes. Within each pass, the heat duty is then distributed uniformly, as in the
case of single-pass HXs.

The fluid properties in each node (i , j ) are evaluated using the appropriate thermo-
dynamic equation of state, interfaced with the HX model through either the open-source
software Coolprop [14] in the case of pure fluids, or a commercial software in the case
of mixtures [15]. The average temperatures and pressures associated with the "bulk"
node on each fluid side are instead computed as the arithmetic mean of the correspond-
ing values at the inlet and outlet nodes of the cell. Local heat transfer coefficients and
friction factors are computed using empirical correlations selected based on the fluid
phase, flow regime, and the topology of the heat transfer area. Each correlation is valid
over a specific range of flow and thermodynamic property conditions, typically defined
in terms of Reynolds and Prandtl numbers, as well as of geometric parameters. For an
overview of the correlations adopted in the studies documented in this thesis, the reader
is referred to Appendix A.

The average heat transfer coefficients on the hot and cold sides of each control vol-
ume n, namely hn

h and hn
c , are used to compute the overall heat transfer coefficient, U n

h .
The definition of this quantity, taking as reference the heat transfer area of the hot side,
reads

Uh
n =

(
αR

ηn
0,c hn

c
+ 1

ηn
0,h hn

h

+ R̂W αh,W

)−1

, (3.1)

where αR is the ratio between the hot and cold side heat transfer area compactness, η0,c

and η0,h are the cold and hot side surface efficiencies, αh,W is the ratio of the hot side to
wall heat transfer area, and R̂W is the wall thermal resistance, estimated as shown in Ref.
[16]. The surface efficiencies in equation 3.1 are calculated as follows

η0 = 1− Ae

A
(1−ηf), (3.2)

in which Ae is the extended area on the considered HX side, and ηf is the fin efficiency.
Assuming uniform thickness, an adiabatic tip, and a constant rectangular cross-section
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for the heat conduction path, the efficiency of a thin fin can be estimated as

ηf =
tanh(m lf)

m lf
(3.3)

with

m =
√

h Px,f

kst Ax,f
. (3.4)

In the expression above, h is the heat transfer coefficient, kst is the conductivity of
the fin material, and lf is the fin length along the heat conduction path, which is, for
instance, equal to half the fin height for fins placed between two primary surfaces [3].
The ratio of the perimeter Px,f over the cross-sectional area Ax,f can be expressed as

Px,f

Ax,f
= 2

(
1

tf
+ 1

Fd

)
. (3.5)

For thin fins, namely those exhibiting a depth (Fd) much larger than the thickness (tf),
the ratio of the perimeter over the cross-sectional area is approximately equal to two
times the inverse of the average fin thickness.

Given the chosen convention for the global heat transfer coefficient, the heat transfer
area of each CV can be calculated as

An
h = Qn

U n
h F n ∆T n

lm

, (3.6)

where Qn is the heat duty in the CV of interest, ∆Tlm
n is the local mean logarithmic

temperature difference

∆T n
ml =

(T i
h −T j+1

c )− (T i+1
h −T j

c )

ln(T i
h −T j+1

c )− ln(T i+1
h −T j

c )
, (3.7)

and F n is its correction factor, which, in turn, is estimated depending on the local effec-
tiveness, flow arrangement, and heat capacity ratio [1]. Note that F n is lower than unity
for any flow arrangement different from pure counterflow. In condensers and evapora-
tors characterized by relatively small pressure drops, the heat capacity ratio is equal to
0, and F n → 1 regardless of the flow arrangement. Furthermore, estimating F n is unnec-
essary if the HX is subdivided into multiple control volumes. As the number of control
volumes n increases, the temperature difference between the inlet nodes (i , j ) and outlet
nodes (i +1, j +1) on each fluid side decreases. As demonstrated in Appendix C, by de-
creasing the effectiveness of each control volume, the differences between the logarith-
mic mean temperature difference and the true mean temperature difference between
the two fluid streams are reduced. Consequently, the correction factor approaches unity
[3].
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Accurate evaluation of the heat transfer and pressure drop coefficients in the CVs
may require knowledge of the wall temperature. Assuming no fouling, the wall temper-
ature in each control volume can be estimated as

T n
w = (η0h A)n

h T n
h + (η0h A)n

c T n
c

(η0h A)n
h + (η0h A)n

c
. (3.8)

Note that in Equation 3.8, the effect of wall conduction is assumed to be negligible. This
assumption is valid for the majority of applications, as RW is usually 2 to 5 orders of
magnitude smaller than the thermal resistance on either of the fluid sides [16].

The solution of the preliminary design problem of an HX involves an iterative pro-
cedure in which the heat transfer area in each CV is recalculated until the relative differ-
ence between two successive iterations falls below a specified threshold, set by default
at 1%. Once convergence is achieved, the model returns the overall pressure drops on
both fluid sides, the HX size, the mass of the dry HX, and that of the working fluid during
operation. This last quantity is computed by adding together the fluid inventory in each
CV, namely

Mwf =
Ncv∑
n=0

(
An

0 ∆xn
ρn

node +ρn+1
node

2

)
, (3.9)

where ∆xn denotes the length of the control volume n along the flow direction of the
stream of interest, and Ncv is the total number of control volumes.

3.2.2. FROM HEAT TRANSFER AREA TO HEAT EXCHANGER GEOMETRY

The previous section describes the methodology used to determine the heat transfer
area that is required to exchange a given heat duty. However, depending on the selected
compact HX topology and application, various geometric parameters can be adjusted to
meet the heat transfer area requirement. The possible options included in the prelimi-
nary design method used in this work are described in the following.

FIXED FRONTAL AREA

With this option, the height (Y ) and width (X ), which define the HX frontal area (Afr =
X Y ), are specified as inputs, while the core depth (Z ) is calculated to meet the design
specifications. For topologies in which the working fluid flows through flat tubes with
internal microchannels, such as the one schematically represented in Figure 3.2, the core
depth is calculated as

Z = (tmc +nmc(wmc + tmc)) (1+ x̃l (Nz −1)) , (3.10)

where nmc is the number of microchannels of width wmc within a flat tube, tmc is the
thickness of the material separating the microchannels, Nz is the number of flat tube
ranks along the main flow direction of the stream outside the flat tubes, and x̃l is the
ratio of the longitudinal pitch between two ranks (xl) to the flat tube width.

The second bracketed term in Equation 3.10 is typically equal to unity, as single-rank
configurations are common in flat-tube microchannel heat exchangers. The required
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Figure 3.2: Schematic representation and geometric parameters of a flat-tube and microchannel heat ex-
changer core with two working fluid passes. The geometric details of the fins are omitted for clarity.

heat transfer area, taking as reference the working fluid side, can be achieved either by
varying the number of microchannels within the flat tubes, calculated as

nmc =
Tp

(∑Ncells
n=0 An

wf

)
X (Y +Tp)Pmc

(3.11)

where Tp is the pitch between flat tubes and Pmc is the perimeter of each microchannel,
or by adjusting the width of the individual microchannels (wmc). If the microchannels
have a rectangular cross-section, wmc is given by

wmc =
Tp

(∑Ncells
n=0 An

wf

)
2X (Y +Tp) nmc

−hmc, (3.12)

with hmc indicating the microchannel height.

In the case of tube-bundle HXs, the required heat transfer area in each fluid pass is
achieved by adjusting the number of tube ranks (indicated with nz in Figure 3.3) along
the direction normal to the frontal area. This is done using Equation 3.11, substituting
nmc with nz . The tube bundle core depth is then calculated as

Z = do +xl

(
Np∑

n=0
nn

z −1

)
, (3.13)

where do is the outer tube diameter, Np is the number of working fluid passes, and xl is
the longitudinal pitch between tubes.

The frontal area on the air or gas stream sides is typically maximized to make full use
of the available space. This is particularly well-suited for airborne applications, where
spatial constraints, weight, and gas-side pressure drops are critical aspects. Opting for
the maximum frontal area allows for either (i) minimizing the mean core velocity, and
thus the pressure drop, for the chosen geometry, or (ii) maximizing the mass flow rate for
a prescribed pressure drop. The benefit of higher mass flow rates is an increased temper-
ature difference between the two streams, which reduces the required HX effectiveness,
thereby lowering weight.
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Figure 3.3: Sketch of a four-pass counter-crossflow tube bundle heater with a staggered tube arrangement.

VARIABLE FRONTAL AREA

In this case, the height Y and depth Z of the heat exchanger are prescribed. For flat tube
micro-channel HXs, this corresponds to specifying the frontal area on the working fluid
side. The required heat transfer area is then achieved by adjusting the core width X as

X =
Tp

(∑Ncells
i=0 An

h

)
(wmc + tmc)

Pmc Y (Z − tmc)
. (3.14)

The same relation can be adopted for bundles of circular tubes, by replacing wmc and
tmc with the internal diameter di and tube thickness tt, respectively.

Choosing the core width as the dependent variable offers the advantage of precisely
matching the required heat transfer area, avoiding the inaccuracies introduced by round-
ing the number of tubes. However, this choice can lead to numerical instabilities, as the
convergence of the iterative calculation procedure for the heat transfer area is highly
sensitive to the first guess of the frontal area. Such a sensitivity is amplified in design
problems in which the overall heat transfer coefficient is primarily determined by the
characteristics of the stream flowing over the tubes.

STRUCTURAL DESIGN

The structural design of the HXs is treated in a simplified manner, primarily focusing
on calculating the metal thickness of the interface between the hot and cold streams
to withstand internal pressure, as the main objective is to provide a realistic estimate
of the weight of these components. In this regard, the total mass of an HX comprises
the mass of the dry core, the working fluids, structural stability elements, and the cas-
ing. This last element consists of metal plates positioned around the core to increase
structural integrity. Additional structural reinforcement elements, typically simple metal
plates, may be positioned within the HX core, particularly in plain tube bundle topolo-
gies. Besides providing additional structural integrity, these elements prevent uncon-
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trolled flow-induced vibrations, which can occur even at relatively low velocities and
pose a serious risk of damage to HXs.

More in detail, in the case of tube bundle HXs, it is possible to distinguish between
two scenarios depending on the so-called critical velocity ucrit. In the first scenario, vi-
brations induced by turbulence and vortex shedding occur at velocities lower than ucrit.
These vibrations are normally highly irregular in space and time, and their amplitude is
small [17]. As the flow speed through the tube bundle increases and reaches ucrit, a tran-
sition to an instability regime may occur: the aerodynamic forces that are proportional
to the amplitude of the tube oscillations prevail over the mechanical stiffness of the tube,
leading to destructive whirling vibrations [18]. The critical velocity can be estimated fol-
lowing the methodology reported in [19]:

ucrit =
n2

ptλi
2

2πX 2

√
E It

m′
t

doK
p

MDP, (3.15)

where λi is the eigenvalue associated with the first vibration mode, E is the Young mod-
ulus of the tube material, and It is the tube moment of inertia considering it filled with
the working fluid. Similarly, m′

t is the mass per unit length of a tube filled with fluid,
while MDP and K are the mass damping coefficient and the fluid elastic instability con-
stant. Guidelines for the estimation of these two coefficients are reported in Ref. [20] and
[21]. A simple yet effective solution to mitigate flow-induced vibrations is to reduce the
unsupported length of the tubes by positioning npt structural plates that limit the tube
oscillations in the radial direction. These plates, typically 0.5 mm thick, are evenly dis-
tributed along the tube length (X ). The number of plates is selected such that the critical
velocity exceeds the maximum local flow velocity through the tube ranks by a factor of
at least 1.5.

3.3. MODEL VALIDATION
The HX modeling approach was validated with experimental data from two test cases
available in the open literature. The outcome of this comparison is summarized in Ta-
ble 3.1. The choice of heat transfer coefficient and friction factor correlations used in
the two HX models depends on the specific heat transfer topology. For this informa-
tion, the reader is referred to Appendix A. The first test case deals with the simulation
of a single-pass air-cooled plain tube bundle HX, in which water circulates within the
tubes. The micro-tubes are arranged in a staggered layout. The airflow was varied in the
experiment in a range corresponding to a Reynolds number from approximately 250 to
550, while the flow conditions on the water side were kept constant [22]. The measure-
ment uncertainties associated with the pressure drop and heat duty are ≈ 2.5% and ≈ 3%
, respectively. The deviations between the experimental data and the HX model imple-
mented in HeXacode are comparable to the measurement uncertainties and well within
the uncertainty of the friction factor and heat transfer correlations used; therefore, the
accuracy of the model is deemed satisfactory.

The second validation case involves a two-pass flat-tube condenser with louvered
fins. The working fluid R134a flows through microchannels of rectangular cross-section
within the flat tubes, also referred to as ports. The experimental tests detailed in Ref. [23]
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characterized the HX performance by measuring the working fluid outlet temperature,
mass flow rate, and pressure drop for 14 different inlet conditions on both the air and re-
frigerant sides. More in detail, the inlet temperature of the air stream was varied between
308 K and 323 K with relative humidity ranging from 20% to 51%. The inlet temperatures
on the refrigerant side varied from 357 K to 368 K, while the inlet pressure varied from
1.3 to 2.1 MPa. The measurement accuracy of the air velocity is ±5%, while the accura-
cies of the refrigerant pressure and mass flow rate measurements are ±2% and ±3.4%,
respectively. Considering these measurement uncertainties, which affect the values of
the input variables of the HX model, the HeXacode model is deemed very accurate as
the maximum relative error found between the numerical and the experimental data is
lower than ±3.5%.

Geometry (layout) Type & fluids Ref.
Compared quantities &
related maximum error (δ)

plain tube bundle
staggered arrangement
(single pass)

Cooler
water-dry air

[22]
δ∆Pa

∆Pa,ref
≤ 4%,

δQ̇

Q̇ref
< 5%

flat tube microchannel
with louvered fins
(multipass)

Condenser
R134a - humid air

[23]
δ∆Pa

∆Pa,ref
≤ 3.5%,

δQ̇

Q̇ref
≤ 2%,

δTwf,out ≤ 1.2°

Table 3.1: Overview of the comparison between the reference experimental data and the predictions obtained
using the heat exchanger model implemented in HeXacode.

3.4. HEAT EXCHANGERS FOR CC-ENGINE CONCEPTS
The HX models developed in this work were integrated into a system design optimization
framework to assess the feasibility of organic Rankine cycle turbogenerators for waste
heat recovery from gas turbines for propulsion and power generation aboard aircraft.
As mentioned in Section 1.2.4, a system that combines a gas turbine with an ORC unit
for aerospace applications is referred to as a CC-engine. Three different CC-engine con-
cepts were analyzed. For each concept, a design problem was solved by performing the
simultaneous optimization of the design variables of the ORC unit, the gas turbine, and
the propulsion system, with the objective of minimizing fuel consumption over the in-
tended aircraft mission. These three cases are briefly outlined in the following subsec-
tions, focusing on the obtained optimal system configurations and the corresponding
HX designs.

3.4.1. CC-APU
This case study deals with the design of a combined-cycle auxiliary power unit (CC-
APU) for providing secondary power to an Airbus A320 neo aircraft during on-ground
operation [24]. The CC-APU features a supercritical organic Rankine cycle (ORC) waste
heat recovery (WHR) unit that harvests thermal energy from the APU exhaust gases.
The proposed CC-APU concept, illustrated in the process flow diagram in Figure 3.4,
is analyzed using a multidisciplinary design optimization framework that incorporates
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reduced-order models of the aircraft, gas turbine, and ORC system. The objective of the
design optimization is to minimize the overall fuel needed aboard the aircraft to com-
plete a 600 NM mission, while ensuring that the CC-APU meets secondary power de-
mands during ground operations.

The ORC unit operates with cyclopentane as the working fluid. Its main components
include a turbogenerator, a pump, a primary HX that transfers thermal energy to cy-
clopentane at supercritical pressure, and a condenser equipped with a fan. The fan is
installed in a pusher configuration to reduce fan power consumption. Figure 3.5 shows
the chosen layout and topology for both the supercritical evaporator, or primary HX, and
the condenser.

Turbine

fuel

Combustor

Gas Turbine

G

Ambient air

Intake

Compressor

ORC WHR unit

Pump

Ambient air

G

Primary HX

Turbogenerator

Condenser
Intake

Fan

Figure 3.4: Process flow diagram of the CC-APU system concept (adapted from Ref. [24]).

The choice of a multi-pass layout and a bare-tube-bundle topology for the primary
HX is motivated by (i) the better thermal match between the heat source and the work-
ing fluid [25], (ii) good fouling resistance, and (iii) low weight. The primary HX is po-
sitioned downstream of the turbine diffuser and is thus exposed to high-temperature
exhaust gases. The selected material for this HX is the Nickel-base alloy Hastelloy X,
based on thermal and mechanical considerations reported in Ref. [26, Ch.5]. The in-
line tube layout is preferred over the staggered one because preliminary system design
runs showed that minimizing pressure drops in the engine exhaust gases is essential
for achieving high overall combined-cycle efficiencies, despite in-line tube bundle HXs
tend to be heavier than their staggered counterparts for the same frontal area. The op-
timization variables associated with this HX topology are the dimensionless transversal
(x̃t) and longitudinal (x̃l) pitches between tubes and the number of working fluid passes
(Np). The dimensionless tube pitches are defined as the ratio between the pitch in the
considered direction and the tube outer diameter, which, in this case study, is fixed to
1.8 mm. This value of tube diameter represents a trade-off between the need for high
levels of overall compactness (β≥ 500 m−1) and manufacturability considerations. The
pressure drop across the plain tube bundle topology is calculated based on the drag co-
efficient Cf per tube row [1, Part L]. The heat transfer coefficient on the hot gas side is
estimated from the dimensionless pressure drop as shown by Martin [27]. For the work-
ing fluid side, the pressure drop inside the tubes is estimated using the friction factor
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correlation of Brkić [28] while the Nusselt number of the supercritical fluid is calculated
using correlations developed by Pioro and Mokry [29].

+ +

+ +

Inline

X

Y

Z

Z

(a) Multi-pass inline bare tube bundle primary HX

Z

(b) Flat tube microchannel louvered fin condenser

Figure 3.5: Schematic representation of the adopted primary HX topology (a) and condenser topology (b).

The condenser is a flat-tube microchannel HX equipped with louvered fins. The
working fluid passes through small rectangular channels embedded within the flat tubes,
while air flows externally through the multi-louvered fins. The louvered-fin topology
generally allows for high HX compactness and enhanced heat transfer coefficients by
promoting boundary layer disruption and renewal [30]. These characteristics make such
a fin topology particularly suitable for applications in the automotive and aerospace sec-
tors, where compactness and weight reduction are critical design requirements. How-
ever, the mentioned performance benefits come at the cost of increased pressure losses
relative to plain-fin designs, due to repeated flow redirection and mixing induced by the
louvers [3].

Regarding the condenser design, the pitch between two microchannels (wmc) is fixed
to match the height of the flat-tubes hmc, which measures 2 mm. The louver fin angle Lα
is set to 27◦, while the flat-tube length is equal to the condenser core depth Zcond, which
serves as an optimization variable in the preliminary design. Similarly, the louver pitch
Lp is set equal to the fin pitch Fp, which is also an optimization variable. The louver
length Ll is taken equal to 80% of the fin height Fh, which is another optimization vari-
able. The thickness of the fins tf is set to 0.11 mm, while the flat-tube wall thickness tmc

is 0.2 mm. These geometric parameters have been selected based on engineering judg-
ment and considerations related to HX manufacturability. The height of the condenser
Ycond is fixed at 1.0 m based on the available space in the APU compartment [24]. Con-
versely, X is a degree of freedom in the system design. The material selected for the con-
denser is an aluminum alloy of the 3000 series, as recommended by an HX manufacturer
[31]. In the de-superheating and subcooling zones within the microchannels, the heat
transfer coefficient is estimated using the correlation for turbulent flows of Whitaker [32]
with a correction factor for temperature-dependent effects [33]. The pressure drop is cal-
culated using laminar or turbulent flow friction factors as shown in Ref. [1, Chapter L1].
For the condensing region, the local heat transfer coefficient is estimated using correla-
tions for internal condensation in horizontal tubes for annular film flows [3, Table C.2],
while the Müller-Steinhagen & Heck (MSH) model [34] is used to estimate the pressure
drop per unit length. On the cold air side, the heat transfer and friction factor coeffi-
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cients are estimated using the correlations by Chang and Wang [35] and Chang et al. [36]
for multi-louver fin geometries.

The system-level optimization results indicate that the CC-APU achieves an overall
efficiency of 34%, representing a 7% improvement over the baseline 250 kW GTCP36-300
APU. The ORC unit supplies 63 kW of the required 250 kW net power output, enabling
a reduction in the overall fuel consumption over the mission from 78 kg to 42 kg. When
accounting for the additional 31 kg mass of the CC-APU, the net mission fuel savings
amount to 0.6% of the overall fuel aboard the aircraft at the beginning of the mission
[24]. The core of the CC-APU is smaller but features a higher turbine inlet temperature
(TIT) and overall pressure ratio (OPR) compared to the baseline 250 kW GTCP36-300
APU.

This initial case study served both to gain insight into the specific challenges asso-
ciated with airborne ORC systems and to test the optimization and simulation frame-
work later applied to study more complex combined cycle engine concepts. In contrast
to stationary applications, for which the main design objective is typically to maximize
thermodynamic efficiency, the design of an ORC WHR unit for aerospace applications is
primarily constrained by mass and volume limitations. The analysis identifies the max-
imum ORC temperature as the most influential design parameter affecting system per-
formance. The choice of maximum pressure has a lesser impact given the chosen super-
critical cycle configuration for the ORC unit: the thermodynamic gains associated with
higher pressures are offset by increased pump power requirements.

The amount of heat rejected by the condenser is primarily constrained by size limi-
tations, with the result that the amount of thermal energy recuperated from the APU is
lower than potentially achievable. The pressure drop in the cooling air is indirectly lim-
ited through its impact on fan power consumption, which is penalized in the optimiza-
tion process. The optimization algorithm consistently selects condenser configurations
that utilize the maximum available frontal area, to (i) minimize airflow velocity and, con-
sequently, pressure drop, and (ii) reduce the core depth Z , to which the air-side pressure
drop is directly proportional. Analogously, the free-flow-to-frontal-area ratio on the air
side is maximized to mitigate flow acceleration and reduce maximum velocity. This is
achieved by decreasing the number of flat tubes, thereby increasing fin height. In con-
trast, the selected fin pitch value reflects a trade-off between competing aspects, namely
the maximization of heat transfer area and heat transfer coefficient versus the minimiza-
tion of pressure drop in the airflow. The condenser pinch point temperature difference
significantly affects both the required heat transfer area and the cold-side pressure drop.
More in detail, larger temperature differences between the cold and hot streams reduce
the required heat transfer area, and thus the overall condenser size. However, to in-
crease the condenser pinch point temperature difference, higher air mass flow rates are
required. This, in turn, leads to increased airflow velocities and consequently higher
cold-side pressure drops. Therefore, the optimization process identifies a value of pinch
point temperature difference that balances these conflicting effects.

The evaporator design is primarily governed by the sensitivity of gas turbine effi-
ciency to back pressure, which is directly influenced by the pressure losses in the ex-
haust duct. Consequently, the optimal evaporator configuration is selected to minimize
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the pressure drop on the exhaust gas side while satisfying the constraint on maximum
core depth. For the chosen inline plain tube bundle topology, this is achieved by reduc-
ing the size and intensity of the detached flow vortices behind each tube. The extent of
these recirculation zones is primarily dictated by local flow velocity, which is minimized
by selecting a transverse pitch (xt) near its upper bound. However, the consequent re-
duction in vortex intensity lowers the heat transfer coefficient, thereby increasing the
required heat transfer area. In contrast, larger values of longitudinal pitch enhance heat
transfer at the expense of a larger pressure drop due to earlier flow reattachment be-
fore impingement on the next tube [37]. Given that the improvement in heat transfer is
marginal compared to the pressure drop penalty, xl is minimized. The number of work-
ing fluid passes (Np) is selected based on a trade-off between maximizing the heat trans-
fer area and limiting the working fluid pressure drop. In particular, by increasing Np, the
mean temperature difference between the two streams increases and the flow arrange-
ment tends to approach the performance of a pure counterflow configuration, thereby
reducing the total number of tubes required to achieve the target heat duty. However,
fewer tubes per pass quadratically increase working fluid velocity, leading to a higher
pressure drop and potential numerical convergence issues.

Finally, the evaporator pinch point temperature difference is maximized to reduce
the required heat transfer area, thereby minimizing both component weight and gas-
side pressure drop. Despite the larger value of pinch point temperature difference in the
evaporator (∆Tpp,ev = 47 K) compared to the condenser (∆Tpp,cond = 32 K), the effective-
ness of this component approaches 90%. Conversely, the effectiveness of the condenser
is only ≈ 33%. The higher effectiveness of the evaporator is facilitated by the more favor-
able flow configuration, as a counterflow arrangement allows for a better match between
the temperature profiles of the hot and cold streams than a pure crossflow configura-
tion. This contributes to making the condenser approximately 1.6 times heavier than
the evaporator, despite the density of the nickel-based alloy used for the evaporator be-
ing approximately three times that of the aluminum alloy of the condenser.

3.4.2. CC-TS
This case study is focused on the design of a combined-cycle turboshaft (CC-TS) en-
gine supplying electric power to the under-the-wing distributed propulsion system of
the ONERA Dragon aircraft [38]. The bottoming supercritical ORC unit harvests thermal
energy from the exhaust gases of a turboshaft engine and converts it into additional shaft
power. The process flow diagram of the CC-TS engine is shown in Figure 3.6. In this con-
figuration, the thermal load associated with the condensation process of the ORC work-
ing fluid, i.e., cyclopentane, is rejected into ambient air using two identical condensers
positioned inside ram air ducts integrated into the nacelle of the engine. The ducts have
a rectangular cross-section and are placed symmetrically above and below the engine,
as shown in Figure 3.7. The condensers are tilted with respect to the flow direction to
minimize the nacelle cross-sectional area. Each ram air duct is comprised of a subsonic
scoop-type intake, a diffuser, a section accommodating the inclined heat exchanger, and
a convergent nozzle.

As in the CC-APU test case, the CC-engine simulation framework integrates models
of the turboshaft engine, ORC thermodynamic cycle, ORC turbine, and heat exchangers.
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In this study, the system model also incorporates a ram air duct model to account for
the aerodynamic penalty associated with ram air usage and predict the flow momen-
tum at the outlet of the duct nozzle. Key outputs of the ram air duct model are the in-
take drag and pressure recovery, which are primarily governed by the intake mass flow
rate ratio (MFR). This quantity is equal to the intake area A1 divided by the free stream
tube area (A0), as defined in Figure 3.7. Subsonic scoop intakes are usually designed
such that for MFR ≈ 0.7 the pressure distribution around the intake lips creates a suction
force equal to the drag introduced by the redirection of the airflow [39]. In such a con-
dition, therefore, spillage drag is negligible. Lower values of MFR increase the isentropic
compression of the airflow ahead of the intake, reducing the inlet Mach number and
increasing internal pressure recovery. However, spillage drag increases almost quadrati-
cally for MFR < 0.7. The optimal MFR thus depends on a trade-off between internal and
external duct losses. For this reason, MFR is included among the optimization variables
of the engine, along with the diffuser area ratio (A2/A1) and the condenser tilt angle
θcond. Together, these three variables govern the total pressure losses of the duct and the
static pressure rise upstream of the condenser. A detailed description of the ram air duct
model used to calculate the aerothermal performance of this key sub-system is provided
in Chapter 5.
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Figure 3.6: Process flow diagram of the CC-TS engine concept (adapted from Ref. [38]).

Regarding the HX models, these are analogous to those of the CC-APU test case.
Moreover, the combination of design variables and fixed geometric parameters chosen
for the evaporator and condenser is consistent with the choices made for the feasibil-
ity study presented in Section 3.4.1. The only exception is represented by the prelim-
inary design methodology adopted for the condenser, which is sized by adjusting the
core depth (Z ) for a fixed frontal area Afr = X Y in place of the flat tube length X . This
variable is included among the optimization variables, while the condenser height Y is
fixed at 1.5 m, based on the estimated available space for the ram air ducts in the nacelle.

Optimization results show that replacing a conventional turboshaft engine with a
CC-TS leads to a decrease in power-specific fuel consumption of 6.5 %. However, this
results in a mission fuel mass reduction of 1.5% [38]. The limited fuel-saving potential
of the CC-TS engine is due to the increase in the operating empty mass of the aircraft.
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Figure 3.7: Schematic representation of the CC-TS engine concept and proposed arrangement of the main
components within the engine nacelle mounted on a pylon at the aft of the aircraft. After Ref. [38].

Specifically, the CC-TS engine is heavier than the baseline turboshaft powertrain due
to the additional weight of the ORC unit, which accounts for 15% of the overall CC-TS
engine weight of 1710 kg. The overall aircraft takeoff mass remains nearly unchanged, as
the fuel mass savings compensate for the added weight of the WHR system.

The study results also indicate that the aerodynamic drag caused by the ram-air ducts
required to cool the ORC unit can be offset by the thrust resulting from the acceleration
of the heated air stream in the outlet nozzle. This zero-drag condition can be achieved
only for high-speed and high-altitude flight conditions, provided that both the HX ge-
ometry and ram air cooling system are optimized to minimize total pressure losses and
maximize the temperature rise in the ram air stream across the condenser. Moreover,
the optimal condensing temperature of the ORC working fluid corresponds to the value
that best balances the trade-off between ORC unit efficiency and the increase in ram air
temperature in the duct.

Heat exchangers emerge as the components that most affect the performance of the
CC-TS engine. The primary HX design is optimized to minimize pressure losses in the
exhaust duct, which directly penalize turboshaft thermal efficiency. In the optimal sys-
tem design configuration, the primary HX introduces a pressure drop of about 2000 Pa,
which corresponds to approximately 6% of the free power turbine exit pressure. The
resulting penalty in gas generator performance is a decrease in thermal efficiency of ap-
proximately 1.2% of the efficiency of a gas generator without the pressure loss introduced
by the primary HX. To mitigate pressure losses, flow acceleration in the HX is minimized
by maximizing the transverse pitch of the tubes, while the longitudinal pitch is reduced
to increase heat transfer area compactness. At the same time, the pinch point tempera-
ture difference is much higher than that of evaporators of conventional ORC systems for
WHR applications. This is to reduce the required heat transfer area and thus mitigate HX
weight and pressure drop, even at the cost of a decrease in the amount of thermal energy
recovered from the exhaust gases. Other challenges associated with the primary HX, in
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particular concerning its integration within the turboshaft exhaust path, are: (i) the lim-
ited available space to install a diffuser at the outlet of the power turbine, to sufficiently
slow down exhaust flow velocity, and (ii) the non-uniformity of the velocity distribution
at the primary HX inlet, which leads to decreased HX effectiveness and may cause tube
vibrations, mechanical fatigue, and increased noise.

The condenser design is equally critical, as it directly impacts the internal losses
within the ram-air ducts and consequently the pressure ratio across the duct nozzle. As
already mentioned, the optimal geometry is that which minimizes the airflow velocity
through the condenser core. This is achieved by maximizing the frontal area of the HX,
as well as the fin height, which enables a reduction in the number of flat tubes. The
fin pitch is instead minimized to enhance the compactness of the HX core. The benefit
of such a design choice is a minimization of the condenser volume, which therefore re-
duces the depth of its core along the airflow direction. This reduction in the flow path
length linearly reduces the pressure drop. The condenser is also inclined by 60 °with
respect to the horizontal plane and is installed after a high-area ratio diffuser, which is
designed to slow down the airflow and promote static pressure increase, while comply-
ing with the space limitations. At the same time, the ram air mass flow rate is minimized
by adopting a large pinch point temperature difference in the condenser. This results in
an increase in the minimum ORC temperature and consequently in a reduction in the
efficiency of the WHR unit.

The study demonstrates that the fuel-saving potential of the CC-TS configuration
is predominantly governed by the limitations associated with the performance of the
HXs and their integration within the engine nacelle. Altogether, these limitations reduce
the net power output of the ORC system during cruise to ≈ 6% of the total power de-
mand. Moreover, such performance constraints are found to be largely independent of
the choice of the working fluid, as demonstrated in Ref. [40]. Although some working flu-
ids exhibit more favorable thermodynamic properties than cyclopentane, the improve-
ment in ORC efficiencies they enable is counterbalanced by lower gas turbine perfor-
mance and higher HX weight. For instance, replacing cyclopentane with toluene, which
is characterized by a higher thermal stability than cyclopentane [41], enables a rise in
the WHR unit cycle efficiency from 16.3% to 17.5% [40]. However, this gain comes at the
cost of a 60% increase in condenser weight and a higher pressure drop in the exhaust
gases, which reduces the gas turbine efficiency by 3.4 percentage points. As a result, the
overall benefit of adopting toluene as the working fluid of the ORC unit translates into
an increase in block fuel consumption of ≈ 0.6%. These findings underscore the strong
interdependence between the overall performance of a combined-cycle engine, HX de-
sign, and their integration within the engine.

3.4.3. CC-TF
This case study is devoted to investigating the feasibility and potential fuel savings of
a novel combined-cycle turbofan (CC-TF) engine concept consisting of a geared two-
spool turbofan engine equipped with a bottoming ORC unit. The process flow diagram
of this propulsion system concept is depicted in Fig. 3.8. The envisaged year for entry
into service for the CC-TF engine is 2035, with the application being the same of the
CC-TS engine: providing propulsive power to the ONERA Dragon aircraft [42].
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To assess the proposed engine concept and the corresponding partial turboelectric
propulsion system configuration, the ARENA multidisciplinary simulation framework is
employed [13]. The overall system model integrates sub-models for the gas turbine, dis-
tributed propulsion architecture, ORC system, and aircraft, as well as the routines for
the preliminary design of the heat exchangers and the turbofan bypass duct. The simu-
lation framework is coupled with an evolutionary algorithm-based optimization routine
to identify the propulsion system configuration that minimizes the fuel mass required
for the aircraft mission.

Turbofan

LPT G

fuel

Combustor H
PT

GBX

Ambient air

FanEngine
intake

ORC WHR unit

Pump

G

Primary HXTurbogenerator

Condenser Bypass
nozzle

Core
nozzle
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HPC

Figure 3.8: Process flow diagram of the CC-TF engine concept (adapted from Ref. [13]).

Figure 3.9: Schematic representation of the CC-TF engine concept and the condenser arrangement in the
bypass duct (section view A-A). GBX: gearbox. COND: condenser of the ORC system. EVAP: evaporator of the
ORC system. GEN: electrical generator. ORC TG: turbogenerator of the ORC system. The piping and feed pump
of the ORC system are omitted. After Ref. [13].

Figure 3.9 illustrates the envisaged layout of the ORC system components within the
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engine nacelle, which is mounted to the tail cone of the fuselage by means of a pylon.
The evaporator, or primary HX, is positioned in an S-shaped annular duct downstream
of the engine low-pressure turbine. The selected material and the combination of de-
sign variables and fixed geometrical parameters of the evaporator are identical to those
adopted in the CC-TS study. However, the tube arrangement is adapted to fit the evap-
orator inside the annular duct. Specifically, the tubes are bent to conform to the radial
curvature of the outlet section of the annular duct. Consequently, the evaporator can be
defined as an annular-shaped multi-pass bare tube bundle HX. This configuration offers
two advantages: (i) it maximizes the HX frontal area within the given nacelle diameter,
and (ii) it allows for efficient integration of the electric generators inside the engine na-
celle. Moreover, total pressure losses in properly designed S-ducts can be considered
comparable to, or even smaller than, those in straight ducts [43]. All these aspects make
annular-shaped HXs promising solutions for recuperated aero-engine configurations,
as already recognized in Refs. [44], [45]. In the model, the exhaust flow at the evapora-
tor inlet is assumed to have a uniform velocity and a direction normal to the HX frontal
area. While this represents a simplification, the resulting underestimation of both the
heat transfer area and gas-side pressure losses is deemed acceptable within the scope of
a feasibility study.

A similar installation arrangement is used for the condensers, which are placed in
the bypass duct. Instead of bending the flat tubes to match the shape of the bypass duct,
eight identical condensers are arranged in parallel with respect to the working fluid flow
path, occupying the duct cross-section in an octagonal pattern as illustrated in Figure
3.9. The condensers are rated for the same thermal power and are inclined at an angle
θcond relative to the radial direction to augment the available HX frontal area. Each con-
denser core is composed of flat tubes with a wall thickness of 0.2 mm and containing
square-shaped microchannels with a height of 1.6 mm. On the outside of the flat tubes,
louvered fins of thickness equal to 0.20 mm are employed. A louver angle of 30 °is cho-
sen to maximize the heat transfer rate per unit of core length, at the expense of higher
friction coefficients. The fin length and the louver pitch are set to 90% of the fin height
and fin pitch, respectively. All other geometric parameters, including the HX inclina-
tion angle θcond, are optimized. Finally, the condenser core is assumed to be made of an
aluminum alloy of the 3000 series, as suggested by an HX manufacturer [31].

The results of the system optimization study indicate that the CC-TF configuration
achieves mission fuel savings of approximately 4% compared to the benchmark turbofan
engine. This is primarily attributed to:

1. Waste heat recovery and gas turbine downsizing. During cruise, the ORC unit gen-
erates 571 kW of net power, corresponding to 21.5% of the electric power output
of a single CC engine. This additional power contribution enables a 36% reduc-
tion in the fuel mass flow rate consumed by the CC-TF gas turbine compared to
the benchmark engine, allowing for a downsizing of the gas turbine. The smaller
gas generator is 25% lighter than that of the benchmark engine, although it ex-
hibits a thermal efficiency that is 8% lower. Moreover, the ORC unit contributes
significantly to the engine mass, weighing 546 kg, approximately 30% of the overall
CC-TF engine weight. The mass-specific power of the ORC system in this configu-
ration is about 1 kW/kg.
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2. Improved Propulsive Efficiency. The thermal power transferred by the ORC con-
denser to the bypass airflow increases the propulsive efficiency of the bypass duct
by 13% and the specific thrust of the engine by 30% at cruise conditions compared
to the benchmark engine. Note that the bypass propulsive efficiency is defined
as the net thrust corresponding to the bypass stream divided by the fan power re-
quired to compress the air.

Heat exchangers are the main technological bottleneck to achieving higher system
performance. The optimal ORC system features a net thermal efficiency of 17.7%. The
primary HX recovers 71% of the thermal power available in the exhaust gases while intro-
ducing a pressure loss equivalent to 5% of the exhaust gas outlet pressure. The counter-
crossflow arrangement of the primary HX enables a moderately high effectiveness of
80%, despite relatively large pinch point temperature differences (∆Ppp,ev = 86 K). In
contrast, the condenser is characterized by a lower pinch point temperature difference
(∆Tpp,cnd = 29 K) to maximize heat rejection, and a low effectiveness of 30% due to the
unfavorable hot and cold stream temperature distribution caused by the crossflow ar-
rangement. Due to the dominant contribution of the bypass stream to thrust generation,
the condenser emerges as the most critical heat exchanger for system performance. To
mitigate air-side pressure losses, the condensers are inclined at the maximum allowable
tilt angle, i.e., θcond ≈ 75°, thus maximizing frontal area and reducing the air-side veloc-
ity through the HX core. As in previous case studies, the optimized condenser geometry
reflects a trade-off between core compactness and the need to limit pressure losses in
the bypass flow. In particular, the optimal design features large values of fin height and
pitch to reduce the number of flat tubes and minimize the free flow to frontal area ratio
of the cold stream.

Although the CC-TF engine achieves a 7% increase in overall propulsion system effi-
ciency and a 6.3% reduction in TSFC at cruise, these performance gains are not realized
at takeoff, as the ORC unit is arguably not operative during this phase of the mission. As
a result, the gas generator of the CC-TF necessitates a 22% higher turbine inlet temper-
ature (TIT) compared to a conventional turbofan engine to meet takeoff thrust require-
ments. This elevated TIT increases the amount of cooling air required to maintain the
prescribed maximum material temperature within the high-pressure turbine. It follows
that the turbine cooling system is over-sized for cruise operating conditions to a greater
extent than in a conventional turbofan engine. This penalizes the CC-TF engine per-
formance, including during cruise. Additionally, the CC-TF propulsion system is ≈ 30%
heavier than the benchmark engine.

3.5. DESIGN GUIDELINES
The performance of an HX is essentially determined by its core geometry. While the
value of some parameters defining the core geometry can be selected based on prior
knowledge or manufacturing constraints, others need to be optimized due to (i) their
strong influence on the trade-off between thermal-hydraulic performance and size, in-
cluding weight, and (ii) the interdependence between the optimal values of various ge-
ometric variables. The number and type of geometric variables that are critical for per-
formance vary depending on the selected core topology, as discussed in the following.
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MULTIPASS BARE TUBE BUNDLES

The performance of multipass bare tube bundles, featuring either inline or staggered
circular tubes, is primarily governed by two key geometric variables: the transversal
pitch and the longitudinal pitch. The number of passes (Np) is also commonly included
among optimization variables to adjust the flow velocity inside the tubes, thereby pre-
venting excessive pressure losses or a reduction in the heat transfer coefficient on the
inner side of the HX. Specifically, for a fixed heat duty, the optimal value of Np tends
to decrease as the mass flow rate inside the tubes is increased. This is because a lower
number of passes allows for a larger free-flow area per pass and thus mitigates pressure
drop. However, in the case of an evaporator or condenser, the influence of Np on overall
performance is typically minor compared to that of the tube pitches, due to the relatively
small contribution of the working fluid side to the overall thermal resistance. The choice
of tube diameter and thickness is instead straightforward in the context of aerospace ap-
plications: the optimal values for these parameters are typically those that minimize HX
dimensions and weight, provided that the design complies with the limitations related
to HX manufacturing and structural integrity.

To identify optimal design trends for the transverse and longitudinal tube pitches, a
sensitivity analysis is conducted, in which the values of these parameters are systemati-
cally varied to assess their impact on pressure losses and weight of a multi-pass counter-
crossflow tube bundle HX. The test case of this analysis concerns the preliminary design
of the supercritical evaporator of the CC-APU unit described in Section 3.4.1. For sim-
plicity, the number of passes and the frontal area are kept constant. Figure 3.10 shows
the effect of the longitudinal and transversal dimensionless pitches on the thermal load
per unit of HX mass and Euler number on each HX side, considering both inline and
staggered tube arrangements. The Euler number is defined as the ratio of the pressure
drop across an HX to the flow dynamic pressure at the inlet. The results indicate that in-
creasing the transversal pitch leads to lower pressure drops on the hot gas side, regard-
less of the chosen tube arrangement. This decrease in flow resistance is attributed to
the lower acceleration of the flow through the HX core, which results from the increased
spacing between tubes. However, the corresponding reduction in flow velocity leads to
a decrease in the heat transfer coefficient and thus the HX size and weight increase.

In contrast, the impact of the longitudinal pitch on HX performance varies depend-
ing on the tube layout. For the inline arrangement, lower dimensionless longitudinal
pitch values promote lower hot side pressure drop and HX core volume, which are ad-
vantageous design features for airborne applications. At the same time, as the longi-
tudinal pitch decreases, a larger portion of the tube area is immersed in the wake of
the previous tube. This results in a slight drop in the heat transfer coefficient and an
increase in core weight [37], especially for staggered tube configurations. A reduction in
longitudinal pitch enables a significant enhancement of the heat transfer coefficient and
increases the number of tubes per unit volume. The HX core then becomes substantially
lighter and more compact. The higher heat transfer coefficient also allows for a reduction
of pressure drop in the stream flowing around the tubes, as fewer tube rows are required
to reach the targeted heat duty. Moreover, the Euler number of the stream inside the
tubes decreases due to the higher flow velocity. It is important to note that the pressure
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Figure 3.10: Performance indicator charts for the counter-crossflow primary HX of the ORC unit described in
Section 3.4.1, evaluated for a configuration with Np = 10 working fluid passes. The performance indicators in-

clude the dimensionless pressure drops Eu =∆P/(0.5ρu2) and mass-specific thermal power (Q̇/MHX). These
quantities are presented as functions of transverse and longitudinal tube pitches (xt/dh, xl/dh).

drop on the external side of the tubes tends to reduce with lower longitudinal pitches
only if this parameter remains in the range 1.25 ≤ xl/dh ≤ 3. For values lower than 1.25,
the intensity of the flow acceleration through the tube ranks increases sharply, causing
a quadratic rise in pressure drop. In summary, the optimal longitudinal pitch value to
minimize pressure losses on the outer side of the tubes is ≈ 1.25 outer tube diameters
for both tube arrangements, while the optimal transversal pitch is approximately 3 outer
tube diameters.

FINNED MICROCHANNEL HXS

The number of design variables associated with these types of HXs varies depending on
the extended surface topology adopted on the gas side. For instance, the performance
characteristics of offset-strip fins are governed by three key geometric parameters [46],
while for louvered fins, 6 or 7 parameters are required, depending on the chosen heat
transfer coefficient and friction factor correlations (see Refs. [35] and [47]). Figure 3.11
shows the main geometric parameters that define the geometry of microchannel HXs
featuring either louvered or offset-strip fins.
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Figure 3.11: Sketch of a flat tube-and-microchannel HX core equipped with louvered or offset strip fins. The
geometry of the offset-strip fins is conventionally defined by the following dimensionless parameters as shown
in Ref. [46]: α= Fp/Fh , δ= tf/Ls, γ= tf/Fp.

Additional geometric parameters required to define the HX core geometry are those
related to the microchannels within the flat tubes, namely the microchannel width (wmc),
microchannel thickness (tmc), and flat tube height (hft). Regardless of the chosen fin
topology, the number of design variables of finned microchannel HXs is much larger
than that of bare tube bundles. Thus, conducting a thorough sensitivity analysis to iden-
tify optimal design trends for each geometric parameter is impractical. A more effective
approach to obtain these trends is to formulate and solve a multi-objective optimization
problem to identify a set of HX designs that minimize both weight and pressure drop on
each fluid side, as suggested in Chapter 2. This optimization problem is formulated as
shown in Equation 2.16. The selected case study concerns the design of the condenser
of the CC-APU (see Section 3.4.1) for predefined operating conditions; in particular, the
condenser is sized to reject 325 kW of thermal power into an airflow at 40 ° C. Three ge-
ometric constraints are imposed: the maximum width and height of the HX must not
exceed 0.85 m, while the maximum core depth must satisfy Zmax ≤ 0.5 m. Table 3.2 re-
ports the lower and upper bounds of the optimization variables for the two fin topologies
considered for the condenser, namely, louvered fins (lf) and offset-strip fins (osf). These
bounds correspond to the range of values covered by the experimental datasets used for
the development of the respective heat transfer and friction factor correlations (See Ref.
[46], [35], and [36]). Both the fin thickness and the wall thickness of the flat tubes are
kept constant at 0.11 and 0.2 mm, respectively.

Table 3.2: Lower and upper bounds of the optimization variables defining the geometry of the CC-APU con-
denser for each fin topology: louvered fin (lf) or offset-strip fins (osf).

Fh Fp Lα Lp Ll /Fh Ls wmc h f t

lf
xL

D 5.0 mm 0.9 mm 10° 0.9 mm 0.7 - 1.0 mm 2.0 mm

xU
D 16 mm 3.6 mm 30° 3.2 mm 0.9 - 2.5 mm 2.5 mm

osf
xL

D 3.8 mm 1.2 mm - - - 2.5 mm 1.0 mm 2.0 mm

xU
D 10 mm 3.2 mm - - - 6.0 mm 2.5 mm 2.5 mm

Figure 3.12 and 3.13 depict the Pareto surfaces resulting from the multi-objective
design optimization of the condenser equipped with louvered fins and offset strip fins,
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Figure 3.12: Pareto front of the design solutions obtained for the flat tube microchannel condenser with lou-
vered fins.

respectively. In both cases, the Pareto fronts show that the minimum HX mass is sig-
nificantly influenced by the cold side pressure drop targeted in the design, whereas the
pressure drop on the working fluid side (∆Ph) has a comparatively minor effect on the
core weight, except for design solutions enabling low values of ∆Pc. This indicates that
∆Pc is a critical performance metric, while the hot side pressure drop can be treated as a
design constraint. Imposing an upper limit on∆Ph does not significantly affect the char-
acteristics of the optimal geometries on the fin side, but it facilitates the identification of
an optimal trade-off between cold side pressure drop and HX mass.

Each optimal solution features a value of flat tube height (hft) close to the lower
bound defined for this parameter, indicating that hft can always be minimized, subject
to manufacturability and mechanical strength requirements. Similarly, the optimal ratio
between louver length and fin height is consistently around 0.9. In contrast, the optimal
values of louver pitch (Lp) do not follow a specific trend and may be either greater or
smaller than the fin pitch, regardless of the considered performance metric. Although
the true optimal value of Lp can only be found via optimization, selecting Lp ≈ Fp typ-
ically yields HX designs with performance comparable to that of the optimized geome-
tries. The remaining optimization variables, which are specific to each condenser topol-
ogy, exhibit a strong correlation with one or two of the three objective functions. De-
sign guidelines for these geometric parameters can be derived by calculating the Pear-
son correlation coefficient for each parameter-objective function pair. The computed
coefficients are summarized in Table 3.3 for both condenser topologies. A performance
metric is considered correlated with a geometric parameter if the absolute value of the
correlation coefficient exceeds a predefined threshold, which in this case is set at 0.6.

Depending on which performance metric is prioritized (hot side pressure drop, cold
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Figure 3.13: Pareto front of the design solutions obtained for the flat tube microchannel condenser with offset-
strip fins.

Table 3.3: Pearson correlation coefficients for each performance metric - optimization variable pair.

Fh (lf ; osf) Fp (lf ; osf) wmc (lf ; osf) Ls (osf) Lα (lf)
∆Pc -0.75 ; -0.76 -0.62 ; -0.34 0.17 ; 0.39 -0.68 0.65
∆Ph 0.12 ; 0.42 -0.63 ; -0.39 -0.77 ; -0.86 -0.28 0.37
MHX 0.13 ; 0.06 0.92 ; 0.95 0.34 ; 0.14 0.60 -0.75

side pressure drop, or HX mass), the optimal geometry of the HX core can vary sig-
nificantly. The following summary outlines the trends observed between the perfor-
mance metrics and the optimal values of the variables defining the core geometry. These
trends can serve as guidelines for optimizing the preliminary design of microchannel
condensers equipped with louvered fins or offset-strip fins.

• If minimizing pressure drop on the fin side is the design priority (∆Pc), optimal fin
shapes are characterized by relatively high fin heights, which increase the spac-
ing between the flat tubes and thus reduce the flow acceleration through the HX
core. Similarly, optimal fin pitch values lie towards the upper end of the optimiza-
tion range indicated in Table 3.2. Based on the results obtained for the air-cooled
condenser test case, optimal louvered fin shapes feature a height (Fh) in the range
between 10-13 mm, and pitch (Fp) values of about 2-3 mm. For offset-strip fins,
the optimal values are Fh ≈ 7−9 mm and Fp ≈ 3 mm. Although the correlation co-
efficient between the louver angle and ∆Pc is significant, this variable essentially
exhibits only two optimal values depending on the objective prioritized in the de-
sign. More specifically, the majority of optimal core geometries on the Pareto sur-
face feature the same value of louver angle, i.e., Lα ≈ 28°, which allows for design-
ing the lightest HX cores. However, the HX designs achieving the lowest values
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of cold-side pressure drop, i.e., below 450 Pa, are characterized by a louver angle
of approximately 11°. Thus, while in most cases Lα = 28° is the optimal choice, a
value of about 11° is recommended if the main performance metric of the system
depends on the cold-side pressure drop of the HX.

• Microchannel width (wmc) is the variable that most influences the working fluid
pressure drop within the flat tubes (∆Ph) of optimized designs. In particular, the
lowest pressure drop is obtained by selecting the microchannel width as large as
possible, namely wmc = 2.5 mm, although this choice leads to the heaviest de-
signs. In general, ∆Ph increases as the hydraulic diameter of the microchannels is
decreased. Most of the design solutions on the Pareto front, however, are obtained
for narrow microchannels (i.e., with wmc ≈ 1.1 mm). These solutions exhibit the
lowest combination of ∆Pc and MHX values compared to designs with large wmc

and therefore low ∆Ph. Moreover, the pressure drop within the flat tubes (∆Ph)
is indirectly affected by the fin pitch, especially for louvered fin core topologies.
More specifically, larger values of Fp directly correlate to designs featuring lower
hot-side pressure drops. This is due to (i) a reduction in the heat transfer coeffi-
cient, which increases the required heat transfer area, and (ii) a reduction in core
compactness. As a result, the volume of the HX core is increased, as indicated by
the large value of the correlation coefficient between Fp and MHX.

• If the primary target is minimizing the core mass, the fin pitch should be as low
as possible to maximize the heat transfer coefficient. At the same time, the offset-
strip length Ls = tf/δ should be low such that the dimensionless strip length is
close to the upper bound of the correlations 0.04 ≤ δ≤ 0.06. For louvered fins, the
louver angle should be Lα ≈ 28°. Optimal fin pitch values to minimize HX mass are
Fp ≈ 1 mm for louvered fins, and Fp ≈ 1.2 mm for offset strip fins.

3.6. COMPARISON OF BEST DESIGNS
The design guidelines presented in Section 3.5 describe how key geometric parameters
influence the performance of common compact heat exchanger topologies. However,
the process of identifying which topology and configuration is best for a given set of spa-
tial, weight, and pressure drop constraints remains unresolved. To address this problem,
a multi-objective optimization is performed for the condenser of the combined-cycle
turbofan (CC-TF) engine concept following the methodology introduced in Section 2.5.
The design specifications adopted for this assessment are reported in Table 3.4 and cor-
respond to those of the CC-TF configuration that minimizes mission fuel consumption
[13].

The airflow at the inlet of the condenser is assumed uniform and normal to the
frontal area. The maximum allowable core dimensions are limited to X = 0.5 m, Y = 1.5
m, and Z = 0.35 m, in accordance with the available space for each of the eight con-
densers installed in the engine bypass duct. Each topology is evaluated by comparing
Pareto-optimal solutions in terms of air-side pressure drop and HX mass, subject to a
maximum pressure drop on the hot side equal to 5% of the working fluid inlet pressure
(approximately 18 kPa). This constraint is imposed because the working fluid side exerts
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limited influence on both system performance and condenser mass, as discussed in Sec.
3.4.

The optimization problem is formulated as:

minimize MHX(xD) ; ∆Pc(xD),

subject to ∆Ph ≤ 0.05 Ph,in,

X ≤ 0.5 m,

Y ≤ 1.5 m,

Z ≤ 0.35 m,

xL
D ≤ xD ≤ xU

D ,

(3.16)

where xD denotes the set of geometric parameters being optimized, which vary depend-
ing on the topology. The core topologies included in the comparison, along with the
corresponding bounds for xD, are reported below.

1. Plain tube bundles with inline tube arrangement (ptbi):
xD = 1.25 ≤ xl/do ≤ 3 ; 1.6 ≤ xt/do ≤ 3 ; 1.8mm ≤ do ≤ 2.5mm.

2. Plain tube bundles with staggered tube arrangement (ptbs):
xD = 0.85 ≤ xl/do ≤ 3 ; 1.8 ≤ xt/do ≤ 3 ; 1.8mm ≤ do ≤ 2.5mm.

3. Flat tube microchannels with louvered fins (ftmclf): xD bounds are reported in
Table 3.2.

4. Flat tube microchannels with offset-strip fins (ftmcosf): xD bounds are reported
in Table 3.2.

5. Plain finned tube bundles with staggered tube arrangement (pftbs):
xD = 2 ≤ xl/do ≤ 4 ; 2 ≤ xt/do ≤ 4 ; 1.8mm ≤ do ≤ 2.5mm ; 1.6mm ≤ Fp ≤ 5mm.

6. Circular finned tube bundle with inline tube arrangement (cftbi):
xD = 1.2 ≤ xl/do ≤ 3 ; 2 ≤ xt/do ≤ 4 ; 1.8mm ≤ do ≤ 2.5mm ; 1.6mm ≤ Fp ≤ 5mm ;
2mm ≤ Fh ≤ 6mm.

Table 3.4: Design specifications for one of the eight identical condenser units placed in the bypass duct of the
CC-TF engine.

ṁ / kg s−1 Tin /K Pin /kPa fluid Q̇ / kW
Hot Side 0.675 435.5 337.12 cyclopentane

328
Cold Side 8.387 305.7 60.40 dry air

The tube and fin thicknesses are fixed to 0.2 mm for all core topologies. The flat tube
height is 1.8 mm. The thickness of the rigidity plates included in the plain tube bun-
dle configurations to suppress flow-induced vibrations is set to 0.5 mm, matching the
thickness of the HX core casing. The Aluminum 3105 alloy is selected as the condenser
material for all investigated topologies. The corresponding density is 2700 kg/m3, while
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Figure 3.14: Comparison of Pareto optimal designs computed for six condenser topologies: plain tube bundles
with inline (ptbi) or staggered tube arrangements (ptbs), flat tube microchannel cores with louvered (ftmclf)
or offset-strip fins (ftmcosf), and finned tube bundles with plain fin and staggered tubes (pftbs) or circular fins
and inline tubes (cftbi). For reference, the condensers of the CC-TF engine concept analyzed in Section 3.4.3
feature a pressure drop of ≈ 820 Pa.

the thermal conductivity is equal to 173 W m−1K−1.

The Pareto fronts of the design solutions obtained for the six condenser topologies
are shown in Figure 3.14. All designs satisfy the imposed dimensional constraints and
the limit on the working fluid-side pressure drop. Flat tube microchannel condensers
exhibit the lowest air-side pressure drop among the topologies considered, but are also
among the heaviest due to the presence of secondary heat transfer surfaces. The offset-
strip fin variant (ftmcosf) enables considerable mass reduction with minimal penalty in
∆Pc, if pressure drops below 800 Pa are targeted in the design. Beyond this threshold,
only marginal weight reductions are achieved at the cost of a large increase in pressure
drop. The louvered-fin variant (ftmclf) exhibits a similar trend at low ∆Pc values, but
it results in lighter designs if compared to the ftmcosf topology for ∆Pc > 800 Pa. For
cold-side pressure drops greater than 900 Pa, inline plain tube bundles (ptbi) emerge
as a viable alternative to flat tube-and-fin topologies, offering the potential to reduce
HX core weight by up to 15%. Further weight savings can be obtained with staggered
plain tube bundle (ptbs) designs, although this option is only viable for pressure drops
exceeding 2500 Pa.

Circular finned inline tube bundle (cftbi) cores are lighter than the plain-fin variant
with a staggered tube arrangement (pftbs) at comparable cold-side pressure drop. How-
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ever, this trend reverses for∆Pc > 3400. The steep increase in mass observed for plain-fin
tube bundles at low air-side pressure drops is primarily attributed to a decline in overall
surface efficiency. To decrease flow acceleration through the core, the optimizer adjusts
the core geometry by increasing the transversal tube pitch. As a consequence, the length
of the fin is increased, leading to a decrease in fin efficiency. Moreover, as the tube spac-
ing increases, the ratio of the extended heat transfer area to the total heat transfer area
also increases, further amplifying the impact of the lower fin efficiency.

3.7. CONCLUSIONS
A preliminary design methodology for HXs has been developed and integrated into a de-
sign optimization framework for system studies involving combined cycle gas turbines
for airborne applications. Such systems employ an organic Rankine cycle unit to harvest
thermal energy from the exhaust gases of aircraft engines or power units and convert it
into additional power. The heat exchangers of the ORC unit, namely the primary HX and
the condenser, have been identified as the most critical components for the feasibility
of CC-engine concepts. The pressure drops on the cold air side of the condenser and on
the hot exhaust gas side of the primary HX are, indeed, the major loss factors influenc-
ing the fuel saving potential of the waste heat recovery solutions analyzed in this work.
Reducing pressure losses in these HXs is inherently challenging due to (i) spatial limi-
tations that prevent increasing HX frontal area, and (ii) the weight penalties associated
with mitigating pressure drops by increasing core volume. Nonetheless, the CC-TF en-
gine concept shows potential for fuel savings because part of the rejected thermal energy
from the condenser can be converted into kinetic energy within the nozzle of the bypass
duct of the engine. This process enhances engine propulsive efficiency and net thrust,
offsetting the aerodynamic penalty associated with installing the condensers in the by-
pass stream. Such a recuperation effect is often referred to as the Meredith effect [48],
and its extent depends not only on the condenser core geometry but also on the design
of the duct.

A sensitivity analysis was conducted to derive design guidelines for bare tube bundle
cores with inline or staggered tube configurations. The results indicate that increasing
the transverse pitch (xt) between tubes reduces pressure losses on the external side of
the bundle but increases core mass, regardless of the tube layout. The longitudinal pitch
has a minor effect on heat transfer and pressure drop if the tube arrangement is of the in-
line type. More in detail, lower xl values improve core compactness and reduce pressure
losses at the expense of lower heat transfer coefficients. At higher xl, the improvement in
heat transfer performance does not compensate for the associated increase in pressure
drop and volume. Conversely, for staggered tube arrangements, the heat transfer coef-
ficient decreases with increasing xl, leading to a much steeper increase in weight than
that observed with inline tube arrangements.

Optimal design guidelines for air-cooled flat-tube microchannel condensers equipped
with louvered and offset-strip fins were identified by means of a constrained multi-objective
optimization. The optimization routine tunes a set of topology-specific parameters that
define the geometries. The results show that fin height, which directly affects the mini-
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mum flow cross-sectional area on the air side, is the parameter most strongly correlated
with ∆Pc. The louver angle and offset-strip length also have a significant effect on air-
side pressure drop. Specifically, larger louver angle and shorter strip length enhance flow
mixing and periodic disruptions of the thermal boundary layer, thereby increasing both
the heat transfer and friction coefficients. The condenser mass is proportional to the fin
pitch, regardless of the fin topology: lower values of Fp result in lighter HXs. The heav-
iest condenser designs among the Pareto solutions are typically associated with longer
offset-strip lengths and louver angles of approximately 11◦, which reduce friction. The
working fluid-side pressure drop (∆Ph) is primarily determined by the width of the mi-
crochannels (wmc), which defines the compactness of the hot-side heat transfer area.
Larger values of wmc increase the depth of the HX core, thereby reducing the working
fluid mass velocity (G = ṁ/A0). Fin characteristics, such as fin pitch and height, also
indirectly influence ∆Ph, due to their impact on the heat transfer coefficient and thus
on the required overall heat transfer area. However, the impact of fin characteristics on
∆Ph is secondary compared to that of wmc, as the cold-side thermal resistance primarily
determines the overall heat transfer coefficient.

Different HX topologies were assessed for the condenser of the CC-TF engine, as it is
the most promising engine concept among those analyzed. These topologies range from
tube bundle cores with or without fins to finned flat tube and microchannel geometries.
The assessment involved solving a multi-objective optimization problem similar to the
one used to define the design guidelines of microchannel condensers. In particular, the
optimal design solutions obtained with the various HX topologies were compared based
on two figures of merit: air-side pressure drop (∆Pc) and heat exchanger mass (MHX).
The pressure drop on the working fluid side of the condenser was accounted for in the
comparison by imposing an upper limit for such a quantity in the multi-objective op-
timization. This approach is justified by the fact that the hot-side pressure drop of the
condenser (∆Ph) has a limited impact on the performance of the system. Notably, if
∆Ph increases by 50%, the additional power required by the pump to maintain the same
working fluid conditions at the inlet of the primary HX causes a reduction of only ≈ 6%
in net power output of the ORC system.

Flat tube microchannel condensers with offset-strip and louvered fins exhibit sim-
ilar performance. These extended surface topologies outperform finned tube bundle
topologies in terms of pressure drop, primarily due to reduced airflow acceleration and
flow separation. If air-side pressure drops in the range of 800 - 900 Pa are acceptable, de-
signs with louvered fins become the best option as they are lighter than those obtained
with offset strip fins. Plain inline tube bundles outperform finned topologies in terms of
weight, but they exhibit minimum values of ∆Pc which are approximately twice those of
flat tube cores. The staggered plain tube bundle topology yields the lightest condenser
designs, but their performance is characterized by significantly higher pressure losses,
making this type of condenser a viable solution only in ducts with large cross-sectional
areas. Despite their higher pressure drop, plain tube bundle HXs with very small outer
diameters (do < 2 mm) appear to be promising solutions for airborne applications, ow-
ing to their compactness, low mass, mechanical robustness, and resistance to air-side
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fouling [30]. Moreover, advances in additive manufacturing are enabling the fabrication
of tubes with profiles obtained through CFD-based shape optimization. These meth-
ods can be exploited to reduce the air-side pressure losses in tube bundles designed for
a prescribed heat duty [49], thereby supporting the development of high-performance,
compact HXs for the aviation industry.
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NOMENCLATURE

Roman symbols
A Surface area [m2]
A0 Free flow area [m2]
b Extended surface channel height [m]
C∗ Heat capacity ratio [-]
cp Isobaric heat capacity

[kg m2 s−2 K−1]
dh Hydraulic diameter [m]
E Young’s modulus[GPa]
Eu Euler number [-]
Fh Fin height [m]
Fp Fin pitch [m]
f Friction factor [-]
G Mass flux [kg m−2 s−1]
g Gravitational acceleration [m/s2]
h Heat transfer coefficient [W m−2 K−1]
hmc Microchannel height [m]
It Tube’s moment of inertia [kg m−2]
j Colburn factor [-]
k Thermal conductivity [W m−1 K−1]
Lp Louver pitch [m]
Ll Louver length [m]
Lα Louver angle [◦]
Ls Length of fin strip [m]
lf Fin length along heat conduction [m]
M Mach number [-]

Mass [kg]
ṁ Mass flow rate [kg s−1]
m′

t Tube mass per unit length [kg m−1]
MDP Mass damping parameter [-]
nmc Number of microchannels/microtubes [-]
N TU Number of Transfer Units [-]
Nu Nusselt number [-]
nz Number of ranks per pass [-]
Nz Total number of ranks [-]
Np Number of working fluid passes [-]
P Pressure [Pa]

Power [W]
Pr Prandtl number [-]
Pmc channel or tube perimeter [m]
Px,f cross-sectional fin perimeter [m]
Q̇ Heat duty / thermal power [W]
R Thermal resistance [K W−1]
Re Reynolds number [-]
T Temperature [K]
t Thickness [m]
Tp Transversal tube pitch [m]
U Overall transfer coefficient [W m−2 K−1]
u Velocity [m s−1]
V Volume [m3]
wmc Width of the microchannel [ m ]
X Width [m]
xt Transversal pitch [m]
xl Longitudinal pitch [m]

xD Design variables array [-]
Y Height [m]
Z Depth [m]

Greek symbols
α Fin pitch over height ratio [-]
β Heat transfer area compactness [m−1]
βs Fluid side-specific area compactness [m−1]
γ Fin thickness over pitch ratio []
δ Fin thickness over fin depth ratio [-]
ϵ Effectiveness [-]
η Efficiency [-]
θcond Condenser tilt angle [◦]
ρ Density [kg m−3]
σ Free flow to frontal area ratio [-]

Subscripts
0 freestream

overall heat transfer surface
1 inlet throat
2 Diffuser outlet
3 HX core inlet
air Air stream
c Cold side
cr Cruise operating point
CV Control volumes
e Secondary(extended) heat transfer area
f Fin
HX Heat Exchanger
in HX inlet conditions
lm Logarithmic mean
m Mechanical
mc Microchannel/microtube
pt Structural stability plates
ref Reference
sc Subcooling
sh Superheating
st Structure material
t Tube
x,f Cross-sectional area of fin
wf Working fluid

Superscripts
L Lower bound
n relative to the control volume
U Upper bound

Abbreviations
APU Auxiliary power unit
CC Combined cycle
COP Coefficient Of performance
CV Control volume
ECS Environmental control system
FV Finite-volume
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HPC High pressure compressor
HPC High pressure turbine
HX Heat exchanger
LPC Low pressure compressor
LPC Low pressure turbine
MB Moving boundary
MFR Intake mass flow rate ratio
OPR Overall pressure ratio

ORC Organic Rankine cycle
TF Turbofan engine
TG Turbogenerator
TIT Turbine inlet temperature
TS Turboshaft engine
WF Working fluid
WHR Waste heat recovery
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Abstract

Heat exchangers are arguably the most critical components in next-generation propul-
sion systems featuring thermal energy recovery. This is due to the complex interdepen-
dence between thermal performance and constraints on weight and volume. This chap-
ter details the development of a systematic methodology for optimizing airborne thermal
systems, with a focus on addressing the computational challenges of integrated design.
Three design strategies are compared: (i) optimization of the sole cycle parameters while
performing heat exchanger sizing for values of the geometrical characteristics defined a
priori based on a preliminary investigation of the design space of these components, (ii)
concurrent optimization of both the thermodynamic cycle and of the most critical heat
exchanger, e.g., the condenser, and, (iii) use of a data-driven surrogate model of the con-
denser to predict the optimal heat exchanger geometry as a function of any feasible ther-
modynamic conditions to reduce the number of optimization variables of the integrated
design problem.

The three design strategies are applied to two case studies featuring supercritical ORC sys-
tems utilizing cyclopentane as the working fluid: a combined cycle auxiliary power unit
(CC-APU) and a combined cycle turboshaft (CC-TS) engine. Findings indicate that inte-
grated optimization yields performance gains that vary depending on the heat exchanger
topology, application, and thermodynamic cycle. For instance, CC-APU designs obtained
with the integrated design optimization method are up to 15% lighter than designs ob-
tained with the optimization of the thermodynamic cycle parameters alone, for the same
net power output. Microchannel condenser designs with offset strip fins allow for obtain-
ing a better performance than louvered fin-based designs if a low-pressure drop is tar-
geted, whereas louvered fins are advantageous if a higher pressure drop is allowed. The
design strategy employing the surrogate model considerably reduces the computational
cost, without significantly affecting accuracy: the relative deviation between the Pareto
front obtained with the surrogate model and that obtained with the integrated optimiza-
tion strategy ranges between 1% and 2.9%. These values are comparable to the uncertainty
of the predictions of the heat exchanger model. The reduction in computational time re-
quired to generate the Pareto fronts associated with the two case studies is up to 200%.
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4.1. INTRODUCTION
Weight and size are critical metrics in the design of heat exchangers for propulsive ap-
plications such as automotive, marine, and aircraft engines. The selection of an appro-
priate topology and its optimal geometry is a process that is closely linked to the de-
sign of the thermodynamic cycle and imposed space constraints. For instance, in or-
ganic Rankine cycle (ORC) waste heat recovery (WHR) units, system performance and
feasibility depend not only on conversion efficiency – directly tied to HX effectiveness
and thermo-hydraulic performance – but also on overall system weight and spatial con-
straints. Despite the relevance of these inter-dependencies, only a limited number of
studies document the integrated design of heat exchangers in conjunction with the ther-
modynamic optimization of WHR systems. For instance, Ref. [1] details a method for
coupling the thermodynamic model of an ORC system serving as a bottoming unit of a
stationary gas turbine with a thermo-hydraulic design methodology for plate heat ex-
changers. The integrated optimization of the system and HX specifications (inlet tem-
peratures, mass flow rates, etc.) allows for the quantification of the trade-off between
net power output and investment cost. The off-design performance of a medium power
capacity ORC unit recovering thermal energy from stationary internal combustion en-
gines is documented in [2]. The subcritical non-recuperated ORC system was optimized
to maximize the net power output of the combined power plant for both nominal and
off-design operations; however, the geometrical characteristics of the HXs and the ex-
pander were fixed. The study details the comparison of system performance using two
predefined HX and expander configurations. The design procedures reported in Refs.
[1] and [2] rely on predefined values of the HX geometric parameters, while weight and
size are not constrained. However, the optimization of the HX geometry is crucial for the
effective design of aerospace thermal systems. For instance, as documented in Ref. [3],
the optimization of the precooler geometry of an unconventional air-breathing engine
operating at high Mach number is essential not only for enhancing performance but also
for ensuring the operational feasibility of the engine.

More recently, in Ref. [4], the authors showcase a design methodology for vapor com-
pression cycle (VCC) systems in aerospace applications, based on the integrated op-
timization of the thermodynamic cycle and the preliminary sizing of the main system
components. Results show that more efficient systems are only possible at the expense
of heavier components and that constraints on condenser size negatively impact system
efficiency. The results of this study also show that the optimal HX size depends on the
selected thermodynamic conditions, working fluid, and objective function of the opti-
mization. The integrated design framework has been subsequently extended to perform
a multipoint and multi-objective design optimization of a bleed-less air cycle machine
(ACM) and an electrically driven VCC system for a single-aisle, short-haul aircraft [5].

In this context, the work reported here is related to the development of a computa-
tionally efficient methodology to predict the performance of optimal HXs in the early
design phase of aerospace thermal systems. The performance benefit of the simultane-
ous optimization of the thermodynamic cycle and the most critical HX (the condenser)
is assessed. Moreover, the procedure is improved from a computational point of view by
replacing the conventional preliminary sizing procedure of the condenser with a data-
driven surrogate model. The target is a reduction in the degrees of freedom associated
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with the integrated optimization procedure, with the consequent decrease in computa-
tional time and complexity of the design problem.

The use of data-driven surrogate models to predict the performance of thermody-
namic systems or their components is documented in the literature. Artificial neural
networks (ANN) have been used for estimating the thermal performance of HXs. Com-
mon ANN architectures employed for this purpose include multilayer feed-forward net-
works [6], generalized regression neural networks, and adaptive neuro-fuzzy interface
systems [7]. The application of these models ranges from predicting the overall HX ther-
mal performance to simulating the flow phase change. In particular, Ref. [6] details
the development of a neural network model to predict the performance of fin-and-tube
condensers used in air-cooled systems. A multi-layer perceptron (MLP) with one hidden
layer, also known as a three-layer perceptron, was trained on a dataset obtained with a
first-principle rating model to predict the refrigerant- and air-side pressure drops, given
the HX inlet conditions. Though the data-driven model predictions show a good level
of accuracy if compared to experimental results, the range of applicability is very lim-
ited, as the HX geometry was fixed in the definition of the training dataset. The authors
in [8] developed data-driven models of a turbocharger and air intake for the dynamic
simulation of the gas exchange process of an internal combustion engine. Two MLPs
with one hidden layer are used to replace the models of the two components and pre-
dict over time the charge flow and the intake manifold pressure under varying engine
operating conditions. Ref. [9] documents a methodology to implement a data-driven
model of single-stage centrifugal compressors to facilitate the design optimization of
an electrically driven vapor compression cycle system for aircraft. The surrogate model
of the compressor is based on a MLP trained on a large synthetic dataset of centrifugal
compressor designs. Specifically, two distinct regression models have been trained to
predict the performance of a compressor design for given geometrical and thermody-
namic specifications. The results demonstrated the computational benefit of replacing
the mean line design procedure of the centrifugal compressor with a data-driven model,
both in terms of the number of objective function evaluations needed to converge to an
optimal solution and in terms of improved robustness of the system model. However,
the literature currently lacks the documentation of studies about the use of ANN-based
surrogate models to predict the performance of optimal HXs with size constraints. The
development of such models can yield a significant reduction of the computational cost
associated with the integrated design optimization of a thermodynamic system and its
components.

The main objectives of this study are (i) to quantify the performance improvements
that can be obtained if the HX with the largest influence on the system performance
is optimized together with the thermodynamic cycle and, (ii) to assess the computa-
tional cost reduction associated with using a data-driven surrogate model of optimized
HXs to obtain the same optimal performance that is achieved through an integrated
system-and-HX optimization. This Chapter is structured as follows. First, Section 4.2
introduces two case studies in which a supercritical ORC system is used as a bottom-
ing cycle to harvest thermal energy from aerospace-grade gas turbines. Subsequently,
the thermodynamic modeling of the ORC WHR unit is briefly described in Section 4.3.
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The methodology Section also reports the HX design procedure and highlights the differ-
ences between the three system design approaches investigated in this study. Section 4.3
also details how the HX design method was employed to generate a dataset of optimized
HX geometries for the ORC condenser. This dataset is then used to train an ANN-based
regression model that predicts sets of Pareto optimal solutions of different condenser
topologies over varying thermodynamic design specifications. The results of the system
optimization employing the surrogate model in place of the detailed condenser model
are reported and discussed in Section 4.4. Finally, the main outcomes of the study are
summarized in Section 4.5 together with an outlook on future developments.

4.2. CASE STUDIES
The feasibility and advantages of the proposed method over the conventional approach
to system preliminary design are demonstrated by solving the optimal design problem of
an ORC system recovering thermal energy from aircraft power and propulsion systems.
The two case studies analyzed in this Chapter are briefly introduced in the following
subsections.

CC-APU
The first case study focuses on the combined-cycle auxiliary power unit introduced in
Sec. 3.4.1. The gas turbine of the CC-APU is a single-spool turboshaft engine and is cou-
pled with a bottoming supercritical ORC unit. The system, whose process flow diagram
is reported in Fig. 3.4, is active only when the aircraft is on the ground. The ambient con-
ditions assumed for system design correspond to atmospheric pressure and an ambient
air temperature of 40 °C. The temperature and mass flow rate of the hot exhaust gases
flowing through the primary HX are fixed at 847 K and 0.84 kg/s, based on the nomi-
nal operating conditions of the APU gas turbine as reported by [10]. The exhaust gases
are discharged to the ambient after passing through the primary HX of the ORC unit,
thus heating the working fluid, which is in a supercritical state. The ORC turbine’s gross
power is converted into electrical power via a dedicated generator. The output of the
system model, which is described in Section 4.3.1, includes the net power output of the
ORC unit (Ẇnet,ORC) and its mass (MORC). The optimization variables associated with
this thermodynamic system correspond to the degrees of freedom associated with the
cycle configuration, which are the maximum temperature (Tmax) and minimum tem-
perature (Tmin) of the working fluid, the maximum cycle pressure (Pmax), as well as the
evaporator and condenser pinch point temperature differences (∆Tpp,ev and Tpp,cnd).

CC-TS
The second case study is about the design of the combined cycle turboshaft (CC-TS) en-
gine introduced in Sec. 3.4.2. The CC-TS engine concept, whose process flow diagram
is reported in Fig. 3.6, features a non-recuperated two-spool turboshaft engine and a
bottoming supercritical ORC unit that harvests thermal energy from the gas turbine ex-
haust. The engines are placed in dedicated pods positioned aft of the turboelectric ON-
ERA Dragon aircraft concept [11] and provide electrical power to the under-the-wing
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distributed propulsion system consisting of electrically driven ducted fans. Each CC-TS
engine has two ram air ducts symmetrically positioned above and below the midplane
housing the condensers of the ORC WHR unit as shown in Fig. 3.7. The primary HX is
positioned aft of the gas turbine and transfers thermal energy from the exhaust gases to
the working fluid in a supercritical state. The design point of the combined-cycle en-
gine corresponds to the cruise condition, which is defined by a cruise speed of M0 = 0.78
and an altitude of 10 km. The net power that the combined cycle engines must generate
(Ẇnet) is determined by solving the following thrust-drag balance

ηpηtrẆnet

u0
= D − (Tduct +Tjet), (4.1)

where ηp and ηtr are the ducted fan propulsive and transmission efficiencies, D is the
aircraft drag, Tduct is the thrust associated with the ram air duct, Tjet is thrust result-
ing from the discharge of the gas turbine exhaust gases and u0 is the cruise speed. In
Equation 4.1, (Ẇnet) is given by the sum of the net power generated by the turboshaft
(Ẇnet,TS) and by the ORC unit (Ẇnet,ORC). A Newton–Raphson gradient-based solver is
employed to solve the equations resulting from coupling the gas turbine, ORC system,
and ram air duct models. The optimization variables of this system are the five degrees
of freedom associated with the thermodynamic cycle, plus the number of passes of the
primary HX (Np ), the condenser tilt angle (θ), and the ram air duct intake mass flow rate
ratio (MFR). These three additional design variables have been included to optimize the
main dimensions of the ram air duct and allow for a wider range of primary HX designs.

4.3. METHODOLOGY: MODELS AND DESIGN

4.3.1. WASTE HEAT RECOVERY UNIT
The two heat exchangers of the ORC system under consideration are the primary HX, or
supercritical evaporator, which recovers part of the thermal energy of the exhaust of the
gas turbine, and the condenser, which rejects to the ambient the thermal energy required
to condense the working fluid.
The ORC unit is modeled using an in-house tool for on-design thermodynamic cycle cal-
culations. The Helmoltz-energy explicit equation of state (HEOS) model implemented
in an open source program [12] is used for thermodynamic property modeling of the
ORC working fluid, while the ideal gas model [13] is adopted for the gas turbine exhaust,
whose mass-specific composition is fixed and assumed to be 74% N2, 15.9% O2, 6.4%
CO2, 2.5% H2O, 1.2% Ar for both test cases. The ORC turbine power output is calcu-
lated assuming a constant isentropic efficiency of 0.94 [10], a mechanical efficiency of
0.99, and a generator efficiency of 0.97 for both test cases. The working fluid is pressur-
ized by a centrifugal pump, whose isentropic efficiency and electromechanical conver-
sion efficiency are assumed constant and equal to 0.65 and 0.98, respectively [14]. The
electromechanical conversion efficiency is the product of the mechanical and electrical
motor efficiencies.
For the CC-TS case study, the ram air flows through the condenser duct thanks to the
dynamic pressure resulting from the aircraft motion. The model used to estimate the
ram air duct net drag is documented in [15]. Conversely, for the case of the CC-APU,
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the required condenser air mass flow rate (ṁair) is provided by a dedicated fan, driven
by electrical power generated by the ORC turbo-generator. The isentropic efficiency of
the electrically driven fan is assumed to be 0.6, while the electromechanical conversion
efficiency is set equal to 0.98. As a result, the net power output of the WHR unit (Ẇnet,ORC)
is obtained by subtracting the pump and, if present, the fan power consumption from
the turbo-generator power output.
The ORC system mass (MORC) is estimated as the sum of the mass of the main ORC sys-
tem components. The HX mass is an outcome of the preliminary design method detailed
in Chapter 3. Assuming that the primary HX is fully flooded at start-up, the working fluid
mass is estimated as the product of the fluid density at standard ambient conditions
times the volume of the primary HX cold side, augmented by 20% to account for system
piping. The turbo-generator mass is estimated assuming a specific power of around 5.5
kW/kg, based on the results reported in [16]. The same approach is adopted for the cen-
trifugal pump, whose specific power is assumed to be 4 kW/kg as documented in [14].
The balance-of-plant weight is assumed to be 5% of the overall system mass. This factor
is increased to 10% if the fan and its electric motor are present.

4.3.2. HEAT EXCHANGERS
The preliminary design of heat exchangers is a procedure that consists of finding the heat
transfer area that satisfies the heat duty requirement given the inlet temperature, pres-
sure, and mass flow rate of both the hot and cold streams. For this task, the FV-based
methodology detailed in Sec. 3.2 is employed. The preliminary design tools for the con-
denser and evaporator are part of the in-house software HeXacode, and have been veri-
fied against the results of a widely adopted commercial software [17] and experimental
data available in the literature (See Sec. 3.3). For both the heat exchangers of the ORC
unit, the gas-side height Y and width X , which determine the frontal area, are input to
the design routine. The heat exchanger depth Z is instead calculated to meet the design
specifications. The heat transfer and pressure drop correlation used for the HXs are re-
ported in Appendix A.

CONDENSER

Two main topologies are considered for the ORC condenser: (1) flat-tube microchan-
nel compact heat exchangers with louvered fins, and (2) flat-tube configurations with
offset-strip fins (See Fig. 3.11). In both cases, the working fluid flows in small rectangu-
lar channels within the flat tubes, while the air flows through the fins. These fin topolo-
gies promote small and light HX designs [18], and are often used in the automotive and
aerospace sectors. The fin and flat tube thicknesses are both set to 0.2 mm, while the
height of the microchannels (hmc) is set to 1.6 mm. The louver fin length (Ll ) is fixed
to 90% of the fin height. These fixed geometry-specific parameters are chosen based
on engineering judgment and manufacturability considerations. All the other geomet-
ric parameters (see Table 5.4) are degrees of freedom of the integrated design strategy.
The condenser core material is a manganese-based aluminum alloy of the 3000 series,
characterized by high levels of strength, good formability, and corrosion resistance [19].
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PRIMARY HX

The chosen topology for the primary HX consists of a multi-pass bare-tube bundle where
the working fluid circulates inside the tubes, in a counter-crossflow arrangement with
respect to the exhaust gases (See Fig. 4.1). Advantages of bare tube bundles with small
tube diameters (< 2mm) include lighter designs if the working fluid inside the tubes is
at medium to high pressure, easier moisture removal, and lower susceptibility to fouling
than finned topologies. A nickel-based alloy named HastelloyX is chosen as the material
of the primary HX core due to its high oxidation resistance up to 1200°C and good me-
chanical properties up to temperatures greater than the maximum exhaust temperature
of aero engine gas turbines [20].

+

+

+

+ +

+ +

+ +

Figure 4.1: Sketch of the multipass bare tube bundle primary heat exchanger, with an inline tube arrangement.

The tube outer diameter (do) is fixed to 1.8 mm, while the tube thickness is calculated
given the pressure difference between the working fluid and the exhaust gases, assum-
ing 0.2 mm as the minimum value. The optimal values of transverse (xt) and longitudinal
(xl) pitches between the tubes were determined through a sensitivity study, in which the
preliminary design of the primary HX was repeated while varying the values of these
variables along with the design specifications of the component. Figure 4.2 shows the
results of the sensitivity study in terms of pressure drop on the exhaust gas side, normal-
ized by the dynamic pressure in this stream at the HX inlet, and the ratio between the
overall core weight and the heat duty. The trends in the design map indicate that the
optimal transverse and longitudinal pitches between the tubes are 3 and 1.25 outer di-
ameters, respectively. These values minimize the hot-side pressure drop while ensuring
a lightweight HX design.

4.3.3. DESIGN STRATEGIES

The thermodynamic specifications and size constraints strongly affect the maximum
mass-specific performance and optimal configuration of aerospace-grade HXs. Three
design strategies are employed to optimize two different ORC WHR units that harvest
thermal energy from the exhaust of gas turbines.

• In the baseline design strategy, the combined cycle system design is optimized as-
suming a fixed condenser geometry for both topologies. The fixed geometric pa-
rameters were selected based on a preliminary investigation of the design space
of the condenser and choosing a combination of parameters enabling a trade-off
between air-pressure drop and HX weight.
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Figure 4.2: Effect of the dimensionless circular tube pitches on the hot-side Euler number (Euh and HX weight
over the heat duty MHX/Q̇ for an inline bare tube bundle HX.

• Conversely, in the integrated design strategy, the condenser geometry is simulta-
neously optimized together with the CC-APU or CC-TS system design variables.
The decision to solely optimize the design of the condenser, together with the sys-
tem, stems from its critical effect on overall system performance. The design vari-
ables associated with each condenser topology vary depending on the selected
topology and can range from 3 to 6 or more. As a consequence, the total number of
design variables increases significantly for each HX whose geometry is optimized,
thus increasing the computational cost associated with solving the integrated de-
sign problem.

• The surrogate-model (SM) strategy is aimed at demonstrating the benefits of em-
ploying a data-driven surrogate model to predict the optimal performance of the
condenser within the integrated system design optimization framework. In this
approach, the conventional condenser sizing model is replaced by a data-driven
surrogate model that estimates the performance of an optimized condenser for
given thermodynamic design specifications. The surrogate model consists of neu-
ral networks trained on datasets of optimized condenser geometries obtained us-
ing the heat exchanger sizing tool described in 3.2. The advantage of this design
strategy is a drastic reduction in the computational cost. The number of design
variables associated with a heat exchanger being replaced by the surrogate model
is reduced from any number to always one, as explained in 4.3.4, regardless of the
topology.

While for all three design strategies the primary HX core geometry is fixed to an inline
tube bundle characterized by tube pitches that minimize the gas-side pressure drop, the
condenser geometry and model differ depending on the adopted strategy.

The NSGA2 multi-objective optimization algorithm [21] is employed to obtain a set
of Pareto-optimal solutions. The design space is constrained in all the optimizations to
ensure that this is consistent with the validity range of the surrogate model. The ob-
jective functions are tailored to the specific case study under consideration. For the
CC-APU design optimization, the primary goals are the minimization of the ORC sys-
tem mass (MORC) and the maximization of the net power output (Ẇnet,ORC). Conversely,
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the CC-TS design optimization objective is to identify a set of Pareto-optimal solutions
that minimize the thrust-specific fuel consumption TSFC = ṁf/Ttot while simultane-
ously maximizing the mass-specific power generated by the waste heat recovery unit
eORC = ẆORC/MORC. The resulting Pareto front is independent of the aircraft model and
mission constraints, providing a clear representation of the trade-offs between the fuel
mass flow rate and the corresponding mass-specific power of the ORC WHR unit.

4.3.4. SURROGATE MODEL
Figure 4.3 shows the flow chart of the proposed methodology to derive a data-driven
surrogate model of an optimally designed heat exchanger. Each action of the flow chart is
described in the following. The first action consists of generating a database of optimized
HX geometries for a range of process conditions and for each considered HX topology
(Sec. 4.3.4). The database contains ns number of samples, each identified by a specific
set of thermodynamic specifications, and a set of Pareto solutions featuring minimum
mass (MHX) and air-side pressure drop (∆Pc). After non-dimensionalizing the Pareto
fronts in a so-called fitting space, the data are post-processed by removing outliers and
Pareto fronts whose fit accuracy is too low (i.e., the R2 score is lower than 0.95) until a
dataset suitable for regression analysis is generated (Sec. 4.3.4). This dataset is then used
to train the surrogate model in predicting the Pareto front of a heat exchanger topology
for a given set of dimensionless thermodynamic inputs (Sec. 4.3.4).

DATASET OF OPTIMAL HEAT EXCHANGER DESIGNS

First, to generate the dataset of optimal HX designs, the values of geometric parame-
ters that are not optimized, such as the flat tube height and thickness of the fins and
microchannels, need to be specified. Similarly, the lower xL

D and upper xU
D bounds of

the optimization variables must also be defined, see Table 5.4. These values are cho-
sen based on structural and manufacturability considerations as well as the applicabil-
ity range of the adopted heat transfer coefficient and friction factor correlations. The
width-over-height ratio (AR) of the HX is also allowed to vary between 0.5 and 2 to in-
crease the design space of the HX. The multi-objective optimization of the HX design is
subjected to two constraints. First, the working fluid pressure drop (∆Pwf) cannot ex-
ceed the threshold λP = 5% of the working fluid side inlet pressure (Pwf,in), such that its
effect on the performance of the system is negligible. Second, the value of the depth of
the HX core, i.e., the flat tube width, must be larger than a set threshold λZ = 0.025 m,
due to manufacturability considerations. Thus, being xD the array of geometry-related
optimization variables, the HX design problem can be formulated as the following con-
strained multi-objective optimization problem

minimize MHX(xD) ; ∆Pc(xD),

subject to ∆Pwf ≤λP Pwf,in,

Z ≥λZ,

xL
D ≤ xD ≤ xU

D .

(4.2)

Next, the thermodynamic specifications obtained from the cycle calculation and re-
quired to solve the HX design problem are nondimensionalized to be independent of the
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Figure 4.3: Flowchart of the methodology used to train the HX surrogate model.
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Table 4.1: Overview of the chosen HX geometry-specific parameters and their bounds.

variable bounds parameter imposed value

HX
wmc [mm] 1 - 2.5 hft [mm] 1.8
AR [−] 0.5 - 2 tmc [mm] 0.2

Afr [m2] 1

Louvered fins

Fh [mm] 6 - 16 tf [mm] 0.2
Fp [mm] 1.2 - 4 Ll [mm] 0.9 Fh

Lα [°] 10 - 30 -
Lp [mm] 1.2 - 3.6 -

Offset-strip fins
α [−] 0.1 - 1 tf [mm] 0.2
δ [−] 0.012 - 0.037 -
γ [−] 0.038 - 0.122 -

HX size, working fluid, and ambient conditions. These are

TDin = [
Pg,in,Pwf,in,Tg,in,Twf,in,ṁg,ṁwf,Q̇

]
. (4.3)

Assuming that the working fluid at the outlet of the condenser is saturated liquid condi-
tions, and that the working fluid side pressure drop must satisfy Equation 4.2, the num-
ber of required inputs decreases from 7 to 6, because the specified heat duty can be
defined as

Q̇ = ṁwf
(
Hwf(Twf,in,Pwf,in)− (Hwf(0.95Pwf,in, vq = 0)

)
. (4.4)

In most cases, the working fluid pressure losses over desuperheating are negligible; there-
fore, the input vector of Equation 4.3 can be replaced with a set of dimensionless inputs
that reads

T̃Din =



Reg,in = ṁgdref

µ(Tg,in)Afr

R = ṁwf/ṁg

P̃g = Pg,in/Pg,ref

T̃g = Tg,in/Tg,ref

T̃cnd = Tcnd/Tboil

δdsh = Twf,in−Tcnd
Tcnd

(4.5)

where Afr is the HX frontal area, dref is the reference dimension for the Reynolds number,
which for the considered condenser topology is assumed to be equal to the flat tube
height, Tcnd is the condensation temperature, and Tboil is the boiling temperature of the
working fluid. Moreover, the gas side reference temperature (Tg,ref) and pressure (Pg,ref)
are chosen to be 273 K and 1 bar, respectively. The chosen dimensionless groups are
not only valid for different HX topologies, sizes, and temperatures but also for different
working fluids. Table 4.2 reports the chosen range for the dimensionless input quantities
in Equation 4.5. The upper and lower limits are defined based on knowledge about the
design space of ORC systems for airborne applications (see Refs. [10] and [22]).

Note that not all the combinations of the parameters listed in Table 4.2 generate a
valid set of design specifications. The outlet cold stream temperature must be less than
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Table 4.2: Bounds of the dimensionless variables of the input vector T̃Din, Eq. (4.5).

Reg,in R P̃g T̃g T̃cnd δdsh

min 600 0.075 0.4 1 1.13 0
max 1200 0.16 1.01 1.148 1.21 0.2

the working fluid outlet condensation temperature. Thus, it can be demonstrated that
the input specifications are constrained by

T̃g Tref +R
∆Hwf(T̃cnd,δdsh)

¯cp g

− T̃cndTboil <= 0 , (4.6)

in which

¯cp g = cp

(
T̃g Tref +R

∆Hwf(T̃cnd,δdsh)

2cp g (T̃g , P̃g )
, P̃g Pref

)
is an estimate of the isobaric specific heat capacity of the gas stream, i.e., of the cold air
in the case of the condenser. The working fluid enthalpy drop ∆Hwf is estimated from
Equation 4.4. The dataset for each HX topology is constructed using Latin hypercube
sampling to generate approximately 3000 samples of TDin. The HX design is optimized
only if the constraint of Equation 4.6 is satisfied.
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Figure 4.4: Pareto front in the original dimensional
space.
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Figure 4.5: Pareto fronts in the dimensionless space.

Figure 4.4 shows five exemplary sets of Pareto-optimal solutions in terms of mass and
air side pressure drop for flat tube microchannel condensers with louvered fins. Each
Pareto front is associated with a different set of thermodynamic design specifications,
while each point of a Pareto curve is characterized by a different core geometry. Data
reduction is necessary to (i) facilitate the regression analysis, (ii) make the optimal de-
signs dimensionally independent of the HX size, and (iii) identify and remove outliers.
More in detail, the reduction of the number of regression model outputs is achieved by
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fitting the Pareto fronts with common basis functions and coefficients that are unique
for each curve. In mathematical form, an arbitrary set of Pareto optimal solutions {PF }
is approximated in a dimensionless plane (x̃, ỹ) ∈ R2 as

ỹ =φ(x̃,c∗) , with x̃min ≤ x̃ ≤ x̃max , (4.7)

whereφ is a fitting basis function, and c∗ are curve-specific coefficients. The optimal ba-
sis function is obtained by testing all the functions of a predefined set and identifying the
one that fits the largest number of Pareto curves with a coefficient of determination ex-
ceeding a specified threshold. By normalizing the heat exchanger mass and the pressure
drop over the cold air side of each optimal solution as

M̃HX = MHX

ρmat Afr dref

∆̃P c =
ρc,in∆Pc A2

fr

ṁ2
c

,

(4.8)

the basis function form

φ(x̃) =
(

x̃

c2
0

)−c2
1

+ c5/3
2 (4.9)

is capable of fitting over 90% of the Pareto fronts with R2 scores above 95%. The optimal
basis function selection depends on both the heat exchanger topology and the consid-
ered thermodynamic design space. Figure 4.5 shows the sets of Pareto-optimal solutions
of Figure 4.4 in the dimensionless plane; the solid black lines are the fits of the dimen-
sionless Pareto curves obtained with Equation 4.9. Because the accuracy of the basis
function depends on the number of data points used to fit its coefficients, the Pareto
fronts featuring fewer than 6 design points are discarded.
The range of validity of each fitted basis function is determined by identifying the mini-
mum and maximum Euler number of each curve, i.e., the minimum and maximum value
of the horizontal coordinate of each Pareto Front. The dataset used to fit the surrogate
model is indicated in the flow chart of Figure 4.3 as the regression database. This is con-
structed by associating the coefficients c∗ and the two Euler numbers that define the
validity range of the fitted basis function to each set of design specifications used to gen-
erate a Pareto front.

REGRESSION METHODOLOGY

The objective of the surrogate model is to predict the set of Pareto-optimal solutions
given a feasible set of design specifications. It is constructed by chaining three multi-
layer perceptrons (MLP). The first MLP predicts the maximum and minimum dimen-
sionless gas-side pressure drop, the second MLP predicts the corresponding dimension-
less mass, and the third MLP predicts the coefficients of the basis function φ that best fit
the Pareto curves. The benefit of using cascading perceptrons is the possibility of train-
ing simpler yet more specialized models, which, despite the limited size of the training
dataset, can achieve higher accuracy over multiple dependency structures compared to
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one single, more complex regression model. Each MLP comprises multiple layers of in-
terconnected nodes, including an input layer, one or more hidden layers, and an output
layer. Each connection between nodes is associated with a weight, and each node within
the hidden layers incorporates activation functions that introduce non-linearity into the
model. This characteristic makes MLP particularly suitable for strongly nonlinear re-
gression problems. The MLP operates in a feed-forward manner: the information flows
from the input layer through the hidden layers to the output layer. The training of the
network is conducted using the Adam algorithm [23], a gradient-based optimizer with
adaptive learning rate and momentum term, which leverages gradients computed via
backpropagation [24] to efficiently adjust the network weights and biases. The accuracy
of the regression models depends on their hyperparameters, which need to be tuned in
the validation procedure. The hyperparameters are defined as parameters external to
the model and whose value cannot be estimated from the data [25].

Table 4.3: Hyperparameter range and optimal set for the MLPs that predict the cold-side Euler number (Eu),
the dimensionless core weight (w), and basis function coefficients (c).

Hyperparameter Range MLP (Eu) MLP (w) MLP (c)
Layers 3 - 4 3 3 3
Hidden nodes 64 - 320 256 256 256
Regularization strength 10−5 - 10−2 10−5 10−4 10−4

Due to the relatively small size of the MLPs, a grid search algorithm was employed to
determine the optimal settings for each network. This required constructing a multi-
layer perceptron for each combination of the parameters in Table 4.3, using the open-
source Scikit-learn library [26]. The optimal set of parameters for each MLP is selected
as the one that minimizes the mean squared error (MSE) loss function

MSE(θ) = 1

ns

ns∑
i=1

(ŷi − yi )2 , (4.10)

in which θ is the set of hyperparameters, ns is the number of samples, and ŷi is the value
estimated with the model.

The choice of input features for each neural network strongly affects the accuracy of
the model. To identify which variables are most suited for the regression problem, the in-
put vector for each MLP is obtained by performing a variance-based sensitivity analysis
using the first and second-order Sobol indices [27]. The outcome of this analysis is sum-
marized here. The input vector of the MLP that predicts the minimum and maximum
Euler number of the Pareto front reads

XEu =
[

Reg,in , R ,
∆Tlm,1Q̇dsh

Q̇ Tg,in
,
∆Tlm,2

Tg,in
(1− Q̇dsh

Q̇
) , δdsh ,

ρg,out

ρg,in

]
. (4.11)

In addition to the dimensionless design variables Reg,in, R, and δdsh used to generate
the optimal datasets of HX designs, the input vector of the first perceptron (XEu) includes
the gas-side density ratio across the condenser core (ρg,out/ρg,in) and two terms that are
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proportional to the mean logarithmic temperature difference associated with the two
main sections of the condenser, namely that of the desuperheating section ∆Tlm,1 and
that of condensation section ∆Tlm,2. These temperature differences are estimated as

∆Tlm,1 =
Twf,in −Tcnd −

Q̇dsh

ṁccp

ln

[
Twf,in −Tc,in −Q̇/(ṁccp )

Tcnd −Tc,in − (Q̇ −Q̇dsh)/(ṁccp )

] (4.12)

∆Tlm,2 =

Q̇dsh −Q̇

ṁccp

ln

[
Tcnd −Tc,in − (Q̇dsh −Q̇)/(ṁccp )

Tcnd −Tg,in

] . (4.13)

These equations imply the assumptions that the specific heat capacity of the cooling air
(cp c) is constant and that the pressure drop has a negligible effect on the enthalpy de-
crease of the condensing fluid. These two temperature differences are used as input fea-
tures to the first MLP by rescaling them with the corresponding fraction of thermal power
exchanged in their corresponding section, i.e., desuperheating or condensing. These are
nondimensionalized with the gas-side inlet temperature (Tg,in).

The predicted Euler numbers are then added to XEu together with a dimensional scal-
ing parameter, namely the heat duty per frontal area of the HX, to form the input vector
of the second MLP

Xw =
[

XEu ,
Q̇

Afr
, Eumin , Eumax −Eumin

]
, (4.14)

which predicts the minimum wmin and maximum wmax dimensionless weight of the
Pareto curves.

Similarly, the predicted dimensionless weights are included in the input vector of the
third MLP, which reads

Xc =
[

Rec,in , R ,
∆Tlm,1

∆Tlm,2
, δdsh ,

Q̇

Afr
, Eumin , wmax −wmin

]
. (4.15)

The final outputs are the coefficients c∗ of the basis function φ which approximates the
shape of the Pareto front in the dimensionless space for a given HX topology and a given
set of design specifications. The predicted dimensionless Pareto front can then be pro-
jected into the physical space according to Equation 4.8 by knowing the HX frontal area,
material density, gas-side inlet conditions, and reference diameter.

If the surrogate model is used to explore the design space of a HX, the degrees of
freedom associated with a given design reduce to one, namely the dimensionless air side
pressure drop ( ˜∆Pc

∗
), which, in the case of the condenser, is the metric that influences

the overall system performance the most. However, the use of this parameter is imprac-
tical, as there is no way to know in advance if the value of a selected dimensionless pres-
sure drop is within the range of values of the predicted Pareto front. To overcome this
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problem, an optimal HX design on the predicted Pareto front is selected by specifying
the normalized optimal Euler number ratio

Eu∗ = ∆P̃∗
c −Eumin

Eumax −Eumin
, (4.16)

whose values range between 0 and 1. The lower value indicates a design that minimizes
the pressure drop associated with both sides of the HX regardless of the weight, while
the upper value represents a geometry that minimizes the HX weight at the cost of high-
pressure drops.

MODEL ACCURACY

Each MLP model is trained on 85% of the post-processed dataset, of which 10% is used
as a validation set. The remaining 15% is used as a test set to assess the accuracy of the
models. Figure 4.6 allows for comparing the prediction of each MLP corresponding to
the surrogate model of the flat tube and louvered fin condenser with the values of the
whole dataset: over 95% of the points are contained in a ±15% relative uncertainty in-
terval. Table 4.4 reports the accuracy of the three neural networks that constitute the
surrogate model, in terms of mean percentage error (MPE) and mean absolute percent-
age error (MAPE).
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Figure 4.6: Surrogate model predictions plotted against the values of the dataset for flat tube louvered fins
condensers. The dashed lines indicate the ±15% uncertainty band.

Table 4.4: Accuracy of the three MLP models

Condenser core topology Output R2 score MPE % MAPE %

flat tubes & louvered fins (lf)
Eu 0.985 0.25 5.31
w 0.977 -0.77 5.97
c 0.991 -0.30 2.49

flat tubes & offset-strip fins (osf)
Eu 0.969 -0.24 6.85
w 0.934 0.29 8.39
c 0.984 0.81 4.16

Although the neural network associated with the surrogate model of the optimal louvered-
fins condenser is affected by lower error compared to that of condensers with offset-
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strip fins, the accuracy of both surrogate models is deemed satisfactory. For given de-
sign specifications of the condenser, the pressure drop and mass reduction that can be
achieved through design optimization of the geometry are usually much larger than the
uncertainty associated with the predictions of the surrogate model. Moreover, the un-
certainty related to the adopted friction factor and heat transfer coefficient correlations
is of the order of 10-15%, thus also larger than the uncertainty related to the surrogate
models.

4.4. RESULTS
This simulation and design optimization method has been applied to two case stud-
ies, namely that of a combined cycle APU and that of a combined cycle turboshaft aero
engine providing power to an electrically driven distributed propulsion system. The ob-
jectives of this study are (i) to investigate the performance improvements achievable by
simultaneously optimizing the HX geometry and thermodynamic cycle for an airborne
ORC WHR unit, (ii) to compare two condenser topologies in terms of minimum weight
and air-side pressure drop for the considered applications, and (iii) to demonstrate the
effectiveness of the proposed surrogate modeling technique for the preliminary design
optimization of aerospace-grade thermal systems.

4.4.1. CC-APU
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(a) Results for the flat tube microchannel and louvered fins
condenser
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Figure 4.7: Pareto optimal designs of the CC-APU ORC WHR unit obtained by (i) optimizing the cycle with a
fixed condenser geometry (base), (ii) performing an integrated condenser geometry-and-cycle optimization
(full), and (iii) using the optimal condenser surrogate model (SM).

The results of the optimizations of the design of the CC-APU WHR system according to
the design strategies highlighted in Section 4.3.3 are reported in Figure 4.7 for two con-
denser topologies, namely a flat tube microchannel condenser equipped with louvered
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fins (lf) or with offset strip fins (osf). The condenser geometry used in the design strategy
# 1 (baseline) is reported in Table 4.5. These values were selected based on previous re-
sults to enable a feasible design of the condenser across a wide range of thermodynamic
specifications [10]. Table 4.6 reports the upper bounds (UB) and lower bounds (LB) of
the thermodynamic cycle design variables considered in all three design strategies.

Table 4.5: Values of baseline condenser geometric parameters.

Parameter Value Units Parameter Value Units
wmc 1.1 mm Lp 2.6 mm
AR 1 - α 0.32 -
Fh 9 mm δ 0.03 -
Fp 2.6 mm γ 0.077 -
Lα 26 °

Table 4.6: CC-APU cycle design variables and their corresponding bounds.

Variables Description (Units) LB UB
Tmin Minimum ORC temperature (K) 367 379
Tmax Maximum ORC temperature (K) 517 549

Pmax/Pcrit Maximum over critical ORC pressure ratio (-) 1.04 1.48
∆Tpp,ev Evaporator pinch point ∆T (K) 10 50
∆Tpp,cnd Condenser pinch point ∆T (K) 15 50

Figure 4.7 displays the Pareto fronts associated with the design of the ORC system and
highlights the relationship between the system net power Ẇnet output and mass MORC.
The net power output is displayed with negative values for visualization purposes: sys-
tem designs featuring condensers optimized for low pressure drops are on the leftmost
side of the Pareto front in analogy with the trend of the Pareto fronts in Figure 4.4. Sev-
eral conclusions can be drawn by comparing the light blue and black lines of Figure 4.7a
and 4.7b.

1. For the same net power output, the value of the weight of the WHR unit designed
with a fixed condenser geometry is, on average, 10-15% larger than that of a system
designed with the integrated HX design optimization strategy, and this is valid for
both condenser topologies.

2. Offset strip fin condensers enable the design of systems that feature a higher max-
imum net power output for similar weight if compared to systems featuring a con-
denser with louvered fins. However, condensers with louvered fins allow for the
design of lighter systems at the cost of larger pressure drops and thus lower net
power output. It follows that, depending on the chosen trade-off between weight
and net power output of the ORC system, the optimal HX topology changes.

3. The set of Pareto optimal solutions obtained with the condenser equipped with
the offset strip fins covers a wider net power output and weight range compared
to the solutions obtained with the louvered fins.
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These results demonstrate that the optimization of the HX geometry together with
the thermodynamic cycle, although computationally more expensive, allows for obtain-
ing preliminary system designs whose performance is significantly improved with re-
spect to designs obtained via conventional methods. Moreover, this integrated system
design method allows for exploring a wider design space compared to a design strategy
for which the HX geometry is fixed a priori.

Regarding the accuracy of the surrogate models, it can be observed that the mean
relative deviation between the Pareto front associated with the use of the condenser sur-
rogate model and that associated with the use of the detailed model is 1.1% and 2.3% for
the louvered fins and offset strip fin condenser topologies, respectively. This metric is
calculated as

ϵ̄r = 1

NCP

NCP∑
i=0

|LSM(xi )−Lfull(xi )|
Lfull(xi )

(4.17)

in which NCP is the number of comparison points between the two curves, Lfull is the
linear interpolation of the Pareto front associated with the integrated system optimiza-
tion based on detailed models, and LSM is the Pareto front associated the integrated sys-
tem optimization based on surrogate models. The difference between the black and red
curves in Figures 4.7a and 4.7b can be considered negligible from an engineering point
of view. This proves that, as far as this study is concerned, the surrogate model-based
design strategy (SM) can be used to generate system Pareto fronts that are analogous to
the ones obtained with the integrated optimization strategy employing detailed models,
but at a much lower computational cost, as highlighted in Table 4.7.

Two factors contribute to the computational time reduction: 1) the dimensionality
of the optimization problem is reduced, namely the number of optimization variables
(Nopt) decreases, together with the population size and number of generations required
for the genetic algorithm to reach convergence; 2) since the surrogate model function
evaluation is two orders of magnitude faster than the evaluation of the condenser sizing
model, the evaluation time of the average objective function decreases by about 20%.

Table 4.7: Computational time of the three design optimization strategies applied to the CC-APU test case.
The optimization computations are performed with an 8-core personal computer whose processor is an AMD
Ryzen 4000.

Design strategy Nopt Population Generations Time /min
Baseline 5 48 48 16
Detailed (lf) 11 80 80 42
Detailed (osf) 10 88 80 45
SM 6 48 48 13

4.4.2. CC-TS
The results of this design optimization case are reported in terms of Pareto optimal so-
lutions for minimum TSFC and maximum mass-specific power of the system. Again,
each curve in Figure 4.8 corresponds to the solutions of the multi-objective optimization
problem defined by the design strategies discussed in Section 4.3.3. The mass-specific
power eORC is displayed as negative values to visualize a Pareto type IV distribution in
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analogy with the condenser Pareto curve. The optimization calculations have been per-
formed for systems in which the condenser is a flat tube microchannel heat exchanger
with louvered fins, in analogy to what is documented in the study of [22]. The geometric
parameters of the condenser used for design strategy #1 (baseline) are selected based on
the system optimization results performed by [22] and are reported in Table 4.8.

Table 4.8: Values of the geometric parameters of the condenser used in the baseline design strategy for the
CC-TS case study. The fins are of the louvered type.

Parameter Value Units Parameter Value Units
wmc 1.28 mm Fp 1.4 mm
AR 0.66 - Lα 29 °
Fh 10 mm Lp 1.4 mm

Table 4.9: CC-TS system design variables, excluding those related to the condenser geometry, and their corre-
sponding bounds.

Variables Description (Units) LB UB
Tmin Minimum ORC temperature (K) 353 413
Tmax Maximum ORC temperature (K) 520 570

Pmax/Pcrit Maximum over critical ORC pressure ratio (-) 1.15 1.45
∆Tpp,ev Evaporator pinch point ∆T (K) 60 110
∆Tpp,cnd Condenser pinch point ∆T (K) 30 90

Np Primary HX number of working fluid passes (-) 7 10
MFR Ram air duct intake mass flow rate ratio (-) 0.45 0.7
θ Condenser inclination angle (°) 50 70

The range of the optimization variables associated with the thermodynamic cycle
of the WHR unit is reported in Table 4.9. Figure 4.8 shows the results of the three op-
timizations in terms of Pareto fronts. The results show that solutions maximizing the
mass-specific power are characterized by larger specific fuel consumptions. These opti-
mal design points feature lightweight condensers, which, however, are characterized by
a significant pressure drop over the ram air path and thus additional drag. As a result, the
combined cycle engine power requirement increases, and with it, the fuel consumption.
Moreover, the thermodynamic cycles associated with designs whose outcome is lighter
systems feature lower cycle efficiency. This effectively reduces the benefit of harvesting
thermal energy from the exhaust gases to improve the combined cycle efficiency. As a
result, for a fixed total thrust requirement, the fuel consumption decreases as the ORC
WHR units are (i) more effective with respect to thermal energy recovery and (ii) feature
ram air duct designs that cause low additional drag.

Similarly to the CC-APU case study, the application of the integrated system-HX de-
sign optimization method allows for obtaining significant performance improvement
and enables the exploration of a larger design space. By fixing the ORC condenser ge-
ometry, the minimum TSFC that can be obtained is 12.91 with an ORC unit weighing
0.87 kg for every kW of net power output. However, if the HX geometry is allowed to
change for every combination of system variables, the minimum TSFC is 12.85 with a
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Figure 4.8: Pareto optimal designs of the CC-TS obtained by (i) optimizing the cycle with a fixed condenser ge-
ometry (base), (ii) performing an integrated condenser geometry-and-cycle optimization with detailed mod-
els, and (iii) using the optimal condenser surrogate model (SM).

specific power of the ORC unit of 1.04 kW/kg. Furthermore, the results of this case study
prove that the Pareto optimal solutions in terms of system performance obtained with
a standard integrated system optimization are similar to those obtained with the sur-
rogate model at a much lower computational cost. More in detail, taking the solution
of the detailed system model as a reference, the mean relative deviation between the
two Pareto fronts is 2.9%. Table 4.10 reports the size of the population and the number
of generations required to reach convergence for each design strategy. The average ob-
jective function evaluation time is reduced by about 22%, which is very similar to the
improvement in computational efficiency determined for the CC-APU test case. The
overall computational time associated with the design strategy with the surrogate model
is slightly more than half of the time required with that employing the condenser sizing
model. In the other case study, the total computational time benefit is more significant
due to the larger impact of reducing the number of optimization variables on the total
function evaluations needed to reach convergence.

4.5. CONCLUSIONS
This work contributes to the definition of a surrogate modeling methodology for opti-
mal HX designs that can be used in conceptual design studies about advanced power
and propulsion systems. This methodology is particularly suitable for airborne thermal
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Table 4.10: Computational performance parameters associated with the three design optimization strategies
applied to the CC-TS test case. The optimization calculations were performed with an 8-core personal com-
puter featuring an AMD Ryzen 4000 processor.

Design strategy Nopt Population Generations Time /min
Baseline 8 64 48 354
Detailed (lf) 13 112 64 724
SM 9 98 48 399

systems whose performance is strongly dependent on the preliminary design of HXs,
as is the case for the applications analyzed in Section 4.4. The optimal design of HXs
for airborne thermal systems is inherently conditional on the design of the thermody-
namic cycle. It follows that the maximum performance can be estimated only by means
of an integrated system design optimization method. The computational effort of such
a method is inherently large due to the large number of design parameters that need to
be treated as system optimization variables. For the specific case documented here, a
data-driven surrogate model of a condenser was constructed using three chained multi-
layer perceptrons. The neural networks are trained to predict the optimal design solu-
tions in terms of minimum mass and pressure drop. Two suitable HX topologies were
considered. The dataset used for the training and validation of the surrogate model was
generated by using an in-house tool for the preliminary design and rating of heat ex-
changers. The design strategy relying on the surrogate model was applied to perform
the preliminary design optimization of a bottoming ORC unit that harvests thermal en-
ergy from the exhaust gases of a gas turbine aero engine. The first case study considers a
combined cycle power plant as an auxiliary power unit of a passenger aircraft, while the
second test case is about a combined cycle turboshaft engine providing electrical power
to the distributed propulsion system of a passenger aircraft.

The following conclusions are therefore drawn:

• Performance gains associated with the integrated optimization method vary de-
pending on HX topology, application, and thermodynamic cycle. For instance, the
integrated optimization of the combined-cycle auxiliary power unit (CC-APU) re-
sults in designs of systems that are 10− 15% lighter than the benchmark design
for the same net power output. Moreover, the microchannel condenser equipped
with offset strip fins features lower weight than its louvered fins counterpart for
high net power outputs of the ORC unit, while the adoption of louvered fins al-
lows for obtaining lighter system designs if higher pressure drops in the cooling air
stream are acceptable. This demonstrates that the optimal HX topology depends
on the system design specifications. Finally, the results of the combined-cycle tur-
boshaft (CC-TS) case study highlight how the integrated optimization allows for
obtaining a much wider range of feasible system designs compared to an opti-
mization method for which the condenser geometry is fixed a priori.

• The proposed methodology to develop a surrogate model for the prediction of the
optimal design space of a HX has proven to be effective. The use of the surrogate
model enables a reduction of the computational cost of the solution of an optimal
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system design problem without compromising model accuracy. The average de-
viations between the Pareto fronts associated with system designs obtained with
the condenser surrogate model and the ones obtained with the detailed HX model
range from 1% to 2.9%, depending on the case study and condenser topology. The
match between the results of the integrated and surrogate model-based optimiza-
tions is deemed satisfactory as these deviations are within the uncertainty range
of the models. Furthermore, the results indicate that the accuracy of the surro-
gate model is comparable to that of the preliminary design tool, regardless of the
HX topology, although its predictive capabilities are affected by the limited dataset
size.

• The benefit derived from the integrated system optimization approach is larger
than the uncertainty of the surrogate model, and the computational time reduc-
tion is significant. More in detail, in addition to a decrease of ≈ 20% of the time to
evaluate the objective function due to the surrogate model (its evaluation time is
two orders of magnitude shorter than that of the detailed model), the total num-
ber of function evaluations required to reach convergence decreases significantly.
This occurs because replacing the HX sizing model with the surrogate model re-
duces the number of optimization variables associated with the HX geometry, thus
included in the system design vector, to just one, regardless of the HX topology.
For the analyzed test cases, this variable is the normalized optimal dimensionless
pressure drop over the cooling air side. The replacement of more HX sizing models
with data-driven surrogate models is expected to further increase the advantage in
terms of computational time at the cost of increasing the uncertainty of the results.
It is thus recommended to use the surrogate model in place of the sizing model for
preliminary design assessments in case (i) the geometries of heat exchangers are
complex, thus the number of geometric parameters to optimize is large, and (ii)
the HX design has a significant effect on system performance.

The predictive capabilities of the developed surrogate model are limited by the size of
the training dataset and the range of design specifications considered for its generation.
To increase the validity range and accuracy of the model, future work should thus focus
on the generation of a larger dataset for the training of the surrogate model, including
different working fluids. Furthermore, the surrogate model could be extended to deal
simultaneously with multiple HX topologies. This would eliminate the need to repeat
the integrated system and component design optimization for each HX topology.
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NOMENCLATURE

Roman symbols
A Surface area [m2]
A0 Free flow area [m2]
AR HX width over height ratio [-]
c∗ Curve coefficients [-]
cp Specific heat capacity at

constant pressure [kg m2 s−2 K−1]
dh Hydraulic diameter [m]
do Outer tube diameter [m]
di Inner tube diameter [m]
e Mass-specific power [kW kg−1]
Eu Euler number [-]
Fh Fin height [m]
Fp Fin pitch [m]
f Friction factor [-]
g Gravitational acceleration [m s−2]
h Heat transfer coefficient [W m−2 K−1]
H Enthalpy [J kg−1]
hmc Microchannel height [m]
It Tube’s moment of inertia [kg m−2]
j Colburn factor [-]
k Thermal conductivity [W m−1 K−1]
Lp Louver pitch [m]
Ll Louver length [m]
Lα Louver angle [◦]
Ls Length of fin strip [m]
M Mach number [-]

Mass [kg]
ṁ Mass flow rate [kg s−1]
nmc Number of microchannels/microtubes [-]
Nopt Number of optimization variables [-]
Np Number of passes [-]
N TU Number of Transfer Units [-]
Nu Nusselt number [-]
nz Number of ranks per pass [-]
Nz Total number of ranks [-]
P Pressure [kg m−1s−2]
Pr Prandtl number [-]
Pmc channel or tube perimeter [m]
Q̇ Heat duty / thermal power [W]
R Thermal resistance [K W−1]

fluids mass flow rate ratio [-]
Re Reynolds number [-]
T Temperature [K]
T̃ Dimensionless temperature [-]
TSFC Thrust-specific fuel cons. [mg/Ns]
t Thickness [m]
u Velocity [m s−1]
vq Vapor quality [-]
w Dimensionless weight [-]
wmc Width of the microchannel [ m ]
Ẇ Power [W]
X Width [m]

Input vector [-]

xt Transversal pitch [m]
xl Longitudinal pitch [m]
xD Design variables array [-]
Y Height [m]
Z Depth [m]

Greek symbols
α Fin pitch over height ratio [-]
β Heat transfer area compactness [m−1]
βs Fluid side-specific surface area density [m−1]
γ Fin thickness over pitch ratio [-]
∆ Difference between two values [-]
δ Fin thickness over fin depth ratio [-]
δdsh De-superheating degree [-]
ϵ Effectiveness [-]
η Efficiency [-]
θ Inclination angle [◦]
λP Constraint on max. pressure loss [-]
λZ Constraint on max. core depth [m]
ρ Density [kg m−3]
σ Free flow to frontal area ratio [-]
φ Basis function [-]

Subscripts
0 freestream

overall heat transfer surface
air Air stream
boil boiling conditions at 1 atm
c Cold side
cnd Condensation
cr Cruise operating point
crit Critical point
CV Control volumes
e Secondary(extended) heat transfer area
ev Evaporator
dsh De-superheating
f Fin
fr Frontal
g Exhaust gas
HX Heat exchanger
in HX inlet conditions
lm Logarithmic mean
m Mechanical
mat Core material
mc Microchannel/microtube
ORC ORC system
p Propulsive/propeller
pp Pinch point
ref Reference
sc Subcooling
sh Superheating
st Structure material
t Tube
tr Transmission
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wf Working fluid

Superscripts
L Lower bound
n relative to the control volume
U Upper bound

Abbreviations
ACM Air cycle machine
ANN Artificial neural network
APU Auxiliary power unit
CC Combined cycle
FV Finite volume
HPC High pressure compressor
HPT High pressure turbine
HX Heat exchanger

LPC Low pressure compressor
LPT Low pressure turbine
MAPE Mean absolute percentage error
MB Moving boundary
MFR Intake mass flow rate ratio
MLP Multi-layer perceptron
MPE Mean percentage error
ORC Organic Rankine cycle
SM Surrogate model
TF Turbofan engine
TG Turbogenerator
TS Turboshaft engine
VCC Vapor compression cycle
WF Working Fluid
WHR Waste heat recovery
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Abstract

A key challenge in the implementation of ORC systems for airborne applications is the de-
sign of compact, aerodynamically efficient ram air ducts for condenser cooling. Although
the use of ram air is a lightweight and simple cooling solution, it introduces additional
aerodynamic drag, which diminishes the overall fuel savings obtained through the use of
the ORC unit. Similar thermal management challenges are encountered in other emerg-
ing propulsion concepts, such as those featuring multi-megawatt electric power convert-
ers and motors, as well as fuel cells. This study presents the development of a lumped
parameter model for ram air ducts and proposes guidelines for the design of this compo-
nent. The ram air duct housing the condenser of a bottoming ORC unit recovering exhaust
heat from a turboshaft engine is analyzed as a representative case study. A duct lumped
parameter model (LPM) is developed based on first-principle relations and empirical cor-
relations to predict key performance metrics. The model accuracy is assessed against the
results of 2D RANS simulations, in which the heat exchanger is modeled as an anisotropic
porous medium. Discrepancies between the initial lumped parameter model and CFD re-
sults prompted the development of improved sub-models of the duct components to better
capture diffuser performance, heat exchanger integration effects, and the impact of flow
maldistribution at the inlet of the heat exchanger. The predictions of the improved lumped
parameter model show strong agreement with the CFD results, with average deviations in
the estimated net drag of -0.16% and total pressure losses within 2.1%. A sensitivity analy-
sis is conducted to quantify the influence of design variables, such as mass flow rate ratio,
diffuser area ratio, and tilt angle of the heat exchanger, on net drag. The outcomes of the
sensitivity analysis are confirmed by the results of an optimization study in which the op-
timal design of the duct and the heat exchanger is addressed simultaneously for various
maximum duct lengths. Key findings include: (i) maximum thrust production is achieved
when the available duct space is fully utilized, with optimal designs characterized by high
mass flow rate ratios, large diffuser area ratios, and tilt angles approaching 70°; (ii) op-
timal heat exchangers feature high porosity, in excess of 80%, as their design is primarily
driven by the need to minimize pressure losses in the ram air; and (iii) the optimization
of the preliminary heat exchanger and duct designs can be decoupled. These results, to-
gether with the results of the optimization study, inform practical guidelines for the design
of low-drag ram air ducts for the thermal management systems on board next-generation
aircraft.
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5.1. INTRODUCTION
As discussed in Chapter 1, one of the major challenges associated with airborne organic
Rankine cycle waste heat recovery units is the design and integration of compact heat
exchangers into the propulsion system and airframe. An extensive review of the various
technical options for the cooling of airborne thermal systems is provided by [1]. Among
the possible solutions, ram air cooling stands out as the most suitable method for cooling
the ORC unit condenser, primarily due to its relative simplicity and ease of implementa-
tion. However, the use of ram air can lead to an increase in the overall drag of the aircraft,
which can offset the fuel savings achievable through the ORC system. At the same time,
the increase in ram air temperature across the condenser can be exploited to reduce drag
or even generate net thrust [2], provided that the pressure losses in the ram air duct are
minimized. This phenomenon is also known as the Meredith effect.

Ram air duct design is critical not only for airborne ORC units, but also for novel
propulsion systems, such as those featuring multi-megawatt electric power converters
and motors, as well as fuel cell-based propulsion systems [1], [3], [4]. For instance, the
preliminary design of the thermal management system (TMS) for a vertical takeoff and
landing (VTOL) electric aircraft is detailed in [5]. The drag associated with the TMS sys-
tem is calculated by subtracting the thrust generated by the nozzle from the theoretical
ram air momentum at the duct inlet. The intake is modeled as a concentrated pressure
drop source corresponding to 1% of the freestream total pressure. The HX size and its
design specifications were optimized to minimize TMS weight and ram air drag under
different flight conditions.

The authors in [4] implemented a lumped parameter system model of the ram air
cooling duct of the thermal management system (TMS) of a 1 MW proton exchange
membrane fuel cell (PEMFC) powered propulsion system. The radiator is a tube bun-
dle with louvered fins and is placed aft of a dedicated fan, with a 0° angle with respect to
the mean airflow direction. The duct model is based on first-principle energy and mo-
mentum balance, with nozzle and diffuser performance characterized by fixed adiabatic
efficiencies and the radiator modeled using a specified drag coefficient. The duct model
was used to conduct a parametric study to establish the impact of the primary TMS de-
sign parameters on the ram air duct thrust. Their results show that duct losses primarily
influence the duct net drag. However, the authors demonstrate that it is feasible to re-
duce and even cancel the drag of the TMS by increasing the radiator exit temperature.
However, the authors did not assess the accuracy of their ram air duct model, nor the
effect of key duct geometry design variables on the system performance.

The research work reported in Ref. [6] deals with the conceptual design of the TMS
of a nacelle-integrated fuel cell stack powering an electric regional aircraft. The results
of this study show that the HXs are the bulkiest components and the most critical for
system efficiency, given their impact on system drag. Different TMS design options were
explored by varying the size, number, and location of HXs and air intakes, and the power
capacity of the compressors. After selecting the HX geometry, 2D CFD numerical simula-
tions of the cooling duct were performed for each of the proposed system configurations.
The HX in the duct was modeled as just an array of flat tubes [7]. The use of guide vanes
to redirect the flow at the inlet of the heat exchanger can result in lower total pressure
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losses and improved performance if the HXs feature large frontal areas and are installed
with a high inclination angle. Moreover, results indicate that longer ducts allow for a
more uniform flow at the HX inlet, and that HX designs with low pressure drops are key
to mitigating the drag of the TMS.

The use of CFD models to assess the performance of ram air cooling ducts is ham-
pered by the high computational cost of the simulations, primarily due to the fine meshes
required to resolve the flow within the HXs accurately. To mitigate this problem, several
methods have been proposed in the literature that allow for simulating the flow through
a heat exchanger without the need to resolve the flow within the complex core geome-
tries of these devices in detail.

For instance, a body force modeling approach can be used for simulating the pres-
ence of a compact HX in a fuselage-mounted ram air cooling duct [8]. The HX geometry
is not included in the simulation domain, and the pressure drop and heat transfer occur-
ring in the device are modeled by means of specialized additional terms in the Navier-
Stokes equations. Similarly, Porous media models (PMM) are another promising ap-
proach that has been gaining momentum to perform CFD simulations of ducts housing
HXs. The fundamental element of a PMM is the unit cell, namely the smallest element
characterized by a uniform porosity inside the computational domain. Within each unit
cell, the flow and the HX core material are treated as a single entity. Similarly to the
body force modeling approach, specific source terms are included in the Navier-Stokes
equations to model the pressure drop and enthalpy change in the fluid flow [9]. Several
formulations of these source terms, with varying levels of complexity, have been pro-
posed in the literature. For instance, the authors in Ref. [10] used a 2D PMM approach
to simulate an airflow through finned tube bundle condensers. A constant heat source
was imposed in each unit cell to model the heat transfer process. The results show that
the drag coefficient of the bundle is a function of the core porosity. At the same time, the
study reports that different HX core geometries can have a comparable performance, as
long as they have similar porosity. Musto et al. [11] used a similar PMM method to simu-
late the presence of an oil cooler in a ram air duct of a turboprop-powered small aircraft.
The coefficients of the momentum loss term in the momentum equation and the volu-
metric source term in the energy equation were calibrated based on experimental data
provided by the HX manufacturer. The results indicate that the presence of the cooler in
the ram air duct homogenizes the airflow velocity, pressure, and temperature distribu-
tions. A more detailed and generalized porous medium model for the simulation of heat
exchangers of aero engines is documented in [12]. The model features a 2D anisotropic
formulation of the Darcy–Forchheimer pressure drop source term, allowing for a precise
representation of the pressure drop across the HX core in the various flow directions.
To predict the heat transfer rate, a heat transfer model that estimates the flow Nusselt
number in each cell of the PM is used in place of a constant volumetric heat transfer rate
source term. This model requires as input the wall temperature of the HX to estimate the
local temperature difference and subsequently determine the heat transfer rate. Thus,
contrary to models with constant heat source terms, the method reported in Ref. [12]
allows for capturing local changes in the heat transfer coefficient within the HX core as
a function of the flow conditions even during off-design operation. The same PMM was



5.2. TEST CASE

5

125

subsequently used to optimize an elliptical tube bundle HX harvesting thermal energy
from the exhaust gases of an aero engine [13].

The authors in [14] formulated the porous media governing equations in cylindrical
coordinates to calculate the pressure drop associated with the flow through a bundle of
serrated fin tubes. The developed PMM allows for the accurate capture of the flow resis-
tance of a single finned tube. Results show that the PMM predicts pressure losses that
are less than 10% lower than the experimental data, and 5% larger than the predictions
of 3D RANS simulations over a wide range of Reynolds numbers. The deviation between
the PMM and the 3D RANS model is reduced to less than 1% if the tube bundle features
six or more finned tubes. At the same time, the mesh size used for the PM model was 15
times smaller than that used for the 3D RANS simulations.

In summary, the literature shows that the use of a PM can be very effective for model-
ing the thermohydraulic performance of HXs, as well as for predicting the flow field be-
fore and after the HX core if (i) sufficient accurate data is available to calibrate the source
terms of the porous media models, and (ii) the unit cell size is significantly smaller than
the overall HX size [15]. Despite the studies reported above, the literature currently does
not provide consolidated guidelines for the optimal design of ram air ducts for the cool-
ing of airborne thermal systems. Moreover, the validity range and degree of accuracy of
the lumped parameter models used for the conceptual design of such systems remain
uncertain. In this context, the goals of the present work are to (i) identify how different
geometrical parameters of the duct affect the drag, (ii) assess the degree of accuracy of
a lumped parameter model of the duct by comparing its predictions against the results
of 2D CFD simulations, and (iii) provide optimal design guidelines for cooling ducts of
airborne WHR units.

This Chapter is structured as follows. First, the case study, namely the modeling of
a ram air duct housing the condenser of an ORC WHR unit of a combined cycle tur-
boshaft engine, is presented. Next, the methodology section outlines the lumped pa-
rameter model of the duct and the corresponding 2D RANS model, in which the HX is
treated as a porous zone. Finally, the results section presents the comparison between
the predictions of the lumped parameter model and those of the CFD simulations, and
the modifications suggested for the improvement of the former. Furthermore, the im-
proved lumped parameter model is used to perform a sensitivity study to assess the
influence of the main design variables of the duct on net drag, and to investigate the
variation of the duct optimal design depending on the assumed maximum duct length.

5.2. TEST CASE
The present investigation focuses on the simulation and preliminary design of a ram air
duct that houses the condenser of an ORC WHR unit harvesting thermal energy from
the exhaust gases of the turboshaft engines powering the ONERA Dragon aircraft [16].
As detailed in Ref. [17], the proposed propulsion system configuration employs two
combined-cycle turboshaft (CC-TS) engines housed in pods aft of the aircraft. The power
units supply electrical power to distributed, electrically driven ducted fans installed un-
der the wing of the plane. According to the findings of the feasibility, whose outcome
is discussed in Sec. 3.4.2, the performance of the combined-cycle engine is strongly af-
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fected by the drag caused by the ram air cooling duct.
Figure 5.1 illustrates how the ram air duct is integrated within the nacelle of the tur-

boshaft engines. Each engine is equipped with two ram air ducts symmetrically posi-
tioned above and below the midplane of the nacelle. Moreover, each duct has a constant
width WD of 1.5 m, ingests about 7 kg/s of ram air, and houses a condenser that rejects
740 kW of thermal energy into the ram air stream. The operating conditions chosen as
the design point of the ORC WHR unit and the ram air duct correspond to aircraft cruise
(M0 = 0.78) at an altitude of 10 km for an ambient temperature equal to ISA +15.

Figure 5.1: Sketch illustrating the integration of the WHR unit ram air duct within the nacelle of the combined-
cycle turboshaft engine.

5.3. METHODOLOGY

5.3.1. RAM AIR DUCT LUMPED PARAMETER MODEL
The main components of the ram air duct of the ORC bottoming unit are the intake,
the diffuser, the condenser, and the convergent nozzle. Figure 5.2 provides a schematic
representation of the ram air duct model, highlighting its main sections and geometric
parameters. The model inputs are the air mass flow rate, the free stream conditions,
the thermodynamic state of the working fluid at the inlet and outlet of the condenser,
and the duct design variables, namely the mass flow rate ratio MFR= ṁ/ṁ0, the diffuser
area ratio AR, and the HX inclination angle θ. The geometric parameters indicated in
orange within the figure are estimated based on the input values, assuming that the tilt
and tilt-back lengths, namely L3 and L5, are equal. Moreover, the intake captured area
corresponds to the diffuser inlet area, thus H1 = H2. For this reason, the length of the
intake channel L1 is taken equal to zero. Conversely, the length of the diffuser L2, the
heat exchanger depth L4, and the nozzle length L6 are outputs of the model.

The first component of the duct is a subsonic scoop intake that captures the ram air
mass flow rate ṁ. This airflow then enters the diffuser in station 2. The intake height H1

is determined based on the required mass flow rate. Once the intake geometry is known,
the flow quantities in station 2 are calculated along with the total gross drag of the duct,
Dg, based on the assumption of complete deceleration of the ram air. The drag caused by
the intake can be split up into multiple contributions, namely the ram, spillage, datum,
skin friction, and diverter drag components. Each contribution is modeled according to
the methodology outlined in [18]. The performance of the intake is significantly influ-
enced by the design mass flow rate ratio (MFR), which represents the fraction of mass
flow ingested by the intake relative to the mass flow that would pass through the inlet
forward projected area. The intake MFR is typically a design variable and is set to a value
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Figure 5.2: Conceptual representation of the ram air duct geometry highlighting the main geometrical vari-
ables of the model.

less than one. It follows that the incoming air stream undergoes a compression process
ahead of the intake, with a consequent reduction in the airflow velocity. This process is
assumed to be isentropic. Thus, the intake inlet Mach number M1 is calculated from the
following equation

M1

MFR

(
1+ γ−1

2
M 2

1

) −γ−1
2(γ−1) −M0

(
1+ γ−1

2
M 2

0

) −γ−1
2(γ−1) = 0 . (5.1)

The advantage of choosing an MFR value lower than one is a decrease in the total pres-
sure losses inside the ram air duct due to the lower flow velocity. However, the drawback
is that a portion of the airflow mass flow rate at station 0, equal to 1− MFR, does not
enter the duct, and thus is forced to deviate and flow around the intake, resulting in the
so-called spillage drag. Therefore, the optimal choice of MFR depends on a trade-off
between internal and external losses; consequently, its optimal value is case-dependent.

The intake is followed by a planar diffuser that slows down the flow (section 2 to 3 in
Figure 5.2). The corresponding static pressure increase is estimated as

P3 −P2 = q̄2ϵ̄0

(
1− 1

AR2

)
(5.2)

where ϵ̄0 is the diffuser effectiveness and q̄2 is the mass-averaged dynamic pressure at
the diffuser inlet. The effectiveness ϵ̄0 represents the fraction of static pressure recovery
achieved in the diffuser compared to an ideal component with no flow separation or
losses and is defined as

ϵ̄0 = 1

E 2
2

1−
(

E2
E3AR

)2

1−AR−2

 . (5.3)

E2 and E3 in Eq. 5.3 are the effective area fractions at stations 1 and 2, respectively. These
are defined as

E = A
∫ A u

max(u)
dA = ū

Umax
, (5.4)

and represent the portion of the cross-sectional area that would be required if the flow
had a uniform velocity equal to the maximum one Umax at the given station along the
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duct. Thus, E is the ratio of the average velocity and maximum velocity and is a measure
of the flow non-uniformity at a given cross-section. The effective area fraction at the
diffuser inlet can be computed by knowing the boundary layer thickness δ∗2 as

E2 = 1− 2δ∗2
H2

. (5.5)

Since the diffuser is essentially exposed to undisturbed freestream flow, the boundary
layer thickness at its inlet is extremely small. Assuming sharp inlet lips of 1 cm in length
and laminar flow, the boundary layer thickness at the diffuser inlet can be estimated
according to Blasius solution, which yields 2δ∗2 /H2 = B2 ≈ 0.3%. E3 is, instead, calculated
according to the correlation derived by Sovran and Klomp [19] for subsonic diffusers,
based on the area ratio and the value of E2, and assuming to design this component
for the highest pressure recovery in the prescribed dimensionless length. Regarding the
geometry of the diffuser, this is determined based on the specified area ratio (AR) and
the performance charts for planar diffusers originally developed by [20] and used as the
foundation for the work in Ref. [19]. Notably, the authors in [20] report the optimal half-
angle of the diffuser as a function of the non-dimensional length. This information is
sufficient to calculate the diffuser length L2, as the optimal geometry is independent of
the boundary layer thickness. As far as the heat exchanger is concerned, the height H4 is
calculated as

H4 = H2 AR

cos(θ)
(5.6)

where the tilt angle θ is defined as the angle between the heat exchanger frontal area
plane and the vertical direction (see Fig. 5.2). Larger tilt angles enable the design of HXs
with larger frontal areas for a fixed maximum duct cross-sectional height. This results
in lower air-side inlet velocities and, in theory, lower air-side pressure drops. However,
larger θ angles imply a higher flow deflection in front of the HX core and, consequently,
an additional pressure loss in the duct. An experimental investigation on the pressure
drop associated with this flow turning is reported in Ref. [21] for a tilted intercooler. For
simplicity, the HX inlet conditions on the air side are estimated in the lumped param-
eter model assuming that the pressure loss due to the flow turning in front of the con-
denser is lumped at the inlet of this component and that an isentropic process occurs
between station 3 to station 4. The total pressure loss is evaluated, to a first approxima-
tion, by multiplying the pressure drop in the HX core by an empirical factor obtained by
fitting the experimental results reported in [21] as a function of the inlet air velocity. The
depth of the HX L4, as well as the associated temperature increase and pressure drop in
the airflow, are estimated using the condenser sizing model discussed in the next sec-
tion. Downstream of the condenser, the flow accelerates in the tilt-back region between
sections 5 to 6 in 5.2. This process is assumed to be isentropic, in analogy to the sim-
plification adopted for the diffusion process occurring in front of the HX. The pressure
losses due to the flow turning in the tilt-back region are negligible if compared to those
occurring in the other sections of the duct. Finally, the airflow momentum Fn at the duct
outlet is computed by solving the expansion process in the nozzle. The total pressure
loss associated with this process is mainly due to viscous effects [22]. Assuming a one-
dimensional flow, the variation of total pressure along the nozzle can be expressed in a
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differential form as
dP 0

P 0 =−γ
2

M 2 ft
Pw

As
dx (5.7)

where ft is the turbulent friction coefficient estimated according to the methodology re-
ported in Ref. [23] and Pw /As is the ratio between the perimeter and the cross-sectional
area of the duct. The total pressure ratio of the nozzle thus reads

ηp7 = 1+
∫ 7

6
−γ

2
M 2 ft

2

WD

(
WD

H(x)
+1

)
dx. (5.8)

The effect of flow misalignment with respect to the drag direction is considered neg-
ligible for symmetric nozzles [22]. The net drag of the duct Dn can be calculated by
subtracting the nozzle uninstalled thrust from the gross drag of the duct as

Dn = Dg −ṁ

√√√√√ 2γ

γ−1
R T5

0

1−
(

P7

ηp7P5
0

) γ−1
γ

, (5.9)

where ṁ is the airflow mass flow rate that passes through the duct. Finally, the length of
the nozzle L6 is estimated assuming a fixed half-angle of 15°.

CONDENSER MODEL

The rating and sizing of the condenser of the ORC unit are performed using the software
HeXacode introduced in Chapter 3. The accuracy of this tool has been verified by com-
paring its prediction with those of a commercial code for HX preliminary design [24] and
against experimental data as reported in Section 3.3. The thermohydraulic correlations
used for the sizing and rating of the condenser are listed in Ref. [25]. The sizing routine
takes the frontal area of an HX as input, while the depth of the HX core L4 is calculated to
meet the design specifications. For the condenser topologies considered in the present
work, this entails determining the number of microchannels of width wmc within the flat
tubes according to Eq. 3.11. The output of this procedure includes the heat exchanger
size, mass, and pressure drops on both fluid sides. The HX sizing model is part of the
procedure implemented for the preliminary design of the duct. HeXacode is also used
to solve HX rating problems: the heat duty Q̇ and pressure drops are determined given
the specified geometry, size, and inlet flow conditions on both fluid sides. The rating
model is used to generate the calibration curves required to tune the heat and momen-
tum source terms of the porous zone of the CFD model of the duct.

Two condenser topologies featuring flat tube and microchannels have been investi-
gated in this work. These topologies differ in the type of fins employed on the outer sur-
face of the flat tubes, namely louvered (ft-lf) or offset-strip fins (ft-osf). Figure 3.11 shows
a sketch of these topologies, highlighting their main geometrical parameters. These fin
types allow for high levels of heat transfer area compactness, exceeding 1100 m2/m3,
at the expense of larger pressure drop per unit length compared to plain fins [26]. The
working fluid flows through rectangular-shaped microchannels inside the flat tubes in a
cross-flow arrangement with respect to the airflow direction.
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5.3.2. CFD MODEL OF THE DUCT
The CFD model of the ram air duct has been implemented by resorting to a 2D steady-
state RANS solver of a well-known commercial fluid dynamics simulation software [27].
The presence of the heat exchanger in the duct is simulated by means of a porous media
model. The boundary conditions of the numerical simulations are the total pressure
and temperature at the duct inlet and the outlet static pressure. The mass flow rate, inlet
static pressure, and outlet total pressure are thus outputs of the CFD simulations. The
following sections describe the porous media model of the condenser and its calibration
methodology, followed by the details of the overall numerical simulation setup.

POROUS MEDIA MODEL OF THE HX
The ORC condenser is modeled as a 2D anisotropic porous zone having the same di-
mensions as the heat exchanger of the lumped parameter model. The porous zone is
characterized by a constant porosity α, representing the portion of the condenser vol-
ume occupied by the airflow. The flow entering the porous zone is forced to accelerate
such that the velocity increases by a factor of 1/α, as a consequence of the cross-section
reduction caused by the HX. The value of α depends on the HX core geometry.

The momentum and energy conservation equations in the porous zone account for
additional source terms that, respectively, model the pressure drop (Sm) and heat trans-
fer (Se ) occurring on the air side of the heat exchanger [9]. The general form of the gov-
erning equations [28] in the porous zone reads

∂ρ

∂t
+ ∇· (ρv⃗

)= 0 (5.10)

∂(ρv⃗)

∂t
+∇· (ρv⃗ v⃗

)=−∇P +∇· ¯̄τ+ S⃗m (5.11)

∂

∂t

(
αρE + (1−αρsEs)

)+∇· (v⃗(ρE +P )) =∇· ( ¯̄τ · v⃗)+∇· (k∇T )+Se . (5.12)

The momentum source term is defined based on the Darcy-Forchheimer quadratic drag
law as described by [12], i.e.,

S⃗m =−
(
µ

¯̄K
v⃗ + ρ

2
¯̄F |v⃗ |v⃗

)
, (5.13)

where ¯̄K is the matrix of specific permeability in each flow direction and ¯̄F is the Forch-
heimer drag matrix of the porous media model. The flow through the chosen HX topolo-
gies can be considered one-dimensional, as the flat tubes act as a flow straightener. To
enforce this flow characteristic in the porous zone, the specific permeability in any di-
rection other than the one normal to the HX frontal area is set to values close to zero. The
corresponding flow resistance in the transversal direction is three orders of magnitude
higher than that through the HX core.

As a result, the flow through the porous zone is essentially one-dimensional and
aligned with the major axis of the flat tubes. Thus, only two coefficients in Eq. 5.13,
namely Kxx and Fxx , require calibration. The energy source term models the heat trans-
fer rate in the condenser as proportional to the difference between the local fluid tem-
perature Tb and the wall temperature Tw, the heat transfer area density β, and the local
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heat transfer coefficient, which can be expressed in the form of a Nusselt-Reynolds num-
ber correlation [12]. The energy source term for each cell reads

Se = a Ren k(Tb)Pr 1/3(Tw −Tb)β d−1
ref , (5.14)

where the fluid thermal conductivity k is a function of the local cell bulk temperature
and dref is the air-side hydraulic diameter, which depends on the HX core geometry. Note
that the core temperature Tw is fixed to a constant value corresponding to the average
temperature of the metal walls predicted by the rating model of the HX being simulated.
The same model is used to calibrate the coefficients a and n in 5.14 as well as the coef-
ficients Kxx and Fxx in 5.13. More in detail, for each test case, the rating model of the
condenser is used to estimate the overall pressure gradient across the HX ∆P/Z and the
mean air-side heat transfer coefficient for a range of air inlet conditions. The working
fluid side inlet conditions are instead kept constant and set to the values obtained from
the system optimization performed by [17]. The coefficients of the source terms of the
porous media model are estimated through a non-linear least squares fit of the func-
tions defined by Equation 5.13 and 5.14 to the predictions of the rating model. In this
calibration process, the local air temperature Tb and density are replaced with the mean
values of these quantities between the inlet and outlet of the condenser. Note that the
pressure drop calculated by the rating model of the condenser also includes the pressure
recovery at the HX core outlet [29]. This contribution has to be excluded when calculat-
ing the pressure gradient across the HX for the calibration of the porous media model, to
avoid underestimating the overall pressure drop in the airflow in the CFD simulations.
To verify the calibration of the porous zone, the results of 2D inviscid simulations for a
simple straight duct housing the condenser are compared to the data points obtained
using the condenser rating model for a range of air inlet conditions. Figures 5.3 and 5.4
illustrate this comparison for the total pressure drop per unit core length and total tem-
perature increase in the airflow, respectively. The match is deemed satisfactory because
the mean relative deviations in pressure drop and temperature increase are smaller than
the inherent uncertainty of the rating model of the condenser.
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Figure 5.3: Comparison of the pressure gradient
calculated by the PMM with the calibration data.
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calculated by the PMM with the calibration data.
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NUMERICAL SIMULATION FRAMEWORK

The CFD model is solved by means of multiblock grids generated using the Ansys Mesh-
ing tool. The mesh is structured within all duct zones except for the tilt L3 and tilt-back L5

regions, in which an unstructured mesh with triangular elements is used. A no-slip con-
dition is imposed on all the duct walls except those of the porous zone. On the walls of
this zone, a slip condition is used, since the resistance to the flow is governed by the mo-
mentum source term 5.13. The shear stress transport (SST) turbulence model is adopted
in the duct flow domain [30]. This model has been preferred as it is generally considered
to provide better predictions of flow separation in adverse pressure gradient conditions
compared to other models that rely on wall functions such as the k-ϵ model [31]. This
choice of the turbulence model for the CFD simulation of a duct housing an HX modeled
as a porous zone is further supported by the validation study performed by [32], which
showed good agreement between the numerical results and the experimental data for an
aero engines intercooler. Regarding the solution method, the RANS simulations are per-
formed utilizing a pseudo-time step method with automatic time step control and set-
ting the residual convergence threshold equal to 10−5. The fluid is modeled as an ideal
compressible gas featuring temperature-dependent properties. These are estimated us-
ing polynomial curves calibrated by fitting data generated utilizing the thermodynamic
property library CoolProp [33].

To assess the suitability of the adopted mesh, a grid independence study is carried out.
The test case considered for this purpose is that of a duct with an intake area ratio of
0.7, a diffuser area ratio of 3.6, and an offset-strip fin heat exchanger inclined at 70 de-
grees. The monitored model outputs are the total pressure drop, the temperature in-
crease within the duct, and the effective area fraction at the diffuser exit E3. The reason
for this choice is that the primary objective of the model is to predict the net drag of the
ram air duct. Such quantity is closely related to the total pressure losses across the var-
ious duct components, as well as to the temperature increase in the airflow across the
condenser, which can be exploited to accelerate the flow through the nozzle. The effec-
tive area fraction E3 is representative of the flow non-uniformity at the diffuser exit, a
factor that significantly affects the heat exchanger performance. Figure 5.5 reports the
relative difference δf,c in total pressure drop, total temperature increase, and effective
area fraction obtained with meshes of different sizes compared to the finest mesh. The
various grids were generated by applying refinement ratios ranging from 1.3 to 1.6. The
results indicate that the grid size has a weak influence on the estimate of total tempera-
ture at the duct outlet and the effective area ratio, while its impact on the total pressure
drop prediction is significant. The mesh featuring 1.1M cells is deemed the best com-
promise between computational cost and accuracy, as the deviation in the estimate of
the total pressure loss with respect to the result obtained with the finest mesh is less than
2%, while the simulation time is appreciably lower. Thus, the mesh with 1.1 M cells has
been selected for the simulations performed in this study.

The CFD model mesh features a uniform inflation layer which is characterized by a thick-
ness of five times the internal mesh element size, a growth rate of 1.2, and 34 layers. This
ensures a smooth transition to the internal mesh. The y+ values are lower than one in the
whole flow domain for solving the viscous sublayer with adequate resolution. Regarding
the porous media model, the characteristic element is the so-called representative ele-
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Figure 5.5: Mesh sensitivity study displaying the relative difference in key flow properties δf,c compared to the
results obtained with the finest mesh.

mentary volume (REV), which must be sufficiently large for the averaged flow properties
within it to be independent of its size, yet significantly smaller than the overall dimen-
sions of the porous media domain [9]. The cell size of the porous zone representing the
heat exchanger has to be smaller than or, at most, equal to the smallest characteristic
length of the REV [34]. However, if the cell size approaches this characteristic dimen-
sion, numerical instabilities occur, and the solutions deviate more from experimental
data or the results of high-fidelity CFD simulations [34]. For the two-dimensional sim-
ulations performed in this work, the smallest characteristic length of the REV is the flat
tube pitch. An optimal balance between computational time and numerical stability was
found using porous zone cells with a size equal to one-tenth of this characteristic REV
dimension.

5.3.3. VERIFICATION OF THE LUMPED PARAMETER MODEL AGAINST CFD
SIMULATIONS

The accuracy of the lumped parameter model is assessed by comparing its results with
the predictions of CFD simulations conducted for several duct designs. Figure 5.6 il-
lustrates the procedure adopted to generate a database of solutions for the comparison
of the two modeling approaches. To ensure a fair comparison, the geometry, boundary
conditions, and air mass flow rate must be consistent between the two models. This
is achieved for each combination of design inputs being analyzed by first running the
lumped parameter model in sizing mode, thereby defining the full duct geometry used
to generate the CFD model mesh. However, when the corresponding CFD simulation
is run, the solution converges to an inlet static pressure and mass flow rate that differ,
though to a limited extent, from the values specified as input to the lumped parameter
model. To resolve the discrepancy, the lumped parameter model is rerun in rating mode,
as this calculation mode allows for imposing the inlet conditions of interest. Since the
inlet pressure is not a direct input of the lumped parameter model in this case either, its
value is matched to that determined in the CFD simulation by adjusting the intake mass
flow rate ratio.
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The design vector XD = {ṁ/ṁ0,θ, AR} is uniformly sampled within the bounds de-
fined by the lower bound vector LB = {0.5,50,2} and the upper bound vector LB = {0.7,70,4}.
These limits reflect the validity range of the various correlations adopted in the duct
lumped parameter model as well as the expected design space of the duct for the consid-
ered application, namely the combined-cycle turboshaft engine studied by Krempus et
al. [17]. The design space exploration is performed by taking 5 samples for each design
variable of the duct, resulting in a total of 125 unique design combinations. However,
not all of these combinations are feasible or of practical relevance. For instance, designs
involving high MFR values and relatively low inclination angles of the condenser lead to
excessive airflow velocities at the heat exchanger inlet that may exceed the validity range
of the correlations adopted in the HeXacode condenser model. As a result, only approx-
imately half of the initial 125 combinations have generated valid solutions. Given that
the choice of the HX geometry has a negligible impact on the accuracy of the duct LPM,
the HX core geometry is held constant across all simulations run to generate the solu-
tion database. Specifically, the condenser consists of a flat tube micro-channel HX with
offset-strip fins featuring a thickness of 0.18 mm, a height of 12 mm, a pitch of 2 mm,
and a depth of 4 mm.

Figure 5.6: Flow chart of the procedure for generating the database used to compare the predictions of the
lumped parameter model with the results of CFD simulations.

5.4. RESULTS & DISCUSSION

5.4.1. ACCURACY OF THE DUCT LUMP PARAMETER MODEL
The figure of merit considered to evaluate the performance of the various ram air duct
design solutions is the thrust ratio TR = Fn/Dg −1. This metric reflects the aerodynamic
efficiency of a design: a TR value of zero implies a neutral impact of the ram air duct on
the aircraft aerodynamics, while positive and negative values indicate net thrust or drag,
respectively. Figure 5.7 reports the thrust ratio predicted by the CFD model for a range
of duct configurations differing in terms of intake mass flow rate ratio MFR, diffuser area
ratio AR, and HX inclination angle θ. The results indicate that (i) the TR increases with
both AR and θ, but tends to plateau at higher values of these design variables if MFR
exceeds 0.55, (ii) the impact of the inclination angle θ on TR is more pronounced at lower
AR values, and (iii) increasing MFR positively affects the TR at high inclination angles,
whereas the opposite trend is observed at low θ.
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Figure 5.7: Thrust ratio resulting from the CFD
simulations for different duct designs.
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The accuracy of the lumped parameter model in predicting the overall thrust or drag
of the ram air duct is assessed by comparing the TR values predicted by this model to
those estimated by the CFD simulations across a range of different duct designs. As
shown in Figure 5.8, the predictions of the two models are closely aligned over the entire
design space, with an average deviation of only 0.24% and a standard deviation of 0.38%.
More specifically, the LPM tends to slightly underpredict TR for designs that generate
net drag, whereas the opposite trend is observed for the best-performing solutions that
enable net positive thrust. This overestimation becomes appreciable for TR≥ 2%, aver-
aging 0.42% of the total gross drag, with a standard deviation of 0.26%. By estimating
the maximum deviation as the average plus three times the standard deviation, results
indicate that the LPM may overestimate the thrust produced by each ram air duct by up
to 1.2% of the gross drag, equivalent to approximately 100 N for the two CC-TS engines
of the considered test case. This error is deemed acceptable in the context of propulsion
system preliminary design.

The small deviations in the estimate of the duct thrust compared to the CFD sim-
ulations do not necessarily imply that the LPM correctly predicts the flow conditions
within the ram air duct. To assess more in detail the predictive capabilities of the LPM,
the following quantities estimated by means of the two modeling approaches at the duct
stations highlighted in Figure 5.2 are compared: mass-weighted average velocity, Mach
number, total and static pressures, and temperatures. The comparison is performed for
the duct design solution that yields the highest net thrust among those subjected to a
maximum length constraint of 3 m. The chosen duct configuration features a condenser
installed with an inclination angle of 70 degrees. The fin topology is that of offset strip
fins with a height, pitch, and depth of 13 mm, 1.96 mm, and 4 mm, respectively. The
condenser is located downstream of a diffuser with an area ratio of 3.8. The CFD model
domain only encompasses the internal geometry of the duct, specifically from the dif-
fuser inlet (station 2) to the nozzle exit (station 7).

As shown in Figure 5.9, the LPM predicts a more uniform diffusion of the flow be-
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Figure 5.9: Per-station comparison between the results of the LPM (blue) and CFD simulations (red) in terms
of velocity, total & static pressures, and total & static temperatures.

tween section 2 to 4, whereas the CFD simulation indicates a more abrupt flow deceler-
ation in the diffuser, followed by a region where the average velocity remains nearly con-
stant (station 3 to 4). This discrepancy is due to the flow separation in the diffuser pre-
dicted by the CFD model as a consequence of the severe adverse pressure gradient. The
flow separation is evident in the velocity contour plot from the CFD simulation reported
in Figure 5.10. As the velocity magnitude decreases to below 50% of the inlet value, the
extent of the separation becomes so large that further increases in cross-sectional area
within the diffuser or tilt region have little to no effect on the flow. Subsequently, as the
flow is redirected through the HX core, the velocity decreases further and exhibits im-
proved uniformity. This reduction in velocity is accompanied by a total pressure loss at
the HX inlet, primarily resulting from the partial dissipation of the velocity component
transverse to the orientation of the flat tubes. A comparable localized total pressure loss
was reported by Patrao et al. [35] and is evident near station 4 in the total pressure distri-
bution shown in Figure 5.9. Across the HX, both models predict similar results, although
the total pressure loss estimated in the CFD simulations is systematically higher than
that predicted by the LPM. This discrepancy is attributed to the slightly elevated air ve-
locity at the HX inlet predicted by the CFD model. Similarly, as shown in Figure ??, both
models provide comparable temperature distributions throughout the duct. However,
the LPM tends to overestimate the total temperature increase in the condenser by ap-
proximately 2%. Such discrepancy can be attributed to the inability of the LPM to cap-
ture flow non-uniformity at the HX core inlet. Finally, both models predict small and
comparable total pressure losses as the flow accelerates downstream of the condenser,
from station 5 to 7.

To assess whether the discrepancies between the two modeling approaches identi-
fied in the station-by-station comparison are consistent and independent of the specific
test case analyzed, Figure 5.11 reports the total pressure losses calculated across the dif-
ferent duct sections as predicted by the LPM (on the x-axis) and the CFD model (on the
y-axis) for the whole database of duct designs. The comparison reveals that the LPM
does not accurately predict the losses in the diffuser (section 2 to 3) and the tilt region
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Figure 5.10: Velocity contour plot predicted by the CFD model.

in front of the HX (section 3 to 4). Specifically, the LPM consistently overestimates total
pressure losses in the diffuser, while it significantly underestimates losses in the tilt re-
gion. The average and standard deviation of these discrepancies are reported in the first
and third columns of Table 5.1, in which positive values imply that the LPM underesti-
mates pressure losses compared to the CFD simulation, while negative values indicate
the opposite. The second and fourth columns of the same table report the differences in
static pressure change across the diffuser and the tilt region, respectively. Results show
that, although the LPM overestimates total pressure losses in the diffuser, it predicts a
slightly higher static pressure rise compared to the CFD simulations. This occurs be-
cause of inaccuracies in the estimate of the pressure rise across the diffuser, which are
partially compensated by the excessive total pressure losses predicted by the model. In
contrast, the simple relations used in the LPM to predict total pressure in the tilt region
upstream of the condenser result in a substantial overestimation of the conversion of
dynamic pressure into static pressure.
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Figure 5.11: Total pressure losses between the main ram air duct stations based on the adopted modeling
approach. The results of the CFD model are on the y-axis, while the results of the LPM are on the x-axis.

The heat exchanger is the primary source of total pressure loss within the duct, with
values ranging from approximately 350 Pa to nearly 3900 Pa, as shown in Figure 5.11. The
LPM predicts total pressure losses across the HX that are, on average, 140±125 Pa lower
than those resulting from the CFD simulations. This deviation is larger for higher incli-
nation angles. Although the differences in the predicted total pressure loss in the duct
upstream of the condenser are smaller in magnitude than those relative to the HX core,
their impact on the estimated duct performance can be more significant. The reason
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Table 5.1: Average deviations in key flow quantities across the stations highlighted in Figure 5.2 computed by
subtracting the values predicted by the LPM from those resulting from the CFD simulations.

Average std. dev. Average std. dev.
δ∆P 0

2,3 -99 [Pa] 26 [Pa] δ∆P2,3 -21 [Pa] 25 [Pa]
δ∆P 0

3,4 275 [Pa] 120 [Pa] δ∆P3,4 -238 [Pa] 128 [Pa]
δ∆P 0

4,5 141 [Pa] 125 [Pa] δ∆P4,5 173 [Pa] 123 [Pa]
δ∆P 0

5,7 -23 [Pa] 18 [Pa] δ∆P5,7 -428 [Pa] 237 [Pa]
δ∆P 0

2,7 289 [Pa] 220 [Pa] δ∆P 0
2,7/∆P 0

2,7 CFD -16.9% 13.3%
δu7 -0.40 [m/s] 1.03 [m/s] δ∆P5,7/∆P5,7 CFD -4% 2.2%

thereof is that the airflow velocity and density at the HX inlet, which essentially dictate
the heat transfer and pressure losses occurring in this component, are directly influ-
enced by the flow conditions predicted at the diffuser and tilt region outlet. Notably, for
ducts with a thrust ratio (TR)≥ 3%, the LPM overestimates, on average, the temperature
increase across the HX by almost 2%. Conversely, the total pressure losses in the nozzle
have a lower impact on the flow established in the duct as they are low in magnitude and
only affect the thermodynamic states downstream of the condenser.

In summary, the errors in the individual sub-models of the LPM tend to offset one
another. The difference in total pressure loss across the entire duct predicted with the
two modeling approaches amounts, on average, to 17% of the total pressure loss calcu-
lated from the CFD simulation results. For the chosen test case, this corresponds to just
1.2% of the ambient pressure at cruise altitude. Although these differences are not large
enough to compromise the model accuracy in estimating flow momentum at the ram
air duct outlet during cruise conditions, and thus the power requirement of the CC-TS,
they may become critical when the LPM is used as a tool for ram air duct preliminary de-
sign in system optimization studies. In such a context, inaccuracies in predicting the HX
inlet conditions, particularly velocity and pressure, might lead to an overestimation of
the thermohydraulic performance of this component. The error may propagate through
the system model, for example, causing a misestimate of the working fluid condensation
temperature, thereby amplifying the overall uncertainty in the predicted system perfor-
mance.

The comparisons presented so far do not reveal how the individual duct design vari-
ables affect the accuracy of the LPM. Figures 5.12a and 5.12b show the differences in
total pressure and temperature at the duct exit, as predicted by means of the two mod-
eling approaches, as a function of the main design variables. Several conclusions can
be drawn from the analysis of these figures. First, the LPM tends to underestimate to-
tal pressure losses and overestimate the total temperature increase. These discrepancies
become more pronounced for high values of the inclination angle of the condenser. The
reason is that large values of θ lead to increasingly non-uniform flow conditions at the
HX inlet, whose negative impact on performance cannot be captured by the LPM. Sec-
ond, the relative deviations in total temperature increase are consistently smaller than
those associated with total pressure loss. This trend can be explained by the following
considerations. The total temperature at the HX exit is influenced by the local heat trans-



5.4. RESULTS & DISCUSSION

5

139

AR[−]
2.0

2.5
3.0

3.5
4.0θ

[°]
50

55

60

65

70

M
F

R
[-]

0.50

0.55

0.60

0.65

0.70

−30

−20

−10

0

10

20

30

(P
0 7,

C
F

D
−
P

0 7,
L

P
M

)/
P

0 7,
C

F
D

[%
]

(a) Relative total pressure deviations.

AR[−]

2.0
2.5

3.0
3.5

4.0

θ [°]
50

55
60

65
70

M
F

R
[-]

0.50

0.55

0.60

0.65

0.70

−4

−2

0

2

4

(T
0 7,

C
F

D
−
T

0 7,
L

P
M

)/
T

0 7,
C

F
D

[%
]

(b) Relative total temperature deviations

Figure 5.12: Difference in total pressure and temperature at the exit of the duct relative to the values predicted
via the CFD simulations.

fer coefficient, which scales with the flow velocity raised to an exponent less than one.
In contrast, the pressure drop is approximately proportional to the square of the flow
velocity. As a result, velocity non-uniformities have a more pronounced negative impact
on total pressure losses than on the heat transfer process. Third, the LPM often fails to
converge for low values of the diffuser area ratio AR and θ as the flow velocity entering
the HX corresponds to Re values exceeding the validity range of the heat transfer co-
efficient and friction factor correlations. Consequently, fewer data points are available
for comparison in such a region of the design space. This limitation, however, does not
compromise the applicability of the LPM for ram air duct preliminary design, as these
combinations of duct design variables typically correspond to solutions with high net
drag and are thus of limited practical relevance for aerospace applications. In contrast,
the choice of high condenser inclination angles and diffuser area ratios enables duct de-
signs characterized by high values of thrust ratio. However, in these cases, the accuracy
of the LPM is reduced due to the increased flow non-uniformity at the condenser inlet.

LUMPED PARAMETER MODEL OF IMPROVED ACCURACY

As discussed in the previous section, the largest deviations between the LPM and CFD
simulation results occur in cases where there is significant flow non-uniformity at the
HX inlet. The main reasons are:

• The diffuser in the LPM is treated as an isolated component. Thus, the calculated
effective area fraction E3 is independent of the flow conditions established in the
tilt region in front of the HX or at the duct inlet. In contrast, the CFD simulations
highlight that E3 reduces with high values of the HX inclination angle and mass
flow rate ratio (MFR). This decrease is proportional to θ and is amplified by both
the diffuser area ratio and the blocked flow area fraction at the duct inlet.

• The airflow total pressure loss and static pressure increase at the HX inlet (station 4
in Figure 5.2) depend not only on the HX inclination angle but also on the dynamic
pressure at the exit of the diffuser and the area ratio between the diffuser outlet
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and the HX inlet H4/H0. Moreover, Table 5.1 shows that the original tilt model
overestimates the static pressure at the HX inlet.

• The performance of the HX tends to deteriorate as the flow non-uniformity at the
inlet is larger, an effect that is neglected in the current implementation of the LPM.

These limitations of the LPM are addressed by proposing a new formulation for the
effective area fraction E3 in the diffuser model, by adopting a new total pressure loss
correlation for the tilt region, and by introducing two thermo-hydraulic performance
deterioration factors in the HX model. The objective is to better approximate the results
of the CFD simulations over the explored duct design space. Concerning the diffuser
model, the effective area fraction at the diffuser exit E3 is calculated as

E3 = E3,SK − τ( θ45 )ψMFR

e−(χAR(100B2)0.25−1)2 , (5.15)

where E3,SK is the effective area fraction estimated using the methodology detailed in
[19], while the coefficients τ = 0.0123, ψ = 0.780, and χ = 0.662 are estimated through
non-linear least squares fitting of the E3 values calculated from the CFD results. This
updated value of E3 is then used to calculate the static pressure recovery of the dif-
fuser using equations 5.2 and 5.3. Figure 5.13a compares the values of the effective area
fraction E3,SK estimated using the correlation proposed by Sovran and Klomp [19] with
those calculated based on the CFD simulation results and equation 5.15. Notably, since
E3 ≤ E3,SK, the average velocity at the diffuser exit will be higher than that predicted by
the original LPM. The validity range of the proposed correlation for E3 is the same as
the correlation in Ref. [19] for fully turbulent 2D ducts. However, equation 5.15 has only
been assessed for 45 ≤ θ ≤ 70 and 0.4 ≤ MFR ≤ 0.7.

The correlation for the estimate of the total pressure loss in the tilt region ∆P 0
θ

was
developed by fitting the results from the CFD simulations and reads

q̄3

∆P 0
θ

= a

(
sin(θ)

Ỹ

)b

+ c

(
∆PHX

q̄3

)d

, (5.16)

where ∆PHX is the pressure drop across the HX core, and

Ỹ = H4

H0
= AR

cosθ

(
ṁ0

ṁ

)
(5.17)

represents the dimensionless heat exchanger height. This dimensionless parameter is
defined by the three independent duct design variables and expresses the area ratio be-
tween the flow cross-sections at station 4 (at the HX core inlet) and station 0 (intake) of
the duct. The coefficients a, b, c, and d of Equation 5.16 that best fit the results of the
CFD simulations are 1.569, 0.312, 0.128, and 1.141, respectively. Given the set of duct de-
signs explored in this study, the range of validity of the proposed correlation is 45 ≤ θ ≤ 70
and 6 ≤ Ỹ ≤ 24. Figure 5.13b compares the ratio between q̄3 and the total pressure loss in
the tilt region as estimated with the original LPM (in orange), the CFD simulations (blue),
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and the new correlation (green) as a function of two parameters: the sine of the inclina-
tion angle θ over the dimensionless height, and the pressure drop across the HX core over
the dynamic pressure at the diffuser outlet. The total pressure drop across the tilt region
estimated with 5.16 is significantly higher than that predicted with the old LPM, and its
trend with θ is now consistent with the CFD simulations. Note that the calculation of the
static pressure and temperature at station 4 now requires an iterative procedure, since
the modified diffuser and tilt models need information about the performance of their
downstream component. Convergence is typically achieved in less than three iterations,
as the value of static pressure at station 4 is often very close to that at station 3.
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Figure 5.13: Effective area fraction E3 (a) and total pressure drop in the tilt region upstream of the HX (b) as
predicted by the original LPM (orange), CFD simulations (blue), and the modified LPM (green).

The HX lumped parameter model is modified to account for the effect of flow non-
uniformity at the inlet by defining two performance deterioration factors, namely ΓP =
∆P4,5/∆PHX and ΓT = ∆T4,5/∆THX. ΓP is the ratio between the actual pressure drop in
the HX and that which would occur in the same HX if the upstream flow is uniform.
Similarly, ΓT is the ratio of the actual temperature increase in the airflow over that which
would be achieved in case of flow uniformity at the HX inlet. The values of these factors
vary depending on both the extent of flow separation at the diffuser exit, represented by
E3, and the heat exchanger tilt angle θ, as shown in Figure 5.14. However, it is possible
to correlate the variation of ΓP and ΓT using a single regression parameter, namely the
effective area fraction projected onto the HX frontal area

Eθ = E3 cos(θ). (5.18)

The values of these empirical factors are estimated in the LPM by means of the following
analytical expressions

ΓP = p2
0

√
Eθ

ep1 Eθ
+p2 , and ΓT = t0(Eθ− t1)0.2 + t2 (5.19)
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The coefficients that best fit the numerical data are p = [4.86,12.75,0.95] and t = [0.17,0.15,0.865]
for 0.22 ≤ Eθ ≤ 0.58. Figure 5.15 shows the trend of the performance deterioration factors
with Eθ and the predictions of the fitted polynomials.

Though the values of the coefficients of the correlation in Equation 5.19 are, in principle,
independent of the specific HX type, they may require a recalibration when simulat-
ing HXs with characteristics significantly different from those considered in this study.
However, the correlation remains accurate for different HX topologies provided that (i)
the HX has a high porosity, i.e., α≥ 0.7, and (ii) the airflow through the HX is essentially
one-dimensional, and (iii) the air pressure drop range is similar to that of the condensers
analyzed in this study.

The accuracy of the modified LPM is assessed by comparing its predictions with the
results of the CFD simulations. To this purpose, the LPM is run in rating mode to re-
produce all the test cases analyzed with the CFD model. The improved model no longer
overestimates the thrust of the best-performing ducts. The average deviation in the pre-
dicted TR decreases from 0.42%±0.26% to −0.16%±0.13%. More importantly, the LPM
provides an accurate estimate of the flow conditions within the ram air duct, as demon-
strated in Table 5.2, which reports the average discrepancy and the corresponding stan-
dard deviation between the two models in the estimate of the total pressure loss and
static pressure variation across the main stations of the duct, and the airflow velocity at
the duct outlet. Compared to the results shown in Table 5.1, the average differences be-
tween the two models and the related standard deviations decreased significantly, except
for the velocity at the duct outlet. Furthermore, the total temperature increase across the
HX is now predicted with deviations consistently below 0.1% regardless of the duct ge-
ometry.
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Table 5.2: Average difference and corresponding standard deviation computed by subtracting the values pre-
dicted by the improved LPM from those estimated based on the CFD simulation results. The compared flow
quantities are the total pressure loss∆P 0, the static pressure change∆P across the main stations of the duct as
indicated in Figure 5.2, and the airflow velocity at the duct outlet u7.

Average std. dev. Average std. dev.
δ∆P 0

2,3 -24 [Pa] 12 [Pa] δ∆P2,3 -6 [Pa] 19 [Pa]
δ∆P 0

3,4 -26 [Pa] 24 [Pa] δ∆P3,4 -48 [Pa] 75 [Pa]
δ∆P 0

4,5 46 [Pa] 49 [Pa] δ∆P4,5 70 [Pa] 66 [Pa]
δ∆P 0

5,7 -22 [Pa] 18 [Pa] δ∆P5,7 -110 [Pa] 71 [Pa]
δ∆P 0

2,7 -26 [Pa] 39 [Pa] δ∆P 0
2,7/∆P 0

2,7 CFD -2.1% 2.7%
δu7 0.57 [m/s] 0.32 [m/s] δ∆P5,7/∆P5,7 CFD -1.1% 0.8%

5.4.2. SENSITIVITY ANALYSIS OF RAM AIR DUCT PERFORMANCE TO DE-
SIGN INPUTS

The improved LPM is used to perform a sensitivity analysis to explore the influence of
the main design variables on ram air duct performance. More in detail, the value of
three duct design parameters, i.e., intake MF R,θ, and diffuser AR, were varied indepen-
dently within the bounds reported in Table 5.3 to assess a wide range of possible design
configurations. Furthermore, the sensitivity study was repeated for the two condenser
topologies considered for the ORC system. The lower and upper bounds for MFR are se-
lected based on the optimal range for this variable recommended for scoop-type intakes
[18]. The bounds of the inclination angle and the diffuser area ratio are determined,
instead, by the validity range of the correlations adopted in the modified LPM. A lower
limit of 50° for θ is chosen due to the negligible performance improvements observed
below this value and the reduced numerical robustness of the LPM solution procedure
for high airflow velocities at the HX inlet.

Table 5.3: Range and reference values of the duct design parameters considered in the sensitivity analysis.

Parameter Lower bound Upper bound Reference value
MFR 0.40 0.70 0.64
θ 50 ° 70 ° 66 °
AR 2.0 4.0 2.8

Figure 5.16 summarizes the results of the sensitivity study for the flat tube condenser
equipped with offset strip fins and louvered fins. The contour plots highlight the re-
lationship between the thrust ratio and the three duct design parameters listed in Ta-
ble 5.3. The dark gray lines in the contour plots indicate sets of solutions characterized
by the same total duct length, with the corresponding length value, in meters, reported
along these lines. The shaded regions denote the areas of the design space in which
the LPM failed to converge, typically due to excessive airflow velocities at the HX inlet.
The absence of valid solutions in these regions does not compromise the significance
of the sensitivity analysis, as the associated designs generally yield low thrust ratios and
are thus of limited practical interest. Figure 5.16a and 5.16d show that, for a given MFR,
designs with higher diffuser area ratios and inclination angles lead to improved system
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performance, albeit at the expense of increased duct lengths.
The improvement in performance stems from a substantial reduction in the HX core
inlet velocity. Additionally, the slope of the dark gray lines indicating the duct length
implies that the diffuser area ratio affects the total duct length more than the other two
design variables. Figures 5.16b and 5.16e show that, for a fixed HX inclination angle, the
constraint on the maximum allowable duct length limits the achievable thrust ratio and
influences the optimal choice of MFR. At the same time, the optimal AR of the diffuser
tends to be the highest value that still satisfies the maximum length constraint. Finally,
Figure 5.16c and 5.16f highlight the benefit of higher inclination angles: larger angles
correspond to design solutions that enable higher TR, with only a modest increase in
total duct length. In contrast, the optimal MFR value is more sensitive to the imposed
maximum length constraint.

Overall, the trends observed in the sensitivity study are consistent for both of the con-
sidered HX topologies. However, the adoption of offset strip fins seems to enable higher
thrust ratio values compared to the louvered fin topology. This means that, while the HX
configuration influences the absolute values of the thrust-drag balance, the optimal val-
ues of the duct design variables remain largely unaffected by the specific HX topology.
Thus, the optimization of the duct design can be decoupled from the HX design process,
as also confirmed by the results in the next section.

5.4.3. DUCT AND HX DESIGN CONSTRAINED OPTIMIZATION

Once the accuracy of the refined lumped parameter model is established, the integrated
optimization of the ram air duct and HX geometries is tackled next. The objectives are
to: (i) determine the maximum ram air duct thrust achievable for the considered test
case as a function of the available installation space, (ii) quantify the performance gains
attainable by the simultaneous optimization of the condenser and duct designs, and (iii)
establish optimal design guidelines for ram air ducts.

The sensitivity study has demonstrated that both duct performance and the associ-
ated optimal design parameters are influenced by the constraint on the maximum al-
lowable duct length Lmax. In light of this, the optimal duct design problem is solved for
different values of Lmax. Moreover, to quantify the benefits of integrated design, two op-
timization strategies are applied for each HX topology. In the first approach, a set of HX
geometrical parameters, denoted by {G}, is included among the optimization variables
XD, thus enabling the simultaneous optimization of the duct and HX geometries. In the
second approach, the values of the HX geometrical parameters are fixed based on the
results of a prior optimization of the HX design aimed at minimizing the pressure drop
in the airflow given the typical operating conditions of the system. The optimization
problem is thus formulated as

minimize: Dg −Fn ,

with: xD = [MFR,θ,AR,{G}] , and [MFR,θ,AR]

subject to: 0 < L ≤ Lmax,

xL
D ≤ xD ≤ xU

D .

(5.20)
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(a) MFR = 0.64 (b) θ = 66◦ (c) AR = 2.8

(d) MFR = 0.64 (e) θ = 66◦ (f) AR = 2.8

Figure 5.16: Results of the sensitivity analysis for both the condenser topologies considered in the study. The
top charts (5.16a, 5.16b,5.16c) refer to the case of a condenser with offset-strip fins, while those at the bottom
(5.16d, 5.16e, 5.16f) pertain to the case of a condenser with louvered fins. The dark gray lines indicate the total
duct length in meters.

The upper and lower bounds of the design variables of the duct considered in the op-
timization are consistent with those used in the sensitivity study (see Table 5.3), whereas
the bounds of the HX design variables for both topologies are provided in Table 5.4. The
fin and micro-channel wall thicknesses are held constant at 0.18 mm and 0.2 mm, re-
spectively. The optimization problem is solved by coupling a Genetic Algorithm (GA)
with a sequential least squares programming algorithm (SLSQP) [36]. The GA is used to
generate a population of candidate solutions, each represented by a genome vector of
length equal to the number of design variables. The algorithm improves the fitness of
each generation of individuals through the repetitive application of sampling, crossover,
mutation, and evaluation of the objective function. The GA is terminated when the dif-
ference between the average and best fitness of the individuals of a given generation is
less than the specified tolerance of 0.2%. Then, the best individual from the final GA
generation is used to initialize the gradient-based solver, which refines the solution by
only adjusting the values of the duct design variables. This hybrid strategy ensures the
identification of the optimal solution while limiting computational cost.

Figure 5.17 shows the thrust ratio of the optimal duct design as a function of the
maximum allowable duct length. The TR increases with the available length until Lmax
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Table 5.4: Design variables included in the optimization study of the HX and their bounds for both the offset-
strip fins (osf) and the louvered fins (lf) condenser topologies. The last column reports the optimal value of
the design variables in case the HX geometry is optimized to minimize the pressure drop in the airflow given
the typical operating conditions of the system.

HX design variables
{G}

Lower - upper bound Optimal value
osf lf osf lf

wmc 1.0 - 2.0 mm 1.0 - 2.0 mm 1 mm 1 mm
hft 1.8 - 2.2 mm 1.8 - 2.2 mm 1.8 mm 1.8 mm
Fh 6 - 13 mm 8 - 15 mm 12.0 mm 13.0 mm
Fp 2 - 5 mm 1.4 - 3.6 mm 3.8 mm 3.2 mm
Fd 5 - 15 mm NA 10.0 mm NA
Lf/Ll NA 0.6 -0.9 NA 0.9
Lα NA 15 - 30 ° NA 17 °
Lp NA 1.4 - 3 mm NA 2.8 mm

reaches a value of about 3.5 m. Beyond that value, the optimal design becomes insensi-
tive to further increases in Lmax. The reason for this trend is the upper limit imposed on
the diffuser area ratio, which cannot exceed a value of 4, per the validity range of the cor-
relation adopted in the LPM to estimate E3. For both HX topologies, the highest thrust
ratios are obtained for diffuser area ratios and HX tilt angles close to their upper bounds,
mass flow rate ratios (MFR) around 0.7, and a total duct length of approximately 3.2 m.
Although the absolute value of the thrust ratio is influenced by the thermal-hydraulic
performance and heat duty of the condenser, the optimal values of the duct design vari-
ables (MFR, AR, and θ) are found to be independent of the HX topology, as also observed
in the sensitivity analysis.

Furthermore, the marginal difference between the results of the two optimization
strategies, namely the simultaneous optimization of the duct and HX geometry (solid
lines in Figure 5.17) and the optimization of the duct design variables alone (dashed
lines), confirms that, for the current test case, the optimal HX design is primarily driven
by the objective of minimizing pressure losses in the airflow. This finding supports the
conclusion that the HX and duct design processes can be effectively decoupled. Con-
cerning the HX topology, offset-strip fin condensers exhibit reduced air-side pressure
drops than their louvered fin counterparts at comparable inlet Reynolds numbers, thus
enabling higher thrust ratios.

Moreover, the optimal condenser designs are always characterized by a high porosity to
mitigate airflow acceleration through the HX core. The optimal porosity is nearly con-
stant and ranges from 0.8 to 0.82. At the same time, high porosity entails lower heat
transfer coefficients and reduced area compactness. As a consequence, the HX core
depth (L4) in the optimal designs may be larger than that typically found in automotive
radiators or condensers. The reason for this design choice is that the pressure drop in
the HX core scales nearly quadratically with the airflow velocity, and thus the reciprocal
of porosity, while only linearly with the flow path length L4.
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Figure 5.17: Thrust ratio corresponding to the optimal duct design as a function of the maximum allowable
duct length. The dashed lines correspond to the results of optimizations performed with a condenser geometry
defined according to the values of the geometrical parameters indicated as optimal in Table 5.4 .

DESIGN GUIDELINES AND PRELIMINARY ESTIMATES

The trends identified in the sensitivity and optimization studies enable the definition of
guidelines for estimating the optimal duct geometry in a preliminary design stage. As
shown in Figure 5.18, the optimal values of MFR and AR can be mapped as a function of
the dimensionless optimal total length of the duct, which is defined as

L̂tot = Ltot

H0
= L2

H0
+ L4 cos(θ)

H0
+ AR tan(θ)

MFR
+ AR

MFR

(1− ARN )

tan(αN )
(5.21)

where ARN and αN are the area ratio and half-angle of the nozzle, respectively. During
the conceptual design phase, designers can estimate, to a first approximation, L̂tot based
on the maximum available duct length, the freestream conditions, and the design spec-
ifications of the heat exchanger as

L̂tot = ρ0u0LmaxWD

ṁ
= cpρ0M0

√
γRT0∆THXLmaxWD

Q̇
, (5.22)

where WD is the width of the duct, Q̇ is the heat duty of the HX, ∆THX is the total tem-
perature increase of the ram air across the HX, ρ0, T0, and M0 are the density, static
temperature, and Mach number of the freestream air. It should be noted that, based on
the design space explored in the optimization study, which is constrained by the validity
range of the correlations implemented in the LPM, L̂tot cannot exceed a value of 65. This
upper bound is also evident from Figure 5.18.

Regarding the HX inclination angle θ, its optimal value consistently converges to 70°.
Finally, designers must ensure that the resulting maximum height of the duct Yd,max is
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Figure 5.18: Optimal values of MFR and AR as a func-
tion of the dimensionless total duct length L̂tot. Con-
densers featuring offset strip fins are marked as □ ,
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compatible with the available installation space given the chosen combination of design
variables. Notably, Yd,max can be estimated as

Yd,max = H0Ỹ cos(θ) = Q̇

cp∆THXρ0u0WD

AR

MFR
, (5.23)

where Ỹ is the dimensionless heat exchanger height. Note that the contribution of the
HX depth to the duct height is not accounted for in Equation 5.23, as it is negligible com-
pared to that of other geometrical variables, in particular AR and θ.

For a preliminary estimate of the performance, the expected TR of the ram air duct
can be calculated as

TR =
ṁ

√√√√ 2γ

γ−1
R Tt,5

(
1−

(
P0

ηp,07Pt,0

) γ−1
γ

)
Dg

−1, (5.24)

where ηp,07 = Pt,7/Pt,0 is the total pressure ratio across the duct. Accounting only for
ram, datum, and spillage drag contributions to Dg , TR can be determined, to a first ap-
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proximation, as

TR ≈

√√√√√ 2γ

γ−1
R

1− 1(
1+ (γ−1)

2 M 2
0

)
η

(γ−1)/γ
p,07

(
T0

(
1+ γ−1

2
M 2

0

)
+∆THX

)

M0
√
γRT0

(
1+ CD,d +CD,sp

2

) −1 , (5.25)

where CD,d is the datum drag coefficient, typically set to 0.1 for high aspect ratio scoop
intakes [18], while the spillage drag coefficient can be approximated as CD,sp ≈ (0.7−
MFR)(1.2(0.7−MFR)+ 0.2) for 0.2 ≤ MFR ≤ 0.7 based on the data reported in [18]. It
follows that TR can be calculated given the total pressure ratio across the duct ηp,07. As
shown in Figure 5.19, ηp,07 is approximately constant over a wide range of L̂tot, provided
the duct is optimally designed and the pressure drop over the HX is not accounted for.
The total pressure ratio across the duct, excluding the contribution of the HX pressure
losses, is denoted as ηp,d. Conversely, the pressure drop across the HX (also plotted in
Figure 5.19, see left y-axis) is case-specific, and varies significantly depending on the HX
core geometry, duct configuration, and design specifications.

In a preliminary design phase, an estimate of ηp,07, and then of TR, can be derived
from the trendline for ηp,d in Figure 5.19. An estimate of the HX pressure drop can in-
stead be obtained using an HX sizing tool. Therefore, the proposed approach to evalu-
ating TR does not require knowledge of the design variables of the duct, but only of the
flight conditions and the HX design specifications. As an alternative, Equation 5.25 can
be used to determine the maximum total pressure losses to achieve a specified net drag
under the given operating conditions, since the net drag of the duct can be expressed in
terms of TR as

Dnet =−TR ṁ u0

(
1+CD,sp +CD,d

2

)
. (5.26)

Note that, for scoop intakes with 0.6 < MFR ≤ 0.7, the net drag of the duct is approxi-
mately equal to the product of TR and the ram drag ṁ u0.

In summary, Equation 5.22, 5.23 and 5.25, and the trendlines in Figure 5.18 and 5.19,
in combination with a HX preliminary design tool, can aid designers during the concep-
tual design phase to (i) estimate the optimal duct geometry given the available space
constraints, and (ii) predict the relationship between the temperature increase in the
ram air across the HX and the duct drag or thrust.

5.5. CONCLUSIONS
This study contributes to the definition of optimal design guidelines for ram air ducts
housing compact heat exchangers for thermal management systems aboard aircraft. The
considered test case concerns the design of a ram duct for the condenser of a bottoming
organic Rankine cycle unit, which recovers thermal energy from the exhaust gases of a
turboshaft engine.

A lumped parameter model (LPM) of the ram air duct was developed based on first
principle relations and empirical correlations in the literature. Its accuracy is assessed
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against the results of 2D RANS simulations, in which the HX is modeled as an anisotropic
porous medium. The CFD simulations revealed limitations of the original LPM and
prompted the development of improved sub-models of the duct components. In par-
ticular, the new submodels allow for more accurate capture of diffuser performance, HX
integration effects, and the impact of flow maldistribution at the HX inlet. These modifi-
cations improve the accuracy of the LPM predictions of the airflow conditions along the
whole duct regardless of the considered condenser topology, i.e., flat-tube microchannel
HXs with either offset-strip fins or louvered fins. A sensitivity analysis was conducted to
evaluate the influence of the design variables on the aerodynamic performance of the
ram air duct. The trends observed in this analysis were confirmed by the results of an
optimization study addressing simultaneously the optimal design of the duct and the
condenser for different values of the maximum allowable duct length. The key findings
of this study can be summarized as follows:

• The improved LPM accurately predicts the overall net drag of the ram air duct, with
an average deviation of -0.16% compared to CFD simulations. The model also ef-
fectively estimates the flow velocity variation within the duct and the associated
overall total pressure loss with deviations averaging 2.1% relative to the CFD re-
sults. Furthermore, the improved LPM reliably captures the sensitivity of system
performance to the main design parameters, such as diffuser area ratio, mass flow
rate ratio, and HX tilt angle. The LPM is thus well-suited for use in preliminary
design and optimization studies.

• Concerning the optimal design of the duct, the sensitivity analysis showed that
higher inclination angles are generally beneficial for performance, while the opti-
mal values of the mass flow rate ratio (MFR) and diffuser area ratio (AR) depend
on the maximum allowable duct length. In a preliminary design phase, the opti-
mal value of these variables can be estimated from the dimensionless duct length,
regardless of the considered HX topology.

• The optimization study revealed that the preliminary design of the HX can be ad-
dressed independently of the optimal duct configuration. The HX design is pri-
marily driven by the objective of minimizing total pressure loss in the airflow. The
optimized condenser geometries are all characterized by high porosity, in excess
of 0.8, to mitigate airflow acceleration through the HX core. Although increased
porosity is associated with lower heat transfer coefficients and reduced area den-
sity, the resulting larger HX core yields a lower pressure drop due to the reduction
in mean airflow velocity. For this reason, offset-strip fin condensers consistently
outperform their louvered fin counterparts due to their lower average friction fac-
tors at comparable Reynolds numbers.

• Maximum performance is achieved when the full available duct length is utilized
in the design. Optimal duct configurations are characterized by high mass flow
rate ratios, maximum diffuser area ratios, and HX tilt angles close to 70 °, inde-
pendently of the HX topology. As the allowable duct length is decreased, the first
design variable to be reduced is the diffuser area ratio, followed by the mass flow
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rate ratio. The HX tilt angle is only reduced in very short ducts, although to a mi-
nor extent. These findings provide practical guidelines for the conceptual design
of ram air ducts of airborne thermal management systems.

Future work will focus on extending the CFD model to simulate the external aero-
dynamics of the duct to validate the lumped parameter model for the estimation of the
spillage and datum drag contributions.

The preliminary design optimization of the CC-TF engine concept, summarized in
Sec. 3.4.3, revealed that the total pressure increase generated by the fan upstream of the
HX may substantially enhance the thrust resulting from the acceleration of the heated
airflow. Moreover, an annular duct geometry instead of a planar configuration may be
more suitable for the integration of a ram air duct within an aero engine. Therefore, the
CFD simulation framework discussed in this Chapter has been extended to investigate
the aerodynamic effects associated with the installation of a condenser in the bypass
duct of a turbofan engine. The CFD simulation framework has been extended to model
the flow around and inside the bypass duct of the CC-TF engine using axis-symmetric
instead of planar simulations. Moreover, the actuator disk (AD) method is used to model
the fan and outlet guide vanes as permeable disks that exert forces on the airflow inside
the bypass duct [37]. The internal geometry of the bypass duct is parametrized using
cubic splines defined by a set of control points and is optimized to maximize thrust gen-
eration. Preliminary results indicate that activation of the ORC condenser increases the
thrust of the combined-cycle turbofan (CC-TF) by approximately 4.5% relative to a refer-
ence configuration in which no thermal energy is transferred to the bypass flow. Further
optimisation of the internal duct geometry yields an additional thrust increase of ap-
proximately 3.2%. Details of the extended CFD simulation framework and preliminary
aerothermal performance results for the CC-TF configuration are provided in Appendix
B.
Future modeling efforts should also be devoted to including the impact of the system
weight on the overall net drag associated with the ram air duct.
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NOMENCLATURE

Roman symbols
A Section area [m2]
AR Area ratio [-]
ARN Nozzle area ratio [-]
CD,d Datum drag coefficient [-]
CD,sp Spillage drag coefficient [-]
cp Specific heat capacity at

constant pressure [kg m2 s−2 K−1]
Dg Gross drag [kg m s−2]
Dnet Net drag [kg m s−2]
dh Hydraulic diameter [m]
Eu Euler number [-]
Fh Fin height [m]
Fp Fin pitch [m]
f Friction factor [-]
g Gravitational acceleration [m s−2]
{G} Set of geometry-specific parameters
h Heat transfer coefficient [W m−2 K−1]
H Section height [m]
hmc Microchannel height [m]
j Colburn factor [-]
k Thermal conductivity [W m−1 K−1]
L Length [m]
Lp Louver pitch [m]
Ll Louver length [m]
Lα Louver angle [◦]
Ls Length of fin strip [m]
L̃tot Dimensionless total duct length [−]
M Mach number [-]
ṁ Mass flow rate [kg s−1]
nmc Number of microchannels/microtubes [-]
Nopt Number of optimization variables [-]
Nu Nusselt number [-]
P Pressure [Pa]
Pr Prandtl number [-]
Q̇ Heat duty / thermal power [W]
R Gas constant [J kg−1K−1]
Re Reynolds number [-]
S⃗e Energy source term [J m−3]
S⃗m Momentum source term [kg m−2s−2]
T Temperature [K]
TR Thrust ratio [-]
u Velocity [m s−1]
v⃗ Velocity vector[m s−1]
wmc Width of the microchannel [ m ]
WD Duct width [m]
X HX width [m]
xD Design variables array [-]
Y HX height [m]
Yd Duct height [m]
Z HX depth [m]

Greek symbols
α Fin pitch over height ratio [-]

Porosity [-]
β Heat transfer area compactness [m−1]
βs Fluid side-specific surface area density [m−1]
γ Fin thickness over pitch ratio [-]

Ratio of specific heats [-]
δ Fin thickness over fin depth ratio [-]
ϵ Effectiveness [-]
ηp Total pressure ratio [-]
θ Inclination angle [◦]
µ Dynamic viscosity [kg m−1s−1]
ρ Density [kg m−3]
σ Free flow to frontal area ratio [-]

Subscripts
0 Freestream
2,3 Diffuser
3,4 Tilt
4,5 Heat exchanger
5,6 Tilt-back
6,7 Nozzle
air Air stream
cr Cruise operating point
crit Critical point
d Duct-only (no HX)
f Fin
fr Frontal
HX Heat exchanger
in HX inlet conditions
lm Logarithmic mean
max Maximum / constraint
mc Microchannel/microtube
ORC ORC system
pp Pinch point
ref Reference
s Solid material
sc Subcooling
sh Superheating
t Total (stagnation) quantity
wf Working fluid

Superscripts
L Lower bound
U Upper bound

Abbreviations
AD Actuator disk
CC Combined cycle
CFD Computational fluid dynamics
HX Heat exchanger
LPM Lumped parameter model
MAE Mean absolute error
MAPE Mean absolute percentage error
MB Moving boundary
MFR Intake mass flow rate ratio
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MPE Mean percentage error
OGV Outlet guide vane
ORC Organic Rankine cycle
std. dev. Standard deviation of the mean
TF Turbofan engine

TS Turboshaft engine
WF Working fluid
WHR Waste heat recovery
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6
CONCLUSIONS AND

RECOMMENDATIONS

Thermal energy recovery is arguably a viable technical solution to improve the efficiency
of future aero engines and reduce specific emissions. Among available technologies, the
organic Rankine cycle (ORC) system, due to its configurational flexibility, is a suitable
candidate for the development of combined cycle (CC) propulsion systems. The im-
plementation of waste heat recovery in aero engines is associated with additional com-
plexity compared to stationary power plants due to the interdependence between ef-
ficiency improvements and the penalty related to added mass and aerodynamic drag,
which affect the overall aircraft performance. Moreover, strict spatial constraints signif-
icantly limit the design space, further complicating the system-level design procedure.
As a consequence, methodologies developed for stationary power plants are not directly
applicable to airborne systems. The optimal design of CC engines requires a multidisci-
plinary, multi-objective optimization framework involving the concurrent design of the
airframe, propulsion system, gas turbine, and ORC unit. Moreover, and importantly,
there is no consolidated design practice and operational experience, as aero engine con-
cepts involving thermal energy recovery are new. In this context, aerospace-grade heat
exchangers are key enabling components, and specific design methods and guidelines
are not available. Their optimal configuration results from complex application-specific
trade-offs between thermohydraulic performance and system-level constraints on mass
and volume.

This dissertation documents research work on the modeling and optimal methodol-
ogy for the design of compact heat exchangers and ram air cooling ducts applied to the
case of airborne waste heat recovery systems. This effort is part of the ARENA project, a
research program carried out by the Propulsion and Power group of Delft University of
Technology involving both academic and industrial partners, aiming to assess the po-
tential of combined-cycle engine systems featuring a bottoming ORC unit to harvest
thermal energy from the gas turbine exhaust. The main objective of the research pro-
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gram is to develop the necessary models and guidelines for optimal system design by
coupling compact HX models with multidisciplinary optimization frameworks tailored
to the unique constraints of aircraft applications.

The main research areas identified and addressed in this dissertation are:

• The development of accurate, computationally efficient tools for compact HX de-
sign and rating to advance the state-of-the-art regarding optimal compact HX de-
sign guidelines and optimal HX selection for airborne systems;

• The assessment of the drag recovery potential associated with placing the con-
denser in the ram air duct (the so-called Meredith effect) of combined cycle en-
gines and the identification of optimal design guidelines.

Based on the results of this work, the main conclusions are summarized as follows.

Compact HX design for airborne systems

1. Traditional HX performance evaluation criteria (PECs) are insufficient if applied to
the identification of optimal HX geometries for airborne systems. This is due to the
impact of space constraints on the HX design and the dependence of the overall
performance on the HX core mass. The selection of the HX core geometry should
instead follow guidelines resulting from a space-constrained multi-objective ge-
ometry optimization, while the flow arrangement and topology are selected based
on considerations about integration feasibility and pinch point analysis. Once the
flow configuration, topology, and primary core geometry parameters are selected,
the optimal HX design depends on application-specific objectives.

2. Accurate and computationally efficient compact HX sizing and rating tools can be
obtained via the integration of a finite-volume method with a moving boundary-
like cell discretization method based on local heat duties. This methodology al-
lows for the correct modeling of complex fluid property variations, e.g., those of
supercritical fluid flows, with reduced computational cost and increased robust-
ness. It is therefore suited for the design and off-design analysis of compact heat
exchangers within complex multidisciplinary optimization frameworks.

3. Design guidelines for compact heat exchangers have been devised based on the
results of multiple constrained multi-objective optimizations applied to the case
of an air-cooled condenser of an ORC WHR unit. Primary surface microtube-
bundle geometries yield the lowest estimated weight, at the expense of a larger
pressure drop and lower compactness. The use of extended surfaces, such as fins
in tube-bundle configurations, results in designs with increased estimated struc-
tural mass, comparatively larger flow friction factor, and lower porosity, which col-
lectively reduce mass-specific performance in systems subject to high flow veloc-
ity through the core and strict weight and volume constraints. In such conditions,
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typical of aerospace-grade HXs, maximizing the free-flow to frontal area ratio be-
comes essential. This can be achieved through the adoption of flat tube-and-fin
geometries with large fin height and minimal tube thickness.

4. The integrated system and component design optimization of ORC bottoming units
allows for (i) a wider range of possible Pareto-optimal designs, and (ii) higher sys-
tem performance for equal weight if compared to a system optimization in which
the HX geometry is fixed. More specifically, for the exemplary cases of ORC WHR
systems for auxiliary power units or turboshaft engines, the optimal HX are esti-
mated to achieve 10-15% mass reduction at comparable net power output if the
condenser core design parameters are added as degrees of freedom of the system
optimization procedure. These improvements are observed for the two analyzed
condenser topologies, i.e., flat-tube and microchannel core with louvered or offset
strip fins. However, the computational cost associated with the system optimiza-
tion increases significantly if the design of the condenser is optimized and not as-
sumed a priori. This increase in computational time is proportional to the number
of geometry-specific optimization variables associated with the HX design.

5. A novel surrogate model-based optimization method has been proposed to esti-
mate the integrated system design optimization performance without the need
for HX sizing or geometry optimization. The result is an enhancement of both the
robustness and computational efficiency of the integrated design method without
compromising the accuracy of the results. Deviations between the Pareto fronts
obtained using the surrogate model optimization strategy and the integrated opti-
mization strategy are within the uncertainty of the preliminary design model. The
computational benefit of replacing the detailed condenser model with the surro-
gate model arises primarily from the reduction in the number of objective function
evaluations required to achieve convergence of the system-level optimization. In
contrast, the speed-up of individual objective function evaluations has a compar-
atively minor impact on the total computational time. The development of the
surrogate model necessitates the generation of a training dataset, which is compu-
tationally demanding and requires prior definition of the HX thermodynamic op-
erating range. However, this dataset must be generated only once for each working
fluid and condenser configuration.

Drag recovery of ram air cooling ducts

1. A CFD framework combining the Reynolds-Averaged Navier–Stokes (RANS) model
with a porous media model (PMM) to simulate the presence of the HX within the
ram air duct has been developed. The localized thermohydraulic performance of
the HX is approximated by means of energy and momentum source terms added
to the RANS equations specialized for the porous zone. This methodology has
been proven to be sufficiently accurate if compared to simulations in which the
flow within the HX is fully resolved, and can be used to reduce the computational
cost of CFD simulations of ducted heat exchangers.
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2. A state-of-the-art lumped parameter model for ram-air cooling ducts has been de-
veloped, improved, and verified against the results of the porous-media-model-
based CFD simulation framework for the representative case of a bypass duct of a
combined-cycle turboshaft engine concept incorporating an inclined condenser.
The original model overestimates the net thrust potential of the best-performing
duct designs by up to 1.2% of the total gross drag and fails to capture the total
pressure losses in the diffuser and tilt regions. As a result, the model is unable to
provide reliable estimates of the sensitivity of overall system performance to key
geometric parameters. To address these limitations, improved sub-models for the
diffuser and HX tilt section have been developed and implemented. These en-
hancements reduce discrepancies in total pressure loss and flow velocity predic-
tions between the lumped-parameter model and CFD simulations across multiple
flow stations and for a wide range of geometrical configurations. The improved
model provides results that are in good agreement with CFD results in terms of
pressure distribution, flow velocity, and net aerodynamic drag over a wide design
space defined by variations in diffuser area ratio, ram mass flow rate, and heat
exchanger inclination angle. This demonstrates the suitability of the improved
lumped-parameter model for preliminary design and system-level optimizations
involving ram-air-cooled heat exchanger configurations.

3. The net drag of the ram air duct depends on the aerothermal performance of the
HX, the duct design, the flight speed, and the altitude. The thrust generated by
the acceleration of the heated airflow through a nozzle can compensate and even
exceed the drag penalty introduced by the presence of the ORC condenser located
inside the ram air duct. More in detail, for the case study of a CC-TS engine con-
cept operating at cruise conditions (M0 = 0.78, altitude of 10 km), a temperature
increase of approximately 100 K across the air side of the condenser enables the
optimized ram air duct to generate thrust exceeding the duct gross aerodynamic
drag by up to 4%. Additional thrust gains can be achieved by incorporating a fan
within the duct, which increases the inlet pressure and enhances the effectiveness
of thermal energy discharge.

4. Design guidelines for the conceptual design of ram-air cooling ducts have been
derived through parametric analyses and spatially constrained optimization stud-
ies employing an improved lumped-parameter model. The available duct length
is found to be the dominant design constraint, with peak thrust achieved when the
maximum length is fully utilized. While larger heat exchanger inclination angles
enhance performance, the optimal values of the mass flow rate ratio (MFR) and
diffuser area ratio (AR) depend primarily on the imposed geometric constraints,
irrespective of the heat exchanger topology. In addition, the optimization of the
heat exchanger is predominantly governed by the minimization of pressure losses,
which permits its design to be treated independently from that of the duct. Ac-
cordingly, the heat exchanger geometry should be selected to maximize porosity
and minimize frictional losses while remaining compliant with the imposed spa-
tial limitations.
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6.1. LIMITATIONS AND RECOMMENDATIONS
The main limitations of the research work documented in this dissertation are outlined
in the following, along with recommendations on how to address them in future re-
search.

• The performance evaluation methodology treated in Chapter 2 is based on a multi-
objective optimization routine that enables the comparison of optimized HX ge-
ometries under prescribed spatial constraints. The application of this methodol-
ogy requires the availability of rating or sizing tools that are appropriate for the
case study under investigation. For instance, in Chapter 2, a simple effective-
ness–NTU sizing method validated against literature data [1, Ch. 9] is sufficient
to analyze the performance of different fin topologies for the test case of an air-
to-air plate-fin HX. However, for applications involving significant fluid property
variations, such as condensers or supercritical heaters, the use of the simplified
model may lead to non-negligible inaccuracies. In such cases, it is recommended
to substitute the simple sizing routine with a more detailed HX model, such as the
one documented in Chapter 3, to ensure reliable performance predictions.

• The accuracy of the hybrid finite-volume heat exchanger model documented in
Chapter 3 is primarily limited by the uncertainty associated with empirical corre-
lations for heat transfer and pressure drop. While widely used compact HX config-
urations are well characterized, other geometries, such as elliptical or finned tube
bundles arranged in non-standard layouts, are supported by limited experimen-
tal data. In these cases, the applicability and uncertainty of existing correlations
remain unclear. Therefore, future studies should verify their validity through high-
fidelity CFD simulations or experimental investigations prior to applying them to
the optimization of unconventional core geometries.

• The dataset used to train the surrogate model of optimal HXs detailed in Chap-
ter 4 has been generated for one working fluid, i.e., cyclopentane. Although the
methodology is independent of the working fluid, to reduce potential bias and
expand the range of applicability, future work should extend the dataset by in-
corporating optimal heat exchanger designs obtained for multiple working flu-
ids. Additionally, increasing the total number of optimized geometries for each
heat exchanger topology is recommended to enhance the model accuracy across a
broader design space. Furthermore, the current surrogate modeling framework is
restricted to one heat exchanger topology for each model instance. A more versa-
tile approach would enable the simultaneous analysis, comparison, and selection
of multiple heat exchanger topologies within a unified surrogate model, thereby
facilitating their integration into system-level optimization routines.

• The surrogate modeling approach detailed in Chapter 4 is based on the assump-
tion that only the pressure loss on a single fluid side–specifically, the air side in the
case of the condenser–significantly affects system performance. As a result, pres-
sure losses on the working fluid side are not considered, despite their potential
relevance in certain applications. To address this limitation, future work should
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extend the surrogate model to generate three-dimensional Pareto fronts that in-
corporate pressure drops on both fluid sides in addition to heat exchanger mass.
The model could also be refined by including supplementary output parameters,
such as core porosity and compactness, to more accurately characterize the geo-
metric and thermohydraulic features of Pareto-optimal designs.

• The improved lumped parameter model (LPM) used for the ram air duct anal-
ysis in Chapter 5 has been verified against two-dimensional RANS simulations.
However, the accuracy of RANS simulations for diffusing flows is dependent on
the choice of turbulence model and the test case [2], [3]. In the case of highly
separated flows, RANS simulations may fail to capture the velocity field and wall
pressure distribution, even if the total pressure at the end of the duct may be in
good agreement with experimental data [4]. Therefore, future work should focus
on characterizing the accuracy of the RANS simulation framework by comparison
with experimental data.

• The CFD simulations used to calibrate the lumped parameter model only resolve
the internal flow within the duct. As a result, the accuracy of the intake sub-
model, which is used within the LPM to estimate the aerodynamic performance
of the external portion of the duct, remains uncertain. To address this limitation,
future work should extend the CFD simulation framework to include the model-
ing of the flow field external to the ram air duct and explore multiple operating
conditions beyond cruise. This would allow for a comprehensive accuracy eval-
uation of the intake model and increase confidence in the predictive capabilities
of the LPM. Moreover, the developed simulation framework cannot account for
three-dimensional effects introduced by the integration of the duct with surround-
ing structures such as the fuselage, pylon, and wing. However, these effects are
installation-specific and should therefore be incorporated in high-fidelity, detailed
studies to improve the accuracy of the aerodynamic performance assessment of
the duct.

• The porous media model (PMM) used in the CFD simulations documented in
Chapter 5 does not explicitly resolve the flow within the core geometry of the heat
exchanger and may therefore fail to capture localized flow phenomena, particu-
larly near the HX outlet, such as flow separation, turbulence, and recirculation.
Additionally, the model employs a single anisotropic porous zone characterized
by a uniform wall temperature. While this approximation is appropriate for heat
exchangers operating under quasi-isothermal conditions, such as condensers and
evaporators, it becomes less accurate if significant wall temperature gradients de-
velop along the flow direction. In such cases, although the model may still yield
reasonable predictions of bulk performance quantities such as total pressure drop
and heat duty, it may not accurately reproduce the velocity and temperature fields
downstream of the core. To address this limitation, a more refined modeling strat-
egy based on a multi-zone porous representation is recommended, wherein the
wall temperature is imposed locally within each zone. This approach enables a
more accurate prediction of the heat exchanger influence on the thermal and fluid
dynamic characteristics of the surrounding flow field. Furthermore, future work
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should focus on calibrating the porous media resistance coefficients using exper-
imental measurements and comparing the results against those obtained via the
off-design HX model implemented in HeXacode, to assess the consistency and re-
liability of both calibration approaches.

• The framework for the optimal design of ram air ducts developed in this work does
not account for the induced drag associated with an increase in aircraft weight
due to changes in the duct or heat exchanger geometry. Specifically, any addi-
tional mass δM leads to an increment in the required cruise lift coefficient δCL,
which results in an increased induced drag coefficient according to the relation
δCD,i = δCL/(π e AR) , where e is the Oswald factor and AR is the wing aspect ratio,
calculated as the square of the span divided by the wing area. However, for modern
aircraft such as the Airbus A320neo, the induced drag penalty associated with ad-
ditional mass is relatively small, typically on the order of 4.5% of the added weight
[5] [6] [7]. Consequently, the optimal design trends presented in this work neglect
the contribution of induced drag on the overall net thrust. Additionally, skin fric-
tion drag is assumed to remain constant under the assumption that the duct is fully
embedded within a nacelle of fixed external geometry, and hence, independent of
duct length. However, future studies addressing the detailed design of propulsion
systems employing ram-air cooling should include the effects of changes in weight
and duct geometry on induced and skin friction drag to improve the fidelity of per-
formance predictions.

6.2. OUTLOOK ON FUTURE RESEARCH DIRECTIONS
The research work documented in this dissertation has advanced knowledge about the
optimal design and the integration of compact heat exchangers within airborne power
and propulsion systems. The HeXacode software, developed as part of this work, is a
modular, robust, and computationally efficient framework that enables the preliminary
design, rating, and optimization of compact heat exchangers and their integration into
ram air cooling ducts. Its structure allows for direct and seamless coupling with system-
level optimization environments such as the ARENA framework [8], and supports a range
of flow arrangements, heat exchanger topologies, and working fluid conditions. These
features render HeXacode particularly suitable for conceptual studies on energy recovery
systems and thermal management in aerospace applications. Future developments of
the software should focus on expanding its predictive capabilities by:

• Expanding the geometry library to include additional primary and extended sur-
face topologies. Examples of extended surface topologies to be included in the
geometry class of the software are pin fins, corrugated triangular fins, and perfo-
rated or serrated fins. Examples of primary surface topologies to be included in
the software are airfoil-shaped tubes, elliptical, and twisted tube bundles. Note
that each new topology requires heat transfer and pressure drop correlations that
are specific to the HX topology, as opposed to the common practice of relying on
generalized correlations.

• Including sub-models for local pressure losses associated with manifolds, bends,
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and uneven flow distribution between multiple passes on the working fluid side.

• Integrating high-fidelity thermo-mechanical stress models to assess structural
integrity and fatigue of the HX core under high-speed and high-temperature flows
such as gas turbine exhaust conditions.

• Implementing multi-point optimization capabilities leveraging the HX rating model
to evaluate optimal designs across a set of specified operating conditions.

The models developed within this research are steady-state and suitable for preliminary
design studies. While off-design simulations can be used to conduct multi-point analy-
ses, transient operations such as startup, shutdown, and dynamic changes are not cap-
tured. Modeling these unsteady effects is essential for a detailed assessment of the feasi-
bility of thermal systems such as ORC WHR units for airborne and, more generally, mo-
bile applications [9]. Consequently, the development of low-order, time-resolved models
suitable for dynamic simulations of both heat exchangers and ram air cooling ducts con-
stitutes a natural and necessary extension of the present work.

Developments in GPU-accelerated CFD software have substantially reduced simulation
times by harnessing the parallel processing capabilities of modern graphics hardware
[10] [11]. However, the computational cost of detailed CFD simulations remains pro-
hibitive for integrating such models within system-level design optimization studies in-
volving large design space exploration. Nonetheless, these advancements can facilitate
high-fidelity simulations of flows through complex heat exchanger geometries, support-
ing the derivation of thermohydraulic correlations for unconventional core designs pro-
duced through shape or topology optimization [12]–[14]. These unconventional core
topologies can therefore be incorporated into HeXacode to support advanced system-
level optimization studies.

The surrogate modeling strategy presented in Chapter 4 is a promising approach to re-
duce computational cost and enhance the robustness of optimal system design explo-
ration studies. This approach, which involves replacing the detailed heat exchanger
model with a data-driven surrogate that predicts the performance of optimal designs,
can be extended to additional system components such as the ORC turbogenerator [15].
This would broaden the applicability of the methodology in early-stage design studies.

The detailed aerodynamic and thermodynamic characterization of ram-air-cooled sys-
tems is essential to support the transition from preliminary to detailed design and to
ensure their successful integration into next-generation propulsion and thermal man-
agement systems [16]. The lumped parameter model developed for the design of ram air
ducts has demonstrated satisfactory predictive capabilities for preliminary design stud-
ies, providing estimates of internal flow velocities, net aerodynamic drag, and local pres-
sure losses with good agreement against two-dimensional RANS simulations. However,
novel propulsion systems featuring waste heat recovery, electrification, or fuel cell power
generation increasingly impose stringent thermal management requirements [17]. In
such configurations, the influence of ram air cooling systems on overall aircraft aero-
dynamic and propulsive performance must be carefully assessed. To this end, future
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research should focus on extending the lumped parameter model to model fan-assisted
configurations, unconventional heat exchanger placements, and three-dimensional ef-
fects, particularly in the intake region, to improve the accuracy of installed performance
predictions and spillage loss estimates.

High-fidelity CFD simulations remain essential for validating and refining the under-
lying assumptions of the lumped parameter model. More in detail, three-dimensional
simulations incorporating detailed modeling of the flow through the heat exchanger
core, nacelle integration, engine bypass flow interaction, and realistic aircraft bound-
ary conditions are required to correctly model flow distortion, separation phenomena,
and spillage drag effects. Of particular interest is the interaction between the duct in-
let, engine nacelle geometry, and adjacent airframe surfaces, which may significantly
influence the local flow field and system performance. The findings documented in this
dissertation also indicate that the porosity of the heat exchanger strongly affects flow
acceleration and the associated pressure loss. Future research should thus investigate
alternative heat rejection configurations that minimize the requirement for the entire
airflow to pass through a porous core. Promising configurations include skin-mounted
heat exchangers, which are currently being studied for high-heat-load thermal manage-
ment systems, particularly in the context of fuel-cell-powered aircraft [18], [19].

Ultimately, the predictive capabilities of the developed models must be validated against
experimental data. Future research should therefore support the design of experiments
and testing of subscale or full-scale demonstrators operated under representative ther-
modynamic and aerodynamic conditions. Particular emphasis should be placed on the
experimental characterization of the aerothermal performance of the condenser inte-
grated within the ram air duct, as this component plays a critical role in the propulsion
system efficiency and aerodynamic drag.
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A
THERMOHYDRAULIC

CORRELATIONS FOR HEAT

EXCHANGERS

This appendix reports the correlations implemented in HeXacode that have been used to
estimate the thermohydraulic performance of the compact HX cores investigated in the
research documented in this dissertation.
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GASEOUS FLOW THROUGH HX CORE GEOMETRIES
For the tube bundle-type heat exchangers, the fluid side with the higher thermal resis-
tance flows in a cross-flow arrangement with respect to the tubes, where the working
fluid flows. The correlations for tube bundles reported in Table A.1 and A.2 are valid for
tubes of circular cross-section. Alternative tube shapes documented in the open liter-
ature include elliptical, airfoil, or drop-shaped cross sections. However, limited exper-
imental data and correlations are available for these unconventional tube shapes and
will thus not be reported in this document. For the extended surface core topologies,
the employed correlations are independent of the arrangements of the fluid on the other
side or the geometry of the core. Therefore, these correlations can be applied to flat-tube
or plate-fin topologies.
The heat transfer correlations are expressed in the form of

• Nusselt number

Nu = h dh

k
(A.1)

• or Colburn factor

j = h dh

k Re Pr 1/3
. (A.2)

The flow properties (Re, k) used in the correlations are the average between the inlet
and outlet.

Heat transfer correlations

Geometry Property Ref. Notes
plain tube bundle
(inline / staggered)

Nu [1] Re > 200, Pr ≥ 0.6, Nr ≥ 2

plain fin tube bundle
(staggered arrangement)

j [2] Re ≥ 150, 1.4 < x̃t < 5, 1 < x̃l < 4.3

circular fin tube bundle
(inline arrangement)

Nu [3] 5000 ≤ Re ≤ 7×104, Nr > 3

louvered fins
(lf)

j [4] 100 ≤ Re
Lp

dh
≤ 3000, 0.5 ≤ Pr ≤ 15

offset-strip fins
(osf)

j [5] 120 ≤ Re ≤ 104, 0.5 ≤ Pr ≤ 15

wavy fins
(twf)

j [6], [7] 600 < Re ≤ 6500

Table A.1: List of empirical correlations selected for the heat transfer coefficient estimation on the air/gas side.

The pressure drop correlations are expressed in the form of

• the average pressure drop coefficient of the tube bundle

Cf =
2∆P

ρu2
mNr

, (A.3)
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• average Euler number

Eu = ∆P
1
2ρu2

m

=CfNr , (A.4)

• or the average Fanning friction factor in the core

f = ρm

ρ1

A0

A

(
2ρ1∆Pcore

G2
0

−2

(
ρ1

ρ2
−1

))
, (A.5)

where ∆Pcore is the pressure drop across the HX without entrance and exit effects
[8], the subscripts 1 and 2 refer to the inlet and outlet, respectively.

Pressure drop correlations

Geometry Property Ref. Notes
plain tube bundle
(inline / staggered)

Cf [9] Re > 200, Pr ≥ 0.6, Nr ≥ 2

plain fin tube bundle
(staggered arrangement)

Cf [2] Re ≥ 150, 1.4 < x̃t < 5, 1 < x̃l < 4.3

circular fin tube bundle
(inline arrangement)

Eu = Cf

Nr
[3] 5000 ≤ Re ≤ 7×104, Nr > 3

louvered fins
(lf)

f [10] 100 ≤ Re
Lp

dh
≤ 3000, 0.5 ≤ Pr ≤ 15

offset-strip fins
(osf)

f [5] 120 ≤ Re ≤ 104, 0.5 ≤ Pr ≤ 15

wavy fins
(twf)

f [6], [7] 600 < Re ≤ 6500

Table A.2: List of empirical correlations selected for the pressure drop estimation on the air/gas side.
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FLOW INSIDE TUBES AND CHANNELS
The thermohydraulic performance correlations reported in Table A.3 and A.4 apply to
flows within tubes and channels. In the turbulent regime, the correlations are indepen-
dent of the tube or channel shape. In the laminar regime, however, the Nusselt number
and friction factor correlations depend on the shape of the flow passage. The correla-
tions implemented in HeXacode allow for tubes and channels of circular, elliptical, rect-
angular, or triangular cross section.

Heat transfer correlations

WF state Property Ref. Notes

single-phase

Nulam [11] Re < 2300
Nutrans

Nuturb

Nuturb

[11]
[12]
[13]

2300 ≤ Re ≤ 4000
Re > 4000

Re > 4000 & supercritical
two-phase
(evaporation) h [14] ReLO > 100
two-phase
(condensation) h [15] Psat/Pcr ≤ 0.946, 1.1 ≤G0 ≤ 1400

Table A.3: List of empirical correlations selected for the heat exchanger heat transfer coefficient estimation on
the working fluid side.

Pressure drop correlations

WF state Property , range Ref. Notes

single-phase
flam [11, Ch. 7] Re < 2100
ftrans Bhatti–Shah [11, Ch. 7] 2100 ≤ Re ≤ 4000
fturb Colebrook-White [12] 4000 < Re ≤ 107

two-phase
(evap./cond.)

dP
dZ [16]

0.07 ≤ Psat/Pcr ≤ 0.6,
Ra
dh

≤ 0.007

Table A.4: List of empirical correlations selected for the heat exchanger pressure drop estimation on the work-
ing fluid side flowing inside channels or tubes.
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B
SHAPE OPTIMIZATION OF A

TURBOFAN BYPASS DUCT

HOUSING A CONDENSER

Parts of the methods and content reported in this appendix have been published in [1].
The Author is thankful for the contributions of K. Wessendorp.

INTRODUCTION
The thrust that can be obtained via accelerating the heated ram air through a nozzle
can be increased if the airflow is heated at a higher static pressure [2]. The combined
cycle turbofan discussed in Sec. 3.4.3 therefore features the ORC condenser positioned
downstream of a fan, outlet guide vane, and diffuser. This HX integration and engine
configuration increases the cooling mass flow rate and air density compared to a non-
compressed duct, thereby improving the propulsive efficiency of the bypass duct. An
increase in propulsive efficiency would correlate with a reduction in fuel consumption
provided that thermal efficiency and weight remain constant.

However, modeling the integration of the condenser within the bypass duct of the
aero engine is a complicated task. The accuracy of the simplified lumped parameter
model used in Sec. 3.4.3 is not yet known. The CFD framework detailed in Chapter 5
cannot yet be used to perform numerical simulations on the CC-TF bypass duct. This
is because the model does not include the presence of a fan inside the duct and does
not resolve the flow upstream and around the aero engine nacelle. Spillage effects are
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thus not considered. Therefore, the CFD simulation framework requires modifications
to solve the flow field upstream and around the engine to correctly estimate the overall
engine net thrust and to account for the presence of the fan and outlet guide vanes in
the bypass duct.

The objective of the study reported in this appendix is therefore the development
of a computationally efficient CFD simulation framework that enables the analysis and
shape optimization of air cooling or bypass ducts housing fans and heat exchangers. The
bypass duct of the CC-TF engine concept is used as a case study [3]. The fan and outlet
guide vanes are modeled using actuator disk models, the duct shape is parametrized us-
ing cubic splines and control points, and the heat exchanger is simulated using a porous
media model [4].

METHODOLOGY
The condenser core geometry consists of a flat-tube microchannel HX with louvered fins,
mounted in an annular configuration to allow for a simple and axisymmetric integration
within the bypass duct. The heat exchanger is modeled using the porous media model
(PMM) detailed in Chapter 5. The flow outside of the porous zone is solved using RANS
simulations with the k −ω SST turbulence model [5]. The effect of the airflow required
by the CC-TF engine core on the bypass flow is simulated via a mass flow rate sink. An
actuator disk (AD) method is used to model the fan and outlet guide vanes as permeable
disks that exert forces on the air passing through without needing to resolve the exact
geometry of the blades or vanes. The total pressure ratio obtained using the AD model
has been partially validated through comparison with experimental data [6]. The total
pressure distribution after the fan and the swirl angle obtained using the AD models have
been verified against high-fidelity unsteady RANS simulations [7].

Figure B.1: Detail of the mesh near the inlet lip of the turbofan engine (left) and across the porous zone near
the bottom wall of the bypass duct (right).

The resolved flow domain spans ahead of the engine inlet by 5.2 nacelle diameters, and
around the engine by 6.5 nacelle diameters. A hybrid and adaptive mesh featuring large
uniform cells in the far airflow field and smaller unstructured mesh elements near the
engine and HX inlet is used to balance accuracy and computational efficiency. The ge-
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ometry of the CC-TF engine is based on the LEAP-1A engine, representative of a modern
high-bypass ratio (BPR) turbofan configuration.

The developed CFD simulation framework is employed to analyze the thrust generated
by the bypass flow of a turbofan engine for 4 cases:

• Case #1: The bypass duct has no heat exchanger (reference case).

• Case #2: The condenser is placed in the bypass duct; however, the ORC unit is
switched off. Therefore, the condenser is not discharging thermal energy to the
ram air.

• Case #3: The ORC unit is active: the condenser is transferring thermal energy to
the bypass flow.

• Case #4: The ORC unit is active, and the bypass duct shape is optimized.

The shape of the bypass duct is parametrized by means of a set of control points
that define the internal bypass duct wall cubic spline profiles. The y-coordinate of each
control point is constrained within individually defined upper and lower bounds based
on estimated clearances and the spatial positioning of the surrounding components in
the turbofan engine. This allows the current turbofan dimensions to remain the same as
those of the reference engine. However, this constraint limits the maximum net thrust in-
crease that the optimizer can achieve. The adaptive-single objective (ASO) optimization
routine implemented in ANSYS Fluent is used to maximize the net thrust of the engine
by optimizing the bypass duct shape. A computational mesh consisting of 500,000 cells
was selected for detailed CFD simulations based on the outcome of a grid-convergence
study. To reduce the computational cost of the optimization routine, a coarser mesh
with 350,000 cells was employed. The maximum deviation observed between the two
mesh resolutions concerns the temperature rise across the heat exchanger, with a differ-
ence of approximately 0.5%. This level of discrepancy is considered negligible, enabling
a substantial reduction in simulation time without compromising the accuracy of the
results.

RESULTS
As shown in Fig. B.2, he presence of a heat exchanger that is not transferring thermal
energy results in a 13.7% reduction in net thrust relative to the reference configuration.
If the ORC unit is active and thermal energy is discharged into the ram air flow, the thrust
penalty is reduced to 9.3%, indicating partial conversion of the added thermal energy
into kinetic energy.

The presence of the condenser inside the bypass duct causes an inward shift of the
stagnation point on the engine inlet, resulting in a higher pre-diffusion effect upstream
of the turbofan intake and larger spillage drag. The increased spillage causes a greater
airflow acceleration around the intake of the turbofan, leading to the formation of a weak
shock on the outer wall of the engine nacelle as shown in Fig. B.3. The normalized static
pressure p

p∞ at the inlet of the fan increases from 1.3 to approximately 1.42 in case #3.
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Figure B.2: Comparison of the net thrust generated by the CC-TF engine that integrates the condenser inside
the bypass duct with the reference turbofan engine, which is 56.08 kN. Note that the thrust contribution of the
hot exhaust gases of the engine core is neglected in all four cases.

Figure B.3: Contour plot of the air stream Mach number around the CC-TF engine and inside the bypass duct.
A weak shock is observed on the outer wall of the engine nacelle.

The bypass stream of the CC-TF is therefore characterized by larger pressures upstream
of the porous zone caused by the additional blockage introduced by the condenser [1].

The HX introduces a non-uniform pressure loss as shown in Fig. B.4. More specif-
ically, the pressure losses are greater in the lower duct region, where the flow velocity
is much higher. A small pressure recovery is observed immediately downstream of the
porous zone due to the sudden increase in flow area, followed by a gradual pressure de-
crease as the flow expands through the nozzle. As graphically displayed in Figure B.5,
the lower flow velocity near the upper wall of the bypass duct causes a non-uniform
temperature distribution downstream of the condenser. A sharp increase in tempera-
ture, indicated by closely spaced contour lines, is observed at the inlet of the HX due
to the large temperature difference between the airflow and the condenser wall. As the
flow progresses through the HX, the spacing between contour lines increases due to the
decreasing temperature difference between the HX wall and the airflow, resulting in a
reduced heat transfer rate. As the flow expands through the nozzle, the static tempera-
ture decreases by ≈ 40° and becomes more uniform. This temperature drop is associated
with the conversion of thermal energy into kinetic energy as the flow expands in the noz-
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zle, which results in a 2473 N increase in net thrust if compared to Case #2.

Figure B.4: Static pressure (left) and total pressure (right) contour plots resulting from the CFD simulations
of the airflow around and inside the CC-TF engine bypass duct. The values are normalized with the ambient
static or total pressure, respectively.

Figure B.5: Static temperature (left) and total temperature (right) contour plots of the flow near the condenser
inside the CC-TF engine bypass duct.

The thrust generated by the CC-TF can be increased further by optimizing the internal
shape of the bypass duct. The optimization routine reached convergence in 220 itera-
tions. As shown in Fig. B.6, the optimized duct features a narrower nozzle and a more
aggressive diffuser, which results in a slightly higher flow uniformity and lower flow ve-
locity at the HX inlet, and a higher nozzle outlet velocity. The thrust produced by the CC-
TF with the optimized bypass duct is approximately 3.4% larger than that of case #3. Note
that this performance improvement is obtained without changing the nacelle size of the
engine. However, the heat duty of the condenser for the test case #4 is reduced by about
2% due to the slight reduction in mass flow rate going through the bypass duct. This re-
duction, although small, should be taken into account in future work to ensure that the
working fluid is fully condensed at the HX outlet. Moreover, larger improvements can
arguably be achieved by extending the design space of the duct, allowing changes to the
overall size of the nacelle and component configuration to target higher net thrust.

Although the results in Figure B.2 may indicate that the CC-TF is a less efficient
propulsion system if compared to the reference turbofan engine, the assessment can-
not be taken as conclusive. The study reported in this appendix only focuses on the
thrust produced by the bypass stream and therefore does not consider the thermody-
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namic benefit of the ORC waste heat recovery unit, which, as shown in Sec. 3.4.3 in-
creases the overall engine thermal efficiency and contributes to approximately 27% of
the total net engine power, which allows for a downsizing of the gas turbine compared to
the simple-cycle turbofan engine benchmark. Whether or not the CC-TF can outperform
the standard turbofan engine will ultimately depend on the aircraft, mission, propulsion
system configuration, safety regulations, and overall weight.

Figure B.6: Comparison of the initial CC-TF bypass duct geometry with the final optimized solution displayed
in red.
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C
LOGARITHMIC MEAN

TEMPERATURE DIFFERENCE

EXPRESSION FOR EFFECTIVENESS

APPROACHING ZERO

By definition, the expression for the logarithmic mean temperature difference reads

∆Tml =
(Th,in −Tc,out)− (Th,out −Tc,in)

ln(Th,in −Tc,out)− ln(Th,out −Tc,in)
. (C.1)

This expression can be rewritten as

∆Tml =
∆Th −∆Tc

ln(∆Tmax −∆Tc)− ln(∆Tmax −∆Th)
, (C.2)

where ∆Th = Th,in −Th,out and ∆Tc = Tc,out −Tc,in are the hot and cold stream tempera-
ture differences, and ∆Tmax = Th,in −Tc,in is the maximum temperature difference, i.e.,
the one between the inlets of the two streams.

Let us assume a discretization of the HX into n control volumes (CV) in which the
outlet temperatures on the hot and cold stream can be expressed as{

T i+1
h = T i

h +δT n
h

T j+1
c = T j

c +δT n
c .

(C.3)

As the number of control volumes n increases, the effectiveness of the CV decreases
due to the reduction in the temperature difference δT n between the inlet nodes (i , j )
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C. LOGARITHMIC MEAN TEMPERATURE DIFFERENCE EXPRESSION FOR EFFECTIVENESS

APPROACHING ZERO

and outlet nodes (i +1, j +1) on each fluid side. The local mean logarithmic temperature
difference associated with the n-th control volume reads

∆T n
ml =

δT n
h −δT n

c

ln(T i
h −T j

c −δT n
c )− ln(T i

h −T j
c −δT n

h )
, (C.4)

where T i
h −T j

c =∆T n
max is the maximum temperature difference of the control volume.

Assuming a fine discretization of the HX such that

ϵn ≈ δTh

∆Tmax
≈ δTc

∆Tmax
→ 0 , (C.5)

∆T n
lm can be approximated using a Taylor expansion for the logarithm functions in the

denominator

ln(∆Tmax +x)x→0 ≈ x

∆Tmax
− x2

2 ∆T 2
max

+O(x2) (C.6)

as

∆T n
ml =

δT n
h −δT n

c

ln(∆T n
max −δT n

c )

ln(∆T n
max −δT n

h )

≈ δT n
h −δT n

c

− δT n
c

∆T n
max

+ δT n
c

2

2 ∆T n
max

2 + δT n
h

∆T n
max

− δT n
h

2

2 ∆T n
max

2

. (C.7)

As per Eq. C.5, Equation C.7 reads

(∆T n
ml)ϵn→0 ≈ T i

h −T j
c . (C.8)

Therefore, by decreasing the effectiveness of each control volume, the differences be-
tween the logarithmic mean temperature difference, true mean temperature difference,
and maximum driving temperature difference between the two fluids approach zero. As
a result, the correction factor F n tends to one.
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