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ABSTRACT

Wind energy has recently come to constitute more than 10% of the electric
power consumed in the EU. As the wind industry is rapidly growing, wind
turbines grow larger and new models are soon expected to reach ratings of
10 MW. The development of offshore wind farms is another major trend in
the industry. Offshore farms are particularly suitable for installation of large
turbines, able to utilize the stronger winds available. However, in case of an
offshore failure, it could require weeks to access and repair the turbine. Even
in onshore farms, the turbine size cannot allow frequent disconnections. In this
context, increasing turbine availability emerges as a critical issue: Modularity
is seen as a promising approach to respond to this need.

Modular systems can be decomposed into a number of independent ’mod-
ules’ or components. Such systems can have their faulted modules bypassed
and continue operation after fault, increasing system availability. Less frequent
and easier repair can also achieved. Different levels of modularity have been
proposed: Systems with modular converters or systems with modularity both
in the converter and machine, with possible levels of modularity in the ma-
chine itself. Focusing on the machine-side of modularity, this thesis aims to
produce a comparative study of the main modular machine topologies proposed
in literature.

The first step to address this problem, is to propose some promising machine
topologies, suitable for modular design. Subsequently, a 2-D analytical model is
developed, able to account for different types of winding. The model calculates
important quantities to evaluate electromechanical performance (Back-EMF,
Power, cogging torque) and efficiency (iron loss, copper loss). Analytical mod-
elling results are validated by means of FEM modelling.

The validated analytical model is then used to carry a first level comparison
of numerous modular winding machines. The designs which perform best in
terms energy yield, efficiency and cost are promoted for a second level compar-
ison, where further modularity is introduced. This time, the machine stator is
segmented and different segmentation ideas are applied. The segmented designs
are compared by means of FEM. After the optimal design is selected, the flux
gaps introduced in the stator core are considered, and the influence of gap width
on the machine performance is investigated.
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1 Chapter 1 : Introduction

1.1 Background

With an overall installed power of 128.28 GW by the end of 2014, wind en-
ergy has come to constitute more than 10% of the electric power consumed in
the EU [1] . Since 2010, significant growth has also been noted outside the
traditional markets in Europe and North America, mainly because of large con-
struction developments in China. Recent environmental state commitments on
climate change and limiting of fossil fuels, are also expected to create favourable
incentives for the wind industry [2].

Figure 1.1 illustrates the net installed power (MW) for different technologies,
during the decades 1995-2015:

Figure 1.1: Net electricity generating installations in the EU, 1995-2015
(MW)[3]

It can be seen that wind is the first renewable energy technology in installed
capacity, with a net growth of 137.530 MW. A net decrease can be observed in
conventional sources (coal, oil) as well as nuclear power, over the last twenty
years.

As the wind industry is rapidly growing, the turbine size also grows and
new models are soon expected to reach ratings of 10 MW. Another important
trend in the wind turbine sector concerns the development of large offshore wind
farms. Offshore farms are particularly suitable for installation of large turbines,
able to utilize the more frequent and stronger winds available. During the first
half of 2015, 584 offshore turbines, with an average size that exceeds 4 MW,
have been installed in Europe [4].
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1.2 The growing need for modular systems

Both of the aforementioned trends, increase the need for reliable wind turbines
with high availability: For remote offshore farms, in case of a failure, it could
take weeks for the maintenance team to access and repair the turbine [5]. Even
in onshore wind farms, the growing turbine size cannot allow frequent discon-
nections, as the cost of the lost energy would increase severely. Modularity is
seen as a promising approach to meet the need for reliable, highly available
systems.

Modularity refers to the concept of designing systems that can be decom-
posed into a number of ”modules” or components [6]. Such systems could have
their faulted modules bypassed and continue operation after a fault (fault tol-
erance). The post fault operation can be optimised by appropriately adjusting
the control of the drive, so that the level and quality of delivered power is
not severely reduced. This would allow repair to be postponed until the next
scheduled regular maintenance [5]. Moreover, in a modular design, the faulted
module could be more easily replaced or repaired.

Different levels of modularity have been proposed in literature: Systems with
modular converters [7, 8, 9] or systems with modularity both in the converter and
machine [10], with possible levels of modularity in the machine itself (modular
windings, segmentation).

1.3 Thesis Objectives

1.3.1 Main Objective

The primary objective of this thesis is to produce a concentrated comparative
study of the main modular machine topologies proposed in literature. Starting
from a first level of modularity only in the stator winding, different designs are
compared based on electromechanical performance. Each topology promoted
from the first level comparison, is simulated with FEM for different types of
segmentation. The optimal segmentation strategy for each individual topology
is eventually selected.

1.3.2 Main Steps

To address this problem, two different modelling approaches will be adopted.
The first level comparison is based on analytical modelling, whereas the dif-
ferent segment designs are compared by means of FEM. The main objective
is then broken down into a number of subsidiary steps, which are described
subsequently:

1. Propose some promising machine topologies, which are suitable for mod-
ular design.

2. Develop an analytical model of the proposed machine topologies, account-
ing for different types of winding. Calculate important quantities to evalu-
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ate electromechanical performance (Power, Torque, cogging torque, THD
of back-EMF) and efficiency (iron loss , copper loss).

3. Validate the analytical modelling results by means of FEM modelling.
Conclude the first level comparison using the validated analytical model
and select the topologies to be promoted for segmentation.

4. For each promoted topology, apply different segmentation ideas. Compare
the segmented designs using FEM. Examine the effect of adjusting the flux
gap size.

1.4 Thesis Layout

The individual steps needed to accomplish the Thesis”s objectives, are imple-
mented in 5 chapters, which are described subsequently:

• Chapter 2 presents a detailed review on the concept of modularity. Firstly,
the various possible levels of modularity are presented, and the most
promising applications of modular systems are highlighted. Next, gen-
erator topologies which are suitable for modular design are discussed.
Subsequently, several modular and segment designs proposed in litera-
ture, are reviewed. Then, specific pole-slot combinations that result in
fault tolerant machines are highlighted. Finally, the future challenges and
prospects of modularity are discussed altogether.

• Chapter 3 presents a 2-D analytical modeling of the surface PM machine,
accounting for both distributed and modular winding designs. Firstly, the
magnetic field due to the PM’s alone is calculated in section 3.2. Then, the
armature reaction field is calculated and the effect of slotting is included.
Subsequently, the induced EMF, power, torque, cogging torque and stator
losses are computed. The analytical model results are validated with FEM
simulations.

• Chapter 4 presents the first level comparison between different modular
machine topologies. Different slot/pole combinations of modular winding
designs are compared. A varying axial length is assumed to maintain the
same speed and airgap power in all machines. The base case of distributed
winding with 1 slot per pole per phase is considered as a reference. The
validated analytical model is used to promote the topologies which perform
the best, based on energy yield, efficiency and cost .

• Chapter 5 includes the second level comparison which is drawn by means of
FEM modelling. Each topology promoted from the first level comparison,
is now designed in FEM for different types of segmentation. The optimal
segmentation idea is then selected for each specific topology. The flux
gaps introduced by segmentation are finally considered, and the effect of
different gap size on the machine performance is evaluated.
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• Chapter 6 summarizes the obtained results, and presents the main con-
clusions drawn. Recommendations which may help to enhance the value
of the present work are briefly provided. Potential related future work on
modular systems is conclusively discussed.

1.5 Contribution

This thesis focuses on the machine-side of modularity. It draws a comparative
study of modular designs, which have been individually proposed in literature,
but have not been compared in an aggregated manner.

For this, a 2-D analytical model able to account for both distributed and
modular windings has been developed. The model is capable of drawing fast
comparisons between different machines, which would otherwise require com-
putationally expensive FEM simulations. Therefore, it is a useful and complete
tool to address time-demanding problems such as the considered topology in-
vestigation.

Regarding the segment topologies, the effects of varying the flux gap size in
the segmented machine, is also a topic that has not yet been widely covered.
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2 Modularity in electrical machines and drives

2.1 The Concept of Modularity

Modularity refers to the concept of designing systems that can be decomposed
into a number of ’modules’ or components [6].

One of the best examples of modular design is the computer: A typical
computer is assembled from modules such as processors, hard drives, memory
units, power supply units, graphics and sound cards. Each of these modules is
a replaceable part allowing for easy repair or upgrade. Other recent examples
of systems with modular design include modular smartphones[11] and modular,
prefabricated buildings.

2.2 Applications of Modularity

In electrical engineering, modularity can be found in the design of PV systems,
as well as in electrical machines and drives. In the past, machines with readily
assembled modular windings have been used in low power applications due to
advantages such as higher slot fill factors, shorter end-windings and simpler
manufacture.

The ongoing research on modular windings, revealed that certain modular
machine topologies can provide higher physical, magnetic and thermal isolation
between phase windings. This means that in case of fault in one phase, the
effects on the other phases are minimized and the system is well capable of
continuing operation after fault (fault tolerance). This prospect of more reliable,
fault-tolerant systems, rendered modularity very attractive for safety-critical
applications, such as aircraft fuel pumps and flight control surface actuators
[12]. Figure 2.1 depicts a modular, fault-tolerant machine and motor drive,
designed in TU Delft to be used in an aircraft application:

Figure 2.1: Modular machine and power electronics - Integrated concept for
aerospace application [10]

Spooner et al. were the first to propose modular machines for wind gen-
erator systems [13]. The proposed topology was that of Direct Drive (DD)
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systems, which adopt very large machines to eliminate the need for a gearbox.
A schematic depiction of a DD Permanent Magnet (PM) generator can be seen
in Figure 2.2: As DD systems grow in popularity, and the generator size keeps

Figure 2.2: Direct-Drive PM generator : A promising candidate for modular
systems (%)

increasing, benefits such as easier manufacture and transportation become more
and more significant. Moreover, contrary to DFIG configurations, DD machines
have no direct connection of the stator winding to the grid. This allows for more
freedom when it comes to employing modular winding and converter configura-
tions.

The prospect for enhanced fault-tolerance, is another major driving force
towards modular wind generator systems. The aim here is not to ensure unin-
terrupted operation by all means, but to increase the overall turbine availability
[5]. As the rating of turbines is soon expected to reach levels of 10 MW, and the
world’s dependency on wind power is growing, the currently high downtimes of
wind turbines tend to become unacceptable.

A modular wind generator system could have its faulted module bypassed.
Moreover, post fault operation can be optimized by appropriately adjusting
the control of the drive, so that the level and quality of delivered power is
not severely reduced. That could allow repair to be postponed until the next
scheduled regular maintenance [5]. This is crucial for remote offshore farms
where access for maintenance can be difficult. Finally, maintenance itself is
simplified, as the faulted module can be more easily replaced or repaired on
site.

2.3 Forms of Fault-tolerance - Relation to Modularity

The next sections present modular concepts, proposed as a means of improving
availability or reliability. In this sense, all presented topologies can enhance
system fault-tolerance. However, not all possible forms of fault-tolerance are
addressed, but only those that contribute to a more modular system. The major
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forms of fault tolerance both in the machine and converter are briefly presented
subsequently for completeness [5]. Those which will be further addressed in the
subsequent sections, are highlighted:

• Converters with redundant semiconductors. In this case, additional
semiconductors are added to the stack of semiconductors comprising ev-
ery switch. This solution is more attractive only when voltage levels are
high enough, so that all available semiconductors are needed. Otherwise,
the rise in number of semiconductors and the respective losses make this
solution somewhat unattractive.

• Fault tolerant converter topologies. In this case, power semicon-
ductors and fuses are added to make the converter fault tolerant. The
switch/double-switch redundant topologies are such proposed examples.
Another variation, the phase redundant topology, includes a spare phase
leg which is capable to replace a faulty phase leg. Finally, the cascaded
converter topology devotes a full bridge converter for each individual
phase. This topology will be addressed in the following sections, as it
can be combined with various modular concepts.

• Increasing the number of phases. Two possible approaches exist
here: If one phase fails, the sound phases continue. Alternatively, when
one set of three phases fails, the other sets of three phases continue. Both
methods are promising and will be discussed in the next sections. Higher
phase number systems are well-combined with modular concepts and have
already been applied in the wind industry.

• Design for fault tolerance. From the beginning, both converter and
machine are designed to tolerate a specific range of faults. The design
needs to carefully consider interaction between converter and machine:
For example in case of a turn-to-turn s/c in a machine coil, the whole coil
can be short-circuited by the converter, to maintain nominal s/c current.
Design choices for modular, fault-tolerant machines are discussed in the
next sections.

2.4 Levels of Modularity

Different levels of modularity have been proposed in literature: Systems with
modular converters [7, 8, 9], or systems with modularity both in the converter
and machine [10], with possible levels of modularity in the machine itself (mod-
ular windings, segmentation). A more detailed description of the levels of mod-
ularity will be attempted in the following sections.

2.4.1 Modularity in the Power Electronic Converter

2.4.1.1 Converters connected in Parallel

Modular power electronic converters are already a well-proven, commercialized
technique towards enhancing wind turbine system reliability. A common ap-
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proach for state-of-the art turbines with power levels that exceed 3MW, is to
adopt multiple converter modules operating in parallel. This arrangement gives
the opportunity to share the generated power and maintain a low voltage and
current rating for each module. The Gamesa G10x 4,5 MW model [8] and the
Siemens multimegawatt turbines [14], are both well known examples of this
topology. A parallel configuration of two level (2L) back-to-back converters can
be seen in Figure 2.3

Figure 2.3: Two level back-to-back converters in parallel [15]

In the case that a converter module fails, it is switched off and the rest of
the modules continue operation. Even though the output power capability is
reduced, the effect may not be particularly harmful for wind turbine systems,
as they rarely operate at rated power level.

Control systems have been developed based on the topology of Figure 2.3
. The ability of the control to achieve the necessary dynamics for system level
events such as Low-Voltage Ride Through (LVRT) has been verified in [14].
On top of higher reliability, other control-derived benefits are obtained: These
include higher efficiency by means of a variable number of active converter
modules and elimination of grid harmonics by imposing a phase shift between
the PWM-pulses [8].

2.4.1.2 Cascaded converter topology

In fault-tolerant topologies which employ a higher number of phases, another at-
tractive variation of parallel redundancy, known as the cascaded inverter topol-
ogy, has been proposed [9]: According to this, each of the stator phases is excited
by an independent single-phase inverter. Even though failure of an individual
phase-drive unit will degrade the output power, the need for immediate repair
is reduced since no system shutdown is required. A phase redundant system
for a n-phase machine is depicted in Figure2.4 : Compared to that of Figure
2.3, this topology is capable of tolerating faults not only in the converter, but
in a machine phase as well. In addition, with a careful choice of the number
of phases and proper modification of the control scheme, the post-fault perfor-
mance degradation can be minimized [9].

Finally, a major benefit for high power systems, is that the machine and
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Figure 2.4: The cascaded converter topology [9]

power electronics can easily be reconfigured into a multi-phase generator system
without significant cost. Alternatively, parallel 3-phase machine circuits can be
combined with modular converters, instead of increasing the number of phases.
In this case, if one set of three phases fails, the other sets of three phases
continue: The post-fault power is then reduced, but the machine currents remain
symmetric after fault.

2.4.1.3 Multilevel Converters

The high power rating of the proposed modular systems, implies that the DC
link voltage will increase to levels of about 3-5kV. As two level converters cannot
easily handle these voltage levels and series connection of switches has proven
to be difficult, multi-level converters are needed [5] .

A multi-level topology known as the Modular Multi-level Converter (MMC),
has been proposed recently to further increase the dc operating voltage. In
the MMC, several elementary switching sub-modules (H-Bridges) are stacked
together. A schematic diagram of this topology can be seen in Figure 2.5:

Figure 2.5: Modular multi level converter topology
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Using up to a hundred or more levels, the MMC can produce an essentially
sinusoidal ac waveform, and eliminate the need for additional filtering [16]. The
modular built of the MMC, as well as its suitability for HVDC connected offshore
farms, make this topology an attractive choice for high rating modular wind
generator systems.

The MMC avoids the challenge of connecting semiconductor switches in
series. Instead, the voltage rating is adjusted by adding sub-modules to the
stack. In this way, converters with very high power and voltage ratings can
be realized. This ability for generation of AC or DC voltage in the 10-100kV
range, stimulated the investigation of transformer-less designs [17]. Such a MMC
arrangement with eliminated dc link is depicted in Figure 2.6:

Figure 2.6: Modular multi-level generator-converter topology [5]

The stator in the machine of Figure 2.6 is segmented: Each segment operates
independently as a generator and its winding is connected to a converter module.
Segmented machines will be reviewed in more detail in the following sections.
The design of Figure 2.7 allows connection to a MVDC or HVDC connection
point. This is of particular interest in the case of offshore wind farms, where
HVDC connection is commonly employed.

Another MMC arrangement, this time without elimination of the dc link is
depicted in Figure 2.7 :

Figure 2.7: Transformerless Modular multi level generator-converter topology
with DC link [5]

With this arrangement, the dc link voltages are kept at a level which does
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not affect the stator windings insulation. A dc step-up transformer is then used
to reach the required MV/HV DC level.

2.4.2 Modularity in the Machine windings

2.4.2.1 Modular Windings

Fractional-slot concentrated (FSC) windings, also known as ’modular’ windings,
comprise of coils wound around a single stator tooth. Figure 2.8 depicts single-
layer (SL) and double-layer (DL) arrangements for FSC windings: We observe

Figure 2.8: SL (a) and DL (b) arrangements for FSC winding

that in the SL arrangement every alternate tooth carries a coil, where as in the
DL case every tooth has its own coil wound.

Though not a recent discovery, FSC windings had only been considered for
low power machines with reduced number of phases, until the late nineties. In
recent years however, FSC winding has gained attention, also for high perfor-
mance applications including wind generators.

Some well known advantages include [18]:

• Simple assembly and mounting.

• Short, non-overlapping end-windings. Lower copper loss.

• More standardized windings. Reduced cost.

• Low torque ripple for certain pole-slot combinations.

• Suitability for modular, fault-tolerant designs.

A main challenge for application of FSC windings regards the combination of
the pole and slot number. If this is not selected carefully, the resulting machine
may have very poor winding factor, high rotor losses, and high torque ripple.

It has been shown that the higher pole number, the easier it is to find
appropriate pole-slot combinations, which result in high winding factors and
low ripple . Therefore, multi-pole PM machines for low-speed direct drives have
been confirmed as a very suitable topology to combine with FSC windings.
The main remaining problem in this case, is the high rotor eddy-current loss
caused by the winding’s higher order space harmonics, which may reduce overall
efficiency.
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2.4.2.2 Modular Windings with dedicated Converters

So far, systems with modularity only in the converter have been considered.
Some topologies, such as the cascaded converter topology of Figure 2.4, employ
separate converter modules for each phase. In case of a stator coil fault, the
respective phase is switched off, allowing the sound phases to continue operation.

A further step in this direction, would be to employ separate converter
modules for each stator coil. This concept can be applied only if the stator
is equipped with FSC windings, instead of conventional distributed windings.
Such an arrangement is depicted in Figure 2.9: This time in case of a stator

Figure 2.9: Modular winding machine with dedicated converters per coil [6]

coil fault, only the faulted coil is switched off, instead of the whole phase. This
means greater ability to process power in post-fault operation. It remains a
question though, if the power cost savings outweigh the additional expenses
that come with the higher number of power electronic components used.

2.4.3 Segmented Machine Topologies

2.4.3.1 Introducing segmentation in the machine

An interesting concept for achieving greater modularity in the machine itself, is
to segment its iron core. A segmented machine example, in which every segment
comprises of a concentrated coil and its converter, is presented in Figure 2.10:
In case of fault in a stator coil, the whole core module can now be removed and
replaced. Apart from easier and quicker maintenance, the segment topology also
facilitates the construction process: Fewer drawings and tools are required, as
the need for detailed design is reduced. In addition, standardization is enhanced,
as the same construction pattern can be used for different machines.

Transportation of the machine tis also facilitated, as the individual segments
can be transported separately and assembled on site. This is particularly ad-
vantageous for the large, heavy machines used in DD wind generator systems.
The main drawback of the topology seems to be a higher cogging torque caused
by the flux gaps, which are introduced by segmentation.
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Figure 2.10: Machine with segmented stator and modular winding/converter
[19]

Various ideas on how to segment the machine, have been proposed in liter-
ature. Most of the proposed designs suggest different ways of segmenting the
stator, and these will be presented subsequently. However, segmentation of the
rotor has also been proposed [13] in order to make the PMs (or rotor winding)
replaceable.

2.4.3.2 E-core segments

The first proposed segment topology is to build E-shaped segments, where every
segment comprises of a single concentrated coil. The machine is equipped with
a SL winding. Figure 2.11 depicts such an arrangement: The stator teeth in

Figure 2.11: Stator with SL winding and E-core segments [13]

Figure 2.11 are straight. For a stator with alternate teeth having tooth tips,
investigation on which teeth are more suitable for carrying the winding, has
been carried out for different pole-slot combinations [20]. Another variation of
the E-core design, suggests larger E-cores with three phase winding instead of
single coil ones. This design offers a lower number of flux-gaps, at the expense
of reduced manufacturability.

E-core segments combined with DL winding, is another possible variation.
However, such a design would require additional spacer teeth, and eventually
reduce core utilization. Moreover, some fault-tolerant characteristics of SL mod-
ular windings would be lost.
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2.4.3.3 T-core segments

In E-core designs, the flux gaps are placed in the center of the stator teeth.
Another possible choice is to place the flux gaps in the stator yoke instead. In
this way, ’T-core’ segments are formed. Such a design is depicted in Figure 2.12:
Placing the flux gaps in the yoke can downgrade performance, as it increases the

Figure 2.12: Stator with T-core segments [21]

overall reluctance of the magnetic circuit. However, the possibility of achieving
very high slot fill-factors has been reported [22]. Again, possible design varia-
tions include the choice of winding layers, as well as the selection between single
or three-phase segments.

2.4.3.4 Other types of segmentation

A design in which certain sections of the stator core were completely removed,
was proposed in [23]. Figure 2.13 depicts this arrangement:

Figure 2.13: Segmented stator with part of the iron core removed [23]
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The topology facilitates manufacture and uses less iron material. The per-
formance however was not severely downgraded, only when the number of slots
and poles is similar.

Finally, Figure 2.14 depicts a design with segmental teeth and solid back
iron, proposed in [24]:

Figure 2.14: Segmental teeth with solid back iron

In this case a faulted coil can be replaced without the need of replacing the
back iron. Higher fill factors are possible once again.

2.5 Generator Topologies

2.5.1 The type of electrical machine

So far, the generator topologies that have been proposed for modular systems,
are almost exclusively synchronous machines.

The high space harmonics produced by modular windings, make them un-
suitable to combine with induction machines (IM). As the IM rotor adapts to
any frequency imposed by the stator, each winding space harmonic will be try-
ing to rotate the rotor at a different speed. It will be then hardly possible to
produce any useful torque.

The flux-switching PM (FSPM) machine is another recently proposed topol-
ogy, for fault tolerant wind generator systems [25]. The stator of the machine is
equipped with PMs as well as modular windings. Figure 2.15 depicts a segment
of a multi-pole FSPM machine proposed for low speed Direct-Drive applications.

The localized flux paths in the resulting magnetic circuit, grant it with an
inherent fault-tolerance. However, the machine has been mainly studied for
smaller generators so far, due to structural reasons. In addition, the double
saliency in the rotor and stator tend to increase the cogging [25].

The well known Radial-flux synchronous machines are eventually the main
candidate for Direct-Drive wind generator systems. While electrically excited
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Figure 2.15: FSPM machine segment for low speed Direct-Drive applications

machines are also used, the main trend is towards PM machines with variations
regarding the magnets design.

2.5.2 Modular generators with enhanced fault tolerance

Fault tolerance is usually defined [FT] as the ability of a system to remain in
operation after a fault.

The design of a machine for fault tolerance typically includes requirements
for electrical, magnetic and thermal isolation between the machine windings
[5]. Single-Layer (SL) modular windings offer perfect electrical isolation, and
better thermal isolation compared to DW. The main improvement though, is
enhancing magnetic isolation: Certain slot and pole combinations have been
found to result in negligible coupling between phases. This way, a fault in one
phase will not induce high currents in neighbouring phases.

Figure 2.16 shows how a machine with 12 slots can be adjusted to have low
mutual coupling by shifting the pole number from 8 to 10:

Figure 2.16: Minimizing mutual coupling, by appropriate slot-pole choice

The condition for obtaining machines with negligible coupling, is the follow-
ing :

2p = Q(1± n

2m
) (2.1)

Where :
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• p = pole pairs

• Q = slots

• m = phases

• n = any odd integer less than m , such that GCD(n,m) = 1.

At the same time, to maintain a high coupling between the PM’s and the rotor,
the ration of n/m needs to remain above 0.6.

Regarding post fault operation, fault-tolerance aims to reduce the harmonics,
torque ripple and unbalanced pull that will result from switching off the faulty
module. These effects could be minimized in a modular machine, in which the
control switches off appropriate healthy modules to reduce the asymmetry [26].

Finally, modular generators with higher numbers of phases have also been
broadly proposed for wind generator systems. Machines with parallel coils and
converters, can be easily reconfigured in multiphase arrangements. This way,
increased fault tolerance is achieved at a low cost, without many added compo-
nents [5].

2.6 Main challenges for Modular Machine topologies

2.6.1 Challenges in Control

The main challenge for control in modular machine and converter systems, is
that each individual module must now be controlled independently.

This requires a more elaborate control system, which can be realized with
either a centralized or a distributed scheme: In the first case, the fault-tolerance
of the system highly depends on the reliability of the central control unit [6].
As the failure rate of the latter is relatively high, centralized control is not such
a good choice for fault tolerant applications.

A layered control system including both a central controller and local con-
trollers in each converter unit, has been proposed in [27]. A schematic diagram
for such an architecture can be seen in Figure 2.17:

Figure 2.17: Layers of a distributed control scheme for modular machines
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The central controller runs the main control loop and delivers commands to
the local controllers, which generate the switching commands for the IGBT’s.
Fast communication between units is achieved with fiber optics. Finally, com-
plete distribution of control has also been in [26]. In the absence of a central
controller, the system can become fault-tolerant to failures of control units as
well.

2.6.2 Challenges in machine structure

Large, heavy machines used in DD systems already pose mechanical challenges:
A constant air-gap is difficult to maintain. Also a bulky supporting structure is
needed, much of which is not active [26].

In a segmented stator, the stresses applied locally on each module are not
absorbed by the iron core as in monolithic designs, but instead they are trans-
ferred directly to the structure. Thus, each segment needs to be supported by a
dedicated support unit. Such a design, proposed by Spooner, is shown in Figure
2.18: Similar challenges arise from segmentation of the rotor iron.

Figure 2.18: Dedicated support structure for each stator segment

2.7 Summary

This chapter presented an overview of proposed ideas for modular wind genera-
tor systems. In the following chapters our attention will be focused only on the
machine side of modularity.

All opportunities and challenges presented in the above sections, must be
reviewed also in terms of cost. Additional costs of modular systems typically
include increased number of switches (but reduced rating) for the power elec-
tronics. The cost of additional control hardware should be outweighed by re-
sulting savings due to enhanced system reliability/availability. The same is true
for additional costs associated with support structures and design for thermal
management.

As the cost of power electronics drops and the need for reliable wind gen-
erator systems increases, the benefits of modularity will outweigh the costs.
However, an individual assessment for each modular feature must be carried
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out on a case-by-case basis, and a lot of research and progress is still further
ahead.
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3 Analytical Modeling of a Radial Flux PM ma-
chine

3.1 Analytical models

The present chapter presents an analytical model for calculating the instanta-
neous magnetic field distribution in the airgap of a surface permanent magnet,
radial field synchronous motor. Firstly, the magnetic field due to the PM’s alone
is calculated in section 3.2. Then, the armature reaction field is calculated and
the effect of slotting is included. Subsequently, the induced EMF, power, torque,
cogging torque and stator losses are computed.

Analytical models are a useful modeling alternative to FEM: Although they
lack in precision, they require significantly lower computational time. As a
result, a common practice is to employ analytical models for comparisons of a
high number of topologies and use FEM subsequently, in order to test the most
promising designs [28]. A similar approach is followed in the present thesis: The
presented analytical model, is validated with FEM results, before it is used to
draw a first-level comparison between different modular machines.

3.1.1 Choice of analytical model

Several analytical models for RFPM machines have been proposed in litera-
ture. The most accurate but also most complex ones, are the recently proposed
’subdomain’ models [29]. In subdomain models the actual machine geometry,
including the slots, is addressed in the mathematical formulation. The different
subdomains or regions of such a model are depicted in Figure 3.1 :

Figure 3.1: Regions of an exact subomain analytical model[29]
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An easier approach is to initially address a simpler, slotless machine geom-
etry and then account for the slotting effect by means of a Relative Permeance
(RP) function. The permeance can be modeled either as a real or as a com-
plex function, and in both cases it is derived using conformal mapping [30]. A
complex function can account for influence between radial and tangential flux
density components due to slotting. However, this comes at the expense of much
higher computational time: The conformal mapping is needed to calculate every
single point in the permeance waveform, whereas a real permeance requires a
conformal mapping calculation only in one point [31].

In the present work, the real RP model developed by Zhu and Howe [32, 33,
34, 35] was employed, due to its recognition and relative simplicity. Starting
from Maxwell’s equations, the model computes the scalar magnetic potential by
solving a Laplace equation in the airgap and a quasi-poissonian equation in the
PM.

2-D modeling is chosen instead of 1-D, in order to account for the large
effective air-gap of surface PM machines. Variation in the radial direction can
then also be considered and t the model can account for flux focusing and leakage
effects. The equations are expressed in polar coordinates: In this way, the model
accounts for the direction of magnetization (radial or tangential), in the useful
magnetic flux per pole [32].

3.1.2 Analytical model assumptions

The following assumptions are made to simplify the mathematical formulation
and solution of the problem [28]:

1. The machine is slotless, with a constant airgap size.

2. An equivalent time-varying current sheet along the stator bore is assumed
instead of the actual windings.

3. The relative permeability of the iron is infinite.

4. The relative permeability of the PM’s is constant (but not necessarily
unity).

5. All materials are linear and isotropic.

6. Everything remains constant in the z-direction (3-D effects are neglected).
This is valid when the airgap is much smaller than the axial length of the
machine.

7. End effects are neglected.

The geometry parameters of a 3 MW PM machine found in [36] are used in
this chapter, to validate the analytical model.
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3.2 Field produced by magnets

The geometry addressed in the present model is depicted in Figure 3.2.

Figure 3.2: Motor geometry for the present analytical model [32]

Unlike Figure 3.1, only two regions are considered here, the airgap (region
I) and the PM’s (region II).

3.2.1 Magnetization in polar coordinates

The solutions for the governing field equations are subsequently derived, assum-
ing that the magnets have:

• Uniform magnetization only in the radial direction.

• Constant relative recoil permeability (linear 2nd quadrant demagnetiza-
tion curve).

In polar co-ordindates the magnetization vector ~M is given by [32]:

~M = Mr~r +Mθ
~θ (3.1)

Where

Mr =

∞∑
n=1,3,5

Mncos(npθ) (3.2)

Mθ = 0 (3.3)

since we assumed only radial magnetization. Thus, the magnetization will have
the shape depicted in Figure 3.3 :
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Figure 3.3: PM Magnetization [32]

The Fourier coefficients of the radial magnetization are then given by:

Mn = 2(Br/µo)αp
sin
(nπαp

2

)
nπαp

2

(3.4)

Where αp is the magnet pole-arc to pole-pitch ratio.

3.2.2 The Field equations

The Laplace and quasi-Poisson equations for the scalar magnetic potential ϕ in
the two regions, is given in polar coordinates by:

∂2ϕI

∂r2
+

1

r

∂ϕI

∂r
+

1

r2
∂ϕ2

I

∂θ2
= 0, Airgap(I) (3.5)

∂2ϕII

∂r2
+

1

r

∂ϕII

∂r
+

1

r2
∂ϕ2

II

∂θ2
=
Mr

rµr
, PM ′s(II) (3.6)

where ϕI,ϕII are related to the radial and tangential components of the magnetic
field intensity vector ~H according to:

Hr = −∂ϕ
∂r

(3.7)

Hθ = −1

r

∂ϕ

∂θ
(3.8)

The field intensity ~H is related to ~B according to :

−→
B I = µ0

~HI (3.9)

−→
B II = µm ~HII + µ0

~M (3.10)

Once we obtain a solution for the scalar potential ϕ, we can derive an expression
for the magnetic flux density using equations (3.7-3.10). The general solutions
of equations (3.5) and (3.6) are then obtained as:

ϕI (r, θ) =

∞∑
n=1,3,5

(AnIr
np +BnIr

−np)cosnpθ,Airgap(I) (3.11)
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ϕII (r, θ) =

∞∑
n=1,3,5

(AnIIr
np +BnIIr

−np)cosnpθ

+

∞∑
n=1,3,5

Mn

µr(1− (np)
2
)
rcosnpθ, PM ′s(II)

(3.12)

To compute the constants A,B in the above equations, the following bound-
ary conditions are applied:

HθI(r, θ)| r=Rs = 0 (3.13)

HθII (r, θ)| r=Rr = 0 (3.14)

BrI(r, θ)| r=Rm = BrII(r, θ)| r=Rm (3.15)

HθI (r, θ)| r=Rm = HθII (r, θ)| r=Rm (3.16)

Where Rm =Rs−g, with notation according to Figure 3.2. Boundary conditions
(3.13,3.14) denote that the magnetic field intensity is zero in the iron parts of
the machine, which is the case for an infinitely permeable iron core.

Conditions (3.15,3.16) denote the continuity of the radial component of the
~B field, and the tangential component of the ~H field in the boundary between
the magnet surface and the airgap.

Applying the boundary conditions, we calculate the scalar potential ϕ, and
after substituting in equations (3.7,3.8), the ~B field components are computed

from equations (3.9,3.10). Focusing on the radial component of the ~B field in
the airgap region, the following expression is finally obtained:

BrI (r, θ) =

∞∑
n=1,3,5

µ0Mn

µr

np

(np)
2 − 1

(np− 1) + 2
(
Rr
Rm

)np+1

− (np+ 1)
(
Rr
Rm

)2np
µr+1
µr

[
1−

(
Rr
Rs

)2np]
− µr−1

µr

[(
Rm
Rs

)2np
−
(
Rr
Rm

)2np]
[(

r

Rs

)np−1(
Rm
Rs

)np+1(
Rm
r

)np+1
]
cosnpθ

(3.17)

Figure 3.4 presents the slotless machine PM field computed with equation
3.17, in comparison to the PM field obtained with FEM for an actual slotted
design, with q=1 slot per pole per phase.

24



0 1 2 3 4 5 6 7
angle (electrcal rads)

-1

-0.8

-0.6

-0.4

-0.2

0

0.2

0.4

0.6

0.8

1

F
lu

x
 D

e
n
s
it
y
 (

T
)

B-Field produced by PM's (q=1) 

FEM
Analytical

Figure 3.4: Analytical PM (no slotting) VS FEM calculated field

The predicted flat top magnitude is in good agreement between the two
waveforms. In the FEM waveform, the effect of slotting is also evident: For
q=1, we observe 3 dips per pole in the FEM waveform, as expected. The effect
of flux focusing in the stator teeth edges can also be observed.

3.3 Magnetic Field due to stator currents

Following a procedure similar to that of section 3.2, the 2-D armature reac-
tion field in polar coordinates is obtained in this section. In addition, the
model has been adjusted appropriately to account for both overlapping and
non-overlapping winding configurations.

3.3.1 Magnetic Field produced due to a stator coil

To formulate the description of the armature field, we first need to assume a
specific current density distribution. A distributed current sheet representation
will be used here. According to this, one conductor corresponds to a current
density value which is constant along the opening of the slot bo, as can be seen
in Figure 3.5 :

Figure 3.5: Current density distribution [32]
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Therefore, the current density can be expressed as a two-branch function:

J =

{
i
bo
, for − bo

2Rs
≤ a ≤ bo

2Rs
0, elsewhere

(3.18)

where i is the current through the conductor and a is the angle co-ordinate. The
solution of the Laplace equation (3.5) in the airgap region, must be obtained
once again, but this time, the associated boundary conditions are the following:

Ha(r, θ)| r=Rs = −J (3.19)

Ha (r, θ)| r=Rr = 0 (3.20)

Applying the boundary conditions and substituting in equations (3.7-3.10), we

obtain the radial component of the ~B field, produced by a single coil in the
stator [33]:

B (a, r) =
2µ0

π

i

δ

∑
n

1

n
KsonKpnFn (r) cosna (3.21)

Where :

• δ = g + hm/µrm, is the effective airgap length, when the magnet width is
hm.

• Kson =
sin(n bo

2Rs
)

n bo
2Rs

, is the slot-opening factor, which approaches unity, as

the slot-opening width approaches zero.

• Kpn = sin(
nay
2 ), is the winding pitch factor of a winding with coil span

ay.

• Fn (r) = δ nr

(
r
Rs

)n 1+(Rrr )
2n

1−(RrRs )
2n , is a function accounting for the effective

airgap. If the effective airgap is assumed to be very small, then r ' Rr '
Rs, and Fn(r) approaches unity.

3.3.2 Magnetic Field produced from a 3-phase distributed winding

In the previous section the radial component of the ~B field distribution due
to a single coil with one turn, was derived. Therefore, we can derive a similar
expression for a distributed phase winding, if we multiply the expression of
(3.21), by the number of series turns per phase W , and account for the field
attenuation due to the distribution of the phase winding in neighbouring slots:

B (a, r, t) =
2Wµ0

π

i

δ

∑
n

1

n
KsonKdpnFn (r) cosna (3.22)

Where:
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• a = 0 corresponds to the magnetic axis of the phase winding.

• Kdpn = KdnKpn, is the winding factor, defined as the product of the pitch
and the distribution factor. For a machine with Q slots and q slots per
pole per phase, the distribution factor is calculated as:

Kdn =
sin
(
q nπQ

)
qsinnπQ

(3.23)

In equation (3.22) the field in is a function of time, since the current i is also a
function of time.

The magnetic field due to a 3-phase winding is now easy to determine, by
summing up the ~B of the individual 3-phases:

Bwinding (a, r, t) = Ba (a, r, t) +Bb (a, r, t) +Bc (a, r, t)

=
Wµ0

π

2

δ

∑
n

1

n
KsonKdpnFn (r)[

iacosna+ ibcosn(a− 4π

3
) + iccosn(a− 4π

3
)

] (3.24)

Figure 3.4 presents the slotless machine stator field computed with equation
3.24, in comparison to the one obtained with FEM for an actual slotted design,
with q=1 slot per pole per phase.
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Figure 3.6: Armature field for q =1

The analytically predicted flat top flux density is somewhat lower compared
to the FEM value. Nevertheless, the discrepancy is always within 5%.

3.3.3 Magnetic Field produced from a 3-phase FSC winding

In the case of FSC windings, transition from a field produced by single-coil to a
full 3-phase winding, is not so straightforward and eq. (3.24) is no longer valid.

27



To overcome this difficulty, we used a function which applies the star of slots
method [star], to find the winding layout of the machine. Using this, we know
the phase (a,b or c), direction (positive or negative) and winding angle of the
conductors in each slot of the machine. A slightly modified version of equation
(3.21) is then used for each coil:

B (a, r) =
2µ0

π

i

δ
Kdir

∑
n

1

n
KsonKpnFn (r) cosn(a− θ) (3.25)

Where:

• Kdir = ±1, denotes the winding direction (positive or negative).

• θ, corresponds to the winding angle of each slot.

Summing up for all the coils of each phase, we finally compute the field pro-
duced by a phase winding. Figure 3.4 presents the slotless machine stator field
computed using equation 3.25, in comparison to the one obtained with FEM for
an actual slotted design, with q=0.4 slots per pole per phase.
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Figure 3.7: Armature field for q =0.4

The working harmonic in FSC windings is not the fundamental. Instead,
the wavelength of the B-field in Figure 3.7 depends on the number of winding
symmetries, i.e. how many times the main pattern is repeated to form the full
machine winding.

3.4 Effect of stator slotting

3.4.1 The relative permeance function

In order to account for the effect of alternation between tooth and slot in the
stator inner surface, a relative permeance function is introduced in this section.
Following the approach of Zhu and Howe [34], a real permeance function is
calculated based on conformal transformation method. The conformal mapping
assumes infinitely deep rectilinear stator slots, as shown in Figure 3.8
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Figure 3.8: Armature field for q =0.4

The permeance function can be expressed in the form of a Fourier series
according to:

λ̃ (r, a) =

∞∑
µ=0

Λ̃µ (r) cosµQ(a+ asa) (3.26)

The angle asa is needed so that the reference of the permeance function always
coincides with the axis of phase A coils. The value of asa depends on whether
the winding pitch is an odd or even multiple of the slot pitch [35]:

asa =

{ π
Q , odd

0, even
(3.27)

The first coefficient Λ̃0 in the sum of eq.(3.26), corresponds to the average
value of the permeance function. In a 1-D model this is assumed to be unity.
In 2-D models, a common choice is Λ̃0 = 1/Kc [37], where the Carter factor Kc

is given by:

Kc =
τs

τs − γg
(3.28)

Where:

• τs is the machine slot pitch.

• γ = 4
π

[
bs
2g arctan

(
bs
2g

)
− ln

√
1 +

(
bs
2g

)2]
, is the γ factor as found in [34].

The Carter factor expresses the reduction in the total flux per pole, as a
result of slotting. The total flux per pole in a slotted machine the same to
that of the equivalent slotless machine, with an air-gap enlarged by Kc. To
include the fringing effect more accurately, a compensation coefficient Kf was
also considered [38], resulting in a slight improvement in the waveforms match.

For higher µ values, the Fourier coefficients Λ̃µ of the permeance function
are derived as following:
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Λ̃µ (r) =
2

αt

αt
2

∫
−αt2

λ̃ (r, a) cosµQada

= − β (r)
4

πµ

0.5 +

(
µ b0τs

)2
0.78125− 2

(
µ b0τs

)2


sin

(
1.6πµ

b0
τs

)
, µ = 1, 2, 3 . . .

(3.29)

The function β (r) of equation (3.28) stems from the conformal transformation,
and is given by :

β (r) =
1

2

1− 1√
1 +

(
b0
2δ

)2
(1 + υ2)

 (3.30)

Where υ is obtained by solving the following equation:

yπ

b0
=

1

2
ln

[√
a2 + υ2 + υ√
a2 + υ2 − υ

]
+

2δ

b0
arctan

2δ

b0

υ√
a2 + υ2

(3.31)

Where:

• a2 = 1 +
(

2δ
b0

)2
• y = r −Rs + δ, for an internal rotor machine.

3.4.2 Slotted machine results

Eventually, the new PM and stator fields for the slotted machine, are the product
of the fields computed for the slotless machine and λ̃ (r, a):

BPM (a, r, ama) = BPM−slotless (a, r, ama) λ̃ (r, a) (3.32)

Barm (a, r, ama) = Barm−slotless (a, r, ama) λ̃ (r, a) (3.33)

Where the time dependence is now expressed with the rotor position variable
ama. Figure 3.9 presents both slotless and slotted machine analytical PM field
in comparison to FEM, for q=1.
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Figure 3.9: Analytical PM (slotless and slotted) VS FEM calculated field

We observe that the RP function is indeed capturing the effect of slotting.
A small undershoot can be observed for the slotted model, in the regions across
the stator teeth. Using the RP function, the fringing flux near tooth tips is
considered, but underestimated. A more accurate but lengthier computation
could be made assuming a complex permeance.

Figure 3.10 presents both slotless and slotted machine analytical stator field
in comparison to FEM, for q=1.
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Figure 3.10: Analytical stator field (slotless and slotted) VS FEM - q=1

Again, a slightly lower flat-top amplitude is observed for the analytical
model. Regarding the slloting effect, conformal mapping is used to find the
point in the middle of the slot opening. In this respect, we observe a good
agreement with FEM.

For the FSC winding case, Figure 3.11 presents the slotless and slotted an-
alytical stator field in comparison to FEM, with q=0.4.
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Figure 3.11: Analytical stator field (slotless and slotted) VS FEM - q=0.4

Similar remarks to those made for the PM field, apply also for the armature
field waveforms. The discrepancies due to neglecting flux concentration on the
teeth edges can be observed once again. Besides these, there is a good agreement
between the FEM and analytical waveforms.

3.5 Adjusting the radius and slot opening size

In the previous sections, the B-fields of the analytical model were validated with
FEM. So far, all fields were computed at the middle of the airgap. The effect of
varying the radial direction is depicted in Figure 3.12.
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Figure 3.12: Effect of varying the radial direction

We observe that near the stator radius, the spikes in the waveforms grow
larger. As we approach the rotor, fewer space harmonics cross the airgap and
the waveform becomes more smooth.

The effect of varying the slot opening size is depicted in Figure 3.13
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Figure 3.13: Effect of varying the slot opening

Starting with straight slots without tooth tips, the slot opening size b0 re-
duces down to half the slot width.

We observe that while the dip width is decreasing as expected, the height
of the dip grows larger for lower b0 values. This could be explained by the fact
that the conformal mapping assumes rectilinear slots. Only this simplified slot
shape is then also considered for the analytical model.

3.6 Back-EMF and Output Power

To calculate the induced EMF in one phase of the stator coil, we need to express
the flux ψ linking the PM field with the stator coil as a function of the rotor
position:

ψ =

αy
2

∫
−αy2

Bopen−circuit (a, r, ama)| r=RsRslefda (3.34)

Where lef is the effective axial length of a stator coil. Elaborating on the above
expression yields:

ψ = Λ̃0

∑
n

Φn
np

Kpncosnpama (3.35)

Where:

Φn = 2BnRslef (3.36)

Where Bn are the Fourier coefficients of the PM field computed in equation
(3.9). Therefore, the induced EMF in one turn of a stator coil, can be derived
from Faraday’s law:

e = −dψ
dt

=
∑
n

ωrΦnKpnsinnpama (3.37)
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The EMF of a phase winding with W turns, is then expressed as:

e =
∑
n

WωrΦnKdpn sinnpamaa (3.38)

In the case of FSC windings the winding factor is calculated according to [39].
Once the induced EMF of each phase is calculated, the instantaneous airgap
power is derived according to [40]:

P = eaia + ebib + ecic (3.39)

Keeping the stator field constant, (at t=0), we rotate the rotor for one electrical
period, to find the angle at which the maximum power occurs. Figure 3.14
presents the analytically computed power as a function of rotor position, in
comparison to FEM, for q=0.4.
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Figure 3.14: Power as function of rotor position - q 0.4

To obtain Pout, the losses calculated in section 3.8 were subtracted from the
airgap power Pag. We observe that the maximum Pout is in good agreement
with the FEM value. The small undershoot is a result of the differences in the
computed PM fields, mainly due to the limited precision of the RP function.

Setting the initial rotor angle to the maximum power value, we calculate
the instantaneous output power for a synchronous rotation under nominal load.
Figure 3.15 presents the power components of each phase, as well as the output
power in comparison to FEM, for a machine with q=0.4:
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Figure 3.15: Power as function of rotor position: Synchronous rotation

The output power is calculated as the mean values of the Pout.

3.7 Torque and Cogging Torque

3.7.1 Torque

When both radial and tangential components of the magnetic flux density are
accurately predicted (FEM, subdomain models), the electromagnetic torque is
computed using the Maxwell Stress Tensor (MST) [31]. Here, the torque is
expressed using the power computed in eq.(3.39), according to [40] :

T =
eaia + ebib + ecic

ωr
(3.40)

Again, keeping the stator field constant (t=0), the torque versus rotor posi-
tion is presented in Figure 3.16, for q=0.4:
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Figure 3.16: Torque as function of rotor position - q = 0.4

Similar remarks can be made regarding the peak values of the waveforms. We
can observe that the peak value for the torque appears at a load angle of about
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90 degrees, as is the case with synchronous, non-salient machines. Following
the same procedure, Figure 3.17 depicts the torque components of each phase,
as well as the output torque in comparison to FEM, for a machine with q=0.4:
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Figure 3.17: Torque as a function of rotor position: Synchronous rotation

The remarks made for 3.15 are also valid here. The machine’s output torque
will be the mean value of the Tout waveform. The torque ripple is also in good
agreement.

3.7.2 Cogging Torque

Cogging torque is an important quantity for wind generators. Machines with
low cogging can start operation at lower wind speeds.

Various different methods have been proposed for cogging torque calculation.
The most accurate ones use the precise radial and tangential field components
predicted by subdomain models. In our case, cogging is computed from the
energy variation with the rotation angle, according to [31]:

Tcog(α) =
∂Wairgap(α)

∂α
=

∂

∂α
[

1

2 µ0

∫
V

G2(θ)B2(θ, α)dV ] (3.41)

Where:

• α is the rotor position,

• θ is the angle along the circumference,

• Wairgap is the airgap magnetic energy,

• G(θ) is the airgap relative permeance,

• B(θ, α) is the airgap flux density in the slotless machine.
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Then, the squares of G(θ),B(θ, α) need to be computed. The squared permeance
function is expressed in the interval [−π/Q + α, π/Q + α] corresponding to a
slot pitch:

G2(θ) = Ga0 +

∞∑
k=1

GakNs cos(kQθ) (3.42)

Similarly the squared flux density is expressed in the interval [−π/P+α, π/P+α]
corresponding to a pole pitch:

B2(θ, α) = Ba0 +

∞∑
m=1

[BamP cos(mP (θ − α)) (3.43)

Substituting the above expressions in (3.41), yields:

Tcog(α) = −πLef
4 µ0

(R2
m −R2

s) ·
∞∑
n=1

nNL[GanNLBanNL sin(nNLα)] (3.44)

Where:

• Rm = Rs − g, is the PM outer radius.

• NL is the least common multiple of P,Q.

Both magnitude and periodicity of the cogging torque are then determined by
the choice of P,Q. An analytical expression for the Fourier coefficients based on
eq. (3.17), can be found in [31].

Figure 3.18 presents the analytical results in comparison to FEM, for a
machine with q=0.5.
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Figure 3.18: Cogging Torque as function of rotor position - q = 0.5

The waveforms show a good match in terms of shape, but a significant
difference can be observed regarding the peak values. This could be explained
by the fact that the analytical model is not considering the energy variation in
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the iron and PM regions. The energy associated with the circumferential field
component is also neglected.

Finally, Figure 3.19 tests the cogging torque model, for q=0.4.
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Figure 3.19: Cogging Torque as function of rotor position - q = 0.4

This time, there is a significant difference in the shape of the two models,
as the FEM waveform shows large fluctuation. A higher number of samples
compared to Figure 3.18 was used this time to capture this effect. The peak
value however, is in good agreement with the mean value of the FEM waveform.

Overall, the energy-based approach for cogging is less accurate than other
techniques (subdomain/lateral force models). Nevertheless it is fast and pow-
erful for optimizing the machine design to minimize cogging .

3.8 Losses

Analytical tools for predicting machine efficiency are presented in the present
section. At first, the eddy current and hysteresis losses in the stator iron are
computed. Then, the copper loss in the stator windings is predicted. Eddy
current losses in the rotor iron and PM’s are ignored. As the currents are
assumed purely sinusoidal, the respective harmonic loss is also ignored.

3.8.1 Iron Losses

An expression for the for eddy current and hysteresis loss density (loss per unit
volume) is commonly employed, in order to calculate iron losses:

piron = ph + pe = khB
βωs + keB

2ω2
s W/m

3
(3.45)

Where:

• ωs, is the angular frequency

• kh, ke are hysteresis and eddy current cosntants, depending on the lami-
nation material.
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• β, is a constant typically ranging between 1.8–2.2, depending on lamina-
tion.

• B, is the flux density amplitude.

The above expression assumes a sinusoidal flux density distribution, which is
not the case in PM machines. The hysteresis loss computation is still valid as it
depends only on the peak value of the flux density, if we neglect minor hysteresis
loops.

The eddy current loss however, may give a large error especially with FSC
windings, due to their high harmonic content. One solution is to consider the
average eddy current loss density, which is expressed as [41]:

pe =
2ke
T

∫ T

0

(
dB

dt

)2

dt W/m
3

(3.46)

The eddy-current loss is here assumed to vary with the square of the rate of
change of the flux density vector. A tooth component and a yoke component
are distinguished and the following assumptions are made [42]:

1. The tooth eddy-current width is independent of the the PM angular width.

2. The tooth flux density is assumed to be approximately uniform.

3. The tooth flux density is assumed to rise linearly, remain constant while
the PM passes and then drop linearly to zero.

4. The tooth eddy-current loss is proportional to q and analogous to the
square of P.

5. The yoke eddy-current loss is considering only the tangential component
of yoke flux density.

Based on the above assumptions, the application of (3.46) is simplified. The
tooth eddy-current density is then expressed as:

pet =
4m

π2
qke(ωsBth)2 W/m

3
(3.47)

Where Bth = wt+ws
wt

Bg, is the peak flux density in the teeth region. It is
expressed as a fraction of the airgap peak flux density Bg (computed by the
analytical model), according to the tooth and slot widths wt, ws respectively.
Similarly, the yoke eddy-current density is expressed as:

pey =
1

α

8

π2
keω

2
sB

2
y W/m

3
(3.48)

Where By = wm
dy
Bg, is the peak flux density in the yoke region. It is expressed

as a fraction of Bg, depending to the PM pitch wm and stator yoke length dy .
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For the hysteresis losses, we make again a distinction between teeth and yoke
regions. For the teeth region the hysteresis loss density is given by:

pht = khωsB
β
th W/m

3
. (3.49)

Similarly, the yoke hysteresis loss density is calculated according to:

phy = khωsB
β
yk W/m

3
. (3.50)

Finally, the total iron losses are obtained by summing the eddy-current and
hysteresis loss in the teeth and yoke, and multiplying by the respective volumes
Vt, Vy, to obtain the actual power loss in Watts:

Ploss,iron = (pet + pht)Vt + (pey + phy)Vy W (3.51)

Figure 3.20 presents the analytically computed losses in comparison to FEM,
for a machine with q=1.
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Figure 3.20: Iron losses as a function of frequency - q = 1

The waveforms of two analytical modes are depitcted: The first, basic model
makes use of eq.(3.45), and assumes a purely sinusoidal flux density distribution.
The respective losses are consequently quite lower compared to FEM, as the
higher harmonics of the flux density field are not taken into account. The FEM
calculation of iron loss is also based on eq. (3.45). However, the B-field is
calculated much more accurately, at every node of the mesh.

The second, alternate model stems from eq. (3.51) and achieves a better
agreement with FEM results. This time, the losses are slightly overcalculated.
This is due to the limited accuracy of the assumed flux waveform in the tooth
and yoke, as well as the error introduced by only using the magnitude of ~B. In
addition, geometry effects such as varying the slot pitch, magnet thickness and
air-gap length, also influence the flux waveforms.

A third, modified alternate model which accounts for these effects by means
of experimentally-derived correction factors, is presented in [42]. Figure 3.21
presents the results of Figure 3.20, with the addition of the modified alternate
model:
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Figure 3.21: Modified alternate model for Iron Losses - q = 1

We observe that the modified model is indeed achieving a better match with
FEM results. However, the correction factors are determined from experimental
curves which vary with geometry parameters. Thus, the second model is finally
chosen for the iron loss, as its application is fast and not restricted by varying
the geometry.

3.8.2 Copper Losses

Copper losses refer to the ohmic losses due to the current in the copper windings
of the machine. As PM machines have windings only in the stator, the copper
loss is significantly lower than that of EE machines. At low operating frequen-
cies, as is the case machines Direct-Drive PM machines, copper loss tends to be
dominant compared to iron loss. Copper losses are calculated according to:

Ploss,cu = NphI
2
phRph (3.52)

Where:

• Nph, is the number of phases

• Iph, is the phase current

• Rph, is the phase resistance

The phase resistance is assumed to have only a DC component, i.e. skin
and proximity effects are neglected. This assumption is valid when the skin
depth,expressed in the following equation, is larger than the conductor’s diam-
eter.

δskin =

√
2ρcu(T )

ωeµ0
(3.53)

Where:

• ρcu (T ), is the resisitvity of copper at temperature T.
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• ωe, is the angular electrical frequency.

The low operating electrical frequency results in a large skin depth, which allows
us to consider only the DC resistance:

Rph =
Wρculturn

Acu
(3.54)

Where:

• lturn = 2 (lef + τcmkc), is the average length of a turn, where τcm is the
coil pitch measured in the middle of the slot and kc is a factor depending
on the type of winding [43]:

kc =

{
π
2 , for distributed windings

1.36, for single− layer FSC windings
(3.55)

• Acu is the cross-sectional area of the conductor. Since we don’t know the
conductor radius, it is calculated by dividing the slot copper area over Nc.

Substituting eq.(3.54) into eq.(3.52), we finally obtain the copper loss of the
machine winding. The results obtained with the analytical model are compared
to FEM, for q=1, in the following table:

Table 1: Copper Loss - q=1
Model Copper Losses (kW)

Analytical 239.40
FEM 236.99

We observe that the copper losses calculated by the two models are in good
agreement, with an error of about 1%. This result should be viewed as a cross-
check: The FEM calculations are identical to those presented above, with the
exception of different modeling of the conductor length in eq.(3.55). We also
note that the copper loss is considerably higher compared to the iron losses.
This is explained by the low operating frequency of the machine, which keeps
the eddy current and hysteresis losses limited.

3.9 Summary

This chapter presented a 2-D analytical model for calculating for a RFPM syn-
chronous machine. The flux density fields were initially predicted for a slotless
machine, and a relative permeance function was then used to account for slot-
ting. Subsequently, important quantities for evaluating the performance (Power,
Torque, Torque ripple) and efficiency (Iron loss, Copper loss) of the machine
were computed.

The model was validated with FEM, for both distributed and FSC winding
topologies. The accuracy of the analytical model was satisfactory at most occa-
sions. A slight undershoot was observed in the output power, resulting from the
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inaccuracies of the relative permeance function. In the cogging torque model, a
significant error can occur in the peak value, for certain pole-slot combinations.
More sophisticated models (subdomain/lateral force) are needed to get accurate
results.

Overall, the presented model lacks in accuracy compared to the recently
developed subdomain models. These however, are far more time-consuming, as
they must solve large systems of linear equations at each rotor position [38].
Thus, the speed and simplicity of the presented model make it advantageous
for problems which require a large number of iterations. Such a problem is the
investigation of several machine topologies, which will be presented in the next
chapter.
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4 Comparison of modular winding machines by
means of analytical modeling

The present chapter presents a first level comparison between different modular
machine topologies. Different slot/pole combinations of modular winding de-
signs are compared. A varying axial length is assumed to maintain the same
speed and airgap power in all machines. The base case of distributed winding
with q = 1 is also considered as a reference. The validated analytical model
developed in Chapter 3, is used here to promote the topologies which perform
the best, based on energy yield, efficiency and cost .

4.1 Design choices for comparison

A 10MW machine described in [44] was used as a starting point for the com-
parison. The main dimensions of the original, distributed winding machine are
given in Table 2:

Table 2: Geometry parameters for the original, distributed winding machine

To obtain comparable designs, all machines were chosen to have:

• the same rated airgap power Pag.

• the same rated mechanical speed (10 RPM).

• the same stator radius.

• varying axial length. This is left as an adjustable degree of freedom in
order to meet the airgap power requirement.

Regarding other design choices, fixed geometric ratios (such as the magnet-
to-pole pitch ratio) are used to maintain a constant iron and PM area. In
addition, the fill factor was constant for all machines, although a higher value
may be achieved in practice for FSC windings [45].
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Finally, the back iron thickness is fixed in both stator and rotor. The thick-
ness of the stator yoke could be reduced with increasing pole numbers, since
the flux per pole becomes lower [46]. However, for reasons of simplicity and
mechanical robustness, it is kept constant.

4.2 Comparison Criteria

The quantities computed in Chapter 3, are now used to form the comparison
criteria, as described subsequently:

1. The annual energy yield. This is computed by calculating the machine’s
output power at various wind speeds. The output power increases with
the cube of the wind speed until the rated value (12m/s), as depicted in
Figure 4.1 :
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Figure 4.1: Power as a function of wind speed

Above the rated wind speed, the output power and mechanical speed
remain constant by means of pitch control. To obtain the energy yield,
a wind speed pattern must be selected. A Weibull distribution with an
average speed value of 10m/s is chosen here, as depicted in Figure 4.2:
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Figure 4.2: Weibull probability density function for wind speed
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The probability for each wind speed is subsequently expressed in hours/year
and multiplied with the respective output power. Summing up for all wind
speeds we obtain the annual energy yield.

2. The efficiency of the machine. This is computed at rated operation,
based on the iron and copper losses computed in Chapter 3.

3. The cost of the machine. This includes the cost of the iron, copper and
magnets. It is computed by calculating the respective volumes and mul-
tiplying by the material’s density and price per kg.

4.3 Choice of slot pole combinations

The initial machine has p = 160 pole pairs with q = 1. The pole number
is then chosen to vary between 150 − 170 pole pairs. The aim is to find all
possible slot-pole combinations resulting in FSC winding machines, within the
specified pole range. Our investigation is limited to single-layer windings, as they
are more suitable for modular configurations and exhibit better fault-tolerant
characteristics.

Three-phase machines with FSC winding have a number of q slots per pole
per phase less than or equal to 0.5 [47]. A common lower boundary for FSC
windings is q = 0.25, corresponding to 3 slots for 2 pole-pairs [48]. In order to
obtain all possible slot-pole combinations, the following procedure was followed:

1. Begin with the lower limit pole number P = 300 (150 pole pairs).

2. Starting from q = 0.25, increase q with a step of 2/P , until we reach
q = 0.5. This corresponds to adding 6 slots every time, which is the
minimum number of slots required in a single-layer winding. This way, we
determine all possible q values for the given pole number.

3. Repeat step 2 for each pole number.

Finally, the following limitations must be also taken into account: The num-
ber of slots needs to be an even integer. For a balanced FSC winding, it must
also satisfy the following condition:

Q

[GCD(Q, 2p)]
= 3k (4.1)

Where k is integer.
Following the described procedure, we obtain a map of possible slot-pole

combinations, depicted in Figure 4.3:

46



Figure 4.3: Map of slot-pole combinations

A total of 138 different slot-pole combinations are depicted in the map. Blue
colored bars correspond to low slot numbers Q, whereas yellow bars correspond
to high Q. The q axis ranges from 0.25 − 0.5 , as explained previously. The
base case of distributed winding with q=1 is also included for reference and
comparison (yellow bars).

The results of the topology investigation for each specified criterion, are
presented in the following sections.

4.3.1 Annual Energy Yield

Computing the annual energy yield is based on the calculation of the machine’s
output power at various wind speeds. To maintain the same airgap power, the
axial length of the machines was adjusted, as depticted in Figure 4.4:

Figure 4.4: Adjusting the axial length - Lstk as a ratio of the initial length

We observe that FSC winding machines may need to be up to 35% lengthier
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compared to the initial machine (q=1,p=160), in order to produce the same
airgap power. This is a result of the lower winding factors obtained with FSC
windings.

Subtracting the losses from the airgap power, the output power is derived
and used for the energy yield calculations. The results for the energy yield are
presented in Figure 4.5:

Figure 4.5: Annual energy yield (GWh) vs p,q

Machines with q values between 1/2 and 1/3, result in the highest energy
yield. In particular, q = 0.4 results in the highest yield among FSC winding
designs, followed by q = 0.3355 and q = 0.3618.

Keeping q constant, a total drop in the order of 0.5% is observed in the
energy yield, as we move from 150 to 170 pole pairs. Since the airgap power
is the same for all machines, this result implies that stator losses increase with
the pole number. This will be confirmed in the next subsection.

4.3.2 Efficiency

Figure 4.6 depicts the results for the core losses at rated wind speed:

Figure 4.6: Core Loss vs p,q

A clear trend can be observed here: As the pole numbers increase, the
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electrical frequency increases and therefore the core losses are rising. Figure 4.7
presents the results for the copper losses at rated wind speed:

Figure 4.7: Copper Loss vs p,q

We observe that the computed copper losses are significantly higher than
the iron losses. This is expected for the low-speed machines of our study. At
higher frequencies the balance is reversed and the iron losses tend to become
dominant.

We also note that the copper losses remain virtually unaffected, when varying
the pole number for the same q. In fact, a very small drop is observed, probably
due to the limited precision in the calculation of the end windings length from
eq.(3.55).

As copper loss is directly proportional to the conductor length, the graph
follows a similar trend to that of the machine axial length. Finally, the overall
efficiency results accounting for both iron and copper loss, are depicted in Figure
4.8:

Figure 4.8: Efficiency vs p,q

As expected, the distributed winding machine achieves the highest efficiency,
in the order of 95%. Regarding FSC designs, the highest efficiency is achieved
for q = 0.4.
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We observe that the overall efficiency slightly reduces for larger pole num-
bers, as a result of higher core loss. However, the overall reduction hardly
reaches 0.5%. A small change was indeed expected, as the main loss contribu-
tion comes from the copper loss which remains virtually unaffected by varying
p.

4.3.3 Cost

Figure 4.9 presents the comparison results regarding the overall cost of each
topology:

Figure 4.9: Cost vs p,q

Keeping q constant, the total cost effectively the same for different pole
numbers. The axial length variation is reflected in the total cost of the machine.

The individual results for the Copper, Iron and PM costs of each topology
are presented in Figures 4.10,4.11,4.12:
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Figure 4.10: Copper cost as function of p,q

Figure 4.11: Iron cost as function of p,q
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Figure 4.12: PM cost as function of p,q

Again, the axial length variation is reflected in each individual cost of the
machine. We observe that keeping q constant, the iron and PM costs remain
effectively constant while varying p. This is expected as the total iron and PM
areas are kept constant. The PM cost makes up for about 50% of the total cost,
due to the high price of PM rare earth materials.

4.3.4 Conclusions - Final choice of topologies

The main conclusions drawn from the comparison results are summarized below:

• Distributed winding topologies perform better compared to FSC winding,
mainly due to higher winding factor.

• For the examined range, decreasing the pole number seems an attractive
choice, as it leads to a slight increase in efficiency and energy yield. The
lower core loss for lower electrical frequencies is the main reason behind
this trend.

• The topology with q = 0.4 slots per pole per phase achieves the highest
yield among FSC winding designs. On top of that, it can be combined with
several pole number values, including the lowest pole pair value p = 150.

• Other promising q values are q = 0.3355, q = 0.3618 and q = 0.3882. Their
performance is very close to that of q = 0.4, and they can be combined
with different pole number choices.

• For q < 0.3, the resulting designs exhibit only a slight drop in energy yield
and efficiency. However, the total cost can grow 30% higher compared to
the initial machine. Therefore, this range of low q values corresponds to
the least attractive topologies.
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Based on the above, the final choice of machines to be promoted for segmen-
tation, is presented in Table 3:

Pole pairs (p) Slots per pole per phase (q) Slots (Q)

150 0.4 360
152 0.3355 306
152 0.3618 330
160 0.4 384

Table 3: Topologies promoted for segmentation

4.4 Summary

The present chapter presented a topology comparison over a large number of
machines with different slot-pole combinations. A 10 MW machine with dis-
tributed winding was used as a starting point. The axial length of each machine
was left to vary so as to meet the requirement for equal airgap power. In this
way, differences in machine performance are reflected to the machine costs and
efficiency.

The present comparison focused more on finding every possible q value in a
limited range of pole numbers. Alternatively, a higher range of pole numbers
could have been considered in the comparison, while addressing only a few
typical q values.

The resulting FSC winding topologies are not optimized. Optimization of
a large number of machines would require a lot of time and computational
effort. A possible alternative approach would be to address fewer but optimized
topologies (e.g. with a fixed pole number). This would result in a less broad
but more accurate comparison.

Although cogging torque was calculated in Chapter 3, it was not considered
in the comparison. This is because in practice, cogging is minimized by means
of skewing.

Finally, four different FSC winding topologies were selected. In the following
chapter, these will be subjected to different types of segmentation, to determine
the optimal segmentation technique and examine the effect of the introduced
flux gaps in the stator.
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5 Comparison of segmented machine designs

5.1 Design choices and Comparison criteria

In Chapter 4, a first-level comparison of 10MW machines with modular windings
was carried out. The present chapter aims to test each promoted machine with
different types of segmentation, by means of FEM modelling. The final choice
of machines promoted for segmentation, is repeated in Table 4:

Pole pairs (p) Slots per pole per phase (q) Slots (Q)

150 0.4 360
152 0.3355 306
152 0.3618 330
160 0.4 384
160 1 960

Table 4: Topologies promoted for segmentation

In particular, a segmented stator with either E-core or segmental teeth mod-
ules is tested for each FSC winding machine. Segmentation with distributed
winding arrangement is also included in the comparison. In this case however,
only 3-phase E-core segments can be used as building blocks. The optimal seg-
mentation technique is determined based on machine output power, efficiency
and cost.

Again, the fill factor of the machines is kept constant for simplicity, although
higher values may be achieved in practice for segmental teeth designs [6]. A uni-
form flux gap size of 4mm is initially assumed for all machines. Subsequently,
the effect of the flux gap size on output power and torque ripple, is also ad-
dressed.

Following the same reasoning as in Chapter 4, a varying axial length is
considered, in order for FSC winding designs to meet the power requirement set
by the initial q=1 machine. This way, all machines have the same airgap power,
and differences in the output power stem only from the loss computations.

5.2 Comparison and Results

Figures 5.1, 5.2 present the geometry and mesh of two E-core and segmental
teeth FEM models respectively. The machine airgap as well as the additional
flux gaps introduced by segmentation, are highlighted with a blue colour for
each segment design:
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Figure 5.1: E-core segmented stator geometry: p =150,q=0.4

Figure 5.2: Segmental teeth segmented stator geometry: p =150,q=0.4
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In the FSC winding machine of Figure 5.1, each E-core segment corresponds
to one stator coil. For distributed winding machines, larger three phase E-cores
are used instead. This design offers a lower number of flux-gaps, at the expense
of reduced manufacturability.

Similarly, Figure 5.2, corresponds to the segmental teeth design. In this case
a faulted coil can be replaced without the need of replacing the back iron. It
can be seen that only half of the stator teeth are segmented. This is because in
a single-layer FSC winding, only half of the teeth carry a tooth-wound coil.

Consequently, both segment designs can be used to obtain fault tolerance in
case of a single coil fault.

In both figures, we observe that the mesh becomes very fine in the blue
coloured areas, corresponding to the airgap and flux gap regions. A particularly
fine mesh is used in the edges of the segmented teeth in Figure 5.2. High
saturation is expected in these regions due to the flux gaps.

5.2.1 Output Power

Table 5 and Figure 5.3 present the output power results for the segmented
machines, with a 4mm flux gap. The results for the respective non segmented
models are also included for completeness:

Topology p - q E-core Segmental teeth No segmentation

1 150− 0.4 11.12 10.07 11.61
2 152− 0.3355 11.09 9.96 11.56
3 152− 0.3618 11.03 9.70 11.44
4 160− 0.4 10.96 9.68 11.41
5 160− 1 11.19 − 11.72

Table 5: Output Power (MW) for the segmented machines
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Figure 5.3: Output Power (MW) for the segmented machines

As explained earlier, only (3-phase) E-core segments are applied for the
distributed winding machine. For the FSC winding machines, we observe that
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in all cases the output power is about 15% lower in the case of segmental teeth
design. A power reduction of about 5% is observed for E-core designs, compared
to the non segmented machines.

5.2.2 Efficiency

Similarly, Table 6 and Figure 5.4 present the efficiency results for the segmented
machines, with a 4mm flux gap.

Topology p - q E-core Segmental teeth No segmentation

1 150− 0.4 94.61 93.11 94.67
2 152− 0.3355 94.36 92.84 94.39
3 152− 0.3618 94.31 92.66 94.36
4 160− 0.4 94.30 92.65 94.35
5 160− 1 94.80 − 94.89

Table 6: Efficiency (%) for the segmented machines
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Figure 5.4: Efficiency (%) for the segmented machines

The efficiency is in the range of 93-95%, similar to that of the analytical
model in Chapter 4. The efficiency of E-core models is very close to that of
non-segmented machines.

Segmental teeth designs result in about 1.5% lower efficiency compared to E-
cores. This is a direct consequence of the lower power obtained with segmental
teeth designs. In addition, higher core losses are observed in segmental teeth
designs, due to saturation in the tooth edges in the vicinity of the flux gaps.

At lower pole numbers, lower electrical frequencies result in slightly better
efficiencies, due to reduced core losses.

5.2.3 Cost

Subsequently, Table 7 and Figure 5.5 present the computed cost for the seg-
mented machines, with a 4mm flux gap.
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Topology p - q E-core segmental teeth No segmentation

1 150− 0.4 822.71 825.34 818.61
2 152− 0.375 851.84 854.41 847.61
3 152− 0.3618 866.14 868.13 861.84
4 160− 0.4 872.02 874.64 867.68
5 160− 1 807.78 − 803.74

Table 7: Cost results (kEuros) for the segmented machines
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Figure 5.5: Cost results (kEuros) for the segmented machines

We observe that the cost of FSC winding machines is higher compared to the
distributed winding machine. Again, the difference comes from the increased ax-
ial length required to meet the power requirement. This increases all individual
costs (Copper, Iron, PM) in the machine.

Moreover, segmental teeth designs result in slightly higher cost compared to
E-cores. This discrepancy implies that a slightly lower amount of iron is removed
in segmental teeth designs. The iron removed from segmented models results in
reduced cost compared to the solid, non segmented machines. This result could
be misleading, as the additional manufacturing costs of segmentation have not
been considered.

5.2.4 Conclusions

The main conclusions drawn from the comparison results are summarized below:

• For FSC winding machines, a longer machine is needed to produce the
same airgap power, due to reduced winding factor. This is reflected in
the cost calculations: The FSC winding machines have about 7-8% higher
cost due to their increased axial length.

• Segmental teeth machines lag behind E-core designs with about 15% lower
output power. Placing the flux gaps in this position downgrades perfor-
mance, as it increases the total reluctance of the magnetic circuit.
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• Lower efficiencies of about 1.5% are obtained for the segmental teeth mod-
els compared to E-cores. Higher core losses are observed in segmental
teeth designs, due to saturation in the tooth edges in the vicinity of the
flux gaps.

• Among E-core designs, the highest efficiency is achieved with the p =
150, q = 0.4 model. Having the lowest pole number, the model achieves a
slightly reduced core loss.

• The winding pattern shows symmetries only in the case of q = 0.4 and
q = 1. In the rest of the designs, sectioning cannot be employed in FEM
and the whole machine must be simulated.

• The topologies with q = 0.3618 and q = 0.3355 are almost equally attrac-
tive to q = 0.4 in terms of output power and efficiecny. However, the well
documented fault-tolerannt and low cogging characteristics of the latter,
make it the most attracting choice overall.

• A slightly higher cost was observed for segmental teeth designs. The
difference is very small and is mainly due to less iron being removed during
segmentation.

5.3 Effect of the flux gap size on machine performance

So far, the size of the stator flux gaps was kept constant at 4mm. The effect of
the flux gap width on the average output power as well as power ripple, will be
addressed in the following sections.

The E-cored topology p = 150, q = 0.4 , which achieved the highest efficiency
among the compared designs, is subsequently tested with a varying flux gap
width. The resulting segmented machines are compared to each other as well
as to the original non segmented design.

5.3.1 Effect on output power

Table 8 presents the effect of flux gap size on the output power:

Flux gap width (mm) Output Power (MW) Power reduction (%)

0 11.61 −
2 11.28 2.84%
4 11.12 4.22%
5 10.88 6.30%

Table 8: Ouput power for various flux gap widths

We observe that increasing the flux gap results in a reduction in the mean
output power of the machine. The highest degradation of about 6.5% was
noticed for the largest gap size of 5mm. The reason for this degradation, is
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the defocusing effect of the magnetic flux, introduced by the flux gaps. This
results in reduced flux linkage, back-EMF and eventually output power for the
machine.

As reported in [20] however, this relation does not form a general rule but
depends on the slot-pole combination: When Q > P , the defocusing effect
is observed and performance is degraded. The tested E-cored topology (p =
150, q = 0.4) does indeed fall into this category.

Instead, when Q < P , an opposite flux focusing effect is observed and ma-
chine performance may eventually benefit from segmentation. This condition
however corresponds to slot-pole combinations with q < 1/3. This range of q
values was found to lag behind other candidates in the first-level comparison of
Chapter 4.

5.3.2 Effect on power ripple

Finally, Table 9 presents the effect of flux gap size on the output power:

Flux gap width (mm) Power Ripple (%)

0 0.16
2 0.22
4 0.99
5 1.63

Table 9: Power ripple for various flux gap widths

We observe that increasing the flux gap results in a higher power ripple for
the machine. As expected, the highest degradation in performance was noticed
for the largest gap size of 5mm. It has been reported in [20] that certain (small)
gap sizes may even slightly reduce the ripple. In our case, a minimum size of
2mm was assumed for a uniform flux gap, which already corresponds to one
fifth of the machine airgap (10mm). At any case, very low ripples below 2% are
achieved for the q = 0.4 topology, regardless of the gap size.

5.4 Summary

The present chapter carried a comparison of machines with different types of
segmentation. The machines promoted from the first-level comparison were now
tested with E-core and alternate teeth segmentation, and compared with respect
to efficiency and cost. The results certified that performance of segmental teeth
designs lags behind due the higher reluctance of the resulting magnetic circuit.

The design which performed the best among candidates, was the E-cored
machine with p = 150, q = 0.4 . This was subsequently simulated for different
flux gap widths. The results revealed a degradation in the output power due
to the flux gaps, as was expected for the particular choice of p, q. The question
that remains, is whether the energy lost due to segmentation of the machine, is
worth more than the savings
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The power ripple increased with the flux gap for the case tested. It has been
reported that certain very low flux gap values may actually reduce the ripple.
It remains a question however, how small a uniform flux-gap can be achieved in
such big machines. Finally, another option in the design of segmented machines
is to optimize the flux gap size, with the objective of minimizing the mutual
coupling between phases.
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6 Conclusion

6.1 Conclusions

This thesis work has looked at modelling and comparison of modular machine
topologies for large wind generators. The main conclusions drawn are presented
subsequently:

6.1.1 Theoretical work

As a first step, a literature review on the various aspects of modularity was
conducted. Focusing on the machine-side of modularity, machines with modular
windings as well as machines with segmented cores were considered. The radial-
flux PM machine was confirmed as the most suitable generator topology for
modular low-speed wind generators. Finally, specific design choices that result
in fault-tolerant topologies with excellent magnetic isolation were highlighted.

6.1.2 Analytical modelling

Subsequently, the thesis focused on the development of a 2-D analytical model
for the radial-flux PM machine. The model is able to predict the PM and
armature magnetic field distribution for both distributed and FSC windings.
The effect of slotting is taken into account by means of a relative permeance
function. A very good agreement between analytical and FEM predicted B-
fields was achieved. It was observed that the main source of discrepancy stems
from the relative permeance function, which cannot fully account for the effect
of flux concentration on the edges of the stator teeth.

In a next step, the model computed important quantities to evaluate elec-
tromechanical performance (Back-EMF, Power, Torque, cogging torque) as well
as efficiency (iron loss, copper loss) of the machine. Again, a good match with
FEM results was obtained, with the exception of cogging torque: It was found
that it is much more difficult to predict the cogging torque accurately by using
relative permeance models. When precise prediction is necessary, the recently
developed subdomain models are the most suitable.

Overall, the presented relative permeance model lacks in accuracy compared
to subdomain models. These however, are far more time-consuming, as they
must solve large systems of linear equations at each rotor position. Thus, the
speed and simplicity of the presented model make it advantageous for problems
which require a large number of iterations, such as the comparison of a large
number of different machines.

6.1.3 First-level comparison

Subsequently, the thesis drew a first level comparison between different modular
winding machines. Different slot/pole combinations of modular winding designs
are compared. The case of distributed winding with 1 slot per pole per phase
was also considered for reference and comparison. The comparison found that
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FSC winding machines lag behind the distributed winding design, mainly due
to reduced winding factor. Their axial length was then let free to vary, in order
to meet the power requirement of the base case and maintain common radius
and mechanical speed.

The best topologies were finally selected, based on energy yield, efficiency
and cost. Regarding FSC winding machines, the q=0.4 topology was confirmed
to be the most attractive choice, as it combines very high winding factor with
fault-tolerant characteristics. Secondarily, topologies with q = 0.3355 and q =
0.3618 were also found to be attractive. Finally, regarding the choice of pole
number, it was found that reducing the pole number was a good practice within
the range examined. This was because of the reulting lower electrical frequency
and corresponding iron losses.

6.1.4 Second-level comparison

The second-level comparison of segmented models, revealed that E-core seg-
ments are a more attractive approach for segmentation compared to segmental
teeth, in terms of performance and efficiency. The distributed winding machine
is still performing better than the FSC winding candidates, but only 3-phase
segments can be employed.

The effect of varying the flux gap size was considered with respect to the
average output power and the power ripple. A performance degradation was
reported for higher gap widths in the p = 150, Q = 360 model, as has been
indeed reported for machines with fewer poles than slots.

6.2 Future Work

Regarding future work in the analytical model, one direction in which the
present model could be further extended regards its permeance function. A
more detailed conformal transformation could be applied, in order to consider
the exact tooth shape, instead of assuming straight teeth. Another potential
improvement regards the model’s losses: The computed armature fields have
not been used in the rest of the analytical model. One way in which armature
field distribution could be useful is the analytical determination of eddy current
loss in the PM’s. This type of loss is especially interesting for FSC windings due
to their high harmonic content. Including segmentation in the analytical model
could also be addressed. Finally, a comparison with a more precise analytical
model (e.g. subdomain model) could also be insightful.

Regarding the topology investigation, comparing only optimized machines
could be considered. Double-Layer windings could also be included, especially
for machines without a critical requirement for fault-tolerance. The costs cor-
responding to ease of manufacture or replaceability of the modules have only
been addressed qualitatively in the present work. A more detailed, quantified
investigation of the costs related to modularity could be conducted. Regard-
ing segment topologies, more segment designs (e.g 3-phase segments with FSC
winding, T-core segments ) could be tried.
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Regarding the design choices, an interesting approach would be to formulate
the comparison in a way that maintains the same axial length for all machines.
This could give better indication of the actual differences particularly in the
manchines’ costs. Also, parameters that were kept constant for simplicity (e.g.
fill factor), could be addressed more realistically. Finally, optimizing the flux
gap size to minimize the torque ripple or the mutual inductance between phases
(magnetic isolation) could be considered in the design.
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