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SUMMARY

Recent developments in the field of hybrid-electric propulsion (HEP) have opened the
door to a wide range of novel aircraft configurations with improved energy efficiency.
These electrically-driven powertrains enable “distributed propulsion” configurations, in
which the aerodynamic interaction between the propulsive devices and the airframe is
exploited to enhance the aero-propulsive efficiency of the aircraft. In this context, the
present research focuses specifically on over-the-wing distributed propulsion (OTWDP)
for regional propeller aircraft. Over-the-wing (OTW) propellers are particularly promis-
ing because they can significantly enhance the lift-to-drag ratio of the wing, as well as
reduce flyover noise due to shielding by the wing. Thus, a hybrid-electric aircraft with
OTWDP can potentially constitute a low-noise, high-efficiency alternative for the future
regional aircraft market.

The objective of this research is therefore to quantify the impact of OTWDP on the
energy efficiency of hybrid-electric aircraft. However, to do this, research is required on
multiple fronts. On one hand, the fundamental aerodynamic interaction between an
OTW propeller and the surrounding elements is not clearly understood. Consequently,
it is not known what the actual aerodynamic or propulsive-efficiency benefits of an
OTWDP system are, or how they are affected by different operating conditions and de-
sign parameters. On the other hand, there are no HEP aircraft design methods which can
systematically translate these subsystem-level performance characteristics into aircraft-
level performance characteristics. To address these challenges, this research is divided
into three main parts. First, a sizing method for hybrid-electric distributed-propulsion
(HEDP) aircraft is developed, independently of where the propellers are positioned with
respect to the airframe. Second, the aerodynamic interaction effects and performance
characteristics of OTWDP systems are investigated, independently of the type of power-
train used to drive the propellers. And third, the sizing method and aerodynamic perfor-
mance estimates of the previous two points are combined to assess the effect of hybrid-
electric OTWDP on aircraft-level performance metrics.

The preliminary sizing method formulated in the first part shows that HEDP can be
accounted for by modifying the traditional sizing methods for wing area, installed power,
and aircraft weight in two ways. First, the flight-performance equations are adapted to
include a series of “delta” terms that represent the propulsion-airframe interaction ef-
fects (∆CL , ∆CD , ∆ηp). Then, a simplified powertrain representation is used to compute
the power flows across a generic HEP architecture, using three power-control parame-
ters. This leads to a series of component-oriented power-loading diagrams, which are
combined with a mission analysis and a simplified weight estimation to compute the
weight and energy consumption of the aircraft. A verification study shows that this new
sizing method provides values which deviate by less than 5% from reference aircraft data
and the results of an independent HEP sizing method, in terms of take-off mass and en-
ergy consumption. Then, to illustrate the effect of distributed-propulsion on the sizing
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SUMMARY

process, a regional aircraft with leading-edge distributed propulsion (LEDP) is sized and
compared to a conventional twin-prop reference aircraft. This shows that LEDP can in-
crease the wing loading by more than 50%, leading to a 6% increase in lift-to-drag ratio
for the particular mission. These results demonstrate that the aerodynamic interaction
effects can have a decisive influence on aircraft performance, and therefore further in-
vestigation is required to understand and model these effects in the case of OTWDP.

For this reason, the second part of this research focuses on the interaction phenom-
ena between an OTW propeller and surrounding elements such as the wing, duct, or
adjacent propellers. Due to the three-dimensional, unsteady, and viscous nature of the
interaction mechanisms, a predominantly experimental approach is taken. These exper-
iments are complemented with Reynolds-Averaged Navier Stokes (RANS) simulations to
provide additional insight into the flow field, and a low-order numerical method to ana-
lyze the effect of some key design variables.

The investigations reveal that the effect of an OTW propeller on the wing pressure
distribution can be decomposed into an effective angle-of-attack increase, and a local
change in surface pressure directly beneath the propeller. Simultaneously, the wing dis-
turbs the inflow velocities to the propeller disk, leading to a strong non-uniform loading.
For three propellers placed side-by-side above a rectangular wing, at 80% chord and with
a diameter-to-chord ratio of 0.67, these interaction effects are found to locally increase
the wing lift-to-drag ratio by 45% in cruise conditions. This benefit comes at the expense
of a 12% reduction in propulsive efficiency. However, these performance changes are
highly dependent on the geometry of the system—especially in high-lift conditions. If
the propeller is placed above the flap hinge, the adverse pressure gradient induced by
the propeller triggers flow separation over the flap. The unsteady interaction between
the tip vortices and wing boundary layer only play a minor role in this propeller-induced
separation. If, on the other hand, the propeller is placed half a radius further upstream,
then a Coandă effect is created which delays flow separation. Similarly, if the propeller is
deflected together with the flap, then the flow separation is postponed.

The performance of the OTW propeller is also affected by the adjacent propellers
and, if present, the duct. Since a priori it is unknown whether a duct is required, or
what the optimal shape would be, two simplified limit cases are investigated numeri-
cally for a single propeller: a square duct, and a conventional, circular duct. The flow
fields show that the propeller-induced pressure gradients lead to flow separation in the
corners of the square duct at high thrust settings. The varying end-plate effect also leads
to unsteady blade loading. Consequently, for a given advance ratio and (sub-optimal)
blade pitch angle, the square ducted system is found to be 4.5% less efficient than the
circular one, and both systems are found to produce 7% less thrust than an isolated pro-
peller. Based on these results, and considering the two-dimensional velocity field above
an unswept wing, an unducted OTWDP system or an OTWDP system with an envelope
duct are considered the most promising solutions—depending on the axial position of
the propellers. However, in either of those configurations, each propeller interacts with
its neighbors. An experimental investigation shows that, in that case, the velocities in-
duced by each propeller’s vortex system lead to additional unsteady blade loading. Fur-
thermore, the propeller efficiency is found to reduce by 1.5% due to the presence of the
adjacent propellers and their nacelles, for a tip clearance equal to 4% of the radius.
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The third and final part of this research combines the aircraft sizing method, the
qualitative design considerations identified in the detailed aerodynamic analyses, and
the quantitative performance estimates of a lower-order numerical model to evaluate
the potential of OTWDP at aircraft level. For this, first a design-space exploration is per-
formed. This shows that a partial-turboelectric powertrain is the most promising HEP ar-
chitecture for regional aircraft with distributed propulsion. In such a configuration, the
benefits of distributed propulsion increase with range, decrease with cruise Mach num-
ber, and are independent of the payload weight. The results also reflect that a 15% energy
reduction due to HEDP is unlikely in the mid-term (circa 2035), since this would require
an average aero-propulsive efficiency increase of 17%–23% with a “power split” of just
20%, which is extremely challenging to attain in practice. For a partial-turboelectric air-
craft with two aft-mounted propellers and an OTWDP system consisting of 38 propellers,
a diameter-to-chord ratio of 0.19, and a covered wing span fraction of 0.53, the average
aero-propulsive efficiency increase is found to be 9% for a 1500 nmi mission. Roughly
4% of this benefit is required to offset the power losses in the electrical drivetrain. This
leads to an overall energy reduction of 5% relative to a conventional twin-turboprop con-
figuration, with an uncertainty margin of ±5% due to uncertainty in the aerodynamic
modeling alone. In this case, the OTWDP and the conventional configurations present a
comparable take-off mass.

These energy-efficiency benefits are insufficient to justify a radical change in the lay-
out of the aircraft, especially considering that they have been obtained with a prelimi-
nary sizing method which neglects aspects such as tail sizing or trim drag. Nevertheless,
the results show that the substantial aerodynamic benefits of OTW propellers at subsys-
tem level also lead to an aero-propulsive benefit at aircraft level. Thus, OTWDP systems
can present a strong case if, additionally, the noise-shielding capabilities can be proven,
or if the aero-propulsive benefits are further increased by, for example, integrating the
control surfaces with a duct or by producing a full-span OTWDP system. Other market
segments, such as small, fully-electric aircraft for general aviation purposes should also
be explored in order to mature the technology. Such investigations, along with the siz-
ing method and detailed aerodynamic interaction studies provided in this research, will
contribute towards the development of the next generation of energy-efficient passenger
aircraft.
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SAMENVATTING

Recente ontwikkelingen op het gebied van hybride-elektrische voortstuwing (hybrid-
electric propulsion, HEP) hebben de deur geopend voor een groot aantal nieuwe vlieg-
tuigconfiguraties met verbeterde energie-efficiëntie. Deze elektrische aandrijflijnen
maken configuraties met verdeelde voortstuwing (distributed propulsion) mogelijk,
waarbij de aerodynamische interactie tussen de propellers en andere elementen van
het vliegtuig wordt gebruikt om de aerodynamische en voortstuwingsefficiëntie van het
vliegtuig te verbeteren. In deze context richt dit onderzoek zich specifiek op over-the-
wing distributed propulsion (OTWDP) voor regionale propellervliegtuigen, waar de pro-
pellers boven de vleugel worden geplaatst. Over-the-wing (OTW)-propellers zijn veel-
belovend omdat ze de lift-over-weerstandsverhouding van de vleugel aanzienlijk kun-
nen verbeteren, en het flyover-geluid als gevolg van afscherming door de vleugel kun-
nen verminderen. Een hybride-elektrisch vliegtuig met OTWDP kan dus potentieel een
geluidsarme, hoogrenderende optie zijn voor de toekomstige markt voor regionale vlieg-
tuigen.

Het doel van dit onderzoek is om de impact van OTWDP op de energie-efficiëntie van
hybride-elektrische vliegtuigen te kwantificeren. Hiervoor is echter onderzoek nodig
op meerdere fronten. Aan de ene kant is de fundamentele aerodynamische interactie
tussen een OTW-propeller en de omliggende elementen onduidelijk. Verder is het niet
bekend wat de werkelijke aerodynamische of voortstuwingsefficiëntievoordelen van een
OTWDP-systeem zijn, of hoe deze worden beïnvloed door verschillende omstandighe-
den en ontwerpparameters. Aan de andere kant zijn er geen ontwerpmethoden voor
HEP vliegtuigen die deze prestatiekenmerken op subsysteemniveau systematisch kun-
nen omrekenen naar prestatiekenmerken op vliegtuigniveau. Om deze uitdagingen
aan te gaan, is dit onderzoek opgesplitst in drie delen. Ten eerste wordt een ontwerp-
methode ontwikkeld voor vliegtuigen met hybride-elektrische verdeelde voorstuwing
(hybrid-electric distributed propulsion, HEDP), onafhankelijk van waar de propellers zijn
geplaatst op het vliegtuig. Ten tweede worden de aerodynamische interactie-effecten en
prestatiekenmerken van OTWDP-systemen onderzocht, onafhankelijk van het type aan-
drijflijn dat wordt gebruikt voor de propellers. Ten derde worden de ontwerpmethode
en aerodynamische prestatieschattingen van de vorige twee punten gecombineerd om
het effect van hybride-elektrische OTWDP op vliegtuigniveau te beoordelen.

De conceptuele ontwerpmethode die in het eerste deel van dit onderzoek wordt
geformuleerd laat zien dat HEDP in het ontwerpproces kan worden meegenomen door
de traditionele ontwerpmethoden op twee manieren aan te passen. Eerst worden de
vluchtprestatievergelijkingen aangepast om een reeks “delta” termen op te nemen die
de interactie-effecten tussen propeller en vleugel beschrijven (∆CL , ∆CD , ∆ηp). Vervol-
gens wordt een vereenvoudigde representatie van de aandrijflijn gebruikt om de vermo-
gensstromen door een generieke HEP-architectuur te berekenen, met behulp van drie
regelparameters. Dit leidt tot een aantal componentgerichte power-loading diagram-
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men, die worden gecombineerd met een analyse van de missie en een vereenvoudigde
gewichtsschatting om het gewicht en energieverbruik van het vliegtuig te berekenen.
Uit een verificatiestudie blijkt dat deze nieuwe methode waardes oplevert in termen van
startmassa en energieverbruik die minder dan 5% afwijken van de referentiedata en de
resultaten van een aparte HEP-ontwerpmethode. Om het effect van verdeelde voort-
stuwing op het ontwerpproces te illustreren, wordt vervolgens een regionaal vliegtuig
met verdeelde voortstuwing aan de voorrand van de vleugel (leading-edge distributed
propulsion, LEDP) vergeleken met een conventioneel referentievliegtuig met twee pro-
pellers. Dit toont aan dat LEDP de vleugelbelasting met meer dan 50% kan verhogen, wat
tot een toename van de lift-over-weerstandsverhouding van 6% leidt voor de specifieke
missie. Deze resultaten tonen aan dat de aerodynamische interactie-effecten een beslis-
sende invloed kunnen hebben op de prestaties van het vliegtuig, en daarom is verder on-
derzoek nodig om deze effecten te begrijpen en te modelleren in het geval van OTWDP.

Om deze reden richt het tweede deel van dit onderzoek zich op de aerodynamische
fenomenen die optreden vanwege de interactie tussen een OTW-propeller en compo-
nenten in de nabijheid zoals de vleugel, de gondel, of aangrenzende propellers. Van-
wege de driedimensionale, tijdsafhankelijke en viskeuze aard van de interactiemecha-
nismen, wordt er grotendeels voor een experimentele benadering gekozen. Deze exper-
imenten worden aangevuld met Reynolds-Averaged Navier Stokes (RANS)-simulaties om
meer inzicht te krijgen in het stromingsveld, en een lage-orde numerieke methode om
het effect van verschillende ontwerpvariabelen te analyseren.

Uit het onderzoek blijkt dat het effect van een OTW-propeller op de drukverdel-
ing van de vleugel kan worden opgesplitst in een effectieve toename van de invalshoek
en een lokale verandering in oppervlaktedruk direct onder de propeller. Tegelijkertijd
verstoort de vleugel de instroming naar de propeller, wat een sterke niet-uniforme be-
lasting op de propellerschijf genereert. Voor drie propellers boven een rechte vleugel,
met een axiale positie van 80% van de vleugelkoorde en een diameter–koorde verhoud-
ing van 0.67, blijkt dat deze interactie-effecten de lift-over-weerstandsverhouding van
de vleugel lokaal met 45% verhogen voor de kruisvlucht. Dit voordeel gaat ten koste
van een vermindering van 12% van de voortstuwingsefficiëntie van de propellers. Deze
prestatieveranderingen zijn echter sterk afhankelijk van de geometrie van het systeem—
vooral in hoge-lift condities. Als de propeller boven het scharnierpunt van een uit-
geklapte klep wordt geplaatst, veroorzaakt de drukgradiënt onder de propeller loslating
van de stroming over de klep. De tijdsafhankelijke interactie tussen de tipwervels van de
propeller en de grenslaag van de vleugel speelt maar een kleine rol bij deze propeller-
geïnduceerde loslating. Integendeel, als de propeller een halve radius verder stroomop-
waarts wordt geplaatst, ontstaat er een Coandă-effect dat de loslating voorkomt. Evenzo,
als de propeller samen met de flap wordt geroteerd, wordt de loslating van de stroming
uitgesteld.

De prestaties van de OTW-propeller worden ook beïnvloed door de aangrenzende
propellers en, indien aanwezig, de mantel (of duct). Omdat het a priori niet bekend is
of een mantel nodig is, of wat de optimale vorm daarvan zou zijn, worden twee vereen-
voudigde geometrieën numeriek onderzocht voor een enkele propeller: een vierkante
mantel en een conventionele, circulaire mantel. De stromingsvelden laten zien dat
de propeller-geïnduceerde drukgradiënten tot loslating leiden in de hoeken van de
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vierkante mantel bij hoge trekkrachtscoëfficiënten. Het variërende eindplaateffect leidt
ook tot een tijdsafhankelijke belasting op de bladen. Als gevolg hiervan blijkt het sys-
teem met een vierkante mantel 4.5% minder efficiënt te zijn dan het cirkelvormige sys-
teem voor een gegeven advance ratio en (sub-optimale) bladhoek, terwijl beide sys-
temen 7% minder stuwkracht produceren dan een propeller zonder mantel. Op ba-
sis van deze resultaten, en rekening houdend met het tweedimensionale snelheidsveld
boven een vleugel zonder pijlhoek, worden een OTWDP-systeem zonder mantel of een
OTWDP-systeem met een tweedimensionale “envelop” mantel beschouwd als de meest
belovende oplossingen—afhankelijk van de axiale positie van de propellers. In beide
deze gevallen is er echter een interactie tussen aangrenzende propellers. Een experi-
menteel onderzoek toont aan dat in dat geval de snelheden die door het wervelsysteem
van elke propeller worden geïnduceerd tot extra tijdsafhankelijke belastingen op het
blad leiden. Bovendien wordt het propellerrendement met 1.5% verminderd vanwege
de aanwezigheid van de aangrenzende propellers en hun gondels, voor een propeller
tipafstand gelijk aan 4% van de radius.

Het derde en laatste deel van dit onderzoek combineert de vliegtuigontwerpme-
thode, de kwalitatieve ontwerpoverwegingen geïdentificeerd in de gedetailleerde aero-
dynamische analyses, en de kwantitatieve prestatieschattingen van een lage-orde nu-
merieke model om het potentieel van OTWDP op vliegtuigniveau te evalueren. Hiervoor
wordt eerst een gevoeligheidsanalyse uitgevoerd. Dit toont aan dat een gedeeltelijk-
turbo-elektrische aandrijflijn de beste HEP-architectuur is voor regionale vliegtuigen
met verdeelde voortstuwing. In die configuratie nemen de voordelen van verdeelde
voortstuwing toe met het vliegbereik, nemen deze af met het cruise Mach-getal, en zijn
deze onafhankelijk van het gewicht van de lading. De resultaten laten ook zien dat een
energiereductie van 15% als gevolg van HEDP op middellange termijn (circa 2035) on-
waarschijnlijk is, aangezien dit een gemiddelde verhoging van de aerodynamische en
voortstuwingsefficiëntie van 17%–23% zou vereisen met een “power split” van slechts
20%, wat in de praktijk bijna onmogelijk is. Voor een gedeeltelijk-turbo-elektrisch vlieg-
tuig met twee op de staart gemonteerde propellers en een OTWDP-systeem bestaande
uit 38 propellers, een diameter–koordeverhouding van 0.19, en een spanwijdte van
53% van de vleugel, blijkt de gemiddelde toename van de aerodynamische en voort-
stuwingsefficiëntie 9% te zijn voor een missie van 1500 nmi. Ongeveer 4% van dit voor-
deel is nodig om de vermogensverliezen in de elektrische aandrijflijn te compenseren.
Dit leidt tot een totale energiereductie van 5% ten opzichte van een conventionele twin-
turbopropconfiguratie, met een onzekerheidsmarge van ±5% vanwege onzekerheid in
de aerodynamische modellering. In dat geval hebben de OTWDP en de conventionele
configuraties een vergelijkbare startmassa.

Deze verbeteringen van de energie-efficiëntie zijn onvoldoende om een radicale ve-
randering in de lay-out van het vliegtuig te rechtvaardigen, vooral gezien het feit dat ze
zijn berekend met een conceptuele ontwerpmethode die aspecten zoals staartontwerp
of trimweerstand niet meeneemt. Toch laten de resultaten zien dat de substantiële aero-
dynamische voordelen van OTW-propellers op subsysteemniveau ook tot een aerody-
namisch voordeel op vliegtuigniveau kunnen leiden. OTWDP-systemen hebben dus een
grote potentie, vooral indien een geluidsreductie kan worden bewezen, of als de aerody-
namische of voortstuwingsvoordelen verder worden vergroot door bijvoorbeeld de stu-
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urvlakken te integreren met de mantel, of door een OTWDP systeem te produceren die
de hele spanwijdte van de vleugel dekt. Andere marktsegmenten, zoals kleine, volledig
elektrische vliegtuigen, moeten ook worden onderzocht om de technologie te laten ont-
wikkelen. Dergelijke onderzoeken, samen met de ontwerpmethode en aerodynami-
sche interactiestudies die in dit onderzoek worden gepresenteerd, zullen bijdragen aan
de ontwikkeling van de volgende generatie van duurzame passagiersvliegtuigen.
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RESUMEN

Los avances recientes en el campo de la propulsión híbrida-eléctrica (hybrid-electric
propulsion, HEP) para aeronaves han abierto la puerta a una amplia gama de config-
uraciones con mayor eficiencia energética. Estos trenes de propulsión eléctricos per-
miten configuraciones con propulsión distribuida (distributed propulsion), en las que la
interacción aerodinámica entre los propulsores y el resto del avión se aprovecha para
mejorar la eficiencia aeropropulsiva del vehículo. En este contexto, esta investigación
se centra específicamente en la propulsión distribuida sobre el ala (over-the-wing dis-
tributed propulsion, OTWDP) en aviones de hélice regionales. Las hélices instaladas
encima del ala (over-the-wing, OTW) son especialmente prometedoras porque pueden
mejorar significativamente la eficiencia aerodinámica del ala, así como reducir el ruido
de sobrevuelo debido al apantallamiento del ala. Por tanto, un avión híbrido-eléctrico
con OTWDP puede posicionarse como una alternativa de bajo ruido y alta eficiencia
para el futuro mercado de aviones regionales.

El objetivo de esta investigación es, por tanto, cuantificar el impacto de OTWDP so-
bre la eficiencia energética de los aviones híbridos-eléctricos. Sin embargo, para ello
es necesario investigar diferentes aspectos. Por un lado, a día de hoy se desconocen
los detalles de la interacción aerodinámica entre una hélice OTW y los elementos que
la rodean. Como consecuencia, se desconoce el beneficio real que se puede obtener
con un sistema OTWDP en términos de eficiencia aerodinámica o rendimiento propul-
sivo, y cómo este beneficio se vería afectado por las diferentes condiciones de fun-
cionamiento y parámetros de diseño del sistema. Por otra parte, no existen métodos de
diseño de aeronaves HEP que puedan relacionar sistemáticamente estas características
de rendimiento del subsistema con el rendimiento de la aeronave. Para abordar estos
retos, esta investigación se divide en tres partes principales. En primer lugar, se desar-
rolla un método de diseño para aeronaves de propulsión híbrida-eléctrica y distribuida
(hybrid-electric distributed propulsion, HEDP), independientemente de la posición de
las hélices con respecto al ala o fuselaje. En segundo lugar, se investigan la interacción
aerodinámica y el rendimiento de los sistemas OTWDP, independientemente del tipo de
tren motriz utilizado para mover las hélices. Y en tercer lugar, el método de diseño y las
estimaciones de rendimiento aerodinámico de los dos puntos anteriores se combinan
para evaluar el efecto de OTWDP a nivel global de la aeronave.

El método de diseño preliminar formulado en la primera parte incorpora HEDP
modificando los métodos de diseño tradicionales de dos maneras. En primer lugar, las
ecuaciones de movimiento de la aeronave se adaptan para incluir una serie de términos
“delta” que representan la interacción aerodinámica entre los propulsores y el resto de
la aeronave (∆CL , ∆CD , ∆ηp). En segundo lugar, se utiliza una representación simplifi-
cada de la cadena cinemática para calcular los flujos de potencia para una configuración
HEP genérica, utilizando tres parámetros de control. Esto conduce a una serie de dia-
gramas de power loading que representan cada componente del sistema de propulsión,
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los cuales se combinan con un análisis de la misión y una estimación simplificada del
peso de los componentes para calcular el peso de despegue y consumo energético de
la aeronave. Un estudio de verificación muestra que este nuevo método proporciona
valores que se desvían menos de un 5% de la aeronave de referencia y de los resulta-
dos producidos por otro método de diseño HEP independiente, en términos de peso de
despegue y consumo de energía. A continuación, para ilustrar el efecto de la propul-
sión distribuida en el proceso de diseño, se dimensiona un avión regional con hélices
distribuidas en el borde de ataque (leading edge distributed propulsion, LEDP) y se com-
para con un avión turbohélice de referencia. Esta comparación demuestra que LEDP
puede aumentar la carga del ala (wing loading) más de un 50%, lo que conlleva un au-
mento del 6% de la eficiencia aerodinámica para la misión en cuestión. Estos resultados
demuestran que los efectos de interacción aerodinámica pueden tener una influencia
decisiva en el rendimiento de la aeronave, por lo que es necesario seguir investigando
para comprender y modelar estos efectos en el caso de OTWDP.

Por esta razón, la segunda parte de esta investigación se centra en los fenómenos
de la interacción aerodinámica entre una hélice OTW y otros elementos como el ala, el
carenado o las hélices adyacentes. Debido a la naturaleza tridimensional, viscosa y no
estacionaria de los mecanismos de interacción, se opta por un enfoque predominante-
mente experimental. Estos experimentos se complementan con simulaciones numéri-
cas RANS (Reynolds-Averaged Navier Stokes) para proporcionar información adicional
del flujo, y un método numérico simplificado para analizar el efecto de los principales
parámetros de diseño.

Los resultados revelan que el efecto de una hélice OTW sobre la distribución de pre-
sión del ala puede descomponerse en un aumento del ángulo de ataque efectivo y un
cambio local en la presión sobre la superficie directamente debajo de la hélice. Si-
multáneamente, el ala perturba las velocidades que percibe la hélice, lo que provoca una
distribución de carga no uniforme sobre la hélice. En el caso de tres hélices adyacentes
colocadas sobre un ala rectangular, con una posición axial del 80% de la cuerda y una
relación diámetro-cuerda de 0.67, se observa que la interacción aumenta la eficiencia
aerodinámica seccional del ala en un 45% en condiciones de crucero. Este beneficio se
produce a expensas de una reducción del 12% del rendimiento propulsivo de las hélices.
Sin embargo, estos cambios de rendimiento dependen en gran medida de la geometría
del sistema, especialmente en condiciones de alta sustentación. Si la hélice se sitúa por
encima del eje de un flap desplegado, el gradiente de presión adverso inducido por la
hélice provoca la separación del flujo sobre el flap. La interacción no estacionaria en-
tre los vórtices de punta de las palas y la capa límite del ala sólo tiene un papel menor
en esta separación inducida por la hélice. Si, por el contrario, la hélice se adelanta una
distancia de medio radio (aguas arriba), se crea un efecto Coandă que retrasa la sepa-
ración del flujo. Del mismo modo, si la hélice se despliega junto con el flap, entonces la
separación del flujo se pospone.

El rendimiento de una hélice OTW también se ve afectado por las hélices adyacentes
y, si está presente, por el carenado (duct) de la hélice. Dado que a priori se desconoce
si es necesario un carenado, o cuál sería su geometría óptima, se investigan numéri-
camente dos casos límite para una sola hélice: un carenado cuadrado y un carenado
circular convencional. Los resultados muestran que, con altos coeficientes de tracción,
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los gradientes de presión generados por la hélice conducen a la separación del flujo en
las esquinas del carenado cuadrado. La holgura variable entre la punta de las palas y
el carenado también conduce a una carga oscilatoria en las palas. En consecuencia,
para un determinado parámetro de avance y paso (subóptimo) de la hélice, el sistema
con carenado cuadrado resulta ser un 4.5% menos eficiente que el circular, y ambos sis-
temas producen un 7% menos de empuje que una hélice sin carenado. Basado en estos
resultados, y teniendo en cuenta el flujo bidimensional que se produce encima de un
ala sin flecha, un sistema OTWDP sin carenado o un sistema OTWDP con un carenado
bidimensional se consideran las soluciones más prometedoras, dependiendo de la posi-
ción axial de las hélices. Sin embargo, en ambas configuraciones cada hélice interactúa
con las hélices adyacentes. Una investigación experimental muestra que, en ese caso, las
velocidades inducidas por el sistema de vórtices de cada hélice generan una carga adi-
cional no estacionaria. Además, se observa que el rendimiento propulsivo de la hélice se
reduce en un 1.5% debido a la presencia de las hélices adyacentes y sus góndolas, para
una distancia de separación igual al 4% del radio.

Para evaluar el potencial de OTWDP a nivel de aeronave, la tercera y última parte
de esta investigación combina el método de diseño preliminar de la aeronave, las con-
sideraciones cualitativas identificadas en los análisis aerodinámicos, y las predicciones
de rendimiento obtenidos con un método numérico simplificado. Para ello, primero
se realiza un estudio de sensibilidad para explorar el espacio de diseño. Esto muestra
que un sistema de propulsión parcialmente turboeléctrico es la configuración HEP más
prometedora para aviones regionales con propulsión distribuida. En esta configuración,
las ventajas de la propulsión distribuida aumentan con el alcance, disminuyen con el
número de Mach de crucero, y son independientes de la carga de pago. Los resultados
también reflejan que una reducción del consumo energía del 15% gracias a HEDP es
improbable a medio plazo (alrededor del año 2035), ya que esto requeriría un aumento
promedio de la eficiencia aeropropulsiva en torno al 17%–23% con una “hibridización”
de sólo el 20%, lo cual es extremadamente difícil de conseguir en la práctica. En el caso
de un avión parcialmente turboeléctrico con dos hélices montadas en la parte trasera del
fuselaje y un sistema OTWDP compuesto por 38 hélices, una relación diámetro-cuerda
de 0.19, y una fracción de envergadura cubierta de 0.53, el aumento promedio de la efi-
ciencia aeropropulsiva es del 9% para una misión de 1500 millas náuticas. Aproximada-
mente el 4% de este beneficio es necesario para compensar las pérdidas de energía en el
tren de transmisión eléctrico. Esto lleva a una reducción de consumo de energía del 5%
respecto a una turbohélice convencional, con un margen de incertidumbre de ±5% de-
bido a la incertidumbre en el modelado aerodinámico. En este caso, la configuración
OTWDP y configuración convencional de referencia presentan un peso de despegue
comparable.

Estos beneficios en la eficiencia energética son insuficientes para justificar un cam-
bio radical en la configuración del avión, sobre todo teniendo en cuenta que se han
obtenido con un método de diseño preliminar que no tiene en cuenta aspectos como
el dimensionamiento de la cola. No obstante, los resultados demuestran que los ben-
eficios aerodinámicos de las hélices OTW a nivel de subsistema también conllevan un
beneficio aeropropulsivo a nivel de aeronave. Por lo tanto, los sistemas OTWDP pueden
constituir una configuración prometedora si, además, se puede demostrar la capacidad
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de apantallamiento del ruido, o si los beneficios aeropropulsivos se incrementan por
encima de los valores obtenidos en este estudio—por ejemplo, integrando las superfi-
cies de control con un carenado, o produciendo un sistema OTWDP que cubra la enver-
gadura completa del ala. También deberían explorarse otros segmentos de mercado con
el fin de madurar la tecnología, como los pequeños aviones eléctricos para la aviación
general. Estas investigaciones, junto con el método de diseño y los detallados estudios
de interacción aerodinámica proporcionados en esta tesis, contribuirán al desarrollo de
la próxima generación de aeronaves sostenibles.
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NOMENCLATURE

SYMBOLS

a = Speed of sound [m/s], axial induction factor ∆u/V∞ [-]
a0,b0,c0,m0,n0 = Dummy variables
A = Aspect ratio b/c [-], coefficient matrix [-]
b = Span [m], right-hand-side of linear equation
bdp = Wing span covered by distributed-propulsion system [m]
B = Number of blades [-]
BPF = Blade-passage frequency nB [-]
c = Chord length [m], climb rate [m/s]
cd = Sectional drag coefficient d/(q∞c) [-]
cl = Sectional lift coefficient l/(q∞c) [-]
CD = Drag coefficient D/(q∞Sref) [-]
CDi = Induced drag coefficient [-]
CD0 = Zero-lift drag coefficient [-]
CDmin = Minimum drag coefficient [-]
Cf = Skin friction coefficient τw/q∞ [-]
CL = Lift coefficient L/(q∞Sref) [-]
CLmax = Maximum lift coefficient [-]
CLminD = Minimum-drag lift coefficient [-]
Cp = Pressure coefficient (p −p∞)/q∞ [-]
Cpt = Total pressure coefficient (pt −pt∞)/q∞+1 [-]
CN = Normal-force coefficient N /(ρ∞n2D4

P) [-]
CP = Power coefficient Ps/(ρ∞n3D5

P) [-]
CQ = Torque coefficient Q/(ρ∞n2D5

P) [-]
CT = Thrust coefficient T /(ρ∞n2D4

P) [-]
Cω = Vorticity coefficient ω/(2Ω) [-]
CSP = Combined specific power [kW/kg]
d = Tip clearance between propellers [m], sectional drag [N/m]
D = Drag [N], diameter [m]
Di = Induced drag [N]
Dp = Propeller diameter [m]
D0 = Zero-lift drag [N]
DOH = Degree-of-hybridization of energy E0,bat/(E0,bat +E0,f) [-]
e = Oswald factor [-], specific energy [Wh/kg]
~ex ,~ey ,~ez = Unitary basis vectors of Cartesian grid [m]
E = Energy [J], complete elliptic integral of the second kind [-]
E jk = Exponent of the k-th variable of the j -th monomial [-]
f = Frequency [Hz]
fW = Aircraft weight fraction W /WTO [-]
F = Force [N]
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NOMENCLATURE

F∗
xc = Horizontal force coefficient Fx /(q∞Sref) [-]

F∗
zc = Vertical force coefficient Fz /(q∞Sref) [-]

g = Gravitational acceleration [m/s2]
h = Altitude [ft], cell size [m]
HP = Hybridization factor [-]
iP = Propeller incidence angle [deg]
J = Advance ratio V∞/(nDP) [-]
k = Turbulent kinetic energy [m2/s2]
k0, k1, k2, kP = Constants [-]
K = Complete elliptic integral of the first kind [-]
l = Reference length [m], sectional lift [N/m]
L = Lift [N]
m = Mass [kg], number of monomials [-]
ṁ = Mass flow rate [kg/s]
M = Mach number V /a [-]
n = Rotational speed [Hz], load factor [-], number of data points [-]
N = Propeller normal force [N], number of elements or variables [-]
Nc = Normal-force coefficient N /(q∞SP) [-]
N∗

c = Normal-force coefficient N /(q∞Sref) [-]
p = Static pressure [Pa], helix pitch [m], observed order of grid conver. [-]
p∗ = Theoretical order of grid convergence [-]
pt = Total pressure [Pa]
P = Power [W], order of polynomial fit [-]
PREE = Payload-range energy efficiency (WPLR)/Emiss [-]
q = Dynamic pressure 0.5ρV 2 [Pa]
Q = Torque [Nm]
Qc = Torque coefficient Q/(q∞SPR) [-]
r = Radial coordinate [m]
R = (Propeller) radius [m], range [nmi]
R2 = Coefficient of determination [-]
Re = Reynolds number (ρV l )/µ [-]
RSS = Residual sum of squares
S = Area [m2], propeller side force [N]
Sc = Side-force coefficient S/(q∞SP) [-]
S∗

c = Side-force coefficient S/(q∞Sref) [-]
SP = Propeller disk area πR2 [m2]
Sw = Wing reference area b · c [m2]
SP = Specific power [kW/kg]
t = Time [s], thickness [m]
T = Thrust [N], temperature [oC]
Tc = Thrust coefficient T /(q∞SP) [-]
T ∗

c = Thrust coefficient T /(q∞Sref) [-]
u, v, w = Velocity components in local reference frame [m/s]
uτ = Friction velocity (τw/ρ)0.5 [m/s]
U = Uncertainty (95% confidence interval)
vr = Radial velocity component [m/s]
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NOMENCLATURE

vθ = Azimuthal velocity component [m/s]
V = Velocity magnitude [m/s]
Vs = Stall speed [m/s]
VP = Velocity magnitude at propeller location [m/s]
V2 = Take-off safety speed [m/s]
W = Weight m · g [N], weighting function [-]
x1, x2, . . . = Independent variables
X1, X2, . . . = Monomials
x, y, z = Cartesian coordinates in local reference frame [m]
X ,Y , Z = Cart. coord. in inertial ref. frame, rotated by γ around Y ′ axis [m]
X ′,Y ′, Z ′ = Cartesian coordinates in inertial reference frame [m]
y1, y2, . . . = Dependent variables
y+ = Non-dimensional wall distance (ρuτy)/µ [-]
α = Angle of attack [deg], constant factor in grid UQ, vortex velocity ratio [-]
αP = Propeller angle-of-attack w.r.t. local inflow [deg]
β = Blade pitch angle [deg], coefficient of surrogate model
γ = Flight path angle [deg]
Γ = Circulation [m2/s]
δf = Flap deflection angle [deg]
δP = Thrust-vectoring deflection angle [deg]
δ99 = Boundary-layer thickness [m]
δ( ) = Change w.r.t. single-propeller configuration
∆( ) = Change w.r.t. isolated configuration or w.r.t. reference configuration
∆x,∆y ,∆z = Displacement or spacing along Cartesian coordinates [m]
∆φ = Relative blade phase angle [deg]
∆φ = Maximum difference observed among φ values in grid UQ
ε = Error
ε = Tip clearance w.r.t. wing surface [m]
ζ = Overall efficiency parameter ηpηPT(L/D) [-]
η = Conversion or transmission efficiency [-]
ηdp = Propulsive efficiency of distributed-propulsion system [-]
ηp = Propulsive efficiency (−FX V∞)/Ps [-]
ηp1, ηp2 = Propulsive efficiency of primary/secondary propulsion system [-]
ηP = Propeller efficiency (T V∞)/Ps [-]
η1,η2,η3 = Powertrain branch efficiencies [-]
θ = Azimuthal coordinate [deg]
Λc/2 = Half-chord wing-sweep angle [deg]
µ = Dynamic viscosity [Pa·s], bank angle [deg]
ξ = Throttle setting [-]
ρ = Density [kg/m3]
σ = Standard deviation
τw = Wall shear stress µ(∂u/∂y)y=0 [Pa]
φ = Blade phase angle [deg], dummy variable for grid UQ
φl = Azimuthal coordinate along square duct l/(4bduct) [-]
ϕ = Shaft power ratio Ps2/(Ps1 +Ps2) [-]
Φ = Supplied power ratio Pbat/(Pf +Pbat) [-]
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NOMENCLATURE

χ = Thrust ratio of distributed-propulsion system Tdp/T [-]
ω = Vorticity [1/s], specific dissipation rate [1/s]
ω∗ = Normalized vorticity (ωDP)/ueff [-]
Ω = Angular velocity 2πn [rad/s]

ADDITIONAL SUB- AND SUPERSCRIPTS

airframe = Airframe-only contribution
b = Blade
bat = Battery
bL = Balked landing
cI = One-engine-inoperative ceiling
conv = Conventional, convective
cr = Cruise
div = Diversion mission
dp = Of distributed-propulsion system
e = Electrical (path)
eff = Effective
eq = Equilibrium
f = Friction contribution, fuel
FP = Equivalent flat plate
gb = Gearbox (path)
gt = Gas turbine (path)
ind = Induced
inst = Installed
invisc = Inviscid
iso = Isolated conditions
L = Landing, lower bound
max = Maximum
mean = Spatially- or temporally-averaged value
miss = Nominal mission
OE = Operative empty
OE’ = Operative empty excluding wing and powertrain
off = Propeller-off conditions
on = Propeller-on conditions
opt = Optimal
p = Propulsive
p→w = Induced by propeller on wing
p = Pressure contribution
P = Propeller
PH = Parallel hybrid
PL = Payload
PT = Powertrain
q = Query location/instance
ref = Reference
rms = Root-mean-square
s = Shaft
SH = Serial hybrid
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NOMENCLATURE

side = Relative to side propeller
SLS = Sea-level static conditions
ssc = Second-segment climb
tip = Blade tip
tot = Total
tr = Transition
TO = Take-off
U = Upper bound
visc = Viscous
vx = Vortex
w = Wing
w→p = Induced by wing on propeller
θ = Tangential component
0 = At start of mission
1, 2 = Primary/secondary powertrain branch, start/end of mission segment
0.7R = At radial station r /R = 0.7
0.75R = At radial station r /R = 0.75
∞ = Freestream quantity
∼ = Phase-averaged quantity
′ = Unsteady quantity (i.e. mean value subtracted)
˘ = Scaled value
ˆ = Estimated value

ACRONYMS

AC = Alternating current
AD = Actuator disk
AEO = All-engines operative
BAT = Battery
BEM = Blade element method
BL = Balked landing, Boundary layer
BLI = Boundary-layer ingestion
BSFC = Brake-specific fuel consumption
CFD = Computational fluid dynamics
CFL = Courant-Friedrichs-Lewy number
CNC = Computer numerical control
CST = Class-function/shape-function transformation
CTOL = Conventional take-off and landing
DC = Direct current
DNW = German-Dutch Wind Tunnels
DoE = Design of experiments
DP = Distributed propulsion
EARSM = Explicit algebraic Reynolds stress model
EIS = (Year of) entry into service
EM = Electrical machine
ESC = Electronic speed controller
EU = European Union
F = Fuel
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NOMENCLATURE

FB = Full blade
FOV = Field of view
GB = Gearbox
GDP = Gross domestic product
GEN = Generator
GT = Gas turbine
HEDP = Hybrid-electric distributed propulsion
HEP = Hybrid-electric propulsion
IR = Infrared
LEDP = Leading-edge distributed propulsion
LHS = Latin-hypercube sampling
LLM = Lifting line method
LST = Low-speed tunnel
LTT = Low-turbulence tunnel
MEA = More-electric aircraft
MRF = Multiple reference frame
MTOM = Maximum take-off mass
MUSCL = Monotonic upstream-centered scheme for conservation laws
NACA = National Advisory Committee for Aeronautics
NASA = National Aeronautics and Space Administration
OEI = One-engine inoperative
OEM = Operative empty mass
OEW = Operative empty weight
OJF = Open-jet facility
OTW = Over-the-wing
OTWDP = Over-the-wing distributed propulsion
P = Propulsor or Propeller
PE = Propulsive empennage
PIV = Particle-image velocimetry
PM = Panel method
PMAD = Power management & distribution system
PTE = Partial-turboelectric
RANS = Reynolds-averaged Navier-Stokes
ROC = Rate of climb
RSB = Rotating shaft balance
SL = Sea level
SM = Surrogate model
sPD = Small propeller domain
SPPH = Serial/parallel partial hybrid
SST = Shear-stress transport
STOL = Short take-off and landing
TOM = Take-off mass
TOW = Take-off weight
UQ = Uncertainty quantification
VTOL = Vertical take-off and landing
WT = Wind tunnel
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1
INTRODUCTION

The world population will continue to grow in the coming years and is currently expected
to reach between 9 and 11 billion human beings towards the end of the century [1, 2].
Moreover, although more than 8% of the world population still lives in conditions of ex-
treme poverty as of 2019 [3], the average gross domestic product (GDP) per capita has
increased exponentially over the past century [4]. This growth is accompanied by an in-
crease in the amount of kilometers traveled per capita, which is expected to increase by
54% by 2050, relative to the year 2020 [5]. Furthermore, the cost of air travel per pas-
senger kilometer has reduced significantly in the past decades [6, 7]. Therefore, not only
the total amount of kilometers traveled is increasing, but also the fraction covered us-
ing air transport is on the rise [5, 6]. Consequently, the air transport sector has grown at
a much higher rate than the world economy: between 1970 and 2010, the world’s GDP
increased three-fold, while the amount of scheduled revenue passenger-kilometers cov-
ered worldwide by air increased ten-fold [7]. Although this growth can be negatively
affected at times by crises such as the COVID-19 pandemic, the aviation industry is ex-
pected to keep on expanding in the long term [8, 9].

While this growth is both a driver and a consequence of globalization, it also entails
significant challenges regarding the sustainability of the system. The aviation industry
contributes to global warming through the emission of carbon dioxide (CO2), nitrous
oxides (NOx), and contrail and cirrus formation, among other factors [10]. It is currently
responsible for approximately 2.4% of the total anthropogenic CO2 emissions and 3.5%
of the effective radiative forcing [11]. For practically all future scenarios investigated, this
relative impact of the aviation sector on global warming is predicted to rise in the com-
ing decades [12–14]. Moreover, though the pandemic in 2020 showed that a temporary
reduction in flights directly translates into a non-negligible reduction in anthropogenic
emissions [15, 16], the effects of aviation on the atmosphere can last for tens or hun-
dreds of years [14], and thus reductions in emissions today will only slow down global
temperature change in several decades [17]. Consequently, institutions such as the Eu-
ropean Commission (EC) [18] and the National Aeronautics and Space Administration
(NASA) [19] have set strict sustainability goals to reduce the climate impact of aviation
as soon as possible. As an example, the Flightpath 2050 goals target a 75% reduction in
CO2 emissions and a 90% reduction in NOx emissions, relative to the year 2000 [18].
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One way to meet these targets is to improve the efficiency of the propulsion system
and its integration with the airframe [20–22]. A key consideration in this sense is the use
of alternative energy sources, such as liquified natural gas [23], hydrogen [24, 25], sus-
tainable aviation fuels [26, 27], or batteries for (hybrid-) electric propulsion [22, 24]. Of
these energy sources, especially battery-based propulsion has gained traction in recent
years, with the first fully-electric commercial flight taking place in 2019 [28], and the first
type certificate for a fully-electric aircraft being awarded in 2020 [29]. The use of such
aircraft for commercial purposes could reduce the aviation sector’s CO2 emissions, espe-
cially if the electricity were produced using renewable energy sources [30, 31]. Therefore
the question is not if electrical power should be used for aircraft propulsion, but how.

1.1. HYBRID-ELECTRIC PROPULSION
The aforementioned milestones were achieved for small, general-aviation aircraft. How-
ever, the largest fraction of fuel consumption of the aviation sector comes from the
narrow-body and wide-body markets [32]. These market segments—especially the
narrow-body market—are also the ones which are projected to grow the most in the
coming decade [33]. For these large passenger aircraft, fully-electric propulsion is not
viable without unrealistically high battery specific-energies [32, 34–36]. Thus, hybrid so-
lutions with only a modest degree of “electrification” are required instead [37]. In these
hybrid-electric propulsion (HEP) systems, (part of) the power obtained from the energy
source(s) is transmitted to the propulsors as electrical power. This can improve aircraft
efficiency in two main ways.

The first aims to improve the powertrain efficiency, i.e., to improve the transmission
efficiency from the energy sources to the shaft of the propulsive device. This can be
achieved by directly exploiting the high conversion efficiency of electrical machines to
drive the propulsors [38], or by using them to down-size or improve the off-design per-
formance [39, 40] and surge margins [41] of the combustion engine. This design strategy
requires the use of batteries, and is typically applied in a parallel architecture (see e.g.
Refs. [40, 42–46]), without significant modifications to the airframe. The use of batteries
can provide additional “more-electric aircraft” (MEA) benefits, such as electric taxiing,
engine starting capabilities, or the elimination of hydraulic or bleed air systems for en-
vironmental control and control-surface actuation [47].

The second design strategy aims to improve the aero-propulsive efficiency of the air-
craft, i.e., to increase the lift-to-drag ratio of the airframe or the thrust-to-power ratio of
the propulsive devices. This approach does not necessarily require batteries, but takes
advantage of the scalability of electrical machines and the versatility of electrical power
distribution to place the propulsive devices at beneficial locations on the airframe. This
strategy is referred to as distributed propulsion (DP), and leads to noticeable changes in
the external layout of the aircraft. Several examples of such aircraft configurations are
depicted in Fig. 1.1. Spreading the thrust over multiple, electrically-driven propulsors
can also provide short take-off and landing (STOL) operations [48, 49], reduced yawing
moments in case of component failure, and effective thrust-vectoring capabilities which
may reduce the required tail size [50, 51]. Furthermore, the increased design freedom
in terms of the number, size, and location of the propulsors can enable new low-noise
configurations with reduced blade tip-Mach numbers or improved noise shielding.
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(a) NASA X-57 Maxwell [48]: tip-mounted and leading-edge
distributed propulsion. Credits: NASA Langley/Advanced

Concepts Lab, AMA, Inc.

(b) Onera Ampere [52]: over-the-wing distributed
propulsion. © Onera, reproduced with permission.

(c) Onera DRAGON [53]: under-the-wing distributed
propulsion. © Onera, reproduced with permission.

(d) Centerline propulsive-fuselage concept: boundary-layer
ingestion. Adapted from Seitz et al. [54].

Figure 1.1: Examples of (hybrid-) electric aircraft concepts with distributed propulsion.

The research presented in this dissertation focuses on the second approach, that is,
on the use of HEP to increase the aero-propulsive efficiency of the aircraft. More specif-
ically, the research focuses on the lower-speed variants of passenger transport aircraft:
the regional turboprop market. There are several reasons for this. Firstly, the lower flight
speed allows for the use of propeller propulsion. This is inherently more efficient than
turbofan or turbojet propulsion [55] and, moreover, propellers can be installed more
easily at different locations on the aircraft. This makes it possible to exploit synergis-
tic aerodynamic interaction effects with the airframe, which is much more problematic
at higher flight speeds due to the local appearance of supersonic velocities and the chal-
lenges involved in integrating ducts and nozzles with the airframe. Secondly, as the tech-
nology readiness-level of high power-density electrical machines gradually scales up, the
use of such technologies is likely to become feasible earlier for turboprop aircraft than
for transonic aircraft, which require more powerful engines. And thirdly, when analyz-
ing the range flown by scheduled passenger flights, the mode is approximately 1000 km
[56, 57], with more than 60% of all available seat kilometers corresponding to mission
ranges below this value, and more than 90% to ranges below 2000 km [58]. Narrow-
body [59], or even wide-body [60] turbofan aircraft are often used to cover such ranges,
despite having a design range which is several times higher. These ranges can be cov-
ered by existing turboprop aircraft without a significant increase in door-to-door travel
time. Although this would lead to an appreciable reduction in fuel consumption, a shift
towards turboprop aircraft for these missions has generally been hindered by the associ-
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ated cabin noise levels and the reduced passenger acceptance for propeller propulsion
[58]. However, both these factors can likely be mitigated with distributed-propulsion
systems. Therefore, substituting this market segment with high-efficiency, distributed-
propulsion aircraft could imply a significant reduction in the environmental footprint of
the aviation sector.

The use of electrically-distributed propulsion for such missions opens the design
space to a wide range of configurations which are unpractical with conventional com-
bustion engines. Hence, additional questions arise: How many propellers should be
used? How will they be powered? Where should they be installed? In this sense, multiple
configurations can be considered which would enhance the aerodynamic performance
of the aircraft, such as leading-edge distributed propellers [61, 62], over-the-wing pro-
pellers [52, 63], boundary-layer ingesting propellers [54, 64], or tip-mounted propellers
[65, 66] (see Fig. 1.1). Though many of these configurations have been investigated to
a greater or lesser extent at subsystem level, it is unclear which one would provide the
largest benefit at aircraft level.

1.2. OVER-THE-WING PROPULSION
Of the different propeller arrangements, the over-the-wing (OTW) propeller is particu-
larly interesting for regional transport aircraft. First, because it can significantly increase
the wing lift-to-drag ratio in both cruise [63] and high-lift [67] conditions. In this sense,
OTW propellers present a clear advantage over tractor propellers, because they allow
for a “clean” wing. Tractor propellers, on the other hand, create strong spanwise gradi-
ents in the wing lift distribution [68, 69], which leads to induced drag, and additionally
cause part of the boundary layer to transition from laminar to turbulent [70]. Addition-
ally, the high-lift capabilities of the wing can be increased with OTW propellers if the
propeller or its slipstream are deflected, similarly to the configurations analyzed in e.g.
Refs. [71, 72]. Furthermore, due to the shielding effects of the wing, flyover noise can be
reduced [73, 74]. This also constitutes an advantage over tractor and, especially, pusher
propellers.

The OTW propeller is not a new concept. A well-known example of OTW propul-
sion, shown in Fig. 1.2, is the Dornier Do-X. This 50-ton seaplane, which featured twelve
propellers driven by 525 hp piston engines, flew for the first time in 1929 [75]. How-
ever, despite the aforementioned advantages, the vast majority of planes produced over
the past century do not feature OTW propellers, and research on these configurations
is equally scarce. This can largely be attributed to the associated propulsive-efficiency
penalty observed in some studies [76], the need for large pylons to support the propeller
above the wing, and potentially to a large thrust-induced, nose-down pitching moment.
However, these drawbacks may be reduced if a single, large propeller is substituted by
multiple, smaller ones, similarly Fig. 1.1b. Over-the-wing propulsion and hybrid-electric
propulsion therefore present a synergy: the benefit of combining these two technologies
is likely to exceed the summation of the benefits provided by the two separately. While
historically this has not been feasible due to the low power- and energy-density of elec-
trical components, in the future an aircraft with over-the-wing distributed propulsion
(OTWDP) may constitute a low-noise, high-efficiency alternative for the regional turbo-
prop market.
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Figure 1.2: The Dornier Do-X: an early application of (distributed) over-the-wing propellers.
Credits: San Diego Air and Space Museum.

However, much research is needed to understand the true potential of OTWDP sys-
tems, and to find out whether it offsets the complexity and weight penalty typically as-
sociated to HEP powertrains (see e.g. Refs. [77–79]). Such research is required on mul-
tiple fronts. On one hand, the aerodynamic characteristics of both over-the-wing and
distributed propeller systems are not readily understood. This is evidenced by the con-
tradictions observed in literature: while some authors have found moderate [67] to dras-
tic [68] reductions in propulsive efficiency with OTW propellers, others have found an
increase in propulsive efficiency [63]. Analogously, most authors conclude that OTW
propellers reduce the drag of the wing [63, 68], but for some configurations it has been
found to increase [80]. This makes it difficult to extrapolate the findings of these studies
to distributed-propulsion configurations, where the complexity of the flowfield is fur-
ther increased due to additional elements such as ducts or adjacent propellers. On the
other hand, even if these aerodynamic characteristics could be understood, and subse-
quently modeled, there are no conceptual design methods which systematically incor-
porate these effects in the aircraft sizing process. Hence, it is currently extremely chal-
lenging to compare the aircraft performance of different distributed-propulsion config-
urations under equal assumptions with the appropriate levels of fidelity.

Several of these gaps have been identified in recent investigations of the research in-
frastructure within the European Union (EU). These investigations highlight the need for
wind-tunnel testing, ground testing, and scaled-flight testing to mature hybrid-electric
and distributed-propulsion technologies [81]. Multiple EU initiatives, such as the NO-
VAIR research project [37, 44, 82, 83], aim to shed a light on these challenges. More
specifically, one of the key objectives of NOVAIR [84] is to perform the “preliminary de-
sign of radical aircraft configurations, optimized for the integration of Hybrid Electric
Propulsion (HEP) systems [...] with a focus towards propulsion integration and propul-
sion system architecture development.” The research presented in this dissertation aims
to support this objective by, for the first time, bridging the two aforementioned gaps: the
aerodynamic characterization and the conceptual design of hybrid-electric aircraft with
OTW distributed propulsion.
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1.3. RESEARCH OBJECTIVES
At the start of this research project, in 2017, a review of the state-of-the-art was per-
formed. This analysis revealed that:

• A large number of hybrid-electric aircraft concepts are currently being investi-
gated, and prototypes have been built and tested.

• A meagre amount of information is available regarding the design process of these
concepts, and no systematic design procedure is followed.

• Hybrid-electric powertrains are widely researched at component level, and com-
ponent sizing methods have been developed.

• Analyses of the aerodynamic performance of over-the-wing or distributed-
propulsion systems exist, but are limited in number and generally lack detail.

• No unsteady or off-design aero-propulsive interaction studies have been found for
distributed-propulsion layouts.

• The findings of detailed aero-propulsive interaction studies are rarely, if ever,
linked to their impact at vehicular level.

Based on this synopsis, the main research question of this project is formulated:

What are the effects of over-the-wing distributed-propulsion
on the energy efficiency of hybrid-electric aircraft?

To be able to answer this question, several objectives must be met. These objectives are:

1. To understand the dominant steady and unsteady aerodynamic interaction ef-
fects that take place in over-the-wing distributed-propulsion systems from a phe-
nomenological point of view.

2. To establish how these interaction mechanisms affect the aerodynamic perfor-
mance of the system (i.e., propulsors plus wing).

3. To develop a sizing method capable of including these effects in the design process
of hybrid-electric aircraft.

4. To assess the impact of incorporating over-the-wing distributed-propulsion sys-
tems on the overall performance of the aircraft.

1.4. SCOPE & LIMITATIONS
The objectives defined above already suggest that the research entangles different dis-
ciplines (aerodynamics, aircraft design, flight performance) and different levels of sys-
tem complexity (single propeller, multiple propellers, propellers plus wing, complete
aircraft). It is therefore necessary to limit the scope of this research, such that it can
be performed within the time and resources available. Two key limitations have to be
considered in this sense: limitations in the applicability of the aircraft design approach,
and limitations in the representativeness and scalability of the aerodynamic analyses.
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1.4. SCOPE & LIMITATIONS

1REGARDING THE AIRCRAFT DESIGN APPROACH

As discussed previously, the research presented in this dissertation focuses on passenger
transport aircraft. Therefore, the sizing methods, design cases, and discussions focus on
subsonic, fixed-wing aircraft of the commuter (CS-23/FAR Part 23) and large aeroplanes
(CS-25/FAR Part 25) categories, with conventional or short take-off and landing capa-
bilities (CTOL and STOL, respectively). Thus, in general, the methods presented are not
applicable to vertical take-off and landing (VTOL) aircraft, rotorcraft, or lighter-than-air
vehicles. Moreover, the methods are intended for conventional tube-and-wing configu-
rations. In this way, the effect of hybrid-electric and distributed propulsion can be as-
sessed by comparing to existing conventional aircraft, without superimposing the effect
of additional radical technologies. If this is done successfully, then the methods and find-
ings of this dissertation can be expanded in future work to account for less conventional
morphologies such as blended wing bodies or flying wings.

Furthermore, the level of detail of the design process is limited to the preliminary
sizing phase, which is the first step of aircraft conceptual design [85]. There are three
reasons for this. First, because the sizing method has to remain generic, such that differ-
ent configurations can be compared without knowing the details of the aircraft layout.
Second, because in this way it is possible to trace the effects of distributed propulsion
and gain a conceptual understanding of the key implications, without getting lost in de-
tails. And third, because implementing a detailed design method which can account for
hybrid-electric distributed propulsion would require an unrealistically large amount of
time. This implies that topics such as stability and control are not investigated in this
research.

Moreover, the purpose of this exploratory research is to investigate the aerodynamic
performance characteristics of over-the-wing distributed propulsion, and determine
what effect they have at aircraft level. Hence, the design methods emphasize on the
aerodynamic implications of distributed propulsion, and do not investigate other as-
pects (e.g. structural implications) in detail. Analogously, hybrid-electric propulsion is
treated as a means to an end; that is, as an enabling technology for over-the-wing dis-
tributed propulsion. Thus, the level of fidelity of the hybrid-electric powertrain models
are kept to a minimum, while ensuring that the key sensitivities are accounted for—such
that a fair quantitative comparison can be made between different configurations. This
implies that many components of the HEP system are simplified and treated as “black
boxes”. Detailed studies of these powertrains and the “black boxes” that constitute them
can be found in the work of others, as discussed in Chapter 2.

Finally, when assessing the impact of these new technologies, different configura-
tions are compared in terms of vehicle-level metrics such as the maximum take-off mass
and energy consumption. These metrics serve as indicators of the costs and emissions
of the aircraft, and are sufficient to determine whether one configuration is better than
another in the preliminary sizing phase. However, the costs and emissions are not calcu-
lated explicitly. Likewise, fleet-level implications, as well as potential changes in main-
tenance procedures, operations, or infrastructure requirements, are considered beyond
the scope of this research.
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REGARDING THE AERODYNAMIC ANALYSES
In a generic sense, an over-the-wing distributed-propulsion system comprises numer-
ous elements (wing, high-lift device(s), rotors, ducts, nacelles, pylons,...) installed in
close proximity, each of which has an aerodynamic effect on all the others. However,
given that such systems have not been practical until the recent appearance of high-
efficiency electrical machines, there is only a limited amount of research on these aero-
dynamic interaction effects. It is therefore unknown how the flow field evolves in such
a system, or what the optimal design would look like. Consequently, this research does
not focus directly on the aerodynamic performance of a complete OTWDP system but,
instead, takes a step back and first attempts to understand the aerodynamic interaction
between individual components. Special attention is paid to the components that act as
lifting surfaces: the wing, blades, and—to a lesser extent—the duct. Secondary elements
such as the nacelles, spinners, or pylons are not looked into in detail.

Central to this investigation is the rotational device that converts shaft power into
momentum of the flow: a rotor, fan, or propeller. Although there is no clear-cut dis-
tinction between these three concepts, when talking about the propulsive devices of an
aircraft, generally a “rotor” refers to a device which lifts or propels the aircraft in hover
conditions (i.e., without a significant axial inflow velocity). A “propeller”, on the other
hand, is intended for use in forward flight1. Finally, a “fan” can be used for both hover
and forward flight, but generally has a high number of blades and a duct. Since the
OTWDP concept is primarily intended for forward flight, and given that it is unclear
whether the duct is even necessary, the propulsive device will be treated as a propeller
in this research. This implies that the propulsive device will have a “typical” propeller
geometry, and not present a geometry optimized specifically for OTWDP. The same can
be said for other elements such as the duct or wing. These geometries are selected to
represent an OTWDP system as closely as possible, but a priori it is unknown what their
optimal shape looks like. Hence, the phenomena and trends observed in this research
are representative of what one could encounter in an OTWDP system, but the quantita-
tive performance data will not match those of an actual “optimized” design.

The propellers of the OTWDP system produce a three-dimensional and unsteady
flow field. This flow field interacts with the surrounding elements, which can be sta-
tionary (wings, duct) or rotating (adjacent propellers). Some of these interaction effects
are inviscid in nature, while others present significant viscous effects. Moreover, the ef-
fect of different design parameters and operating conditions on these interaction effects
is unclear. The complexity of the flow field, combined with the large amount of vari-
ables involved, makes most numerical methods unsuitable or inefficient to study the
detailed interaction phenomena. Hence, in this research, a predominantly experimental
approach is taken. The disadvantage of this approach is that scaled-down versions of
the components have to be investigated, given the available wind-tunnel facilities, hard-
ware, and resources. Therefore, the models and test matrices are designed such that
most non-dimensional parameters, such as the diameter-to-chord ratio, advance ratio,
or aerodynamic force coefficients, are representative of the full-scale application.

1Highly-loaded, unducted propellers with swept blades for high-subsonic flight are also known as “propfans”
[86] or “open rotors” [87]. The term “open rotor” is common especially for contra-rotating configurations.
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1.4. SCOPE & LIMITATIONS

1However, since the wind tunnels operate at ambient conditions (pressure, tem-
perature, density), a limitation in model size and freestream velocity implies that the
Reynolds number and Mach number of the experiments do not match those of the full-
scale aircraft. To illustrate these differences, Table 1.1 presents the maximum Reynolds
and Mach numbers tested experimentally in this research, and compares them to typ-
ical values that can be expected from a full-scale aircraft application. The table shows
that the freestream and blade-tip Mach numbers achieved in the experiments are ap-
proximately one third of the values of the full-scale aircraft in cruise. For the wing per-
formance, this is not a major limitation, since in any case the flow is subsonic for the air-
craft configurations studied in this research. However, the propeller blades of an OTWDP
system could reach transonic speeds on a full-scale aircraft. In that case, the loading dis-
tribution on the propeller disk changes due to compressibility effects, and the propeller
efficiency is reduced (see e.g. Refs. [88, 89]). This does not significantly alter the in-
teraction phenomena observed in this study, but does significantly change the optimal
propeller design of the full-scale system.

Table 1.1: Comparison of typical operating conditions of the experimental campaigns performed in this
research and a full-scale, ATR72-like aircraft. Values with asterisks are assumed. Propeller blade chord

assumed to be c0.7R = 0.15R.

Wind
tunnel
(max)

Full-scale
turboprop

(cruise)

Full-scale
OTWDP
(cruise)

Full-scale
OTWDP

(approach)
Diameter over chord DP/c 0.2 1.7 0.2* 0.2*
Advance ratio J 0.8 1.5* 1.8* 1.0*
Freestream Mach M∞ 0.12 0.45 0.45 0.17
Prop. tip Mach Mtip 0.36 1.00 0.87 0.57
Wing Reynolds Rec 1.6·106 1.3·107 1.3·107 9.0·106

Prop. blade Reynolds Re0.7R 9.0·104 3.6·106 3.7·105 3.3·105

Regarding the Reynolds-number effects, Table 1.1 shows that the wing-chord-based
and blade-chord-based Reynolds numbers are nearly one order of magnitude lower in
the experiments than in the full-scale OTWDP aircraft. Hence, the actual values of the
performance metrics obtained in this study differ from those in real flight. This is es-
pecially the case for the propeller, since the low blade Reynolds number (Re0.7R < 105)
makes the performance of the propeller sensitive to laminar-flow effects—as evidenced
in recent investigations [90]. Nevertheless, as explained in the following chapters, the
most important interaction effects in terms of wing and propeller performance are in-
viscid in nature. Hence, the effect of the lower Reynolds number on the changes in per-
formance due to interaction is of secondary importance. One exception in this regard
is the effect of Reynolds number on the interaction between the propeller and the wing
boundary-layer. In that case, the Reynolds number not only has a small quantitative
effect (i.e. it changes the lift or drag values), but could also have a large qualitative ef-
fect (i.e. it changes the type of flow separation on the wing). Thus, special care has to
be taken when interpreting the results, and the effect of Reynolds number has to be ad-
dressed explicitly. For this reason, this interaction is discussed separately from the other
interaction effects in a dedicated chapter (Ch. 7).

11



1

1. INTRODUCTION

1.5. RESEARCH OUTLINE
The research project is divided into four main parts, as shown in Fig. 1.3. Part I estab-
lishes the research plan and context. This includes the present introductory chapter,
where the objectives are defined along with the scope of the project, and a second chap-
ter which provides a review of some of the concepts used throughout the dissertation.

Part II then presents how aero-propulsive interaction effects can be accounted for
in the preliminary sizing process of hybrid-electric aircraft, independently of the type of
propulsors used to generate thrust. Part II therefore aims to fulfill Objective 3 (see Sec.
1.3). For this, a preliminary sizing method is formulated in Chapter 3 based on elemen-
tary physics-based relations, and proven semi-empirical methods. This method is vali-
dated for hybrid electric aircraft in Chapter 4, without considering any aero-propulsive
interaction effects. Then, in Chapter 5, the consequences of incorporating these in-
teraction effects are demonstrated by sizing an aircraft with (leading-edge) distributed
propulsion. These chapters provide an understanding of the relation between aero-
propulsive interaction effects and aircraft-level performance metrics, laying the foun-
dation for the subsequent investigation into the interaction effects of OTWDP systems.

Consequently, Part III looks into the aerodynamic interaction effects of OTWDP sys-
tems, independently of the type of drivetrain used to power the shafts. Given the large
amount of aerodynamic surfaces involved, a large portion of this Part is dedicated to un-
derstanding the interaction between individual components from a phenomenological
perspective (Objective 1). Hence, experimental and numerical setups with simplified
geometries are used. To this end, Chapter 6 studies the aerodynamic interaction be-
tween a single OTW propeller and the wing (Sec. 6.1), between a single propeller and a
simplified duct (Sec. 6.2), and between multiple propellers (Sec. 6.3). These investiga-
tions show that, with the exception of possible flow separation in duct corners, the most
important flow phenomena in terms of system performance are inviscid effects. Sub-
sequently, Chapter 7 is dedicated to the interaction between the propeller and the wing
boundary-layer. This interaction has a dedicated chapter because viscous effects play an
important role, and thus the findings cannot be scaled up directly to actual aircraft appli-
cations. Once the key flow phenomena have been investigated, Chapter 8 looks into the
performance of the OTWDP system in cruise conditions, and how to model it (Objective
2). It is important to emphasize that the performance model obtained corresponds to a
simplified geometry, as discussed in Sec. 1.4, and not to a fully-optimized, case-specific
design of an OTWDP system.

Finally, Part IV combines the sizing method of Part II with the qualitative design
considerations and simplified performance models of Part III to estimate the impact of
OTWDP on the performance of a hybrid-electric aircraft (Objective 4). For this, first a
series of sensitivity studies is conducted in Chapter 9, to understand the impact of dif-
ferent HEP and OTWDP design parameters, technology assumptions, and mission re-
quirements on aircraft-level performance metrics. Since, chronologically, this design-
space exploration phase was performed before most of the aerodynamic studies of Part
III, only rudimentary aerodynamic models are used. The lessons learned are then ap-
plied in Chapter 10, where a HEP aircraft with OTWDP is sized using the aerodynamic
model of Chapter 8. This design study concludes the main body of the dissertation, and
is followed by the conclusions & recommendations for future research in Chapter 11.
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Part III
What are the aerodynamic characteristics of an 
over-the-wing distributed-propulsion system?

Propeller-wing 
interaction 
(Ch. 6.1)

Prop.-prop. 
interaction 
(Ch. 6.3)

Propeller-duct 
interaction 
(Ch. 6.2)

System 
performance 

(Ch. 8)

Prop.–boundary-
layer interaction 
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Establish research plan and context
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of hybrid-electric aircraft?

Formulate sizing method
(Ch. 3)

Verify sizing method
(Ch. 4)
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(Ch. 5)

Qualitative design considerations, 
quantitative performance data
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Conclusions & 
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Figure 1.3: General outline of the research presented in this dissertation.
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2
THEORETICAL BACKGROUND

This chapter provides a brief overview of some of the fundamentals of hybrid-electric
aircraft sizing (Sec. 2.1) and propeller propulsion (Sec. 2.2), which serves as a basis for
the research presented in this dissertation. Although the discussions focus only on the
aspects that are relevant for the present work, some key references are provided in case
the reader is looking for additional background information.

2.1. CONCEPTUAL DESIGN OF HYBRID-ELECTRIC AIRCRAFT
The aircraft design process comprises three main phases, as shown in Fig. 2.1: concep-
tual design, preliminary design, and detailed design. This research focuses on the con-
ceptual design phase, with special attention being paid to the preliminary sizing process
since it provides the first quantitative estimates of top-level aircraft parameters such as
the take-off mass (TOM) or energy consumption. The conceptual design of tube-and-
wing aircraft with conventional propulsion systems can be performed following classical
aircraft design books such as the works of Torenbeek [91], Roskam [85], or Raymer [92].

iterate

Conceptual design
Preliminary design

Detailed design

Configuration frozen

Requirements analysis
Concept generation

Preliminary sizing: wing size, installed power, Class-I weight,...
Trade-offs & down-selection

Refine preliminary configuration: tail sizing, landing gear, Class-II weight,... 

Time

When to include 
prop. interaction?

Conventional propulsion
Distributed propulsion

Figure 2.1: Overview of the different phases of the aircraft design process.
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Due to the multidisciplinary, iterative, and semi-empirical nature of the design pro-
cess, there is no single universal “design theory”. The differences among the various
design approaches become even more pronounced when incorporating a technology
such as hybrid-electric propulsion, for which no extensive empirical data or knowledge
base exist. To provide a starting point, Sec. 2.1.1 provides a brief summary of exist-
ing HEP aircraft sizing methods, and shows how the traditional sizing methods must be
expanded to account for hybrid-electric and distributed propulsion. Subsequently, Sec.
2.1.2 presents several figures of merit that can be used to assess the benefit of distributed
propulsion and compare the energy efficiency of different configurations.

2.1.1. SIZING METHODS
Several authors have developed sizing methods specifically for hybrid-electric aircraft
[93–101], of which the works of Isikveren [102, 103] and Finger [104] are particularly rel-
evant for the present work. Numerous other HEP aircraft design studies have been per-
formed using case-specific sizing approaches, maintaining take-off mass constant1, or
without clearly specifying the sizing approach. An overview of many of these studies can
be found in Refs. [105, 106]. Definitions of the main parameters used in such studies are
given in Ref. [107]. In general, the aero-propulsive interaction effects are not included in
a systematic and generic manner in these studies. Moreover, while all methods account
for the presence of a hybrid-electric powertrain, they do so in varying levels of fidelity
and flexibility. A particularly important aspect in this regard is the so-called power split
between the “consumable“ (i.e., variable weight: fuel) and non-consumable (i.e., con-
stant weight: battery) energy source, which can be a constant throughout the mission, a
design variable throughout the mission, or follow a predefined strategy (e.g. “peak shav-
ing”, see Ref. [108]). These strategies have a large impact on the vehicle sizing [109], and
therefore different sizing approaches are likely to provide substantially different designs
for the same set of requirements.

This shows that two key modifications have to be made to the traditional sizing meth-
ods in order to size hybrid-electric configurations with distributed propulsion. First,
due to the strong coupling between lift, drag, and thrust in the case of highly-integrated
propulsion systems, the effect of the aerodynamic interaction between the airframe and
the distributed propulsors must be accounted for [110]. In conventional aircraft configu-
rations, this coupling is relatively weak compared to the absolute forces generated by the
wing and propulsors, and therefore the aerodynamic interaction can be neglected until
the tail-sizing process or later in the design process. However, for distributed-propulsion
configurations, the interaction effects can have a direct impact on the wing sizing and
power requirements [48], and therefore they must be included already in the preliminary
sizing phase, as reflected in Fig. 2.1. For this, the basic flight-performance equations of
the aircraft must be modified, as shown in Ch. 3. This implicitly assumes that future
airworthiness regulations will change such that the performance requirements can be
met in powered conditions, instead of in engine-idle conditions. Although this change
is subject to debate [111], it should be kept in mind that some of the envisioned benefits
of distributed-propulsion systems cannot be achieved with the current regulations.

1Note that such “retrofit” studies are not actual design studies, since the aircraft is not actively sized to meet a
predefined set of requirements.
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The second main modification that has to be made to the traditional sizing methods
is to include the components of the electric drivetrain. These components are conceptu-
ally shown in the example of Fig. 2.2, which represents a hypothetical HEP configuration
with a primary aft-mounted propulsor system, and a secondary OTWDP system. The fig-
ure also indicates some of the potential secondary applications of the electrical power.
Components such as switches, electric actuators, cooling elements, or redundant con-
nections in case of component failure are not shown. A more detailed example of such
elements in provided in Ref. [112]. From a preliminary sizing perspective, the batteries,
electrical machines (motors and generators), converters, inverters, and rectifiers used
to produce propulsive power are the most important to account for, since they are not
present in conventional propulsion systems, but can constitute an appreciable fraction
of the aircraft weight [113–115].

MotorM
G Generator

Inverter/rectifier
DC-DC converter

Battery pack
Gas turbine

Fuel tank
Fuel line

G

MM M M M M

Propulsor

Shaft

G

M MMMMM

High voltage DC transmission
Low voltage DC transmission

Ps1

Ps2

Electric taxi

Cabin power,
environmental 
control system

Landing gear actuation
Ice protection 

system

Control surface
actuation

Rudder & elevator 
actuation

Pf

Pbat

Flight instrumentation

Figure 2.2: Simplified overview of the main components of a hypothetical HEP system, including potential
MEA applications. Component size and position not drawn to scale.

However, at the start of the design process, little is known regarding the aircraft,
and hence the level of detail of the powertrain modeling must be kept to a bare min-
imum. Therefore, the batteries and electrical machines (with their associated recti-
fiers/converters) are treated as “black boxes” in the present research, characterized by
a transmission or conversion efficiency η, and a gravimetric specific energy (e, in J/kg
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or Wh/kg) or specific power (SP, kW/kg), while the volumetric constraints are neglected.
Other components such as cables and switches are gathered in a “power-management
and distribution” (PMAD) box. When assuming values of e and SP for batteries, it is im-
portant to make a distinction between cell-level and pack-level values, since the cells
typically constitute between 30% and 80% of the total battery-pack weight [36]. More-
over, a minimum state-of-charge must be assumed for the batteries (generally around
20% [78]) to avoid detrimental effects on battery life, and the combination of specific
energy and specific power should correspond to realistic C-rates. References [116–118]
provide an overview of current and projected specific-energy values for various battery
chemistries. Given the general uncertainty of such projections, it is important to assume
a year of entry-into-service (EIS) of the aircraft, and additionally perform a sensitivity
study with respect to the battery technology level (see Chapters 4 and 9).

Regarding the electrical machines and power converters, several projections of spe-
cific power and efficiency can be found in Refs. [106, 119]. Important considerations
when evaluating such projections are the system voltage, machine topology, and thermal
management. For additional information on these topics, the reader is referred to Refs.
[120–123]. However, since these considerations are beyond the preliminary sizing phase,
in subsequent chapters a fixed weight penalty is assumed for the power distribution and
thermal management systems. The level-of-fidelity of the component modeling can also
be increased by using simplified physics-based or empirical models to represent the be-
havior of the electrical components. Given that this is considered beyond the scope of
the present research, the reader is referred to Refs. [104, 124–126] for simplified battery,
electrical machine, or power converter models .

2.1.2. AIRCRAFT PERFORMANCE INDICATORS
Several figures of merit are required to compare the overall performance of hybrid-
electric aircraft to conventional reference aircraft for the same set of mission require-
ments and EIS. The first figure of merit is the maximum take-off mass (MTOM) of the
aircraft. This parameter is often used for comparison in aircraft design studies, since it
gives an indication of the “size” of the aircraft and has a direct impact on power require-
ments, energy requirements, and production and maintenance costs [92]. Moreover, it
determines the certification category of the aircraft.

A second figure of merit is required to quantify the energy efficiency of the air-
craft. The energy consumption of the aircraft is an important metric because, in ad-
dition to being tightly related to the operating costs, it determines the emissions gener-
ated by the aircraft1. Several such performance metrics exist for conventional aircraft,
such as the payload-range efficiency (PRE = WPLR/Wf) [127], or the payload-fuel en-
ergy efficiency (PFEE = WPLR/Ef) [128]. Alternative metrics have also been used for
hybrid-electric aircraft, such as the energy-specific air range (ESAR = dR/dE) [129], the
cost-specific air range (COSAR) [94], or the productivity-specific energy consumption
(PSEC = E/(mPLR)) [130], where the energy consumed E includes both fuel and bat-

1If the electrical power used to charge the batteries comes from a renewable energy grid, the fuel consumption
may be a more indicative parameter of aircraft emissions than the total energy consumption. However, given
the low degrees of hybridization analyzed in this study and the fact that state-of-art electrical power grids
obtain energy predominantly from non-renewable energy sources, this distinction is ignored.
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tery energy. However, when quantifying the overall “efficiency” of the aircraft in terms
of energy consumption, only the energy consumed during the nominal mission Emiss

must be considered, and not the reserves. Although the reserves affect the MTOM of the
aircraft—and therefore, indirectly, the energy consumption—they do not directly define
the energy consumed during its day-to-day operation. Since the aforementioned met-
rics are not directly applicable to hybrid-electric aircraft, do not consider the amount of
payload carried, or do not take into account exclusively the energy consumed during the
nominal mission, a different definition is used. This figure of merit, the payload-range
energy efficiency [131], is an adaption of the existing metrics and can be expressed as

PREE = WPLR

Emiss
, (2.1)

that is, as the payload weight times the harmonic range of the aircraft and divided by the
total energy consumed during the nominal mission (excluding reserves). This dimen-
sionless parameter represents how many joules of “useful work”, interpreted as the work
required to displace a unit of payload weight over a unit of distance, are extracted per
joule of energy consumed by the system. PREE can be larger than one, and should not
be interpreted as a thermal or mechanical efficiency η.

To understand why the use of distributed propulsion does or does not lead to a re-
duction in energy consumption, it is useful to monitor different efficiency metrics of the
aircraft. Two important factors in this regard are the aerodynamic efficiency, character-
ized by the lift-to-drag ratio L/D , and propulsive efficiency ηp. In this research, the latter
is defined as

ηp = −FxV∞
Ps

, (2.2)

where V∞ equals the speed of the aircraft, Ps is the shaft power of the propulsor, and
Fx is the net axial force generated by the propulsor, which is positive in downstream
direction. For a propulsor aligned with the freestream direction, −Fx equals the thrust
component, T (see Fig. 2.6). Note that ηp is commonly defined using Eq. 2.2 from an
aircraft-design perspective. However, in the field of fluid mechanics, the “propulsive effi-
ciency” generally refers to the ratio between T V∞ and the increase in kinetic of the fluid,
ṁ(V 2

jet/2−V 2∞/2), while Eq. 2.2 is considered the “overall propulsor efficiency” [132].

The product of the propulsive efficiency and lift-to-drag ratio constitutes the so-
called aero-propulsive efficiency, ηp(L/D). The purpose of most DP applications is
precisely to enhance this factor. However, in some cases—particularly in turboelec-
tric configurations—this benefit comes at the expense of a reduction in powertrain ef-
ficiency, since additional electrical elements are required to distribute power from the
gas turbine to the electrical motors. The overall powertrain efficiency ηPT can be defined
as the ratio between the total shaft power produced by all propulsors (see e.g. Fig. 2.2),
and the total power extracted from the energy sources, that is,

ηPT =
∑

Ps

Pf +Pbat
, (2.3)
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since in the case of HEP two power sources can be present: fuel (Pf = ṁfef) and batteries
(Pbat). Note that, for some powertrain architectures and operating conditions, the pow-
ertrain efficiency can also be higher than in a conventional propulsion system, due to the
high transmission efficiency of electrical machines compared to combustion engines.

Finally, an “overall efficiency parameter” (also known as the global chain efficiency
[107]) of the aircraft system can be defined as

ζ= ηpηPT(L/D). (2.4)

For steady, level flight, L/D = W /T , and hence ζ = (W V∞)/(Pf +Pbat). The parameter
ζ is therefore inversely proportional to the amount of power required from the energy
sources to displace an aircraft of weight W at a velocity V∞. It is conceptually equiva-
lent to the “range parameter” of fuel-based aircraft (see e.g. Ref. [133], Ch. 4), but is
expressed in terms of HEP-related parameters instead of the specific fuel consumption
of a conventional engine. The parameter appears indirectly in the range equation (see
Appendix B), and is a useful metric for the comparison of HEDP configurations since,
for a given MTOM, a reduction in energy consumption with respect to a conventional
reference aircraft can only be achieved if ζDP > ζconv.

2.2. PROPELLER AERODYNAMICS
Of the various components that constitute an OTWDP system, the wing and propellers
are responsible for the largest aerodynamic loads: lift and thrust. The flow fields induced
by these components affect each other, and as a consequence of this aerodynamic in-
teraction, the forces generated by the system differ from the summation of the forces
generated by each isolated component separately. However, while the aerodynamics of
wings is generally well-established in the aerospace community, the aerodynamics of
propellers is not always understood clearly. As stated by Betz [134] in the 1920s,

The reason why the comprehension of what occurs in the vicinity of a pro-
peller is commonly regarded as especially difficult, does not lie so much in the
complexity of the hydrodynamical phenomena as in our limited ability of ge-
ometrical presentation, which sometimes fails us, even in simple cases, when
these have a spiral form. [...] Aside from the above inconveniences, which are
not inherent to the nature of the phenomena, the propeller offers no greater
difficulties than the majority of other hydrodynamic problems.

Although the theory of propellers has advanced considerably in the past century, it is
beneficial to briefly revisit some concepts here, since the research presented in Chapters
6–8 focuses on propeller interaction effects. For this purpose, some of the fundamen-
tals of isolated propellers are described in Sec. 2.2.1. This helps to understand how the
propeller affects and is affected by the wing (Sec. 2.2.2) and surrounding propellers and
ducts (Sec. 2.2.3).

2.2.1. FUNDAMENTALS OF ISOLATED PROPELLERS
Three main theoretical models can be used to understand the basic aerodynamic char-
acteristics of propellers: actuator disk theory (also known as momentum theory), blade-
element theory, and vortex theory. Overviews of these theories, including historical per-
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spectives, are given by van Kuik et al. [135], Okulov et al. [136], and Wald [137]. The actu-
ator disk and blade-element models are not extensively used in the present research and
are therefore not described here—although they are referred to when explaining some
of the propeller interaction effects. More information on these theories can be found in
e.g. Durand [138] and Veldhuis [68]. Likewise, although propeller aeroacoustics is not
the focus of this research, some design considerations and discussions in the following
chapters rely on a basic understanding of propeller noise. For this, the reviews of Marte
and Kurtz [139] and Magliozzi et al. [140] are recommended.

A. FLOW FIELD INDUCED BY A PROPELLER

Understanding the propeller vortex system is particularly relevant for over-the-wing pro-
pellers. For tractor propellers, the propeller slipstream impinges on the wing and there-
fore the dynamic-pressure and swirl distributions inside the slipstream determine the
loading distribution on the downstream wing. Extensive research on tractor propellers—
the effect of which on wing sizing is briefly analyzed in Ch. 5—can be found in the works
of Veldhuis [68] and Sinnige [141], among others. For OTW propellers, on the other hand,
the wing is located outside the slipstream. The flow field induced by the propeller out-
side its slipstream can be understood by analyzing the different components of the as-
sociated vortex system, shown in Fig. 2.3.

n

Axial component 
of tip vortex (Γx)

Blade

Spinner

Bound vortex (Γb)

Root vortex (Γroot)

Tip vortex (Γtip)V∞

Tangential component
of tip vortex (Γθ)

Helix pitch angle Time-averaged vortex
representation of slipstream

Figure 2.3: Simplified representation of the propeller vortex-system components. The sketch assumes
constant bound circulation and neglects slipstream contraction.

Analogously to a finite wing, the bound vortex of a propeller blade cannot end in a
fluid, and therefore emanates from the blade root and tip until infinity or the starting
vortex of the propeller. The tip vortex forms a helix of pitch p due to the combined axial
and rotational motion of the blade tip relative to the fluid. The root vortex, on the other
hand, has a much larger pitch angle: in Fig. 2.3 it is drawn along the propeller axis for
simplicity (p = ∞), although in practice it would emanate from the blade root at the
spinner surface (r /R > 0), and would therefore follow a helicoidal path as well. Moreover,
a propeller blade generally has a variable loading distribution in radial direction. Hence,
a helical sheet of trailing vorticity would be generated, rather than discrete vortices at
the tip and root. However, in practice, the trailing vorticity rapidly rolls up into the root
and tip vortices, and a clearly distinguishable tip vortex can be observed directly behind
the propeller blade.
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The vorticity of the tip vortices—which in a time-averaged sense form the edge of the
slipstream—can be decomposed into an axial and tangential component. Consequently,
the time-averaged slipstream of a propeller with uniform loading can be represented by
a series of axial vorticity lines and tangential vorticity rings [142, 143], as shown in Fig.
2.3. It can be shown that, of the various vorticity components, only the tangential one
(Γθ) induces axial and radial velocities in the flow field, while the bound (Γb) and axial
(Γx , Γroot) components only contribute to the swirl velocity behind the propeller disk
[68]. This is evidenced in Fig. 2.4, which presents the velocity distribution induced by a
series of discretized vortex elements representing the propeller vortex system, calculated
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using the Biot-Savart law. The velocity profiles extracted at two radial locations (Figs.
2.4b and 2.4c) compare the velocity distribution induced by all vorticity components
shown in Fig. 2.3 to the velocity distribution induced by only the tangential component
of the tip vortices. These profiles show that, indeed, the radial vorticity component on
the propeller blades and the axial vorticity components of the root and tip vortices only
affect the swirl velocity vθ inside the slipstream.

The axial velocity inside the slipstream (r /R = 0.7, Fig. 2.4c) gradually increases
as described in actuator disk theory, reaching a determined ∆uP = aV∞ at the pro-
peller location, and 2∆uP far downstream. The flow immediately outside the slipstream
(r /R = 1.1, Fig. 2.4b), on the other hand, presents a different evolution. Here, the axial
velocity is first increased upstream of the propeller disk, and then decreased downstream
of it. The associated slipstream contraction is also evident in the radial velocity vr , which
presents a maximum at the propeller location. Since the total pressure is constant out-
side the slipstream, the Bernoulli priciple can be used to estimate the static pressure
coefficient Cp . The Cp profiles of Fig. 2.4b show that, outside the slipstream, the static
pressure first decreases, then sharply increases at the location of the propeller disk, and
eventually tends back to freestream values. Inside the slipstream, the pressure rise at
the disk location would represent a discontinuity in the case of an ideal actuator disk.
These changes in static pressure in the vicinity of the propeller disk are recognizable in
the wing pressure distribution of OTW configurations (see Chapters. 6–8).

Figure 2.4 represents an idealized case without unsteady effects, viscous effects, or
variable circulation distributions along the propeller blade. In practice, the flow field in-
duced by the propeller is more complex, as shown in Fig. 2.5. The time-averaged velocity
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Figure 2.5: Velocity and pressure distributions in an isolated propeller slipstream at a moderate thrust setting,
based on experimental data. Figure adapted from Ref. [144].
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distribution of Fig. 2.5a shows a higher velocity near the region of highest blade loading
(r /R ∼ 0.8), and reduced velocities near the nacelle surface (r /R < 0.5). Moreover, the
blade wakes and tip vortices associated with each blade passage are clearly visible in the
out-of-plane vorticity contours ω̃∗

z of the phase-averaged flow field. Figure 2.5b shows
how the tip vortices locally increase the axial velocity on the inboard side (r /R < 1) and
locally reduce it on the outboard side (r /R ≥ 1). Furthermore, a strong suction peak ex-
ists in the vortex cores due to the centrifugal forces, as reflected in Fig. 2.5c. In an OTW
configuration, these localized gradients interact with the wing boundary layer and create
pressure fluctuations on the wing surface, as discussed in Ch. 7.

B. PROPELLER PERFORMANCE COEFFICIENTS

When assessing the performance of an isolated or installed propeller, it is of interest to
express the forces on the propeller as non-dimensional coefficients in order to make
the performance characteristics scalable. These performance coefficients are often ex-
pressed as a function of the advance ratio,

J = V∞
nDP

. (2.5)

The advance ratio is a measure of the rotational speed of the propeller relative to the
freestream velocity, and is proportional to the pitch of the helical path followed by the
blade tips, p. The propeller thrust T is defined as the force generated on the propeller
blades and spinner in the direction of the propeller axis. The thrust is commonly nor-
malized in different ways, depending on the application. The first propeller thrust coef-
ficient CT is defined as

CT = T

ρn2D4
P

. (2.6)

The thrust coefficient CT presents two advantages: first, it is (almost) linear with advance
ratio when the blades are not stalled (CT ∝ J ). Second, it presents a finite value at zero
forward velocity. A second propeller thrust coefficient can also be defined by dividing
the thrust by the dynamic pressure q∞ = 0.5ρV 2∞ and propeller disk area1:

Tc = T

q∞πR2 . (2.7)

This definition of the thrust coefficient is useful because it removes the rotational speed
from the non-dimensionalization. It is related to the definition of Eq. 2.6 through Tc =
8CT /(πJ 2) and is inversely proportional to the advance ratio, Tc ∝ J−1. Finally, when
comparing the forces generated by the propeller to the forces generated by the wing or
other elements of the airframe, it is often beneficial to normalize the thrust coefficient
using the same reference area as the lift or drag coefficients [68], namely

T ∗
c = T

q∞Sref
. (2.8)

1Note that the thrust coefficient Tc is defined by some authors as T /(ρV 2∞D2
P). Different symbols can also be

used; e.g. in marine propulsion it is common to represent CT and Tc as KT and CT , respectively [145].
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The side-force and normal-force coefficients can be defined similarly to Eqs. 2.6–2.8
(see Nomenclature list, page xxiii). Analogously, the torque and power coefficients can
be expressed as

CQ = Q

ρn2D5
P

, (2.9)

CP = Ps

ρn3D5
P

. (2.10)

Finally, the propeller efficiency is defined as

ηP = T V∞
Ps

. (2.11)

Equation 2.11 is similar to Eq. 2.2; in fact, if the propulsive device is an isolated pro-
peller at zero angle of attack, then the propeller efficiency and propulsive efficiency are
identical. For this reason, some works on isolated propellers (see e.g. Ref. [146]) use the
two terms interchangeably. However, in the present work, the propulsive efficiency is
based on the force component in the direction of flight and is considered applicable to
any propulsive device, while the propeller efficiency is defined using the thrust along the
propeller axis. Given that the shaft power is related to the torque through Ps = 2πnQ, the
propeller efficiency can also be expressed as a function of the performance coefficients
using

ηP = CT

CQ

J

2π
. (2.12)

From a conceptual aircraft design perspective, it can be useful to obtain a prelimi-
nary estimate of the propeller efficiency as a function of the thrust setting, without know-
ing the propeller geometry beforehand. The propeller efficiency can be approximated by

ηP = kP

(
2

1+p
1+Tc

)
, (2.13)

where the term in parenthesis is the propulsive efficiency of an ideal actuator disk (i.e.,
the Froude efficiency, ηp = 1/(1+ a)), and the factor kP < 1 accounts for swirl, viscous,
and induced losses. Given that Eq. 2.13 assumes that the slipstream contraction is negli-
gible and that kP is independent of the thrust setting, it is inaccurate at zero thrust and at
very high thrust (Tc À 1) settings. However, given that such conditions only occur for a
short duration during a typical mission of fixed-wing aircraft, Eq. 2.13 can be used to pro-
vide a first estimate. The equation is more accurate for variable-pitch propellers, since
they present a relatively constant efficiency over a wider range of thrust coefficients.

2.2.2. OVER-THE-WING PROPELLERS
The aerodynamic interaction effects in OTW propeller systems are not fully understood,
partially because only a limited number of research groups have investigated the aero-
dynamic characteristics of such systems. The main works focusing on a single propeller
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placed above a planar wing are those of Johnson and White [63], Cooper et al. [80], Müller
et al. [67, 69], and Veldhuis [68]. However, some additional insight can be gained from
configurations that present comparable interaction phenomena:

• Channel-wing propellers: the earliest works encountered on OTW propellers fo-
cus on this configuration [147, 148], where the vertical position of the propeller is
lowered and the wing follows a circular contour beneath the propeller. Numerical
simulations have been performed by Müller et al. [67, 69, 76, 149] and Wang et al.
[150, 151]. These show that the lift enhancement is larger for channel-wing con-
figurations than for planar-wing configurations, although this is accompanied by
an increased propulsive-efficiency penalty.

• OTWDP on high-aspect-ratio wings: several authors have investigated configura-
tions with small, distributed OTW ducted fans [52, 152–154]. While these concepts
closely resemble the layouts investigated in the present work, the analyses of these
integral propulsion systems with generic three-dimensional geometries provides
no clear breakdown of the interaction mechanisms.

• OTWDP on blended-wing-bodies: these configurations are intended for transonic
conditions and present several ducted fans placed side-by-side near the trailing
edge [155, 156]. Due to the low diameter-to-chord ratios, the investigations focus
on the effect of boundary-layer ingestion on fan and engine performance, rather
than looking into the effect of the propulsors on the wing.

• OTW turbofans: conceptually, the upstream effect of a fan on the wing surface is
comparable to the upstream effect of a propeller. However, the pressure distribu-
tions obtained in OTW turbofan investigations [157–159] show that the governing
interaction mechanisms are different from OTW propeller configurations, due to
the dominant influence of the nacelle and the transonic operating conditions for
which these systems are intended.

• Upper-surface blown wings: the interaction between the slipstream and the wing
surface downstream of an OTW propeller presents some similarity with earlier jet-
wing interaction studies focusing on high-lift conditions [160, 161]. However, in
these studies, the momentum increase is produced closer to the surface, leading
to a Coandă effect which is likely to increase system lift more than in an OTW pro-
peller configuration.

These studies provide a preliminary understanding of some of the aerodynamic in-
teraction effects present in OTW propeller systems. The following two subsections dis-
cuss these interaction effects for cruise conditions and high-lift conditions, respectively,
and highlight some of the challenges and shortcomings identified in the existing litera-
ture.

A. AERODYNAMIC INTERACTION IN CRUISE CONDITIONS

When a propeller is placed above a wing, the propeller-induced velocity field described
in Sec. 2.2.1 affects both the time-averaged and the unsteady loading distribution on the
wing. Reciprocally, the velocity field induced by the wing alters the inflow conditions to
the propeller. Compared to an isolated propeller at zero angle of attack, the associated
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non-uniform loading leads to the appearance of in-plane propeller forces and an un-
steady blade-loading component. Figure 2.6, which provides a side view of a propeller
placed at a generic location over a wing, shows how the various force components are
defined.
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Figure 2.6: Definition of force components on the wing and propeller.

The velocities induced by the wing on the propeller can conceptually by decomposed
into four contributions, as shown in Fig. 2.7a. The average increase in axial velocity leads
to an increase in the effective advance ratio of the propeller, while the vertical velocities
induced by the wing on average lead to a change in the effective angle of attack. The
non-uniform velocity profile that remains after subtracting these mean effects can, in
turn, be decomposed into two contributions: inviscid and viscous. The latter is caused
by the ingestion of the boundary layer at the bottom of the disk, although for single-
OTW propeller applications this does not significantly affect the loading distribution on
the propeller [67, 69]. However, the disturbed inflow to the propeller leads to a thrust re-
duction, especially in the bottom part of the propeller disk. This generally leads to signif-
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Figure 2.7: Conceptual interpretation of the different velocity components contributing to a change in wing
and propeller performance in cruise conditions.
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icant propeller-efficiency penalties, with some studies finding ηP reductions of over 20%
[68, 69]. However, others show an increase of more than 10% in cruise conditions [63].
These apparent contradictions suggest that the effect on propeller efficiency is highly
dependent on the design and operating conditions of the system.

The velocities induced by the propeller vortex system at the wing location (see Fig.
2.4b) can also be decomposed into two contributions, as reflected in Fig. 2.7b. On one
hand, the radially-induced velocities increase the effective angle of attack of the airfoil.
The streamwise variations in induced axial and radial velocities, on the other hand, de-
crease the wing surface pressure ahead of the propeller location, while increasing the
pressure downstream of it [63, 80]. In low-lift conditions, this leads to an offset in the
wing lift polar [154]. Experimental studies suggest that the lift increase is maximum for
a propeller placed near the trailing edge [68, 80], though in some numerical investiga-
tions it has been found to be maximum near the mid-chord [68]. The reason for this lift
increase is fundamentally different from tractor propellers, where the dynamic pressure
of the wing sections in the propeller slipstream is increased, leading to an increase in the
lift-curve slope [68]. As a consequence of the propeller-induced pressure distribution
and the change in the effective angle of attack, the wing drag is also reduced. This drag
reduction is maximum for a propeller placed near the location of maximum airfoil thick-
ness [63, 68, 80]. Contrary to tractor propellers, where the slipstream impingement leads
to strong dynamic pressure and angle-of-attack variations along the wing span, OTW
propellers generate much weaker spanwise lift and drag gradients [69]. Overall, this can
lead to lift-to-drag ratio benefits of over 50%, relative to a tractor configuration [69].

B. AERODYNAMIC INTERACTION IN HIGH-LIFT CONDITIONS

The lift benefit of OTW propellers is also present in high-lift conditions, when the flaps
are deflected. The Reynolds-Averaged Navier-Stokes (RANS) simulations performed
by Müller et al. [67] showed that this lift increment is lower for an OTW propeller
(∆CL,OTW = 0.24) than for a tractor propeller (∆CL,tractor = 0.66), although in the case of
the OTW propeller it is accompanied by a drag reduction (∆CD ,OTW =−0.101) instead of a
drag increase (∆CD ,tractor =+0.223). On one hand, this indicates that—in the absence of
additional high-lift enhancement strategies such as propeller deflection or a propeller-
induced Coandă effect—a tractor propeller is likely to outperform an OTW propeller in
approach conditions. On the other hand, the drag reduction of the OTW system can be
beneficial in take-off conditions, which often determine the powertrain size.

However, additional investigations are required to confirm this. Subsequent work by
Müller et al. [149] showed that steady RANS simulations are, in fact, insufficient to ac-
curately predict the aerodynamic interaction between an OTW propeller and the wing
when the flap is deflected. The authors identified the unsteady interaction between the
propeller tip-vortices and the wing boundary-layer as a possible cause of flow separation
over the flap, which was not captured in steady analyses. A schematic representation of
the velocities induced by the tip vortices in the vicinity of the wing surface is sown in Fig.
2.8. Although the tip vortices are helical, they are closest to the wall directly beneath the
propeller axis, where they are tangent to the wing surface, and approximately perpen-
dicular to the freestream direction (depending on the advance ratio). In this region, the
problem can conceptually be treated as a quasi-2D flow field. Figure 2.8 shows how, in
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that case, the tip vortex—together with the image vortex required to maintain zero nor-
mal velocity at the wall—induces velocities in upstream direction at the wing surface.
This locally reduces the wall-normal velocity gradient and makes the boundary-layer
more prone to separation. Both theoretical [162] and experimental [163] studies confirm
that vortex–boundary-layer interaction significantly affects the displacement thickness
of the boundary layer, and that it can indeed lead to local flow separation [164, 165]. Even
in the inviscid limit, a rectilinear vortex convected parallel to a wall can lead to reverse
flow, depending on the ratio between the self-induced vortex speed and the uniform flow
speed [166].

a) Isolated vortex
(V∞ = 0)

b) Vortex + inviscid wall
(V∞ = 0)

c) Viscous wall
(V∞ > 0)

d) Vortex + viscous wall
(V∞ > 0)

du
dy > 0 du

dy

Image vortex

Boundary layer

Tip vortices

Figure 2.8: Simplified 2D representation of the velocities induced by the tip vortices in the vicinity of the wing
surface beneath the propeller axis.

These vortex–boundary-layer interaction studies do not consider the presence of
a rotor close to the wall, which imposes additional pressure gradients and three-
dimensional effects. The experiments of Murray et al. [167] show that, in that case,
flow reversal can occur locally beneath the rotor and that additional unsteady vortical
structures are formed, comparable to the ground-vortex effect on propeller aircraft [168]
or propeller-hull interaction effects in marine applications [169, 170]. Moreover, if the
tip-clearance between rotor and the wall is small, the local thrust increases not only
due to the local reduction in inflow velocity, but also due to the end-plate effect [171].
This leads to local variations in blade loading [149] and tip-vortex strength. Further-
more, additional complications arise when the propeller is positioned above a wing. In
that case, the wing curvature introduces an additional streamwise pressure gradient in
the boundary layer, which changes its receptivity to the perturbations of the propeller.
It is therefore unclear how the interaction between the propeller blades and the wing
boundary-layer affects flow separation, especially when an additional pressure gradient
is generated by a trailing-edge high-lift device. For this reason, Ch. 7 aims to provide
some insight into these interaction phenomena.
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2.2.3. DISTRIBUTED PROPELLERS
In an OTWDP system, several propellers are installed side-by-side in close proximity
to each other. In most—if not all—recent OTWDP concepts, the array of propulsors is
ducted [52, 71, 152, 153, 172]. While the duct can offer several advantages in terms of
aerodynamic performance, safety, or noise production, it is currently unclear whether
a duct is necessary for subsonic OTWDP configurations. Existing literature has shown
that, in the case of a single propeller with an axisymmetric duct, the loading is increased
near the blade tip due to an end-plate effect [171]. Moreover, at high thrust settings, the
duct itself can substantially contribute to the total thrust of the system [173]. However, at
high speeds and low thrust settings (i.e., in cruise conditions), the drag of the duct may
outweigh its benefits [174]. Nevertheless, in an OTW configuration it may also provide
benefits in cruise conditions if it can tailor the inflow to the propellers in order to reduce
the non-uniformity. In such a configuration the duct may also reduce the noise of the
system since, in addition to its noise shielding capabilities [175, 176], it would reduce
the unsteady loading on the propeller.

Three generic OTWDP layouts are depicted in Fig. 2.9. In the first, the duct has
a circular cross-section at the propeller location. The propellers therefore maintain a
constant tip clearance in this configuration, which is beneficial for the unsteady blade
loading. The envelope duct, on the other hand, is structurally simpler, has significantly
less wetted area, and is most likely sufficient to reduce the non-uniformity of the pro-
peller inflow, since the spanwise inflow-velocity gradients are small in the case of an
unswept wing. However, in this case, the tip clearance of the propeller blades varies as
they approach and retreat from the duct and wing surfaces. Furthermore, in both the
envelope-duct and the unducted configurations, each propeller interacts with its neigh-
bor. In these cases, the propeller–duct interaction and propeller–propeller interaction
both have an impact on the unsteady and time-averaged loads of the propellers, as dis-
cussed in Ch. 6.

Blended duct Envelop duct Unducted

Constant tip
clearance

Variable tip 
clearance

Prop.–prop.
interaction

Variable tip 
clearance

Prop.–prop.
interaction

Figure 2.9: Front view of three hypothetical OTWDP system layouts, indicating elements that the blade tips
interact with throughout a revolution.

The literature on propeller–propeller interaction in forward flight is scarce. How-
ever, this topic has recently gained interest due to the appearance of numerous urban-
air mobility concepts with distributed propellers. In this context, Stokkermans [177, 178]
has investigated the aerodynamic interaction of side-by-side and one-after-another pro-
pellers, with and without overlap. Moreover, a significant amount of literature is avail-
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able regarding the aerodynamic interaction between two or more rotors in the case of
tandem helicopters [179, 180], tiltrotors [181, 182], and small unmanned aerial vehicles
(UAVs or “drones”) [183–192]. Based on these studies, where the “propellers” operate at
or near to zero forward velocity, it becomes evident that the aerodynamic interaction
between adjacent propellers is relevant in three main ways:

1. The performance of the rotors themselves is affected. When placed close to each
other without overlap, the thrust produced at a given rotational speed typically
drops by 2% – 8% [183, 184, 186, 192], depending on the configuration, and the
efficiency is reduced [179]. For propellers in forward flight, this penalty would
increase with sideslip [178]. Moreover, the interaction leads to an appreciable un-
steady loading on the propeller blades [183, 185, 187].

2. The streamwise development of the slipstream changes, which affects the aero-
dynamic loads on downstream elements such as the tail or trailing-edge high-lift
devices. In a twin-rotor configuration, the slipstream deforms and loses its cir-
cular cross-section [188], and a recirculation zone may be generated between the
slipstreams [189]. Moreover, the interaction between vortical structures in the slip-
stream leads to an earlier breakdown of the blade wakes and tip vortices [183].

3. The noise production of the system changes. When the separation distance be-
tween the rotors is reduced, in general an increase in noise with respect to the
isolated rotors is observed [183, 185, 188]. Furthermore, the aerodynamic and
acoustic interference between the different rotors significantly changes the noise
directivity pattern of the system [193–195]. This directivity pattern can be manip-
ulated by controlling the relative phase of the noise sources, that is, by regulating
the relative blade phase angles of the propellers [196, 197]. This approach is similar
to the synchrophasing technique employed in turboprop aircraft to reduce cabin
noise [198, 199]. But, in the case of electrically-driven propellers, the motor can
be used to actively control the relative phase angles, thereby adapting the directiv-
ity pattern as desired throughout the mission. However, the potential local noise
reduction due to active phase control rapidly deteriorates if the rotational speed
and blade phase angles of the propellers are not controlled accurately [197, 200],
which remains challenging to do in practice [191, 201, 202].
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AIRCRAFT SIZING METHOD

Despite the large amount of ongoing research related to hybrid-electric distributed
propulsion (HEDP), little information is available regarding the clean-sheet design pro-
cess of such aircraft. As discussed in Ch. 2, several design studies analyze the hybrid-
electric powertrain in detail starting from a predefined aircraft configuration [45, 66],
often maintaining the take-off weight constant [113, 204, 205]. Other studies have for-
mulated more generalized conceptual sizing methods for HEP aircraft [94–98, 102–104],
but do not integrate the aero-propulsive interaction effects in the process. These effects
cannot be neglected for DP configurations, since they have a large impact on wing and
powertrain sizing [48, 61] and, hence, on the overall design of the aircraft. Thus, there
is a need to establish a systematic sizing method capable of rapidly exploring the design
space and performing trade-off studies and sensitivity analyses for such configurations.

To this end, the traditional preliminary sizing methods [85, 91, 92] are expanded to
account for both the hybrid-electric powertrain and the aero-propulsive effects of the
associated propulsion system. The approach consists of four steps, as shown in Fig. 3.1.
First, the conventional thrust, lift, and drag decompositions of the aircraft are modified
to account for the aerodynamic interaction between the airframe and the propulsors.
This leads to a set of modified flight-performance constraint equations, which are col-
lected in a propulsive power-loading diagram, as explained in Sec. 3.1. Second, a pow-
ertrain model is formulated which converts the propulsive power-loading diagram into
a series of powertrain component-oriented power-loading diagrams. The powertrain
model is described in Sec. 3.2. Based on these constraint diagrams, the designer must
select a design point in terms of wing loading and power loading. Third, the battery and
fuel energy requirements are calculated for an assumed take-off mass (TOM) by ana-
lyzing the mission for a set of power-control profiles specified by the designer (Sec. 3.3).
And fourth, with the power requirements obtained from the constraint diagrams and the
energy requirements obtained from the mission analysis, the aircraft mass is estimated
using a modified Class-I weight breakdown (Sec. 3.4). The mission analysis and weight
estimation modules are then evaluated iteratively until the TOM converges.

Parts of this Chapter have been published in Ref. [203].
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Figure 3.1: Simplified flowchart of the proposed design methodology, indicating the sizing modules, HEDP
models, and main input/output parameters.

3.1. SIZING FOR POWER: PERFORMANCE CONSTRAINTS
The first step in the sizing process is to determine the design wing-loading and power
loading of the HEDP aircraft. These aircraft can feature multiple propulsion systems. In
this context, a “propulsion system” is defined as a set of identical propulsive elements
which have an equal impact on aircraft performance, such as for example an array of
propellers distributed along the leading edge of the wing, or a pair of ducted fans. The
propulsive elements are generally propellers, jets, or fans, and are indistinctly referred
to as “propulsors” in this study. In many cases, at least one of the propulsion systems
has an appreciable effect on the aerodynamic performance of the airframe or vice versa.
This effect must be considered in the lift and drag decomposition of the aircraft (Sec.
3.1.1), which affects the performance equations (Sec. 3.1.2) and the resulting constraint
diagram (Sec. 3.1.3).

3.1.1. THRUST, LIFT AND DRAG DECOMPOSITION
Due to the aero-propulsive interaction that takes place between the propulsors and the
airframe, the aerodynamic performance of the system differs from the combined per-
formance of the two individual components. For highly-integrated propulsion-systems
such as distributed propulsion, it is necessary to estimate the forces generated by the
installed system, or, more specifically, to estimate the difference between these forces
and the ones that the airframe and propulsors would generate separately. Although the
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rationale followed in the following paragraphs can be extended to a generic number of
propulsion systems, for simplicity here it is assumed that the aircraft features a maxi-
mum of two types of propulsion system. In this case, the total thrust of the aircraft T can
be expressed as

T = Tconv +Tdp, (3.1)

where Tconv is the thrust generated by a propulsion system that has no appreciable im-
pact on airframe performance, and Tdp is the thrust generated by a (distributed) propul-
sion system which presents strong interaction effects with the airframe. If the aircraft
only has one set of propulsors, then one of the two terms is zero. The “thrust’ is defined
here as the propulsor force component in the direction of flight. If the propulsors can
be deflected for thrust vectoring, then this corresponds to the thrust direction in the re-
tracted configuration (δP = 0o). In other words, if the propulsors are deflected an angle
δP, then the thrust vector forms an angle δP with the velocity vector V (see Fig. 3.2). The
normal (i.e., vertical) forces created by the propulsor, meanwhile, can be included in the
lift “delta” discussed in subsequent paragraphs.

Since the distributed-propulsion system is placed at a finite distance from the rest
of the airframe, there is an aerodynamic coupling. Thus, in a general sense, an aero-
dynamic property y (for example, lift) depends on a series of parameters x1,iso, x2,iso, . . .
which would affect the system even without aerodynamic coupling (for example, an-
gle of attack), and a series of parameters x1,inst, x2,inst, . . . inherent to the specific type of
installation of the propulsion system on the airframe (for example, propeller position
relative to the wing):

y = f (x1,iso, x2,iso, . . . , x1,inst, x2,inst, . . . ), (3.2)

For conceptual design purposes, it is beneficial to decompose the dependency f into
two contributions. The first represents the aerodynamic forces (or other proper-
ties) that would exist on the isolated airframe or propulsor, and does not depend on
x1,inst, x2,inst, . . . . The other represents the change in aerodynamic properties as a result
of the installation, i.e.

y = fiso(x1,iso, x2,iso, . . . )+ f∆(x1,iso, x2,iso, . . . , x1,inst, x2,inst, . . . ). (3.3)

Traditionally, only the first term of Eq. 3.3 is included in the conceptual design pro-
cess, since it is often the dominant term. However, to assess the effects of distributed
propulsion, the second contribution must be included as well. In such highly-integrated
propulsion systems, this so-called “Delta” term is not necessarily small relative to the
isolated-component contribution. However, it is also much more complex to quantify
because it depends on additional parameters. In the following paragraphs, Eq. 3.3 is ap-
plied more specifically to the lift, drag, and propulsive efficiency. While the dependency
of fiso on x1,iso, x2,iso, . . . is not explicitly shown in subsequent equations to improve read-
ability, it should be noted that fiso is not a constant.
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The airframe lift can be related to the total lift generated by the aircraft L through

L = Lairframe +∆L(Tdp,Lairframe,S, ...), (3.4)

where ∆L is the increase in aircraft lift due to the thrust generated by the propulsors.
∆L depends on thrust of the distributed propulsion system and other operational and
geometrical parameters of the aircraft, and does not include the effective lift increase
due to thrust vectoring.

Analogously, the effect of aero-propulsive interaction on the overall drag of the air-
craft is included as follows:

D = D0 +∆D0(Tdp,Sw, ...)+Di(Lairframe)+∆Di(Tdp,Lairframe,Sw, ...), (3.5)

where D0 is the zero-lift drag of the aircraft when no DP system is present, and ∆D0

is the increase in zero-lift drag due to the DP system. This increase can be caused by
interaction of the airframe with jets or slipstreams at zero lift, by variations in angle of
attack in order to maintain zero lift, or by changes in wetted area due to pylons, nacelles,
and other external elements of the propulsion-system installation. Additionally, Di is
the lift-induced drag of the airframe without propulsion system, and ∆Di is the change
in lift-induced drag due to thrust, that is, the difference between the drag of the complete
aircraft with the propulsor at a determined thrust setting, and the drag that would exist at
Tdp = 0 for the same total lift value. For the lift-induced drag coefficient of the airframe,
a parabolic lift polar is assumed (i.e., CDi = C 2

Lairframe
/(πAe)). Although different drag

breakdowns exist, this simplified approach has been taken because it clearly identifies
the contribution of the installation effects.

Finally, there are several ways to account for the effect of the airframe on propulsor
performance. The first is to evaluate the changes in propulsor thrust due to the presence
of different elements such as the wing, nacelle, fuselage, and so on [206]. For configu-
rations with significant inflow distortion such as boundary-layer ingestion, on the other
hand, an integral system-level approach is required, using for example the power-saving
coefficient [132, 207] or power-balance methods [208, 209]. In any case, since the hybrid-
electric powertrain is modeled in terms of power balances (see Sec. 3.2), it is preferable
to express the interaction effects in terms of the propulsive efficiency of the distributed-
propulsion system ηdp:

ηdp = TdpV

Ps,dp
= ηdp,iso +∆ηdp(Tdp,Lairframe,Sw, ...). (3.6)

Here ηdp,iso is the propulsive efficiency that these propulsors would have in absence of
any other body, and∆ηdp refers to the change in propulsive efficiency when installed on
the aircraft. Note that flight speed V is employed in Eq. 3.6 instead of the freestream
velocity V∞ used in Eq. 2.2 to be consistent with the nomenclature used in the following
sections. However, V = V∞, since the flight speed in the inertial reference frame equals
the velocity of the incoming airflow in the aircraft reference frame. Moreover, as men-
tioned earlier in this section, the thrust component is assumed to be aligned with the
direction of flight (−Fx,dp = Tdp). The factor ∆ηdp may depend on geometrical param-
eters of the wing such as its reference area, as well as on aerodynamic parameters such
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as Lairframe, which is the lift that would be generated by the aircraft in the same flight
condition (V , α, etc.) if no thrust were produced.

In order to incorporate the aero-propulsive interaction effects in the sizing process,
these “Delta” terms (lift, drag, and propulsive efficiency) have to be estimated. Since an
accurate estimation of the Delta components requires detailed aerodynamic analyses,
they are often only included in the later stages of the design loop. For DP systems and
other novel propulsion-system layouts, these effects cannot be neglected, and therefore
simplified aerodynamic models or surrogate models are required. Two examples of how
this can be done for wing-mounted distributed propellers are provided in Appendix C.

3.1.2. DERIVATION OF POINT PERFORMANCE EQUATIONS
The main forces acting on the aircraft are represented in Fig. 3.2. Here it is assumed that
Tconv is always aligned with the velocity vector for simplicity, while the thrust vector of
the DP system can be deflected an angle δP if, for example, the propulsors are installed
on a flap, or if the jet or slipstream is deflected. Note that the X ,Y , Z axes are equal to
the X ′,Y ′, Z ′ axes of the ground reference frame, but rotated around the Y ′ axis such
that the X axis is aligned with the velocity vector. They are therefore not the body axes of
the aircraft, since they do not follow the angle of attack or bank angle of the aircraft. By
applying Newton’s second law along the X , Y and Z axes respectively, one obtains the
following equilibrium equations:

Tconv +Tdp cosδP −W sinγ−D = W

g

dVX

dt
, (3.7a)

L sinµ+Tdp sinδP sinµ= W

g

dVY

dt
, (3.7b)

L cosµ+Tdp sinδP cosµ−W cosγ= W

g

dVZ

dt
, (3.7c)
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Figure 3.2: Schematic representation of the forces acting on the aircraft point model.
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where the flight path angle γ of the aircraft can be related to the climb rate c = dh/dt
through

sinγ= c

V
. (3.8)

Defining the ratio between the thrust of the DP array and the total thrust of the air-
craft as χ = Tdp/T , the force equilibrium along the X axis (Eq. 3.7a) can be expressed
as

T

W
= 1

1−χ(1−cosδP)

(
D

W
+ c

V
+ 1

g

dV

dt

)
, (3.9)

where the term on left hand side of the equation is the total thrust-to-weight ratio of the
aircraft. By reorganizing terms, applying the lift and drag breakdowns given by Eqs. 3.4
and 3.5, and expressing the contributions as non-dimensional coefficients, the equilib-
rium of forces along the X and Z axes can be expressed as:

T

W
=

q∞
(W /Sw)

[
CD0+∆CD0

(
χ

T

W
,
W

Sw
,...

)
+

C 2
Lairframe

πAe
+∆CDi

(
χ

T

W
,CLairframe,

W

Sw
,...

)]
+ c

V
+ 1

g

dV

dt

1−χ(1−cosδP)
,

(3.10)

W

Sw
=

q∞ cosµ

[
CLairframe +∆CL

(
χ

T

W
,CLairframe ,

W

Sw
, ...

)]
√

1−
( c

V

)2
−χ

(
T

W

)
sinδP cosµ+ 1

g

dVZ

dt

. (3.11)

Equations 3.10 and 3.11 constitute the point performance equations used to con-
struct the constraint diagram of a HEDP aircraft. Since performance constraints are typ-
ically evaluated for steady symmetric flight or coordinated turns in the horizontal plane,
the terms dV /dt and dVZ /dt are generally equal to zero. Sustained-turn maneuvers can
be solved directly using Equations 3.10 and 3.11 if the bank angle is known. However,
if the turn radius of the maneuver is given as a performance requirement instead, the
bank angle has to be computed from the equilibrium of forces along the Y axis. In this
case, dVY /dt represents the centrifugal acceleration of the aircraft, and Eq. 3.7b can be
rewritten as

sinµ=
1

g

V 2

Rturn

q∞
W /Sw

[
CLairframe +∆CL

(
χ

T

W
,CLairframe ,

W

Sw
, ...

)]
+χsinδP

(
T

W

) . (3.12)

If, on the other hand, the turn rate or load factor of the maneuver are specified, these
can be related to the turn radius through Ω = V /Rturn and n =

√
1+ (V 2/g Rturn)2, re-

spectively.
Given that the aircraft size is unknown at this stage, it is important to express the

“Delta” terms as a function of normalized variables such as the thrust coefficient Tc
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or aerodynamic force coefficients. These can in turn be related to T /W and W /Sw

(see Appendix C.1), and thus the performance equations can be solved without know-
ing the actual weight of the aircraft. For conventional aircraft, the “Delta” terms are
zero and the airframe lift coefficient can be related to wing loading directly through
CLairframe = (W /Sw)/q∞, and therefore T /W can explicitly be computed as a function of
wing loading for a given flight condition. However, when the aero-propulsive effects are
considered during equilibrium flight, lift depends on thrust and vice versa. Hence, given
that ∆CL ,∆CD0 ,∆CDi = f

(
χ(T /W ),CLairframe , (W /Sw), ...

)
can be arbitrarily complicated

functions, Eqs. 3.10 and 3.11 must be solved iteratively.

3.1.3. CONSTRUCTING THE PERFORMANCE CONSTRAINT DIAGRAM
For a given flight condition and airframe lift coefficient, Eqs. 3.10 and 3.11 generate the
two solid curves shown Fig. 3.3. The intersection of these curves gives the equilibrium
flight point [(W /Sw)eq,(T /W )eq], that is, the combination of T /W and W /Sw where the
required flight condition is satisfied without any additional accelerations. Along the “Z -
equilibrium” curve, the aircraft presents no acceleration in Z direction, and thus it can
climb or accelerate in X direction if the excess power is positive (T /W > (T /W )eq), or de-
scend or decelerate if it is negative (T /W < (T /W )eq). Analogously, the “X -equilibrium”
curve represents the loci of points of zero excess power. Along this curve, the aircraft
accelerates in the negative Z direction if T /W > (T /W )eq, or in positive Z direction if
T /W < (T /W )eq. The potential benefit of distributed propulsion can clearly be identi-
fied in Fig. 3.3: for a given airframe lift coefficient, the wing loading of the aircraft can be
increased from (W /Sw)Tdp=0 to (W /Sw)eq, if ∆CL > 0.

  

 
 

W/Sw increase  
due  to  DP 

T/W [-]

(T/W )eq

(W/Sw )eq(W/Sw )Tdp = 0 W/Sw [N/m2]

Z-equilibrium
without DP

Equilibrium
flight point

X-equilibrium

Z-equilibrium

Figure 3.3: Notional wing-loading versus thrust-to-weight-ratio diagram indicating the curves obtained from
the equilibrium of forces along the X axis (Eq. 3.10) and Z axis (Eq. 3.11).

The solution of Eqs. 3.10 and 3.11 provides a single point in the diagram. By para-
metrically varying one of the variables, the equations can be solved to obtain a con-
straint curve, as indicated by the gray, hashed curve in Fig. 3.3. For most constraints,
either the airframe lift coefficient or the flight speed are varied to obtain the points of
this curve. Taking this into consideration, four types of performance constraints can be
distinguished:
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• Constraints at constant flight speed. As the assumed airframe lift coefficient in-
creases while keeping the flight speed constant, a smaller wing (i.e. higher wing
loading) is required to generate the same total lift.

• Constraints at constant airframe lift coefficient. This occurs when a stall mar-
gin has to be maintained. For example, if a climb gradient requirement must be
met at 1.4 times the reference stall speed, then the aircraft must be able to fly
at CLmax /1.42, where CLmax is the total maximum lift coefficient (including aero-
propulsive effects). In this case, the resulting velocity at which the maneuver must
be performed increases with increasing wing loading.

• Constraints at fixed flight speed and airframe lift coefficient. An aircraft must be
able to, for example, achieve a determined stall speed at CLmax . Since both the ve-
locity and lift coefficient are fixed, a single point in the diagram is obtained. This
implies that the maximum wing loading can only be reached at a single thrust-
to-weight ratio. If the pilot were to decrease the thrust setting at maximum wing
loading, the aircraft would stall not only due to its deceleration, but also because
the change in lift due to thrust (∆CL) would decrease. Since the thrust required
for this performance constraint is, in general, not a sizing condition, the engines
must be set to a predetermined thrust setting once the powertrain has been sized
by one of the other, more limiting constraints. Thus, for resemblance with conven-
tional wing-loading diagrams, in this research a vertical line is drawn at the wing
loading corresponding to the point obtained. However, if the DP system is sized
in landing conditions—as may be the case for concepts comparable to e.g. the
X-57 demonstrator [48]—then the installed thrust must correspond exactly to the
T /W obtained at this point. In that case, the designer can still opt for a lower wing
loading (CL <CLmax ), but then the performance requirement becomes a constant-
flight-speed constraint.

• Semi-empirical constraints. During take-off and landing, Eqs. 3.7a, 3.7b and 3.7c
are not applicable due to the forces exerted on the runway surface. Hence, semi-
empirical methods [91, 92] are used to determine the take-off distance and landing
distance constraints.

For HEDP aircraft, a power-loading diagram is preferred over a thrust-to-weight ratio
diagram, since the powertrain components are modeled in terms of power (see Sec. 3.2).
The thrust-to-weight ratios obtained from Eqs. 3.10 and 3.11 can be expressed as power-
loading (W /Pp) values using:

W

Pp
= 1

V (T /W )
. (3.13)

Since the constraints can correspond to different points along the mission with different
aircraft weights (W ≤ WTO), each curve has to be corrected to take-off weight (TOW),
in order to compare the different constraints in equal conditions. To this end, a weight
fraction fW is assumed for each flight condition, such that (WTO/P ) = (W /P )/ fW . After
applying this weight correction, the propulsive power-loading diagram is obtained. In
traditional power-loading diagrams, the shaft power is used on the Y -axis of the power-
loading diagram, since this determines the size of the gas turbine. However, for HEP
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aircraft, multiple components exist, each of which can be sized by different require-
ments. Therefore, the propulsive power-loading diagram must be translated into a series
of component-oriented power-loading diagrams, creating one power-loading diagram
per component of the powertrain.

3.2. HYBRID-ELECTRIC POWERTRAIN MODELING
This section presents a simplified analytical model used to compute the power re-
quired from any element of the powertrain for a given propulsive-power requirement
and power-control strategy. Several prerequisites are considered for the model:

• It must require only a limited amount of input variables, which are known in the
preliminary sizing phase.

• It has to be applicable to different powertrain architectures, including those which
present two distinct propulsion systems.

• It must account for component failure, and be compatible with the charging of
batteries, as well as energy harvesting.

• it should be sensitive to a series of basic power-control parameters which allow a
posterior analysis and optimization of power settings along the mission.

To meet all these prerequisites simultaneously, a series of simplifications are re-
quired. The system is treated as steady-state, and a constant conversion/transmission
efficiency is assumed per component. Additionally, the effect of battery state-of-charge
on the maximum power output of the batteries is not considered. Furthermore, the
cables and thermal management systems are not explicitly included in the model. Al-
though these simplifications limit the accuracy and applicability of the model, confi-
dence in the results can be maintained by assuming conservative values for the effi-
ciency, specific power, or specific energy of the electrical machines and batteries, such
that a margin for unaccounted components is included. This approach is considered
sensitive enough for the preliminary sizing phase, since the effect of such simplifications
on aircraft-level performance metrics is expected to be well within the typical ε<±10%
error margin associated to Class-I sizing methods.

3.2.1. HYBRID-ELECTRIC POWERTRAIN ARCHITECTURES
This study considers a set of predefined powertrain architectures, based on the classi-
fication of the National Academy of Engineering [22]. These architectures are shown in
the first six figures of Fig. 3.4, also including a conventional powertrain for reference. The
simplified representations include energy sources, nodes, components which transform
one type of power into another, and the power paths that connect these elements. Fuel
cells are not considered in this study, although a similar rationale can be followed to ex-
pand the method and make Fig. 3.4 applicable to fuel-cell-based architectures. It is also
assumed that the thrust produced by the gas-turbine core exhaust is small compared
to the total thrust, and therefore the thrust produced by the nozzle is not explicitly ac-
counted for. Components such as converters or transformers are not explicitly modeled,
since they do not change the type of power transmitted. Nevertheless, the effect of con-
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Figure 3.4: Simplified models of the nine powertrain architectures considered in this study. Filled arrowheads
indicate the transmission direction corresponding to positive power values.
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verters (i.e., inverters and rectifiers) can be accounted for by including their weight cor-
relations and efficiency losses in the associated electrical machine (EM) elements. Simi-
larly, in first approximation, the weight and efficiency of other elements of the electrical
grid can be grouped in the power management and distribution (PMAD) element. The
components are divided into the elements which constitute the “primary” powertrain,
and those that constitute the “secondary” powertrain. The primary components are, di-
rectly or indirectly, mechanically coupled to the gas turbine. The secondary components
include the devices which power the electrically-driven propulsion system. The primary
and secondary branches of the powertrain contain N1 and N2 identical instances of each
component, respectively.

Closer inspection of the first six powertrain configurations shown in Fig. 3.4 reveals
that the first five are, in essence, limit cases of the sixth (the serial/parallel partial hy-
brid, SPPH). Therefore, with the correct parametrization, the SPPH architecture can be
used as a generic model which can be solved for any other architecture as well. In other
words, independently of the chosen architecture, the same set of equations can be used
to compute component powers, and no architecture-specific equations have to be de-
rived like in other sizing methods [94]. After a more detailed analysis of the SPPH, three
additional limit cases are identified (Configurations 7–9), which do not use fuel. Thus,
the model is applicable to conventional, hybrid-electric, and fully-electric powertrains.
Consequently, the term “hybrid-electric propulsion” is in fact used here to refer to the
complete spectrum of propulsion-system architectures, with conventional combustion-
based systems at one end of the spectrum, and fully-electric systems at the other end—
contrary to some other authors which make a distinction between hybrid-electric (elec-
trical and non-electrical energy storage) and turboelectric (only non-electrical energy
storage) propulsion [105].

3.2.2. DEFINITION OF POWER CONTROL PARAMETERS
The SPPH architecture contains two nodes: a gearbox and a PMAD system. Therefore,
one can already anticipate that two parameters are necessary in order to completely
define the power shares of the system, in addition to one extensive parameter which
dictates how much power the system must actually produce. The authors of previous
studies [45, 102, 109, 210] have used different parameters to describe the powertrain,
and it appears no consensus has been reached with respect to the nomenclature and
definition of these variables. Consequently, the parameters proposed here are based
on previous definitions, but have been modified such that specific combinations of the
power-control parameters can define the powertrain architecture.

The first parameter is the supplied power ratio, which was originally defined by Isikv-
eren et al. [102] and can be expressed as

Φ= Pbat

Pbat +Pf
. (3.14)

The supplied power ratio represents the amount of power drawn from the electrical en-
ergy source (batteries) with respect to the total amount of power drawn from all energy
sources (battery plus fuel, in this case) for a given point along the mission. Hence, this
parameter is only non-zero for powertrains containing batteries (configurations 3, 4 and
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6–9). In normal operation, the battery is discharging and thus Φ ∈ [0,1]. However, if the
battery is being charged (Pbat < 0), this parameter is negative or greater than one.

The second power-control parameter is the shaft power ratio, which represents the
amount of shaft power produced by the (one or more) secondary electrical machines,
EM2, with respect to the total amount of shaft power produced in a given flight condi-
tion:

ϕ= Ps2

Ps2 +Ps1
. (3.15)

Analogously to the supplied power ratio, the shaft power ratio belongs to the interval
ϕ ∈ [0,1] during normal operation (when both propulsion systems are generating thrust),
but is negative or greater than 1 if one or both of the propulsion systems are windmilling
(i.e., extracting energy from the flow). The relations between the two power-control pa-
rameters and the nine powertrain layouts considered are collected in Table 3.1.

Table 3.1: Supplied power ratio and shaft power ratio values associated to each architecture. A dot (·) indicates
any value can be used.

Configuration Φ ϕ

1. Conventional 0 0
2. Turboelectric 0 1
3. Serial · 1
4. Parallel · 0
5. Partial TE 0 ·
6. S/P partial hybrid · ·
7. Full-electric 1 1 0
8. Full-electric 2 1 1
9. Dual-electric 1 ·

In addition to the architectures listed in Table 3.1, a tenth “limit case” of the SPPH
powertrain corresponds to a situation where the batteries and electrically-driven propul-
sors operate completely independently from the primary powertrain for all flight condi-
tions. This is the case of an aircraft which has two fully-decoupled propulsion systems,
one fuel based, and one battery based. In this architecture, which is considered a vari-
ant of the parallel architecture by some authors [211], the powers Pgb and Pe1 are zero.
Though this architecture is not explicitly shown in Fig. 3.4, it can be modeled using the
same approach if Φ and ϕ satisfy the following relation:

Φ

1−Φk0 = ϕ

1−ϕ , (3.16)

where the constant k0 equals 1/(ηEM2ηPMηGBηGT) or (ηEM2ηPM)/(ηGBηGT), depending
on whether the battery is charging (Φ,ϕ< 0) or discharging (Φ,ϕ> 0), respectively.

Apart from the power control parameters Φ and ϕ, the conventional gas-turbine
throttle is defined as

ξGT = PGT

PGT,max
, (3.17)
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which represents the power produced by the gas turbine with respect to the maximum
power it can produce in the given flight condition. This power can in turn be related to
the installed sea-level static power of the gas turbine PGT,max,SLS by means of an altitude
and velocity lapse. In the studies presented in Chapters 5, 9, and 10, the altitude lapse
provided by Ruijgrok [212] is applied, and the velocity lapse is neglected. For the fully-
electric architectures (Configurations 7–9), where no gas turbine is used, an analogous
“electrical machine throttle” is used instead:

ξEM = PEM

PEM,max
. (3.18)

In Eqs. 3.17 and 3.18 the subscripts contain upper-case letters. These refer to a compo-
nent of the powertrain, while lower-case letters refer to a power path (indicated by arrows
in Fig. 3.4). Although the “installed” gas turbine power evidently refers to the shaft power
it can produce (i.e. PGT = Pgt), for an electrical machine this distinction is necessary. For
example, the “installed” electrical machine power PEM2 could either be equal to Pe2 or
Ps2, depending on whether it is acting as an electric motor or as a generator.

Finally, it is necessary to link the power-control parameters to the performance con-
straint equations derived in Sec. 3.1.2. In this process, two thrust sources were assumed,
Tconv and Tdp. Logically, the use of two thrust sources is only compatible with power-
train architectures that present two types of propulsion system (i.e., configurations 5, 6,
and 9). For the other architectures, either Tconv or Tdp has to be zero. If the aircraft does
present two propulsion systems, then the thrust ratio χ can be related to the shaft power
ratio ϕ through

χ=



1

1+ ηp2

ηp1

(
ϕ

1−ϕ
) , if the DP system belongs to the primary powertrain branch,

1

1+ ηp1

ηp2

(
1−ϕ
ϕ

) , if the DP system belongs to the secondary powertrain branch,

(3.19)

where ηp1 and ηp2 are the propulsive efficiencies of the propulsors of the primary and
secondary powertrain branches, respectively. The propulsive efficiency given by Eq. 3.6
corresponds to either ηp1 or ηp2, depending on whether the DP system is installed on the
primary or secondary powertrain branch. With Eq. 3.19 it is evident that χ and ϕ rep-
resent the same degree of freedom, but χ refers to the propulsive power share of the DP
system (which can correspond to either the primary or secondary powertrain branch),
while ϕ refers to the shaft power share of the secondary, electrically-driven, propulsor
system. Thus, if ϕ is not in the interval [0,1] because one or both of the propulsion sys-
tems are harvesting energy, then χ is also negative or greater than one. Consequently,
the thrust-to-weight ratio obtained from the performance equations will change accord-
ingly. Furthermore, the average propulsive efficiency of the aircraft, which is used to
define the aero-propulsive efficiency, can be calculated from

ηp = (1−ϕ)ηp1 +ϕηp2. (3.20)
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3.2.3. SOLVING THE POWERTRAIN EQUATIONS
The powertrain model has ten unknowns, corresponding to the ten power paths shown
in Fig. 3.4-6. Thus, ten equations are necessary to solve the system. The first seven
can be obtained by applying a power balance across each component. For a generic
component, this equation is expressed as:∑

Pout = η
∑

Pin, (3.21)

where the left-hand side indicates the summation of power paths flowing “out” of the
component, and the right-hand side represents the summation of power paths flowing
“in” to the component, multiplied by the conversion efficiency of the component, η.

Three additional equations or values are required. This ties in to the discussion of
Sec. 3.2.2, which stated that three parameters have to be specified in order to define
the complete behavior of the powertrain. For example, Φ (which relates Pbat to Pf), ϕ
(which relates Ps1 to Ps2), and the total required propulsive power Pp = Pp1 +Pp2 can be
specified. The set of linear equations can then be expressed as



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −ηPMAD 1 0 0 0
0 0 0 0 0 0 −ηEM2 1 0 0
0 0 0 0 0 0 0 −ηP2 0 1
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


·



Pf
Pgt
Pgb
Ps1
Pe1
Pbat
Pe2
Ps2
Pp1
Pp2


=



0
0
0
0
0
0
0
0
0

Pp


(3.22)

In Eq. 3.22, the first seven rows of the coefficient matrix correspond to the power bal-
ance equations across the gas turbine, gearbox, primary propulsor, primary electrical
machine, PMAD, secondary electrical machine, and secondary propulsor, respectively.
The last three rows correspond to the additional information provided. These three rows
can be replaced by different equations, depending on what the designer wants to specify
as input to the problem. For example, during the mission analysis, the three power-
control parameters can be specified as input, and the resulting propulsive power pro-
duced by the aircraft can be computed (see Appendix A). However, if a configuration
different than the SPPH is selected, then one or two of these equations will be fixed by Φ
and/or ϕ (see Table 3.1). For example, if a turboelectric configuration is selected, then
Φ = 0 and ϕ = 1. In this case, rows 8 and 9 of Eq. 3.22 are readily determined, and the
remaining degree of freedom must be specified in the last row.

The signs of the coefficients in Eq. 3.22 assume that the powers flow as indicated
by the filled arrowheads in Fig. 3.4.6. If, for example, the primary electrical machine
acts as an electric motor, providing power to the primary system, then Pe1 and Pgb are
negative. Under these conditions, the criteria of which power paths flow “in” and “out”
of the component in Eq. 3.21 change. Therefore, the efficiency factor will appear in a
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different column of the coefficient matrix. This implies that the values in the coefficient
matrix are not actually constants, but depend on the direction of the power flows, that
is, on the sign of the solution variables. One possibility would be to assume a given di-
rection of power flows and to solve the system iteratively, updating the coefficient matrix
based on the sign of the solution of the previous iteration. However, this should be done
with caution, since the solution presents discontinuities in gradient, and Φ and ϕ tend
to infinity as Pf → −Pbat and Ps1 → −Ps2, respectively. A more effective approach is to
assume a given direction of power flow, to construct and solve the corresponding ma-
trix, and to verify the assumption thereafter. Closer inspection of the SPPH architecture
reveals that in total nine possible operating modes exist. This conclusion can be drawn
by considering that the gas turbine can only produce positive power, and that not all
power paths connected to a given component can simultaneously flow in or out of that
component. Appendix A provides the coefficient matrices corresponding to these nine
operating modes. Although in the most generic sense all the different solutions have to
be probed, in most practical applications the designer decides beforehand under which
conditions the powertrain is operating. Moreover, the other, more simple powertrain ar-
chitectures contain less possible operating modes, and thus only a limited number of
these combinations have to be evaluated.

3.2.4. SIZING FOR COMPONENT FAILURE

When applying the powertrain model to the propulsive power-loading diagram, the in-
verse of power loading, 1/(W /Pp), can be used. In other words, the powers are computed
per unit weight of the aircraft. However, some of the constraints in the diagram must be
met in “one-engine-inoperative” (OEI) conditions. OEI is interpreted here as the failure
of any one component of the powertrain. An exception is the PMAD, which is assumed
to contain redundant buses, such that the failure of a component of the primary power-
train branch does not affect the secondary powertrain branch and vice versa. Thus, the
effect of a single component failure can be accounted for by over-sizing all components
of the branch where the failure occurs by a factor N1/(N1 −1) or N2/(N2 −1), depending
on whether the failure occurs in the primary or secondary powertrain branch, respec-
tively. This implies that a single propulsive-power constraint leads to two constraints
in the component-power-loading diagrams in OEI conditions, depending on the power-
train branch in which the failure occurs.

The previous paragraph assumes that a single component of the powertrain will fail,
as is traditionally assumed for conventional aircraft. However, in the case of DP systems,
multiple instances of the components may be powered by the same source. As an ex-
ample, consider a HEP aircraft with twelve electrically-driven fans, clustered in groups
of three, such that if a connection fails in the PMAD, three electrical machines are lost
simultaneously. In this case, the “OEI” sizing constraint must over-size each element of
that powertrain branch by a factor N2/(N2 −3). It becomes evident that, in general, ac-
curately sizing the electrical powertrain for all possible failure modes is a complicated
and case-specific task, and is therefore not treated in depth in this preliminary sizing
method. A designer can use this method as basis and gradually increase the fidelity of
the modeling as the system architecture becomes more defined. Similarly, the effect of
battery pack failure is not addressed in this study. Although a simple correction can be
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applied by multiplying the battery’s power requirements by a fraction Nbat/(Nbat − 1),
where Nbat is the number of independent battery packs, an accurate evaluation of bat-
tery failure would require a more detailed design and analysis of the electrical system.

Another important characteristic of powertrains with two energy sources is the abil-
ity to divert power from one branch to the other in case of component failure. For exam-
ple, if one of two gas turbines fails, the other will not have to be over-sized by a factor 2,
if the battery can supply additional power. This would, in essence, change the supplied
power ratio during that flight condition. Therefore, although the re-routing of power in
case of component failure is not explicitly included in the present method, it can be ac-
counted for by correctly selecting the independent variables ϕ and Φ. The designer can
do so through trial-and-error, or by means of an external optimization loop. Finally, it
is worth noting that in case of component failure, the same total thrust is maintained
in order to meet the performance requirement, and thus the aero-propulsive effects are
assumed to remain unaffected. This is a valid assumption if ∆CL , ∆CD , and ∆ηp vary
linearly with thrust. However, if the failure of a determined powertrain component has
a significant impact on the aero-propulsive effects, then the delta terms of Eqs. 3.6–3.5
must include additional dependencies to reflect this.

3.3. SIZING FOR ENERGY
This step of the sizing process calculates the fuel and battery energy required for an as-
sumed mission profile and take-off weight. Since, at this stage, the power-loading of each
component has been determined, the installed power can readily be obtained with an
assumed TOW value. For conventional aircraft, the fuel mass is commonly determined
in the preliminary sizing phase Breguet range equation for the cruise phase, and con-
stant fuel fractions for the non-energy-intensive mission phases [85, 91]. An analytical
range equation can also be derived for hybrid-electric aircraft if constant power-control
parameters are assumed (Sec. 3.3.1). However, the power-control profiles have a strong
impact on block energy consumption [102], and thus the energy sizing method must be
applicable for generic power-control profiles. Therefore, already in the preliminary siz-
ing phase of hybrid-electric aircraft, a time-stepping mission analysis is recommended
(Sec. 3.3.2).

3.3.1. RANGE EQUATION
If constant power-control parameters are assumed and the cruise phase is dominant for
the overall energy consumption, then an analytical equation can be used to estimate the
energy required for a mission of a determined range R. In Appendix B, a range equation
for hybrid-electric aircraft with a single propulsion system is derived, leading to:

R = η3
ef

g

(
L

D

)(
η1 +η2

Φ

1−Φ
)

ln

WOE +WPL + g

ebat
E0,tot

(
Φ+ ebat

ef
(1−Φ)

)
WOE +WPL + g

ebat
ΦE0,tot

 . (3.23)

The range equation given by Eq. 3.23 is valid for conventional, serial, parallel, turbo-
electric, and fully-electric architectures, as long as the supplied power ratio, flight speed,
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lift-to-drag ratio, and transmission efficiencies are constant. An approach similar to the
one in Appendix B can be followed to derive the equivalent expression for powertrains
with two propulsion systems (partial-turboelectrc, SPPH), although in that case also the
shaft power ratio must be constant. Although Eq. 3.23 is straightforward to apply, it
should be used with some caution. For example, it can be used to compute the total
energy required for a given harmonic range only if most of the energy is consumed in
the cruise phase, e.g. for long-haul flights. If not, Eq. B.15 should be used instead to
compute the energy requirements of specific mission segments. However, both formula-
tions are inaccurate for climb and descent phases, since they assume a small flight-path
angle (γ¿ 1). Furthermore, given that (hybrid-) electric configurations typically have
much higher empty-weight fractions than conventional fuel-based aircraft—due to the
increased powertrain weight—it is important to assume appropriate empty-weight val-
ues when comparing different aircraft configurations.

3.3.2. MISSION ANALYSIS
In this approach, a numerical quasi-steady point-model is used, which analyses the in-
stantaneous point performance of the aircraft at suitably small time intervals along the
mission. For this, the mission is divided into different segments, such as climb, cruise,
descent, or loiter. For each time step, performance is assumed constant and thus the bat-
tery energy and fuel energy consumed in the interval i can be estimated by multiplying
Pbat and Pf by the duration of the time interval ∆ti :

Ef,i = Pf,i ·∆ti , (3.24a)

Ebat,i = Pbat,i ·∆ti , (3.24b)

The power consumption at the energy sources is in turn related to the total propulsive
power through the powertrain model described in Sec. 3.2. Depending on the mission
segment, the designer can either specify the required propulsive power and compute the
necessary power-control parameters, or specify all three power-control parameters and
compute the resulting excess power used to change altitude or velocity (see Appendix A).
The total propulsive power can be calculated as a function of the flight condition using
Eqs. 3.10, 3.11 and 3.13. In this way, the aero-propulsive interaction effects are taken
into account. Then, for the subsequent time step, the aircraft weight must be updated to
account for the reduction in fuel weight (which is zero if Φ= 1),

Wi+1 =Wi −
g Ef,i

ef
. (3.25)

Finally, the total energy requirements are computed by integrating the energy consump-
tion per time interval along the entire mission.

3.4. WEIGHT ESTIMATION
For hybrid-electric aircraft, the operative empty weight (OEW) cannot be estimated us-
ing the traditional Class-I empirical correlations, since there is no weight database for
HEP aircraft. The weight breakdown of these aircraft differs appreciably from conven-
tional aircraft for several reasons. First of all, the battery weight has to be included in the
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total aircraft weight. Secondly, the weight of the powertrain is considerably higher for
hybrid-electric propulsion systems (see for example Refs. [77–79, 113–115]). Further-
more, in some cases, the wing loading can be significantly higher for HEP concepts [48],
and therefore the wing weight fraction will not be comparable to conventional aircraft.
Taking this into account, the TOW of the aircraft can be expressed as:

WTO =WOE +WPL +Wf +Wbat, (3.26)

where the fuel weight Wf is obtained from the mission analysis.
The weight of the batteries Wbat is not included in the “empty weight” term because

it is not accounted for in traditional empty-weight correlations, can constitute a signifi-
cant fraction of the overall aircraft weight, and may—in some applications—be a variable
weight term if, for example, interchangeable battery packs are used in varying quantities
depending on the mission. The required battery weight for a determined mission can be
limited by either energy or power requirements. Both should be evaluated in the sizing
process, so as to assure both requirements are met. In terms of energy requirements,
the total battery energy computed in the mission analysis can be divided by the spe-
cific energy of the batteries at pack level, ebat, in order to obtain the battery mass. To
this amount, a minimum SOC margin (typically around 20%; see Sec. 2.1.1) should be
added to avoid limited power output or reducing the batteries’ cycle life. The maximum
power requirement, on the other hand, can be obtained from the design power-loading
value obtained in the battery-power-loading diagram, together with an initial guess of
the TOW, i.e. Pbat = WTO/(WTO/Pbat). This can then be converted into a minimum bat-
tery mass requirement if the battery’s specific power at pack level is known. The specific
energy and power at pack level can in turn be related to more accurate descriptors such
as cell voltage, maximum discharge rate, or packaging efficiency if a battery model is
available.

The OEW term of Eq. 3.26 should be further decomposed in order to distinguish
the contribution of the powertrain Wpt, as evidenced in earlier studies [78, 213, 214].
Furthermore, as discussed previously, the contribution of the wing weight Ww should be
isolated:

WOE =WOE′ +Ww +WPT. (3.27)

In Eq. 3.27, WOE′ is the operating empty weight excluding the powertrain and wing. This
component can be estimated by calculating the OEW of a conventional reference aircraft
using empirical correlations, and subtracting the weight that the wing and powerplant
would have on that aircraft, i.e. WOE′ = WOE,ref −Ww,ref −WPT,ref. This assumes that the
rest of the airframe is not significantly affected by incorporating a HEP or DP system.
Although the accuracy of this assumption is debatable, more detail would imply going
to a complete Class-II weight estimation, for which a more extensive description of the
design would be required. The empirical correlations used in this research for the wing,
turboshaft, and operating empty weight of conventional aircraft are based on the books
of Torenbeek [91], Roskam [85], and Raymer [92], respectively. The wing-loading value
used to compute Ww,ref is estimated by evaluating the stall speed constraint in absence
of aero-propulsive interaction effects, in which case (W /Sw)ref = q∞CLmax,airframe .
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Finally, the weight of the powertrain has to be estimated. If the specific power
(kW/kg) or a power-to-weight correlation of each component of the corresponding pow-
ertrain architecture is known, then the complete powertrain weight can be estimated for
a given TOW value, since the power required from each component is determined by its
respective power-loading diagram. Since most of the mentioned component weights de-
pend on the TOW of the aircraft, an iterative calculation is required, as indicated in Fig.
3.1. After converging on the TOW in the weight estimation module, the mission analysis
can be employed to recompute the fuel and battery energy requirements, repeating the
process until converging on a final TOW.
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VERIFICATION OF SIZING METHOD

The preliminary sizing method described in the previous chapter should be validated
to ensure that no critical considerations have been overlooked in the formulation of the
method and its assumptions, and that no mistakes have been made in the derivation
and numerical implementation of the equations. However, since only a limited number
of manned hybrid-electric aircraft have been flight tested, no validation data is available.
Therefore, a formal validation process is not possible, and the procedure outlined in Fig.
4.1 is followed instead.

The first step of Fig. 4.1 is to validate the sub-modules of the method, such as the
weight-estimation module or the aerodynamic model. However, since the proposed siz-
ing method is limited to Class-I sizing, no complex sub-modules which require a dedi-
cated validation are used. The weight-estimation methods are based on proven statisti-

1. Validate submodules (where applicable)

2. Validate integrated tool for conventional 
configurations by comparing to reference data

3. Verify integrated tool for HEP 
configurations by comparing to other methods

Mission 
requirements

HEP 
technology 

assumptions

HEP 
design 

parameters

Figure 4.1: Main steps of the verification & validation procedure.

The studies presented in this Chapter were performed in collaboration with D. F. Finger [104] and have been
published in Ref. [215]
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cal correlations, while the aerodynamic polar is based on assumed variables such as the
Oswald factor and zero-lift drag coefficient, which are again chosen based on empirical
values. One exception is the aero-propulsive model, which can be arbitrarily complex.
If such a model is incorporated in the sizing process—which is not the case in this ini-
tial validation exercise—then it must first be validated separately. The aero-propulsive
models used in this dissertation are validated in Ch. 8 and Appendix C. In the second
step of Fig. 4.1, the method is used to size a conventional reference aircraft, for which
sufficient validation data is available. This step confirms that reasonable input values
(e.g. drag polar characteristics) have been assumed, and that the method is applicable
to conventional aircraft configurations.

If the submodules have been validated individually and the method is validated
for conventional aircraft configurations, then it is also applicable to HEDP aircraft, as
long as the simplified HEP powertrain representation and the incorporation of the aero-
propulsive effects are correct. Although no validation can be performed as such, these
modules are based on elementary physical relationships (Eqs. 3.7a–3.7c: “force equals
mass times acceleration”, Eq. 3.21: “power out equals power in times transmission ef-
ficiency”). Thus, a verification study is considered sufficient to gain confidence in the
accuracy of the overall sizing method for HEP configurations. To maximize this confi-
dence in the sizing method, the impact of the parameters which have the largest influ-
ence on the aircraft figures of merit, or those that present the largest uncertainty, should
be analyzed. Although the influence of each parameter depends on the configuration,
in general, at least the following three sets of parameters should be considered: mission
requirements (e.g. range), technology assumptions (e.g. battery specific energy), and
HEP-specific design parameters (e.g., supplied power ratio).

For this verification procedure, the method proposed in the previous chapter is com-
pared to an independently-developed sizing method. This benchmark method is de-
scribed in the following section. Since the reference method was not developed to ac-
count for aero-propulsive interaction effects, these are not included in the verification
study. The two methods are then used to size a conventional reference aircraft and a
series of hybrid-electric variants in Secs. 4.2 and 4.3, respectively.

4.1. BENCHMARK SIZING METHOD
The method used for cross-validation was developed by Finger [104] at FH Aachen. This
methodology was conceived for the design of general-aviation aircraft, with special focus
on the ability to analyze VTOL aircraft. The methodology of the sizing process is docu-
mented in Refs. [104, 211]. Analogous to the method described in Ch. 3, the method-
ology is separated into two major parts: point performance, also referred to as the con-
straint diagram, and mission performance, also known as the mass estimation. The mis-
sion is broken into a several segments and simulated in a time-stepping manner, using
an energy-based approach. To cover the mix of consumable (fuel) and non-consumable
(batteries) energy sources, the masses are not treated as fractions, but as absolute values.
Based on a first estimate for the MTOM, all masses that make up the total mass are cal-
culated. This can be done using both Class-I and Class-II mass estimation methods from
the traditional aircraft design methods. Based on the new MTOM, the next iteration step
can be started.
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This reference sizing method is applicable to conventional, parallel, serial, and fully-
electric powertrains with one type of propulsor. For serial and parallel powertrains, a
“hybridization factor” HP is defined to specify the split of power coming from the two
energy sources, analogous to the supplied power ratio defined in the previous chapter.
This hybridization of power is expressed differently for parallel hybrid (PH) and serial
hybrid (SH) architectures and, for the conventions used in Fig.3.4, is defined as:

HP,PH = −Pgb

Pgt −Pgb
, (4.1)

HP,SH = Pbat

Pbat +Pe1
. (4.2)

The variable HP therefore governs the power split at the node (i.e., the gearbox for the
parallel architecture, or the electrical node for the serial architecture), while the supplied
power ratioΦ specifies the power split at the energy sources. The two parameters can be
linked through:

Φ=



1

1− ηgb

ηgt

(
1−HP,PH

)
HP,PH

, for parallel architectures,

1

1+ 1

ηgtηe1

(
1−HP,SH

)
HP,SH

, for serial architectures.

(4.3)

In both formulations, a fully-electrical powertrain is achieved if the power split is equal to
one (HP = 1 ↔Φ= 1) for all mission segments and performance constraints of the sizing
process. In that case, the power required from the gas turbine is zero independently
of the architecture considered. Therefore, in both sizing methods, the fully-electrical
architecture can automatically be obtained as a limit case.

In the text that follows, “Method A” will be used to refer to the benchmark method of
FH Aachen, while “Method B” will be used to refer to the method described in this disser-
tation. Although both methods stem from the well-known Class-I design methods, there
are differences in the assumptions, constraint analysis, mission analysis, and systems
analysis. In addition to the different parametrization approach described above, one im-
portant difference is the calculation and interpretation of the power-loading diagrams,
which is discussed in Sec. 4.3.2. For a more exhaustive explanation of the differences,
the reader is referred to Ref. [215].

4.2. REFERENCE AIRCRAFT
In this section, a baseline reference aircraft is sized for a given set of top-level require-
ments. For this study, a 19-seat, CS-23 commuter aircraft is selected. Commuter class
aircraft (up to 8618 kg) are larger than the general aviation category (up to 5760 kg), for
which Method A is designed, and smaller than the CS-25 transport aircraft, for which
Method B is typically used. In this way, it is possible to verify that the approaches are
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generic enough for the sizing of hybrid-electric aircraft in general, and not just limited to
the aircraft category for which they were initially intended. The results are subsequently
used as a baseline for the hybridization studies of Sec. 4.3.

4.2.1. TOP-LEVEL REQUIREMENTS AND ASSUMPTIONS
The reference aircraft is based closely on the Dornier/RUAG Do 228NG, a twin-
turboprop STOL utility aircraft [216]. This aircraft has been analyzed in previous hybrid-
electric aircraft studies (see e.g. Refs. [217, 218]). Moreover, performance data of the air-
craft is available from multiple sources [216, 219–221], and therefore it is well-suited as a
reference configuration. For propulsion, Honeywell TPE331 engines are used. They are
flat-rated at 579 kW when installed on the Do 228 [220], but are designed to produce up
to 701 kW [221]. The reference aircraft is sized for a typical commuter mission, including
diversion, 30 minutes of loiter, and additional contingency fuel reserves, as specified by
the regulations [222]. The mission specification and top-level design requirements are
shown in Table 4.1. The selected aircraft performance requirements are based on infor-
mation given in Refs. [216, 220], while the propulsion system data is obtained from man-
ufacturer data and the Do 228’s pilot’s operating handbook [219]. Moreover, the mission
requirements are extracted from the payload-range diagram of the aircraft, presented in
Fig. 4.2.

Table 4.1: Mission and performance requirements of the baseline aircraft used in the validation study.

Parameter Value Parameter Value
Take-off distance [m] 793 Diversion speed Vdiv [m/s] 85
Taxi/Take-off altitude hTO [m] 0 AEO ROC at SL [m/s] 8
Cruise altitude hcr [m] 3000 OEI ROC at SL [m/s] 2
Landing/Taxi altitude hL [m] 0 Range (baseline) R [km] 396
Diversion altitude hdiv [m] 1000 Diversion range Rdiv [km] 270
Loiter altitude hloiter [m] 450 Loiter time [min] 30
Cruise speed Vcr [m/s] 115 Contingency fuel [%] 5
Stall speed Vs [m/s] 34.5 Payload (baseline) mPL [kg] 1960
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Figure 4.2: Payload-range diagram of the Do 228NG. Data taken from Ref. [220].
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The values of the design parameters and additional input assumptions selected to
meet these top-level requirements are included in Appendix D.1 for traceability. For the
aerodynamic characteristics of the Do 228NG, no data was found in the public domain,
and therefore a drag polar had to be assumed. A two-term drag polar was used, as indi-
cated in Eq. 4.4, for which it is assumed that the quadratic term is inversely proportional
to the Oswald factor, as normally defined in a symmetric drag polar. The assumed aero-
dynamic properties, which were based on preliminary CFD simulations of a simplified
Do 228NG geometry [215], are gathered in Table 4.2. The designs were found to be es-
pecially sensitive to the aerodynamic modeling of the aircraft and to the performance
characteristics of the turboshaft engine. For the power lapse and or thermal efficiency of
the engine, a surrogate model was built based on the TPE331 performance data provided
in Ref. [221]. Due to the flat-rating of the TPE331 used on the Do228, the engine was
found to be able to produce maximum power at all combinations of flight speed and al-
titude considered in this study. The specific fuel consumption of the engine, meanwhile,
is computed as a function of flight speed and altitude using the surrogate model, and
additionally corrected for part-throttle, as mentioned in the previous section.

CD =CD ,min +
(CL −CL,minD )2

πAe
(4.4)

Table 4.2: Drag polar characteristics assumed for the verification study.

Parameter Value
Aspect ratio A [-] 9
Minimum drag coefficient CD ,min [-] 0.029
Minimum-drag lift coefficient CL,minD [-] 0.17
Oswald factor e [-] 0.63

4.2.2. SIZING FOR BASELINE MISSIONS
The first step of the sizing process is to determine the wing loading and power-loading or
power-to-weight ratio of the aircraft. To this end, the results obtained from both meth-
ods for the Do 228 is shown in Fig. 4.3. For completeness, all additional performance
requirements specified by the regulations (Refs. [223, 224]) have been included in grey
lines. However, these additional constraints were found to not actively constrain the de-
sign space, and are therefore not discussed in further detail.

The agreement of both methods is good, although slight variations can be observed
in the diagram. The most glaring disparity is the take-off distance constraint. Method A
uses Gudmundsson’s approach [225], which correlates WTO/Sw and Ps/WTO in a non-
linear fashion. Method B uses Raymer’s linear regression approach [92], which gives
more optimistic values at high wing loading. The one-engine inoperative (OEI) rate-
of-climb (ROC) constraint at sea level (SL) is found to differ slightly due to the differ-
ent flight speeds assumed in the two methods [215], with Method B being slightly more
conservative. The all-engines operating (AEO) ROC constraint and the stall speed con-
straint, which determine the design point, are found to show a good agreement between
the two methods, as well as the cruise speed constraint. Consequently, the design points
obtained from both methods are practically identical and differ less than 1% from the
design point of the Do 228, as shown in Table 4.3.
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Figure 4.3: Performance constraint diagram of the reference aircraft configuration, corrected to maximum
throttle.

Table 4.3: Mission and performance requirements of the baseline aircraft used in the validation study.

Do 228 Method A Method B
Ref. data Value Difference Value Difference

WTO/S [N/m2] 1962 1957 -0.3% 1958 -0.2%
Ps/WTO [W/N] 18.44 18.65 +1.1% 18.63 +1.0%

Using the Ps/WTO and WTO/Sw data from the constraint diagrams, the mission per-
formance analysis is carried out to determine the energy requirements of the desired
mission. This is conducted for three different points of the Do 228 payload-range dia-
gram: a short-range mission with maximum payload, a medium-range mission with 75%
load factor, and a long-range mission that corresponds to maximum fuel and minimum
payload (see Fig. 4.2). Since these three missions lie on the envelope of the payload-
range diagram, the sizing methods should also return the same take-off mass for each
of the points. The sizing results of these missions are shown in Table 4.4 for both meth-
ods. The difference in MTOM between the reference aircraft and the sizing results of
the numerical methods is less than 4%. This is a relatively accurate result, considering
that these methods are intended for conceptual design studies, and the fidelity of the
modeling is relatively low. As a general trend, Method A seems to over-estimate MTOM
(+0.5 to +3.8%), but no clear trend regarding the influence of the design range can be
seen. Method B gets an excellent result (+0.3%) for the short mission, but slightly under-
predicts MTOM for longer ranges (up to -3.3%). Furthermore, to verify that the MTOM
estimation of the aircraft is correct and not an artifact of counteracting effects in the
component mass estimation, the component masses of both methods for each mission
are compared to reference data in Fig. 4.4. This figure shows that, apart from the fuel
mass, both methods are capable of sizing the different components with reasonable ac-
curacy.
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Table 4.4: Mission and performance requirements of the baseline aircraft used in the validation study.

Mission Reference Method A Method B
R [km] mPL [t] MTOM [t] MTOM [t] Diff. MTOM [t] Diff.

396 1.96 6.40 6.64 +3.8% 6.42 +0.3%
1280 1.33 6.40 6.43 +0.5% 6.40 0.0%
2361 0.55 6.40 6.49 +1.4% 6.19 -3.3%

0,8

0,9

1

1,1

1,2

C
al

cu
la

te
d 

va
lu

e/
re

fe
re

nc
e 

va
lu

e

a) Short range mission b) Medium range mission c) Long range mission

Reference

Method A

Method B

Figure 4.4: Comparison between results obtained from the two sizing methods and reference aircraft data.

Figure 4.4 shows that the largest discrepancy between the reference and the results
of both methods is found for the fuel mass. Fuel mass is directly connected to the over-
all efficiency of the aircraft, and almost all modeling errors manifest themselves in an
increase or decrease in fuel burn. The sensitivity of fuel burn to the aerodynamic char-
acteristics of the aircraft and to the performance map of the turboshaft engine make the
discrepancy hard to trace back to a specific assumption or modeling error. The largest
relative difference is found for the short-range mission, which also has the lowest abso-
lute fuel mass. Consequently, the relative deviation from the reference data is the largest,
even though the fuel mass is only over-predicted by approximately 60 kg (see Appendix
D.1). The larger error for shorter missions also suggests that different reserve-fuel re-
quirements might play a role. For example, the actual diversion range of the reference
aircraft might be lower than assumed here.

The inherent differences of the mission analyses of both methods play a factor as
well: the taxi, take-off, and landing fuel fractions are calculated differently, a different
climb and descent strategy is used, and the variable turboshaft efficiency is implemented
differently, as discussed in Ref. [215]. Especially the last two points have an important
effect for the shorter missions, as a larger fraction of the mission is spent in off-design
conditions, instead of in cruise flight. To further investigate possible differences in the
mission analysis, Fig. 4.5 shows the mission profile obtained by the two sizing methods
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for the short-range mission. Note that, for such a short mission, the reserves play an im-
portant role in determining the total fuel weight. Although no mission data is available
for the reference aircraft, Fig. 4.5 shows that the two methods produce similar mission
profiles. The climb and descent profiles of Method B are smoother but lead to slightly
higher energy consumption, as discussed earlier. Moreover, Method A explicitly models
the taxi-out, take-off, landing, and taxi-in phases, while Method B does not. For Method
B, the nominal mission starts at take-off speed and ends at the approach speed. Fi-
nally, Method A always accelerates/decelerates and climbs/descends between mission
phases, while Method B presents a discontinuity at the beginning and end of the loiter
phase, for which no transition phases are modeled. However, despite these differences,
the block fuel consumption computed by the two methods does not differ significantly,
as reflected in Fig. 4.4.
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Figure 4.5: Reference aircraft altitude (top) and velocity (bottom) profiles for the short-range mission.

4.3. HYBRID-ELECTRIC AIRCRAFT
In this section, the conventional, parallel-hybrid, serial-hybrid, and fully electric air-
craft obtained from the two methods are compared with each other. The differences
observed with the conventional baseline aircraft in Sec. 4.2.2 can largely be attributed
to different modeling approaches for the mission reserves and powertrain components.
To exclude these differences—which are not inherent to the formulation of the two siz-
ing methods—several additional simplifications are made for the comparison of hybrid-
electric aircraft. In this way, the additional discrepancies due to the incorporation of
hybrid-electric propulsion can be isolated. These simplifications are described in Sec.
4.3.1. Sections 4.3.2 and 4.3.3 then present the results for the baseline mission and the
parameter sweeps, respectively.
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4.3.1. ASSUMPTIONS
For conventional 19-seater aircraft, a 5% contingency fuel reserve has to be maintained
[222]. Given that for HEP aircraft it is unclear whether these energy reserves should be
accounted for in the fuel energy, battery energy, or both, this 5% contribution to total
energy is not included in the following analyses. Thus, the fuel mass is reduced com-
pared to the conventional short-range results. Moreover, for the serial and parallel pow-
ertrains, a constant power split of HP = 0.1 is assumed throughout the mission and for
all performance constraints. Furthermore, for the comparison of (hybrid-) electric con-
cepts, the thermal efficiency of the gas turbines is fixed, independently of the throttle
setting or flight condition, and assumed to be ηGT = 0.21. This corresponds to a BSFC1 of
398 g/kWh, and is applied to both the (hybrid-) electric concepts and the conventional
fuel-based reference aircraft, which is re-evaluated for this comparison. This value is
obtained by calculating the average efficiency of the short-range mission, including the
ground and diversion phases of the mission.

The values of specific power and transmission efficiency assumed for the electrical
machines (EM) and inverters/rectifiers are based on the state-of-the-art research goals
presented in Ref. [119] and are gathered in Table 4.5. The EMs are assumed to achieve 13
kW/kg, and the specific power of the power converters is assumed to be 19 kW/kg. Note
that these values do not correspond to technology existing today, but are projected val-
ues based on state-of-the-art research goals. Since a thermal management system and
additional elements of the power management and distribution (PMAD) system can sig-
nificantly increase this system’s mass, the total mass of the electrical systems is increased
by 30%. This generic mass penalty is assumed due to a lack of information in the prelim-
inary sizing phase for an accurate estimation of the mass of components such as cooling
systems or cables. Thus, the equivalent specific EM mass is assumed to be 5.92 kW/kg.
To describe the losses of the electrical system, a constant equivalent motor efficiency of
95% is used, and all other component’s efficiencies are set to 100%.

Table 4.5: Characteristics assumed for electrical drivetrain components in the verification study.

Parameter Value
Turboshaft specific power SPGT [kW/kg] 3.31
Turboshaft efficiency ηGT [-] 0.21
EM specific power (equivalent) SPEM1, SPEM2 [kW/kg] 5.92
EM efficiency (equivalent) ηEM1, ηEM2 [-] 0.95
Battery specific energy ebat [Wh/kg] 1500a

Battery specific power SPbat [kW/kg] 6.0 (= 4C )
Battery efficiency ηbat [-] 1.0
Minimum battery state-of-charge [-] 20%
aThis value is selected to obtain converged designs for longer mission ranges, for verification

purposes only. It is not supposed to represent a realistic value for any particular year of EIS.

1Note that BSFC = 1/(ηGTef).
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The battery system is modeled using a rudimentary “energy in a box” approach.
Thus, an idealized constant potential battery is assumed. The internal resistance and
other losses are assumed to be zero, and consequently, the efficiency of the battery is
100% (see Table 4.5). To preserve battery life and to account for energy reserves, a 20%
state-of-charge margin is used. For the sake of comparison, futuristic technology as-
sumptions are used, to allow for convergence of aircraft with high levels of hybridization
and fully electric aircraft. With a specific energy ebat = 1500 Wh/kg and a 4C discharge
rate, reasonable MTOM values could be achieved over the range of input parameters
evaluated in Sec. 4.3.3. The selection of more realistic, near-term battery technology
would have resulted in many unconverged design points in the parameter sweeps. How-
ever, it is important to stress that these technology values assumed for the batteries at
pack level must be considered beyond optimistic. The maximum theoretical specific
energy of typical Li-Ion batteries (lithium cobalt oxide cells) at cell level is 387 Wh/kg
[116]. Lithium-sulfur or lithium-air batteries could reach specific energy levels over
2500 Wh/kg in theory but are far from being usable in practical, high-power applications
[116].

4.3.2. SIZING FOR BASELINE MISSIONS

In this section, the HEP variants are sized for the three reference missions presented in
Sec 4.2.1. Both methods differ in their approach to constructing the constraint diagram,
which is the first step of the sizing process. To illustrate the difference, Fig. 4.6 presents
a series of constraint diagrams obtained from Method A and Method B. For both meth-
ods, only the five driving constraints (as discussed in Sec. 4.2.2) are presented; other
constraints from the certification specifications are neglected. As this example is only
meant to further illustrate the different approaches of the methods, the constraint dia-
grams are only shown for the parallel architecture.

Method A attempts to simplify the power-sizing process as much as possible. The
constraint diagram is constructed with all constraints at the same hybridization factor
HP , corrected to maximum throttle at sea level and maximum take-off mass, and sub-
sequently, the design point is selected. In Fig. 4.6 , the design point is 18.63 W/N at a
wing loading of 1.96 kN/m². To find the power required for a predetermined hybridiza-
tion ratio, the total power-to-weight ratio, Ps/WTO, is split by the hybridization ratio. For
the example in Fig. 4.6, a Ps/WTO of 16.76 W/N is obtained for the gas turbine, while
the remaining difference between gas turbine power and total installed power is pro-
vided by the electric power system. In other words, since a hybridization of 10% is used,
Pgt/WTO = 16.76, and PEM/WTO = 1.87 (where the electric motor power is PEM = −Pgb,
following the convention of Fig. 3.4). Because the normalization to maximum gas-
turbine throttle at sea level is applied to the total shaft power, the electric powertrain
components are slightly oversized.

Method B, on the other hand, allows the designer to specify different power-control
parameters (i.e., throttle and supplied power ratio) for each performance constraint.
Hence, different components can be sized by different constraints, and none of the com-
ponents is over-sized. For example, if the batteries and electromotor were only used
during climb, then they would be actively sized in that condition, while the gas-turbine
would have to provide only part-power, and would, therefore, be sized by a different
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4

constraint such as take-off or cruise. However, compared to Method A, this requires the
designer to specify additional control settings, leading to a more complex interpreta-
tion of the constraint diagrams, as evidenced in the bottom half of Fig. 4.6. This figure
shows how first the shaft power-loading diagram is constructed (Fig. 4.6.B.1), based on
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Figure 4.6: Overview of how the constraint diagrams of Method A (top) and Method B (bottom) are used in the
design process. Diagrams obtained for the parallel powertrain configuration.
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which the constraint diagrams of the remaining elements of the powertrain are com-
puted for a given supplied power ratio. Since the power split is kept constant for all
performance constraints in this study (HP = 0.1), the relative positions of the constraints
do not change much, although the power-to-weight ratio required from the electric mo-
tors is much lower than the gas turbine, as visible in Figs. 4.6.B.2 and 4.6.B.3. Given
that different throttle settings are used for different constraints (see Appendix D.1), the
gas turbine has a different active constraint than the electric motors. Note that only the
gas turbine is corrected for throttle setting, as shown in Fig. 4.6.B.4. Nevertheless, even
though the two methods use fundamentally different approaches for the matching di-
agrams, the resulting design points are comparable. The gas-turbine power-to-weight
ratio is virtually the same for both cases (PGT/WTO = 16.76 and 16.77 for Methods A and
B, respectively). The power-to-weight ratio obtained for the electrical motors is approx-
imately 5% lower for Method B (PEM/WTO = 1.87 and 1.78 for Methods A and B, respec-
tively) since it is not throttle-corrected.

Using the P/WTO and WTO/Sw data from the constraint diagrams, the mission per-
formance analysis is carried out, and the aircraft’s size is matched to the required mis-
sion performance. The resulting MTOM predicted by the two methods is presented in
Table 4.6, including the difference of Method B with respect to Method A, which is cal-
culated as (MTOMB-MTOMA)/MTOMA. Additionally, the MTOM breakdown obtained
for the short-range mission is shown in Fig. 4.7. In all cases, the differences between the
two methods are considered acceptable for a Class-I sizing process. The most important
conclusions that can be drawn are summarized in the following paragraphs.

A. CONVENTIONAL POWERTRAIN

The results for the conventional powertrain configuration (shown in Table 4.6) differ
slightly from the results shown in Sec. 4.2.2, due to the simplified modeling approach
taken for the HEP comparison. The discrepancy is larger for the short- and long-range

Table 4.6: Maximum-take off mass values calculated for the conventional, parallel, serial, and fully-electric
powertrain configurations. “N/A” indicates that no converged design was obtained.

Powertrain R [km] mPL [t]
Method A
MTOM [t]

Method B
MTOM [t]

Difference

396 1.96 6.22 6.26 +0.7%
Conventional 1280 1.33 6.36 6.45 +1.3%

2361 0.55 7.08 7.18 +1.4%
396 1.96 6.36 6.39 +0.4%

Parallel 1280 1.33 7.06 7.10 +0.6%
2361 0.55 13.47 13.36 -0.8%
396 1.96 8.30 8.25 -0.6%

Serial 1280 1.33 12.52 12.35 -1.3%
2361 0.55 N/A N/A N/A
396 1.96 8.17 8.29 +1.5%

Electric 1280 1.33 N/A N/A N/A
2361 0.55 N/A N/A N/A
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Figure 4.7: Mass breakdown of the four powertrain configurations obtained using Method A and Method B,
for the short-range mission (R = 396 km, mPL = 1.96 t).

missions than for the medium-range mission. For both methods, the MTOM obtained
for the short-range mission is lower than in Sec. 4.2.2, because the average gas-turbine
efficiency is accurate, but the fuel reserves are neglected. The MTOM obtained for the
long-range mission, to the contrary, is over-predicted because, in this case, the exclu-
sion of contingency fuel has a relatively lower impact, while the assumed gas-turbine
efficiency is lower than in practice, due to the long cruise segment. Nevertheless, the
agreement between both methods is good. The maximum difference in MTOM between
method A and method B is less than 1.5%.

B. PARALLEL POWERTRAIN

The results for the parallel hybrid powertrain show excellent agreement, with a differ-
ence of less than 1% between both methods. The level of hybridization is fixed at 10%,
which means that the propeller is always supplied by 1 part electric-motor power and
9 parts gas-turbine power, joined through a gearbox with 100% efficiency. A converged
design is obtained for all three missions, even though the long-range aircraft is more
than twice as heavy as the short-range aircraft. Considering the very advanced technol-
ogy assumptions that are made, this result indicates that efficient long-range flying with
hybrid-electric propulsion systems is not a straightforward task. However, the detailed
results for the short-range mission (Fig. 4.7) show that the fuel mass is reduced, when
comparing against the conventional propulsion layout, even though MTOM increases.

C. SERIAL POWERTRAIN

For this study, none of the prospective advantages of serial-hybrid designs (aero-
propulsive interaction, distributed propulsion, etc.) are taken into account. The serial
powertrain is therefore expected to perform worse than the conventional or parallel-
hybrid configurations. This is supported by the results presented in Table 4.6. Only
the short- and medium-range mission have converged. For the long-range mission,
the powertrain is too heavy and inefficient to converge—even with the highly optimistic
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technology assumptions. The results are very close (0.6% difference) for the short-range
mission, and still provide an acceptable agreement (1.6% difference) for the medium-
range mission. It is worth noting that, as for the parallel-hybrid powertrain, the level of
hybridization is fixed at 10%. This means that the electric motor is always supplied by 1
part battery power and 9 parts generator power.

D. FULLY-ELECTRIC POWERTRAIN

The final analysis is conducted for the fully electric powertrain configuration. Even with
the highly optimistic technology assumptions, only the short-range mission converges
for this powertrain architecture, as shown in Table 4.6. The medium and long-range mis-
sions require an MTOM above 50 tons, which is infeasible for a CS-23 aircraft. Yet, both
methods converged within 1.5% for the short-range mission. For this specific set of re-
quirements and technology assumptions, the serial-hybrid short-range aircraft and the
electric short-range aircraft converge to almost the same MTOM. In Fig. 4.7 it can be
observed that the additional mass required by the batteries for the fully-electric configu-
ration completely compensates the weight reduction due to the absence of gas turbines,
fuel, and generators. However, while Method A predicts a higher MTOM than Method
B for the serial-hybrid short-range case, it predicts a lower MTOM for the electric short-
range case. Therefore, no clear conclusion can be drawn regarding which of the two
methods is more or less conservative.

4.3.3. PARAMETER SWEEPS
As a final step of this verification study, the design methods are evaluated regarding their
ability to properly account for changes in key input parameters. The reader is reminded
that the aim is to compare the data and gradients obtained with the two methods, and
not to study the impact of these parameters on the performance of an actual hybrid-
electric aircraft. In this process, the impact of three parameters is analyzed while keeping
all other parameters constant: range, battery specific energy, and the hybridization ratio.
The baseline point for the parameter sweeps is the short-range mission. Thus, payload
is fixed at 1.96 t, and the design range is fixed at 396 km. The baseline technology as-
sumptions are the same as in Sec. 4.3. The results of the parameter sweeps are shown in
Fig. 4.8 for two measures of merit: maximum take-off mass (MTOM) and payload-range
energy efficiency (PREE) (as discussed in Sec. 2.1.2).

A. RANGE

The design range is varied from 100 km to 2500 km in steps of 100 km. Thus, short-
range missions of just 15 min flight time are covered at the low end, while the longest
flight would last 6 hours. The variables in Figs. 4.8a and 4.8b show a good agreement
between the two methods. The MTOM plots show an exponential relationship for in-
creasing ranges. When analyzing the MTOM results, the conventional aircraft shows to
be less sensitive to an increase in range, when compared to the other designs. The serial
and parallel designs show a similar slope but present an offset. This can be attributed to
the mass increase, which is inherent to the hybrid propulsion systems. The fully electric
design shows the highest slope. This behavior is expected, due to the much lower specific
energy of batteries, compared to fossil fuels. PREE shows an almost linear relationship
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Figure 4.8: Maximum take-off mass and PREE obtained for different mission ranges, battery specific energies,
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with range. Again, the highest sensitivity is observed for the fully electric aircraft, and
the lowest sensitivity is observed for the conventional design. When results for Methods
A and B are compared, they show only subtle differences for PREE. Method A slightly
overpredicts PREE, when compared to Method B. This is expected because the definition
of Emiss is slightly different between the methods, as described previously. The difference
is more pronounced at the lower ranges because the relative time spent for landing and
taxi-in is larger.

If the CS-23 commuter mass limit of 8618 kg (19000 lb) would be enforced, then the
maximum range of the fully electric and serial hybrid designs would be limited to less
than 450 km—even with the highly optimistic battery-technology assumptions—while
the conventional aircraft could achieve ranges of 1100 km. However, even though the
conventional aircraft is the lightest, its PREE is inferior to the electric and parallel hybrid
design at ranges up to 1100 km. This matches the trends observed in literature, which
show that electric and hybrid-electric aircraft can be more efficient for short-distance
flights, while longer ranges are most likely to be carried out by conventional aircraft
[213]. However, these are un-optimized designs with extremely optimistic technology
assumptions, and thus no quantitative conclusions should be drawn from this data.

B. BATTERY TECHNOLOGY LEVEL

The specific energy ebat of the batteries is varied from 100 Wh/kg to 2000 Wh/kg. The
reader is reminded that the extremely high specific-energy levels of this study are far
beyond the capabilities of practical batteries and are only used parametrically to show
the corresponding sensitivities. At the same time, the specific power SPbat is varied to
maintain a constant discharge rate of 4C . Thus, SPbat = 0.4 kW/kg at 100 Wh/kg, while
SPbat = 8 kW/kg at 2000 Wh/kg. ebat is varied in steps of 100 Wh/kg, and the results of the
sweep are presented in Figs. 4.8c and 4.8d. For the 4C discharge rate limit assumed, the
battery mass was found to be sized by energy requirements in all cases, and not by power
requirements. Thus, all missions are completed with a 20% state-of-charge remaining.

Again, the MTOM and PREE plots show a good agreement for all propulsion-system
architectures. The trends expected based on previous studies are captured, with battery
technology having no influence on conventional designs. For the other configurations,
improving battery performance yields lighter aircraft, which are also more efficient. The
absolute differences in MTOM between methods A and B are more pronounced at lower
technology levels because the aircraft become heavier. Method A again slightly over-
predicts PREE, when compared to Method B. For this analysis, the relative error of the
PREE calculation remains nearly constant across the sweep, because the mission range
is not varied. The difference in PREE is more evident for the fully electric configuration
(approximately 5% for the baseline ebat = 1500 Wh/kg) and is also reflected in the MTOM
comparison. This discrepancy is more prominent for the fully-electric configuration due
to the higher battery weight fraction and subsequent higher sensitivity to battery specific
energy.

Figure 4.8c shows that the CS-23 mass limit requires an ebat of at least 1450 Wh/kg
to allow for a fully-electric design. This indicates that electric propulsion systems will
not be a drop-in replacement for conventional propulsion systems in the near future,
for the missions considered. However, a design with such kind of batteries would reach
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three times the PREE of the conventional aircraft. Benefits in terms of PREE can already
be observed for batteries that exceed 800 Wh/kg. However, these aircraft would be four
times heavier than comparable conventional aircraft, due to the snowball effect of the
sizing process. Finally, Fig. 4.8d also shows that parallel architectures can present mi-
nor improvements in PREE if the battery specific energy is increased beyond 700 Wh/kg.
Serial powertrains, on the other hand, are always outperformed by conventional fuel-
based powertrains, since no potential improvements in aero-propulsive efficiency or
gas-turbine efficiency are included in this comparison.

C. HYBRIDIZATION RATIO

The hybridization ratio of the propulsion system is varied from 0% to 100% in steps of
10%. Note that the hybridization ratio is defined differently for serial and parallel pow-
ertrains, as discussed in Sec. 4.1. In both cases, a hybridization ratio of 100% corre-
sponds to a fully electric aircraft, which exclusively uses batteries. However, for a se-
rial architecture, a hybridization of 0% corresponds to a turbo-electric aircraft, while for
a parallel architecture, the powertrain is reduced to a conventional fuel-based engine.
Consequently, Figs. 4.8e and 4.8f shows the results of the parameter sweeps for the se-
rial and parallel powertrains, while the conventional and fully-electric configurations are
obtained as limit cases of these two sweeps.

Once more, the results show a good agreement between the methods for both
propulsion-system architectures. The parallel hybrid with a hybridization ratio of 0%
corresponds to a conventional aircraft and is, therefore, the lightest solution for the given
mission. As the hybridization ratio is increased, the weight fraction of the electric power
systems of the aircraft increases. However, as MTOM increases, so does PREE. At 100%
hybridization, the fully electric configuration is reached. The serial hybrid with a hy-
bridization of 0% corresponds to a turbo-electric propulsion configuration that uses no
buffer battery. As HP increases, the gas turbine size is reduced, and batteries are added
until the fully electric configuration is reached at HP = 1.0. The data points at HP =
0.0, 0.1, and 1.0 can also be found in the previous diagrams. Figure 4.8e shows that,
for the serial powertrain, the MTOM is practically insensitive to the hybridization ratio,
while PREE improves with increasing hybridization. This almost constant relationship
between HP and MTOM is specific for this set of input parameters, and not a trend in-
herent to the type of propulsion system in general. This was confirmed by performing
the sweep for a different value of ebat. Therefore, the practically zero gradient is a coin-
cidence: for the selected input parameters, the increase in battery mass as HP increases
compensates the decrease in engine, generator, and fuel mass.

4.4. CONCLUDING REMARKS
The previous sections have verified the implementation of the sizing method described
in Ch. 3 by comparing results to an independently-developed sizing method. A 19-
seater, fuel-based reference aircraft is first sized for three points of the payload-range
diagram. The results obtained from the two methods deviate from the reference data
by approximately 1% in terms of power-to-weight ratio, and by less than 4% in terms
of MTOM. The discrepancy in MTOM is predominantly attributed to uncertainties in
component modeling and variations in the mission profile. The two methods are then
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used to evaluate parallel, serial, and fully-electric configurations. When comparing the
different powertrain architectures for the three payload-range combinations selected, a
difference in MTOM of less than 2% is observed between the two methods. Additionally,
three parameter sweeps are performed, in order to analyze the sensitivity of MTOM and
PREE to mission range, battery specific energy, and the hybridization ratio of the air-
craft. The results of these sweeps show an excellent agreement in both slope and offset
between the two methods. The largest deviations are observed for the fully-electric con-
figuration, due to the sensitivity of the battery-weight fraction to energy consumption.
This leads to a PREE difference between the two methods of approximately 5% for the
baseline mission requirements and technology assumptions.

These differences lie well within the uncertainty of the Class-I sizing process and
confirm the correct implementation of the two methods. Although this does not nec-
essarily guarantee that the formulation of the methods is flawless—since both methods
might coincidentally be based on the same, inaccurate assumption—the agreement of
results significantly increases the confidence in these two formulations. This is further
evidenced by the trends observed in the parameters sweeps, which coincide with those
expected from literature. Based on this it is concluded that, if the sub-modules have
been individually validated, then the method described in Ch. 3 can indeed be used for
the preliminary sizing of hybrid-electric aircraft. However, when applying the method,
it should be noted that these indicative uncertainty margins, which are of the order of
a few percent, do not account for uncertainty in the input variables. For example, the
assumed battery specific energy, gas-turbine efficiency, or zero-lift drag coefficient may
differ by more than just a few percent from the actual value attained in practice. Con-
sequently, also the predicted aircraft characteristics may differ from the final product by
more than the 2%∼5% uncertainty observed in this study. To minimize such biases, it is
important to draw conclusions based exclusively on the differences between the hybrid-
electric aircraft and a reference aircraft sized with the same input parameters, and not
based on a comparison to existing aircraft data.
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CASE STUDY: EFFECT OF

DISTRIBUTED PROPULSION ON

AIRCRAFT SIZING

The derivations presented so far are applicable to HEP aircraft with generic propulsion-
system layouts. This section demonstrates how the method can be applied to tube-and-
wing aircraft featuring leading-edge distributed-propulsion systems. The purpose of this
demonstration is to understand how the incorporation of aero-propulsive interaction ef-
fects impacts the wing size, installed power, weight, and energy consumption of the air-
craft. A leading-edge distributed propulsion (LEDP) configuration is analyzed because, a
priori, no aero-propulsive model is available for over-the-wing configurations, and LEDP
configurations are comparable in the sense that they present a series of propellers in-
stalled along the wing which significantly affect its aerodynamic properties. Since the
aerodynamic characteristics of LEDP are not the focus of this Dissertation, the reader is
referred to Refs. [49, 61, 226] for additional information on this topic. For this design
study, the simplified LEDP aerodynamic interaction model described in Appendix C.2 is
used. First, a set of hypothetical top-level requirements is defined in Sec. 5.1, together
with the assumed aircraft characteristics and design parameters. Then, a power control
strategy is chosen and discussed in Sec. 5.2. Finally, in Sec. 5.3 a conventional configu-
ration is compared to reference aircraft data and two hybrid-electric concepts, showing
the potential benefits and penalties of these HEDP aircraft.

5.1. TOP-LEVEL REQUIREMENTS AND ASSUMPTIONS
A regional transport aircraft comparable to the ATR 72-600 is considered, with a har-
monic range of R = 1528 km (825 nautical miles) and a payload of 7500 kg. The aircraft
has a cruise speed of Mcr = 0.41 at a cruise altitude of 5486 m (18,000 ft), and the ap-
proach speed must be no greater than 59 m/s (115 kts). In the case of a balked landing,

Parts of this Chapter have been published in Ref. [203].
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the aircraft must be able to attain a climb gradient of 2.1% at 1.4 times the reference stall
speed with one engine inoperative [227]. Furthermore, a diversion range of 370 km (200
nm) is required, for which a diversion altitude and Mach number of 3048 m (10,000 ft)
and 0.3 are assumed, respectively. Finally, the aircraft must be able to take off with a field
length of less than 1333 m. In this demonstration case, the take-off-parameter (TOP) de-
scribed by Raymer [92] is used for the take-off distance constraint. The aircraft require-
ments are collected in Table 5.1. The design parameters selected to meet these require-
ments are given in Table 5.2. Several of the values shown in these tables are based on ATR
72-600 reference data [228]. Three powertrain architectures are examined as candidates:
a conventional turboprop, a serial powertrain with DP, and a partial-turboelectric (PTE)
powertrain with DP.

Table 5.1: Top-level aircraft requirements.

Requirement Value
Payload, mPL [t] 7.5
Cruise altitude, hcr [m] 5486
Cruise Mach number, Mcr [-] 0.41
Range, R [km] 1528
Approach speed [m/s] 59
OEI BL climb gradient [%] 2.1
OEI BL stall speed margin [-] 1.4
Diversion altitude, hdiv [m] 3048
Diversion Mach number, Mdiv [-] 0.3
Diversion range, Rdiv [km] 370
Take-off field length [m] 1333

Table 5.2: Selected design parameter values.

Parameter Value
Aspect ratio, A [-] 12
Half-chord sweep,Λc/2 [rad] 0
Taper ratio [-] 0.62
Root thickness-to-chord ratio, t/c [-] 0.18
No of primary propulsors, N1 [-] 2
No of secondary propulsors, N2 [-] 12
DP span fraction, bdp/b [-] 0.6
Spacing between DP propulsors, d/DP [-] 0.01
Axial position of DP propulsors, xP/c [-] 0.2

Regarding the assumed aircraft properties, the parameters which depend on the air-
craft configuration (clean, take-off, or landing) are shown in Table 5.3. These parameters
are presented per performance constraint. For all three design concepts, no thrust vec-
toring is considered, i.e. δP = 0o. Furthermore, lower propulsive-efficiency values are
assumed for the secondary propulsors of the serial architecture than for the PTE archi-
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tecture. While the latter presents two propulsion systems, in the serial configuration
all thrust has to be produced by the DP system. Consequently, it requires higher disk-
loading values, and hence the associated propulsive efficiency is lower.

Additionally, several assumptions related to the hybrid-electric powertrain are gath-
ered in Table 5.4. The weights of the gearbox, PMAD and propulsors are neglected. The
efficiency and specific power of the electrical machines are based on the technology
goals presented by Jansen et al. [119], and include both the electrical machine itself
and the associated inverter or rectifier. The values assumed are comparable to those as-
sumed in Ch. 4. For the batteries, a specific energy of 500 Wh/kg at pack level is selected,
which is considered an optimistic value for the 2035 timeframe, close to the theoretical
limits of lithium-ion batteries at cell level [45, 93, 116, 117]. Moreover, a specific power
of 1 kW/kg is assumed at pack level. Given the importance of cycle life, failure rate, and
failure containment for aerospace applications, a pack-level value of ebat = 500 Wh/kg
will almost surely require cell chemistries other than lithium-ion, and therefore the fea-
sibility of such specific-energy values for an EIS of 2035 is debatable. However, projec-

Table 5.3: Assumed aerodynamic and mission properties per constraint. All parameters are non-dimensional.

Cruise Approach Take-off OEI climb
speed speed distance gradient

Flap configuration clean landing take-off landing
Landing gear position retracted extended extended retracted
Zero-lift drag coefficient, CD0 0.022 0.087 0.037 0.067
Oswald factor, e 0.8 0.95 0.9 0.95
Maximum lift coeff., CLmax,airframe - 2.7 2.1 2.7
Prop. efficiency (primary), ηp1 0.85 0.8 0.75 0.8
Prop. eff. (secondary, serial), ηp2 0.8 0.6 0.7 0.7
Prop. eff. (secondary, PTE), ηp2 0.85 0.65 0.75 0.8
Aircraft weight fraction, fW 0.98 0.95 1 0.95
Gas turbine throttle, ξGT 0.8 0.5 1 1
Supplied power ratio (serial), Φ 0.05 0 0.1 0.1
Shaft power ratio (PTE), ϕ 0.1 0.8 0.4 0.4

Table 5.4: Assumed HEP component technology levels for the 2035 timeframe.

Parameter Value
Battery pack specific energy, ebat [Wh/kg] 500
Battery pack specific power, SPbat [kW/kg] 1
Minimum SOC [%] 20
EM specific power, SPEM1, SPEM2 [kW/kg] 7.7
EM efficiency, ηEM1, ηEM2 [-] 0.96
PMAD efficiency, ηPMAD [-] 0.99
Gearbox efficiency, ηGB [-] 0.96
Gas turbine efficiency, ηGT [-] 0.3
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tions for the coming decades estimate values of this order for automotive applications
[116, 117], and thus this value is assumed here for illustrative purposes, to demonstrate
the effect that the batteries would have on aircraft weight and energy consumption in
these conditions.

5.2. POWER-CONTROL STRATEGIES
The designer must specify the values of the power-control parameters defined in Sec.
3.2.2 for each performance constraint and mission segment included in the sizing pro-
cess. For conventional aircraft, this is limited to the gas-turbine throttle. However, for
hybrid-electric aircraft, up to two additional design parameters (Φ and ϕ; see Eqs. 3.14
and 3.15) have to be specified per constraint and mission segment. For this demonstra-
tion case, a simplified mission profile is assumed which includes the climb, cruise, and
descent phases for both the nominal mission and a diversion. The take-off and landing
segments are neglected in the mission analysis, although their power requirements are
included in the power-loading diagrams. During climb and descent, all power-control
parameters are specified as input, while during cruise, the flight condition is completely
specified in terms of speed and altitude, and thus one control parameter is a depen-
dent variable. Note that consistent power-control values must be used if the power re-
quirements of a determined mission segment appear as a performance constraint in the
power-loading diagrams, such as a cruise-speed constraint.

In this study, the power-control strategy is selected based on a series of qualitative
arguments, although a systematic optimization study could have a large impact on the
resulting design [109]. The values of ξGT,Φ, andϕ used for each performance constraint
can be found in Table 5.2. The power-control profiles chosen for the mission analysis are
shown for the three designs with thin lines in Fig. 5.1. In this example, ξGT, Φ, and and ϕ
are assumed to vary linearly with altitude during climb and descent, and to vary linearly
with range during cruise. The thick lines are a result of applying the point model for a
fixed flight condition during the mission analysis and are therefore not known a priori,
although they have been included here for completeness. Note that the throttle values
obtained during cruise do not necessarily coincide with the values specified in Table 5.2,
since the cruise-speed constraint may not be actively limiting the installed power of the
powertrain components (see Sec. 5.3). Only the climb, cruise and descent phases of
the nominal mission are included in Fig. 5.1. Similar control strategies are applied for
the diversion phase, though with reduced throttle to compensate the decrease in aircraft
weight.

For the conventional architecture (Fig. 5.1a), the throttle values are specified as input
during climb and descent, with the cruise throttle decreasing over time to compensate
the reduction in aircraft weight. For the serial architecture (Fig. 5.1b), throttle is specified
during cruise, while the supplied power ratio is adapted to compensate the changes in
thrust requirements. Consequently, the gas turbine operates near its sizing condition for
a large part of the mission. This can improve its efficiency [210, 229], although sensitivity
to this benefit has not been included here. During descent, a negative supplied power
ratio is specified, such that the power produced by the gas turbine in idle conditions is
used to recharge the batteries. This extra battery energy can be used for the diversion
phase, or to reduce charging time on the ground.
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Figure 5.1: Power-control profiles throughout the nominal mission of the three powertrain architectures.

Finally, for the PTE architecture (Fig. 5.1c), a ϕ profile is specified throughout the
mission in order to maximize aero-propulsive performance, while the throttle is varied
accordingly. The control strategy was selected as follows. During take-off, the power
is shared equally between the primary and secondary propulsors (see Table 5.3). This
spreads the loads over a larger area for a given primary-propulsor size, or reduces its size
for a given disk loading. The first option would increase propulsive efficiency with re-
spect to a conventional configuration, while the second would entail secondary benefits
such as reduced landing gear length, both of which are only quantified in later stages of
the design process. During cruise, low ϕ values are used since the distributed propellers
decrease the lift-to-drag ratio of the wing in this flight condition. This does not, however,
imply that the aircraft would present a lower L/D than the conventional configuration
if ϕ were increased: the use of DP in low-speed conditions can increase the maximum
wing loading (see Sec. 5.3.2), which in turn increases the lift-to-drag ratio. Finally, dur-
ing approach, the gas turbine throttle is reduced but most power is diverted to the DP
system, thus enhancing lift and increasing the maximum wing-loading. These relations
between the power-control strategy and the aero-propulsive effects highlight the impor-
tance of understanding and incorporating both aspects early in the design process.

5.3. RESULTS

5.3.1. COMPARISON TO REFERENCE DATA
In this section the results of the conventional configuration are compared to reference
data of the ATR 72-600 at maximum payload [228], in order to verify that the assumed
aerodynamic properties and mission requirements are representative of a regional tur-
boprop application. For this, Table 5.5 presents the traditional Class-I results of the con-
ventional configuration and reference aircraft. The TOM is underestimated by 3.8%,
mainly due to an underestimation of the operative empty mass (OEM), which is cal-
culated using the Class-I empirical correlation of Raymer [92]. The fuel mass, on the
other hand, is slightly over-estimated, indicating that the assumed aerodynamic prop-
erties and component efficiencies may differ from the reference aircraft. Nonetheless,
the deviations are within the accuracy expected from a preliminary sizing method, and
therefore the method is deemed applicable for comparing different propulsion-system
architectures under equal assumptions.
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Table 5.5: Comparison between a reference ATR 72-600 and the sized conventional configuration.

Referencea Conv. Difference
mTO [t] 22.8 21.9 −3.8%
mOE [t] 13.3 12.3 −7.4%
mf [t] 2.0 2.1 +6.6%
WTO/Sw [kN/m2] 3.67 3.60 −1.8%
WTO/PGT,max,SLS [N/W] 0.058 0.055 −5.2%
aSince the reference data provides Ps1 instead of Pgt, the reference power-loading has
been multiplied by ηGB in order to compare WTO/PGT,max,SLS in equal conditions.

5.3.2. DESIGN WING LOADING AND POWER LOADING

The power-loading diagrams obtained for the three different powertrain architectures
are shown in Fig. 5.2. Only the most instructive component diagrams are included for
brevity, although in practice one diagram exists per component included in the pow-
ertrain model. In these diagrams, the feasible design space, shaded in gray, represents
the combinations of wing loading and power loading which generate an aircraft capa-
ble of satisfying all performance requirements. The designer must analyze these dia-
grams and select the aircraft’s wing-loading. Then, for each component, a power-loading
value must be selected. Generally, the maximum power-loading allowed at the chosen
wing-loading is selected for each component, since this leads to a minimum component
weight. The diagrams also show which performance requirement is actively constrain-
ing the maximum allowable power-loading of each component. This maximum power
loading can be varied by, for example, changing the power-control variables of the limit-
ing constraint.

Figure 5.2 clearly shows an increase in maximum wing loading due to DP. For the
conventional architecture, no aero-propulsive effects have been included. In this way,
the diagram of Fig. 5.2a can be compared with the reference aircraft, and the effect
of including the aero-propulsive interaction in the sizing process can be distinguished.
However, in practice, this configuration also presents appreciable interaction effects be-
tween the propeller and the wing. Thus, the actual increase in wing loading due to DP
is slightly lower than suggested by Fig. 5.2. The increase in wing loading is higher for
the serial architecture than for the PTE architecture, since for the latter the shaft power
ratio is ϕ = 0.8 in landing conditions (see Table 5.3), and thus not all the power is used
to enhance lift. For the PTE architecture, a shaft power ratio lower than unity was se-
lected in landing conditions because, for the aerodynamic characteristics assumed, us-
ing all thrust to enhance lift in landing conditions leads to an excessively high wing-
loading, with a negative impact on cruise performance. In practice this would imply that
a smaller, less complex high-lift system could be used during landing, compensating the
decrease in CLmax,airframe by increasing the shaft power ratio.

Several possible design points are included in Fig. 5.2. These show how the optimum
design point in terms of one component generally does not coincide with the optimum
size of other components. In this study, the design point for maximum wing loading
is selected, which for conventional aircraft often corresponds to the smallest wing size.
However, due to the large impact of the powertrain on TOM, for HEP aircraft it may be
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more beneficial to select a different design point, as demonstrated in the work of Finger
et al. [230]. At the design point corresponding to maximum wing loading, all compo-
nents in Fig. 5.2 are sized by the take-off constraint, except for the gas turbine of the
serial architecture, which is sized by the cruise constraint. This is a result of the battery-
assisted take-off. In all three cases, the OEI balked landing constraint is inactive but
close to the design point of the gas turbine. The secondary electrical machines, on the
other hand, can easily satisfy the OEI constraint. This highlights the benefit of having
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Figure 5.2: Component power-loading diagrams for the (a) conventional, (b) serial, and (c) PTE powertrain
architectures, including a notional representation of the propulsion system layout at the top.
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redundant propulsors in DP systems: while a failure in the primary powertrain branch
requires the components of that branch to be over-sized by a factor 2, a failure in the sec-
ondary powertrain branch only requires the corresponding components to be over-sized
by a factor 12/11. Moreover, when comparing the serial and PTE architectures, one can
observe that a higher electrical-machine power-loading is achieved for the latter, since
during take-off part of the propulsive power is generated by the primary propulsors. In
any case, the highest power-loading values are obtained in the battery power-loading
diagram of Fig. 5.2b. Given the sensitivity of TOM to battery energy and power require-
ments [45, 79, 113, 172], higher battery power-loading values are required to avoid an
excessively high TOM.

5.3.3. WEIGHT BREAKDOWN AND ENERGY CONSUMPTION

Table 5.6 collects the main results of the three designs. Despite the higher wing-loading
values obtained for the two HEP concepts, the serial configuration is 26% heavier than
the conventional configuration, while the PTE configuration is 2% heavier. Nonetheless,
the increased wing loading leads to a reduced wing area for both the serial (−18%) and
PTE (−27%) configurations. The corresponding L/D increase is not large enough to off-
set the increase in aircraft weight, leading to increased energy consumption with respect
to the conventional concept. This directly translates into a reduction in PREE, which is
28% and 3% lower for the serial and PTE configurations, respectively. The cruise lift-to-
drag ratio of the PTE architecture is slightly higher than for the serial configuration, even
though the latter presents a higher wing-loading. This is because, for the serial architec-
ture, the lift coefficient during cruise is too high, exceeding the value corresponding to
optimum L/D .

Table 5.6: Summary of results obtained for the three architectures evaluated. Lift-to-drag ratio is presented as
the average of the cruise phase.

Conv. Serial PTE
mTO [t] 21.9 27.7 22.4
WTO/S [kN/m2] 3.60 5.51 5.04
WTO/PGT,max,SLS [N/W] 0.055 0.063 0.049
Sw [m2] 60 49 44
Ef,miss [GJ] 73.8 103.0 75.8
Ebat,miss [GJ] 0 1.7 0
(L/D)cr [-] 17.5 18.4 18.5
PREE [-] 1.52 1.09 1.48

The differences in TOM of the three concepts are further clarified in the breakdowns
presented in Fig. 5.3. The wing mass fraction is lower for the two HEP concepts, due to
the increased wing loading. Figure 5.3 also shows that not only the fuel mass, but also
the fuel fraction is slightly higher for the serial architecture than for the conventional
concept. This indicates that, for the given mission, the increase in L/D does not offset
the lower propulsive efficiency assumed for the DP system (see Table 5.3) and the power
lost in the conversion from mechanical energy to electrical energy and vice versa. Figure
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5.3 also shows that the total powertrain weight fractions of the serial (13%) and PTE (8%)
architectures exceed the weight fraction of the conventional one (5%). Although in the
serial architecture the gas-turbine weight fraction is reduced, this does not compensate
the increase in weight due to the electrical components. The reduction in gas-turbine
weight fraction is a consequence of the increased gas-turbine power-loading at the de-
sign point. This increase in power-loading is attributed to increased wing-loading due to
aero-propulsive effects on one hand (see Fig. 5.2), and to the addition of battery power
during take-off on the other. However, since all power has to be transmitted through the
electrical components, the weight of the electrical machines is substantially higher than
for the PTE architecture. Finally, even though Table 5.6 shows that the battery accounts
for just 1.6% of the total energy consumed by the serial architecture during the nominal
mission, it represents 5% of the total aircraft weight, thus having a substantial impact on
TOM.
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5.4. ANALYSIS OF FINDINGS & DISCUSSION
The results indicate that the two HEP concepts present no benefit with respect to a con-
ventional powertrain. This is in line with the findings of previous studies, which show
that either more optimistic ebat values [45, 78, 79, 119] or reduced ranges [66, 115, 204,
205, 213] are required for the HEP concepts to be competitive. However, the results ob-
tained in this study are conservative for several reasons. Firstly, the wing area of the HEP
concepts was reduced at constant aspect ratio, instead of at constant span. If the latter
approach had been taken, the lift-to-drag benefit due to DP would further increase. Sec-
ondly, the wing-loading increase enabled by DP would improve the short take-off and
landing (STOL) capabilities of the aircraft, without significantly penalizing cruise per-
formance. Thirdly, the potential increase in propulsive efficiency due to reduced disk
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loading has not been included in this demonstration case. Moreover, these results have
been obtained for range, altitude, and Mach numbers for which the reference aircraft
is optimized, without carrying out any systematic sensitivity or optimization studies for
the hybrid-electric concepts. For example, for the assumed mission, the PTE concept
consumes approximately 3% more energy than the conventional one, but presents a 6%
higher lift-to-drag ratio. This indicates that this hybrid-electric concept is likely to be
advantageous for longer ranges, such that the benefit in aero-propulsive efficiency can
lead to a fuel weight reduction which offsets the powertrain weight penalty. For the se-
rial configuration, on the other hand, no significant benefits are expected. Apart from
the detrimental effect of batteries on aircraft weight, there are two additional reasons for
this. Firstly, since all power has to be diverted to the secondary propulsors during take-
off, the weight of the electrical machines is much higher than for the PTE configuration.
Secondly, since the disk loading is higher for the serial configuration, lower propulsive ef-
ficiencies are achievable. Thus, powertrain layouts with two propulsion systems should
not be discarded a priori due to their complexity or weight penalty, since they can be
used in a much more beneficial manner throughout the mission. These claims are ana-
lyzed in more detail in Ch. 9.

The sizing method is found to be flexible and sensitive to the relevant top-level de-
sign parameters, and can therefore be easily applied to evaluate a wide range of configu-
rations. It can be used in sensitivity or optimization studies to determine more optimal
mission and power-control profiles, as well as to rapidly evaluate different combinations
of mission requirements, powertrain architectures, and technology-level assumptions.
The results also provide valuable insight into possible areas of improvement for a partic-
ular design. For example, the power-loading diagrams show which performance require-
ments are constraining for each component of each powertrain architecture, clearly in-
dicating in which flight condition the aerodynamic or operational characteristics must
be improved in order to obtain a benefit at aircraft level. In this sense, it provides a quick
and visually-evident way of relating the findings of higher-fidelity propulsion-system
studies to their impact at aircraft level.

Nevertheless, although the method constitutes a solid basis for more elaborate
conceptual-design frameworks, multiple improvements can be incorporated to increase
its accuracy. Most importantly, the powertrain model can be improved by, for exam-
ple, incorporating the effect of battery state-of-charge, variable gas-turbine efficiency,
and the thermal management system. Furthermore, additional aero-propulsive mod-
els should be developed for highly-integrated propulsion systems such as leading-edge
distributed-propulsion, over-the-wing distributed-propulsion, tip-mounted propul-
sion, or boundary-layer ingestion, based on detailed aerodynamic studies. The im-
plementation of different aero-propulsive models will broaden the applicability of the
method and enable the rapid design-space exploration of a wide range of aircraft con-
figurations.
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6
PROPELLER INTERACTION EFFECTS

The theoretical background presented in Ch. 2 revealed that the literature on the aero-
dynamic performance of over-the-wing propellers is scarce and, on occasions, contra-
dictory. The earlier studies show that OTW propellers can significantly increase the lift-
to-drag ratio [69]; however, while some studies encounter propeller-efficiency penalties
[68, 69], others find an efficiency increase [63]. The optimum axial propeller position in
terms of lift increase also differs among the various studies. Moreover, no detailed stud-
ies were encountered regarding the interaction between adjacent propellers in forward
flight, or the interaction between propellers and non-circular ducts. Consequently, it is
currently not clear which aerodynamic interaction phenomena are dominant in OTWDP
systems, or how they affect the performance of the system.

The purpose of this chapter is therefore to analyze the aerodynamic interaction that
occurs among the different elements of an OTWDP system. An overview of these ele-
ments is given in Fig. 6.1, which represents a fraction of a hypothetical OTWDP sys-
tem with a simple envelope duct. The OTWDP system comprises five main compo-
nents: wing (potentially with a flap), duct, propellers, nacelles, and pylons. The scope
of the present research is limited to the first three elements, which are responsible for
the largest aerodynamic forces. Thus, this chapter focuses on how a propeller interacts
with the wing (Sec. 6.1), the duct (Sec. 6.2), and the adjacent propellers (Sec. 6.3). Since a
priori it is unclear what shape the duct should have (see Fig. 2.9), or whether it is required
in the first place, a simplified limit case is studied in Sec. 6.2, namely the interaction be-
tween a single propeller and a square duct. This step is considered “qualitative” because,
although quantitative data is presented, the purpose of the investigation is to provide a
qualitative understanding of the physical phenomena using a simplified geometry. The
qualitative understanding helps to establish design guidelines, and indicates which ef-
fects must be incorporated in performance estimates, which ones can be neglected, or
what the consequences are of neglecting a determined interaction effect. The interac-
tion between the propeller and the wing or adjacent propellers, on the other hand, is
studied both qualitatively and quantitatively, in the sense that the measured changes in

Parts of this Chapter have been published in Refs. [231–233].
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forces and efficiency are representative of what would be encountered in more realistic
designs. The qualitative understanding obtained in this chapter is then used to produce
a quantitative performance model in Ch. 8 and to justify a series of design choices in Ch.
10. Given that each interaction problem presents different elements and aerodynamic
phenomena, different experimental and numerical approaches are used in the following
sections.

Wing
Propeller
Duct
Nacelle
Pylon
Aerodynamic interaction

A

BD

E

F

C

Not addressed in this research

Investigated qualitatively
     → Sec. 6.2

Investigated qualitatively/quantitatively
     → Sec. 6.1, Chapter 8

Investigated qualitatively/quantitatively
     → Sec. 6.3

Not addressed in this research
Not addressed in this research

A

B

C

D
E
F

Figure 6.1: Schematic overview of the components and the aerodynamic interactions between those
components that are investigated or neglected in the present research.

6.1. PROPELLER–WING INTERACTION
This section focuses on the interaction between a wing and a single OTW propeller, to
gain a physical understanding of the effect of the wing on the propeller and vice versa,
without the superimposed effect of any adjacent propellers. Given the discrepancies ob-
served between lower-order numerical methods and experimental data in earlier studies
[68, 80] and the computational cost of performing high-fidelity simulations, an experi-
mental approach was selected to be able to efficiently analyze different different thrust
settings (i.e., advance ratios). Thus, two exploratory wind-tunnel campaigns were per-
formed. The purpose of the first campaign was to investigate the effect of the propeller
on the pressure distributions on the wing surface and in the wake of the system. The
wing pressure distributions were analyzed to understand how the propeller affects the
wing lift and drag, and to provide additional insight into some of the discrepancies ob-
served in literature in terms of lift and drag changes. The wake pressure distributions
were analyzed to determine how the slipstream deforms due to the presence of the wing,
and whether this is relevant from a performance-modeling perspective. The purpose of
the second campaign, on the other hand, was to analyze the effect of the wing on the
propeller forces and efficiency. These experimental setups are described in Sec. 6.1.1.
The main effects of the propeller on the wing and vice-versa are subsequently presented
in Secs. 6.1.2 and 6.1.3, respectively. The interaction effects discussed in the process
serve as a basis for the high-lift and performance-oriented investigations of Chapters 7
and 8, respectively.

The experimental campaigns of Sec. 6.1 were performed together with E. A. P. Marcus as a part of an MSc thesis
research project [234].
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6.1.1. EXPERIMENTAL SETUP
The two aforementioned experiments were performed in the low-turbulence tunnel
(LTT) and the open-jet facility (OJF), respectively. Rather than designing a completely
new setup, existing available hardware was used in these initial campaigns. Therefore,
the two tests employed different models and measurement techniques, which are de-
scribed in the following subsections. Furthermore, for these preliminary tests, no sys-
tematic uncertainty quantification was performed. However, repeated measurements
were performed in both campaigns. The differences among these repeated measure-
ments were confirmed to be small when compared to the effects of the propeller on the
wing and vice versa.

A. EXPERIMENT 1: LTT
The first wind tunnel (WT) campaign was carried out in low-turbulence tunnel at the
Delft University of Technology, which has a cross-section of 1.8 m × 1.25 m. This wind
tunnel has a maximum velocity of 120 m/s and freestream turbulence limited to a level
of 0.02% for velocities below 40 m/s [235].

Model Description
In order to simulate an OTW propeller configuration, a propeller was positioned on the
suction side of a wing mounted vertically in the wind-tunnel test section, as depicted in
Figures 6.2 and 6.3. The wing spanned the full height of the test section and was placed
on a turntable, which could be rotated to change the angle of attack. It featured a chord
of 0.6 m and an NLF-MOD22B airfoil designed at Delft University of Technology for low-
speed applications [236]. The airfoil presents a maximum thickness-to-chord ratio of
0.17 at 35% chord and a Fowler flap of 30% chord length. The main dimensions are
indicated in Figure 6.2. Additional information regarding the experimental setup can
be found in Ref. [234].
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Figure 6.2: Isometric (left), top (middle) and front (right) views of the wind tunnel setup, including
component designation, coordinate system and direction of rotation of the propeller. All dimensions in mm.

The four-bladed propeller model has a diameter of DP = 0.237 m (DP/c = 0.395), a
blade chord of 7.8% of the propeller diameter, and a pitch angle of 23◦ at 75% of the
propeller radius. More detailed characteristics of the propeller can be found in Refs.
[141, 237]. The propeller was driven by a 7.5 hp three-phase induction motor housed
in a nacelle of 0.07 m diameter, positioned by means of a support sting which could be
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traversed along all three axes. The support sting was installed under a small inclination
angle as depicted in Figure 6.2, in order to position the propeller axis at the spanwise lo-
cation of the pressure ports when the traverse mechanism was set at its neutral position
along the y-axis.

Traversable
wake rake

Suppport
sting

Nacelle

Wing

Propeller
Propeller
traverse
direction

Figure 6.3: Photos of the wind tunnel setup, indicating main components.

Measurement Techniques
In the experiment two main variables were measured: the pressure distribution on the
wing surface and the total pressure distribution in a wake plane (a y z-plane downstream
of the model). Additionally, an Optris PI640 infrared (IR) camera was installed during all
measurements to observe the location of boundary-layer transition. In order to obtain
the surface pressure distribution, the wing model featured 54 static pressure ports on the
main element and 27 on the flap, distributed over the pressure and suction sides. The
ports were located along a zigzag path extending over a spanwise interval of 100 mm, as
indicated in Figure 6.2. For each configuration, the propeller was traversed in spanwise
direction to resolve the 2D wing pressure distribution, covering a span of 1.5DP. Trailing-
edge pressures were extrapolated on the suction and pressure sides of the wing, based
on the values obtained from the two pressure ports located closest to the trailing edge.
The resulting lift and pressure-drag coefficients were corrected for streamline curvature,
wake blockage, and wing blockage [238]—but not for slipstream blockage, since the pro-
peller disk area represented only 2% of the cross-sectional area of the wind tunnel.

Wake plane pressure measurements were performed with a horizontal wake rake lo-
cated 1.25 chord-lengths downstream of the wing trailing edge. The wake rake probes
had a spacing of 3 mm at the center, with decreasing density up to a separation of 24 mm
at the outer edges. The full span of the rake was 2.1DP, which was insufficient to capture
the propeller slipstream and wing wake with acceptable resolution in a single traverse
along the Y-axis. Accordingly, for each measurement configuration the wake rake was
traversed along the wing span twice, centering the rake once around the propeller slip-
stream and once around the wing wake. Each traverse covered a spanwise interval of
1.7DP, centered around the vertical position of the propeller axis.

Test conditions
The wing was set to an angle of attack which was representative of cruise conditions
(CL ≈ 0.5) and had been evaluated in earlier experiments [236], α = 2.08◦. To simu-
late high-lift conditions, the maximum possible flap deflection of δf = 23◦ was selected,
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which was limited by the geometry of the support sting. For the selected deflection an-
gle, the values of flap gap and overlap (defined in Figure 6.4) were selected to be of 3.9%
and 3.5% chord length respectively, based on earlier reports [236].
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Figure 6.4: Side view of the six configurations analyzed, separated into flap retracted (left) and flap deflected
(right) cases.

Figure 6.4 shows the selected configurations. For the cruise conditions (flap nested),
two axial propeller positions were evaluated: the location of maximum airfoil thickness
(Configuration 1, at 35% chord) and the trailing edge of the main element (Configura-
tion 2, at 85% chord). These locations were selected based on the observations of earlier
studies [63, 68, 80], which indicate that the axial position of maximum wing drag reduc-
tion and lift increase are close to the thickest point and the trailing edge respectively.
However, the trailing edge of the flap was not considered due to the structural complica-
tions that would arise in real applications and the potential reduction of noise shielding
effects. The separation between the propeller blade tips and wing surface was chosen as
low as possible1, since the drag reduction has been found to be larger for smaller clear-
ances [63], which is desirable for potential OTW applications. The propeller axis was
aligned with the freestream direction for simplicity.

For the high-lift conditions (flap deflected), two additional propeller positions were
evaluated. The first features a propeller that is located at 85% chord in cruise conditions
(Configuration 2) but is rotated 23◦ around the main element’s trailing edge when the
flap is deflected (Configuration 5). The second corresponds to the position that the pro-
peller would attain if it were physically connected to the flap (Configuration 6). These
configurations were analyzed to investigate whether deflecting the propeller to increase
system lift through thrust-vectoring had any adverse effects on the wing performance.

Advance ratios of 0.7, 0.8 and 0.9 were selected for the current experiment, based
on isolated propeller data obtained in earlier experiments [65]. These values corre-
spond to isolated-propeller thrust coefficients of CT = 0.12, 0.10 and 0.06, respectively
[239]. The isolated-propeller thrust measurements were performed at a wing-chord
based Reynolds number of 1.65 million, and thus this Reynolds number was selected
for the test campaign, corresponding to a freestream velocity of approximately 41 m/s.
For each setup, a measurement was also taken with the propeller removed and replaced
by a dummy hub for reference. A summary of the tested parameters is given in Table 6.1.

1For safety reasons, this was considered to be 6 mm, i.e. 1% chord.
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Table 6.1: Summary of test conditions evaluated in Experiment 1 (LTT).

Parameter Test values
Freestream velocity V∞ [m/s] 41
Blade pitch angle β0.75R [deg] 23
Reynolds number Rec [-] 1.65·106

Wing angle of attack α [deg] 2.08
Flap deflection δf [deg] 0, 23
Propeller advance ratio J [-] 0.7, 0.8, 0.9
Diameter-to-chord ratio Dp/c [-] 0.395
Propeller axial positions xp/c [-] See Fig. 6.4.
Propeller tip clearance ε/c [-] 0.01

B. EXPERIMENT 2: OJF
The second wind tunnel campaign was performed int he Open-Jet Facility (OJF) of Delft
University of Technology. This open-jet, closed-circuit wind tunnel has a contraction
outlet of 2.8 m ×2.8 m, as shown in Figs. 6.5 and 6.6. The tunnel presents a maximum
freestream velocity of 30 m/s and a freestream turbulence level below 0.5%. The purpose
of this experimental campaign was to obtain a preliminary understanding of the effect
of an OTW propeller’s position on its thrust, torque, and propeller efficiency.

Model Description
For this experiment, a propeller of diameter Dp = 0.4064 m was installed in the center
plane of the wind tunnel at zero degrees angle of attack. The propeller was installed 0.5
m (2.5R) above the ground table by means of a pylon of 300 mm (1.5R) chord, as shown in
Fig. 6.6. The six-bladed, carbon fiber “XPROP” propeller presented a blade pitch ofβ0.7 =
30o and was driven by a TDI 1999 pneumatic motor. Additional information regarding
the geometry of the propeller can be found in Refs. [240, 241].

A wing of 1.25 m span and c = 0.74 m chord was installed vertically on the starboard
side of the propeller, to produce a inflow velocity distribution to the propeller that was
representative of an OTW application. To reduce the tip effects on this low aspect-ratio
wing (A = 1.7), an end plate was attached on the top side, as indicated in Figs. 6.5 and
6.6. The wing featured a generic low-speed airfoil and was installed at an angle of attack
of 4o. At this angle-of-attack, the lift coefficient of the wing was estimated to be CL =
0.61, based on a 3D panel-method analysis [234]. Therefore, although the setup was not
representative of a 2D wing due to the low aspect ratio and the presence of the pylon, the
inflow velocity profile generated at the propeller location (see Fig. 2.7a) was considered
comparable to the typical conditions that an OTW propeller could encounter in cruise
conditions. By fixing the wing at different locations on the ground table and support
structure, the position of the propeller relative to the wing could be varied.

Measurement Techniques
The propeller was instrumented with a custom-built, six-component rotating shaft bal-
ance (RSB) to measure the propeller forces and efficiency. This balance features a mea-
surement range of ±350 N and ±30 Nm for the thrust and torque components, respec-
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Figure 6.5: Downstream view of the main components involved in the OJF experiment, viewed from the
settling chamber.
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Figure 6.6: Approximate dimensions of the test setup used in the OJF experiment. All dimensions in mm.
Figure adapted from Ref. [234].

tively. Calibrations with static loads showed that the error for these force components
is below 0.25% of the full-scale measurement range [242]. For each measurement run,
data were acquired at various advance ratios in random order by varying the rotational
speed of the propeller while maintaining the freestream velocity constant. For each mea-
surement point, the data were recorded at 10 kHz and averaged over 30 seconds. Re-
peated measurement runs were performed to confirm that the spread in the data was
small compared to the changes in performance due to the effect of the wing at each
location. No wind-tunnel corrections were applied, since their effect on the propeller
performance was considered small compared to the general uncertainty of the inflow
velocity created by the three-dimensional setup. Therefore, they would not affect the
main takeaways of this exploratory test.

Test conditions
Measurements were performed at V∞ = 20 m/s, since isolated-propeller reference data
was available at that freestream velocity. The corresponding wing-chord-based Reynolds
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number is approximately 106. Although this value is roughly one order of magnitude
lower than the Reynolds numbers expected in full-scale applications (see Table 1.1), the
changes in induced velocities at the propeller location due to changes in the boundary-
layer thickness at higher Reynolds numbers are considered of secondary importance,
compared to the inviscid effect of the wing. The propeller was operated in an advance
ratio range of 0.4 < J < 1.2, which corresponds to thrust coefficients ranging from ap-
proximately CT = 0 to CT = 0.35, blade Reynolds numbers between Re0.7R = 8 ·104 and
Re0.7R = 2.3 · 105, and blade-tip Mach numbers between Mtip = 0.16 and Mtip = 0.47.
Moreover, three axial propeller positions (35%, 60%, and 85% chord) and three propeller
tip-clearance values (1%, 5%, and 10% chord) were evaluated. An overview of these test
conditions is provided in Table 6.2.

Table 6.2: Summary of test conditions evaluated in Experiment 2 (OJF).

Parameter Test values
Freestream velocity V∞ [m/s] 20
Blade pitch angle β0.7R [deg] 30
Reynolds number Rec [-] 106

Wing angle of attack α [deg] 4
Flap deflection δf [deg] 0
Propeller advance ratio J [-] 0.4–1.2
Diameter-to-chord ratio Dp/c [-] 0.55
Propeller axial position xp/c [-] 0.35, 0.60, 0.85
Propeller tip clearance ε/c [-] 0.01, 0.05, 0.10

6.1.2. EFFECT OF PROPELLER ON WING
The findings of the LTT experiment are explained in the following subsections. The re-
sults are divided into two categories: in cruise-lift conditions (flap retracted), and high-
lift conditions (flap deflected). In both cases, the wing characteristics are expressed as
a “delta” with respect to propeller-off conditions. For reference, the isolated-wing pres-
sure distributions are given in Fig. 6.7. The corresponding wing lift and pressure-drag
coefficients are collected along with those of the propeller-off configurations in Table
6.3.
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Figure 6.7: Isolated-wing pressure distributions with and without flap deflection (Experiment 1).
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Table 6.3: Propeller-off and isolated wing lift and drag coefficients obtained in Experiment 1.

Configuration δf [deg] CL [-] CD p [-]
Isolated wing (cruise) 0 0.47 0.006
Configuration 1 0 0.47 0.013
Configuration 2 0 0.44 0.008
Isolated wing (high lift) 23 1.63 0.020
Configuration 3 23 1.64 0.032
Configuration 4 23 1.61 0.026
Configuration 5 23 1.60 0.025
Configuration 6 23 1.60 0.023

A. CRUISE-LIFT CONDITIONS

To demonstrate the effect of the propeller on the pressure distribution over the wing
surface, Figure 6.8 presents the pressure coefficient difference between the propeller-
on and propeller-off measurements, i.e. ∆Cp = Cp,on −Cp,off, for Configurations 1 and
2. The results are presented for moderate lift coefficient values (CL ≈ 0.5), which are
representative of the cruise phase. In these conditions, the flap is retracted, and the
performance of the wing should be optimized in terms of lift-to-drag ratio. The results
are presented as an increase with respect to propeller-off measurements because this
study focuses on the effect of the propeller, and not the installation effects of a nacelle
and support structure of arbitrary geometry. In Figure 6.8 the flow goes from left to right,
and the spanwise coordinate y/DP = 0 corresponds to the location of the propeller axis.
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Figure 6.8: Wing pressure distributions with the flap retracted at advance ratio J = 0.7 (Experiment 1). Dashed
lines indicate the projection of the propeller disk onto the wing surface.

Figure 6.8 shows that, on the suction side, pressure is reduced in front of the propeller
and increased behind it for both configurations. This is attributed to the acceleration of
the flow ahead of the propeller, while behind the propeller disk a region of flow diverging
from the wing surface is created by the contraction of the slipstream. Results at advance
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ratios J = 0.8 and J = 0.9 (which are not presented here) confirmed that the magnitude
of the pressure differences diminishes with increasing advance ratio. More pronounced
pressure effects of the propeller on the wing are observed for Configuration 2 than for
Configuration 1. This is a consequence of the higher effective advance ratio in Config-
uration 1, since the wing-induced velocities are higher at 35% chord than at the main
element’s trailing edge (see Figure 6.7a1). In both cases, the pressure distributions are
nearly symmetrical with respect to y/DP = 0. On the pressure side of Configuration 2
(Fig. 6.8b), a minor increase in pressure coefficient is observed near the flap slot, due to
the increased pressure behind the propeller disk which is propagated through the slot.

The findings of Johnson and White [63], who stated that an OTW propeller had no
effect on viscous drag, is further assessed by analyzing the IR images. These show that,
for the aft-mounted position (Configuration 2), the boundary-layer transition location
is not noticeably affected by the propeller, despite the effective angle-of-attack increase
induced by the propeller (see Fig. 2.7). For Configuration 1, on the other hand, local
changes in transition location are observed. These observations are shown in Figure
6.9. In the propeller-off case of Configuration 1 (Figure 6.9a), the transition location
moved aft due to the favorable pressure gradient generated by the nacelle. However,
with the propeller operating ahead of the transition line (Figure 6.9), the transition loca-
tion moves forward. There are two reasons for this. Firstly, an adverse pressure gradient
is generated directly beneath the propeller disk, as visible in Figure 6.8. Secondly, the
interaction between the tip vortices and the boundary layer introduces instabilities in
the flow [149]. These effects are discussed in more detail in Ch. 7, but in any case the
IR images indicate that the propeller only has a measurable impact on boundary-layer
transition if it is installed close to or ahead of the transition location.

a) Configuration 1, Prop off b) Configuration 1, J = 0.7 c) Configuration 2, J = 0.7 
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Figure 6.9: Infrared images showing the effect of the propeller on boundary layer transition (Experiment 1).

By integrating the pressure distributions, wing lift and pressure drag are obtained.
Note that for the computation of these coefficients the reference area considered spans
one propeller diameter, that is, forces are evaluated over an area of Sref = c ·DP, and not
over the entire wing. For reference, Table 6.3 presents the isolated wing and propeller-off
lift and drag coefficients. The propeller-off pressure measurements differ from those in
Figure 6.7 due to the blockage effect of the nacelle and support sting, and showed that
upstream of the nacelle the static pressure was increased, whereas it decreased directly

1The isolated-wing pressure distributions give an indication of the local velocity magnitude. For steady, in-
compressible, inviscid flow the local flow velocity can be expressed as V =V∞

√
1−Cp .
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beneath the nacelle [234]. This generally led to additional pressure drag in all configura-
tions, given that the nacelle was situated above the rearwards-facing part of the wing sur-
face. Nevertheless, as discussed earlier, the primary interest of this study lies in the effect
of the propeller, and not of the installation elements. Accordingly, Figure 6.10 shows the
lift and drag coefficients as a difference between propeller-off and propeller-on condi-
tions. The wing lift is shown to increase with decreasing advance ratio (increased thrust)
as expected from theory. This can be attributed to the region of low pressure generated
in front of the propeller, which becomes stronger with increasing propeller thrust. For
this particular diameter-to-chord ratio and system geometry, the lift of the wing is in-
creased by approximately 4% at a low thrust setting, and by 15% at a high thrust setting,
for a propeller positioned at 85% of the chord (Configuration 2).
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Figure 6.10: Wing lift and pressure drag increase with respect to propeller-off conditions, as a function of
advance ratio (Experiment 1, flap retracted).

Regarding the pressure drag of the wing, Figure 6.10 shows that it decreased with
decreasing advance ratio for Configuration 1, leading to a significant drag reduction at
high thrust settings. The magnitude of this drag reduction exceeds the pressure drag of
the clean wing, and occurs due to increased suction ahead of the thickest point of the
wing. In Configuration 2, it appears the pressure variations upstream and downstream
of the thickest point scaled equally with advance ratio, leading to an approximately con-
stant pressure drag. In this configuration, the pressure drag is increased with respect to
the propeller-off case. Since the friction drag of the wing cannot be obtained from the ex-
perimental data, the changes in lift-to-drag ratio cannot be quantified exactly. However,
if the airfoil is evaluated in a viscous 2D panel method (XFOIL [243]) at the same angle
of attack and Reynolds number, then a sectional friction-drag coefficient of cd f ≈ 0.0047
is obtained. If that were the case, and the friction drag were not significantly affected by
the presence of the propeller (as suggested by Fig. 6.9 and Ref. [244]), then for Configu-
ration 1 the lift-to-drag of the wing segment of span DP would be increased by 74% and
decreased by 8% relative to propeller-off conditions at high (J = 0.7) and low (J = 0.9)
thrust settings, respectively. For Configuration 2, the changes in L/D would be +0.1%
and -3% at high and low thrust settings, respectively. Although these values are only in-
dicative, and the comparison is not performed at constant lift or constant thrust, they
show that the pressure-drag reduction due to OTW propellers can substantially increase
the L/D . Hence, this aerodynamic interaction must be accounted for in performance
predictions for OTWDP systems.
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B. HIGH-LIFT CONDITIONS

In this section, the results are presented for high-lift conditions. These conditions are
representative of the climb segment, when the flap is deflected (CL ≈ 1.6) and wing lift
should be maximized. The pressure-coefficient distributions on the wing, ∆Cp , are pre-
sented in Figure 6.11 for high-lift Configurations 3 to 6 at advance ratio J = 0.7. Again,
wing pressures are decreased and increased in front of and behind the propeller respec-
tively, except in Configuration 3. In this configuration, the effective advance ratio is ex-
ceptionally high and, accordingly, propeller effects on the wing are weak. When the pro-
peller is inclined at 23◦ (Configuration 5), the suction on the main element is decreased,
while the pressure on the flap is increased. The pressure variations are even more promi-
nent in Configuration 6, due to an improved alignment between the propeller axis and
the local flow direction and reduced distance between the flap surface and the propeller.

Strips of increased pressure can be observed in Figure 6.11 on the suction side at
x/c = 0.3 for all configurations. Additional IR images, not shown here, revealed that this
location corresponded to the chordwise location of boundary-layer transition. Since the
transition location was upstream of the propeller for all high-lift configurations, no ap-
preciable changes in transition location were observed. However, a pressure tap was
located exactly beneath the transition location, causing a slight movement to show up
very prominently.
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Figure 6.11: Wing pressure distributions with the flap deflected (Experiment 1, J = 0.7). Dashed lines indicate
projection of propeller disk onto the wing surface. Note that the contour levels differ from those in Figure 6.8.
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Figure 6.12 shows the lift and drag coefficients as a difference between propeller-on
and propeller-off measurements. Figure 6.12a indicates an increase in lift with decreas-
ing advance ratio, comparable to the effect seen for cruise configurations. From Figure
6.12 it is evident that at high advance ratios, the propeller is operating in windmilling
conditions close to the wing surface, leading to decreased lift and increased pressure
drag. This effect was confirmed with the wake-plane pressure distributions, and is more
pronounced in Configuration 3 due to the large inflow velocities perceived by the pro-
peller towards the leading edge of the wing. Again, as the advance ratio is decreased,
the pressure drag also reduces, due to the increased suction in front of the wing location
with maximum thickness. For the inclined-propeller positions (Configurations 5 and 6),
the pressure drag is found to reduce significantly, while the lift is comparable to the con-
figuration without propeller inclination (Configuration 4).
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Figure 6.12: Wing lift and pressure drag increase with respect to propeller-off conditions in high-lift
configurations, as a function of advance ratio (Experiment 1, flap deflected).

6.1.3. EFFECT OF WING ON PROPELLER

The following paragraphs describe how the slipstream loading distribution and propeller
performance are affected by the presence of the wing. The effects are described in the
following two subsections, using data of the LTT (Experiment 1) and OJF (Experiment
2) tests, respectively. Therefore, the two subsections correspond to different geometries
and operating conditions, and any key takeaways should be qualitative in nature.

A. SLIPSTREAM TOTAL-PRESSURE DISTRIBUTIONS

The total-pressure distributions in the wake plane are shown in Figure 6.13. The de-
creased total pressure in the wake of the support sting, nacelle and wing can be clearly
distinguished. Although the annular propeller slipstream is also clearly distinguishable,
it is deformed and displaced in vertical direction due to the downwash of the wing. At
the bottom of the slipstream, lobes of increased total pressure are observed due to the
interaction with the wing wake. Two important effects regarding the propeller loading
distribution are observed in Figure 6.13. First, for the same advance ratio, the slipstream
total pressure is lower in Configuration 1 (Fig. 6.13a) than in Configuration 2 (Fig. 6.13b),
due to the increased axial velocities at that propeller location. Second, the non-uniform
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inflow conditions lead to azimuthal loading variations in both configurations. In Config-
uration 1, the strong vertical gradient of axial velocity above the wing is the main source
of non-uniform loading. This leads to a low disk loading near the wing, where inflow
velocities are highest. In Configuration 2, however, the wing-induced velocities have a
negative w-component at the location of the propeller disk, generating the highest loads
on the upward-going blade, which experiences a higher angle of attack. This can be in-
ferred from Figs. 6.13a and 6.13b if the pressure distributions are rotated approximately
30o in counter-clockwise direction to account for the swirl in the slipstream, such that
the low-pressure region in the slipstream due to the support-sting wake is aligned with
the support-sting wake outside the slipstream. This observation is also supported by the
numerical analyses of Ref. [234]. From this it can be concluded that, while the effect of
the propeller on the wing pressure distribution is approximately symmetric with respect
to y/DP = 0, the effect of the wing on propeller loading is quasi-symmetric in Configura-
tion 1, and asymmetric in Configuration 2.
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Figure 6.13: Wake-plane total pressures 1.25c downstream of the wing trailing edge in cruise (top) and climb
(bottom) conditions at J = 0.7 (Experiment 1). Dashed and dotted lines indicate projections of propeller disk

and wing trailing edge, respectively.

Results of the total-pressure measurements in the wake plane for the climb config-
urations are shown in Figs. 6.13c–6.13f. Additional wake-plane results showed that, in
for example Configuration 3, J = 0.8, the total pressure coefficients in the slipstream were
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lower than in the freestream, indicating that the propeller was extracting energy from the
flow over the complete disk. This implies that in Configuration 3 the propeller is wind-
milling for advance ratios above 0.8, even though the isolated propeller generates thrust
up till J = 1. This explains the lift decrease observed in Figure 6.12. Since flow veloci-
ties above the wing decrease as the distance to the wing surface increases, in some cases
only the bottom fraction of the propeller was windmilling, while the top part, which had
a lower effective advance ratio, was generating thrust, as reflected in Figure 6.13a. For
the same reason, when comparing Figures 6.13a, 6.13c and 6.13d, it can be seen that the
thrust is reduced more in Configuration 3 than in Configurations 1 and 4, since the flow
velocities above the wing are higher with the flap deflected and at 35% instead of 85%
chord-length.

In Figure 6.13d (Configuration 4), the up-going blade experiences a higher loading
than the down-going blade. This is due to the downward-oriented wing-induced ve-
locities, which follow the local inclination of the airfoil surface. If, on the other hand,
the propeller is deflected 23◦ (Configurations 5 and 6), the angle of attack perceived by
the blades is highest on the down-going side. In both Configurations 5 and 6, the slip-
stream presents a large vertical displacement due to the inclination of the propeller, and
penetrates the wing wake. The total pressure values are higher in Configuration 6 than in
Configuration 5, since the propeller is ingesting lower-velocity flow. The fact that Config-
urations 5 and 6 present higher momentum in the slipstream when compared to Config-
uration 4 indicates that deflecting the propeller together with the flap leads to increased
thrust at a given advance ratio. However, the strong differences in loading between the
up- and down-going blade sides show that a significant unsteady blade loading is gener-
ated.

B. PROPELLER PERFORMANCE

The propeller thrust, torque, and efficiency obtained from the OJF experiment are pre-
sented in Fig. 6.14. Figures 6.14a and 6.14b show how the propeller thrust and torque are
both reduced for a given advance ratio in the OTW configuration, when compared to the
isolated propeller. The reduction is more pronounced for more forward propeller posi-
tions. Moreover, a change in slope is observed for J ≈ 0.9, potentially due to the onset
of blade trailing-edge flow separation at lower advance ratios [241]. Overall, the non-
uniform inflow leads to a reduction in propeller efficiency, as shown in Fig. 6.14c. Note
that, according to the definitions of Eqs. 2.2 and 2.11, the propeller efficiency equals the
propulsive efficiency of the OTW system in this case, since the propeller axis is aligned
with the freestream. The propeller-efficiency penalty is more pronounced a higher ad-
vance ratios because the wing-induced velocities become more dominant, compared to
the propeller’s self-induced velocities. Moreover, due to the increase in local advance ra-
tio above the wing, the (freestream-based) advance-ratio values corresponding to maxi-
mum efficiency and zero thrust are lower than in the isolated-propeller configuration.

From a conceptual aircraft-design perspective, it is more informative to remove the
influence of the rotational speed from the normalization and present the propeller effi-
ciency versus the thrust coefficient Tc instead. This is shown in Fig. 6.14d, which indi-
cates that the propeller-efficiency penalty is highest near the thrust setting correspond-
ing to maximum efficiency. Furthermore, if the aircraft is assumed to use a variable-pitch
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d) Propeller efficiency vs. thrust setting
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Figure 6.14: Propeller performance curves obtained in Experiment 2 for different axial OTW propeller
positions. Dots indicate individual measurements. Isolated-propeller data provided by T. Sinnige [141].

propeller, or a propeller whose pitch is optimized for the OTW installation, then the dif-
ference between the maximum propeller efficiencies observed in the isolated and OTW
configurations is a more representative indicator of the propeller-efficiency penalty. The
maximum propeller efficiency of the different OTW propeller positions is presented as a
fraction of the isolated-propeller’s maximum efficiency in Fig. 6.15. Figure 6.15a shows
that the propeller-efficiency reduction grows from 3%–4% at xP/c = 0.85 to 10%–13% at
xP/c = 0.35. The slope is steeper for a smaller tip clearance. In fact, Fig. 6.15b shows
that, at xP/c = 0.35, the propeller efficiency increases as the tip clearance is increased,
while for xP/c = 0.85 it decreases with increasing tip clearance. This occurs because, for
more aft propeller locations, the axial velocity increase over the wing surface reduces,
until it eventually stagnates at the trailing edge. Therefore, for propellers placed near the
trailing edge, other effects such as a change in the effective angle of attack play a more
important role, and the propeller efficiency may actually be higher for smaller tip clear-
ances. These effects are investigated in more detail using a lower-order method in the
performance studies of Ch. 8. In any case, the propeller-efficiency losses of the order
of 10% observed in Fig. 6.15a show that a duct may indeed be beneficial to reduce the
non-uniform inflow for propellers placed at more forward locations, while for propellers
placed near the trailing edge the duct is most likely unnecessary from an aerodynamic-
performance perspective. To analyze the additional benefits or drawbacks that such a
duct may present, the following section analyzes how a propeller interacts with a simpli-
fied duct.
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b) Effect of propeller tip clearance
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Figure 6.15: Effect of OTW propeller axial position and tip clearance on the maximum propeller efficiency for
a given blade pitch (Experiment 2), as a fraction of the maximum efficiency of the isolated propeller.

6.2. PROPELLER–DUCT INTERACTION
For the distributed-propulsion array, multiple duct designs can be envisioned, such as
an array of circular ducts, a two-dimensional “envelope” duct, an array of square ducts,
or a combination thereof—as discussed in Sec. 2.2.3 (see Fig. 2.9). The aerodynamic
interaction effects present in these unconventional designs can be understood by ana-
lyzing two simplified limit cases: a circular ducted rotor, and a square ducted rotor, as
shown in Fig. 6.16. However, as discussed in Ch. 2, the studies found in literature re-
garding the aerodynamic performance of ducted propellers only refer to circular ducts
[171, 173–175]. While aerodynamic phenomena present in uninstalled square ducts can,
to a certain extent, be inferred from corner flow studies [246, 247], it is unclear how these
phenomena are affected by the presence of a rotor. The goal of this section is therefore
to analyze the aerodynamic interaction phenomena present in unconventional ducted
propeller systems, and to understand how these phenomena affect the performance of
the system. Although determining the optimal duct shape is considered beyond the
scope of this research, a basic understanding of these interaction effects provides a basis
for the design choices and modeling assumptions made in subsequent chapters. Since
corner-flow effects are expected to be relevant, an experimental approach is discarded
due to the limited physical and optical access to the flow field inside the duct. Thus,
numerical (RANS) simulations are performed to obtain detailed flow-field information
of the two idealized limit cases of duct shape. The numerical methods and models used
are described in Sec. 6.2.1. Afterwards, Sec. 6.2.2 describes the most relevant inter-
action phenomena observed in the ducted propeller systems. Subsequently, Sec. 6.2.3
discusses the main effects of the interaction between the propeller and each duct on the
forces produced the system.

The numerical simulations of Sec. 6.2 were performed by H. F. M. Bento as a part of an MSc thesis research
project [245].
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Figure 6.16: Definition of coordinates for the circular and square ducted propellers.

6.2.1. NUMERICAL SETUP
The following subsections present the geometries, solver, domains, boundary condi-
tions, and grid used in the numerical study. Furthermore, the grid convergence and vali-
dation study is briefly discussed. The discussion here is a summary of the original work;
for more details regarding the numerical setup, the reader is referred to Refs. [232, 245].

A. GEOMETRY

The circular and square ducted propeller geometries shown in Fig. 6.16 were studied.
To compare the sectional pressure distributions to data from literature, the NACA0012
airfoil was selected for the ducts. The ducts have an aspect ratio A = D/c = 2, where D
is the diameter of the circular duct, which is equal to the square duct’s span. In order to
improve the convergence of the simulations, the corners of the square duct were slightly
rounded, so that the minimum corner radius (at the airfoils’ thickest point) would be
1% of the propeller radius, R. The minimum gap between the propeller tips and duct
surface (or tip clearance) was maintained at 0.3% of the propeller radius, leading to a
duct chord of approximately 0.217 m. The propeller, whose blade size and geometry
corresponds to the XPROP used in the OJF experiment of the previous section, presents a
radius of R = 0.2032 m. In this study, the blade pitch β0.7R , was kept at 30o. The number
of propeller blades was reduced to 4 so that only one quarter of the domain had to be
solved, using periodic boundary conditions. The axial location of the propeller was set
to 30% duct chord, which is the location of maximum thickness of the NACA 0012 airfoil.
Figure 6.16 also shows the axis system used, and how the azimuthal location, θ, and the
spanwise location, φl = l/D , were defined. l is the length along the duct’s span, starting
at the top surface’s mid-span. The propeller rotates in counter-clockwise direction when
viewed from the front, as indicated by the angular velocity vectorΩ in Fig. 6.16.

B. SOLVER SETUP

The CFD simulations were performed using the solver ANSYS Fluent 18.2, and were
based on the solution of steady and unsteady RANS equations. The RANS equations were
discretized using the 3rd order MUSCL scheme (Monotonic Upstream-centered Scheme
for Conservation Laws) [248], which was developed from the original MUSCL scheme
(introduced by van Leer [249]). As the solver ANSYS Fluent is cell-centered, the values of
pressure at the cell faces were calculated by interpolation considering the values of pres-
sure at the center of the cells [248], with a 2nd order scheme. The unsteady calculations
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were made using a 2nd order implicit temporal discretization. The isolated ducts were
analyzed as steady simulations, whereas for the computations with the propeller both
steady and unsteady flowfields were calculated. The fluid (air) was modelled as an ideal
gas in order to take into account compressibility effects. Furthermore, turbulence was
modelled using the two-equation k-ω shear-stress transport (SST) turbulence model,
which was developed by Menter [250]. This model has been used previously in several
propeller-related studies [251–254]. Besides, the k-ω SST model has been concluded to
be relatively accurate for a wide range of flowfield problems, when compared against
other one or two equation turbulence models (which yield similar computational costs)
[255]. However, the results should be analyzed while keeping in mind that the model also
has drawbacks. As an example, the k-ω SST model experiences difficulties at predicting
separated flows [256].

C. PROPELLER MODELING METHODS

Two different methods were used to model the propeller: a full blade (FB) model and an
actuator disk (AD) model. The full blade model was used for the isolated and installed
simulations with the propeller. For the isolated propeller computations, both steady and
unsteady simulations were performed. The steady simulations were performed using a
Multiple Reference Frame approach (MRF), so that the propeller blades remain station-
ary. The MRF approach is valid when the flowfield is steady is the reference frame of the
rotating body (e.g. a propeller). In the unsteady simulation, the rotation of the blades
was modelled using a sliding mesh technique. For the ducted propeller installed cases,
the FB model was only used to obtain unsteady solutions. The actuator disk model was
used to estimate time-averaged interaction effects, for the installed configurations. The
AD model applied in this study has been subjected to a validation study in Ref. [257]. The
AD imposes an axial momentum, tangential momentum and energy jump at the pro-
peller location, as described in Ref. [257]. Thus, the AD requires the thrust and torque
of the propeller as inputs. In this research, the inputs of the AD were obtained from FB
simulations of the isolated propeller.

D. DOMAIN AND OPERATING CONDITIONS

The domain used for the simulation of the square ducted propeller is presented (with the
FB model) in Fig. 6.17. This domain is equal to the domain used in the circular ducted
propeller simulation. Figure 6.17a shows that the domain was reduced to one quarter
(to a 90o domain) by using periodic boundary conditions. Far upstream of the geometry,
the flow direction and the total pressure and temperature were specified at the inlet. The
inlet values were calculated in order to result in a free-stream velocity, V∞, of 30m/s, at
sea-level conditions. In the far-field boundary, the flow direction, the static pressure and
temperature and the Mach number were specified in order to impose equivalent free-
stream conditions. Besides, the free-stream values of turbulent kinetic energy, k∞, and
specific dissipation rate, ω∞, were specified at the inlet and far-field boundaries. The
values of k∞ and ω∞ were chosen according to the recommendations of Ref. [258]. The
decay of k andω from the inlet to the studied geometries was avoided by placing sources
for these quantities inside the domain, also in agreement with the recommendations
found in Ref. [258]. At the outlet, the static pressure was prescribed.
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Figure 6.17: Domains and boundary conditions used for the simulation of the square duct with propeller.

Figure 6.17b shows how the duct surface, the propeller blade and the spinner were
modelled as no-slip walls, whereas the remaining part of the nacelle (which was ex-
tended until the outlet) was modelled as a free-slip boundary. The remaining simula-
tions were made with similar domains. For the AD simulations, the propeller blade was
not included and the spinner was also modelled as a free-slip wall. The inputs for the
AD model were obtained from the simulation of the isolated propeller at three operating
conditions: J = 0.7, J = 0.8 and J = 0.9. For the simulation of the isolated propeller, the
steady simulations were performed with a propeller domain considerably larger (in the
radial direction) than the small propeller domain, sPD, shown in 6.17b. With a sPD, a
steady solution calculated with the MRF approach leads to unphysical results [245], and
thus only unsteady simulations were performed with the sPD. In the specific case of the
computation of the isolated circular duct flowfield, an additional 2D simulation was per-
formed, using an axisymmetic boundary condition in the duct’s axis. The 2D simulation
was used in the verification and validation process of the isolated duct computations. A
summary of the operating conditions considered in this study can be found in Table 6.4.
The free-stream values of density, pressure and temperature, which are omitted in the
table, correspond to sea-level conditions. The advance ratio tested in the installed FB
simulations, J = 0.7, is representative of climb conditions, as this value corresponds to a
high thrust setting.

Table 6.4: Operating conditions used in the ducted propeller simulations.

Configuration
V∞∞∞ α k∞∞∞ ω∞∞∞ β0.7R J

[m/s] [deg] [m2/s2] [s-1] [deg] [-]
Uninstalled ducts

30 0 9×10−4 695 30

-
Uninstalled prop. (FB) 0.7, 0.8, 0.9
Ducted prop. (AD) 0.7, 0.8, 0.9
Ducted prop. (FB) 0.7
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E. GRID

The grids used in this research were generated with ANSYS Meshing software. In most re-
gions, an unstructured mesh was used. However, near no-slip walls, inflation layers were
generated. The inflation layers allow for the specification of the first layer height, which
was set in all surfaces in order to achieve in a maximum y+ lower than 1. Besides, the
prism-shaped inflation layers resemble a structured mesh, allowing the elements to be
more aligned with the (expected) main local flow direction. This improves convergence,
even though the solver ANSYS Fluent always reads the mesh as unstructured. Further-
more, the surface mesh over no-slip walls was also specified as a structured-like mesh.
However, in critical regions, exceptions had to be made and the surface mesh was also
set as unstructured. The unstructured surface mesh was used in the square duct’s cor-
ner and in the regions of the ducts’ surface in close proximity to the blade tips. Due to
the complexity of the grids generated for the installed configurations with the FB model,
the resultant mesh sizes led to large increases in the computational cost of the unsteady
installed calculations.

F. GRID CONVERGENCE STUDY

A grid convergence study was performed to estimate the discretization error, which is
commonly the strongest source of numerical error in CFD simulations [259]. The con-
vergence study is not described in detail here to improve readability, but is provided in
Appendix E.1 for transparency. Based on this study, meshes of 8 million, 12.6 million,
and 20 million cells were selected for the isolated propeller, circular ducted propeller,
and square ducted propeller configurations, respectively. The drag, thrust and torque-
coefficient uncertainties due to discretization were estimated to be below 1.7% for all
cases, based on the procedure of Ref. [259]. However, while this is considered an accept-
able margin for the overall CD uncertainty, the pressure and friction-drag components of
the ducts were found to decrease and increase with increasing grid refinement, respec-
tively. In fact, the uncertainty-quantification (UQ) procedure predicted uncertainties of
the order of 20% for these two components individually. To determine whether this was
a result of an inaccurate UQ procedure or an under-resolved flow field, the pressure dis-
tributions and boundary-layer thickness of the various meshes were compared, and the
convergence behavior of the isolated circular duct was compared to a 2D axisymmetric
simulation of the duct [245]. The results of these comparisons were physically consistent
and presented only minor differences between the various grids. Therefore, the high un-
certainty of the friction and pressure-drag components was attributed to a conservative
UQ procedure, potentially due to the limited number of meshes evaluated in the UQ.

G. COMPARISON WITH EXPERIMENTAL STUDIES

In this section, the simulation results are compared to existing experimental data. Al-
though the geometries and operating conditions of these data differ slightly from the
ones analyzed in this study, a qualitative comparison is performed to increase the confi-
dence in the numerical results.

Isolated circular duct
The estimated values of the circular duct’s drag coefficient were compared against re-
sults found in literature of similar geometries. Figure 6.18 shows the sectional drag co-
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efficients of a 2D NACA 0012 profile for various Reynolds numbers [260], and the drag
coefficient of the circular duct analyzed by Traub [261]—which has the same airfoil and
aspect ratio as the one analyzed in this study. The drag coefficients obtained in this study
for both the axisymmetric 2D and the 3D simulations are also included. The two CFD so-
lutions show a very good agreement, as expected. The results from the 2D experiments
indicate that the sectional drag coefficient, cd , of the NACA 0012 profile decreases with
the chord based Reynolds number, Rec , from Rec = 0.17×106 to Rec = 0.33×106. In the
experimental studies [260, 261], the Rec influences the transition location over the air-
foil sections, which does not occur in the fully-turbulent numerical simulations. From
Rec = 0.33×106 to Rec = 0.66×106, the cd of the NACA 0012 airfoil remains almost con-
stant, according to Ref. [260]. Traub also studied the circular duct in the wind tunnel at
Rec = 0.17×106. This duct’s cd is higher than the cd of the 2D NACA 0012 airfoil at the
same Rec . This a result of the increased velocities inside the duct due to the conservation
of mass of the streamtube, which leads to increased suction inside the duct, when com-
pared to the 2D airfoil at α = 0o. The flow acceleration in the duct is further increased
due to the presence of a support structure in the experimental setup of Ref. [261]. Con-
sequently, the lower cd obtained in the RANS simulations is a result of the higher Rec ,
and of the absence of a support structure in the computational approach.
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Figure 6.18: Comparison of the sectional drag coefficient obtained from CFD with the experimental data of
Refs. [260, 261], for a NACA 0012 profile. “2D” = two-dimensional wing in Cartesian coordinates (infinite

wing), “2D*” = two-dimensional wing in cylindrical coordinates (ring wing), and “3D” = complete circular
duct (ring wing).

Isolated propeller
The only data available for validation of the propeller CFD results consist of experimental
data obtained at the Open-Jet Facility (OJF) at Delft University of Technology. These data
were provided via internal communication by T. Sinnige [141], who acquired the data
using the same experimental setup as Li [240]. The data consists of thrust and torque
measurements, performed with a rotating shaft balance at the same free-stream velocity
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and advance ratios as the ones tested in the CFD simulations. Several factors can lead
to discrepancies between the wind tunnel and CFD results, such as the boundary con-
ditions of an open-jet tunnel, the simplification of the nacelle geometry and boundary
conditions in the CFD simulations, the exclusion of the forces on the spinner in the CFD
results, and the turbulence modeling of the computational approach. However, most
importantly, the propeller used in the experimental campaign had 6 blades, whereas the
propeller used in the CFD computations had its number of blades reduced to 4. Since
the thrust produced by a propeller does not scale linearly with the number of blades,
the wind-tunnel data could not be compared to the CFD directly. Therefore, it was de-
cided to compare both high-fidelity results to a lower-order method capable of analyz-
ing different numbers of blades. To this end, the program XROTOR [262] was selected
to analyse the performance of the propeller geometries with both 4 and 6 blades. XRO-
TOR is a program based on the lifting line method (LLM). Since XROTOR receives airfoil
properties as an input, these were obtained for each radial location using XFOIL [243].

The CFD results of the propeller simulation were compared against the wind tun-
nel and LLM results at V∞ = 30 m/s for three different advance ratios: J = 0.7, J = 0.8,
and J = 0.9. Figure 6.19 shows the thrust and torque coefficients obtained per blade
(i.e., Tc,b = Tc /B and Qc,b = Qc /B), as well as the resulting propeller efficiency. When
comparing the Tc results of the wind-tunnel experiment with CFD in Fig. 6.19a, simi-
lar trends are observed, although the curves present an offset. The thrust obtained per
blade for the 4-bladed (CFD) case is higher than the thrust obtained per blade for the
6-bladed (WT) case, which is expected since a higher total thrust of the 6-bladed pro-
peller leads to a higher induced axial velocity at the propeller disk, and thus to a lower
effective angle of attack at each blade section. This can be confirmed by comparing the
results obtained for four and six blades using the LLM, which show a comparable off-
set. The same effect is seen for the torque coefficient (Fig. 6.19b) and, in both cases, the
lifting-line method over-predicts the loads, when compared to the wind tunnel or CFD
data. Moreover, the LLM predicts a linear variation of propeller efficiency (Fig. 6.19c)
with advance ratio, while the higher-fidelity methods predict a lower efficiency at high
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Figure 6.19: Comparison of isolated propeller performance with wind tunnel (WT) data and a lifting-line
method (LLM). Note that forces are expressed per propeller blade.
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advance ratios. There are several assumptions used in the LLM calculations which may
lead to discrepancies with respect to the results obtained with higher fidelity methods;
for example, given that XROTOR only accepts a limited number of airfoil characteristics
as input, the airfoil polars considered in XROTOR lose accuracy. In any case, the qualita-
tive agreement of the three methods indicates that the isolated propeller performance is
captured correctly by the CFD simulations.

6.2.2. AERODYNAMIC INTERACTION PHENOMENA
The following section describes the most relevant aerodynamic phenomena caused by
the interaction between the propeller and each duct. First, the circular ducted propeller
case is discussed, followed by the square ducted propeller.

A. CIRCULAR DUCT

Existing literature indicates that a circular duct is able to produce thrust, in the installed
configuration, provided that the thrust coefficient, Tc , of the propeller is high enough
[173, 263, 264]. A high Tc leads to a higher slipstream contraction of the flow upstream
of the propeller. The upstream slipstream contraction causes a change in the effective
angle of attack of the duct sections, which then leads to the production of thrust by the
duct. To confirm this, the pressure distribution at the surface of the circular duct is eval-
uated and compared in propeller-on and propeller-off conditions in Fig. 6.20. Figure
6.20c shows that a strong suction peak occurs at the inner surface of the installed duct,
which is indicative of the change in effective angle of attack caused by the propeller. The
region of increased suction is maintained up till the location of the propeller, where a
sudden increase in static pressure is generated across the propeller disk. Figure 6.20c
also presents the force vectors calculated from the average Cp chordwise distribution for
the installed case. The force vectors show how the change in effective α and the conse-
quent leading edge suction peak result in the production of thrust by the duct.

The instantaneous pressure distribution of Fig. 6.20d shows that the pressure is low-
ered everywhere along the leading edge of the duct, but more prominently closer to the
propeller blade. The figure also indicates the presence of a strip of lower pressure at the
duct surface, trailing from the blade tip. At the same location, the axial friction coeffi-
cient Cfx shown in Fig. 6.20e is negative, which indicates reversed flow. Therefore, the
results indicate that, near the blade tip, the strong pressure jump across the blade causes
flow separation in the axial direction at the duct’s surface. The vorticity isosurface of Fig.
6.20e also indicates that the blade tip vortex continues to interact with the duct’s bound-
ary layer after the blade has passed. However, since the chordwise length of the reversed
flow region is relatively short, this phenomenon does not have a strong effect on the
overall propulsive performance of the system. The dominant effect of the propeller on
duct performance is, therefore, the increased leading-edge suction. The drag produced
by the duct is further reduced because the propeller is placed at the position of maxi-
mum thickness. Therefore, the increased pressure behind the propeller blades, visible in
Fig. 6.20d, acts on a backwards-facing surface, while the increased suction ahead of the
propeller acts on a forwards-facing surface. This leads to an additional net axial force
which increases duct thrust.
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Figure 6.20: Pressure (left) and axial skin-friction (center) coefficient contours on the circular duct’s inner
surface. Tangential-vorticity isosurface of subplot e) only shown for 0.95 < r /Rp < 1. Unsteady results

obtained from FB model shown in the installed case (θb = 45o, J = 0.7, TcFB = 0.87).

B. SQUARE DUCT

The flowfield generated by the square ducted propeller is more complex than the flow-
field of the circular ducted propeller case, since the geometry is no longer axisymmetric.
Therefore, the steady results of the AD simulation are analyzed first, followed by the re-
sults of the FB simulation, to understand which additional unsteady phenomena occur.

Time-Averaged Effects (AD Simulation)
The steady results of the installed square duct simulation are relevant to understand
the effect of the duct corners on the performance of the system. For this, Figs. 6.21a
and 6.21b show the pressure and skin-friction coefficient distributions inside the duct.
A small region of reverse flow (C fx < 0) is observed in the vicinity of the duct’s corner,
which is an indicator of flow separation. Moreover, Figs. 6.21c and 6.21d show that,
in the installed case, the region of reverse flow is considerably larger, starting approxi-
mately at the axial position of the propeller, 30% duct chord. Fig. 6.21c also shows that,
for the installed case, the static pressure recovers to higher values at the trailing edge for
the spanwise locations far from the corner. Furthermore, Fig. 6.21c shows two regions
of low Cp located symmetrically on either side of the corner, at the duct’s trailing edge.
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This is created by a pair of corner vortices, which are clearly visible in the surface streak-
lines. Literature also indicates that corners can be prone to the formation of vortices.
Rubin and Grossman [246], who studied the flow over at the corner between two flat
plates and also found “swirling flow in the corner”, even though in their results “a closed
vortical pattern is not established”. However, in the present study, the propeller induces
adverse pressure gradients which increase the magnitude of flow separation. This effect
is also comparable to the flow separation that occurs at wing-body junctions at higher
angles of attack [265], although the effective increase in angle of attack is, in this case, a
consequence of slipstream contraction.
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Figure 6.21: Pressure (left) and axial skin-friction (right) coefficient contours on the square duct’s inner
surface. Installed case (bottom) simulated with AD propeller model (J = 0.7, TcAD = 1.13).

In order to further investigate the flowfield at the square duct’s corner, the flow’s axial
vorticity is shown in Fig. 6.22 for three planes: x/c = 0.3 (plane of the propeller disk),
x/c = 1 (at the duct’s trailing edge) and x/c = 1.5 (downstream of the duct). In Fig. 6.22,
the in-plane velocity vectors are also shown. The uninstalled vorticity contours indicate
that the axial vorticity in the duct’s boundary layer grows towards the trailing edge, which
is associated with a minor spanwise movement of the flow towards (inner surface) or
away from (outer surface) the corner. This is caused by the increased suction on the
inside of the corner of the duct (see Fig. 6.21c), and reduced suction on the outside of
the corner due to 3D-relief effects. Figure 6.22b also shows the influence of the small
separated region at the corner in the vorticity distribution, although in the wake of the
system (Fig. 6.22c), no significant swirl is observed.
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Figure 6.22: Axial vorticity contours and in-plane velocity vectors around the corner of the square duct, at
three axial locations. Installed cases simulated with AD model (J = 0.7, TcAD = 1.13).

When the propeller is installed, several additional phenomena are visible. Firstly, Fig.
6.22d shows the swirl imposed by the AD. This leads to a generation of axial vorticity at
the inner and outer radius of the AD model, due to the shear that occurs with the sur-
rounding flow. In practice, this vorticity is concentrated in the root and tip vortices of the
propeller, respectively. Figure 6.22d also shows a significant slipstream contraction at the
location of the actuator disk, as the velocity vectors are directed away from the corner, in
the direction of the AD. This effect can, in fact, contribute towards the strong separation
which occurs inside the square duct under these operating conditions, as shown in Figs.
6.22e and 6.22f. These figures show how, towards the trailing edge, there is a spanwise
flow along the duct surface towards the corners, in line with Fig. 6.21c. Near the cor-
ner, flow reversal occurs, and the flow separates from the wall, moving inwards towards
the propeller axis along the bisector of the duct quadrant. Consequently, downstream
of the duct (Fig. 6.22f), two distinct regions of concentrated vorticity of opposite sign
are observed. Therefore, both Figs. 6.21 and 6.22 indicate the generation of vortices by
the square ducted propeller. This phenomenon constitutes a disadvantage of the square
duct, as the vortices also contribute towards a higher pressure drag of the system.
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Unsteady Effects (Full-Blade Simulation)
Since the corner vortices can have a strong detrimental effect on the performance of the
square ducted system, it is important to analyze how this phenomenon is affected by the
unsteady excitation of the propeller blades. Figure 6.23 shows axial vorticity coefficient,
Cωx , isosurfaces for the installed simulations with the AD (Fig. 6.23a) and with the FB
model (Fig. 6.23b). Figure 6.23 shows that the corner vortices generated in the AD sim-
ulation are also present in the FB case, although they appear to be weaker. This is an
artifact of the lower thrust of the FB with respect to the thrust of the AD model, at the
same advance ratio. The thrust of the AD was set to be equal to the thrust of the iso-
lated propeller for each of the three advance ratios considered. The differences in thrust
between the isolated and ducted propeller cases are discussed with more detail in the
next section. Figure 6.23a also shows streaks of increased positive vorticity generated
near the mid-section of each duct edge. This vorticity is a consequence of the high shear
that occurs between the slipstream edge and the duct boundary-layer. In an unsteady
sense (Fig. 6.23b), this region of increased vorticity manifests itself as periodic patches
of increased vorticity, generated during each blade passage. Figure 6.23b also shows the
tip vortices present in the propeller slipstream, although they do not form clear helical
filaments as occurs for unshrouded propellers. This is due to the cyclic loading that the
blade undergoes every 90o, as discussed in the following section.
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Figure 6.23: Axial vorticity coefficient isosurfaces from the installed square duct simulations (J = 0.7), with AD
(left) and FB (right) models. Isosurfaces are only shown for axial locations downstream of the duct trailing

edge (x/c > 1), and for r /R > 0.5.

6.2.3. PROPELLER AND DUCT LOADS
After having analyzed the main aerodynamic interaction phenomena present in the
ducted propeller systems, the main performance parameters are discussed in the fol-
lowing subsections. First, the loading distributions on the propeller are presented, fol-
lowed by the loading distributions on the ducts. Finally, combined performance of the
propeller and duct is discussed.
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A. BLADE LOADING DISTRIBUTIONS

The radial thrust and torque distributions over a propeller blade obtained from the FB
simulations are shown in Fig. 6.24. For the ducted propeller simulations, Fig. 6.24 shows
both the average and the spread of the radial distributions considering all the recorded
time steps. The average distributions reveal that the propeller operates at a higher load-
ing for the isolated case, followed by the square duct case. The propeller therefore oper-
ates at the lowest loading when installed with the circular duct. The main reason for the
differences in averaged thrust and torque are the inflow velocities at the propeller disk.
The effective inflow velocity is highest for the circular duct, since the circular duct causes
a higher contraction of the streamtube passing through the duct than the square duct,
for the same duct airfoil thickness. The effective inflow velocity is lowest for the isolated
propeller, which perceives undisturbed free-stream flow. However, near the blade tip
(r /R → 1), the circular ducted propeller generates the highest thrust and torque. This is
due to the constant low tip-clearance for the circular ducted propeller. The low tip clear-
ance reduces the tip loss effect and the strength of the blade tip-vortex, thus increasing
the loading at large radial locations.
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Figure 6.24: Radial propeller loading distributions in the isolated and installed (FB) configurations, with the
propeller operating at J = 0.7. Shaded area indicates the spread in loading throughout a propeller revolution.

A comparison of the spread of the thrust and torque distributions for the two ducted
cases reveals that the radial variations of T and Q are signficant for the square ducted
propeller, while practically no variations in loading can be observed for the circular duct,
as expected. In the square duct, the amplitude of the thrust fluctuations at the radial lo-
cation of maximum loading (r /R = 0.85) equals 9% of the mean thrust at that location.
The amplitude of this unsteady loading increases towards the tip, exceeding 70% of the
mean thrust at r /R = 0.99, partially due to the lower mean thrust levels at that location.
The blade experiences these loading variations for two reasons. Firstly, the inflow veloc-
ities at the propeller disk location depend on the azimuthal position of the blade, since
the blockage effect of the duct is not axisymmetric. Secondly, the tip clearance of the
blade is not uniform inside the square duct, which leads to temporal variations of the
tip-loss reduction felt by the propeller blade. Consequently, the variations in blade load-
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ing are highest near the tip and, while on average the blade tip-loading is highest for the
circular duct, for determined phase angles, the tip-loading is higher in the square duct.
This is detrimental for both the noise emissions and fatigue life of the propeller.

B. DUCT LOADING DISTRIBUTIONS

The spanwise distributions of thrust at the circular and square ducts, from the installed
FB simulations, were analyzed in order to understand which configuration enables a
better propulsive performance of the duct. Figure 6.25 shows the thrust coefficient dis-
tributions along the duct perimeter. The thrust coefficient, Tc , is decomposed into a
pressure contribution, Tcp , and a friction contribution, Tcf. In Fig. 6.25a, which presents
the circular duct, the distributions are show versus the azimuthal coordinate of the duct
section with respect to the nearest blade. The figure indicates that Tcf is approximately
constant with respect to the spanwise location, whereas Tcp sees large variations. Tcp is
largest for the duct sections near the blade, which was already expected from the anal-
ysis of Fig. 6.20. Furthermore, Fig. 6.25a also indicates that, in a reference frame that
rotates with the propeller, the temporal variation of the spanwise distributions of thrust
at the duct is relatively small.
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Figure 6.25: Spanwise thrust coefficient distributions along the duct perimeter in the installed configurations
(FB, J = 0.7). Shaded area indicates the spread in loading throughout a propeller revolution. Note that the

x-axes are expressed in the propeller and duct reference frame for subplots (a) and (b), respectively.

Figure 6.25b shows the thrust distributions for the square duct with respect to the
spanwise location φl . The figure indicates that the spanwise variation of the friction
thrust coefficient is also smaller than the spanwise variation of the pressure thrust coef-
ficient for the square duct. Still, Tcf is higher (less negative) at the corner, where φl = 0.5,
than for spanwise locations far from the corner. This is due to the reverse flow region
near the corner, identified previously in Fig. 6.21. Figure 6.25b also shows that the tem-
poral variation of Tcf for each duct section is negligible, which indicates that the flow
separation in the corner does not vary significantly with the blade position. In other
words, the increased separation in the corner of the duct is a consequence of the slip-
stream contraction observed in Fig. 6.22, and not an unsteady phenomenon which is
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excited at the blade-passage frequency. The Tcp distribution, on the other hand, shows
large fluctuations with the periodic passage of the propeller blades. On average, the duct
produces more pressure thrust at the locations far from the corner. Towards the corner of
the square duct, Tcp reduces due to two main reasons. Firstly, due to the larger distance
between the corner sections and the propeller disk, the effect of slipstream contraction
on the local angle of attack perceived by the corner sections reduces. Secondly, the cor-
ner’s axial flow separation and the associated corner vortices also contribute towards
the generation of drag at the duct. The comparison of Figs. 6.25a and 6.25b also indicate
that the circular duct is able to produce more thrust than the square duct, for the same
rotational speed of the propeller, even though the propeller itself produces more thrust
when placed inside the square duct.

C. SYSTEM THRUST AND EFFICIENCY

In this section, the loading distributions are integrated to understand how the thrust
produced by the different systems compares, as well as their efficiency. For the in-
stalled systems, the propulsive efficiency is defined as ηp,system = V∞Tsystem/Ps, where
Tsystem = TP + Tduct. Firstly, Fig. 6.26 shows the ratio of duct thrust to system thrust
obtained from the installed AD simulations, for both ducts and for the three operating
conditions tested, J = 0.9, J = 0.8 and J = 0.7. The figure indicates that both ducts con-
tribute more towards the system’s thrust as the thrust setting increases, as expected from
literature [173]. This is due to the higher slipstream contraction that is perceived by the
duct when the thrust setting increases. Besides, Fig. 6.26 also shows that the thrust of the
circular duct with respect to the system’s thrust (15% at Tc,system ≈ 1.0) is higher than the
square duct’s contribution (2.5% at Tc,system ≈ 1.0), for all operating conditions tested.
This result is consistent with the discussion of the previous section. For the square duct
at the lowest thrust setting, the pressure drag in the corners of the duct and friction drag
outweigh the suction generated on the leading edge due to slipstream contraction, lead-
ing to a negative thrust contribution.
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Figure 6.26: Ratio of duct thrust to total system (i.e., propeller + duct) thrust obtained from the AD
simulations for three propeller thrust settings.

Finally, Fig. 6.27 shows the time-averaged thrust coefficient and efficiency of the
three systems studied with the FB propeller model. Figure 6.27 shows that the isolated
propeller is the propulsion system which produces more thrust, for the chosen advance

115



6

6. PROPELLER INTERACTION EFFECTS

ratio. The main reason for this is the lower axial velocity of the flow at the propeller
disk, when compared to the ducted configurations. However, even though the isolated
propeller produces approximately 7% more thrust than the ducted configurations, the
efficiency of the circular ducted system is higher than the efficiency of the isolated pro-
peller (∆ηp,system = +0.03). This is primarily because the isolated propeller operates at
a lower effective advance ratio than in the circular duct, and therefore operates at a less
optimal point along the efficiency curve of the propeller (see Fig. 6.19c).

As discussed previously, the propeller produces more thrust inside the square duct
than inside the circular duct (at a fixed J setting), whereas the circular duct produces the
more thrust than the square one. At the operating conditions tested, both ducted sys-
tems produce the same net thrust (with a difference of only 0.4%), as visible in Fig. 6.27.
At the same system thrust, the circular ducted propeller is estimated to be 4.5% more ef-
ficient than the square ducted propeller. However, this value has to be interpreted with
caution since, for the same system thrust, the propeller produces more thrust inside the
square duct. This occurs because the propeller operates at a lower effective advance ra-
tio, since the average inflow velocity to the propeller disk is lower for the square duct
than for the circular duct. Therefore, it is at a less efficient operating point along its ef-
ficiency curve (see Fig. 6.19c), and for a fair comparison, the blade pitch of both ducted
systems would have to be adapted to maximize efficiency at the same total system thrust.
This would decrease the efficiency penalty of the square ducted system. In any case, the
aerodynamic phenomena discussed in the previous sections confirm that, for a single
propeller at a high thrust setting, a circular ducted system is more efficient than a square
one.

−0.02

T c
,sy

st
em

,
 [-

]

Isolated
propeller

Circular
ducted

Square
ducted

p,
sy

st
em

+0.03

Figure 6.27: Thrust coefficient and system efficiency of the three propulsion systems, obtained from the FB
model for J = 0.7.

6.2.4. IMPLICATIONS FOR DISTRIBUTED-PROPELLER SYSTEMS
These findings show that the circular ducted propeller is the best solution for a single
propeller operating at a high thrust setting in uniform inflow. However, several differ-
ences have to be taken into account for an actual OTWDP application:
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• The wing replaces the lower part of the duct. Thus, the contribution of the duct to
the net axial force is lower for an OTW propeller than for an uninstalled propeller.
However, the changes in wing performance due to the presence of the duct must
also be accounted for.

• For most OTW propeller positions, the velocity field induced by the wing de-
grades the propeller efficiency (see Sec. 6.1). Since the duct can reduce this non-
uniformity at the propeller location, the effect of the duct on the propeller effi-
ciency is more positive for an OTW propeller than for an uninstalled propeller.

• The average thrust setting throughout a typical mission is significantly lower than
the ones investigated analyzed in this section (Tc,mean ≈ 0.1; see Ch. 10). Therefore,
the relative impact of friction drag increases and the duct-thrust benefit, especially
of the circular duct, is lower or negative.

• Multiple adjacent propellers are used in an OTWDP array. While a single circular
duct presents less wetted area than a single square duct, this may not be the case
for an array of N À 1 adjacent propellers. This is reflected in Fig. 6.28, which plots
the wetted area of the duct, normalized with the duct chord c and the propeller
diameter D , versus the number of propellers it has to cover. If an infinitely thin
duct wall is assumed, then an array of square ducts sharing one wall with each
neighbor presents a lower wetted area than the circular-duct equivalent for N > 7.
If a “2D” envelop duct is considered instead, then the wetted area is lower than
the circular and square options for N ≥ 2, since the additional wall between each
propeller is removed.
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Figure 6.28: Wetted area of circular, square, and envelope ducts of chord c for N propellers of diameter D ,
assuming infinitely thin duct walls and zero tip clearance.

Based on this qualitative discussion and the detailed numerical investigation of the
interaction effects, it appears that each configuration has its advantages, and there-
fore the best solution depends on the operating conditions and design objectives of the
OTWDP system. In summary:
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• Unducted OTW propellers are beneficial for aerodynamic performance if the pro-
pellers are placed near the trailing edge, where the propulsive-efficiency penalty is
small (see Sec. 6.1 and Ch. 8). In that case, a duct would increase the drag during
most of the mission.

• Circular duct arrays are beneficial if propeller noise and fatigue life are a limiting
factor, since they reduce the unsteady loading more than square ducted propellers.
Circular ducts can also be beneficial from a performance perspective if the thrust
coefficient is high during a large part of the mission, or during a heavily-sizing
performance constraint.

• Envelope ducts are beneficial for the aerodynamic performance if the propellers
are placed far from the trailing edge. They are the most effective to mitigate the 2D
velocity disturbance above an unswept wing, and present significantly less wetted
area than circular or square duct arrays (Fig. 6.28). The motor pylons can also be
used to support the envelope duct (see Fig. 6.1), and part of their friction drag can
be offset by the swirl-recovery effect [240].

• Square ducted arrays do not present any aerodynamic advantages over the enve-
lope duct, due to the increased wetted area and corner-flow effects. They may,
however, be more beneficial than an envelop duct from a acoustic perspective, if
the propeller-propeller interaction were to lead to significant noise penalties (see
Sec. 6.3). A hybrid variant, with a square entrance and gradual transition to a cir-
cular cross-section at the propeller location (see e.g. Refs. [52, 71, 153]), is also
expected to further reduce the unsteady loads and noise of the propellers.

Since the optimum duct shape is not known at this stage, its effect on system perfor-
mance is cannot accurately be accounted for in the following chapters. In this research,
the objective of the OTWDP system is to maximize the aero-propulsive efficiency. There-
fore, neglecting the duct can be considered a conservative approach, since a duct would
only be included if it further enhanced the aero-propulsive efficiency of the system. If,
however, noise or fatigue constraints drive the design of the system, then a duct which
degrades the aero-propulsive efficiency may be required. Especially in that case, addi-
tional research is required to analyze the effect of the duct geometry on system perfor-
mance.

6.3. PROPELLER–PROPELLER INTERACTION
If an OTWDP system presents no duct, or if it uses an envelope duct as suggested in the
previous section, then each propeller interacts with the adjacent one(s). However, con-
trary to the aerodynamic interaction between multiple rotors in hover conditions, the
effects in forward flight remain relatively unexplored (see Ch. 2). It is unclear which in-
teraction mechanisms lead to a loss of thrust in forward flight, or what effect they have
on the propulsive efficiency, if any. Furthermore, the influence of many design parame-
ters, such as rotation direction, axial separation, incidence angle, or relative blade phase
angle, is unknown. These shortcomings indicate that a more in-depth understanding of
the flow field is required before design guidelines and mitigation strategies can be estab-
lished to improve the efficiency and noise characteristics of the system.
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The objective of this section is therefore to analyze the aerodynamic interaction be-
tween multiple propellers operating in close proximity in forward flight, to understand
how this affects the performance and wake evolution of the system. Due to the poten-
tial relevance of unsteady effects (e.g. blade-blade interaction), a numerical simulation
of the interaction between N propellers would require computationally intensive simu-
lations with meshes of N ·B blades, which is ineffective to explore the large parameter
space. Therefore, an experimental approach is selected. Three side-by-side propellers,
without wing, are studied in order to simplify the problem as much as possible, and
focus on how a determined propeller is affected by the interaction with its neighbors.
In most measurements, the propellers are placed in very close proximity, since previ-
ous studies show that the effects on propeller performance increase exponentially as the
separation distance is reduced [183, 184, 187]. Although the interaction could be mini-
mized by increasing the separation, this reduces the benefits produced by the propeller
on the wing (see Ch. 8), and therefore it is of interest to study the limit case of propellers
with minimum separation. The experimental setup employed for this is described in
Sec. 6.3.1. Section 6.3.2 then discusses how the flow field upstream and downstream
of the propeller is affected by the adjacent ones, and what effect this has on propeller
performance. Subsequently, Sec. 6.3.3 presents how these interaction effects vary with
different parameters such as the rotation direction, angle of attack, axial position, rela-
tive blade-phase angle, or differential-thrust settings.

6.3.1. EXPERIMENTAL SETUP

A. FACILITY AND MODEL DESCRIPTION

The experiments were performed at the low-speed, low-turbulence tunnel (LTT) at Delft
University of Technology, similarly to Experiment 1 of Sec. 6.1. An overview of the ex-
perimental setup is provided in Fig. 6.29, with the main dimensions and configurations
presented in Fig. 6.30. An array of three propellers was used in the setup, so that the
flow conditions perceived by the middle propeller were representative of a distributed-
propulsion configuration. Since the influence of one propeller on another decreases
rapidly with separation distance, the influence of additional, more distant propellers on
the middle propeller is a second-order effect, and thus the quasi-periodicity condition

a) Test section (viewed from front) b) Close-up view of propellers

Support sting

z

y

Middle prop.
with load cell

xz

y
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FOV

PIV traverse 
direction

Downstream
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Figure 6.29: Photographs of the experimental setup in the wind tunnel, indicating main components and the
illumination plane of the PIV setup.
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can be approximated by placing just one propeller on each side. These six-bladed, steel
propellers have a radius of R = 101.6 mm and are known as the “XPROP-S” propellers,
whose blade chord and pitch distributions are given in Fig. 6.31. These propellers are
a 1:2 scaled model of the propeller used in Experiment 2 of Sec. 6.1, with a modified
trailing-edge thickness for manufacturability reasons. Additional characteristics of the
propellers can be found in Refs. [90, 266]. Additionally, a fourth, mirrored version of the
propeller was used to be able to change the rotation direction of the middle propeller and
replicate a counter-rotating configuration (Fig. 6.30b). These propellers were installed
on a straight, untapered support sting consisting of a NACA 0020 profile with an origi-
nal airfoil chord of 100 mm, but with the last two millimeters truncated to facilitate the
manufacturing process. The leading edge was located approximately 3R downstream of
the propeller disks to limit the upstream influence on the propellers.
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Figure 6.30: Overview of test setup, indicating main dimensions, reference systems, and configurations.
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Figure 6.31: Blade chord and pitch distributions of the six-bladed XPROP-S propeller. Figure adapted from
Ref. [90].

The propellers were driven by brushless DC electrical motors, each powered by a
dedicated PWM-controlled trapezoidal electronic speed controller (ESC) and an exter-
nally programmable 5 kW DC power supply. The electrical motors were housed inside
an aluminum nacelle, which could be fixed at different spanwise locations on the sup-
port sting in order to vary the separation distance between the propellers. The left and
right nacelles could be removed and replaced with caps to minimize the influence on
the middle propeller during “isolated” propeller measurements, as shown in Fig. 6.30c.
Moreover, several inserts could be installed in the nacelles to vary their length and there-
with change the stagger of the propellers; that is, to change their relative axial position
(Figs. 6.30d-6.30g).

B. TEST CONDITIONS & CONFIGURATIONS

Measurements were performed at a nominal freestream velocity of V∞ = 30 m/s, with a
propeller blade pitch of 30o ±0.05o at 70% of the blade radius. The blade pitch angle is
such that the maximum efficiency is obtained at a high thrust setting, and is therefore
more representative of take-off conditions than of cruise conditions. This setting was
preferred over larger pitch angles since higher thrust coefficients and blade tip Mach
numbers could be achieved, which made both the aerodynamic and acoustic interac-
tion effects more clearly identifiable in the experiment. The propellers were evaluated
for advance ratios ranging from J = 0.8 (184.5 Hz) to J = 1.35 (109.3 Hz), as reflected in
Table 6.5. This corresponds to thrust coefficients Tc between 0 and 1.1, blade tip Mach
numbers ranging from 0.22 to 0.36, and a blade Reynolds number at 70% radius rang-
ing from approximately 3.8 ·104 to 6.0 ·104. In addition to testing the “distributed” and
“isolated” propeller configurations, several measurements were performed with a sin-
gle propeller installed on one of the three nacelles, to distinguish the interaction with
adjacent propellers from the interaction with adjacent nacelles.

The rotational speed of the propellers was controlled with custom-made software,
achieving a standard deviation of the rotational speed of 0.1 Hz during random-phase
measurements, and of 0.05 Hz during phase-controlled measurements. The random-
phase measurements were performed by increasing the rotational speed of the two outer
propellers by 0.03 Hz relative to the center propeller, such that the relative blade angles
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between the propellers ∆φ would cover approximately one blade passage (0o to 60o)
throughout the acquisition time of each measurement point. Thus, the averaged reading
represents a phase-random measurement. This offset in rotational speed corresponded
to a change in advance ratio below 0.03%, and therefore had a negligible effect on (iso-
lated) propeller performance. In the phase-controlled measurements, the blade posi-
tion of the two outer propellers was controlled relative to the blade position of the mid-
dle propeller, and the performance and noise production of the system was evaluated
in steps of 10o (see Table 6.5). The standard deviation of the relative blade-phase angle
during these measurements was below 0.3o. Therefore, the controller was sufficiently
accurate to study the effect of the relative blade-phase angles on noise production with-
out any appreciable loss in coherence of the noise sources [197].

Additionally, the angle of attack, rotation direction, tip clearance, and stagger of the
propellers was varied. The angle of attack α could be set with an accuracy of ±0.1o,
which was the maximum difference in installation angle observed among the three pro-
pellers and the horizontal axis (at α= 0o) in repeated installation procedures. Regarding
the tip clearance between adjacent propellers, most measurements were performed at
a small separation distance (d/R = 0.04), since numerous previous studies have already
shown that the interaction effects are strongest at small separation distances, and rapidly
reduce as the separation distance increases [184, 186, 187]. Repeated installation proce-
dures showed that the tip clearance varied by less than ±0.5 mm (d/R ± 0.005) among
the different measurements of a determined d/R setting. Finally, the relative axial posi-
tion of the propellers could be accurately changed by including one or more inserts of
20 mm length in each nacelle. These inserts were used to simulate the three configura-
tions shown in Figs. 6.30e–6.30g, in addition to the baseline, zero-stagger configuration.
A summary of these parameters is given in Table 6.5. The results discussed in Secs. 6.3.2
and 6.3.3 are presented for the baseline parameter values, unless explicitly mentioned
otherwise.

Table 6.5: Overview of test conditions. Baseline values indicated in bold.

Parameter Values
Freestream velocity V∞ [m/s] 30
Blade pitch at r /R = 0.7 [deg] 30
Advance ratio J [-] 0.80 < J < 1.35 (1.00)
Thrust coefficient Tc [-] 0 < Tc < 1.1 (0.45)
(P)ropeller/(N)acelle configuration 3P + 3N (“distributed”), 1P + 3N,

1P + 1N (“isolated”)
Relative blade-phase angle ∆φ [deg] random, 0, 10, 20, 30, 40, 50, 60
Rotation direction co-rotating, counter-rotating
Angle of attack α [deg] 0, 5
Tip clearance d/R [-] 0.04, 1.00
Stagger ∆x/R (left, mid, right) [-] in-line (0, 0, 0), forward (0, 0.2, 0),

backward (0.2, 0, 0.2), staired (0, 0.2, 0.4)
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C. MEASUREMENT TECHNIQUES

This section describes the three types of measurement performed. For the normaliza-
tion of the recorded performance and flow-field parameters, the effective freestream ve-
locity was corrected for nacelle, support-sting, and slipstream blockage. The blockage
effect of the nacelles and support sting at the center of the middle propeller was esti-
mated numerically by representing them as a distribution of point sources and placing
image sources to mimic the wind-tunnel walls, as recommended in Ref. [267]. Glauert’s
slipstream blockage correction was applied to account for propeller thrust. Combined,
the effect of blockage was found to range between −0.5% and +1.0% of the nominal
freestream velocity, depending on the configuration and thrust setting. In addition to
the measurements described here, microphone measurements were performed to gain a
preliminary understanding of the changes in noise due to aerodynamic interaction. For
the description and results of those measurements, the reader is referred to Ref. [233].

Load Measurements
The middle propeller was instrumented with an ATI MINI-40E six-component force sen-
sor to measure forces and moments on the propeller (i.e., on the blades and spinner).
The force sensor was calibrated for a full-scale load range of 60 N, 20 N, and 1 Nm for
thrust, in-plane forces, and torque, respectively. For each configuration, propeller forces
were measured for several advance ratios (see Table 6.5). Data were sampled at 10 kHz
and averaged over 5 seconds. In every measurement run, each advance-ratio setpoint
was measured at least four times, and the measurement sequence was randomized to
convert potential systematic errors within a measurement run (i.e., drifts) into random
error. Additionally, repeated measurements were performed after several days and con-
figuration changes for selected cases to verify the reproducibility of results. The differ-
ences between repeated measurement runs were found to be comparable to the scatter
observed within a single run. Third-order polynomial fits were made through the thrust
and torque curves to model the propeller response over the considered J range.

The variations in motor temperature were found to appreciably affect the load-cell
readings, and therefore a linear temperature calibration was applied, similarly to Ref.
[266]. The temperature-calibration process was verified by comparing thrust measure-
ments to the data obtained from an external balance, as detailed in Ref. [233]. The un-
certainty of the performance curves was estimated taking into account potential mis-
alignments in propeller angle-of-attack, errors in the temperature-calibration factors,
and random error in the data due to e.g. variations in operating conditions. The result-
ing errorbars are included in performance curves of the results section. These errorbars
present the 95% confidence interval for a determined propeller geometry. They do not
include potential errors due to deviations in blade geometry from the theoretical blade
shape, or misalignments in blade-pitch angle. A comparison of the four, theoretically
identical propellers showed deviations of approximately Tc ±0.005 and Qc ±0.0005 be-
tween each other. This error has a second-order, negligible effect on the changes in per-
formance reported here, but should be taken into account when comparing the absolute
performance of the propeller to numerical simulations with idealized geometries.

Wake-Pressure Measurements
The total-pressure distribution behind the propellers was measured at two locations:
close to the propeller (x/R = 0.2), which reflects the non-uniform loading distribution on
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the propeller disk, and further downstream (x/R = 1.2), to determine whether the slip-
streams had deformed significantly at a typical wing leading-edge location. The wake
pressures were measured for the configurations shown in Figs. 6.30c–6.30f, and the po-
sition of the two survey planes is shown in Fig. 6.30d. For this, two types of probes were
used. Firstly, a single Pitot probe was traversed horizontally in the y-direction (z/R = 0)
directly behind the propeller, with a spatial resolution ranging from 3 mm in the inboard
region to 0.5 mm in the blade-tip region. This provided an appropriately resolved total-
pressure distribution and location of the slipstream edge. Secondly, a vertical wake rake
containing 74 total-pressure probes, separated 3 mm, was traversed in y-direction be-
hind the propellers, also in steps of 3 mm. This provided a 2D pressure distribution of
the flow field, though with reduced resolution compared to the single probe.

The pressure ports were connected to an electronic pressure scanner. The pres-
sure sensors present an uncertainty of ±4 Pa on the full-scale measurement range,
corresponding to ±0.7% of the freestream dynamic pressure. Repeated measurements
showed only minor quantitative differences (±2 Pa), and no qualitative differences. Each
data point was averaged over 10 seconds measurement time, at an acquisition frequency
of 10 Hz.

Particle-Image Velocimetry
A stereoscopic particle-image velocimetry (PIV) setup was used to obtain the velocity
distributions upstream and downstream of the propellers. For this, a query plane was
set up parallel to the xz plane in between two of the propellers, as shown in Fig. 6.29b. A
mixture of diethylene-glycol and water was used for flow seeding, obtaining tracer par-
ticles with an average diameter and relaxation time below 1 µm and 1 µs, respectively.
A 200 mJ Nd:YAG laser was used for illumination, positioned beneath the test section.
The light was directed through a plexiglass plate in the wind-tunnel floor, generating
a laser sheet of approximately 2 mm thickness upstream and downstream of the pro-
pellers. Four 16-bit LaVision Imager sCMOS cameras were used for image acquisition,
two for the field-of-view (FOV) upstream of the propellers, and two for the FOV down-
stream of the propellers. These cameras feature a 2560×2160 pixel sensor with a pixel
size of 6.5 µm, and were equipped with 105 mm lenses at f/11 aperture.

For each measurement, 500 uncorrelated images were acquired at 15 Hz. By travers-
ing the cameras and laser in y direction, multiple parallel planes were sampled, evaluat-
ing a total of 26 planes in steps of 1.8 mm (in the tip region) to 5 mm (at the more inboard
blade locations). A combination of these planes provided volumetric information of the
time-averaged velocity field upstream and downstream of the propellers. A summary
of the characteristics of the setup is provided in Table 6.6. The table also includes the
uncertainty of the velocity field, computed following the method outlined in Ref. [268].
Note that this uncertainty does not included potential errors due to misalignment of
the illumination plane relative to the model, or possible deviations from the nominal
test conditions established in Table 6.5. An inspection of the flow field immediately up-
stream of the isolated propeller, which in theory should be symmetric with respect to the
z = 0 plane, showed differences of up to 2% of the freestream velocity between the up-
per and lower halves of the FOV. This indicative error band should be taken into account
when comparing the results to independent numerical or experimental analyses.
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Table 6.6: Main characteristics of the PIV setup.

FOV Upstream Downstream
Field of view x × z [mm2] 100×120 100×160
Number of (uncorrelated) images [-] 500
Number of parallel planes [-] 26
Plane locations [mm] y ∈ [51.6,145.2]
Focal length [mm] 105
Pixel shift [pixel] (at V∞) 10
Imaging resolution [pixel/mm] 16.8
Window size [pixel2] 64×64
Overlap factor [%] 50
Vector spacing [mm] 1.9
Instantaneous velocity uncertainty [%] 1.3a 3.7b

Mean velocity uncertainty [%] 0.1a 0.2b

aAverage value upstream of propeller disk, as a percentage of V∞.
bAverage value in tip-vortex region, as a percentage of V∞.

6.3.2. INTERACTION EFFECTS IN BASELINE CONFIGURATION
This section describes the time-averaged aerodynamic interaction observed between
the three propellers in the baseline configuration, without stagger or angle-of-attack
effects. First, the effect of this interaction on the performance of the propellers is
presented. Then, the changes in velocity and pressure fields relative to the isolated-
propeller case are described, to explain the changes in propeller loading and slipstream
development.

A. PROPELLER PERFORMANCE

To understand the impact of the aerodynamic interaction on propeller performance, Fig.
6.32 presents the thrust coefficient, torque coefficient, and efficiency of the middle pro-
peller versus advance ratio, for the isolated and distributed-propeller cases. The figure
shows a slight reduction in thrust in the distributed-propeller configuration for all ad-
vance ratios, which outweighs the reduction in torque and, overall, leads to a drop in
propeller efficiency. The efficiency loss is especially evident at high advance ratios. This
occurs because the performance loss is predominantly caused by a local variation in ef-
fective advance ratio (see following subsections), and the propeller efficiency is more
sensitive to variations in advance ratio near the zero-thrust condition.

Figure 6.32 indicates that, for a fixed-pitch propeller, a significant performance loss
can occur due to propeller–propeller interaction at low thrust settings. However, in prac-
tice, a propeller typically operates at the advance ratio corresponding to maximum effi-
ciency in cruise conditions, and to the left of that (i.e., at lower advance ratios) in take-
off or climb conditions. Therefore, the appreciable efficiency loss visible in Fig. 6.32 for
J > 1.2 can be avoided by selecting an appropriate blade-pitch setting. For a variable-
pitch propeller, the loss in propeller efficiency at the thrust setting corresponding to
maximum efficiency (Tc ≈ 0.38, in this case) is more representative of the performance
loss due to propeller–propeller interaction. In Fig. 6.32, the propeller-efficiency penalty
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Figure 6.32: Performance of the middle propeller in the baseline isolated and distributed configurations.
Markers indicate individual measurements.

at this thrust setting is approximately 1.5% of the isolated-propeller efficiency. The cause
of this performance loss is described in the following section.

B. FLOW-FIELD CHARACTERIZATION

The presence of additional propellers alters the inflow conditions to each propeller, thus
changing the loading distribution on the propeller blades. This variation in loading af-
fects the velocity and pressure field downstream of the propeller, which is also simul-
taneously affected by adjacent propeller slipstreams. In order to understand this aero-
dynamic coupling, the following subsection first describes the flow field upstream of the
propellers, and subsequently the evolution of the flow field downstream of the propellers
is described.

Inflow Conditions
Figure 6.33 shows how the velocity field ahead of the middle propeller is affected by
the presence of adjacent propellers. The velocity distributions are obtained from the
ensemble-averaged PIV data, and only a part of the FOV is shown. In this figure, the ve-
locity vectors indicate the in-plane velocities induced by the propellers and nacelles; i.e.
the freestream velocity has been subtracted from the axial component. The slipstream
contraction is evident in the horizontal plane of the isolated-propeller case (Fig. 6.33a).
Near the radial position of maximum loading (y/R ≈ 0.7), the radial velocity is zero, while
further outboard, the slipstream contracts. Inboard of y/R = 0.7, on the other hand, the
radial flow is outward-oriented. This outward-oriented flow is caused predominantly by
the spinner. The trailing vorticity in the inboard region of the blade also plays a minor
role, since it is opposite in sign compared to the tip region, and induces radial velocities
which cause the streamtube to expand rather than to contract.

When additional propellers are placed on the side (Fig. 6.33b), two main differences
can be observed. Firstly, the velocity magnitude has increased, as can be seen by com-
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paring the contour levels of Figs. 6.33a and 6.33b. Secondly, near the propeller tip, the
spanwise velocity component v is reduced to practically zero. This is especially evident
in the close-up view, where the distributed-propeller velocity vectors (black) are practi-
cally aligned in streamwise direction, while the isolated-propeller velocity vectors (red)
present a significant spanwise component. Above the horizontal plane (z > 0), the re-
duction in spanwise velocity is accompanied by an increase in the magnitude of the ver-
tical velocity component w , leading to the reorientation of the velocity vectors indicated
in Fig. 6.33b.
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Figure 6.33: Inflow velocity distributions upstream of the middle propeller, obtained from PIV measurements
in isolated and distributed configurations.

To analyze these differences in more detail, Fig. 6.34 displays the axial and tangential
velocity profiles extracted from the cross-flow plane upstream of the propeller disk at
x/R = −0.2, for three azimuthal locations. The axial velocity profiles (Fig. 6.34a) show
that the inflow velocity is higher in the distributed configuration than in the isolated
configuration, especially along the centerline (θ = 0o). The tangential velocity profiles,
on the other hand, show no significant swirl at θ = 0o in Fig. 6.34b. This is expected since,
in a time-averaged sense, a propeller does not induce swirl upstream of the propeller
disk. However, as the blade approaches this horizontal position, it perceives a tangential
inflow in the same direction as the blade rotation direction (θ = −30o). On the other
hand, once it passes this horizontal position, it perceives a negative tangential inflow
(θ =+30o).
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b) Tangential velocity profiles
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Figure 6.34: Axial and tangential velocity profiles upstream of the middle propeller (x/R =−0.2), at three
azimuthal locations: approaching side (θ =−30o), horizontal position (θ = 0o), and retreating side (θ =+30o).

The changes in inflow conditions can be explained by considering the velocities in-
duced by the propeller vortex system. The vortex associated to an idealized single blade
without spinner contains three segments: the root vortex (axial), the bound vortex (ra-
dial), and the tip vortex (helical), as shown in Fig. 6.35. As discussed in Sec. 2.2.1, of the
various vorticity components that constitute the propeller slipstream, only the tangen-
tial one induces axial and radial velocities outside the slipstream. Therefore, the changes
in inflow conditions observed in Figs. 6.33 and 6.34 can be understood by representing
the propeller as a semi-infinite series of ring vortices, starting at the propeller disk lo-
cation. The velocity field induced by such a semi-infinite distribution of ring vortices is
notionally shown in the lower left corner of Fig. 6.35. For this illustration, it is assumed
that all tangential vorticity is concentrated in the tip (i.e., that the blade loading is con-
stant), and the Biot-Savart law is applied to discretized vortex segments. The illustration
shows how the radial velocities are highest at the start of the vortex tube, while decaying
to zero in upstream and downstream directions. Inside the vortex tube, the axial velocity
gradually increases in streamwise direction, in line with actuator disk theory. Outside
the vortex tube, the axial velocity is increased upstream of the propeller disk, decreased
downstream of the disk, and is not affected at the disk location. Therefore, a propeller
induces both axial and radial velocities ahead of the adjacent propellers.

These induced velocities are shown by the vectors sketched on the two gray planes
of Fig. 6.35, where the black arrows represent the velocity components induced by the
middle propeller, and the blue arrows on the left- and right-hand sides represent the
velocity components induced by the starboard and port propellers, respectively. The ef-
fect of the port and starboard propellers on the opposite sides is neglected for simplicity,
since the increased distance makes it a second-order effect. For a point on the hori-
zontal plane halfway between two propellers (right-hand side of Fig. 6.35), the induced
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Figure 6.35: Conceptual sketch of the propeller vortex system, the velocities it induces, and its effect on the
inflow to adjacent propellers.

axial velocities uind add up, while the radial components vr ,ind oppose each other. This
is the cause for the axial velocity increase observed in Fig. 6.34a, and the reduction in
spanwise velocity observed in Fig. 6.33b. If a generic azimuthal location θ is analyzed
instead (left-hand side of Fig. 6.35), the velocity induced by the side propeller not only
affects the axial and radial inflow components, but additionally creates an out-of-plane
component, vθ,ind. This tangential component is reflected in the profiles of Fig. 6.34b.

The increase in axial velocity observed upstream of the propeller disk is, however,
not the main cause for the loss of thrust in the distributed-propeller configuration: at the
propeller disk location, the axial velocity induced by adjacent vortex systems is approx-
imately zero (see illustration in Fig. 6.35). The tangential inflow component is also not
responsible for the thrust loss, since it is symmetric with respect to the z = 0 plane and
would, on average, lead to a negligible thrust increase, similar to a propeller at a small
angle of attack. Therefore, the thrust reduction is caused by the nacelles. This effect is
conceptually indicated in Figs. 6.36a and 6.36b. When additional nacelles are installed
next to the middle propeller, the inflow velocity increases as a result of the blockage of
the nacelles. This was confirmed by comparing thrust measurements with one propeller
and three nacelles (not shown here) to those of the isolated propeller. The compari-
son showed that the majority of the thrust loss occurred when the additional nacelles
were installed, while the incorporation of the adjacent propellers themselves had a much
smaller effect. For this reason, the two Tc curves of Fig. 6.32 present a relatively constant
offset, rather than a difference in slope. Since the effect of the nacelles decays with the
distance to the nacelle axis, the thrust offset also decreases gradually as the propeller
separation distance is increased, as seen in earlier studies [183, 184].
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Figure 6.36: Conceptual interpretation of the effect of nacelles and propellers on the streamlines in the
horizontal plane (z = 0).

Although the adjacent propellers’ vortex systems do not significantly affect the thrust
of the middle propeller, they do lead to unsteady loading. While the inflow condi-
tions of an isolated propeller are axisymmetric, the velocities induced by adjacent pro-
pellers break this axisymmetry and create a (quasi-)symmetry plane between each pair
of propellers instead, as shown in Figs. 6.36c and 6.36d. In a time-averaged sense, this
“boundary condition” would represent a perfect symmetry condition if an array of in-
finite propellers were considered, in which case the spanwise velocity would be exactly
zero halfway between each propeller. The associated reorientation of the in-plane Carte-
sian velocity components (v, w) in the propeller disk leads to the tangential component
observed in Fig. 6.34b, causing a twice-per-revolution excitation on the blades of the
middle propeller. It is worth nothing that, while the axial velocity induced by the pro-
pellers outside the slipstream is zero in the plane of the propeller disk (see bottom left
of Fig. 6.35), the induced radial velocities are highest at that axial location. Therefore,
the use of stagger not only affects the time-averaged loading on the propellers, but also
the unsteady loading. It is also important to note that this unsteady loading exists in
the blade reference frame purely as a consequence of the time-averaged influence of the
adjacent slipstreams, and does not yet consider additional unsteady effects due to the
perturbations produced by discrete blades passages (see Sec. 6.3.3).

Slipstream Characteristics
The asymmetric inflow conditions lead to non-uniform loading on the propeller disk in
the distributed configuration. This is reflected in the total-pressure distribution immedi-
ately behind the propeller disk (x/R = 0.2), shown in Fig. 6.37. These distributions do not
directly represent the loading distribution on the propeller disk, due to slipstream con-
traction, swirl, and diffusion and dissipation in the blade wakes and tip vortices. How-
ever, they provide a qualitative description of the loading on the disk itself. The total-
pressure distribution in the baseline, co-rotating configuration (Fig. 6.37a) shows that,
overall, the propeller loading is still relatively axisymmetric. However, the interaction
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effects become more prominent when analyzing the changes in loading due to the pres-
ence of adjacent propellers, shown in Figs. 6.37b and 6.37c. These figures show the dif-
ference in Cpt between the distributed configuration and a three-nacelles, one-propeller
configuration. The differences are not expressed relative to the isolated propeller, to de-
couple the effect of the adjacent propellers on the unsteady loading from the effect of the
nacelles. Moreover, in this way, it is possible to install a single propeller on the side na-
celle, and register the “deltas” on the side propeller (Fig. 6.37b) as well. The differences
in total pressure, δCpt, are normalized with the propeller thrust coefficient Tc to express
the changes as a percentage of the average loading on the propeller disk1. Figure 6.37c
shows that the loading is reduced when approaching the horizontal position, especially
near the radial location of highest loading (r /R ≈ 0.7). When the blade retreats from the
horizontal axis, the loading increases, especially in the outboard portion of the blade.
This is consistent with the trends in blade loading observed in earlier studies [185], and
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Figure 6.37: Total-pressure distributions measured 0.2R downstream of the propellers, viewed from behind.

1If the swirl component is neglected, the average total-pressure increase across the propeller is equal to its
thrust coefficient: Tc =Cpt,mean −Cpt,∞ =Cpt,mean −1.
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is a consequence of the tangential inflow velocities seen in Fig. 6.34b. The magnitude
of the changes in momentum is of the order of ±5% of the propeller thrust coefficient.
On the side propeller (Fig. 6.37b), the same effect is observed when the blades approach
the middle propeller. In this case, no significant loading changes exist in the left-hand
side of the figure, since there is no adjacent propeller. In the counter-rotating case (Figs.
6.37d-6.37f), the effects on the middle propeller are mirrored, as discussed in Sec. 6.3.3.

It should be noted that the large changes in loading at the edges of the slipstream in
Figs. 6.37b and 6.37c are not representative of local changes in blade loading. Although
the loading at the blade tips might locally increase when approaching a blade or tip vor-
tex of the adjacent propellers (see Sec. 6.3.3), this effect cannot be quantified with these
measurements. Instead, these sharp gradients at the edge of the slipstream are mainly
an artifact of the changes in slipstream contraction between the distributed-propeller
and single-propeller configurations. This is shown in Fig. 6.38, which represents the
total-pressure distribution measured in the Y -direction at Z = 0 with increased spatial
resolution near the slipstream edge. The dashed lines show how the slipstream edge is
closer to the propeller axis when a single propeller is installed on either the middle or
side nacelle. However, in the distributed configuration, the quasi-symmetry condition
discussed previously prevents slipstream contraction from occurring in the horizontal
plane, and thus the edges of the slipstreams are closer to each other.

Figure 6.37a shows that, at x/R = 0.2, the slipstreams are practically circular in cross
section. Additional total-pressure distributions, not shown here, indicated that the slip-
stream deformation was also minor at more downstream locations. To verify the im-
pact of this minor slipstream deformation on the inflow to a downstream wing, Fig. 6.39
shows the axial-velocity and flow-angle distributions in the horizontal plane at x/R = 1.2,
which can be considered a typical position of the wing leading edge. Figure 6.39 shows
that the maximum axial velocity in the slipstream is reduced with respect to isolated
conditions. This is caused by the reduction in thrust on one hand, and the widening
of the slipstream on the other. The latter is visible toward the edge of the slipstream
(y/R → 1), where the velocity in the slipstream tends to freestream values faster in the
isolated propeller case than in the distributed-propeller case. This distributes the mo-
mentum imparted by the propeller over a wider area. Moreover, no significant changes
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in inflow angle due to slipstream swirl (Fig. 6.39b) are observed. Therefore, the effect of
propeller-propeller interaction on the integral lift of a downstream wing is expected to
be minor.

b) Flow angle distribution
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Figure 6.39: Axial velocity and flow-angle profiles obtained from PIV measurements in the horizontal plane
(z = 0), 1.2R downstream of the propellers.

6.3.3. INFLUENCE OF DESIGN PARAMETERS & OPERATING CONDITIONS
Now that the main interaction phenomena and their effect on the time-averaged perfor-
mance of the propeller have been presented, this section describes how these phenom-
ena are affected by different operating conditions or design choices. The influence of
rotation direction, angle of attack, stagger, differential thrust, and relative phase angle is
described in the following subsections, respectively.

A. ROTATION DIRECTION

To determine whether the rotation direction has a significant effect on the performance
of distributed propellers, Fig. 6.40 presents the changes in propeller performance due
to interaction for the co- and counter-rotating cases. The plots indicate the change in
thrust or efficiency as a percentage of the isolated propeller’s thrust or efficiency, respec-
tively, versus the thrust setting of the isolated propeller. Note that the error bars are sig-
nificant at low thrust settings, since the force uncertainty is large relative to the absolute
forces, and ∆Tc and ∆ηP are affected by the uncertainty of both the installed measure-
ments and the isolated-propeller measurements used as reference. In all cases, there is a
drop in propeller thrust and efficiency due to the interaction, which is more pronounced
at lower thrust settings. This occurs because the adjacent nacelles are the main cause of
the thrust reduction in the distributed configuration (see Sec. 6.3.2), and their relative
contribution to the overall propeller performance is larger at lower thrust settings. The
asymptotic behavior at Tc,iso → 0 is a result of a finite change in thrust due to interaction
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at the advance ratio corresponding to zero isolated-propeller thrust, as can be extrap-
olated from Fig. 6.32. For both rotation directions, the efficiency loss is approximately
1.5% at the thrust setting of maximum efficiency, Tc = 0.38. However, considerably lower
thrust coefficients (Tc < 0.2) are obtained in cruise conditions of distributed-propeller
aircraft (see Chapter 10). Figure 6.40 shows that the efficiency loss is significantly larger
in those conditions, exceeding 5%. Nonetheless, as mentioned earlier, this is a result of
this specific blade-pitch setting, and can be avoided in practice by selecting a blade pitch
which presents the maximum efficiency at the cruise thrust setting instead.
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Figure 6.40: Effect of rotation direction and angle of attack on the change in propeller thrust and efficiency
due to interaction. Error bars are only shown for the baseline configuration, but are indicative for all cases.

When comparing the co- and counter-rotating cases in Fig. 6.40, the differences lie
well within the 95% confidence interval, and are most likely related to the uncertainty
of the fit and minor differences between the geometries of the two mirrored propeller
models. Therefore, the effect of rotation direction on the performance penalty is negligi-
ble. This reaffirms the interpretation of the time-averaged effects described in Sec. 6.3.2,
according to which the rotation direction should not affect the performance of the adja-
cent propeller. This is further confirmed in the wake-pressure distributions, displayed in
Fig. 6.37. When changing the rotation direction of the middle propeller, the changes in
loading distribution are mirrored, and no significant change in the amplitude or extent
of the peaks is observed. The loading distributions on the side propellers, meanwhile,
are barely affected by the rotation direction of the middle propeller.
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B. ANGLE OF ATTACK

Figure 6.40 shows that the performance loss due to interaction at α = 5o is comparable
to α= 0o, though slightly more pronounced. For α= 5o, the efficiency loss at Tc = 0.38 is
approximately 3%. A more pronounced difference can be seen in the normal-force co-
efficient, presented in Fig. 6.41. This figure shows that the normal force coefficient CN

(normalized with the rotational speed of the propeller) increases linearly with advance
ratio, presenting an additional offset in the distributed configuration. This constant off-
set indicates that the increase in normal-force coefficient is not dependent on the slip-
stream contraction of the adjacent propellers. Instead, it is attributed to the presence of
the adjacent nacelles, which induce an additional upwash and increase the effective an-
gle of attack of the propeller. At the advance ratio corresponding to maximum efficiency
(J = 1.04, Tc ≈ 0.38), the normal force is approximately 11% higher in the distributed
configuration, for an angle of attack of 5o. Therefore, the derivative ∂CN /∂α is higher in
the distributed configuration, which affects aircraft stability.
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Figure 6.41: Influence of interaction effects on propeller normal force in the baseline configuration, at two
angles of attack. Markers indicate individual measurements.

The normal force is a consequence of the differences in loading between the up-
going and down-going blade sides. This loading difference is reflected in the wake-
pressure distributions downstream of the propeller, shown in Fig. 6.42. The figures show
a clear non-uniform loading due to the angle of attack, where the loading is increased
on the down-going blade side, and reduced on the up-going side. Given that the survey
plane is relatively far downstream (x/R = 1.2), the azimuthal regions with highest and
lowest loading have been shifted in the direction of propeller rotation, due to the swirl in
the slipstream on one hand, and the phase delay in unsteady blade forces on the other.
Moreover, the side and middle propellers exhibit a similar loading distribution, indicat-
ing that the non-uniform loading due to the positive angle of attack is dominant over the
interaction effects with neighboring propellers. Analogously toα= 0o, atα= 5o a change
in the rotation direction of the middle propeller leads to a mirrored loading distribution,
and the slipstreams remain practically undeformed.

135



6

6. PROPELLER INTERACTION EFFECTS

b) Counter-rotating

-3 -2 -1 0 1 2 3
y/R [-]

-0.5

0.5

1.5

z/
R

 [-
]

1.0

1.2

1.4

1.6

1.8

a) Co-rotating
-0.5

0.5

1.5

z/
R

 [-
]

C
pt
 [-

]

Prop disk projection

1.0

1.2

1.4

1.6

1.8

C
pt
 [-

]

Figure 6.42: Wake total-pressure distributions measured at α= 5o (x/R = 1.2), viewed from behind. Note that
the z-coordinate is expressed relative to default reference system with propeller at α= 0o.

C. STAGGER

When the propellers are placed at different axial locations, the quasi-symmetry condi-
tion described in Sec. 6.3.2 is lost. In this case, the inflow to the propeller depends,
among other factors, on whether it is placed behind or ahead of adjacent propellers.
This is shown in Fig. 6.43, which presents the velocity distributions upstream of the pro-
pellers in a forward stagger configuration, i.e. where the middle propeller is placed fur-
ther forward at x/R = −0.2, while the side propellers remain at x/R = 0 (see Fig. 6.30e).
Figure 6.43a shows that the inflow to the middle is comparable to the baseline configu-
ration without stagger (Fig. 6.33b). However, the contours show a slightly higher velocity
magnitude, due to the axial velocity induced upstream by the adjacent propellers (see
Fig. 6.35). Moreover, the velocity vectors near the y/R = 1 plane present a weak lateral
velocity component. This occurs because, for x/R < −0.4, the radial velocities induced
by the middle propeller’s vortex system dominate over the radial velocities produced by
the adjacent vortex systems, since the middle propeller is placed more upstream. The
downstream (side) propeller, on the other hand, experiences a significantly different in-
flow (Fig. 6.43b). Firstly, the inflow velocity magnitude is reduced. Secondly, there is a
strong lateral velocity component upstream of the propeller, opposite to the usual slip-
stream contraction. This is visible in the horizontal plane of Fig. 6.43b and occurs be-
cause, upstream of the side propeller, the flowfield is dominated by the contraction of
the middle (forward) propeller. This is also evident in the xz plane, where a local region
of increased velocity magnitude is visible around x/R =−0.4.

The resulting variations in propeller loading are illustrated by the total-pressure dis-
tributions of Figs. 6.44a–6.44f. Note that the forward propellers are installed 0.2R fur-
ther upstream than in the baseline configuration, while the wake survey plane remains
at the same location, as reflected in Fig. 6.30. Therefore, the measured total-pressure
distribution deviates slightly more from the actual loading on the propeller disk, due to
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Figure 6.43: Inflow velocity distributions ahead of the middle (front) propeller and side (rear) propeller,
obtained from PIV measurements in the forward-stagger configuration.

the dissipation, diffusion, and slipstream rotation that takes place between the propeller
plane and the measurement plane. Again, when computing δCpt, the three-nacelles,
one-propeller measurement is taken as reference instead of the isolated propeller. When
comparing the δCpt distributions of the middle propeller in the forward (Fig. 6.44a,
6.44c) and backward (Fig. 6.44d, 6.44f) stagger configurations, it appears that on average
the former presents less total-pressure rise than the latter. The opposite is observed for
the side propellers. These observations reinforce the interpretation of Fig. 6.35, which
shows that propellers positioned upstream of their neighbors perceive an increased ax-
ial inflow velocity, while the opposite occurs for propellers placed downstream of their
neighbors.

However, the total-pressure distributions should be interpreted with caution, since
the slipstream contraction is different between the distributed and single-propeller con-
figurations. This is evident in Figs. 6.44c and 6.44e, which show high total-pressure val-
ues at the edge of the slipstream. These streaks appear because in the distributed case,
the slipstream of the upstream propeller first contracts, and is subsequently widened
due to the contraction of the adjacent propellers. Hence, the slipstream is wider than in
the isolated case, and therefore the “delta” between the two appears as highly positive in
the contour maps around y/R = ±1. It is interesting to note that the opposite does not
occur on the top side of the slipstream; i.e. the slipstream widens while maintaining a
constant height, rather than widening while maintaining a constant cross-sectional
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Figure 6.44: Slipstream total-pressure distributions measured at x/R = 0.2 with forward and backward stagger
(J = 1.00, Jdifferential thrust = 1.15).
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area. Furthermore, in the backward-staggered case (Fig. 6.44f), the width of the slip-
stream is comparable to the single-propeller case, and an increase in loading of approx-
imately 10% of the propeller thrust is observed on the left-hand side. This indicates that
the unsteady loading is higher than in the case without stagger (Fig. 6.37c), even though
the propeller blades are further away from the ones of the adjacent propellers.

The corresponding changes in propeller thrust and efficiency are shown for the dif-
ferent stagger configurations in Fig. 6.45. The differences among the various stagger
configurations are comparable to the uncertainty band, and are therefore small and can-
not be quantified accurately. Nonetheless, the trends are consistent with the observa-
tions made in Figs. 6.43 and 6.44. The thrust reduction of the middle propeller is largest
in the forward-stagger configuration (∆Tc =−4.5% at Tc,iso = 0.38), due to the axial veloc-
ities induced upstream by the side propellers. The thrust and efficiency penalties of the
middle propeller in the backward-staggered case are comparable to the baseline config-
uration, since the negative axial velocities induced by the adjacent vortex systems are
partially compensated by the velocity increase due to blockage of the adjacent nacelles.
Note that the effect would be opposite when staggered propellers are installed with an
overlap, in which case the thrust of the downstream propeller is significantly reduced
[178]. Finally, in the staired configuration, the performance loss is halfway between the
forward- and backward-staggered configurations, since the effects on the two sides of
the propeller compensate each other.
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Figure 6.45: Effect of stagger and differential thrust on the change in propeller thrust and efficiency due to
interaction. Error bars are only shown for the baseline configuration, but are indicative for all cases.
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D. DIFFERENTIAL THRUST

In specific situations, the thrust setting of adjacent propellers may not be equal; for ex-
ample, if a failure occurs in one of the motors, or if thrust vectoring is used to control the
attitude of the aircraft. In this case, the propellers which operate at a higher thrust setting
will create a slipstream which acts as a dominating boundary condition for propellers at
lower thrust. This can be seen in Figs. 6.44g–6.44i, which present the total-pressure dis-
tribution in the backward-stagger configuration when the middle propeller operates at a
lower thrust setting. During the wind-tunnel campaign, the impact of differential thrust
was only evaluated for the backward-stagger configuration, since the interaction effects
were expected to be most critical in that condition. In this case, the change in disk load-
ing relative to the single-propeller configuration is much larger than in the equal-thrust
case, as shown in Fig. 6.44i. This leads to an increased ratio between the unsteady and
steady blade loads, and occurs because the influence of the middle propeller on the flow-
field is relatively weak, and thus its inflow conditions are governed by the adjacent vortex
systems. For the backward-staggered configuration, this leads to deceleration of the ax-
ial inflow velocity to the middle propeller. However, the average loading on the propeller
is not significantly affected, as reflected in the propeller thrust curves that are obtained
when the advance ratio of the propeller is varied while maintaining the advance ratio
of the side propellers constant (J = 1.0). This is visible in Fig. 6.45, which shows a small
increase in thrust at low thrust settings, when compared to the backward-staggered con-
figuration at equal thrust. At high thrust settings, the opposite occurs, since in that case
the thrust of the middle propeller is higher than the thrust of the side propellers.

E. RELATIVE PHASE ANGLE

The relative blade phase angle between adjacent propellers, ∆φ, has an important effect
on noise production [197]. However, Fig. 6.46 shows that the effect on the time-averaged
propeller performance is negligible. In both the co- and counter-rotating cases, the vari-
ation in propeller thrust with ∆φ is less than 0.5% of the mean thrust. However, in the
counter-rotating case, a weak sinusoidal trend can be observed. Two observations can
be made in this regard. Firstly, the maximum and minimum thrust are not generated
when the blades present the minimum (0o) or maximum (30o) phase difference, but at
10o and 40o. This phase delay is attributed to the evolution of the trailing vorticity that
emanates from the adjacent propellers’ blades, which requires some time to concentrate
in the tip (and root) vortices. Secondly, the trend is only distinguishable in the counter-
rotating case. This is likely due to the fact that, for this rotation direction, the blades of
neighboring propellers locally move in the same direction. Thus, the velocities induced
by one blade affect the blade of the neighboring propeller for a larger part of the rotation
cycle.

The relative phase angle also affects the slipstream evolution in the tip region be-
tween each pair of propellers, as reflected in Fig. 6.47. In the co-rotating case, the slip-
stream edges are deformed, being practically mirrored in the ∆φ = 10o and ∆φ = 40o

cases. In the counter-rotating case, on the other hand, there are no noticeable local vari-
ations in the slipstream radius, although the slipstream edges are located more towards
the left and right in the ∆φ = 10o and ∆φ = 40o cases, respectively. It is interesting to
note that while the effect of relative phase-angle on propeller performance is more pro-
nounced in the counter-rotating case, its effect on slipstream deformation is more pro-
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Figure 6.46: Effect of relative blade-phase angle on propeller thrust. Markers indicate individual
measurements.

nounced in the co-rotating case. This is hypothesized to be due to the orientation of
the helical tip vortices of adjacent propellers, which are locally parallel in the counter-
rotating case, while being locally oblique in the co-rotating case—as shown in Fig. 6.48.
In the counter-rotating case, the velocity induced locally by an initially undisturbed vor-
tex Γ1 at a point P2 on the adjacent vortex (~vind,1→2) is perpendicular to that adjacent
vortex Γ2. The reciprocal effect of Γ2 on Γ1 induces a velocity ~vind,2→1 of the same mag-
nitude and direction, and therefore each tip vortex locally reduces the swirl velocity of
the adjacent slipstream equally. To the contrary, in the co-rotating case, the velocities
induced by each vortex on the other form an oblique angle, and are not perpendicular
to the vortex filament. Compared to the isolated propeller, this changes the local direc-
tion of the flow and causes a shear in the vortex filaments which, on average, leads to the
distorted slipstream edge observed in Figs. 6.47a and 6.47b. Furthermore, these induced
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Figure 6.47: Comparison of slipstream deformation for different relative phase angles (X /R = 1.2).
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velocities will change the loading at the blade tips throughout each blade passage. This
effect is highly localized and therefore has no appreciable effect on the performance of
the propeller, as evidenced in Fig. 6.46. However, it may lead to a noise increase due
to impulsive changes in loading. This source of unsteady loading is different from the
unsteady loading due to the time-averaged tangential inflow velocities discussed in Sec.
6.3.2, which would also exist if the adjacent propeller were an idealized actuator disk
with infinite blades. This impulsive loading on the blade tips, on the other hand, is a
consequence of a repeated exposure to the same part of the unsteady flowfield induced
by a finite number of blades on the adjacent propeller, rotating at a synchronized phase
angle. Additional high-fidelity numerical analysis or high-resolution, unsteady measure-
ments would be required to quantify this effect and determine how much it is affected
by the relative phase angle.
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Figure 6.48: Conceptual sketch of the influence of rotation direction on the velocities induced by one vortex
system on the other, when the relative phase angle is kept constant (∆φ= 0o).

6.4. SUMMARY OF KEY FINDINGS

The studies presented in this chapter have investigated how a propeller of an OTWDP
system interact with the wing, duct, and adjacent propellers. The purpose of these in-
vestigations was not to provide a realistic performance estimate of OTWDP systems, but
to understand the aerodynamic interaction mechanisms that potentially affect the per-
formance. This understanding is used in subsequent chapters to justify design choices
and performance-modeling approaches. To conclude this analysis, the main findings
are summarized in the following paragraphs.
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PROPELLER–WING INTERACTION

Two exploratory wind-tunnel campaigns were performed to analyze the aerodynamic
interaction between an OTW propeller and the wing. The results confirm that the pro-
peller decreases the pressure on the wing surface upstream of the propeller disk, while
decreasing the pressure behind it. Overall, this leads to an increase in lift and, for a pro-
peller placed at 35% chord, a reduction in pressure drag. For a propeller placed at 85%
chord, the pressure drag is increased slightly. When the flap is deflected, the lift increase
is reduced, and the pressure-drag reduction is enhanced.

When the propeller operates above a wing, the blades experience a significant un-
steady loading. The loading is highest and lowest at the top and bottom halves of the
propeller disk, respectively, for a propeller placed near the location of maximum airfoil
thickness. Conversely, the loading is highest and lowest on the up-going and down-going
blade sides, respectively, for a propeller placed near the trailing edge. This non-uniform
loading is evident in the propeller slipstream, which deforms due to the wing-induced
velocities and the interaction with the wing wake. The increased axial component and
non-uniformity of the inflow velocities to the propeller disk lead to a reduction in pro-
peller thrust, torque, and efficiency, for a given advance ratio. The reduction in maxi-
mum propeller efficiency for a given blade pitch setting is found to decrease by several
percent for a propeller placed near the trailing edge, and by more than 10% for a pro-
peller placed at 35% chord. However, these values correspond to a determined geom-
etry, propeller size, and incidence angle. The effect of such parameters on the overall
performance of the system is assessed in more detail in Ch. 8.

PROPELLER–DUCT INTERACTION

Numerical (steady and unsteady RANS) simulations have been performed to understand
the aerodynamic interaction mechanisms that occur in propellers with unconventional
duct shapes, as is the case for OTWDP systems. To simplify the problem to two limit
cases, a propeller at a high thrust setting was simulated in a circular duct, and in a square
duct. For the same advance ratio, the circular duct is found to generate more thrust than
the square duct. This occurs due to two main reasons. Firstly, in the circular duct config-
uration the propeller is always close to the duct surface, which means that the slipstream
contraction caused by the propeller has a strong effect on the loads on the circular duct.
On the other hand, for the square duct case, the propeller blades have a weaker effect
on the performance of the duct when these are pointing at the corner, due to the larger
distance between blades and duct surface. Secondly, in the installed configurations, flow
separation occurs at the corner of the square duct, generating a pair of counter-rotating
vortices in each corner. However, the propeller produces more thrust inside the square
duct than inside the circular duct, for the same advance ratio. This is due to a lower axial
inflow velocity at the propeller disk inside the square duct. The non-axisymmetric inflow
inside the square duct also leads to significant cyclic loading variations on the propeller
blades. The higher thrust of the propeller when placed inside the square duct compen-
sates for the lower amount of thrust generated by the duct itself, when compared to a
circular duct. Thus, at the operating conditions tested, both the circular and the square
ducted-propeller propulsion systems were found to produce approximately the same
thrust. In these high-thrust conditions, the efficiency of the circular ducted propeller is
approximately 4.5% higher than the efficiency of the square ducted propeller.
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Based on the physical effects observed in these simulations and a rudimentary qual-
itative analysis of the differences between a single ducted propeller and an OTWDP sys-
tem, it is concluded that the optimum duct type depends on the operating conditions
and design objectives of the system. From an aerodynamic performance perspective, an
propeller array without duct or with an envelope duct are considered the most beneficial,
depending on the axial location and average thrust setting of the propellers. However, if
the design is driven by noise or fatigue constraints, then an array of circular ducts may
be beneficial, due to the reduced unsteady blade loading.

PROPELLER–PROPELLER INTERACTION

Finally, an experimental investigation has been performed to study the interaction ef-
fects that arise when multiple propellers operate in close proximity in forward flight. The
results show that, for a given rotational speed, the propeller thrust and efficiency are
slightly reduced in the distributed-propeller configuration, when compared to an iso-
lated propeller. In this study, the propeller-efficiency loss due to the interaction was 1.5%
at the thrust setting corresponding to maximum efficiency, for a tip-clearance equal to
4% of the propeller radius. The performance reduction is predominantly caused by the
blockage effect of the adjacent nacelles. For a given blade-pitch angle, this performance
penalty is larger at lower thrust settings, at higher angles of attack, or a more forward po-
sition of the propeller relative to its neighbors, while being independent of the rotation
direction of the propellers or the relative blade phase angle.

The velocities induced by the propeller blades and slipstream do not significantly
affect the time-averaged performance of the adjacent propellers, although they induce
an in-plane velocity component which leads to loading variations across the propeller
disk of 5%–10% of the average pressure jump. Therefore, the unsteady blade loading
observed in earlier propeller–propeller interaction studies exists not only due to the un-
steady interaction between discrete blade tips and tip vortices, but also due to the time-
averaged velocities induced by the adjacent propellers’ vortex system. Moreover, the in-
teraction between propellers does not appreciably modify the streamwise development
of the slipstream.
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BOUNDARY-LAYER INTERACTION

IN HIGH-LIFT CONDITIONS

The previous chapter analyzed the aerodynamic interaction between a propeller and the
surrounding elements of an OTWDP system. The majority of the effects were inviscid in
nature, while viscous effects only played a secondary role. However, in high-lift condi-
tions, the interaction with the viscous boundary layer can significantly affect the high-lift
performance of the wing [149]. Therefore, a dedicated study is required to understand
viscous interaction between the propeller and the wing boundary-layer. To allow for a
more fundamental breakdown of the interaction effects, a simplified wing geometry with
controllable pressure gradients is analyzed.

Two steps are taken in this process. First, an experimental study is performed to gain
an understanding of the flow phenomena involved, with and without pressure gradi-
ents on the wing. It becomes evident that, if a flap is deflected behind the propeller, the
propeller can trigger flow separation. Therefore, in the second step, a mitigation strat-
egy for this flow separation is investigated, namely to deflect the propeller with the flap.
The effect of propeller inclination is analyzed using unsteady RANS simulations, to ob-
tain additional information regarding the flow field. Given the difficulty of modeling the
three-dimensional, unsteady, and viscous interaction that leads to flow separation, the
results are first compared to experimental data to asses the limitations of the numeri-
cal approach. The numerical and experimental approaches are presented in Sec. 7.1.
Section 7.2 then describes how a propeller interacts with a boundary layer of a flat wall
(i.e., without external pressure gradients). Subsequently, the interaction between the
propeller and the boundary layer in the case of flap deflection (i.e., with external pres-
sure gradients) is analyzed in Sec. 7.3. Finally, propeller inclination is investigated as a
potential mitigation strategy for propeller-induced flow separation in Sec. 7.4.

Parts of this Chapter have been published in Refs. [269, 270]. The numerical simulations were performed by S.
A. Bölk as a part of an MSc thesis research project [271].
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7.1. ANALYSIS METHODS
Wind-tunnel experiments were performed to analyze the interaction between the pro-
peller and boundary layer in two configurations: flat wall (without pressure gradients),
and flap deflected (with pressure gradients). Both cases were analyzed without propeller
inclination. The numerical simulations were also performed for two configurations:
with and without propeller inclination. In this case, both configurations were analyzed
with the flap deflected. The geometry of the wind-tunnel setup was analyzed in the nu-
merical simulations, such that a direct comparison could be performed for validation
purposes. These experimental and numerical setups are described in Secs. 7.1.1 and
7.1.2, respectively.

7.1.1. EXPERIMENTAL SETUP

A. WIND TUNNEL FACILITY AND MODELS

The experiments were performed in the closed-circuit, low-speed, low-turbulence tun-
nel (LTT) at Delft University of Technology. This is the same tunnel as the one employed
in Sec. 6.3. A propeller was positioned in close proximity to the suction-side surface of a
straight, untapered wing by means of a support sting, as shown in Fig. 7.1. The support
sting was mounted on an external balance during propeller force measurements, and on
a three-axes traversing system for all other measurements.

a) Test section (viewed from behind) b) Close-up of propeller installation

Propeller
Nacelle

Slit for 
laser sheet

Wing surface

𝑉𝑉∞

Wing
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𝑧𝑧𝑐𝑐

𝑦𝑦𝑐𝑐

Figure 7.1: Overview of wind-tunnel setup, showing position of wing model and installation of propeller
relative to the wing.

Wing Geometry and Operating Conditions
The wing profile was designed such that, close to the propeller, it is representative of a
quasi-flat-plate configuration when the flap is retracted (δf = 0o). The resulting profile,
shown in Fig. 7.2b, presents a chord1 of c = 1.02 m, and a thickness-to-chord ratio of
11%. The leading-edge geometry follows a modified super-ellipse of aspect ratio 6 up to
32% chord, in order to provide a smooth transition to the flat upper and lower surfaces
[272]. Both the suction and pressure sides are then extended parallel to the wing chord-
line up to 80% chord, which corresponds to the axial position of the flap hinge. The flap

1In the experiment the reference chord-length is taken as the length of the profile when the flap is retracted
(δf = 0o). Since the upper surface of the flap translates when it is deflected, the true chord varies.
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hinge is located near the pressure side, generating a tangent circular arc with a radius
of curvature equal to 10% chord on the suction side of the flap, which is approximately
equal to the propeller radius. Behind the arc, the flap surface extends the remaining 20%
of the chord to the trailing edge. The upper and lower surfaces of the flap can be split and
aligned in axial direction in order to elongate the flat surface of the wing. In this way, by
placing an additional body of the same thickness as the wing in the test section (see Fig.
7.2a), the pressure gradient surrounding the flap region is removed.

Support stingPropeller

Wing

Nacelle
Extension
block

δ99ε

R
V∞

Propeller rotation axis

BL
edge

ϕ

b) Flapped configuration (exp.)

a) Flat-wall configuration (experimental)

c) Front view

zc

xc

zc

xc

c = 1042
d) Baseline configuration (numerical)

e) Inclined configuration (numerical)

δf = 20o

20o

zc

xc

z

x

1020 600

δf
c = 1020

zc

xc

z

x

820
DP = 203.2

100

11
0

z

y

56

Figure 7.2: Main characteristics of the experimental setup (left), and the simplified geometry analyzed in the
numerical simulations of Sec. 7.1.2 (right). Dimensions expressed in mm. Origin of the local reference frame

(x, y, z) corresponds to (xc , yc , zc ) = (820,55,0) mm in the wing-based reference frame.

Measurements were carried out atα= 0o and V∞ = 40±0.05 m/s in order to maximize
the Reynolds number (Rec = 2.76·106) without exceeding the maximum input level of the
microphones or the maximum power of the electrical motor that drove the propeller, and
at V∞ = 20±0.05 m/s (Rec = 1.38 ·106), in order to increase the maximum thrust coeffi-
cient. Two boundary-layer configurations were tested, to vary the equivalent Reynolds
number of the boundary layer at the propeller location and verify whether there were
any significant scaling effects that may be overlooked when using a scaled-down wind-
tunnel model. The first, named “BL1”, corresponded to the turbulent boundary-layer
obtained with a 3 mm wide trip-strip of distributed roughness elements with an average
diameter of 530µm (carborundum particles of grit size 36) located at 7.5% chord on both
sides of the wing. The second, “BL2”, was a thicker turbulent boundary-layer obtained
by applying sandpaper of grit size 36 from 7.5% chord to 32% chord on the suction side.
This was done to increase the boundary-layer thickness at the downstream propeller lo-
cation without significantly changing the boundary-layer profile, as discussed at the end
of this section. After analyzing multiple flap deflection angles, an angle of δf = 20o was
selected to study the interaction phenomena in more detail, since for this deflection an-
gle, the flow remained attached over the flap hinge but started to separate towards the
trailing edge of the isolated wing (i.e., without propeller installed).
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Propeller Geometry and Operating Conditions
For the majority of the measurements, the propeller was positioned above the flap hinge
(xP/c = 0.8). , which was identified as an axial location with a good compromise be-
tween lift gain, drag reduction, and propeller-efficiency loss in Sec. 6.1. The installa-
tion was designed such that the propeller axis was located at the mid-span of the wing
when connected to the balance. The same six-bladed propeller of Sec. 6.3 was used
(DP = 0.2032 m, DP/c = 0.2), though with the blade pitch set to β0.7R = 45o±0.05o. The
propeller was operated at advance ratios between J = 1.7 and J = 2.3 at V∞ = 40 m/s, and
between J = 1.0 and J = 2.0 at V∞ = 20 m/s, in order to obtain thrust coefficients and
slipstream characteristics comparable to full-scale aircraft. For the baseline measure-
ment conditions (V∞ = 20 m/s, J ≈ 1.1), this corresponds to approximately 5,300 rpm,
a tip Mach-number of Mtip = 0.18, and a blade Reynolds-number of Re0.7R = 4.2 · 104.
Previous numerical and experimental analyses of the propeller [90] showed that the ra-
dial loading distribution varies slightly with Mach number and that the integral thrust
increases with Reynolds number, but without any qualitative changes in the behavior
of the propeller. Therefore, although the quantitative results may vary, the conceptual
interpretation of the phenomena observed in the experiment were considered applica-
ble to a full-scale distributed-propeller configuration in take-off or landing conditions.
The rotational speed of the propeller was controlled with an accuracy of ±0.1 Hz which,
together with the velocity uncertainty, corresponds to fluctuations in advance ratio be-
low ±0.5%. Furthermore, the clearance between the propeller blade tips and the wing
surface, ε, was varied in order to analyze the impact of tip clearance on the interaction
effects. Finally, a subset of measurements were taken with the propeller at xP/c = 0.75,
in order to determine the influence of the propeller’s axial position on flow separation.

B. MEASUREMENT TECHNIQUES

The following subsections provide an overview of the measurement techniques used
during the experiment. The measured velocities and pressures were corrected for wind-
tunnel blockage caused by the wing, following the image method described in Ref. [267].
Lift interference corrections were not applied, since only low lift coefficients were at-
tained (cl ≈ 0.1). Propeller slipstream and support-sting blockage corrections were ne-
glected, since their combined effect on the velocity was estimated to be below 0.9%.

External Balance
The propeller was installed on an external six-component balance to measure propeller
thrust. The balance presented an uncertainty of ±0.02 N in the range of forces measured
in the experiment, which corresponds to approximately 0.4% at high thrust (CT = 0.35)
and 1.2% at medium thrust (CT = 0.2). Data was acquired at 10 Hz and each measure-
ment point was averaged over 30 seconds. Several measurements were repeated twice
to verify the reproducibility of results. In order to obtain the net forces generated by the
propeller blades and spinner, all measurements were carried out both with the propeller
on (indicated with the subscript “on”), and with the propeller removed and replaced by
a dummy spinner (indicated with the subscript “off”). The net thrust, T , is then defined
as T = Ton −Toff. It should be noted that the thrust force therefore includes the change
in drag on the nacelle and support sting due to the propeller slipstream.
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The uncertainty of the thrust measurements was calculated taking into account un-
certainties in the blade pitch angle, propeller alignment, and balance readings, as well
as the data spread of repeated measurements due to, for example, variations in operat-
ing conditions. For this, the sensitivity of propeller thrust to blade pitch angle (∂T /∂β)
and angle-of-attack (∂T /∂α) were obtained from experimental and numerical data of
the isolated propeller [90]. The resulting thrust-coefficient uncertainty was below 1% at
high thrust (CT = 0.35) and below 3% at medium thrust (CT = 0.2).

Total Pressure Probe
A pressure probe was traversed in z-direction at xc /c = 0.8 to determine the boundary-
layer profiles of the isolated wing at the axial position of the propeller disk. The mea-
surement sweep started at 0.5 mm (0.005R) clearance from the wing surface, and was
traversed up to 240.5 mm (2.37R) clearance. The pressure was measured at 57 locations
for each of the three spanwise positions sampled (y/R = 0,−0.9, and +0.9), with a higher
resolution in the vicinity of the wing surface. Pressure data were acquired at 10 Hz and
averaged over 30 seconds for each point, using a DTC-Initium pressure scanner. The
measurement uncertainty of the total pressure sensors (±4 Pa) and the spread in data
due to spanwise variations in the boundary-layer profile led to a total-pressure coeffi-
cient uncertainty below 2% of the freestream value. The boundary layer thickness, δ99,
was determined as the distance from the surface where the total pressure reached 0.992

times the total pressure of the freestream, that is, where Cpt = 0.98.

Wing Surface Pressure Taps
The wing was instrumented with 81 static pressure taps in order to evaluate the time-
average impact of the propeller on the wing pressure distribution. These taps were dis-
tributed with a higher density near the leading edge and near the flap hinge. The holes
were located along a zig-zag pattern at y = ±15 mm, i.e., 15 mm above or below the
mid-span location of the wing. Due to the geometrical constraints surrounding the flap
mechanism, no zig-zag pattern was followed in this region, as visible in Fig. 7.3. Data
were acquired at 10 Hz and averaged over 30 seconds acquisition time per measurement
point. A subset of measurements were repeated at the start and the end of the exper-
iment to verify the reproducibility of results. The spread in the data of the repeated
measurements, along with the uncertainty of the static-pressure sensors of the pres-
sure scanner (±1 Pa), contribute to a pressure-coefficient uncertainty of approximately
±0.025.
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Pressure taps

Transparent slit
for laser sheetPlastic 

hinge strips

Wing skin
Large FOV

Microphones

Propeller traverse direction

Small FOV

yc

Figure 7.3: Axonometric view of the suction side of the wing model, indicating the location of pressure taps,
microphones, and PIV plane. Elements that constitute the flap are shaded in gray. “FOV” = field of view.
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Two types of static pressure measurements were taken. In the first, the propeller
was installed on an external traversing system and moved in y-direction, mapping the
pressure response on the wing surface below the propeller. For these measurements, the
propeller was traversed 150 mm in each direction (y/R =±1.5), sampling at 51 spanwise
locations in total. In the second type of measurement, the propeller—connected to the
balance—was positioned at the mid-span of the wing, and the pressure distribution was
recorded along the line of pressure taps. In this case, the resulting pressure distribution
did not correspond exactly to the mid-section of the wing, due to the zig-zag pattern.
The difference was quantified by analyzing the spanwise pressure distribution obtained
during the y-sweeps, and included as uncertainty in the results.

Wing Surface Microphones
The wing was instrumented with nineteen Sonion 8044 microphones, in order to map
the unsteady pressure response on the wing surface below the propeller slipstream.
Twelve microphones were installed on the flap (at y = 35 mm), and seven on the main
wing immediately upstream of the flap (at Z = −35 mm), as indicated in Fig. 7.3. The
microphones measured in a frequency range of 20 Hz–15 kHz, with a maximum input
level of 123.5 dB (ref 20 · 10−6 Pa) at 1 kHz and an equivalent noise level of 35 dBA. A
frequency-dependent calibration was carried out using a LinearX M53 reference micro-
phone, which was in turn calibrated by means of a GRAS 42AA piston phone.

Microphone data were acquired synchronously with the propeller encoder’s once-
per-revolution trigger signal using an array of National Instruments 9234 DAQ modules.
The microphone data were recorded in tandem with the wing pressure data during the
y-sweeps of the propeller. At each point, the signals were measured at a sampling fre-
quency of 51.2 kHz during 30 seconds, which corresponds to approximately 1,500 to
3,500 propeller revolutions (i.e., 9,000 to 21,000 blade passages), depending on the rota-
tional speed of the propeller. Although no quantitative uncertainty analysis was carried
out, a comparison of repeated measurements showed that the amplitude of the tonal
components differed by less then 1 dB. Furthermore, the levels recorded during the mea-
surements were verified to be at least 25 dB, typically 45 dB, above the background noise
levels recorded with the wind tunnel off.

Particle-Image Velocimetry
A stereoscopic PIV setup was used to analyze the velocity field in the propeller slipstream
and wing boundary-layer. Two fields-of-view were considered. The main, large field-of-
view (FOV) was set up downstream of the flap hinge—i.e., downstream of the propeller
disk location—as shown in Fig. 7.3. A second, high-resolution FOV focused on the region
surrounding the blade tips. The same light source, seeding, and cameras as in Sec. 6.3.1
were used. The light was directed through the wing with a dedicated slit in the wing
and flap skin (see Fig. 7.1b), generating a laser sheet of 2 mm thickness. Both slits were
covered with a transparent plastic sheet of 0.2 mm thickness to prevent the through-flow
of air. The cameras were employed with 105 mm f /8 and 200 mm f /8 lenses for the large
and small FOVs, respectively. For installed propeller measurements, 600 uncorrelated
images were acquired, in addition to 300 phase-locked images at selected phase angles
and 300 images with the propeller blades removed (i.e., wing and nacelle only). The main
characteristics of the PIV setup are gathered in Table 7.1.
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Table 7.1: Main parameters of the PIV setup.

FOV Large Small
Focal length [mm] 105 200
Field of view [mm2] 100×150 50×65
Pixel shift [pixel] (at V∞) 9.5 8.2
Imaging resolution [pixel/mm] 19 41
Window size [pixel2] 24 24
Overlap factor [%] 50 50
Vector spacing [mm] 0.6 0.3
Velocity uncertainty [%] 2.5 2.75

For two measurement cases, phase-locked PIV data were acquired at different y-
locations relative to the propeller, by positioning the propeller at different spanwise loca-
tions along the wing. The resulting velocity fields were combined to obtain a volumetric
data set which provides three-dimensional information of the flow field. The distance
between adjacent measurement planes varied from 2.5 to 10 mm, which constituted a
relatively low spanwise resolution. Thus, during the post-processing, the velocity fields
were interpolated on additional planes between each pair of measurement planes to im-
prove the visualization of the blade wakes and tip vortices, as described in Appendix F.2.

C. DETERMINATION OF TIP-CLEARANCES: ISOLATED-WING CHARACTERISTICS

This section describes the aerodynamic characteristics of the isolated wing, to establish
the conditions under which the interaction effects are studied in subsequent sections.
Figure 7.4 shows the pressure-coefficient distributions obtained on the wing surface,
with the propeller and support sting removed. When the flap is deflected by δf = 20o, an
appreciable pressure peak is generated over the flap, as shown in Fig. 7.4. The pressure
gradient on the suction side tends towards zero near xc /c = 1, indicating that the flow
has separated at the trailing edge. A suction peak is also generated on the pressure side,
since the surface is convex near the flap hinge. Together, this leads to a low sectional lift
coefficient of cl = 0.1. Moreover, a small pressure peak is generated around xc /c = 0.08
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Figure 7.4: Isolated-wing Cp distributions in the flat-wall and flapped configurations (V∞ = 20 m/s, BL1).
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by the trip strip, while additional suction is generated around xc /c = 0.22 due to a flaw in
the curvature of the wing skin. However, these peaks occur relatively far (approximately
six radii) upstream of the propeller location, and therefore have a negligible impact on
the interaction phenomena.

In the flat-wall configuration, the difference between the pressure and suction sides
of the wing is negligible, and the pressure gradient is small for xc /c > 0.4. However,
several imperfections are visible. Firstly, small pressure peaks are generated around
xc /c = 0.8, due to steps in the surface geometry at the overlap from the main element
to the flap. Secondly, towards the trailing edge, the difference between the pressure side
and suction side increases, indicating that the flap surfaces—which were aligned with
the downstream extension block (see Fig. 7.2)—were not perfectly parallel. These imper-
fections may affect the development of the boundary layer, and therefore it is necessary
to determine the boundary-layer profiles inherent to this experimental setup. Neverthe-
less, the average pressure-coefficient increase across the propeller disk, which can be
calculated by dividing the propeller thrust by the disk area, ranges from approximately
0.2 at medium thrust to 0.6 at high thrust. Thus, the local pressure variations due to
surface imperfections are small, and the interaction phenomena are dominated by the
effect of the propeller.

The boundary-layer profiles are presented for different configurations and operat-
ing conditions in Fig. 7.5. The effect of an increase in equivalent surface roughness can
be observed by comparing the two flat-wall profiles at V∞ = 40 m/s: when the bound-
ary layer is tripped (BL1), the boundary-layer thickness is δ99/R = 0.14, while with an
increase in surface roughness (BL2), the thickness increases to δ99/R = 0.20. This 43%
increase in boundary-layer thickness corresponds to an increase in the equivalent tur-
bulent flat-plate Reynolds number1 from ReFP = 1.8 · 106 to ReFP = 2.8 · 106. The mea-
surements at V∞ = 20 m/s, on the other hand, both correspond to BL1. Under those
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Figure 7.5: Boundary-layer profiles on the wing surface at xc /c = 0.8, with the propeller and support sting
removed. Round markers indicate the vertical coordinate corresponding to δ99.

1The equivalent turbulent flat-plate Reynolds number is defined as ReFP = (ρ∞V∞XFP)/µ, where XFP is the

distance to the virtual origin of the equivalent flat plate, computed using δ99 = 0.37XFP
(
ρ∞V∞XFP/µ

)−1/5

[273].
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conditions, the flat-wall boundary-layer is thicker than the one obtained with the flap
deflected, due to the increased velocity over the wing in the flap-deflected case. When
comparing the flat-wall boundary-layers (BL1) at 20 m/s and 40 m/s, it appears that the
former is thicker, as expected, but also presents a fuller profile than the latter. This sug-
gests that the surface geometry was altered between the two measurements, most likely
due to changes in the plastic hinge strips (see Fig. 7.3), which are situated near the mea-
surement location.

The values of δ99 are summarized in Table 7.2. The propeller tip-clearances analyzed
throughout this Chapter are selected as fractions or integer multiples of these values.
Note that, when the flap is deflected, the propeller tip-clearance is still selected as a frac-
tion or multiple of the flat-wall boundary-layer thickness. In this way, the same absolute
separation between the blade tips and the wing surface (ε/R) was kept, and thus the
time-average pressure effect of the propeller on the wing is maintained.

Table 7.2: Summary of the measured boundary-layer configurations and propeller tip-clearance values.

Configuration δ99/R ε/R
Flat wall, BL1 0.14 0.07 (½BL1)

(40 m/s) 0.14 (1BL1)
0.28 (2BL1)

Flat wall, BL2 0.20 0.10 (½BL2)
(40 m/s) 0.20 (1BL2)

0.40 (2BL2)
Flat wall, BL1 0.15 0.037 (¼BL1)

(20 m/s) 0.07 (½BL1)
0.15 (1BL1)

δf = 20o, BL1 0.12 0.037 (¼BL1)
(20 m/s) 0.07 (½BL1)

0.15 (1BL1)
0.44 (3BL1)

7.1.2. NUMERICAL SETUP
In the following sections, the computational set up is explained, starting with the geom-
etry of the wing and propeller models, and followed by the solver setup, computational
domain, operating conditions, and propeller modeling technique. Finally, the effect of
the overset mesh and a grid convergence study are discussed to assess the numerical un-
certainty. A comparison to experimental data is performed in Sec. 7.3.3. A more detailed
description of the numerical setup is provided in Ref. [271].

A. GEOMETRY AND OPERATING CONDITIONS

The wing and propeller geometries of the experimental investigation described in Sec.
7.1.1 are used, such that a validation study can be performed. Since only the flap-
deflected configuration is analyzed, the true chord with flap deflected, c = 1.042, is used
as reference chord in the numerical simulations. The inclined OTW propeller position is
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derived from the baseline configuration by rotating the propeller around the flap hinge
by the flap-deflection angle, δf = 20◦, as shown in Fig. 7.2. Consequently, the inclined
propeller is positioned behind the flap curvature, closer to the trailing edge than the
baseline propeller, and the axis of the inclined propeller is parallel to the suction side of
the flap. This configuration would be obtained if the propeller were physically attached
to the flap mechanism. The gap between the propeller tips and the wing surface, ε, is
7.5 mm (ε/R = 0.0738) in both configurations. This corresponds to the ½BL1 configu-
ration defined in the previous section. The simulations are also performed at the same
freestream velocity (U∞ = 20 m/s, Re = 1.4 · 106). An advance ratio of J = 1.13 is sim-
ulated, which corresponds to high thrust in uninstalled conditions (CT = 0.35), being
representative of a typical take-off thrust setting.

B. COMPUTATIONAL DOMAIN

The computational domain of the isolated propeller simulations is shown in Fig. 7.6a.
The working fluid is air and is treated as a compressible, ideal, gas, where Sutherland’s
Law is used to calculate the dynamic viscosity. The walls of the propeller blade, spinner,
and nacelle are modeled as no-slip walls with a first layer height below y+ = 1. The total
gauge pressure and total temperature are specified at the inlet whereas, at the outlet,
the pressure is prescribed to be the ambient, standard, sea-level pressure. Values for
the turbulence quantities k andω are chosen based on the recommendations by Spalart
and Rumsey [258], and source terms are used in the flow to prevent their decay from
the inlet to the model. Only one blade with periodic boundary conditions is modeled
in the domain to reduce the required calculation time. At the top boundary, a pressure
far-field condition is used with a prescribed Mach number, static pressure, and static
temperature corresponding with the inlet condition. The mesh is locally refined in areas
close to the propeller geometry, as well as upstream and downstream of the propeller, as
shown in Fig. 7.6b.
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Figure 7.6: Computational domain of the isolated propeller.

The dimensions of the isolated wing and its domain are identical to the ones of the in-
stalled OTW simulations, except for the volume where the propeller mesh is added with
the overset technique. Therefore, only the domain of the OTW configuration is shown in
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Fig. 7.7. An overset approach was selected in the installed propeller simulations for two
reasons: to reduce the number of cells required, and to simulate the two configurations
without having to completely redefine the mesh. The comparison of the numerical to
the experimental results is done for the baseline configuration with wind tunnel walls,
shown in Figs. 7.7a and 7.7c, where the cross-section in Fig. 7.7a has the same dimen-
sions as the test-section of the experiment.
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Figure 7.7: Computational domain of the configurations with (a, c) and without (b) wind-tunnel walls.

The domain extends approximately three chords upstream and five chords down-
stream of the wing. For the comparison to experimental data, the sidewalls of the wind
tunnel that intersect with the wing model are modeled as a no-slip boundary condition
to account for the interaction of the wing with the wind-tunnel boundary-layer. To re-
duce the computational effort, however, a wall-function approach is used at these side-
walls, contrary to the resolved boundary-layer with y+ < 1 on the wing. All other walls
of the wind tunnel are set as free-slip walls. In the remaining studies (Sec. 7.4), the
influence of the wind tunnel walls is removed by changing the sidewalls to symmetry
boundary conditions and extending the top and bottom of the domain with far-field
pressure boundary conditions ten chord lengths away, as shown in Fig. 7.7b. The length
and width of the domain is not changed, and all other solver settings are kept constant,
compared to the domain with wind tunnel walls.

C. SOLVER SETUP

The simulations are performed as unsteady, compressible, Reynolds-Averaged Navier–
Stokes (RANS) calculations with the commercial, cell-centered, finite volume ANSYS
Fluent 19.1 solver. Unsteady RANS simulations are chosen based on the findings in Ref.
[149]. To improve the accuracy of predicting flows with a strong adverse pressure gra-
dient, the k-ω based Explicit Algebraic Reynolds Stress Model (EARSM) by Wallin and
Johansson [274] is used to model turbulence. This model is reported to predict effects of
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rotation, and the separation behavior of boundary-layers in adverse pressure gradients
better than two-equation models due to a more realistic representation of the anisotropy
in the flow [274]. The pressure and momentum coupling algorithm by Rhie-Chow [275]
is used, where spatial discretization is achieved by second-order upwind schemes and
a first-order implicit transient formulation is employed. The unsteady calculations of
the installed configurations are performed with a time-step that is equal to two degrees
of propeller rotation, with 30 inner iterations. The isolated wing and propeller simu-
lations, however, are performed as steady simulations with a Courant-Friedrichs-Lewy
(CFL) condition of CFL = 2. A moving reference-frame approach is used for the isolated
propeller calculation, where only one blade is simulated using periodic boundary con-
ditions.

D. VERIFICATION & UNCERTAINTY QUANTIFICATION

A verification study is performed to assess the effect of the overset mesh and to quantify
the uncertainty due to convergence error and discretization error. This verification study
is not discussed in detail here to improve readability, although it is included in Appendix
E.2 for traceability. Based on the mesh refinement study, a wing mesh of approximately
80,000 cells and a propeller mesh of approximately 3.9 million cells are selected. For the
propeller mesh, the thrust and torque uncertainties due to discretization error are esti-
mated to be 1%, based on the procedure of Ref. [276]. For the wing mesh, the lift and
drag uncertainties are estimated to be 4% and 6%, respectively. Moreover, the iterative
error is confirmed to be small compared to the discretization error. However, a compar-
ison of the boundary-layer profiles with and without an empty overset mesh show that
the interpolation procedure in the overlap region of the wing and propeller mesh leads
to a minor kink in the velocity distribution near the wing surface, effectively creating a
slightly fuller boundary-layer profile. Although this does not appreciably affect the over-
all lift and drag values of the wing, it should be taken into account when interpreting the
results, and is discussed in more detail in the validation study of Sec. 7.3.3 .

7.2. AERODYNAMIC INTERACTION WITH A FLAT-WALL

BOUNDARY LAYER
This section describes how the propeller interacts with the boundary layer developing
over a wing without axial pressure gradients. In this configuration, the boundary-layer
thickness and propeller tip-clearance were found to have a negligible effect on propeller
thrust, as reflected in Fig. 7.8. The interaction effects are decomposed into a steady
and unsteady component in the following subsections. In both cases, the phenom-
ena are presented for high thrust and low tip clearance (BL1, V∞ = 20 m/s, CT = 0.35,
ε/R = 0.037), unless explicitly mentioned otherwise.

7.2.1. TIME-AVERAGED FLOW PHENOMENA
The velocity distributions between the nacelle and the wing surface in the flat-wall con-
figuration are shown in Fig. 7.9. In propeller-off conditions, the axial velocity in this re-
gion is slightly higher than the freestream velocity due to the presence of the nacelle and
wing (Fig. 7.9a). When the propeller is installed and operated at a high thrust setting (Fig.
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Figure 7.8: Propeller thrust curves, measured for different tip clearances and boundary-layer thicknesses in
the flat-wall configuration (V∞ = 40 m/s).

7.9b), the axial velocity in the slipstream is increased, especially near the radial location
of highest loading (r /R ≈ 0.7). Immediately downstream of the propeller disk, near the
surface, a region of low axial velocity is observed. The low-velocity region is originated
directly beneath the propeller disk due to slipstream contraction close to the wall, and
persists until the flow has convected approximately half a propeller radius downstream.
Beyond that point, the slipstream approaches the wall and the velocity near the surface
increases. This effect is further evidenced in Figs. 7.9c and 7.9d. At x/R = 0.2, the flow
velocity near the wall is lower than in the propeller-off case, although no reverse flow
is observed. The swirl angle, however, is opposed to the swirl inside the slipstream. At
x/R = 0.8, on the other hand, the velocity is higher near the wall. Moreover, a significant
swirl angle remains in the vicinity of the wall. This indicates that the edge of the slip-
stream has approached the wall, since, in a time-averaged sense, swirl is only generated
inside the propeller slipstream. The cause of this vertical displacement is described in
subsequent subsections.

The corresponding surface-pressure field induced by the propeller is shown in Fig.
7.10. In this figure, the static pressure measured in the propeller-off case has been sub-
tracted (i.e., ∆Cp =Cp,on−Cp,off), to remove the effect of the nacelle. The static-pressure
jump created across the propeller disk leads to a decrease in pressure on the wall up-
stream of the propeller, and an increase in pressure downstream of it. Although at low
thrust settings and large tip-clearances the effect on the wing surface is weak, at higher
thrust settings and smaller clearances, more pronounced pressure peaks are observed.
The suction peak generated ahead of the propeller is nearly symmetric with respect to
y/R = 0, as expected from earlier studies [167, 277] and the findings of Sec. 6.1. The
pressure peak created downstream of the propeller, however, is not. This is due to the
tangential momentum imparted to the flow by the propeller, which leads to a spanwise
velocity component near the wall, as reflected in Fig. 7.9d.

Between the two pressure peaks observed in Fig. 7.10, a strong adverse pressure
gradient is generated. The magnitude of this adverse pressure gradient is directly pro-
portional to the propeller’s thrust, since it is governed by the pressure jump across the
disk. This is shown in Fig. 7.11, where the parameter CT /J 2 ∝ Tc is used on the x-
axis to exclude the effect of rotational speed from the non-dimensionalization. It should
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Figure 7.9: Time-averaged velocity distributions between nacelle and flat wall (experimental data, y/R = 0).
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be noted that these measurements were performed at 40 m/s and therefore do not
reach the high thrust coefficients of Figs. 7.9b or 7.10b (CT < 0.25). The slopes of the
curves increase with decreasing tip-clearance, while showing no significant dependency
on the boundary-layer thickness—although additional measurements at constant tip-
clearance and different boundary-layer thicknesses would be required to quantify this.
This suggests that the time-averaged adverse pressure gradient generated beneath the
propeller can be captured by lower-order methods such as actuator disk models.
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Figure 7.11: Non-dimensional pressure gradient measured on the wing surface below the propeller disk in the
flat-wall configuration (V∞ = 40 m/s).

7.2.2. UNSTEADY FLOW PHENOMENA
Additional insight into the interaction mechanisms can be gained by analyzing the un-
steady flow structures in the propeller slipstream. To this end, the aerodynamic interac-
tion between the tip vortices and the wing boundary-layer is first assessed by analyzing
the local velocity fields. The pressure fluctuations generated on the wing surface by these
flow structures are then described, and finally the velocity and pressure distributions are
combined to provide a volumetric description of the evolution of the tip vortices.

A. VORTEX–BOUNDARY-LAYER INTERACTION

Figure 7.12 presents the phase-averaged spanwise vorticity distribution in the y/R = 0
plane, for three different phase angles. The non-dimensional vorticity is defined as
ω̃∗

y = ω̃y D/ueff, where ueff is the theoretical velocity at the propeller disk, as obtained
from actuator-disk theory for a given thrust coefficient [138]. For this measurement, the
thrust coefficient corresponds to an effective velocity of ueff = 1.13V∞. The propeller tip
vortices appear in Fig. 7.12 as regions of highly concentrated (negative) spanwise vor-
ticity. The vorticity contained in the blade wakes, on the other hand, switches sign in
accordance with the spanwise loading gradient along the propeller blade. The negative
vorticity in the boundary layer is also visible near the wall. When comparing the three
time instances, it becomes evident that the tip vortices initially move away from the wall
and subsequently, beyond x/R ≈ 0.25, start to approach the wall again. The trajectory
followed by each tip vortex delimits the low-speed region observed in Fig. 7.9.
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Figure 7.12: Phase-averaged spanwise vorticity (left) and velocity (right) distributions in propeller slipstream,
obtained from PIV measurements.

The velocity field surrounding the vortex indicated in Fig. 7.12b is analyzed in more
detail in Fig. 7.12d, to verify whether the viscous shear between the boundary layer and
the vortices is responsible for their downwards displacement. The axes of Fig. 7.12d
are expressed relative to the center of the vortex core, for which the point of maximum
out-of-plane vorticity ω̃y is selected. Figure 7.12d also indicates the boundaries of the
vortex core, defined by the radial coordinate where the tangential velocity with respect
to the center of the vortex is maximum. The average distance to the vortex center is then
taken as the vortex radius, Rvx. It is worth noting that this “phase-averaged vortex core”
is larger than the vortex core that would be identified in an instantaneous velocity field.
This occurs because, for the same phase angle, the tip vortices are located at slightly
different positions from one blade passage to another, due to the random interaction
with the turbulent eddies in the boundary layer. This random behavior was confirmed
by comparing the instantaneous velocity fields obtained from PIV (not shown here). The
flow field of Fig. 7.12d shows that, on average, a region of negative velocity is induced
beneath the vortex, although at the wall no flow reversal is observed.

More insight can be gained by extracting two survey lines, shown in Figs. 7.12e and
7.12f. These plots present two velocity profiles, expressed relative to the velocity at which
the vortex core is convected (ũvx, ṽvx). Figure 7.12e shows that the axial velocity profiles
above and below the vortex center are roughly anti-symmetric, but that the top half tends
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asymptotically to a higher absolute axial velocity than the lower half. This is due to the
superimposed effect of the boundary-layer profile and image vortex. The vertical veloc-
ity on the horizontal survey line (Fig. 7.12f), on the other hand, tends towards the zero
on either side of the vortex core. The shear stresses on either side of the vortex therefore
counteract each other, which suggests that no appreciable net vertical force is exerted on
the vortex core. These findings are in line with the predictions of Doligalski and Walker
[166] and Chuang and Conlisk [165], who studied the response of a convecting rectilin-
ear vortex near a wall and defined the ratio between the convection speed of the vortex
core and the uniform inflow velocity1, α, as

α= uvx

u∞
= 1+ uind

u∞
, (7.1)

where uind is the velocity induced by the image vortex, such that uvx = u∞+uind. The
velocity induced by the image vortex accounts for both the vortex strength Γvx and dis-
tance to the wall εvx, since uind = Γvx/(2π(2εvx)). The circulation of the vortex core can be
obtained by integrating the vorticity inside the core (Γvx,core =−0.19 m2/s). By assuming
that this is approximately equal to the total circulation of the vortex (Γvx ≈ Γvx,core) and
extracting the convective velocity and vortex position from Fig. 7.12d, a velocity ratio
of α = 0.85 is obtained from Eq. 7.1. For this value, the interaction with the boundary
layer has a negligible effect on the vertical position of the vortex [165]. Moreover, in the
inviscid limit, no flow reversal should occur near the wall for α > 0.75 [166], which is
consistent with the velocity field of Fig. 7.12d. Although the exact limit differs for vis-
cous flow [166], the velocity ratio obtained in this experiment appears to be beyond this
limit. This confirms that the vertical displacement of the tip vortices is not caused by vis-
cous interaction with the boundary layer, but by additional effects that are not captured
in this simplified analysis, such as pressure gradients or three-dimensional effects.

B. PROPELLER-INDUCED SURFACE PRESSURE FLUCTUATIONS

The vortex cores are not visible downstream of x/R ≈ 0.6 in the FOV of Fig. 7.12. To fur-
ther investigate this effect, the rms of the surface-pressure fluctuations is shown in Fig.
7.13. Directly beneath the propeller, at the locations indicated with crosses, the maxi-
mum excitation amplitude of the microphones was exceeded. Therefore, the values in
this region are conservative, and no quantitative comparisons should be made. Never-
theless, several important qualitative observations can be made based on the unsteady
pressure distributions. With these observations it is possible to distinguish three differ-
ent regions of pressure fluctuations, as indicated in the bottom part of Fig. 7.13.

Firstly, the rms of the surface-pressure fluctuations is larger than the time-averaged
surface-pressure difference induced by the propeller (see Fig. 7.10). This indicates that
the discrete blade passages generate large differences between the maximum and min-
imum surface pressures, which could be reduced by producing the same thrust with a
higher number of blades. Secondly, two distinct regions of pressure fluctuations can
be observed in Fig. 7.13: fluctuations induced by the propeller blades (bound vorticity
and volume displacement), and fluctuations induced by the tip vortices (trailing vortic-
ity). Upstream of the propeller, the surface-pressure fluctuations are dominated by the

1Note that the local “effective” uniform inflow velocity at the vortex location is unknown, since it is affected by
the presence of both the boundary layer and the propeller slipstream (u∞ 6=V∞).
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Figure 7.13: Unsteady pressure-coefficient rms contours on the wall surface. Dots indicate measurement
locations, while crosses indicate locations where the maximum input level of the microphone was exceeded.

static-pressure fields surrounding each propeller blade, which are approximately con-
stant in a rotating reference frame, but lead to periodic perturbations in an inertial ref-
erence frame. “Far” downstream of the propeller, the surface-pressure fluctuations are
dominated by the flow structures convected in the slipstream. Between these two re-
gions, the two contributions are superimposed. Moreover, although Fig. 7.12 indicates
that the blades’ trailing vorticity rapidly concentrates in the tip vortices, Fig. 7.13 shows
that the surface-pressure fluctuations produced by the propeller blades are larger than
the ones produced further downstream by the tip vortices. This occurs because, at the
propeller location, the surface pressure is affected by the trailing vorticity, the bound vor-
ticity, and the volume displacement of the blades. Far downstream, the surface pressure
is only affected by the trailing vorticity. The relative importance of the three contribu-
tions directly beneath the propeller disk could not be established with the current data
set. Although this does not affect the conclusions drawn in this chapter, a more detailed
investigation into the flow field surrounding the blade tip and its effect on the unsteady
surface-pressure distributions can be recommended for future research.

Figure 7.13 also shows that, downstream of the propeller, the streak of high-
amplitude fluctuations splits in two. The pressure spectra recorded at locations B and
C, shown in Fig. 7.14, indicate that the region of low rms between the two streaks only
presents a weak tonal component at the blade passage frequency. However, in the streak
of increased rms—as well as at point A—the pressure spectrum is dominated by high-
amplitude peaks at the blade passage frequency and multiple harmonics. Therefore,
while at locations A and B sharp waveforms are generated by the passage of the propeller
blades and tip vortices, respectively, at point C these excitations are barely perceived.
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Figure 7.14: Surface-pressure spectra recorded at the locations indicated in Fig. 7.13. Note that the maximum
excitation amplitude of the microphone was exceeded at location A in the propeller-on case. BPF = 482 Hz.

The mechanism that causes the high-rms region to divide in two can be understood
by analyzing the interaction of the tip vortices with the solid surface. However, the axial
measurement resolution is relatively low, being of the same order-of-magnitude as the
wavelength of the dominant excitation in this region. Hence, the axial plotting resolu-
tion is artificially increased by reconstructing the pressure history between subsequent
axial measurement locations, as described in Appendix F.3. Given that not all measure-
ments were acquired synchronously, only the phased-averaged waveforms are recon-
structed. Figure 7.14 shows that the tonal excitations are dominant, and thus only a
negligible amount of information is lost by removing the broadband component of the
fluctuations. Moreover, since these pressure perturbations are hydrodynamic in nature,
they propagate according to the local flow and boundary conditions, and not as acous-
tic waves. Upstream of the propeller (x/R < 0), the tonal pressure fluctuations displace
in negative y-direction, following the local movement of the blades. Far downstream
of the propeller (x/R > 0.7), the pressure fluctuations displace mainly in axial direction,
convected at the local flow velocity. Finally, for the interpolation procedure, a sigmoid
weighting function W (x X ) is applied in the overlap region (0 < x/R < 0.7) to provide a
smooth transition between the two excitation sources, as shown in Fig. 7.13.

The pressure-reconstruction process presents some uncertainty for several reasons,
such as outliers in the estimated convective-velocity distribution, and the arbitrary
choice of a sigmoid weighting function. Therefore, for validation, the instantaneous
pressure distributions are compared to the phase-locked vorticity field obtained from
the PIV measurements in Fig. 7.15. This figure shows the spanwise vorticity distribution
in the y/R = 0 plane together with the phase-averaged surface-pressure distribution,
for a phase angle of φ= 35o. The pressure distribution contains both the time-averaged
component acquired with the pressure taps, and the unsteady component acquired with
the microphones. Beneath the tip vortices, whose location can be clearly identified in
the vorticity field, regions of low pressure are observed. Peaks of low pressure are also
induced ahead of the propeller blades, which are responsible for the low-pressure area
shown upstream of the propeller disk in Fig. 7.10. A time-resolved animation showed
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that the location of the suction peaks on the surface is consistent with the position of the
propeller blades and tip vortices, for all phase angles. This indicates that the pressure re-
construction is, at least qualitatively, correct. Moreover, a comparison of different phase
angles shows how the suction peaks created ahead of the propeller are strongest when
the blade tip is closest to the wall (φ≈ 0o). The strength of the pressure fluctuations in-
duced by the tip vortices decreases as they are convected downstream, especially in the
y/R = 0 plane.
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Figure 7.15: Comparison of phase-averaged surface-pressure and slipstream-vorticity distributions for
φ= 35o. Vorticity contours only shown for |ω̃∗

y | > 2. Figure based on experimental data.

C. TIP-VORTEX DEFORMATION

To determine how the slipstream structures evolve outside the y/R = 0 plane, Fig. 7.16
presents a close-up view of the blade-tip region for a phase angle of φ = 5o. The vortex
trailing behind the blade tip is clearly identifiable in the vorticity field. The figure con-
firms that the low-pressure region generated beneath the tip vortices is also captured
outside of the y/R = 0 plane. For this blade angle, a strong suction peak is generated
on the wall ahead of the suction side of the blade. Downstream of the propeller blade, a
ω̃∗

y = −15 isosurface is present near the wall, due to the strong vertical gradient of axial
velocity in the boundary layer. At this location the pressure at the wall has increased, due
to the increased static pressure behind the blade and the associated slipstream contrac-
tion.

In Fig. 7.16, the projection of the downstream tip vortex onto the wall is curved and
suggests that the vortex filament has deformed. This can be confirmed by analyzing the
unsteady pressure distribution on the wall for a determined phase angle, as shown in Fig.
7.17. This figure includes the projection of the tip vortices, which are drawn based on
the∆C̃p distribution and on the data presented in Figs. 7.12 and 7.13. In an undisturbed
slipstream, the tip vortices follow a helical path, and thus these projections would locally
appear as oblique lines positioned at an angle equal to the pitch of the helix, with a weak
inflection point at y/R = 0. However, due to the presence of the wall, the vortex segments
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Figure 7.16: Phase-averaged surface-pressure distribution and vorticity isosurfaces in the vicinity of the
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black lines. Figure based on experimental data.

closest to the wall are convected at a lower axial velocity. Consequently, the segments
below the propeller axis (y/R = 0) start to lag, and the vortices deform. This is clearly
visible for the second vortex (“Vx. 2”) in Fig. 7.17. Due to the downwards displacement
of the slipstream, the central part of the vortex filament eventually approaches the wall
and splits in two, as can be seen for the third and fourth vortex.
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Figure 7.17: Phase-averaged surface pressure-coefficient distribution beneath the propeller slipstream for
φ= 0o. Data based on microphone measurements, i.e., mean pressure is not included.

Finally, a schematic representation of the phenomena observed in Figs. 7.10–7.17 is
drawn in Fig. 7.18 to explain the downwards displacement of the slipstream. When the
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tip vortex is originally formed behind the blade, it follows a helical path (point A). Due
to the strong pressure jump across the propeller disk, the slipstream contracts and the
tip vortex moves away from the wall (Point B). However, the pressure increase behind
the disk also leads to a spanwise pressure gradient on the wall. The spanwise gradient
accelerates the flow away from the y/R = 0 plane. This in turn creates a mass deficit
near the wall in the y/R = 0 plane, which leads to fluid entrainment from the slipstream
above. Since the slipstream contraction rate rapidly diminishes downstream of the disk
(as known from actuator disk theory; see e.g. Ref. [138]), beyond a determined point
B, the effect of the spanwise gradient becomes dominant and causes the slipstream to
move downwards. Simultaneously, the vortex filament is deformed due to the lower
convective velocity near the wall. For the thrust coefficient and advance ratios stud-
ied in this experiment, an undisturbed helical vortex would constitute a stable structure
which only self-induces axial velocities [278]. However, due to the local deformation
of the tip vortex, this equilibrium is lost, and the vortex filament self-induces a veloc-
ity in the negative z-direction in the y/R = 0 plane (point C). This further contributes
to the downwards displacement of the slipstream. Eventually, the tip vortex comes in
very close proximity to the wall, where the axial velocity tends to zero due to the no-slip
condition. The associated deformation and dissipation causes the central segment of
the filament to split in two (point D). Since at the wall no normal velocities can be in-
duced, the vorticity vector must reorient, and the two extremities of the vortex filament
must be perpendicular to the wall. These two ends gradually separate from each other
as they convect downstream, as shown in Fig. 7.13. The distance between the propeller
disk and point D, xD, increases with increasing tip-clearance or decreasing thrust coeffi-
cient. As this distance increases, the velocity deficit beneath the slipstream reduces, until
eventually the point of slipstream adherence to the wall disappears (xD →∞), leaving a
relatively undisturbed channel between the slipstream edge and the wall surface. This is
reflected in Table 7.3, which provides the approximate location of point D for different
thrust settings and tip clearances, based on additional PIV data.
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Figure 7.18: Notional interpretation of the evolution of the tip vortices. The dotted line represents the
trajectory of the lowest point of the vortex filament.
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Table 7.3: Approximate location of point D (see Fig. 7.18), for different thrust settings and tip clearances.

Constant thrust Constant clearance
(CT === 0.35) (ε/R === 0.037)

ε/R xD/R CT xD/R
0.037 0.6 0.35 0.6
0.07 1.5 0.20 0.8
0.15 ∞ 0.10 ∞

7.3. AERODYNAMIC INTERACTION WITH EXTERNAL PRES-
SURE GRADIENTS

When the propeller is placed in close proximity to a flap, additional pressure gradients
are generated due to the curvature of the surface, which affect the aerodynamic coupling
between the two components. Earlier research has shown that, in this case, the interac-
tion between the propeller and the boundary layer can lead to a propeller-induced flow
separation [149]. To analyze this interaction, the impact of the propeller on the flow
field over the flap is described in Sec.7.3.1. The influence of propeller position is then
addressed in Sec. 7.3.2. Again, the results are presented for high thrust and low tip clear-
ance (BL1, V∞ = 20 m/s, CT = 0.35, ε/R = 0.037), unless explicitly mentioned otherwise.
However, since the increased velocity over the flap surface decreases propeller thrust,
the rotational speed has to be increased to match the thrust coefficient CT . This is re-
flected in Fig. 7.19, where additionally, contrary to the flat-wall configuration, the thrust
of the propeller can be seen to increase with increasing tip clearance.
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Figure 7.19: Propeller thrust curves, measured for δf = 20o, ε/R = 0.037, xP/c = 0.8, unless otherwise specified
by the legend (BL1, V∞ = 20 m/s).

7.3.1. PROPELLER-INDUCED FLOW SEPARATION
When the flap is deflected, the velocity over the flap hinge is increased, as shown in Fig.
7.20a. The boundary-layer thickness grows considerably over the flap surface, although
no flow reversal is observed in the FOV. However, Fig. 7.20b shows that, when the pro-
peller is installed and operated at a high thrust setting, the axial momentum of the flow
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is increased and the flow separates over the flap. This indicates that the boundary layer
cannot sustain the suction peak required on the flap surface to deflect the slipstream
downwards, and leads to a region of reverse flow, delimited by the white contour line.
This also confirms that, in high-lift conditions, an over-the wing propeller can cause
flow separation, as identified in the work of Müller et al. [149].
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Figure 7.20: Time-averaged axial velocity distribution obtained from PIV measurements between the nacelle
and the flap surface.

Due to the propeller-induced flow separation, the propeller slipstream does not fol-
low the flap surface. This is visible in the flow field shown in Fig. 7.21. Although Fig. 7.21
presents the phase-averaged velocity distribution for φ = 5o, the ũ/V∞ = 0 boundary is
representative of the ensemble-averaged distribution. This was concluded by compar-
ing the velocity fields in the y/R = 0 plane for different phase angles, which showed that
the amount of flow reversal did not change significantly from one phase angle to an-
other. Therefore, the severity of the propeller-induced flow separation is governed by
the time-averaged influence of the propeller, and not by the periodic excitation of dis-
crete tip-vortices. This is a consequence of the relatively high excitation frequency, when
compared to a typical shedding frequency expected from the wing1.

In this configuration, the tip vortices do not remain immersed in the wing boundary-
layer—contrary to the flat-wall case—and hence they deform only slightly, without split-
ting into two. This is also visible in the propeller-induced surface-pressure fluctuations,
shown in Fig. 7.22. The strong pressure fluctuations generated by the bound vortic-
ity on the propeller blades are still visible beneath the propeller. However, the pressure
fluctuations induced further downstream by the trailing vorticity in the slipstream have
decreased considerably. Consequently, the “V” shaped pattern (Fig. 7.13) is no longer
present, although weak pressure fluctuations are still visible downstream of the propeller
disk in Fig. 7.22. An analysis of the pressure spectra, not included here, showed that the
pressure fluctuations downstream of the propeller (x/R > 1) contained only weak tonal
components, and a relatively strong broadband component. Therefore, the patches of

1Assuming a Strouhal number of 0.2, the natural shedding frequency a cylinder of diameter equal to the thick-
ness of the wing at the point of separation would be around 45 Hz for the operating conditions considered,
while the blade passage frequency is 531 Hz.
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Figure 7.21: Phase-averaged vorticity distribution downstream of the propeller with flap deflected, including
an axial-velocity isosurface which delimits the region of reverse flow (φ= 5o, ε/R = 0.07). Data only shown

downstream of the plane indicated by dashed lines. Figure based on experimental data.

increased fluctuations in this area are not created by flow structures in the slipstream,
but by unsteady flow behavior in the separated-flow region. These pressure fluctuations
are more prominent in the upper-right quadrant of Fig. 7.22, indicating that there is a
slight asymmetry in the reverse-flow region. This is also reflected in Fig. 7.21, where the
most upstream point of the ũ/V∞ isosurface is located on the starboard side (y/R > 0) of
the center plane. The cause of this minor asymmetry could not be confirmed with the
data available.
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Figure 7.22: Unsteady pressure-coefficient rms contours on the wing surface with flap deflection. Dots
indicate measurement locations, while crosses indicate locations where the maximum input level of the

microphone was exceeded.
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7.3.2. IMPACT OF PROPELLER POSITION
Finally, this section describes how the propeller-induced flow separation is affected by
the position of the propeller. To this end, Fig. 7.23 presents the phased-locked vorticity
fields for three different configurations: the baseline configuration discussed in the pre-
vious section, a configuration with increased tip clearance, and a configuration where
the propeller has been moved upstream by 0.05c while maintaining a constant tip clear-
ance. The figure also includes the propeller-induced velocity vectors, which indicate the
difference between the velocity field with the propeller on, and the one obtained with-
out the propeller. In the baseline configuration (Fig. 7.23a), the velocity vectors show
how the velocity over the flap is significantly reduced, leading to the reverse-flow region
shown in Fig. 7.20b. The region of strong (negative) vorticity around z/R = −0.1 indi-
cates the edge of the reverse-flow region, where a strong shear layer exists.

c) Upstream location (xP/c = 0.75)
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Figure 7.23: Phase-averaged spanwise vorticity distribution and in-plane propeller-induced velocity vectors,
obtained from PIV data for three propeller positions.

A. EFFECT OF PROPELLER TIP-CLEARANCE

When the tip clearance is increased to ε/R = 0.44, the velocity over the flap surface is
still reduced with respect to propeller-off conditions, as shown in Fig. 7.23b. The shear
line is also detached from the surface, indicating that the boundary layer has separated.
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Therefore, even though the blade tips are outside the boundary layer (ε= 3δ99), the pro-
peller still causes flow separation. This occurs because the high-momentum slipstream
acts as a boundary, and a divergent flow channel is created between the slipstream edge
and the flap surface. The divergent flow channel increases the adverse pressure gradi-
ent and causes the flow to separate. This confirms that, for these test conditions and
geometry, the time-averaged effect of the propeller is the dominant cause for flow sep-
aration, and not the periodic excitation caused by the tip vortices. An inspection of the
flow fields obtained with other tip-clearances (Table 7.2), not included here, showed a
similar effect. Increasing the tip clearance is therefore not an effective strategy to avoid
propeller-induced flow separation.

B. EFFECT OF AXIAL POSITION RELATIVE TO THE FLAP HINGE

Figure 7.23c shows how the flow field is affected by placing the propeller further up-
stream. In this case, the velocity over the flap is increased with respect to propeller-off
conditions, and the slipstream is locally parallel to the flap surface. Moreover, the tip
vortices are not visible in the field-of-view. For this configuration, the boundary layer
has slightly different thickness at the propeller location. However, this difference should
play only a minor role, since the boundary-layer thickness does not significantly affect
the propeller thrust or the pressure gradient generated on the wing surface, as discussed
previously. The differences with respect to the baseline configuration can therefore be
explained by referring to the findings of Sec. 7.2. In the baseline configuration, the flap
curvature starts directly beneath the propeller disk. The axial-velocity distribution in the
flat-wall configuration (Fig. 7.9b) showed that, at that location, the slipstream contrac-
tion leads to a region of reduced axial velocity at the wall surface. The associated ad-
verse pressure gradient is the dominant trigger for flow separation in the baseline, flap-
deflected configuration. However, further downstream of the propeller, the slipstream
approaches the wall in the flat-wall configuration. This leads to a fuller boundary-layer
profile with high-momentum flow near the surface (Fig. 7.9), and causes the tip vortices
to split and move away from the y/R = 0 plane (Fig. 7.17). Therefore, when the flap is
deflected half a radius (0.05c ≈ 0.5R) downstream of the propeller, the boundary layer
is able to withstand strong adverse pressure gradients, and the flow remains attached.
Consequently, the suction on the flap surface generates a Coandă effect [279, 280] , ex-
erting a vertical force on the fluid and deflecting the high-momentum flow in the slip-
stream downwards along the flap. This Coandă effect leads to an increase in system lift.
Moreover, even though the tip vortices are not the dominant cause for flow separation,
their absence from the flow field in the y/R = 0 region is beneficial for the boundary layer
and further contributes to an attached flow over the flap.

7.3.3. COMPARISON BETWEEN NUMERICAL AND EXPERIMENTAL RESULTS
In order to assess the validity of the numerical results, they are compared to the experi-
mental data for the flap-deflected configuration in this section. An important region for
the propeller–wing interaction is the flowfield in the vicinity of the flap. Therefore, the
measured flowfield at the flap is compared with the computed flowfield in Fig. 7.24. For
these simulations, the wind-tunnel walls were also modeled to replicate the complete
experimental setup (without propeller support sting). No significant difference between
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the experimental and numerical results can be found in the propeller-off case, indicat-
ing that the numerical approach is capable of predicting the flow field over the flap of
the isolated wing with reasonable accuracy. This is confirmed by the comparison of the
pressure distributions for the propeller-off case in Fig. 7.25a. The experimental results,
however, exhibit a slightly lower axial velocity compared to the numerical results, de-
spite a more downstream onset of flow separation, indicated by the contour-line of zero
velocity in Fig. 7.24b.
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Figure 7.24: Comparison between the time-averaged PIV measurement and the time-averaged CFD RANS
results for the axial velocity distribution over the flap.

Adding the propeller results in a stronger adverse pressure gradient at the propeller
location that decreases the momentum in the boundary-layer over the flap and ulti-
mately leads to earlier flow reversal than in the propeller-off case, as observed in the ex-
periments. This effect of the propeller on flow separation, however, is more pronounced
in the experimental results (Fig. 7.24c) than in the numerical ones (Fig. 7.24d). In the
numerical results, the point of flow separation moves upstream when the propeller is
included; however, the slipstream still deflects downwards and the flow remains more
parallel to the flap surface than in the experiment. Consequently, the suction over the
flap is stronger in the numerical results than in the experimental ones, as shown in Fig.
7.25b.
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Figure 7.25: Comparison of wing pressure distributions obtained from the experimental and numerical
results.

The differences in propeller-induced flow separation can be attributed to several
factors. Firstly, all the turbulence in the flow is modeled, and not resolved—including
the small turbulence scales close to the wing surface, where the flow reversal originates.
Hence, the separation behavior is influenced by the selection of the turbulence model,
and the ability of the model to predict flow separation can deteriorate when a propeller
causes additional unsteady and highly-concentrated adverse pressure gradients. Sec-
ondly, numerical diffusion weakens the tip vortices, as shown in Fig. 7.26. This re-
duction in tip-vortex strength reduces the velocity deficits generated between the vortex
core and the flap surface, therefore having a less detrimental effect on the boudary layer.
The strong numerical diffusion can be encountered for various RANS turbulence mod-
els and is also indicative of an insufficient mesh resolution in the respective area [257].
Thirdly, the surface imperfections in the experiment, evident in Fig. 7.25, may weaken
the boundary-layer and increase the magnitude of flow separation. Finally, the overset
mesh can lead to a small delay in flow separation, due to increased velocity gradients
near the wing surface, as established when discussing the overset mesh in previous sub-
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Figure 7.26: Comparison between the instantaneous CFD RANS results and the phase-locked PIV
measurement for the out-of-plane vorticity over the flap, at the same phase angle (φ= 6◦). Vectors indicate

the propeller-induced in-plane velocity.
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sections. The overset interface may also further attenuate the influence of the blade tip
vortices once the propeller is installed [281].

Tables 7.4 and 7.5 compare the resulting sectional pressure-lift and pressure-drag
coefficients obtained below the propeller axis, as well as the propeller thrust coeffi-
cient. For the lift and drag coefficients,“uninstalled” refers to the propeller-off wing-
configuration (i.e., with the nacelle present), whereas the uninstalled thrust coefficient
is obtained from the isolated propeller. The thrust coefficients predicted by the CFD
simulations show an acceptable agreement with the values obtained in the experiment,
showing a difference of∆CT =−0.017 (4.8%) and∆CT =−0.007 (2.0%) in the uninstalled
and installed cases, respectively. The discrepancy is larger in the uninstalled case be-
cause the propeller is operating in the non-linear region of the thrust curve (see Fig.
7.19), at which a larger portion of the blades have stalled in the isolated configuration
than in the installed configuration. Hence, the numerical model captures the perfor-
mance of the installed propeller measurement more accurately, due to less flow separa-
tion on the blades. The onset of blade stall at these high-thrust conditions also implies
that the thrust coefficient varies only slightly with advance ratio, which explains why
the differences in thrust between the installed and uninstalled cases are relatively small
(∆CT = 0.005) when compared to the reductions in propeller thrust that are typically
obtained in over-the-wing configurations (see Sec. 6.1).

Table 7.4: Pressure-lift and -drag coefficients, and thrust coefficients from the experimental (Exp.) and
numerical (CFD) results.

cl p cd p CT

Exp. (uninstalled) 0.097 0.0111 0.353
Exp. (installed) 0.110 0.0089 0.348
CFD (uninstalled) 0.101 0.0080 0.336
CFD (installed) 0.167 0.0051 0.341

Table 7.5: Difference in coefficients between installed (inst.) and uninstalled (uninst.), as well as numerical
and experimental results.

∆cl p ∆cd p ∆CT

CFD vs. exp. (uninst.) 0.004 -0.0031 -0.017
CFD vs. exp. (inst.) 0.052 -0.0038 -0.007
Inst. vs. uninst. (exp.) 0.013 -0.0022 -0.005
Inst. vs. uninst. (CFD) 0.066 -0.0029 0.005

The computed lift coefficient of the uninstalled case compares reasonably well with
the measured one. The uninstalled drag coefficient from CFD, however, is ∆cd p =
−0.0031 lower than in the experiment, which represents a reduction of approximately
28%. This is attributed to the higher pressures obtained over the flap, as reflected in
Fig. 7.25a. When the propeller is installed, the more pronounced propeller-induced flow
separation of the experimental results leads to a lower circulation than in the numerical
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results. Consequently, the lift coefficient is ∆cl p = 0.052 (45%) higher in the numerical
approach. Analogously, the difference in drag between numerical and experimental re-
sults increases to ∆cd p = −0.0038 (-43%) in the installed case, since lower pressures are
obtained near the trailing edge in the experiment as a consequence of the increased flow
separation. Hence, the lift enhancement and drag reduction due to the propeller instal-
lation is more pronounced in the numerical results than in the measurements. However,
it should be noted that the relatively high percentage differences between experimental
and numerical data is largely a consequence of the low reference lift and drag coeffi-
cients.

This comparison shows that no quantitative conclusions should be drawn based on
the numerical results. Moreover, it indicates that the numerical model is likely to under-
estimate any propeller-induced flow-separation effects. Nevertheless, the objective of
the numerical analysis is to investigate the effect of propeller inclination. By analyz-
ing the results qualitatively, and keeping the aforementioned limitations in mind, the
numerical evaluation of the problem can provide valuable insight into some of the inter-
action mechanisms that govern the performance of the system.

7.4. EFFECT OF PROPELLER INCLINATION ON FLOW SEPARA-
TION

This section discusses the potential impact of propeller inclination with the flap on flow
separation. For this, the results of the numerical simulations are analyzed. The reader
is reminded that the numerical approach was found to under-predict the propeller-
induced flow separation. Therefore, the effects of propeller inclination are assessed by
comparing CFD results of the inclined configuration to those of the baseline configura-
tion, rather than comparing them directly to the experimental results. These numerical
results are obtained without wind tunnel walls, to remove their influence on the aerody-
namic interaction.

7.4.1. FLOW-FIELD CHARACTERIZATION
The time-averaged flow field induced by the inclined propeller is compared to the one of
the baseline configuration in Fig. 7.27. When the propeller is deflected together with the
flap, not only the downwash over the wing surface introduces a vertical velocity com-
ponent in the slipstream, but also the inclination of the propeller directs the slipstream
along the propeller axis. Figures 7.27b and 7.27d show that the momentum deficit over
the flap is filled by the slipstream and the velocity over the flap is increased. The ad-
ditional momentum in the boundary layer of the flap due to propeller inclination is
reflected in Fig. 7.28, which compares the velocity component parallel to the flap sur-
face for the two configurations and the propeller-off reference case. These velocity pro-
files indicate that a stronger adverse pressure gradient can be tolerated in the inclined-
propeller configuration, compared to the baseline configuration. From both Fig. 7.27b
and Fig. 7.27d it can also be inferred that the propeller thrust and, therewith, the maxi-
mum induced velocity and minimum induced pressure, is shifted towards the upper half
of the propeller disk, away from the wing.

175



7

7. BOUNDARY-LAYER INTERACTION IN HIGH-LIFT CONDITIONS

-0.1

0.0

0.1

0.2

0.3
V

er
tic

al
 c

oo
rd

in
at

e  
z c/

c 
[-

]

-0.1

0.1

0.3

0.5

0.7

0.9

1.1

1.3

1.5

0.6 0.7 0.8 0.9 1.0
Axial coordinate  xc/c [-]

a) Velocity field, baseline

-0.4

-0.3

-0.2

-0.1

0.0

0.1

0.2

0.3

0.4

b) Velocity field, inclined

c) Pressure field, baseline d) Pressure field, inclined

-0.1

0.0

0.1

0.2

0.3

V
er

tic
al

 c
oo

rd
in

at
e  

z c/
c 

[-
]

0.6 0.7 0.8 0.9 1.0
Axial coordinate  xc/c [-]

A
xi

al
 v

el
oc

ity
 u

/V
∞
 [-

]
Pr

es
su

re
 c

oe
ff

. d
iff

. Δ
C

p [
-]

Figure 7.27: Time-averaged axial velocity with streamlines (top) and induced pressure and in-plane velocities
(bottom) at y/c = 0 for the baseline and inclined configurations, obtained from the numerical simulations.

The influence of the inclined propeller on the sectional pressure distribution at
y/c = 0 is shown in Fig. 7.30b. The main difference with respect to the baseline pres-
sure distribution (Fig. 7.30a) is that the pressure reduction in front of the propeller is
smaller in the inclined case. Moreover, while the suction peak over the flap is reduced
in the baseline configuration due to the propeller-induced flow separation, in the in-
clined configuration the pressure peak over the flap is maintained. In both cases, a
significant spread in the pressure coefficient due to the unsteady flow-field generated
by the propeller blades can be observed. In the baseline configuration, the pressure
fluctuations are centered around the axial position of the propeller (x/c = 0.79), and
rapidly decay in both upstream and downstream directions. This is consistent with the
pressure-fluctuation distributions obtained in the experimental analysis (see Fig. 7.22).
However, in the inclined configuration, where the bottom of the propeller disk is lo-
cated at x/c ≈ 0.82, the pressure fluctuations persist more downstream. In this case, the
slipstream is closer to the flap surface, and therefore the tip vortices induce more pro-
nounced pressure fluctuations, comparable to the flat-wall measurements of Sec. 7.2.
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Figure 7.30: Pressure distributions of the wing profile at y/c = 0, in the baseline and inclined configurations.
Results obtained from numerical simulations.

The experimental results showed that the unsteady interaction between tip vortices
and the wing boundary layer is not the dominant trigger for propeller-induced flow sep-
aration. This is reaffirmed in Figs. 7.31a–7.31c, which present the wall-shear lines and
propeller-induced surface-pressure distributions of the baseline configuration. For the
two unsteady flow fields, which correspond to blade-phase angles of φ= 0o and φ= 30o

respectively, the spanwise vorticity component plotted in the center plane (y/c = 0) re-
veals the location of the tip vortices. The shear lines show that the flow reversal is cen-
tered directly beneath the propeller axis. However, the lobes visible along the separation
line indicate that flow separation has locally been postponed away from the propeller
axis. This is due to the increased velocity upstream of the propeller, which increases
the momentum in the boundary-layer of the wing, as reflected in Fig. 7.29. This in
turn increases its capability to withstand the adverse pressure gradient over the flap. In
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any case, a comparison of Figs. 7.31a, 7.31b, and 7.31c shows that the most upstream
location of flow separation varies by just ±1% chord, depending on the phase angle.
Therefore, the time-averaged velocity and pressure effects caused by the propeller are
the dominant cause of flow separation.

x/c = 0.82

(a) Baseline, time-averaged

x/c = 0.83

(b) Baseline, φ= 0◦

x/c = 0.81

(c) Baseline, φ= 30◦

Separation: x/c = 0.82

Reattachment: x/c = 0.84

(d) Inclined, time-averaged (e) Inclined, φ= 0◦ (f) Inclined φ= 30◦

Figure 7.31: Time-averaged (left) and unsteady (middle, right) influence of the propeller on the
surface-pressure distribution and wall-shear lines of the wing, in the baseline (top) and inclined (bottom)

configurations. Vorticity contours shown in y/c = 0 plane for |Cω,y | > 1.5.

Figures 7.31d–7.31f present the wall-shear lines and propeller-induced pressure dis-
tributions for the inclined-propeller configuration. In a time-averaged sense, the flow
is found to separate directly beneath the propeller (x/c = 0.82) and reattach soon af-
ter (x/c = 0.84). While the exact extent of this separation bubble is not clearly visi-
ble in Fig. 7.31d, additional skin-friction coefficient plots (not shown here) confirmed
its presence [271]. This reattachment occurs because, in this configuration, the high-
momentum flow in the slipstream is parallel to the flap surface, and the same effect as
the one observed in the interaction with a flat wall (Sec. 7.2) takes place. Moreover,
while in the baseline configuration the flow separation on the flap was only postponed
below the outboard part of the slipstream, Fig. 7.31d indicates the possibility of com-
pletely attached flow in those regions for the inclined configuration. Since in this case
the propeller already induces vertical momentum, less suction is necessary on the sur-
face of the wing to deflect the flow downwards. Moreover, the adverse-pressure gradient
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beneath the propeller is located slightly downstream of the suction peak over the flap
hinge. Therefore, the boundary-layer can withstand the pressure gradients on the flap.
The time-dependent results in Figs. 7.31e and 7.31f also show that the blade tip vortices
merely vary the chordwise extent of the local separation bubble beneath the propeller.
However, the overall flow field exhibits no significant dependency on the blade phase
angle.

7.4.2. EFFECT ON PROPELLER AND WING LOADS
After having analyzed the aerodynamic interaction effects for an inclined propeller in the
previous section, this section describes how the aerodynamic interaction influences the
distribution of forces generated by the propeller and wing. First, the propeller loading
distributions will be compared between the baseline and inclined configuration. Then,
the spanwise distributions of lift and drag of the wing are compared for the two configu-
rations.

A. PROPELLER LOADING DISTRIBUTIONS

The wing-induced flowfield results in a modified propeller loading and propeller thrust.
Compared to the isolated thrust coefficient of CT = 0.336, the baseline propeller thrust
increases by∆CT = 0.005, which is less than 2 % of the isolated thrust. The small increase
obtained in this configuration can be explained by analyzing the thrust distribution on
the propeller disk, shown in Fig. 7.32a. The wing induces a flowfield to the propeller such
that there is higher axial velocity, as well as a vertical velocity component. The vertical
component results in a net negative angle of the inflow to the propeller disk and, hence,
a strong increase and moderate decrease of the blade angle of attack for the up-going
and down-going blades, respectively. This causes the asymmetry in the thrust distribu-
tion in Fig. 7.32a. A higher axial velocity typically reduces the blade angle of attack and,
therewith, the thrust, over the entire propeller disk. However, due to the low lift coeffi-
cient of the wing, this effect is small compared to the angle of attack effect. These trends
are also reflected in the wake-pressure measurements of Sec. 6.1.
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Figure 7.32: Thrust distributions on the propeller disk obtained from the numerical simulations.
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In the inclined configuration (Fig. 7.32b), the propeller inclination is larger than
the local flow angle induced by the wing. Therefore, the inclined propeller disk expe-
riences a net positive angle of attack to the inflow, and the in-plane velocities increase
the blade angle of attack for the down-going blades, contrary to the baseline case. The lo-
cal thrust increase for the inclined propeller is larger in magnitude than for the baseline
propeller, but confined to a smaller area on the disk. Consequently, the thrust coeffi-
cient, CT = 0.335, of the inclined propeller is lower than that of the baseline propeller,
but comparable to the isolated-propeller thrust. Close to the wing, the thrust augmenta-
tion fades as the inflow is more aligned with the propeller axis again and the axial velocity
increases. Compared to the baseline configuration, the inclined propeller produces less
thrust close to the wing.

Although the total thrust along the propeller axis exhibits only a small change when
the propeller is inclined, the force in flight direction, Fx , changes considerably. Recall
that the different propeller force components were defined in Fig. 2.6. When the pro-
peller is inclined, not only the horizontal force Fx decreases, but also the vertical force
Fz increases, effectively leading to a thrust-vectoring effect. A comparison of the indi-
vidual time-averaged force components is given in Table 7.6. The coefficients in table
7.6 are normalized with the reference area Sref = 1.1cDp to be comparable to the lift and
drag coefficients of a wing segment of span 1.1Dp, for a distributed propeller application
where multiple propellers would be installed in close proximity—for example, with a hy-
pothetical tip clearance of 0.1Dp. The variable F∗

c refers to the total resultant force on
the propeller. The results in Table 7.6 confirm that the thrust in the flight direction, F∗

xc,
decreases, while the vertical component, F∗

zc, increases when the propeller is inclined.
The vertical component becomes more pronounced for two reasons: firstly, because the
thrust vector is tilted upwards, and secondly, because the normal force on the propeller
is stronger due to the angle-of-attack effect.

Table 7.6: Comparison of the time-averaged forces for the different propeller installations.

Parameter Baseline Inclined Isolated
CT 0.341 0.335 0.336
T ∗

c 0.094 0.093 0.093
N∗

c -0.009 0.022 0
F∗

xc -0.094 -0.080 -0.093
F∗

zc -0.009 0.053 0
F∗

c 0.095 0.096 0.093

The torque and shaft power of the inclined propeller (CQ = 0.1029, CP = 0.647)
change only slightly compared to both the baseline results (CQ = 0.1022, CP = 0.642)
and the isolated values (CQ = 0.1023, CP = 0.643). In fact, the change in torque coef-
ficient falls within the uncertainty band determined earlier. Since the shaft power re-
quired in the two configurations is comparable, the results of Table 7.6 indicate that the
propulsive efficiency is highest in the baseline configuration, if the force component in
the direction of flight is considered. The increase in efficiency with respect to the isolated
propeller, albeit minor, is contradictory to the propulsive-efficiency penalties observed
in Sec. 6.1. However, this is due to the relatively high angle of attack induced locally
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on the propeller disk, and the relatively low axial-velocity increase generated above the
low-lift-coefficient wing. This indicates that the effect on OTW propeller efficiency is
highly dependent on the operating condition and geometry of the system, and may ex-
plain some of the contradictions observed in literature. The effect of the operational and
geometrical parameters is discussed in more depth in Ch. 8.

B. WING LOADING DISTRIBUTIONS

The inclination of the propeller not only affects the pressure distribution of the wing
at the propeller location, but also the distribution of lift and drag along the span. The
time-averaged spanwise lift and drag distribution of the wing are shown in Fig. 7.33. As
a reference, the same coefficients are also given for the isolated wing and the wing with
nacelle, excluding the propeller blades. In the baseline configuration, the suction in-
duced locally by the propeller results in a peak of the lift in the middle of the wing, below
the propeller axis. Contrary to the centered lift peak, the lowest drag is shifted below the
outboard part of the up-going blade. This is attributed to a higher blade loading on the
up-going blade side, which increases the static pressure behind the propeller disk and
consequently reduces the pressure drag. Below the down-going blade, the drag saved by
the propeller merely compensates for the additional drag of the nacelle, resulting in a
propeller-on drag coefficient close to the one of the isolated wing.
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Figure 7.33: Sectional lift (top) and drag (bottom) coefficient distributions along the wingspan obtained from
the numerical simulations in the baseline and inclined configurations.

Despite the delay of flow reversal on the flap, the lift distribution in the inclined con-
figuration exhibits a smaller rise in lift coefficient than the baseline configuration, due
to the relatively weak induced velocities close to the wing. The drag, however, shows
a larger reduction, which is associated to the postponement of flow separation on the
flap. Moreover, axial vorticity distributions in the wake (not shown here) indicate that
the relative effect of trailing vorticity due to the non-uniform spanwise loading on the
induced angle of attack is negligible. Hence, the inclined configuration presents larger
drag reductions than the baseline case, while the baseline configuration shows a larger
lift increase.
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7. BOUNDARY-LAYER INTERACTION IN HIGH-LIFT CONDITIONS

To evaluate the system forces in a hypothetical distributed-propulsion application
where the tip clearance between adjacent propellers is 10% of the propeller diameter,
the differences between the propeller-on and propeller-off lift and drag distributions are
integrated over a wing segment of 1.1Dp span. The resulting force coefficients ∆CL and
∆CD can then be added to the lift and drag coefficients of the isolated wing, plus the
thrust coefficient of the propeller in the respective direction (from Table 7.6), to obtain
the total forces for an OTW propeller system. It should be noted, however, that this pro-
cedure does not account for interaction effects that would be present with multiple adja-
cent propellers. This leads to conservative results in terms of wing lift and drag, since the
propeller also increases lift and decreases drag beyond the 1.1Dp interval, as reflected in
Fig. 7.33. Table 7.7 shows that the additional vertical force component of the propeller
in the inclined configuration compensates for the weaker lift increase of the wing seg-
ment (∆CL), such that the total force in the vertical direction is 24% larger than for the
baseline propeller configuration. This effective lift increase due to propeller inclination
can be even higher in terms of the maximum attainable lift coefficient, since the post-
poned flow separation over the flap is likely to shift the maximum lift coefficient to higher
angles of attack. The inclination of the propeller, however, also leads to a weaker addi-
tional forward force, F∗

xc, to the system. This reduction in net thrust is not compensated
by the decrease in drag of the wing (∆CD ). Hence, the baseline configuration has a 20%
larger installed thrust than the inclined configuration. Moreover, due to the comparable
thrust in the x-direction for the baseline and isolated configuration, the drag saved on
the baseline wing also leads to a larger installed thrust compared to the isolated con-
figuration. It is also worth noting that, since the shaft power is comparable in the two
cases, the propulsive efficiency of the baseline OTW system is slightly higher than for the
isolated propeller. This shows that not only the lift-to-drag ratio, but also the propulsive
efficiency can indeed be increased in some OTW configurations, as observed in Ref. [63].

Table 7.7: Balance of vertical (z) and horizontal (x) forces for a wing segment of span b = 1.1Dp, at
approximately the same shaft power.

Config. CL,iso ∆CL F∗∗∗
zc Total, z CD ,iso ∆CD F∗∗∗

xc Total, x
Isolated 0.093 0 0 0.093 0.0137 0 -0.093 -0.0793
Baseline 0.093 0.050 -0.009 0.134 0.0137 -0.0018 -0.094 -0.0821
Inclined 0.093 0.020 0.053 0.166 0.0137 -0.0025 -0.080 -0.0688

7.5. SUMMARY OF KEY FINDINGS
A combined numerical/experimental investigation has been performed to study the
aerodynamic interaction between an over-the-wing propeller and the wing boundary-
layer. Propeller inclination is investigated as a potential mitigation strategy for flow sep-
aration, using an unsteady RANS approach. A comparison to experimental data shows
that the magnitude of propeller-induced flow separation is under-predicted in the nu-
merical approach. The discrepancy is attributed to the influence of the overset inter-
face on flow gradients in the boundary-layer, the modeling of turbulence used by the
RANS solver, and an under-estimation of tip-vortex strength due to numerical diffusion
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and dissipation. Therefore, although the selected numerical approach captures the phe-
nomena and trends observed in the experimental data, predicting the exact point of flow
separation in OTW systems with unsteady RANS simulations remains a challenge.

To understand the underlying flow phenomena, first the time-averaged impact of a
propeller placed in close proximity to a flat wall is analyzed. Results show that a strong
adverse pressure gradient is generated below the propeller disk which increases linearly
with thrust, decreases with increasing tip clearance, and is practically independent of
the boundary-layer thickness. The associated contraction of the slipstream generates a
region of reduced axial velocity between the slipstream edge and the wall. This region of
reduced velocity extends approximately half a radius downstream of the propeller disk,
beyond which the slipstream adheres to the wall and the thickness of the boundary layer
is significantly reduced. Consequently, when the propeller operates at a high thrust set-
ting above the flap hinge and an adverse pressure gradient is imposed by deflecting the
flap, the flow is found to separate from the flap surface for two reasons. Firstly, the strong
adverse pressure gradient created beneath the propeller weakens the boundary layer
(steady effect). Secondly, the periodic presence of the tip vortices leads to local axial
velocity deficits and pressure perturbations in the boundary layer, further reducing its
capability to withstand an adverse pressure gradient (unsteady effect). The results show
that the former (steady effect) is the dominant cause for propeller-induced flow sepa-
ration, while the unsteady effects play only a minor role. Additionally, an evaluation of
different propeller positions indicates that increasing the tip clearance is not an effec-
tive mitigation strategy. However, if the propeller is placed half a radius upstream of the
flap hinge, a Coandă effect is generated which allows the flow to remain attached and
increase system lift, when compared to propeller-off conditions.

In the inclined-propeller configuration, the flow separation over the flap is post-
poned. In spite of this, the inclined case does not to enhance the lift over the flap more
than the baseline case at the same angle of attack, because of the higher static pressure
created on the flap surface behind the propeller. The higher static pressure does, how-
ever, decrease the pressure drag of the wing when compared to the baseline case. Fur-
thermore, in the inclined configuration, the additional vertical-force component of the
propeller results in a larger lift of the inclined OTW propeller–wing system, compared to
the baseline system. However, the inclination of the propeller leads to a lower net axial
thrust than the in the baseline configuration.

These findings illustrate that the high-lift performance of over-the-wing propellers is
very sensitive to the design of the system, and that a careful design is not possible with-
out high-fidelity aerodynamic analyses. Because of this and the lower Reynolds numbers
evaluated in this study, the quantitative values obtained are not representative of an ac-
tual OTWDP application. However, the Coandă effect and delayed flow separation due
to propeller inclination observed in this study confirm that over-the-wing propellers can
indeed increase the high-lift performance of an aircraft. A series of assumptions regard-
ing the aircraft performance is made in Ch. 10 based on these qualitative considera-
tions, to investigate what the effect of a lift increase in high-lift conditions would imply
for the aircraft. Nevertheless, more detailed investigations for realistic geometries and
operating conditions are required to quantify the increase in the maximum (system) lift
coefficient due to OTWDP.
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SYSTEM PERFORMANCE IN CRUISE

CONDITIONS

The previous two chapters focused on some of the more fundamental aspects of the
aerodynamic interaction between OTW propellers and the surrounding elements. How-
ever, at this stage, the overall performance benefits or penalties of the system are still
unclear. While in general the effects of the propeller(s) on the wing are beneficial, the
effect of the wing on the propeller appears to vary. For example, the studies of Ch. 6
showed a reduction in propulsive efficiency due to the interaction of each propeller with
the wing and the adjacent propellers. However, the analysis of Ch. 7 suggests that there is
no significant propulsive-efficiency penalty. Likewise, a comparison of the existing liter-
ature does not lead to conclusive results regarding the overall performance of the system,
as discussed in Ch. 2. It appears therefore that the potential performance gain is highly
dependent on the geometry and operating conditions of the system. Hence, this chap-
ter aims to quantify the aerodynamic characteristics of an over-the-wing distributed-
propulsion (OTWDP) system in terms of performance parameters such as the propulsive
efficiency and lift-to-drag ratio.

For this, a simplified OTWDP system consisting of three propellers and a rectangular
wing is analyzed in cruise conditions. The investigation focuses on the cruise condition
because it contributes the most to the overall energy consumption of the aircraft. In this
context, the “cruise condition” is interpreted as a flight condition with low to moderate
lift and thrust coefficients. However, as mentioned in Ch. 1, most of the analyses will
be performed in subsonic conditions and at lower Reynolds numbers than the ones en-
countered during cruise in real flight. Hence, the reader is reminded that, although the
effect of Reynolds and Mach number will be accounted for to a certain extent, the values
of the performance coefficients will differ from a full-scale application. Furthermore,
the trends should not be extrapolated to high-lift conditions, since in that case the stall
behavior is highly dependent on the Reynolds number and geometry of the system—as
concluded from the previous chapter. Analogously, to limit the scope, the effect of the
duct is not accounted for in the present analysis. As discussed in Sec. 6.2.4, if the purpose
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of the duct is to increase the aero-propulsive efficiency of the system, then this can be
considered a conservative approach, since the duct would only be used if it further en-
hanced the performance. If, on the other hand, the duct is required for different reasons
(e.g., noise, fatigue, or blade containment), then it may also deteriorate the performance
of the system, depending on the thrust setting and position of the OTW propellers. For
this, a dedicated study into representative duct shapes would be required to quantify the
effect the duct has on the overall efficiency of the system.

A combined experimental–numerical approach is used to analyze the performance
of the system. The methods are described in Sec. 8.1, and are both used for two purposes.
The experimental analysis is first used to investigate the performance of the system for a
range of angles of attack and thrust settings, for a given geometry, in Sec. 8.2. The results
of the experimental investigation are subsequently used to validate the numerical model
in Sec. 8.3. The numerical approach, on the other hand, is used in the sensitivity study of
Sec. 8.4 to gain an understanding of the effect of parameters which are difficult to vary in
the experiment. The numerical method is then used to create an aero-propulsive model
(see Appendix C.3) which can be employed to incorporate the changes in aerodynamic
performance into the aircraft design process.

8.1. ANALYSIS METHODS
Two approaches are used to analyze the performance of the over-the-wing distributed-
propeller system: an experimental approach and a numerical approach. The two meth-
ods are described in Secs. 8.1.1 and 8.1.2, respectively.

8.1.1. EXPERIMENTAL SETUP

This section describes the experimental campaign performed to analyze the over-the-
wing distributed-propeller setup. To this end, the following subsections present the test
setup, measurement techniques, and test conditions, respectively.

A. FACILITY & MODEL DESCRIPTION

The experiments were performed in the DNW Low-Speed Tunnel (LST), a closed-circuit
wind tunnel with a test section of 2.25 m × 3 m and a maximum freestream velocity
of 80 m/s. The purpose of the experiments was two-fold: to analyze the aerodynamic
performance of a LEDP configuration in high-lift conditions (not discussed here), and
to analyze the aerodynamic performance of the OTWDP configuration in cruise condi-
tions (discussed here). The wing model was designed in a modular fashion and com-
prised multiple CNC-machined aluminum segments with different features (pressure
taps, junctions for the leading-edge propellers, etc.). It had a span b of approximately
1.25 m, and was installed vertically on the external balance located on the top side of the
test section, as depicted in Fig. 8.1a. The wing featured the same NLF-MOD22B airfoil
[236] used in Sec. 6.1, including the Fowler flap of 30% chord. Only the flap-retracted po-
sition was tested in the OTWDP configuration, since it focused on cruise conditions. For
these measurements, the flap slot was sealed on the pressure side and transition strips
with distributed roughness (carborundum) elements of grit size 60 were placed at 10%
and 5% chord on the pressure and suction sides of the airfoil, respectively.
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a) Test section seen from upstream b) Close-up of model
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Figure 8.1: Overview of the test section and wind-tunnel model used in the LST campaign.

The existing XPROP-S propellers of DP = 0.2032 m were used (see Sec. 6.3). The
diameter-to-chord ratio of the model was selected as a compromise between the LEDP
application, where larger diameter-to-chord ratios are expected (typically DP/c ∼ 1 or
higher; see e.g. Refs. [61, 62]), and the OTWDP configuration, where lower diameter-to-
chord ratios are envisioned (DP/c < 0.5; see e.g. Refs. [52, 153]). This trade-off resulted
in a diameter-to-chord ratio of DP/c = 0.6, corresponding to a wing chord of c = 0.3 m.
Given the modest aspect ratio of the model (A = 4.16), an end-plate was used to limit
the tip effects and minimize the spanwise lift gradient at the location of the propellers.
To this end, a ground table was positioned beneath the wing model, maintaining a gap
of roughly 1.5 mm between the wing and the ground plate to prevent the transmission
of forces. The ground table was produced from a wooden plate of 18 mm thickness and
had a diameter of 1.45 m (Dtable/c ≈ 5), as shown in Fig. 8.2a. The plate was machined
to present an elliptical edge of aspect ratio 5, and was positioned using five aluminum
profiles of 30 mm thickness and 80 mm chord, which were reinforced using crossed stay
wires. The wake-rake and microphone array visible in Fig. 8.1a were used mainly for the
LEDP configuration and are not discussed here.

The propellers were installed without stagger on the suction side of the wing by
means of the same nacelles and support sting described in Sec. 6.3. The support sting
was clamped vertically in the ground table and top turntable of the test section, and
could be installed at different vertical positions to sample the pressure distribution at
various spanwise locations relative to the propellers, using the two rows of pressure taps
shown in Fig. 8.1b. The position of the support sting was such that the propellers were
located perpendicular to the local wing surface at xP/c = 0.8, corresponding to an inci-
dence angle relative to the wing chordline of iP = 10.2o (see Fig. 8.2b). The tip clearance
between the three propellers and between the propellers and wing surface were d = 4.4
mm (d/R = 0.04) and ε = 5 mm (ε/c = 0.0167), respectively. Additionally, a small rod,
slightly larger than the propeller radius, was attached to each nacelle to act as a safety
stop and prevent the wing from touching the propellers in case of wing deflection at
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high angles of attack. A contact sensor attached to the tip of the rods confirmed that
there was no contact in the measured angle-of-attack range, and thus the balance in-
deed registered the forces on the wing alone.
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Figure 8.2: Isometric and 2D views of the LST setup, indicating the main dimensions, coordinate system
(α= 0o), and rotation direction of the propellers. Safety rods not shown. Dimensions in mm.

B. MEASUREMENT TECHNIQUES

Three types of measurements were performed: external balance measurements, pro-
peller force-sensor measurements, and wing surface-pressure measurements. These
measurement techniques are described in the following subsections. No wind-tunnel
wall corrections were applied to the measured data. The wing and ground table consti-
tuted approximately 1% and 2% of the cross-sectional area of the test section, respec-
tively, and therefore blockage effects were expected to be minor. Moreover, the wing
chord was small relative to the width of the test section, and only modest lift coefficients
were evaluated in the OTWDP setup (CL < 1.1). Therefore, the lift interference effects
were also considered to be small. Consequently, given the complexity of accurately ac-
counting for the effect of the wind-tunnel walls and ground table on the wing perfor-
mance, it was decided to present the results in their uncorrected form.
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External Balance
A six-component external balance was used to quantify the forces on the wing itself. The
balance featured a measurement range of 2100 N in the directions of lift and drag, with
a 0.1% calibration uncertainty on the full-scale range. Measurements were performed
in a “clean wing” configuration (Fig. 8.2c), with the support sting and propellers (“Prop
on”, Fig. 8.2d), and with the support sting without propellers (“Prop off”). In this way,
the effect of the support sting and the propellers on the wing loads could be determined
separately. It is worth noting that, despite the efforts to reduce three-dimensional effects
by means of the ground table and root fairing (Fig. 8.1), the lift and drag coefficients
registered by the external balance are not fully representative of a 2D wing, particularly
due to the interaction with the wind-tunnel wall boundary layer at the root.

Data were acquired at several angles of attack for each configuration and advance
ratio. These angle-of-attack polars were recorded in the same order for each measure-
ment run (i.e., without randomization), with one angle of attack being repeated several
times to capture potential deviations throughout a given run due to e.g. hysteresis ef-
fects. Additionally, wind-off tare runs were performed to subtract non-aerodynamic
forces recorded on the balance when varying the angle of attack. No systematic data
fitting was applied to the polars, since the changes in lift and drag due to the propellers
were found to be sensitive to the type of fitting applied. Instead, the mean of all mea-
surements at a given angle of attack was taken as the “true” value at that angle of attack,
and the scatter in data points and the residuals of the wind-off corrections were taken as
an indicative measure of the uncertainty. These deviations were found to be small when
compared to the effect of the propellers on the wing, and are included as errorbars in the
following sections. The errorbars do not include the calibration uncertainty of the bal-
ance, since tare measurements were performed and the changes in forces with respect
to the wind-off zero measurement were small compared to the full measurement range
of the balance.

Propeller Internal Force Sensor
The same six-component force sensor employed in Sec. 6.3 was used to quantify the
forces on the middle propeller. In these dedicated force-sensor measurements, the
safety rod behind the middle propeller (see Fig. 8.1b) was removed to avoid any po-
tential upstream effect on the propeller. The measurement procedure, temperature cal-
ibration, data fitting, and uncertainty quantification were performed analogously to the
experiments described in Sec. 6.3. The isolated-propeller measurements of Sec. 6.3
were also used as an “uninstalled” reference case. A posterior analysis of the data re-
vealed that the thrust component was not accurately captured, since it was appreciably
higher than expected from the isolated-propeller measurements, and on occasions led
to propeller efficiencies greater than one. The propeller torque and in-plane forces, on
the other hand, were found to provide values which were in line with the trends observed
in the previous chapters. Moreover, these components were accurately reproducible in
repeated runs on different days. Since the torque and in-plane forces are predominantly
dependent on different strain gauges than the ones used to determine thrust (and in-
plane moments), the torque and in-plane force components were considered to provide
reliable results.
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Wing Pressure Taps
The wing model was instrumented with two rows of pressure taps, located ±0.7R from
the mid-span location of the wing, as shown in Fig. 8.2e. Each section contained 45 pres-
sure taps, of which 10 were not used in the flap-retracted measurements because they
were located inside the flap cove. Pressure taps up to 10% and 50% chord on the pressure
and suction sides, respectively, were connected to 5 psi (34.5 kPa) pressure sensors, while
the remaining pressure taps were connected to 1 psi (6.9 kPa) pressure sensors. The pres-
sure sensors featured a calibration uncertainty of 0.25% of the full-scale range. The pres-
sure at the trailing edge was estimated by taking the average of the extrapolated pressure
values of the upper and lower sides of the airfoil. Therefore, the data point at x/c = 1 is
an approximated value, and not a measured value. Pressure data were recorded with the
propellers installed at four different vertical positions, thereby sampling the sectional
pressure distribution at eight spanwise locations with respect to the middle propeller
(−1.0 < y/R < 1.4). The deviations observed among repeated measurements were con-
firmed to be significantly smaller than the effect of the propeller on the wing pressure
distribution. These deviations are indicated by error bars in the resulting sectional lift
and drag polars, although the error bars do not include the pressure-sensor calibration
uncertainty, since only gauge pressures were recorded which were small compared to
the full range of the measurement device.

C. TEST CONDITIONS

Table 8.1 provides an overview of the operating conditions tested in the LST experiment.
All measurements were performed at a freestream velocity of 30 m/s, a blade pitch of
β0.7R = 30o, with co-rotating propellers, and without controlling the relative phase an-
gle between the propellers. In these conditions, the wing-chord-based Reynolds num-
ber is Rec ≈ 6 · 105. For the external balance measurements, angle-of-attack sweeps
were performed at three different advance ratios, corresponding to high thrust (J = 1.00,
Tc ≈ 0.45), medium thrust (J = 1.15, Tc ≈ 0.17), and near-zero thrust (J = 1.35, Tc ≈ 0),
respectively. For the propeller force-sensor measurements, advance-ratio sweeps were
performed at α= 2o and α= 8o.

Table 8.1: Overview of test conditions evaluated in the LST experiment.

Parameter Values
Freestream velocity V∞ [m/s] 30
Angle of attack α [deg] −4 <α< 10
Blade pitch β0.7R [deg] 30
Advance ratio J [-] 0.8 < J < 1.35
Relative blade-phase angle ∆φ [deg] random
Rotation direction co-rotating

8.1.2. NUMERICAL SETUP
A numerical method is developed to investigate the effect of several design parameters
on the performance of the OTWDP system. Since it is additionally intended for pre-
liminary aircraft design purposes (see Ch. 10), the method is formulated to be sen-
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sitive to top-level aircraft design parameters, without requiring a detailed geometrical
description of the system. Several lower-order methods have also been developed for
OTW propellers by other authors. Cooper et al. [80] used a panel method to model the
wing and the axisymmetric streamtube enclosing the propeller slipstream, controlling
the contraction and mass flow through the streamtube to account for different thrust
settings. Veldhuis [68] studied the OTW propeller using both a vortex-lattice method
and a panel-method approach, with a blade-element method (BEM) for the propeller,
and representing the slipstream edge as a sheet of discretized vorticity elements to com-
pute the effect of the propeller on the wing. More recently, the method developed by
Marcus [231] combined a 3D panel method with a BEM adapted for non-uniform inflow,
and a slipstream vortex lattice with non-uniform loading. The comparisons to exper-
imental data performed by these authors showed that these lower-order methods can
capture the changes in wing lift and pressure drag with reasonable accuracy, matching
the trends observed in the experiment, but generally with slight offsets in the lift or drag
values. Nonetheless, the level of fidelity is considered appropriate to examine the effect
of the main design variables and provide a first performance estimate for conceptual air-
craft design purposes. Therefore, the lower-order numerical method developed here for
the OTWDP system is based on these earlier studies, though with two major differences.
First, the change in profile drag due to propeller-induced variations in the boundary-
layer thickness is accounted for by assuming independent 2D wing sections and design-
ing an equivalent propeller-on airfoil (see following subsections). Second, the propeller
efficiency in non-uniform inflow is estimated using an engineering method based on
propeller sensitivity maps obtained from previously-run CFD calculations.

Figure 8.3 presents the three main components modeled in the numerical method: a
propeller-performance model used to estimate the changes in loading on the propeller
disk, a slipstream-vortex model used to estimate the velocities induced by the propeller-
vortex system, and a series of wing sections represented with a 2D panel method. The
three modules are described in the following subsections, respectively, and are coupled
following the flowchart of Fig. 8.4. The implementation is performed in Matlab. The
computational time required to estimate the performance of an OTW propeller and the
wing segment beneath it, including viscous effects, ranges from several seconds to sev-
eral minutes on a single core, depending on the discretization settings and the initial
guess of the inverse airfoil-design process (described in the following sections). To limit
the computational costs and input requirements of the model, several simplifying as-
sumptions are made:

• Although the effect of the propeller on the wing and vice versa are accounted for,
no iterative coupling is included. This assumption is based on the observations of
previous chapters, which show that the changes in wing pressure coefficient due to
the OTW propeller are typically significantly lower than the isolated-wing pressure
coefficients (Cp ∼ 1, ∆Cp ∼ 0.1).

• The unswept, high aspect-ratio wing is modeled as a series of independent 2D
wing segments. Although each segment accounts for the velocities induced by
the propellers in a 3D space, the spanwise velocity component is neglected and
the effect of trailing vorticity due to spanwise variations in wing loading is not ac-
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Figure 8.3: Overview of the three components modeled in the numerical method: wing section, propeller
disk, and slipstream ring vortices.

counted for. This assumption is based on the experimental results (see Sec. 8.2),
which show that the changes in lift and drag created beneath the distributed pro-
pellers are practically constant in spanwise direction.

• The propeller slipstream is modeled as a single tube of ring vortices of radius R,
whose circulation strength is related to the average thrust on the propeller disk. In
other words, the circulation is assumed to be constant along the propeller blade,
and to be constant throughout a revolution. Although this is inconsistent with the
non-uniform loading on the propeller, a more refined representation of the slip-
stream including radial and circumferential discretizations of different strengths
was found to have no significant influence on the wing pressure distribution.

• The effect of propeller-propeller interaction is neglected, since the results of Sec.
6.3 showed that the effect on integral propeller performance is small.

• Additional elements such as ducts, nacelles, or pylons are not modeled. Although
they may appreciably affect the performance of the system, they require a more
detailed geometrical description. This would limit the ability to draw generalized
conclusions regarding the effect of determined geometrical parameters, which is
important to understand and be able to model the performance of the system in
the conceptual design phase. Moreover, these elements would imply a more com-
plex 3D modeling and an increased computational cost of the method. Hence, in
this low-fidelity modeling approach, their effect is neglected.
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Figure 8.4: Top-level flowchart of the numerical method used to estimate cruise performance for a given
geometry.

A. PROPELLER PERFORMANCE MODEL

The engineering method developed by van Arnhem [90] is used to estimate the perfor-
mance of the propeller in the non-uniform inflow field generated by the wing. In the
selected approach, the wing is unswept, the root and tip are assumed to be far from
the propellers (A → ∞), and no iterative coupling between the propeller and wing is
included. Hence, the non-uniform inflow field induced by the wing at the propeller
location ~vw→p

ind is two-dimensional, and can be estimated by sampling the velocity in-
duced by the discrete vortex elements of the 2D panel method representing the wing.
This first step is indicated in the top left-hand corner of Fig. 8.4. The propeller perfor-
mance model then computes the thrust and torque distribution on the propeller disk for
a generic inflow velocity distribution by decomposing the local perturbation into axial
and azimuthal components. By obtaining the sensitivity of the blade loading to changes
in axial and tangential inflow from CFD simulations of the isolated propeller [90], the
change in blade loading can be computed for an arbitrary non-uniform inflow field. This
change in loading is subsequently integrated over the complete propeller disk to provide
the overall propeller forces and efficiency, and their difference with respect to an isolated
propeller in uniform inflow at zero angle of attack. The sensitivity maps were created for
a range of advance ratios for the same geometry and operating conditions as the experi-
mental analysis (XPROP-S, V∞ = 30 m/s) in earlier work [90].
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Although the nacelle is not explicitly modeled in the numerical method, a correc-
tion to the in-plane velocity distribution at the propeller disk is included to account for
the changes in propeller normal force due to the flow around the nacelle. For this, the
cross-flow induced by the nacelle is estimated by taking the in-plane component of the
velocity at the center of the propeller disk, VP sinαP (including wing-induced velocities;
see Fig. 2.6), and assuming that it evolves around the nacelle cross-section similarly to
the potential flow around a 2D cylinder. In that case, the cylinder can be represented by
a doublet and the in-plane velocities induced by the nacelle can be expressed in cylin-
drical coordinates as (see e.g. Ref. [282], Ch. 3):

vr = (VP sinαP)cosθ

(
1− R2

hub

r 2

)
, (8.1)

vθ =−(VP sinαP)sinθ

(
1+ R2

hub

r 2

)
, (8.2)

where r is the radial distance from the nacelle axis, θ is the azimuthal coordinate, Rhub

is the radius of the nacelle at the propeller location. Analyses performed by van Arnhem
[283] confirmed that the in-plane velocities estimated with this simplified approach are
comparable to those estimated by RANS simulations of the nacelle at an angle of attack.

Though the selected propeller modeling method provides a rapid estimation of the
changes in propeller performance due to the interaction with the wing, it presents some
limitations when evaluating the propeller at higher freestream velocities. Most impor-
tantly, it is insensitive to changes in the freestream Mach number or Reynolds number,
since the sensitivity maps correspond to V∞ = 30 m/s. Therefore, although the influence
of Re and M on the changes in propeller performance due to its interaction with the
wing is considered a second-order effect, the true values in full-scale applications may
differ from the estimated values. Although the method would also be applicable to such
conditions if the corresponding isolated-propeller sensitivity maps were computed, this
was not performed in the present work. The effect of Reynolds number on the changes
in propeller performance are expected to be small, since an increase in Re leads to an
offset in the propeller performance curves (see e.g. Ref. [90]), without significantly al-
tering their slope. Hence, the response to a given ∆J is not significantly affected by the
Reynolds number. However, the absolute value of the force and torque coefficients pre-
dicted at a given J will be lower than in a full-scale application.

B. SLIPSTREAM VORTEX MODEL

Of the various elements that constitute the propeller vortex system, only the tangential-
vorticity component in the slipstream has an effect on the velocities outside the slip-
stream, as discussed in Ch. 2. Therefore, the velocities induced by the propeller on the
wing can be estimated by representing the propeller as a series of vortex rings, as shown
in Fig. 8.3. As mentioned earlier, in this simplified approach, the radial and azimuthal
variations in circulation on the propeller disk are neglected. If additionally the blade drag
is assumed to be much smaller than the blade lift and the Kutta–Joukowski theorem is
applied at the mid-span of the blade, it can be shown (see e.g. Ref. [284]) that
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Γb ≈ T /B

ρπnR2 , (8.3)

from which it follows that the total bound circulation can be expressed as a function of
the thrust coefficient as

Γ≈ TcV 2∞
2n

. (8.4)

The circulation strength of each ring vortex can then be calculated by considering the
total amount of tangential circulation contained in the helical tip vortices between two
subsequent vortex rings separated by a distance ∆x, leading to

Γring = ∆x

p
Γ, (8.5)

where the helix pitch p can be estimated based on the axial induction at the propeller
disk a from

p = (1+a)V∞
n

, (8.6)

a = 1

2

(√
1+Tc −1

)
. (8.7)

In Eq. 8.6 it is assumed that the tip vortices translate in axial direction at a constant
velocity V∞(1+a). This simplified approach therefore neglects any downstream acceler-
ation or contraction of the slipstream. The assumption of no contraction is considered
valid for cruise conditions, in which case only low thrust coefficients are attained and
the contraction is negligible. In fact, in these conditions, the slipstream often maintains
a constant radius or even increases in radius due to the presence of the nacelle.

The velocities induced by each vortex ring can be computed by applying the Biot-
Savart law to discretized vortex segments. However, since a constant circulation is as-
sumed, an analytical expression can be used instead to provide a more continuous ve-
locity field and decrease the computational costs. Yoon and Heister [285] showed that
the velocities induced by a vortex ring located at the origin with its axis parallel to the
x-axis can be calculated in cylindrical coordinates as

u(r, x) = ΓringR

4π

[(
R + a0

b0
r

)
4E(m0)

c3
0 (1−m0)

− 4K (m0)

kb0
r

]
, (8.8)

vr (r, x) = ΓringR

4π

x

b0

(
4K (m0)

c0
− 4a0E(m0)

c3
0 (1−m0)

)
, (8.9)

where a0 = x2 + r 2 +R2, b0 = −2r R, c0 =
√

(r +R)2 +x2, m0 = 4r Rc−2
0 , and K (m0) and

E(m0) are the complete elliptic integrals of the first and second kind, respectively. The
velocities given by Eqs. 8.8 and 8.9 are subsequently converted into Cartesian coordi-
nates, accounting for the location and inclination of the slipstream with respect to the
x-axis. Finally, the contributions of all rings are summed to obtain the velocity induced
by a single slipstream. This process is repeated for each of the NP propellers to give the
total induced velocity at a determined location on the wing.
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Figure 8.5a shows an example of the velocity field induced in the y/R = 0 plane by
a propeller at a low thrust setting. The figure shows the location of the wing for ref-
erence, although the velocities induced by the wing are not included. The velocity in-
crease across the propeller disk is clearly visible. Moreover, the slipstream appears as a
straight tube, since contraction is neglected and the gradual alignment of the slipstream
center-line with the freestream velocity is not accounted for. Figure 8.5b presents the
corresponding out-of-plane component of the curl of the velocity field. It can be seen
that the magnitude is non-zero in the vicinity of the slipstream edge, particularly at the
propeller location. Therefore, the flow is not irrotational everywhere in the domain. This
effect grows with increasing thrust setting and has an effect on the solution of the panel
method, as discussed in the following section.

b) Curl of the velocity field
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Figure 8.5: Example of the velocity magnitude (left) and curl of the velocity field (right) created by the
propeller (including freestream velocity; excluding wing-induced velocities) at a low thrust setting. Velocity

vectors indicate the in-plane induced velocities, i.e. (u, w)on − (u, w)off.

C. WING MODEL: 2D PANEL METHODS

Two panel methods are used in the numerical model: a 2D panel method implemented
directly in Matlab, and XFOIL [243]. The purpose of former (hereafter referred to as
“PM” to distinguish it from XFOIL) is to compute the velocities induced by the (inviscid)
wing at the propeller location, and to solve the (inviscid) pressure distribution on the
wing when subjected to the propeller-induced velocities. It models the panels as linear-
strength vortex distributions, following the procedure presented by Katz and Plotkin
[282], and accounts for compressibility effects using the Karman-Tsien correction (see
e.g. Ref. [286], Ch. 11). The propeller-induced velocities are added to the right-hand-
side of the linear set of equations. In this way, the panel vortex strengths are such that
they induce a normal velocity at each panel collocation point which is equal in mag-
nitude but opposite in sign the normal component of the freestream velocity plus the
propeller-induced velocity. The purpose of XFOIL, on the other hand, is to account for
viscous effects. It must be combined with the PM because, on its own, it cannot account
for the propeller-induced effects. The two panel methods were confirmed to produce
the same results for an isolated airfoil in inviscid flow. While the friction drag was found
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to not be significantly affected by the propeller, the change in boundary-layer thickness
due to the propeller-induced pressure gradients was found to play a significant role in
the lift and pressure drag. Therefore, neglecting the viscous effects would lead to an
over-estimation of the lift enhancement and drag reduction.

The way in which these two methods are combined is shown in Fig. 8.4. XFOIL is
first run for a determined set of operating conditions (α, M , Re) to provide the lift and
drag of the isolated 2D wing. Boundary-layer transition is enforced at the location of the
trip strips in the experiment, i.e. at 5% and 10% chord on the suction and pressure sides,
respectively. The PM is then used to compute the velocities induced by the wing at the
propeller location. This step does not account for changes in the wing-induced velocities
at the propeller location due to viscous or compressibility effects. After computing the
propeller performance, the velocities induced by the slipstream at the panel collocation
points of a given spanwise wing section ~vp→w

ind are computed. The PM is subsequently
solved including these velocities, thereby providing the inviscid pressure distribution on
the wing section including propeller effects, C PM

p,invisc. To account for viscous effects, the
boundary layer has to be solved for this pressure distribution. For this, an equivalent or
“effective” airfoil shape (x, y)eff has to be determined which produces the same pressure
distribution in uniform inflow as the original airfoil shape in non-uniform flow.

Inverse Airfoil Design Procedure: Optimization
To account for the change in the wing boundary layer due to the propeller-induced ve-
locities, the effective airfoil shape corresponding to a predetermined pressure distribu-
tion has to be found. For a wide range of representative pressure distributions this can
be done explicitly, and XFOIL includes this functionality. However, the inverse-design
routine of XFOIL was found to produce unreliable results, due to the sensitivity to noise
in the curvature distribution of the airfoil, and because each time the input pressure dis-
tribution is modified slightly to satisfy the Lighthill constraints [287]. This suggests that,
in fact, there is no mathematical solution which satisfies the Lighthill constraints1 and
exactly replicates a generic propeller-on pressure distribution. Hence, an optimization
approach is taken instead to find an airfoil shape whose pressure distribution resembles
the propeller-on pressure distribution as closely as possible. Although this significantly
increases the computational time of the method, it provides more transparent results.

The steps of this inverse airfoil design optimization are shown on the right-hand-
side of Fig. 8.4. For the optimization, the airfoil shape is parametrized using the
class-function/shape-function transformation (CST) described by Kulfan [289]. In this
parametrization, the upper and lower sides of the airfoil are represented by a series of
Bernstein polynomials multiplied by scaling coefficients, referred to here as “CST coef-
ficients”. To reduce the number of design variables, and based on the conceptual break-
down of Fig. 2.7, it was hypothesized that the effect of the propellers on the wing pressure
distribution could be replicated by changing the angle of attack of the airfoil, and mod-
ifying the curvature on only the suction side of the airfoil. Hence, the CST design vari-
ables are limited to the upper side. Moreover, to ensure a smooth leading edge, the first

1Lighthill [288] defined three integral constraints that have to be met to guarantee that an inverse-design so-
lution exists; one condition requires the velocity at infinity to equal V∞, and the other two impose that the
airfoil must be a closed contour.
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CST coefficient of the suction side is also kept constant. This does not suppose a major
limitation to the design space, as long as the propeller is not placed close to the lead-
ing edge. Analogously, the lower bound of the last CST coefficient on the suction side is
set to the value of the last CST coefficient on the pressure side, to avoid self-intersecting
geometries. Therefore, for an airfoil parametrized with NCST coefficients per side, the
number of design variables in the optimization problem is NCST: one design variable for
the effective angle of attack, and NCST −1 design variables describing the upper surface
of the airfoil. The initial guess for the design variables, C ST0, are the CST coefficients of
the original airfoil shape1. No additional constraints are imposed, and a gradient-based
optimization is performed to find the airfoil shape which minimizes the difference be-
tween the airfoil’s pressure distribution C PM

p,invisc,eff,i and the target pressure distribution

C PM
p,invisc. For this, the new airfoil created in each iteration is solved in the PM and the

resulting error (objective function) is computed as

ε=
∑Npanels

i=1

∣∣∣C PM
p,invisc,i −C PM

p,invisc,eff,i

∣∣∣ ·Wi∑Npanels

i=1 Wi

, (8.10)

where the summation operates over each of the Npanels panels of the discretized airfoil,
and W = 1+k1 exp(−k2 · x/c) is a generic weighting function (k1 = 2, k2 = 40) that asso-
ciates more weight to points near the leading edge in order to capture the suction peak
and stagnation point more accurately.

An example of an inverse-design result is given in Fig. 8.6. The pressure distributions
given by dashed and solid black lines correspond to the inviscid wing-pressure distri-
bution without and with propeller-induced velocities, respectively. The wing shape is
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Figure 8.6: Inverse airfoil design example (J = 1.00), comparing the pressure distributions obtained by the PM
for the effective airfoil shape, and the original airfoil with propeller-induced velocities (xP/c = 0.8).

1To reduce computational costs, each time the optimization converges to a solution, the resulting design vari-
ables and the associated pressure distribution are stored in a database. In subsequent optimizations for a
different operating condition or spanwise location, the set of design variables in the database whose associ-
ated pressure distribution is most similar to the target pressure distribution is used as initial guess.
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shown in black in Fig. 8.6b. The optimization results in the airfoil shape shown in blue,
which presents an increase in camber on the suction side, mainly upstream of the pro-
peller location. If this airfoil is solved at the effective angle of attack αeff obtained from
the optimization, the pressure distribution shown in blue in Fig. 8.6a is obtained. The
pressure distribution closely resembles the propeller-on pressure distribution, confirm-
ing the earlier hypothesis that the effect of the propeller on the wing can be modeled as
an increase in the effective angle of attack and a change in the upper-surface curvature.
However, some difference between the actual prop-on pressure distribution and the ef-
fective airfoil’s pressure distribution can be observed, particularly at the suction peak or
on the pressure side for x/c < 0.4.

Calculation of Wing Lift and Drag
The sectional lift cl and pressure drag cd p of each wing section are estimated by integrat-
ing the pressure distribution given by

Cp =Cp,iso +∆Cp . (8.11)

However, Fig. 8.6 shows how the effective airfoil gives only an approximation of the ac-
tual pressure distribution. Hence, the change in pressure, ∆Cp , is obtained from

∆Cp =∆C PM
p,invisc +

(
∆C XFOIL

p,visc −∆C XFOIL
p,invisc

)
, (8.12)

with

∆C PM
p,invisc =C PM

p,invisc −C PM
p,invisc,iso, (8.13)

∆C XFOIL
p,visc =C XFOIL

p,visc,eff −C XFOIL
p,visc,iso, (8.14)

∆C XFOIL
p,invisc =C XFOIL

p,invisc,eff −C XFOIL
p,invisc,iso. (8.15)

Equation 8.12 shows that the ∆Cp obtained from the PM is corrected by the term in
parenthesis, which is the ∆Cp due to the change in boundary-layer behavior between
the propeller-on and propeller-off cases. Note that ∆C XFOIL

p,visc is not equal to ∆Cp , since

the “propeller on” pressure distribution evaluated in XFOIL is only an approximation of
the actual propeller-on pressure distribution and therefore ∆C PM

p,invisc 6= ∆C XFOIL
p,invisc. The

friction drag component cd f, on the other hand, is obtained directly from XFOIL.
The 3D aerodynamic force coefficients can be obtained by performing the previous

steps for different spanwise locations along the wing. Assuming that the OTWDP con-
tains many propellers, the lift and drag coefficients of the wing segment associated to
one propeller located at y/R = 0 can be calculated from

CL = 1

2R +d

∫ R+d/2

−R−d/2
cl dy , (8.16)

CD = 1

2R +d

∫ R+d/2

−R−d/2
(cd p + cd f)dy . (8.17)

An initial investigation of the spanwise lift and drag distributions, however, showed in-
consistent local peaks at spanwise locations close to the propeller axis. This effect was
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more pronounced for higher thrust settings and smaller tip clearances. At these loca-
tions, the propeller-on Cp distribution obtained from the PM was found to present a
sharp spike at the trailing edge, with additional wiggles close to the trailing edge. A
closer inspection of the PM with more elementary disturbances revealed that the pres-
sure distribution was smooth if subjected to an infinite 2D vortex (which produces an
irrotational velocity field everywhere except at the vortex location), while presenting the
trailing-edge spike if subjected to a finite 2D vortex segment (which does not produce
an irrotational velocity field1). Based on this analysis it was concluded that these spikes
were an artifact of the rotational flow field, which violates the underlying assumption
of potential flow models. As seen in Fig. 8.5b, the curl of the velocity field produced by
Eqs. 8.8 and 8.9 is non-zero, particularly near the slipstream edge. Therefore, although a
mathematical solution for the singularity strengths on the airfoil panels exists, the phys-
ical meaning of this solution is inaccurate if the panels are close to the slipstream edge.

To minimize the impact of this limitation of the selected numerical approach, two
modifications were made to the loading distributions. Firstly, the estimated lift and drag
values of airfoil sections with a chordline located at a distance of less than 1.2R from
the center of the propeller disk were considered unreliable. There, the solutions were
removed and replaced by interpolating the lift and drag coefficients of the adjacent wing
sections. Interpolation was considered an acceptable approach because the experimen-
tal data showed that the lift and drag present smooth distributions (see Sec. 8.2), and
therefore the sectional lift and drag values estimated beneath the edges of the propeller
disk are also representative of the values beneath the propeller axis. For the baseline tip
clearance, this meant that a significant portion (∼ 50%) of the wing span covered by each
propeller had to be interpolated. This highly conservative approach was selected such
that the same 1.2R margin would be applied for all thrust settings and tip clearances
investigated in this study. However, for larger tip clearances and lower thrust settings
(including typical cruise thrust settings), the 1.2R margin could be reduced or even re-
moved. And secondly, the∆Cp values downstream of x/c = 0.95 were removed to neglect
the effect any remaining (minor) spikes near the trailing edge, and the trailing-edge∆Cp

was estimated by taking the average of the extrapolated values from the top and bottom
sides. Qualitatively, this modification resulted in ∆Cp distributions that resemble the ef-
fects observed in the experimental campaign and Ch. 6 more closely. In any case, these
approximations further highlight the need for a dedicated validation study (Sec. 8.3).

8.2. BASELINE AERODYNAMIC PERFORMANCE
This section describes how the aerodynamic interaction between three over-the-wing
propellers and a wing affects the forces produced by the system. For this, exclusively the
results from the experimental campaign are discussed. These results are used as refer-
ence case for the validation of the numerical model in Sec. 8.3 and as a baseline for the
sensitivity studies performed in Sec. 8.4. The effects are described in the following two
subsections, which focus on the impact on propeller performance and on wing perfor-
mance, respectively.

1The tangential velocity induced by a finite vortex filament of length dl scales with 1/r 2, while the tangential
velocity induced by an infinite 2D vortex scales with 1/r . The curl of the velocity field generated by the latter
is zero, while the curl of the former is not.
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8.2.1. PROPELLER PERFORMANCE
Figures 8.7 and 8.8 present the thrust, torque, normal-force, and side-force coefficients
of the middle propeller in the installed condition. Isolated propeller thrust and torque,
obtained in Sec. 6.3, are included in Fig. 8.7 for reference. Since the isolated propeller is
evaluated at zero angle of attack, the corresponding in-plane forces are zero. The reader
is reminded that in these figures, and in the rest of this chapter, the forces are defined as
indicated in Fig. 2.6. The propeller thrust T is therefore the force component parallel to
the propeller axis, while the normal force N is an in-plane force component. In a gen-
eral sense, both force components contribute to the vertical (lift) and horizontal (“drag”)
forces of the system.

As discussed in Sec. 8.1, the installed propeller thrust component could not be ac-
curately measured in the experiment. The isolated-propeller thrust curve gives an indi-
cation of which advance ratios correspond to “high” or “low” thrust settings, since the
thrust reduction of the installed propeller is small for this axial position (see Fig. 6.14).
For this, the right-hand axis of Fig. 8.7a presents the thrust coefficient obtained if the
thrust is non-dimensionalized with the wing reference area Sref instead of the propeller
disk area Sp, T ∗

c . For example, at J = 1.15, the thrust produced by the propeller (T ∗
c ≈ 0.1)

would be equal to the lift produced by a wing segment of span d +DP, if it had a lift co-
efficient of approximately 0.1. These values suggest that the thrust produced by the pro-
peller at J = 1.15 is significantly more than the drag of the wing segment that it covers
(assuming cd ¿ 0.1), although it is unknown at this stage how much total aircraft drag
each propeller would have to overcome.
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Figure 8.7: Comparison of propeller thrust and torque coefficients in isolated (α= 0o) and installed (α= 2o,
iP = 10.2o) configurations. Experimental data (xP/c = 0.8); markers indicate individual measurements.

A comparison of the torque coefficients in Fig. 8.7b shows that the torque produced
for a given advance ratio is lower in the installed OTWDP configuration than in the
isolated-propeller configuration. However, as found in Sec. 6.1, the thrust reduction
due to increased inflow velocities at a given freestream-based advance ratio outweighs
the reduction in torque, which overall would lead to a decrease in propulsive efficiency.
Moreover, it should be noted that, although the influence of the wing is dominant, the

201



8

8. SYSTEM PERFORMANCE IN CRUISE CONDITIONS

propeller is also affected by other surrounding elements such as the nacelles, support
sting, or adjacent propellers. For example, the neighboring propellers and nacelles lead
to a minor reduction in the torque of the middle propeller, as discussed in Sec. 6.3.

An examination of the in-plane forces, provided in Fig. 8.8, shows that the normal
force is roughly three times larger in magnitude than the side force. This suggests that
there is a larger difference in loading between left and right sides of the propeller disk
(if the wing is viewed horizontally) than between the top and bottom sides of the pro-
peller disk. In other words, the non-uniform loading on the disk is mainly caused by an
angle-of-attack effect, and not so much by the axial-velocity gradient normal to the wing
surface. Furthermore, the normal force decreases slightly with advance ratio, while the
side force appears to be practically independent of advance ratio. At zero thrust (J ≈ 1.3),
both in-plane components are non-zero, due to the in-plane velocities induced by the
wing, nacelles, and other elements. The magnitude of both components increases with
angle of attack, since also the inflow angle and velocity gradients to the propeller disk
increase. This increase in in-plane forces with angle of attack occurs not only due to
the wing, but also due to the nacelle of the middle propeller and the adjacent ones, as
discussed in Sec. 6.3.

b) Side-force coefficient
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Figure 8.8: Propeller in-plane force coefficients in the installed configuration, for two angles of attack.
Experimental data (xP/c = 0.8); markers indicate individual measurements.

The side force generated on the propellers is of little relevance if the propellers are
counter-rotating, or if the array of propellers on each semi-wing rotates in opposite
direction. Though co-rotating propellers on either side of the fuselage have histori-
cally been preferred due to the reduced engine maintenance and production costs, with
electrically-driven propellers it is likely that the aerodynamic benefits of having a sym-
metric aircraft with zero side force drives the selection of the rotation direction. In any
case, the normal force is more relevant for the aerodynamic performance of the system,
since it directly contributes to system lift and, to a lesser extent, to system drag (see Fig.
2.6). Figure 8.8a shows that, for an advance ratio of J = 1.15, the normal-force coefficient
based on the wing reference area is approximately N∗

c = 0.035, for an angle of attack of
2o. At this angle of attack, the sectional lift coefficient of the isolated wing is cl ≈ 0.38 (see
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following paragraphs). Therefore, despite the low angle of attack and thrust coefficient
the contribution of the propeller normal force to the total vertical force, N ·cos(α+iP), is
approximately 9% of the isolated-wing lift contribution.

8.2.2. WING PERFORMANCE
Figure 8.9 presents the Cp distributions registered by the port row of pressure taps (y/R =
−0.7) when the vertical position of the support sting is centered around the mid-span of
the wing, as depicted in Fig. 8.2. The clean-wing pressure distribution is included in Fig.
8.9a for reference. This plot shows that the support sting and nacelles have a noticeable
upstream effect on the wing pressure distribution. However, since the geometry of the
nacelles and support sting are not representative of an actual OTWDP design, the effect
of the propeller can be examined more properly by comparing the propeller-on to the
propeller-off measurements, which both include the nacelles and support sting.
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Figure 8.9: Pressure-coefficient distributions on the wing of the OTW system at y/R =−0.7, for various
configurations and operating conditions. Experimental data (xP/c = 0.8).

The comparison between propeller-on and propeller-off pressure distributions is
shown in Fig. 8.9b, for a low lift and thrust setting (cl ,off = 0.38, Tc ≈ 0.17). On the suc-
tion side, the pressure is reduced upstream of the propeller location (xp/c = 0.8) and
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increased downstream of it, as expected from literature [68, 80] and the observations of
Ch. 6. At x/c = 0.2, the pressure difference induced by the propellers is approximately
∆Cp = −0.1. This pressure difference is relatively small, since the advance ratio corre-
sponds to a low thrust setting and the pressure is not sampled directly beneath the pro-
peller axis. Moreover, on the pressure side, a minor increase in pressure is observed
along the entire chord. This shows how the influence of the propeller on the Cp distri-
bution can conceptually be decomposed into two main effects, as discussed in Ch. 2: an
increase in the effective angle of attack, and a local change in pressure directly beneath
the propeller—as long as the flow remains attached.

The upstream suction generated by the propellers is also visible at higher angles of
attack and thrust settings, as shown in Figs. 8.9c and 8.9d. In these figures, the kink on
the suction side near the leading edge is caused by the transition strip. Downstream of
the propellers, the behavior is different than in Fig. 8.9b. The combination of a strong
adverse pressure gradient on the airfoil and a strong adverse pressure gradient beneath
the propeller disk leads to flow separation at the location of the propeller, as discussed
in Ch. 7. The flow separation is especially evident in the three-propeller configuration
(Fig. 8.9d), and less in the one-propeller configuration (Fig. 8.9c). In both cases, flow
separation occurs directly beneath the propeller axis (y/R = 0; not shown here). How-
ever, while with a single propeller the adverse pressure gradient gradually reduces as one
moves away from the centerline (y/R = 0), with multiple propellers this is not per se the
case, since the adjacent propellers also create their own adverse pressure gradients.

The spanwise variations in lift and pressure drag can be obtained by integrating the
Cp distributions for different spanwise positions of the propellers relative to the pressure
taps. These loading distributions are shown in Fig. 8.10 for the same conditions as the
pressure distribution of Fig. 8.9b. In Fig. 8.10, the horizontal axis is expressed relative
to the spanwise location of the center of the middle propeller. Figure 8.10a shows that
the lift is practically constant in the spanwise interval evaluated, in both the propeller-
on and propeller-off conditions. The minor spanwise variations are attributed to differ-
ences between the two rows of pressure taps, which are interspersed in the sequence of

b) Pressure drag distribution
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Figure 8.10: Spanwise loading distributions along the wing in the three-propeller configuration, for α= 2o,
J = 1.15. Experimental data (xP/c = 0.8); markers indicate individual measurements.
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y-coordinates, and present slightly different pressure distributions due to 3D effects on
the wing. Furthermore, the effect that the propeller has on wing lift (i.e., the difference
between the propeller-on and propeller-off measurements, ∆cl ) is also practically con-
stant in spanwise direction. This is different than a single-propeller configuration, where
the propeller creates a bell-shaped∆cl distribution (see e.g. Fig. 7.33). In the distributed-
propeller configuration, for the chosen propeller separation distance d , the superposi-
tion of these “bell-shaped” loading distributions created by each propeller leads to an
approximately constant change in lift.

The spanwise drag distribution, provided in Fig. 8.10b, presents a slightly more dis-
tinguishable spanwise variation. The propeller provides a significant reduction in pres-
sure drag; in this condition, the pressure drag is approximately half of the value cor-
responding to the propeller-off case. When moving from (y − yP)/R = ±1 towards the
propeller axis ((y − yP)/R = 0), the drag reduction due to the propeller∆cd first increases
(in magnitude), as the pressure rise generated on the aft part of the airfoil (see Fig. 8.9b)
increases. However, close to the propeller axis, the drag starts to increase. This occurs
because the strong adverse pressure gradient beneath the propeller causes the boundary
layer to thicken, reducing the effective camber near the trailing edge.

To analyze how the lift and drag of the wing vary with angle of attack and thrust set-
ting, Fig. 8.11 presents the sectional lift and pressure-drag polars obtained beneath the
middle propeller’s axis. The lift polars show that the support sting and nacelles have a
negligible effect on the sectional lift. The lift coefficients attained with the clean wing
are lower than in the experiments of Boermans and Rutten [236], most likely due to the
lower Reynolds number, the boundary-layer trips employed, and non-2D setup of the
present experiment. In the propeller-on cases, the lift polars present an offset with re-
spect to the propeller-off cases. This reinforces the earlier interpretation of the pressure
distributions, where the increase in wing lift is associated to an increase in the effective
angle of attack. In this sense, OTW propellers are very different from tractor propellers,
since in the latter configuration the propellers increase the lift-curve slope of the wing
due to increased dynamic pressure in the slipstream [68, 290].
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Figure 8.11: Sectional lift and pressure-drag polars at (Y −Yp)/R = 0 (i.e. beneath the middle propeller’s axis).
Experimental data (xP/c = 0.8); markers indicate individual measurements.
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Figure 8.11b shows that the support sting and nacelles have a significant effect on the
pressure drag of the wing segment directly beneath the propeller axis. When comparing
the propeller-on and propeller-off cases, an appreciable drag reduction is observed, es-
pecially at low angles of attack. However, at higher angles of attack, the drag reduction is
decreased, and the interaction eventually leads to a drag increase. This is especially evi-
dent at the high thrust setting (J = 1.00, Tc ≈ 0.41), where the drag exceeds the propeller-
off case above α= 8o due to the propeller-induced trailing-edge separation observed in
Fig. 8.9d.

In order to link the sectional pressure distributions and polars to the 3D character-
istics of the wing, Fig. 8.12 presents the lift and drag characteristics of the complete
wing, as obtained from the external balance. Since the forces correspond to the com-
plete wing, the wing reference area Sref = b ·c is used for normalization, though only 50%
of the wing span is covered by the three propellers. Therefore, the average changes in
lift and drag for a full-span OTWDP system would be roughly double. The graphs in-
clude a single data point at a very high thrust setting (J = 0.8, Tc ≈ 1.0), and present all
results with the propeller installation located in its default mid-span position—except
for the clean-wing configuration. The CL values plotted in Fig. 8.12a are only slightly
lower than the sectional cl values of Fig. 8.11a. The wing drag coefficients CD , on the
other hand, are appreciably higher than the sectional drag coefficients cd of 8.11b, since
CD includes the friction drag and induced drag of the wing. The increase in drag is most
noticeable at high angles of attack for the clean-wing and propeller-off cases, due to the
stall originating at the wing root.

c) Lift-to-drag ratio
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Figure 8.12: Wing lift, drag, and lift-to-drag ratio polars. Dots indicate individual measurements. Data
obtained from external balance measurements (Sref = b · c, xP/c = 0.8).

Finally, Fig. 8.12c provides the wing lift-to-drag ratio as a function of the lift coef-
ficient. For this plot, polynomial fits were applied to the lift and drag data, to allow an
approximate comparison of the different cases at a constant lift coefficient. As expected
from the drag polars, the lift-to-drag ratio of the propeller-off configuration is higher
than the one of the clean wing. However, these balance measurements do not include
the forces on the support sting and nacelles. Since the support sting and nacelle geome-
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tries are not representative of a practical application, the effect of the propellers them-
selves should be assessed by comparing the propeller-on to the propeller-off measure-
ments, rather than to the clean-wing measurements. The increase in lift-to-drag ratio
due to the OTW propellers is highest near the lift coefficient corresponding to maximum
L/D , reaffirming that the OTWDP system is beneficial for cruise. At a lift coefficient of
CL ≈ 0.6, the lift-to-drag ratio of the wing is increased by approximately 23% at a low
thrust setting (J = 1.15), and by 51% at a high thrust setting (J = 1.00). This increase in
L/D does not include the contribution of the propeller normal force to lift (see previous
section), which would further increase the lift-to-drag ratio. The substantial increase
in L/D at high thrust settings suggests that OTWDP may also be beneficial for aircraft
whose propulsion system is sized for take-off conditions. As the thrust setting is further
increased (J = 0.8), the drag approaches zero and the lift-to-drag ratio increases expo-
nentially. This effect is comparable to the lip-thrust generated on ducts at high thrust
settings (see Sec. 6.2). However, it is important to highlight that these values are inherent
to this specific experimental setup. For example, a change in the span-fraction covered
by the OTW propellers would directly affect the overall lift-to-drag ratio. Moreover, the
OTWDP system used in the experiment had a diameter-to-chord ratio of DP/c = 0.6. The
L/D benefit is lower for smaller DP/c values, which are likely to be encountered in prac-
tice due to other constraints in the design process. The influence of such geometrical
parameters is discussed in Sec. 8.4.

8.3. VERIFICATION & VALIDATION OF NUMERICAL MODEL

This section aims to provide an indicative value of the uncertainty of the numerical
model, and to identify potential limitations. For this, first a “grid” convergence study
is performed, to verify that the numerical discretization has been performed correctly.
This verification study focuses on the slipstream vortex model and the two panel meth-
ods, since the propeller-performance model has been subjected to a separate validation
study in Ref. [90]. Then, the results are compared to the experimental data presented in
the previous section, to validate the overall applicability of the model.

8.3.1. CONVERGENCE STUDY

The numerical method contains three modules which are sensitive to discretization er-
ror: the slipstream vortex model and the two panel methods (PM and XFOIL). For the
slipstream vortex model, different slipstream-tube lengths and vortex-ring spacings are
evaluated. For the panel methods, different numbers of panels and CST coefficients are
compared. The results of this convergence study are provided in Appendix E.3. Here,
only the key findings are summarized. Regarding the slipstream vortex model, a slip-
stream tube of 500 rings with a total length of 5c is selected. For the panel methods,
200 panels are selected to represent the airfoil. Moreover, 12 CST coefficients are used
to parametrize the suction side of the airfoil in the inverse-design process. Although
no systematic UQ is performed, the trends suggest discretization errors of the order of
∆cl ∼ 0.01 and ∆cd p ∼ 0.0005 for the changes in sectional lift and drag, respectively. The
effect of this error on the wing-induced velocity field and subsequent changes in pro-
peller performance is a second-order, negligible effect.

207



8

8. SYSTEM PERFORMANCE IN CRUISE CONDITIONS

8.3.2. COMPARISON TO EXPERIMENTAL DATA

Although the model used to estimate propeller performance has already been validated
for a generic non-uniform inflow in Ref. [90], Fig. 8.13 compares the propeller forces
estimated by the model to those of the experiment to ensure a correct implementation
of the method. The estimated thrust and torque curves (Figs. 8.13a and 8.13b) are qual-
itatively similar to the ones obtained in the experiment (Fig. 8.7), although the installed
thrust—and therewith, propeller efficiency—could not be quantified in the experiment.
When analyzing the change in propeller torque ∆Qc (Fig. 8.13d), the experimental data
suggests that the torque reduction is practically independent of the advance ratio, since
the bumps in the curve are primarily an artifact of the polynomial fitting. The numerical
model matches the experimental data at low advance ratios, though it under-estimates
the torque difference at high advance ratios. The same effect was observed in terms of
thrust in an over-the-wing configuration of a previous validation study [90]. Additional
analyses of that validation study suggest that the error in the predicted propeller effi-
ciency is of the order of∆ηP±0.01, for an inflow comparable to the one encountered here
(which is predominantly an angle-of-attack effect, since the propeller is placed near the
trailing edge). Furthermore, the numerical model appears to under-estimate the nor-
mal force on the propeller (Fig. 8.13c), as expected from the aforementioned validation
study. However, the normal-force discrepancy is slightly larger in this case, being under-
predicted by 20% to 30% at high and low thrust settings, respectively. This can be at-
tributed to the forces on the spinner (which are not included in the numerical model),
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Figure 8.13: Isolated and installed (α= 2o) propeller performance curves obtained from the numerical
method, compared to experimental results.
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an incorrect modeling of the nacelle, or to an under-prediction of the wing-induced flow
angle at the propeller locationαP. For the present configuration, an under-estimation of
the normal force contributes to conservative results regarding the overall system perfor-
mance.

To verify the estimated changes in wing performance, Fig. 8.14 presents the pressure
distributions obtained on the wing at y/R =−0.7, for two operating conditions. In both
cases (Figs. 8.14a and 8.14b), the Cp distributions are comparable to the ones obtained
in the experiment (Fig. 8.9), though with higher suction peaks in both the propeller-on
and propeller-off cases. This difference is attributed to tip and root effects on the wing
in the experiment, as well as to the presence of the nacelles and support sting. However,
Fig. 8.14c shows that differences between propeller-on and propeller-off conditions are
comparable at low angles of attack and thrust settings. Therefore, the numerical method
can capture the changes in the Cp distribution with reasonable accuracy for such condi-
tions. However, the agreement deteriorates at higher angles of attack and thrust settings,
as shown in Fig. 8.14d. In this case, the numerical model predicts a more downstream
flow separation than the one recorded in the experiment, leading to a higher pressure
near the propeller location (x/c = 0.8). As expected from Ch. 7, the flow separation trig-
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gered by the propeller-induced pressure gradients cannot be captured accurately with
a 2D panel method such as XFOIL. Therefore, the numerical model is inaccurate if flow
separation occurs beneath the propeller.

Figure 8.15 shows the sectional lift and pressure-drag distributions obtained by inte-
grating the Cp distributions. Again, although the actual values of lift and drag differ from
the experiment (Fig 8.10), the change in wing loading due to the propeller is accurately
captured by the numerical model for α= 2o, J = 1.15. A slight deviation in pressure drag
can be observed at y/R = ±0.7, where the numerical model does not capture the local
reduction in pressure drag encountered in the experimental data.

b) Pressure drag distribution
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Figure 8.15: Spanwise loading distributions along the wing, for α= 2o, J = 1.15. Experimental “delta”
replicated from Fig. 8.10 for reference.

Finally, Fig. 8.16 analyzes the change in cl and cd for a range of operating conditions.
The lift polars of Fig. 8.16a show a similar offset to the ones of the experiment (Fig. 8.11),
although in this case the offset reduces at higher angles of attack. This suggests that the
de-cambering effect of the propeller on the wing boundary layer may be over-estimated
in the numerical model. However, a more pronounced difference can be observed in
the drag coefficient (Fig. 8.16b), which shows significantly lower drag values than in the
experiment—particularly at high angles of attack and high thrust settings. This is a con-
sequence of the increased suction peak and delayed flow separation predicted by the
numerical model, as reflected in the pressure distributions. Nonetheless, the numerical
method is intended to estimate the changes in performance at low or moderate angles of
attack and thrust settings (cruise conditions). These changes in performance are shown
in Figs. 8.16c and 8.16d. A comparison of the lift “deltas” shows that the numerical model
predicts the lift enhancement reasonably well for J = 1.15, α> 2o. At lower angles of at-
tack, the lift increase is over-estimated, as seen in Fig. 8.16c. This may be a result of the
straight slipstream-tube approximation, although additional investigations would be re-
quired to confirm this. In any case, the corresponding cl are lower than the ones that
would typically be encountered throughout a flight profile (cl < 0.4). At a higher thrust
setting (J = 1.00, Tc ≈ 0.4), the numerical model under-estimates the lift enhancement
for α> 0o. This is a consequence of the aforementioned challenges with respect to pre-
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dicting the boundary-layer evolution under strong adverse pressure gradients. There-
fore, in these conditions, which are more representative of a climb phase, the model is
less accurate, and provides conservative results in terms of lift.
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Figure 8.16: Sectional lift and pressure-drag polars at y/R =−0.7.

The changes in pressure drag are compared in Fig. 8.16d. This figure shows that the
model under-estimates the drag reduction due to OTWDP for low to moderate angles of
attack, in both low and high thrust settings. At high angles of attack, the model over-
estimates the drag reduction, because in that case the trailing-edge flow separation that
occurs in the experiment is not present to the same extent in the simulations. For the
friction drag, no data is available for a direct comparison. However, given that it is esti-
mated by a proven method (XFOIL), no significant errors are expected as long as the flow
remains attached over the entire airfoil.

8.3.3. LIMITATIONS OF THE NUMERICAL METHOD
Based on this validation study, it appears that the numerical model provides accept-
able but conservative results in terms of lift enhancement, drag reduction, and propeller
normal-force increase, for typical cruise conditions (Tc < 0.2, cl ∼ 0.5). In these condi-
tions, the predicted ∆cl and ∆cd values differ from the experimental data by approxi-
mately ±0.02 and ±0.001, respectively. The trends of the changes in lift, drag, and sec-
tional pressure distributions also match the experiment and are in line with the obser-
vations of earlier studies [68, 80, 231]. Moreover, previous analyses [90] suggest that the
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method may slightly over-estimate the changes in propeller efficiency, presenting de-
viations of the order of ∆ηP ± 0.01. The validation also shows that the model does not
produce accurate results if flow separation occurs beneath the propellers.

These conclusions can be extrapolated to other geometries and operating condi-
tions, with several limitations. Firstly, the operating conditions must be such that the
flow remains attached. This imposes a limitation especially on the angle of attack and
thrust-coefficient range, although the exact limit of attached flow depends on numerous
factors. Given that the sensitivity of the boundary layer to the adverse pressure gradi-
ents induced by the propeller reduces with Reynolds number, the model can be used at
higher Reynolds numbers, but should not be used at lower Reynolds numbers than the
ones used for the validation study (Rec = 6 · 105). Higher subsonic Mach numbers can
also be evaluated, though the compressibility correction loses accuracy as the transonic
regime is approached. Moreover, the propeller model is not sensitive to changes in the
Mach number, and is therefore likely to provide unreliable results in those conditions.
Regarding the geometry of the system, the model is expected to be able to predict the in-
teraction for a wide range of DP/c values, since the velocities induced by the propeller on
the wing and vice versa are predominantly caused by inviscid effects. The model is not
accurate for cases where the size of the propeller is of the same order as the thickness of
the wing boundary layer (DP/c ¿ 1). Furthermore, due to the violation of the assump-
tion of irrotational flow at the slipstream edge, the accuracy of the solution cannot be
guaranteed for lower tip clearances than the one used in the validation study. Thus, the
combination of incidence angle, axial position, and tip clearance, should be such that
the slipstream maintains a separation from the wing surface of at least ε/R > 0.05. Fi-
nally, the axial position of the propeller should not be close to the leading edge (xP > 0.2),
since the leading edge is not modified in the inverse-design process.

The numerical method should not be applied for geometries or operating conditions
that exceed these bounds. It is particularly important to emphasize in this regard that
the model does not include the effect of the duct. However, the validation study shows
that, within these bounds, the method is capable of estimating the changes in wing and
propeller performance with an accuracy that is appropriate of low-order methods for
conceptual design purposes. Therefore, it is used in the following section to analyze the
performance of the wing and propeller for different operating conditions and geometri-
cal parameters of the OTWDP system.

8.4. EFFECT OF GEOMETRICAL DESIGN PARAMETERS & OP-
ERATING CONDITIONS

Now that the verification and validation of the numerical method has been performed
and its limitations are known, it is used in this section to understand how the perfor-
mance of an OTWDP system is affected by various design parameters and operating con-
ditions. For this, the results of a parameter sweep are briefly discussed in Sec. 8.4.1. A
dedicated discussion is held for the effect of blade pitch in Sec. 8.4.2. Finally, the overall
efficiency and force breakdown of the OTWDP system is compared to an isolated wing
and propeller in Sec. 8.4.3, to provide an indication of the aero-propulsive efficiency
benefits that can be obtained at subsystem level using OTWDP.
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8.4.1. PARAMETER SWEEPS
A parameter sweep was performed to assess which operating conditions and geometri-
cal parameters have a significant effect on the performance of the system, to determine
how they affect the performance of the system, and to verify whether the trends match
those of earlier studies. The geometrical parameters of the experiment were used as
baseline, and the analyses were performed by varying one parameter at a time, while
maintaining everything else constant. In other words, the sweeps were not performed at
constant lift, thrust, or shaft power. This approach was selected to be able to trace the
effect of each parameter, but can cause misleading conclusions regarding the perfor-
mance changes due to the interaction, as shown by Veldhuis [68]. For this reason, only
the most relevant findings are qualitatively summarized below. Additional information
regarding the approach and the results obtained can be found in Appendix G.

• Axial propeller position, xP: the lift enhancement is found to be maximum for a
propeller placed around 85% chord. This is in line with the findings of Veldhuis
[68], although other authors find a maximum lift increase for propellers placed at
the trailing edge [80, 231]. The drag reduction is maximum for a propeller placed
ahead of the mid-chord, and the propulsive-efficiency penalty is minimum for a
propeller placed at the trailing edge, as observed in all the earlier studies. The
optimum axial position depends on various factors, such as the thrust setting, or
the relative contribution of lift, drag, and thrust of the OTWDP system to the lift,
drag, and thrust of the complete aicraft.

• Propeller incidence angle, iP: a slight nose-down incidence angle can be beneficial
to reduce drag and increase the propulsive efficiency. The propulsive-efficiency
gain is a result of an increased thrust component in the direction of flight and an
angle-of-attack effect, since the flow direction above the wing does not coincide
with the direction of flight.

• Diameter-to-chord ratio, DP/c: larger diameter-to-chord ratios enhance the lift
benefit, propeller normal-force contribution, and drag reduction. For the baseline
axial position (xP/c = 0.8), the effect on the propulsive efficiency is small.

• Tip clearance, ε: as the distance to the wing is increased, the lift benefit and the
propulsive-efficiency penalty are reduced. This is line with the findings of Johnson
and White [63], Veldhuis [68], and Müller et al. [69]. For the selected axial position
(xP/c = 0.8), the effect on drag is small.

• Separation distance, d : as the separation between propellers increases, the av-
erage lift-to-drag ratio of the wing segment associated to each propeller is re-
duced. This reduction in L/D is larger than the propeller-efficiency penalties due
to propeller-propeller interaction observed in Ch. 6, and therefore, for a given frac-
tion of wing span covered by the OTWDP system, a reduced separation distance is
beneficial from an aero-propulsive perspective.

• Reynolds number, Rec : the L/D benefits are higher at higher Reynolds numbers,
since the de-cambering effect of the propeller on the wing boundary layer is re-
duced. The changes in lift-to-drag ratio are also less sensitive to Mach number at
higher Reynolds numbers.
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8.4.2. IMPACT OF BLADE PITCH SETTING

The blade-pitch setting plays an important role in the propulsive-efficiency penalty of
OTW propellers, particularly in off-design conditions. Therefore, a dedicated discus-
sion is required for the effect of blade pitch on OTW propeller performance, especially
since it has neither been addressed in previous chapters nor—to the best of the author’s
knowledge—in the existing literature. To this end, Fig. 8.17 presents the axial force,
torque, and propulsive efficiency (in the direction of flight; see Eq. 2.2) of the propeller
for two blade-pitch angles. The figure shows that, for this propeller position, its thrust,
torque, and efficiency are reduced in installed conditions, for both blade-pitch settings.
When installing the propeller over the wing while maintaining a constant advance ra-
tio, the propulsive efficiency drops from point A to point B, in Figs. 8.17c and 8.17d.
However, this is not a fair comparison. Instead, for a fixed blade pitch, a comparison at
constant thrust is more representative. In this case, if the isolated propeller were operat-
ing at the advance ratio corresponding to maximum efficiency (point A), the propulsive-
efficiency penalty (A→C) would be less than in the case of an installation at constant
advance ratio. In other words, the propulsive-efficiency penalties obtained in the pa-
rameter sweeps of the previous section are conservative, since in practice the rotational
speed of the propeller would have to increase to compensate the local increase in inflow
velocity, and the corresponding propulsive-efficiency penalty would be lower (see also
Ref. [68]).
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Figure 8.17: Comparison of propeller performance parameters in isolated and installed conditions, for two
different blade-pitch settings.
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This propulsive-efficiency penalty is further reduced if a variable-pitch propeller is
considered. In that case, the reduction in propeller efficiency from point A to point D
is more representative, since the blade pitch would be adjusted to always operate at the
maximum efficiency for a given thrust setting. Although point D does not correspond
to the same thrust setting as point A, a slight adjustment in the blade pitch to ensure
equal thrust would lead to comparable propulsive-efficiency values. In fact, it can be
shown that the ratio between the maximum efficiency of the isolated propeller and the
maximum efficiency of the installed propeller, ηpA/ηpD, is practically independent of
the blade-pitch setting [283]. Therefore, for a variable-pitch propeller, the propulsive-
efficiency penalty can be computed for a given blade-pitch setting, and scaled to all other
thrust settings, assuming that the propeller always operates at the optimum blade-pitch.
From a design perspective, this implies that the efficiency of an installed variable-pitch
propeller can, in first approximation, be computed assuming the ideal efficiency of an
actuator disk as a function of the thrust coefficient—indicated with a dotted line in Fig.
8.17d—and correcting for two effects. First, a correction factor kP has to be applied to
account for the viscous and swirl losses of the isolated propeller (see Eq. 2.13). The
efficiency should then be multiplied by a second correction factor, to account for the
installation effects on the propeller. This second factor (i.e., the ratio ηp/ηp,iso) can be
estimated for a given blade pitch and applied over the full range of thrust coefficients,
if the effect of variations in Re and M with advance ratio are neglected. The numerical
method developed in this chapter is used to estimate this factor in the aero-propulsive
model described in Appendix C.3.

8.4.3. OVERALL PERFORMANCE COMPARISON

To conclude the performance analyses, Fig. 8.18 compares the overall performance
breakdown of the baseline OTW configuration and a “modified” configuration to the iso-
lated wing and propeller. The design-parameter values of the modified configuration do
not represent the optimum combination of OTWDP parameters, but are merely selected
to discuss what occurs if small propellers are placed near the trailing edge—a configu-
ration that is encountered in the aircraft design studies of Ch. 10. For this, propellers
of DP/c = 0.2 are positioned at 95% chord, with the axis aligned with the freestream di-
rection. Furthermore, additional propellers are simulated on either side, to obtain the
performance characteristics of an OTWDP system with NP À 1 propellers. Moreover,
the distance between propellers d/R is increased to limit the potential acoustic or aero-
dynamic penalties due to the propeller–propeller interaction observed in Sec. 6.3. For
the comparison, the advance ratio and angle of attack of each configuration are adjusted
to maintain a constant total vertical force on the system equal to a lift coefficient of 0.5,
as well as a constant axial force coefficient on the propeller of FX /(q∞SP) = 0.1 (≈ Tc).
These settings are representative of the cruise conditions of a typical twin-turboprop
aircraft (see Appendix G). The corresponding operating conditions and geometrical pa-
rameters are given in Table 8.2.

Figure 8.18a illustrates that the friction drag is practically constant among the dif-
ferent cases, which is expected since the friction drag of a given airfoil is not strongly
dependent on the angle of attack [244]. The same was reported in the experiments of
Johnson and White [63]. Moreover, in the baseline case, the propeller-induced veloci-
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Table 8.2: Overview of design parameters and operating conditions used in the performance comparison. For
all cases, CL = 0.5 and FX /(q∞SP) = 0.1.

Parameter Isolated
Config. 1 Config. 2

(baseline) (modified)
Angle of attack α [deg] 1.69a/0b 0.87 1.62
Advance ratio J [-] 2.035 1.944 2.109
Reynolds number Re [-] 107 107 107

Mach number M [-] 0.4 0.4 0.4
Blade pitch β0.7R [deg] 45 45 45
Axial position xP/c [-] - 0.80 0.95
Incidence angle iP [deg] - 10 −1.63
Diameter-to-chord ratio DP/c [-] 0.67 0.67 0.20
Tip clearance ε/c [-] - 0.017 0.017
Number of props. modeled NP [-] 1 3 7
Propeller separation d/R [-] - 0.044 0.100
aIsolated wing
bIsolated propeller

ties reduce the wing pressure drag to nearly zero. In all cases, a net excess thrust can be
observed, since the thrust coefficient is representative of the disk loading that would be
required on a complete aircraft to offset the aircraft drag. For the modified configuration,
the thrust contribution (normalized with the wing reference area) is significantly lower.
Therefore, additional propellers would be needed along the wing to produce the same
total thrust. A comparison of the vertical force components (Fig. 8.18b) shows that, in
the baseline configuration, the propeller thrust and normal force both contribute to lift,
due to the incidence angle of the propeller. For the modified configuration, the normal
force counteracts lift since, in this case, the local flow angle relative to the propeller axis
αP is negative.

In the baseline configuration, the lift-to-drag ratio of the wing is increased by 45%
with respect to the isolated wing, if the contribution of the propeller to system lift is con-
sidered. This benefit would be a few per cent higher if more than 3 propellers were mod-
eled (see Appendix G). However, for this propeller location, the propulsive efficiency ηp

is reduced by approximately 12%. The L/D benefit accompanied by a strong propulsive-
efficiency drop is in line with the studies of Veldhuis [68] and Müller et al. [69]. In the
modified configuration, on the other hand, the propulsive efficiency is increased by 14%
due to the flow deceleration near the trailing edge and a local angle-of-attack effect, al-
though the effective L/D is decreased by 1%. The increase in propulsive efficiency ob-
served in the investigations of Johnson and White [63], which may seem contradictory to
the findings of others, is likely caused by a similar effect. This shows that an OTW propul-
sion system can increase the aero-propulsive efficiency through an increase in the wing
lift-to-drag ratio, or through an increase in the propulsive efficiency.

Based on the comparison of Fig. 8.18, it appears that the baseline configuration is the
best alternative of the three, with a 29% increase in aero-propulsive efficiency, ηp ·(L/D),
relative to the isolated components. However, this figure can be misleading, since the
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L/D values correspond to the wing segment covered by a propeller, and do not include
the drag of the complete aircraft. If the OTWDP system covers part of the wing, and the
lift and drag on the rest of the wing, fuselage, and other elements are included, the net
L/D benefit can easily be outweighed by the propulsive-efficiency penalty. Therefore,
the modified configuration appears to constitute a more reasonable design for transport
aircraft. Nonetheless, in that case, the same applies to the propulsive efficiency: if the
aircraft presents multiple propulsion systems, then the efficiency benefit only affects
the fraction of the total thrust which is generated by the OTWDP system. This implies
that the optimum design of the OTWDP system cannot be determined by looking at the
subsystem alone, but has to be assessed at aircraft level.
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Figure 8.18: Comparison of system forces for the isolated and installed propeller/wing configurations. All
forces non-dimensionalized with freestream dynamic pressure and planform area of the wing segment

covered by a single propeller, Sref = c · (DP +d).

8.5. CONCLUDING REMARKS
The results of this chapter indicate that the aerodynamic benefits of OTWDP can be
significant—at least at subsystem level. In the experimental setup, a wing L/D increase
of at least 20% was observed, for a low thrust setting and with 50% of the wing span
covered by propellers of diameter-to-chord ratio DP/c = 0.68. The numerical model
estimates that, for this configuration in cruise conditions, the average sectional lift-to-
drag ratio beneath the propeller increases by 45%, at the expense of a 12% reduction in
propulsive efficiency. For a small propeller placed near the trailing edge, a 14% increase
in propulsive efficiency is predicted, without a significant change in L/D . The benefits
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increase considerably with thrust setting, which can relief the take-off constraint of the
aircraft and allow for a smaller powertrain size. Moreover, these benefits are relative to
an isolated wing and propeller. Additional benefits may be considered when compar-
ing the OTWDP system to alternative propulsion systems. For example, compared to a
LEDP configuration, OTWDP has the advantage of not generating strong spanwise lift
gradients, and thus having a much smaller effect on the lift-induced drag.

However, these values are estimated with a simplified geometrical description of the
system. Although the main effects on wing and propeller performance can be explained
with a simplified 2D analysis, there are several other factors which are neglected in the
present analysis. These include contributions like the duct, nacelles, pylons, adjacent
propellers, and the trailing vorticity due to spanwise lift gradients. The results so far
indicate that the effect of the last two on overall performance is small. However, the
same cannot be said regarding the duct. The parameter sweeps have shown that, in
general, OTW configurations which lead to a significant L/D increase (large propellers
placed ahead of the mid-chord) come with a strong propeller-efficiency penalty, while
configurations which enhance the propeller efficiency (small propellers placed near the
trailing edge) do not have an appreciable benefit in terms of L/D . Moreover, although a
duct may lead to a decrease in system drag at high thrust settings (see Sec. 6.2), in cruise
conditions it is likely to lead to an increase in drag due to the increased wetted area [291].
This indicates that the use of ducts is only beneficial to reduce the non-uniform inflow
to propellers placed far from the trailing edge. Likewise, the effect of the nacelles and
pylons has not been assessed. While the pylons would increase the wetted area of the
system and lead to additional corner-flow effects, they may also act as stator vanes and
enhance the propulsive efficiency at high thrust settings due to the swirl-recovery effect
[240]. Since the overall effects are highly dependent on the operating conditions and
shape of the components, further investigation is required to quantify how they affect
the performance of the system for realistic geometries.

Finally, for a given geometry, the validation study of this chapter showed that the
deviations of the numerical predictions from the experimental values are of the order
of ∆cl ±0.02, ∆cd ±0.001, and ∆ηp ±0.01. While these deviations show that the model
is applicable for preliminary estimations in the conceptual sizing phase, the effect of
the uncertainty in the aerodynamic model should be analyzed. Furthermore, the ques-
tion remains whether the L/D benefit is significant when including the forces acting
on the rest of the airframe. Likewise, a propeller-efficiency benefit obtained from the
OTWDP installation may be less significant at vehicle level, if multiple propulsion sys-
tems are considered. The variety of factors and unknowns involved evidences that a
design-space exploration study has to be performed at the start of the aircraft design
process, to investigate which OTW system design is most beneficial for the particular
mission. In this trade-off process, acoustic considerations may also play an important
role. Consequently, the following chapters aim to explore the design space from an air-
craft perspective, to determine how the aerodynamic benefits at subsystem level affect
the overall aerodynamic performance of the aircraft, and to investigate whether these
benefits are sufficient to offset the weight penalty of the hybrid-electric powertrain.
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9
DESIGN-SPACE EXPLORATION

The previous parts of this dissertation have looked into two key technologies: hybrid-
electric propulsion (HEP), and over-the-wing distributed propulsion (OTWDP). Several
key benefits, drawbacks, and challenges have been identified, but neither these investi-
gations nor the ones encountered in literature have been able to properly assess a combi-
nation of these two technologies at aircraft level. Given the wide range of design choices
involved, it is unclear for what sort of aircraft these technologies provide the greatest
benefit, if any, or what a “good” OTWDP system would look like. Therefore, the purpose
of this chapter is to explore the design space and gain an understanding of how different
design parameters, assumptions, and requirements affect the take-off mass and energy
efficiency of aircraft featuring hybrid-electric OTWDP.

The baseline configuration and sizing approach used for this study are described in
Sec. 9.1. The design-space exploration is then performed in two steps. Firstly, a “direct”
approach is taken in Sec. 9.2, where a sensitivity study is conducted to investigate how
a determined input parameter X (e.g., battery specific energy) affects a figure of merit
Y (e.g., energy consumption) of the aircraft. Based on this study, it becomes evident
that, for passenger transport aircraft, hybrid-electric OTWDP does not lead to a benefit
at aircraft level unless the propulsion system is designed to provide a significant aero-
propulsive benefit. Thus, secondly, an “inverse” approach is taken in Sec. 9.3, to estimate
the aero-propulsive benefit required in order to obtain a determined improvement in
the figure of merit Y. In other words, this reverse-engineering approach aims to answer
questions such as: what are the technology-level requirements for an X % reduction in
energy consumption, when compared to a conventional aircraft configuration? Or, for
which mission are these technology requirements the lowest, i.e., for which mission will
the OTWDP aircraft be competitive the “soonest”? Hence, the direct approach provides
an understanding of the influence of the individual input variables, while the inverse
approach provides a series of values for these input variables, that must be attained in
order to achieve a determined performance gain at aircraft level.

Parts of this Chapter have been published in Refs. [292, 293].
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9.1. SETUP
A brief overview of the approach taken in the design-space-exploration study is provided
in this section. The aircraft configuration described in Sec. 9.1.1 is sized for different
input and output parameters, as outlined in Sec. 9.1.2. Sections 9.1.3 and 9.1.4 then
present how the aerodynamic characteristics of the aircraft are modeled in the “direct”
and “inverse” approaches, respectively.

9.1.1. AIRCRAFT CONFIGURATION
For the design-space exploration, an initial aircraft configuration is selected based on
several qualitative design considerations. The baseline mission requirements corre-
spond to those of a 70-passenger regional turboprop: the aircraft must have a har-
monic range of R = 850 nmi with a 7500 kg payload, and a baseline cruise altitude and
Mach number of 17,000 ft and 0.41, respectively. The HEP concept, which aims for an
entry-into-service year of 2035, is presented in Fig. 9.1, along with the conventional air-
craft configuration used as reference. The hybrid-electric aircraft presents two distinct
propulsion systems.

The first is a propulsive empennage (PE), which acts as the main source of thrust and
is responsible for the control and stability of the aircraft [294]. The second is an over-
the-wing distributed-propulsion system, which is attached to the flap mechanism in or-
der to provide thrust vectoring in low-speed conditions. This propulsive-empennage
arrangement is selected as a generic example of a hypothetical OTWDP aircraft where
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Figure 9.1: Notional representation of the reference (left) and HEP (right) aircraft concepts, indicating the
external layout of the propulsion systems (top) and associated powertrain architecture (bottom).
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the primary powertrain system is located at the rear of the fuselage to leave space for
the OTWDP system on the wing. Note that the Class-I sizing process employed (see
Sec. 9.1.2) does not consider empennage design, and therefore the findings of this study
are equally applicable for other aft-mounted propeller arrangements such as tail- or
pylon-mounted propeller configurations. Moreover, although previous design studies
of the propulsive-empennage concept indicate that this propulsion system leads to a
slightly higher maximum take-off mass (MTOM) than conventional turboprop config-
urations due to an increased center-of-gravity excursion [294], the combination of this
system with over-the-wing (OTW) DP entails multiple benefits. Firstly, the placement
and shielding of the propulsors may lead to a reduction in both cabin noise and flyover
noise [74]. Secondly, the propulsion-airframe integration challenges in terms of ground
clearance are removed, and thus a shorter landing gear is possible. Thirdly, since the to-
tal thrust is divided over two propulsion systems, the disk loading of each system can be
reduced, effectively leading to an increase in bypass ratio [295] which increases the aver-
age propulsive efficiency. And, finally, given that only a fraction of the total power has to
be diverted to the DP system, the weight of the electrical powertrain components is lim-
ited. In this sense, a fully serial architecture leads to significant weight penalties (see Ch.
5). The concept in Fig. 9.1b, on the other hand, presents a series/parallel partial-hybrid
architecture. However, given that the SPPH powertrain is the most generic architecture,
it allows the designer to analyze whether a small amount of batteries is beneficial and, if
not, then the optimal result will automatically lead to a PTE architecture.

9.1.2. SIZING PROCEDURE
The top-level weight breakdown, installed power, and wing area of the aircraft are com-
puted using the method described in Ch. 3. This section describes some of the assump-
tions made in order to represent the aircraft from a Class-I perspective. In the sensitivity
study (Sec. 9.2), the changes in lift, drag, and propulsive efficiency due to OTWDP are
approximated using the model described in Sec. 9.1.3. For the propulsive empennage
and conventional propellers they are neglected, since the aerodynamic coupling is rel-
atively weak. Moreover, both the reference aircraft and the HEP variant are sized for all
mission requirements and technology assumptions, in order to provide a fair compari-
son. The baseline aircraft requirements and design parameters are provided in Appendix
D.2. Several of these parameters are then varied and the sizing routine is applied succes-
sively to provide contour maps of the figures-of-merit. A subset of the evaluations are
performed with both the reference and HEP aircraft each flying at the optimum cruise
altitude. This is achieved by incorporating an external loop which evaluates different
values of the independent variable hcr and selects the one corresponding to minimum
energy consumption throughout the nominal mission.

A. POWERTRAIN REPRESENTATION

In order to determine the complete behavior of the SPPH powertrain architecture, three
power-control parameters must be specified: the gas turbine throttle (ξGT), the supplied
power ratio (Φ), and the shaft power ratio (ϕ). It is important to recall that these three
power-control parameters are time-dependent variables, whose profile throughout the
mission must be chosen by the designer. The selected values have a direct impact on
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the aircraft size, since they affect both the constraints in the power-loading diagram,
and the energy consumption estimated during the mission analysis. In some mission
segments, the flight condition is fully specified, and thus one of the parameters results
from the propulsive power requirement (usually ξGT; see Appendix A). The degree-of-
hybridization (of energy) of the aircraft DOH = Ebat/(Ebat +Ef), meanwhile, is a scalar
result of the sizing process. In the first part of the design-space exploration (Sec. 9.2),
the three control parameters are assumed to vary linearly throughout each mission seg-
ment. Their evolution is therefore defined by their value at the start and end of each
mission segment, e.g. [Φ1,Φ2]. After this initial exploration, in Sec. 9.3 the shaft power
ratio is assumed to be constant throughout the entire mission to reduce the number of
independent variables. It is evident that for ϕ = 0 the power transmitted by—and thus
the weight of—the electrical components is zero, and therefore the conventional pow-
ertrain is the lightest. However, per definition this limit case also corresponds to zero
aero-propulsive benefit, since there is no enhanced propulsion–airframe integration.

The powertrain description is further simplified by grouping all electrical compo-
nents into a single “black box” which represents the electrical drivetrain and is char-
acterized by two parameters, namely a chain efficiency, ηchain, and a combined specific
power (CSP). These parameters are useful to interpret the results for (partial-) turbo-
electric configurations, in which case there are no batteries present (see Fig. 9.1). The
former is defined as the ratio between the output power and input power of the electri-
cal drivetrain, that is, it represents the combined transmission efficiency of all electrical
components:

ηchain = Ps2

PGB
=

k∏
i=1

ηi , (9.1)

where the index i covers all the k electrical components connected in series, each of
which presents a determined transmission efficiency ηi . The combined specific power,
meanwhile, is defined as the power introduced to the electrical drivetrain divided by the
total mass of all components in said drivetrain, and is typically expressed in kW/kg:

CSP = PGB∑n
i=1 mi

, (9.2)

where m is the mass of each component in the electrical drivetrain and n the number
of components. If the losses in the drivetrain are small (ηchain ≈ 1), then the combined
specific power can be computed based on the specific power (SP) of each component as:

CSP ≈
n∑

i=1

1

(1/SPi )
. (9.3)

Although the “black box” simplification makes this approach unsuitable for detailed
studies, it has several advantages. Firstly, it provides a more simplified, top-level under-
standing of the effect of powertrain technology levels, since it does not require informa-
tion regarding every component in the powertrain. Secondly, the number of dimensions
of the design space is significantly reduced, given that the electrical drivetrain is now
parametrized by just two variables. Thirdly, the findings of this study are therefore inde-
pendent of the design of the electrical system (AC vs. DC transmission, active vs. passive
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cooling, redundant wiring, etcetera). The relation between the individual properties of
each component and the global properties, CSP and ηchain, can be established ad-hoc
on a case-to-case basis.

The baseline technology assumptions used here are based on those of Ch. 5. The
values of specific energy and specific power assumed for the batteries at pack level are
commonly used in design studies for the 2035 timeframe, even though these values are
considered optimistic given that they approach the maximum theoretical values attain-
able with lithium-ion batteries at cell level [117]. For the batteries, a minimum state-of-
charge of 20% is maintained. The values of specific power and transmission efficiency
assumed for the electrical machines and inverters/rectifiers are based on the state-of-
the-art research goals presented in Ref. [119]. The weight and efficiency contributions
of the inverters/rectifiers are combined with those of the electrical machines to form an
equivalent “EM”. Since both the thermal management system and additional elements
of the power management and distribution (PMAD) system can constitute a significant
weight contribution (see e.g. Refs. [79, 114]), the weight of the electrical systems esti-
mated by the design method—which only includes electromotors, generators, inverters
and rectifiers—is increased by 30%. This generic weight penalty is assumed due to a lack
of information in the preliminary sizing phase for an accurate estimation of the weight of
components such as coolers, transformers, or cables. For this reason, Sec. 9.2.4 presents
a sensitivity analysis of the assumed component properties. Finally, the thermal effi-
ciency of the gas turbine is assumed to be 0.34 for the reference aircraft. An additional
20% improvement is hypothesized for the 2035 timeframe. Given that the thermal effi-
ciency is kept constant throughout the sizing process, the potential benefit of improved
gas turbine performance due to electrical assistance in off-design conditions is not ac-
counted for. The weight of the gas turbines is estimated using the empirical correlation
of Ref. [92].

Table 9.1: Powertrain component properties. Values assumed for 2035 timeframe, unless otherwise stated.

Parameter Value
Battery specific energy at pack level ebat [Wh/kg] 500
Battery specific power at pack level SPbat [kW/kg] 1
Specific power of electrical machines [kW/kg] 13
Specific power of converters [kW/kg] 19
Weight penalty for PMAD and cooling elements 30%
Minimum battery state-of-charge 20%
Gas turbine efficiency ηGT (current) [-] 0.34
Gas turbine efficiency ηGT (2035) [-] 0.40
Electrical machine efficiency [-] 0.97
Converter efficiency [-] 0.99
PMAD efficiency ηPMAD [-] 0.99
Gearbox efficiency ηGB [-] 0.96

For the “inverse” approach, Table 9.2 presents the chain efficiency and CSP com-
puted for the three hypothetical technology scenarios discussed in Sec. 9.3.2. The mid-
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term scenario corresponds to the baseline values of Table 9.1. Again, the electrical driv-
etrain of the powertrain is assumed to be comprised of two sets of electrical machines
(generators and motors) and two sets of power converters (rectifiers and inverters), to
which an additional 30% weight penalty is added to account for additional elements of
the power distribution and thermal management system.

Table 9.2: Specific power and transmission efficiency of the components and the complete electrical
drivetrain, for three hypothetical technology scenarios.

Scenario
Electrical Power PMAD Complete
machines converters weight chain

[kW/kg] η [-] [kW/kg] η [-] penalty CSP [kW/kg] ηchain [-]
Near-term 9 0.92 13 0.97 30% 2 0.80
Mid-term 13 0.96 19 0.99 30% 3 0.90
Long-term 22 0.99 32 1.00 30% 5 0.98

B. DESIGN OF EXPERIMENTS

For the “inverse” approach (Sec. 9.3), a design-of-experiments (DoE) is performed to
create a response surface of the design space, such that the results can be interpolated
to constant output parameters such as the MTOM. The input parameters that are varied
in the DoE are gathered in Table 9.3. Although the baseline reference aircraft is based on
a regional turboprop, the mission parameters (harmonic range, payload mass and cruise
Mach number) are also sampled at higher values to analyze the trends in the regional jet
or short-haul market, comparable to recent research on high-capacity turboprop air-
craft [296]. A payload mass of 100 kg is assumed per passenger, including luggage. The
conventional, fuel-based reference aircraft is also sampled for the same range of mission
requirements, in order to compare the performance of the HEP variant to a conventional
aircraft sized for the same mission. In both cases, the optimum cruise altitude in terms of
minimum energy consumption is computed and subsequently selected for each point.
In addition to the mission requirements, the powertrain technology level is varied by
modifying the combined specific power and chain efficiency of the powertrain. This is
done by scaling the specific power and transmission efficiency of all electrical compo-
nents included in the sizing method equally, such that the desired CSP and ηchain (see
Table 9.2) are obtained. Furthermore, the shaft power ratio of the aircraft is varied, ap-
plying the same value to all mission segments and performance constraints. Finally, the
impact of HEP on the aero-propulsive performance of the aircraft is simulated by scaling
the zero-lift drag and lift-induced drag components equally.

A Latin-hypercube sampling of 20,000 points is performed for the input parameters
given in Table 9.3, and the sizing routine is applied successively. In order to obtain con-
tinuous gradients in the resulting plots, a seven-dimensional, 7th order polynomial fit is
applied using a linear-least-squares algorithm, described in Appendix F.1. Of the 20,000
points, 95% are used to generate the surrogate model, while the remaining 5% are used
to evaluate the accuracy of the fit and to ensure that no over-fitting occurs. Results are
only analyzed in the intervals given in Table 9.3, i.e., no extrapolation is performed. The
mean deviation of the surrogate model from the data points is found to be below 0.01%,

226



9.1. SETUP

9

Table 9.3: List of input parameters varied in the DoE, including the range of values sampled.

Parameter Minimum Maximum
M 0.45 0.65
mPL [t] 5 (50 pax) 20 (200 pax)
R [nmi] 500 2000
CSP [kW/kg] 1.5 6
ηchain 0.8 1.0
ϕ 0 1
∆(ηpL/D) -50% +50%

with a maximum deviation of 0.8% for MTOM, and 0.3% for PREE. Therefore, although
these values lie well within the accuracy of a Class-I sizing routine, an additional uncer-
tainty of approximately ±1% should be kept in mind when analyzing the results.

9.1.3. AERO-PROPULSIVE MODELING (DIRECT APPROACH)
When performing the sensitivity study for an OTWDP aircraft, an aero-propulsive model
is required which estimates the change in aerodynamic performance of the vehicle due
to aerodynamic interaction effects. Two contributions to lift, drag and propulsive effi-
ciency are considered in the sizing method, as defined in Ch. 3:

CL =CL,airframe +∆CL , (9.4)

CD =CD ,airframe +∆CD , (9.5)

ηp = ηp,isolated +∆ηp. (9.6)

The first term of the right-hand side of Eqs. 9.4–9.6 corresponds to uninstalled condi-
tions, that is, to the lift and drag of the airframe when no propulsion system is present,
and to the propulsive efficiency of the propulsors if these were operating in freestream
conditions. In the proposed OTWDP configuration, it is assumed that the airframe lift
is generated entirely by the wing. For airframe drag, a parabolic lift polar is assumed,
i.e. CD ,airframe = CD0,airframe +C 2

L,airframe/(πAe). Following the traditional Class-I sizing
methods [85], a constant propulsive efficiency is assumed per mission segment for the
propulsive empennage, since this propulsion system presents no strong aerodynamic
interaction effects with the airframe1. For the DP system, on the other hand, it is nec-
essary to estimate the isolated-propulsor efficiency, in order to account for the sensi-
tivity to propulsor diameter. Given that the total disk area scales with the square of the
propulsors’ diameter but linearly with the number of propulsors, multiple small propul-
sors have a significantly lower total disk area than a single large fan or propeller for a
given span of wing covered. Hence, if the DP system is responsible for a large fraction of
the total thrust, high thrust coefficients are obtained, and consequently the propulsive

1The thrust of the propulsive empennage would, in practice, have a strong effect on trim drag, but preliminary
sizing methods do not include this drag term.
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efficiency deteriorates. Therefore, the propulsive efficiency of the DP system in unin-
stalled conditions is estimated using Eq. 2.13. Based on the empirical data presented in
Ref. [297], a value of kP = 0.88 is used to account for viscous, swirl, and induced losses.

The second contribution to lift, drag, and propulsive efficiency comprises the
changes in uninstalled performance due to aerodynamic interaction between the
propulsors and the airframe when these are integrated with each other. Since this in-
vestigation was performed prior to the development of the numerical method of Ch. 8, a
simplified aero-propulsive model was created to estimate these terms using the method
developed by Marcus [234]. In this method, a single propeller placed at xP/c = 0.85
above a high aspect-ratio rectangular wing is simulated using a blade-element method, a
vortex-lattice to represent the slipstream, and panel method to represent the wing. The
superposed effect of multiple adjacent propellers is not considered, and the contribu-
tions of nacelles and ducts are neglected. Viscous effects are also neglected. Although
the simplifications limit the applicability of the model, the trends it provides are con-
sidered accurate enough to gain an understanding of the effect of some key design vari-
ables in the preliminary sizing phase. However, it should be noted that the lift, drag, and
propulsive-efficiency changes provided by this method were found to be conservative,
partially due to the generic, un-optimized geometry of the wind-tunnel model on which
it is based. Additional information regarding the approach can be found in Ref. [292].

The thrust coefficient and lift-coefficient values for which the aero-propulsive model
was generated are representative of the cruise, descent, and (majority of the) climb seg-
ments of the mission. However, in low speed conditions (take-off and landing), the re-
quired thrust and lift coefficients are higher, and the numerical model is not capable of
providing an accurate estimation (see Ref. [234]). In these conditions, ∆CL , ∆CD , and
∆ηp are limited to the values they obtain at the bounds of the model. This is consid-
ered a conservative approach, since the aero-propulsive benefits improve with increas-
ing thrust coefficient (see Ch. 8). Furthermore, although the results of Ch. 7 studies
indicate that the OTW propeller may adversely affect the maximum lift coefficient on
the wing, they also suggest that inclining the propulsors for thrust vectoring may further
increase lift and decrease drag without an appreciable propulsive efficiency penalty. In
general, this shows that there is a large amount of uncertainty regarding the maximum
lift coefficient attainable with these systems. For this reason, a separate sensitivity anal-
ysis is carried out with respect to the assumed low-speed characteristics in Sec. 9.2.2.

9.1.4. AERO-PROPULSIVE MODELING (INVERSE APPROACH)
In the inverse approach, the “delta” terms due to aero-propulsive interaction in the
OTWDP system are not calculated. Instead, a generic increase in aero-propulsive effi-
ciency is assumed, and the aircraft is sized without considering the specific propulsion-
system layout. The results of Sec. 9.3 therefore indicate what aero-propulsive benefit
is required to achieve a determined energy consumption, while it is up to the designer
to determine how such benefits can be achieved: with over-the-wing propulsion, tip-
mounted propellers, or any other type of propulsor arrangement.

Distributed propulsion can be used to increase the aero-propulsive efficiency in mul-
tiple ways. This is evidenced if a parabolic drag polar is assumed, in which case
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ηp · L

D
= ηp

 CL

CD0 +
C 2

L

πAe

 . (9.7)

Equation 9.7 indicates four direct ways in which distributed propulsion can be used to
enhance the aero-propulsive performance of the aircraft: by decreasing the zero-lift drag
coefficient, reducing the lift induced drag (through an equivalent increase in aspect ratio
or Oswald factor), increasing the propulsive efficiency, or by changing the lift coefficient.
The lift coefficient varies throughout the mission, and depends on the flight condition
(speed and altitude) and wing loading—which, in turn, depends on the maximum lift
coefficient. Rather than studying the effect of each parameter separately, in this study,
the effect of improved propulsion–airframe integration is simulated by varying the aero-
propulsive efficiency ηp(L/D) as a whole (see Table 9.3). This simplifies the problem,
decreasing the number of independent variables and leading to top-level conclusions
which are independent of the type of propulsion system, analogously to the simplifica-
tion made in Sec. 9.1.2 regarding the powertrain parametrization. The change in aero-
propulsive efficiency can then be related to the effect of a determined propulsion system
on a case-to-case basis. A more detailed discussion regarding this approach and how it
differs from individually varying each parameter (CD0, A, etc.) is given in Ref. [293].

9.2. DIRECT APPROACH: SENSITIVITY STUDY
The results are grouped into four sections. First, in Sec. 9.2.1 the conventional configura-
tion is compared to reference aircraft data to verify that the assumed aircraft character-
istics are reasonable, and to a baseline HEP variant. Sections 9.2.2, 9.2.3, Sec. 9.2.4 then
analyze the sensitivity of the HEP design to different design parameters, mission require-
ments, and technology assumptions, respectively. In some cases, the optimum found in
a sensitivity analysis is taken as starting point for subsequent analyses. Although this
does not provide the optimum design, it ensures that insight is provided in the more
relevant parts of the design space.

9.2.1. BASELINE DESIGN
Table 9.4 collects several top-level parameters of the conventional aircraft configuration
and the baseline HEP configuration. Details regarding the selected design-parameter
values and performance requirements can be found in Appendix D.2. The conventional
configuration with current technology assumptions is compared to reference data of an
ATR 72-600. The MTOM is underestimated by 2.5%, while the fuel energy is overesti-
mated by 7%. These two characteristics are reduced by 6% and 23%, respectively, when
evaluating the 2035-configuration. In this variant, only two modifications have been
assumed. Firstly, the thermal efficiency of the gas turbine has been increased (see Ta-
ble 9.1). Secondly, the design point corresponding to maximum wing loading has been
selected, instead of a trade-off between maximum wing loading and maximum power
loading, as reflected in Fig. 9.2a. This allows a fair comparison between the conven-
tional and HEP architectures, since the point of maximum wing-loading leads to an im-
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proved design, as discussed in Sec. 9.2.2. In the following sections, the conventional
architecture evaluated for the 2035 timeframe will be taken as the reference aircraft for
comparison with the HEP variant.

The design parameters selected for the baseline HEP concept are chosen manu-
ally without any prior knowledge of the optimal values. For the selected power-control
variables (whose values can be found in Appendix D.2), the battery provides additional
power during take-off. As a consequence, the power requirement for the gas turbine is
reduced, and the take-off constraint is no longer its sizing constraint, as reflected in Fig.
9.2b. However, both the primary electrical machines (generators) and secondary electri-
cal machines (electromotors) are sized for take-off conditions. Note that the one-engine-
inoperative constraints do not influence the secondary electrical machines, since a total
of 10 electromotors are used, and thus the failure of one of these elements does not con-
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Figure 9.2: Power-loading constraint diagrams of the conventional (left) and baseline HEP (right)
configurations.
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Table 9.4: Summary of sizing results, comparing two conventional configurations and the baseline HEP
configuration. Lift-to-drag ratio is presented as cruise-phase average. Fuel and battery energy include

reserves.

ATR 72-600 Conventional Conventional Baseline
(Ref. [228]) (current) (2035) HEP

Take-off mass, mTO [t] 22.8 22.2 20.9 24.1
WTO/S [kN/m2] 3.67 3.64 4.00 4.50
WTO/PGT,max,SL [N/kW] 58.2 54.6 49.7 49.5
Wing area, S [m2] 61.0 59.8 51.3 52.6
Fuel energy, Ef [GJ] 85.6 91.7 70.2 84.6
Battery energy, Ebat [GJ] 0 0 0 1.1
(L/D)cr [-] - 17.3 17.9 18.4
PREE [-] - 2.02 2.11 1.77

stitute a limitation to the remaining nine. Furthermore, the maximum wing loading of
the HEP concept is increased due to thrust vectoring and aero-propulsive interaction
in landing conditions. Consequently, it presents a small increase in cruise lift-to-drag
ratio when compared to the reference aircraft, as shown in Table 9.4. Nevertheless, the
hybrid-electric configuration is outperformed by the reference aircraft in terms of both
MTOM and energy consumption. The main reasons for this are the increased weight due
to the hybrid-electric powertrain components, and the reduced propulsive efficiency of
the OTW propulsors in cruise conditions.

9.2.2. SENSITIVITY TO DESIGN PARAMETERS
The following subsections discuss how the take-off mass and energy efficiency depend
on the chosen design point in terms of wing and power loading, on the assumed low-
speed aerodynamic characteristics, and on the selected power-control parameters. The
geometrical design parameters of the OTWDP system are not varied here since the aero-
propulsive model employed is rudimentary, and thus those parameters are investigated
in Ch. 10 instead. However, a dedicated discussion on the low-speed aerodynamic char-
acteristics of the OTWDP system is required, since they cannot be estimated without
high-fidelity analysis—as established in Ch. 7—but they have a significant effect on the
overall efficiency of the aircraft.

A. DESIGN POINT SELECTION

In the preliminary sizing process, the designer must choose a design point in the power-
loading diagram. Due to the large weight contribution of the powertrain to MTOM in
the case of HEP, a priori it was hypothesized that the design point for maximum power
loading might lead to a lighter aircraft than the design point for maximum wing loading.
This is, however, not the case, as shown in Fig. 9.3a. This figure shows that the top-
right corner of the design space leads to the lightest aircraft. The point of maximum
(gas turbine) power loading can be misleading in this sense, since the associated wing-
loading value corresponds to a minimum gas-turbine size per unit weight of the aircraft,
but not to the minimum electrical-machine size, as visible in Fig. 9.2b.
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For this aircraft, the point of minimum MTOM also corresponds to the point of max-
imum payload-range energy efficiency. The contours of PREE shown in Fig. 9.3 are more
skewed than the MTOM contour lines, indicating that this parameter is relatively more
sensitive to wing loading. This is a result of the direct effect of wing loading on aerody-
namic efficiency and, consequently, on energy consumption. Although this design point
has been identified as the optimal one in design studies of comparable HEP configura-
tions as well [98], this is evidently not always the case for hybrid-electric aircraft [230].
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Figure 9.3: Gas-turbine power-loading diagram of the HEP concept, showing the feasible design space in gray
together with contour lines of constant MTOM (left; values expressed in metric tons) and payload-range

energy efficiency (right). The marker indicates the selected design point.

B. LOW-SPEED AERODYNAMIC PERFORMANCE

The low-speed performance of the aircraft is generally enhanced with a higher maximum
lift coefficient. The effective maximum lift can be increased in three ways: by employing
larger high-lift devices (CLmax,airframe ↑), exploiting aero-propulsive interaction effects to
increase wing lift (∆CL ↑), or increasing the vertical force contribution of the propulsors
by means of, for example, thrust vectoring (T sinδP ↑). The three approaches are equiv-
alent from a flight-performance perspective. Since there is no reliable estimation of the
∆CL due to OTWDP in high-lift conditions, the effect of thrust vectoring is analyzed here
to understand how an increase in system lift in take-off and landing conditions affects
the energy consumption of the aircraft.

To this end, Fig. 9.4 shows the changes in MTOM and PREE obtained when varying
the thrust-vectoring angle in take-off and landing. For all other flight phases, the angle is
zero. Again, the HEP configuration presents a weight and PREE penalty for all combina-
tions sampled. However, an improvement with respect to the baseline is possible. The
contour plots show a minimum MTOM around δP,TO = 10o, δP,L = 55o. During take-off,
a small degree of thrust vectoring is beneficial to enhance lift, although larger deflec-
tions are detrimental, since the axial component of thrust is reduced. During landing,
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on the other hand, larger deflections lead to a lighter and more efficient aircraft. As δP,L

increases, so does the wing loading of the aircraft, and consequently the lift-to-drag ra-
tio L/D in cruise is improved. However, for δP,L > 55o, two things occur. Firstly, the wing
area is reduced so much that the lift coefficient in cruise approaches, and then exceeds,
the value corresponding to maximum L/D , thus decreasing the overall aircraft perfor-
mance. This key consideration has to be taken into account when sizing a DP system,
and will be discussed in more detail in the following sections. Secondly, the wing load-
ing surpasses the intersection of the OEI-ceiling constraint with the take-off constraint
in the gas-turbine power-loading diagram, and thus the weight of the gas turbine in-
creases more rapidly with increasing wing loading. This can be seen in the constraint
curves of Fig. 9.2b for WTO/Sw > 4.5 kN/m2. The same effect is responsible for the dis-
continuity in gradient at, e.g., (δP,TO;δP,L) = (40;23): as the thrust-vectoring angle during
take-off is increased past its optimum for a given δP,L, the take-off constraint descends
in the gas-turbine power-loading diagram and starts limiting the size of the gas turbine.
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Figure 9.4: Change in MTOM (left) and PREE (right) with respect to the reference aircraft, as a function of the
thrust-vectoring angle employed during take-off and landing. The marker indicates values used for the

baseline design.

Figure 9.4 confirms that the effective system lift in low-speed conditions can have a
noticeable impact on the overall aircraft energy consumption, due to the effect it has on
the required powertrain size and, due to the associated change in wing loading, on the
cruise lift-to-drag ratio. Additional investigations into the effect of the assumed ∆CL,max

(not shown here; see Ref. [292]) during landing and take-off showed larger changes in
MTOM and PREE. However, the conclusions were similar as those obtained from Fig. 9.4:
it determines which performance constraints are limiting and, for a given set of cruise
conditions and drag polar characteristics, there is a local optimum, beyond which a fur-
ther increase in system lift is no longer beneficial in terms of energy consumption. Fi-
nally, it is worth noting that the drag coefficient in low-speed conditions can also have an
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appreciable impact on the design. During take-off, a decrease in drag leads to a reduc-
tion of the required take-off power, which sizes most components. During landing, an
increase in drag would increase the thrust required to maintain a determined approach
speed. This would, in turn, increase∆CL and the effect of thrust vectoring, and therefore
the maximum wing loading would be increased.

C. POWER-CONTROL STRATEGY

For the first stages of the sizing process, the designer must choose a set of power-control
parameters. Given the relatively large amount of design variables, and the fact that—as
suggested in the previous section—these variables can have a decisive impact on the air-
craft’s design, an optimization could be the way forward. However, since the objective of
this study is to understand the effect of the different variables, a design-of-experiments
(DOE) is performed. For the SPPH architecture, three power-control parameters have
to be specified per performance constraint. For each of the six mission segments (climb,
cruise, and descent of the nominal mission, plus diversion), a linear evolution of the con-
trol parameters is assumed. Since in cruise conditions one of them has to remain free in
order to satisfy the flight condition, this leads to a total of 49 variables. By assuming the
same profiles for the nominal mission and the diversion, using the same strategy during
take-off and second-segment climb, and fixing the gas-turbine throttle for determined
flight phases (maximum throttle in take-off, engine-idle in descent, etc.), the number of
variables is reduced to 19. A latin-hypercube sampling technique is used to distribute
15,000 sample points in the design space. An upper and lower bound are imposed on
each variable, in order to avoid energy harvesting (ϕ < 0 or ϕ > 1) or samples which
are known to lead to poor results (e.g., a large supplied power ratio during cruise). The
values of these bounds can be found in Appendix D.2.

The results of the DOE in terms of MTOM and PREE are collected in Fig. 9.5a, with
the colormap indicating the degree-of-hybridization (of energy) the design. Figure 9.5a
confirms three characteristics of HEP aircraft. Firstly, the power-control strategy is a
driving factor in the design process, since a bad strategy may significantly over-size the
aircraft (over 100 tons, in this case). Secondly, for a given PREE, the MTOM increases as
the DOH increases. In other words, if the objective of a design is to minimize in-flight
emissions, for example, then a slightly heavier aircraft carrying additional battery energy
may be more beneficial. And thirdly, a lower DOH (i.e., low Φ values) leads to a lighter
and more energy-efficient aircraft, as expected for the technology levels assumed. In-
spection of the optimal point in terms of PREE revealed a similar strategy to the baseline
configuration: the batteries are used during take-off and climb, and are charged during
descent in order to keep enough energy in the batteries for a second take-off and climb
in case of a diversion. Although this allows for a smaller gas turbine and a more efficient
well-to-shaft energy transmission, the battery weight penalty outweighs these benefits.
In a strict sense, however, this is not a fair comparison, since the potential benefit of
improved gas-turbine efficiency through on-design sizing is not accounted for.

Based on the previous observations, a second DOE was carried out. In this case, all
Φ values were set to zero, meaning that in essence a partial-turboelectric architecture
was simulated. The results of this second DOE are plotted in Fig. 9.5b. As can be seen
from the range of the axes, the MTOM and PREE obtained in this case are of the same
order as the reference aircraft, although the HEP concept still performs worse than the
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Figure 9.5: Results obtained from the power-control-parameter DOE carried out for the baseline HEP concept
(left), together with the results obtained when the supplied power ratio is set to zero for all constraints and

mission segments (right).

reference even in the most ideal scenario. It is also evident that, while Fig. 9.5a suggests
that the control variables were appropriately selected for the baseline configuration, Fig.
9.5b shows that there is still room for improvement. In order to understand the main
reasons for these differences, Fig. 9.6 presents the control-variable values correspond-
ing to the optimum point in terms of PREE for both DOE’s. The most notable difference
between the baseline strategy and the improved strategy obtained for the PTE case is
a reduction of the shaft power ratio, especially in take-off and cruise. Although the DP
system increases the lift-to-drag ratio for a given wing loading, it leads to an apprecia-
ble propulsive-efficiency penalty due to the non-uniform inflow to the propeller in the
rudimentary aero-propulsive model used here (see Ref. [231]). Furthermore, additional
power is lost when converting the shaft power of the gas turbine to electrical power, dis-
tributing it along the airframe, and converting it back to mechanical power. Thus, in
theory, distributed propulsion can improve propulsive efficiency through a decrease in
disk loading [295], but this benefit can easily be counteracted by propulsive-efficiency
penalties due to non-uniform inflow and losses in the components of the electrical sys-
tem. For this reason, Fig. 9.6 suggests that the propulsive empennage should remain
as the main source of thrust for all mission segments except during landing (ϕ ≈ 1). In
landing conditions, a large fraction of the total thrust should be diverted to the DP sys-
tem, in order to enhance wing lift and provide an additional vertical force through thrust
vectoring. However, the total thrust during landing is generally low, since the aircraft
must maintain its approach speed. Consequently, the powertrain components are not
sized by power requirements during landing, and thus ξGT and Φ were not varied in the
DOE.
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Figure 9.6: Comparison of between power-control parameter values used for the baseline HEP design and the
ones corresponding to maximum PREE in the two DoE studies.

9.2.3. SENSITIVITY TO MISSION REQUIREMENTS
In this section, the performance of the HEP configuration is evaluated for a range of
payload weights, harmonic ranges, and cruise Mach numbers. A distinction is made
between evaluating the mission requirements at fixed altitude and at optimum altitude,
in order to illustrate the importance of this design consideration. Two Mach numbers are
considered: the cruise Mach number of the ATR 72 (Mcr = 0.41), and a “high-speed” case
(Mcr = 0.6). For this sensitivity study, the best power-control strategy identified in the
previous section is applied (i.e., no batteries are employed). Thus, during cruise, most
thrust is generated by the propulsive empennage, and the propulsive efficiency is nearly
constant. Furthermore, based on the findings of Sec. 9.2.2, thrust vectoring angles of 10o

and 55o are used in take-off and landing, respectively.

A. SENSITIVITY AT A FIXED CRUISE ALTITUDE

Figures 9.7a–9.7d present the results of the payload–range sweep at the original cruise al-
titude of 17,000 ft. For each payload–range combination, ∆MTOM and ∆PREE are com-
puted based on a HEP aircraft and a conventional aircraft which are both sized for the
given mission requirements. Note that at Mcr = 0.6 the sizing routine does not converge
for R = 400 nmi, since the climb and descent phases exceed the nominal mission range.
The same occurs for R > 1750 nmi, in this case because the powertrain is heavily over-
sized, and consequently the aircraft presents a positive excess power during part of the
descent phase, with the engine in idle conditions (ξGT = 0.1). This problem could be mit-
igated by changing the power-control variables, but it is considered preferable to obtain
the trends without an additional variation of these variables.

With the newly selected design parameters, the HEP configuration presents a minor
weight increase and PREE reduction for the baseline mission (Mcr = 0.41, Figs. 9.7a and
Figs. 9.7b). However, the PREE improves with increasing range and, to a lesser extent,
with increasing payload. The trend of PREE with range is attributed to an increased lift-
to-drag ratio in cruise of the HEP configuration ((L/D)cr ≈ 18.4) when compared to the
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Figure 9.7: Change in MTOM (left) and PREE (right) of the PTE configuration with respect to the reference
aircraft, for different mission requirements. Note that the colorbars of the results at constant (top) and

optimum (bottom) cruise altitude present different ranges. The marker indicates values used for the baseline
design.
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reference aircraft ((L/D)cr ≈ 17.7). At Mcr = 0.6 (Figs. 9.7c and 9.7d), the PREE gain is in-
creased to nearly 12% with respect to the reference aircraft, and the sensitivity of MTOM
to mission range is larger than for the Mcr = 0.41 case. The flaw of this analysis becomes
evident when comparing the lift-to-drag ratio of the reference and hybrid-electric air-
craft, which attain values of approximately 10.9 and 12.6, respectively. The L/D benefit
of the HEP configuration is larger in this case, and thus the sensitivity of ∆MTOM with
respect to range increases. However, these L/D values clearly show that the combination
of cruise altitude and Mach number are not adequate for the selected wing loading. In
these conditions, the lift coefficient is significantly lower than the value corresponding
to optimum L/D .

B. SENSITIVITY AT OPTIMAL CRUISE ALTITUDE

The payload–range maps are also evaluated at 45 equally spaced flight levels between
12,000 ft and 34,000 ft. The lower bound is equal to the OEI ceiling, while the upper
bound corresponds to a typical cruise altitude for turbofan aircraft. For each payload–
range combination, the optimum altitude in terms of PREE is selected for each aircraft.
Thus, the two configurations are not necessarily sized at the same altitude. In this case,
the results differ in trend and in value from the ones obtained at constant altitude, as can
be observed in Fig. 9.7.

Figures 9.7e and 9.7f show that, at Mcr = 0.41, the hybrid-electric variant is approxi-
mately 2.5% heavier than the reference, and presents a 2.5% lower payload-range energy
efficiency. For the conventional configuration, the optimum cruise altitude increases
from 19,000 ft at short harmonic ranges, to 24,000 ft at long harmonic ranges. For the
HEP aircraft, the optimum cruise altitude increases from 15,000 ft at short harmonic
ranges, to 20,000 ft at long harmonic ranges. The optimum altitude increases with har-
monic range, because the efficiency gain during cruise offsets the increase in energy re-
quired to climb to that altitude. In general, the hybrid-electric aircraft has a lower op-
timum altitude than the reference, due to the increased wing loading enabled by DP. At
their optimum altitude, both aircraft configurations have a comparable lift-to-drag ratio.
Therefore, the fact that the PREE and MTOM penalties of the HEP configuration reduce
with decreasing range is attributed its lower cruise altitude. For example, at 400 nmi
range, the optimum cruise altitude of the HEP configuration is 4,000 ft lower than the
conventional configuration, and thus it requires less energy for climbing.

At Mcr = 0.6, the upper altitude bound was identified as optimum for both the ref-
erence and the HEP aircraft. At this flight speed, the weight and PREE penalties of the
hybrid-electric configuration are greater than for Mcr = 0.41. Surprisingly, the weight
penalty is minimized for high payloads and short ranges, while the PREE penalty is min-
imized for high payloads and high ranges. In this case, the lift-to-drag ratio of the ref-
erence aircraft is approximately 17.7, while for the HEP variant it is approximately 18.3.
Based on these L/D values, it appears that the HEP configuration operates near its op-
timum altitude, and for this reason, ∆PREE improves with increasing range. On one
hand, this indicates that additional altitudes must be evaluated for a fair comparison.
On the other, this also shows that, if the cruise altitude of the aircraft is restricted by air
traffic regulations or other requirements, the use of HEP provides an additional degree-
of-freedom which can be used to tailor the wing loading such that an optimal L/D is
achieved in cruise.
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The main characteristics of the improved HEP design, evaluated for the baseline mis-
sion (mPL = 7500 kg, R = 850 nmi, Mcr = 0.41) at optimum altitude, are summarized in
Table 9.5. Additional variables can be found in Appendix D.2. The results show a sig-
nificant improvement with respect to the baseline design in all aspects except power
loading, which is decreased. However, the HEP configuration is still outperformed by
the reference aircraft, which is also evaluated at its optimum altitude.

Table 9.5: Main characteristics of the improved HEP design, for the baseline mission at optimum cruise
altitude. Lift-to-drag ratio is presented as cruise-phase average. Fuel and battery energy include reserves.

Parameter Value
Diff. w.r.t. Diff. w.r.t.

baseline HEP reference
Take-off mass, mTO [t] 21.4 -11.4% +2.5%
WTO/Sw [kN/m2] 4.70 +4.4% +17.4%
WTO/PGT,max,SLS [N/W] 0.043 -13.1% -13.5%
Wing area, S [m2] 44.7 -15.1% -12.6%
Fuel energy, Ef [GJ] 71.5 -15.4% +3.3%
Battery energy, Ebat [GJ] 0 -100% 0%
Cruise altitude, hcr [ft] 18,000 +5.9% -16.3%
(L/D)cr [-] 18.4 +0.2% +0.2%
PREE [-] 2.10 +18.5% -2.5%

9.2.4. SENSITIVITY TO TECHNOLOGY ASSUMPTIONS

The results of Sec. 9.2.2 show that the use of batteries is detrimental for both figures of
merit for the assumed mission and aircraft layout. In order to assess whether this con-
clusion is highly dependent on the battery’s characteristics, Fig. 9.8 presents the sensitiv-
ity of MTOM and PREE to the specific energy and specific power of the batteries at pack
level. Both properties are varied between 50% and 300% of the baseline value reported in
Table 9.1. For this assessment, the baseline SPPH configuration was used. As expected,
an improvement in battery technology leads to an appreciable reduction in MTOM and
increase in PREE. However, even for the optimistic values of 3 kW/kg and 1500 Wh/kg,
the concept performs worse than the one without batteries. For the baseline case, the
battery mass is sized by power requirements, hence being insensitive to the assumed
specific energy. In the top-left corners of Fig. 9.8, on the other hand, the battery mass is
sized by energy requirements, and is therefore insensitive to specific power. The curve
defined by the loci of points on the response map that present a discontinuity in gradient
(i.e, at the kink of the contour lines) delimits these two regions. The location of this limit
depends on the chosen power-control strategy. Modifying the power-control strategy
such that the design point ends up on this discontinuity means that the full potential of
the battery is used in terms of both energy and power. Logically, this simple distinction
is an artifact of assuming constant battery properties at pack level. For a more accurate
result, a battery model is required. With an appropriate design of the battery, the trade-
off between energy requirements and power requirement can be tailored for the specific
design.
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Figure 9.8: Change in MTOM (left) and PREE (right) of the baseline SPPH concept with respect to the
reference aircraft, as a function of the specific energy and specific power of the batteries at pack level. The

marker indicates values used for the baseline design.

In second place, the sensitivity of MTOM and PREE to the weight and efficiency of the
electrical components of the powertrain (excluding batteries) is assessed. The resulting
sensitivities are reflected in Fig. 9.9. Although both MTOM and PREE improve with in-
creasing CSP or chain efficiency, PREE is more sensitive to the latter than MTOM is. In
baseline conditions, the HEP aircraft presents an MTOM and PREE comparable to the
reference, since this analysis is carried out at the original cruise altitude. The PREE ben-
efit increases up to 6% if the CSP of the system is tripled, and the losses approach zero.
In these conditions, the MTOM of the HEP aircraft is also 4% lower than the reference.
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Figure 9.9: Change in MTOM (left) and PREE (right) of the PTE concept with respect to the reference aircraft,
as a function of the combined specific power and efficiency of the electrical powertrain components. The

marker indicates values used for the baseline design.
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9.3. INVERSE APPROACH: AERO-PROPULSIVE EFFICIENCY

REQUIREMENTS
The results are grouped into two sections. First, Sec. 9.3.1 describes how the aero-
propulsive requirements depend on the mission parameters. Section 9.3.2 then de-
scribes how these requirements evolve with the powertrain technology level.

9.3.1. IMPACT OF MISSION REQUIREMENTS
Figure 9.10 presents the payload-range energy efficiency of the reference (fuel-based)
aircraft and the turboelectric variant, as a function of the mission payload and
range. For the turboelectric aircraft, a 10% increase in aero-propulsive efficiency (i.e.,
(ηpL/D)HEP/(ηpL/D)ref = 1.1) has been assumed, together with a shaft power ratio of
ϕ = 0.2. The maps show that both the conventional and the turboelectric aircraft are
most efficient at a range of approximately 650 nmi, with a payload of 20 t (Point A). Al-
though the trends of the two aircraft are the same, the turboelectric variant presents a
slightly higher PREE for the technology scenario and aero-propulsive benefit considered.
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Figure 9.10: Payload-range energy efficiency as a function of mission requirements for the reference (left) and
partial turboelectric (right) aircraft, assuming a 10% increase in aero-propulsive efficiency for the latter

(M = 0.55, ηchain = 0.9, CSP = 3 kW/kg, ϕ= 0.2). Markers indicate the scenarios collected in Tables 9.6 and 9.7.

In order to further analyze the difference between the turboelectric and the conven-
tional aircraft, Fig. 9.11 presents the aero-propulsive efficiency gain necessary for a 15%
increase in PREE. The results are displayed for a generic value of ∆PREE = 15% because,
from a commercial perspective, a significant energy saving is required to outweigh the
additional complexity and development costs of such aircraft. Figure 9.11 shows that
a significant increase in aero-propulsive efficiency of around 20% is required for a 15%
energy reduction. The percentage change in aero-propulsive efficiency is larger than
the percentage reduction in energy consumption, because the additional weight and ef-
ficiency losses of the hybrid-electric powertrain must be compensated. The required
aero-propulsive benefit is practically independent of the payload considered, and de-
creases with increasing range. This occurs because, for longer ranges, the amount of fuel
saved increases. This leads to a direct energy saving on one hand, and decreases the
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weight penalty of the turboelectric aircraft on the other, since the fuel weight increases
less with range for the turboelectric aircraft than for the conventional one. Therefore,
while point A represents the combination of payload and range where the turboelectric
aircraft is most efficient (within the mPL and R intervals studied), point B—or any other
point for R = 2000 nmi—represents the mission for which the turboelectric presents the
greatest benefit when compared to the reference aircraft. This confirms that turboelec-
tric configurations are most competitive for longer ranges, which is why many turbo-
electric aircraft design studies focus on medium- and long-haul flights [53, 114, 295],
and not on the regional or thin-haul market. This also highlights an important differ-
ence compared to other hybrid-electric aircraft that make use of batteries, for which the
extra battery weight generally implies that reduced ranges have to be flown (see e.g. Refs.
[66, 204, 213, 298]).
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Figure 9.11: Aero-propulsive efficiency increase required in order to obtain a 15% increase in PREE, as a
function of mission range and payload (M = 0.55, ηchain = 0.9, CSP = 3 kW/kg, ϕ= 0.2). Markers indicate the

scenarios collected in Tables 9.6 and 9.7.

Finally, the effect of cruise Mach number is assessed in Fig. 9.12. This figure presents
the same variables as Fig. 9.11, but at a constant payload of 15t (150 pax) and for three
different Mach numbers. Again, the figure clearly shows that a 15% energy reduction
is most easily achieved at long ranges. Furthermore, the required aero-propulsive effi-
ciency benefit increases with Mach number. In other words, a determined energy saving
is easier to achieve with a low-speed turboelectric aircraft than with a high-speed one.
This occurs because, at high Mach numbers, the power required during cruise increases,
and hence the cruise-speed constraint descends in the loading diagram. Given that, for
the range of Mach numbers considered, the cruise-speed constraint is actively sizing
the powertrain, this translates into a reduced power loading. Moreover, since the tur-
boelectric powertrain is heavier than a gas turbine alone, the powertrain weight fraction
increases much faster with Mach number for the turboelectric aircraft than for the refer-
ence aircraft. This leads to a larger difference in MTOM between the two configurations,
and consequently, the turboelectric aircraft requires an additional aero-propulsive ben-
efit to offset this weight increase at higher Mach numbers.
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Figure 9.12: Influence of Mach number on the aero-propulsive efficiency increase required in order to obtain
a 15% increase in PREE (mPL = 15 t, ηchain = 0.9, CSP = 3 kW/kg, ϕ= 0.2).

9.3.2. IMPACT OF ELECTRICAL-COMPONENT TECHNOLOGY LEVEL
This section describes how the aero-propulsive requirements discussed in the previous
section evolve as the technology of hybrid-electric powertrain components matures. To
this end, Figs. 9.13 and 9.14 present the required aero-propulsive benefit for a 15% in-
crease in PREE for missions A and B, respectively, as a function of the electrical driv-
etrain’s chain efficiency and combined specific power. The required aero-propulsive
benefit decreases with increasing chain efficiency and CSP, as expected. The trends of
Figs. 9.13 and 9.14 are similar, although the aero-propulsive requirements are slightly
less restrictive for the latter (R = 2000 nmi), as discussed previously. It is interesting to
note that these figures also provide information regarding possible trade-offs between
the weight and the transmission efficiency of the electrical components. For example, it
may be possible to make a more efficient, but heavier, electrical drivetrain, by including
active (cryogenic) cooling systems which enable superconductivity on determined com-
ponents (see e.g. Refs. [119, 299]). Taking the circular marker of Fig. 9.13b (ηchain = 0.9,
CSP = 3 kW/kg) as an example, it is evident that a 50% increase in weight of the electrical
drivetrain (CSP = 2 kW/kg) is justifiable if it allows the chain efficiency to be increased
beyond 95%. Therefore, although evidently a more mature technology will lead to a more
competitive turboelectric aircraft, for a given point in time, a trade-off between the chain
efficiency and CSP has to be performed to identify the most optimal combination.

Both Fig. 9.13 and Fig. 9.14 present the results for three different shaft power ra-
tios, the third of which (ϕ = 1) corresponds to a fully-turboelectric powertrain. The fig-
ures show that higher aero-propulsive benefits are required to compensate higher shaft
power ratios: for a fully-turboelectric architecture, the electrical drivetrain has to be able
to absorb all the power produced by the gas turbine, leading to very heavy components.
Moreover, the higher the shaft power ratio, the higher the amount of power lost in the
electrical drivetrain1. Consequently, the aero-propulsive benefits required to offset these
penalties and additionally lead to an energy reduction are practically infeasible—even
for very advanced technology levels, as indicated in in Figs. 9.13c and 9.14c. It appears

1The power lost in the electrical powertrain branch is PGB −Ps2, which can be shown to be equal to ϕ(1−
ηchain)(ηchain +ϕ(1−ηchain))−1PGT. Therefore, the losses range from zero, at ϕ = 0, to (1−ηchain)PGT, at
ϕ= 1.
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Figure 9.13: Aero-propulsive efficiency increase required in order to obtain a 15% increase in PREE for
mission A, as a function of the assumed technology level (M = 0.55, mPL = 20 t, R = 650 nmi). Markers

indicate the technology scenarios collected in Tables 9.6 and 9.7.

c) φ  = 1

2 3 4 5
CSP [kW/kg]

5 10 15 20 25 30 35 40 45
Required aero-propulsive benefit [%]

b) φ  = 0.5

2 3 4 5
CSP [kW/kg]

a) φ  = 0.2

2 3 4 5
CSP [kW/kg]

0.80

0.85

0.90

0.95

1.00

C
ha

in
 e

ff
ic

ie
nc

y 
η ch

ai
n [-

]

Figure 9.14: Aero-propulsive efficiency increase required in order to obtain a 15% increase in PREE for
mission B, as a function of the assumed technology level (M = 0.55, mPL = 15 t, R = 2000 nmi). Markers

indicate the technology scenarios collected in Tables 9.6 and 9.7.

therefore that a lower shaft power ratio is beneficial. However, the question remains
whether the required aero-propulsive benefit is achievable with low shaft power ratios.
For example, the required aero-propulsive benefit in Figs. 9.13a and 9.14a is of the or-
der of 15%–25%, but this increase in aerodynamic or propulsive efficiency would have
to be achieved by means of a smart integration of only 20% of the total shaft power. For
some propulsion system layouts this may not constitute a major challenge, if there is
a local optimum in terms of shaft power ratio from an aerodynamic perspective. For
example, for a BLI system, the benefit cannot exceed the amount of power dissipated
in the fuselage boundary layer, and thus it is only beneficial to divert a fraction of the
total shaft power to the fuselage-mounted propulsor [300]. However, if, for a deter-
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mined propulsion-system arrangement, the aero-propulsive benefit grows indefinitely
until ϕ→ 1, then most likely it will not be possible to take full advantage of the potential
of the propulsion system, because of the associated weight penalty. Either way, most of
the aero-propulsive efficiency values plotted in Figs. 9.13 and 9.14 are difficult, if not
impossible, to achieve. This indicates that a 15% reduction in energy consumption is
unlikely for the missions considered.

9.3.3. OVERVIEW OF AERO-PROPULSIVE EFFICIENCY REQUIREMENTS
A summary of the aero-propulsive efficiency requirements is gathered in Tables 9.6 and
9.7, for different missions, technology scenarios, and shaft power ratios. As discussed in
Sec. 9.1.2, the “mid-term” scenario corresponds to state-of-the-art research goals, which
is assumed to be applicable to the 2035-timeframe. The long-term scenario is expected
to be applicable only beyond 2050, if ever. However, these timeframes have to be inter-
preted with caution, since there is no clear forecast. Tables 9.6 and 9.7 also categorize the
aero-propulsive efficiency requirements into three qualitative groups. Green indicates
an aero-propulsive efficiency gain which is considered to be feasible (∆(ηpL/D) ≤15%),
though not necessarily easy to achieve. Orange indicates aero-propulsive benefits
which are considered extremely difficult to attain (15%< ∆(ηpL/D) ≤25%), while the
red numbers indicate benefits which are most likely impossible to achieve in practice
(∆(ηpL/D) >25%). The reader is reminded that the values correspond exclusively to the
aero-propulsive benefit enabled by turboelectric propulsion when compared to a con-
ventional gas-turbine based aircraft designed for the same mission and timeframe. The
results are shown for a cruise Mach number of M = 0.55; results at M = 0.45 and M = 0.65
can be found in Appendix D.2.

Table 9.6: Summary of the aero-propulsive efficiency increase necessary for a 15% increase in PREE with
respect to a fuel-based reference aircraft.

Mission A Mission B
mPL [t] 20 15
R [nmi] 650 2000

CSP M [-] 0.55 0.55
Scenario [kW/kg] ηchain [-] ϕ= 0.2, 0.5, 1.0 ϕ= 0.2, 0.5, 1.0
Near-term 2 0.80 28% >45% >45% 25% >45% >45%
Mid-term 3 0.90 22% 32% >45% 19% 29% >45%
Long-term 5 0.98 17% 21% 28% 14% 19% 26%

Tables 9.6 and 9.7 show that, in the near term, a significant reduction in energy con-
sumption by means of turboelectric propulsion is unfeasible. In the mid-term, a 5% re-
duction in energy consumption is possible if the aero-propulsive efficiency is increased
by approximately 11%, although a 15% energy reduction is practically impossible. If the
power density and transmission efficiency of the electrical components are further im-
proved, then a 15% reduction in energy consumption may be possible in the long term,
provided that the distribution of power leads to a 14%–17% increase in aero-propulsive
efficiency. However, these conclusions all consider a shaft power ratio of ϕ= 0.2, imply-
ing that the aero-propulsive benefit must be gained by distributing around 20% of the
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total power available. Since the primary powertrain branch (gas turbine and generators)
is the dominant contributor to powertrain weight, from an aircraft design perspective, it
is generally beneficial to keep it close to the center of gravity. This makes it difficult to
reap benefits such as fuselage boundary-layer ingestion or tip-mounted propulsion with
the primary propulsors, and thus a large fraction of the aero-propulsive benefit must be
achieved by the smaller, electrically-driven propulsors. Obtaining a 7%–17% benefit in
aero-propulsive efficiency is therefore not a trivial target. In any case, Tables 9.6 and 9.7
indicate that fully-turboelectric configurations (ϕ = 1) are not an effective solution to
decrease the energy consumption of transport aircraft.

Table 9.7: Summary of the aero-propulsive efficiency increase necessary for a 5% increase in PREE with
respect to a fuel-based reference aircraft.

Mission A Mission B
mPL [t] 20 15
R [nmi] 650 2000

CSP M [-] 0.55 0.55
Scenario [kW/kg] ηchain [-] ϕ= 0.2, 0.5, 1.0 ϕ= 0.2, 0.5, 1.0
Near-term 2 0.80 18% 38% >45% 17% 37% >45%
Mid-term 3 0.90 12% 22% 40% 11% 21% 39%
Long-term 5 0.98 8% 12% 18% 7% 11% 18%

9.4. DISCUSSION
The sizing method of Ch. 3 has been used to analyze the sensitivity of a hybrid-electric
aircraft configuration to a series of design parameters, mission requirements, and tech-
nology assumptions. Several important conclusions can be drawn based on the sensi-
tivity analyses. First, although literature suggests that hybrid-electric propulsion (HEP)
can lead to significant improvements in terms of energy consumption, the results evi-
dence that several theoretical benefits at subsystem level do not necessarily lead to an
improvement at aircraft level when the relevant dependencies are included in the sizing
process. As an example, the payload-range energy efficiency (PREE) of the best HEP con-
figuration proposed in Sec. 9.2 is still 2.5% lower than a conventional aircraft. For this
aircraft, the partial-turboelectric powertrain was found to be the best-performing archi-
tecture. In other words, for the battery specific-energy values envisioned for the coming
decades, the use of battery power directly for propulsion purposes does not improve the
energy efficiency of a regional transport aircraft.

In second place, when designing a hybrid-electric aircraft, it must be compared to a
conventional configuration sized for the same mission, and each concept must be eval-
uated at its optimum cruise altitude. Not doing so can lead to an overestimation of the
HEP aircraft’s benefits. In this study, a comparison at constant cruise altitude suggests
that the HEP aircraft can present up to a 12% increase in PREE, due to an increased wing
loading. However, the efforts to increase wing loading are in vain if the conventional
configuration can attain an equally efficient CL in cruise by varying its altitude. In spite
of this, there are several circumstances under which the increase in wing loading en-
abled by DP may still be beneficial. For example, if an appreciable amount of energy is
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consumed during the climb segment, or if the maximum altitude is limited by air-traffic
regulations, then the lower optimal altitude of the HEP aircraft is beneficial. Moreover,
when the maximum wingspan is limited by gate constraints, a HEP aircraft can carry
more payload or employ a higher aspect-ratio wing, for the same wing span. Further-
more, for the same aspect ratio and bending-relief effects, a smaller wing is less heavy.

In third place, the sensitivity studies confirm that the power-control strategy has a
large impact on both the constraint diagram and the mission analysis, and therefore
affects practically all characteristics of the aircraft. The optimal control strategy is also
highly dependent on the aero-propulsive interaction effects. For example, the design-
of-experiments of Sec. 9.2 has shown that a low shaft power ratio (i.e., low thrust share
of the DP-system) is better in cruise, due to the propulsive-efficiency penalty of the DP
system. However, if this penalty could be reduced by properly re-designing the over-the-
wing propulsors, then it may be more beneficial to maximize the shaft power ratio in
cruise. Given that the chain efficiency of the powertrain’s electrical components is 91%
in this study, a small improvement in propulsive efficiency would not have a noticeable
impact at aircraft level, since the DP system is not used in cruise. If, on the other hand,
the propulsive efficiency increases sufficiently to offset this 9% efficiency penalty, then
the shaft power ratio would be maximized in cruise.

Finally, the results of the inverse approach (Sec. 9.3) indicate that the benefit of
turboelectric propulsion increases with range and decreases with cruise Mach number,
while being practically independent of the payload mass. Furthermore, the shaft power
ratio, ϕ, is shown to have a large impact on the turboelectric aircraft, with high shaft
power ratios (ϕ→ 1) demanding a large increase in aero-propulsive efficiency to offset
the weight penalty of the powertrain. This highlights the importance of considering the
relation between the achievable aero-propulsive benefit and the shaft power ratio re-
quired to achieve it, early in the design process. The results show that, when compared
to a conventional, fuel-based aircraft designed for the same timeframe, a 5% reduction
in energy consumption is possible in the mid-term (entry into service circa 2035) if an
increase in aero-propulsive efficiency of 11% is achieved with a shaft power ratio of 0.2.
The results also suggest that a 15% reduction in energy consumption is only possible
with radical improvements in the specific power and transmission efficiency of the elec-
tric drivetrain, and if the aero-propulsive efficiency can be increased by 14% using a shaft
power ratio of 0.2.
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The aerodynamic analyses performed in Part II have shown that over-the-wing pro-
pellers can lead to a significant aerodynamic benefit at subsystem level. For example, the
analyses of Ch. 8 show that the aero-propulsive efficiency ηp(L/D) of an OTW propeller
and the wing segment beneath it can increase by more than 30% with respect to the two
components without aerodynamic coupling. However, this only considers a small part of
the complete aircraft. The aircraft-level sensitivity analyses of Ch. 9, on the other hand,
show that an average increase in aero-propulsive efficiency of at least 10% is required at
vehicle level, to offset the HEP weight penalty and gain a 5% reduction in energy con-
sumption. Hence, the question remains whether OTWDP can provide such a benefit at
aircraft level, or whether it is not a practical solution for regional transport aircraft. The
objective of this final chapter is therefore to combine the design method of Ch. 3, the
aerodynamic model of Ch. 8, and the lessons learned in Chapters 5–9 to determine if,
or how, a typical OTWDP application can lead to a reduction in energy consumption at
aircraft level.

The following section (Sec. 10.1) describes a series of qualitative design considera-
tions that should be taken into account when attempting to design a regional aircraft
with OTWDP. These considerations are based on the findings of previous chapters. The
mission requirements of the case study are subsequently presented in Sec. 10.2, along
with the assumptions made in the sizing process. The aircraft-level performance indica-
tors defined in Ch. 2 are then compared to a conventional reference aircraft sized for the
same mission with the same method (Sec. 10.3). No explicit validation is performed; for
the validation of the sizing method and the aerodynamic model, the reader is referred
to Chapters 4 and 8, respectively. Finally, Sec. 10.4 shows how an appropriate selection
of the geometrical OTWDP design parameters and power-control strategy can affect the
aircraft-level performance metrics.

Parts of this Chapter have been published in Ref. [301].
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10.1. DESIGN CONSIDERATIONS FOR OTWDP AIRCRAFT
The design-space exploration study of Ch. 9 demonstrated that a partial-turboelectric
(PTE) powertrain is the most suitable HEP architecture for a regional transport aircraft.
This powertrain layout is carried forward in this chapter, and therefore no batteries are
used. It is worth noting that, though this architecture is found to be the best solution in
terms of overall energy consumption, in practice a small amount of batteries could be
beneficial or necessary for different reasons. For example, to enable electric taxiing, to
reduce emissions in the vicinity of the airport, or to act as a buffer during transient power
requirements throughout the mission. However, since the total battery energy capacity
has to be minor compared to the total fuel energy to avoid an excessive weight increase,
these effects are not considered for this Class-I analysis.

A key benefit of the PTE configuration is that a large amount of thrust can be pro-
vided by the primary propulsors in the sizing condition, and therefore the electrical
components can remain relatively small and light. In the case of a subsonic regional
aircraft, the propellers used as primary propulsors have to remain relatively large in or-
der to ensure a low disk loading on both propulsion systems. For example, for an ATR
72-600 [228], the total propeller disk area (24 m2) equals roughly 40% of the reference
wing area (61 m2). For an OTWDP system to present a comparable disk loading, large
diameter-to-chord ratios would be required, which entail significant structural integra-
tion challenges. Therefore, in the PTE configuration, a large fraction of the total disk area
corresponds to the primary propellers. Thus, the OTWDP system in essence supports the
primary propellers with varying levels of power share throughout the mission.

An important consideration for the OTWDP system is which parts of the wing it cov-
ers. While the aerodynamic benefit increases with the span fraction covered, the instal-
lation of OTW propulsors in the outboard region comes with several drawbacks, such
as an increased roll inertia, increased yawing moments in case of component failure, a
potential wing weight increase (depending on the structural sizing condition), and in-
terference with the control surfaces (ailerons). While the roll control could in principle
be provided by means of control surfaces integrated in a duct or stator vane, this addi-
tional level of complexity is not considered for the present study. Therefore the OTWDP
system is limited to the inboard portion of the wing, from the root until the outboard
edge of the flap. This decision comes with its own challenges, since the OTWDP sys-
tem must be integrated with the flap, and the primary propellers cannot be installed in
a typical wing-mounted tractor configuration because their slipstream would cover part
of the OTWDP system. Hence, they must be installed on the wing tip, tail, or fuselage.
While each of these positions has its advantages and drawbacks, for the present study
the propellers are placed in a pylon-mounted pusher configuration, similarly to the Em-
braer/FMA CBA-123 Vector [302] or some of the advanced propfan concepts investigated
by NASA in the 1980s [86]. This arrangement is depicted in Fig. 10.1. At this location, the
propellers do not significantly interfere with the horizontal tail, with the ground clear-
ance of the aircraft, or with the wake of the OTWDP system. Moreover, the aft placement
of the propellers leads to a reduction in cabin noise compared to wing-mounted con-
figurations [86]. Although the overall noise levels of the propellers increase due to the
impingement of the pylon wake, this penalty could be reduced with a pylon-blowing
system [303]. However, this configuration presents a larger center-of-gravity excursion
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than wing-mounted configurations, which may lead to an increase in tail size, trim drag,
and aircraft weight [294]. While these effects are not accounted for in the Class-I siz-
ing phase, they should be kept in mind when assessing the overall performance of the
configuration.

a) OTWDP configuration (top view) c) Conventional configuration (front view)

b) OTWDP configuration (front view)

Figure 10.1: Conceptual sketch of a hybrid-electric regional transport aircraft with OTWDP. Conventional
configuration with same total disk area included for reference.

Now that the approximate location and extent of the two propulsor systems has been
presented, the size and axial position of the OTW propellers has to be decided. Chapters
6 and 8 showed that the lift-to-drag ratio benefit is higher for propellers placed near the
location of maximum airfoil thickness. However, for forward locations, the propulsive
efficiency of the propellers is reduced considerably. Therefore, for the present study, the
OTW propellers are placed near the trailing edge. In this way, the propellers can addi-
tionally be installed on the flap. The deflection of the propeller in high-lift conditions
can contribute to an effective lift increase due to thrust vectoring, as well as postpone
flow separation, as discussed in Ch. 7. However, even for 0.75 < xP/c < 1, changes in
the axial propeller location can appreciably affect the performance of the OTWDP sys-
tem (see Appendix G). The incidence angle of the propeller relative to the wing also plays
an important role in this regard: the previous analyses showed that the performance is
improved if the propeller presents a slight nose-down installation angle. Furthermore,
based on the investigations performed in previous chapters, it is unclear whether a duct
is beneficial from an system-level aerodynamic perspective. Although it can, in princi-
ple, reduce the non-uniformity of the inflow to the propeller, this may not be required
for small propellers placed near to the trailing edge. Moreover, while the duct itself con-
tributes positively to thrust at high thrust settings (Ch. 6), in cruise it is likely to reduce
the L/D of the system due to the increase in wetted area [291]. If a duct is required, then
a two-dimensional “envelope” duct comparable to the concept of Fig. 10.1 is considered
the best option. A two-dimensional duct is sufficient to reduce the non-uniform inflow,
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since the inflow conditions to the propeller present no significant spanwise variations
(Ch. 8), and it presents less wetted area and less corner-flow challenges than adjacent
circular or square ducts, respectively (Ch. 6). In any case, further investigation into the
effect of duct shape and position would be required if this configuration is selected.

Based on these criteria, two hypothetical OTWDP arrangements are shown in Fig.
10.2. In the first (Fig. 10.2a), the propeller is placed closer to the trailing edge, in order to
maximize the propulsive efficiency. In that case, a duct is not required. However, the pro-
peller must be installed in a pusher configuration1. The impingement of the pylon wake,
together with the limited wing-shielding capabilities due to the proximity to the trailing
edge, is likely to lead to an increase in both flyover and cabin noise. In the second config-
uration (Fig. 10.2b), the propeller is placed slightly further forward, to reduce wing drag.
In this case, a duct becomes more advantageous, since the wing-induced velocity profile
presents stronger gradients. Moreover, if the wavelength of the blade-passage frequency
is small relative to the size of the duct or the distance to the wing trailing edge, then this
configuration is likely to present lower noise levels than the former due to noise shield-
ing [74]. In both cases, the flap presents a drooped hinge, such that a Fowler motion is
achieved when rotating the flap. The rotation of the flap is such that, when deflected, the
gap is minimized. This leads to a situation comparable to Ch. 8, where the propeller is
located behind the suction peak over the flap hinge. It is assumed that, in this configura-
tion, the suction induced upstream by the propeller allows the flow to remain attached
without requiring a slot for a fresh boundary-layer on the flap. However, further analy-
ses into the interaction effects in high-lift conditions at realistic Reynolds numbers are
required to confirm this assumption.

a) Unducted pusher configuration b) Ducted tractor configuration

Figure 10.2: Conceptual sketch of two OTWDP variants, including the position of the propeller in case of a
δf = 45o flap deflection.

Finally, a generic diameter-to-chord ratio of DP/c = 0.25 is assumed for the sketches
of Fig. 10.2. The previous chapters show that the wing L/D benefit increases significantly
with the diameter-to-chord ratio. However, larger propellers require larger pylons and
create a stronger nose-down pitching moment due to the vertical placement of the thrust
vector, which can lead to higher actuator loads when installing them on a flap. Therefore,
although the effect of DP/c on the aerodynamic performance is accounted for in the
following sections, the Class-I sizing process is not sensitive to such drawbacks.

1The terms “pusher” and “tractor” are used in this research to refer to the position of the propeller relative to
the motor that drives it, not relative to the center of gravity of the aircraft.
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10.2. TOP-LEVEL AIRCRAFT REQUIREMENTS & ASSUMP-
TIONS

To demonstrate the effect of OTWDP at aircraft level, a propeller transport aircraft is
sized using the Class-I sizing method described in Ch. 3. The majority of the selected
design parameters and assumptions are comparable to those used in the design-space
exploration study of Ch. 9. The corresponding values can be found in Appendix D.2. In
the following two subsections, the mission requirements and assumptions of the present
study are described, focusing on the aspects that differ from the previous chapter.

10.2.1. MISSION REQUIREMENTS

The results of Ch. 9 highlight that a turboelectric aircraft with distributed propulsion
presents a greater advantage over conventional fuel-based aircraft for long-range mis-
sions, and for low cruise Mach numbers. However, long-haul flights at subsonic cruise
speeds are not a realistic scenario due to the significant increase in travel time. There-
fore, two missions are considered here. The first is the same mission investigated in
Chapters 5 and 9, which corresponds to the nominal mission of an ATR 72-600 (Mcr =
0.41, R = 825 nmi). The second corresponds to a high-subsonic turboprop aircraft for
longer ranges (see e.g. the IRON project, Refs. [266, 296]), with a cruise Mach number of
Mcr = 0.6 and a range of R = 1500 nmi. A range of 1500 nmi is selected because over 90%
of the scheduled passenger flights have ranges below this value [56, 58], and such ranges
could be covered with lower Mach numbers than those of turbofan aircraft, without a
significant increase in door-to-door travel time. A conventional reference aircraft and
the OTWDP configuration described in the previous section are both sized for these mis-
sion requirements. In both cases, the optimum cruise altitude is selected to avoid mis-
leading conclusions regarding the potential of distributed propulsion, as learned from
Ch. 9. The optimum cruise altitudes were found to lie in the intervals of 19,000 ft –
22,500 ft and 36,000 ft – 40,000 ft for the Mcr = 0.41 and Mcr = 0.60 missions, respec-
tively. The optimum cruise altitudes of the Mcr = 0.60 mission are particularly high as a
consequence of the assumed drag polar, which is more representative of low-speed tur-
boprops, and therefore presents the optimum lift-to-drag ratio at an excessively high lift
coefficient for the selected wing loading and cruise Mach number. While the optimum
altitude could be reduced by assuming different drag-polar characteristics for the high-
speed case, this was not done in the present study to keep the input variables identical
among the two missions. Additionally, for both missions, a payload of 7.5 t (approxi-
mately 75 passengers) is considered. While an increased payload may be beneficial for
the longer-range mission, the sensitivity studies of Ch. 9 showed that the change in air-
craft performance due to hybrid-electric distributed propulsion is practically insensitive
to the payload weight. Therefore, the potential benefits of OTWDP that are analyzed for
the chosen payload are also representative for higher payloads.

Several criteria are added to the list of mission requirements considered in previ-
ous chapters to make the design study more representative. Firstly, in addition to the
take-off, cruise, landing, OEI second-segment climb, and OEI ceiling performance con-
straints, an all-engines operative (AEO) constraint is added following the CS 25.119 reg-
ulations [227]. This additional constraint is incorporated because initial investigations
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showed that the secondary electrical machines, which are not strongly limited by OEI
constraints (see Ch. 5), typically required more power throughout the nominal mission
than the value computed in the power-loading diagram. Note that this may even be the
case if this additional constraint—or any other—is included, depending on the power-
control strategy employed in each flight condition. Moreover, a 30 minute loiter at 6,000
ft and a 5% contingency fuel reserve is added. Furthermore, energy fractions are added
to account for the fuel employed during start-up and take-off (1.5%) and landing (0.5%)
(see Roskam [85], Part I). Finally, the take-off constraint is computed using the approach
described by Torenbeek [304] instead of the take-off parameter (TOP) used previously,
assuming that all engines are operating during take-off. In this way, the take-off con-
straint is sensitive to aerodynamic parameters such as the lift-to-drag ratio.

10.2.2. ASSUMPTIONS REGARDING OTWDP MODELING
The effect of OTWDP is investigated predominantly from an aerodynamic perspective.
In this simplified Class-I design approach, it is assumed that the structural weight of the
airframe is not significantly affected by the OTWDP system. On one hand, the OTWDP
system would lead to an increase in wing weight, since the flap structure must be able
to withstand the forces generated by the propellers, nacelles, pylons, and (potentially)
ducts, which may constitute a limiting load case in some designs. Likewise, the large
pylons supporting the aft-mounted propellers are likely to be heavier than in a fully fuel-
based, aft-mounted propeller configuration, since the electrical generators are housed
inside the nacelle, coupled to the turboshaft engines. On the other hand, previous stud-
ies suggest that distributed-propulsion systems can reduce the wing weight due to an
alleviation of the root bending moment [305], as well as the vertical tail size due to re-
duced OEI yawing moments and the possibility to use thrust vectoring for yaw control
[51]. Here, it is assumed that these counteracting effects approximately lead to a net zero
effect on the structural weight of the airframe.

For the hybrid-electric powertrain, it is assumed that inverters and rectifiers are re-
quired for DC power transmission. Table 10.1 presents the properties assumed for the
powertrain components for the 2035 timeframe. The values are based on current NASA
technology development goals [119] and are similar to the values used in Ch. 9. Again,
for this Class-I approach a generic 30% weight penalty is added to the mass of the electri-
cal drivetrain to account for cooling, cables, switches, and other elements of the power
distribution and thermal management systems.

Table 10.1: Assumed powertrain-component properties for the design study.

Parameter Value
Gas turbine efficiency ηGT [-] 0.34
Gearbox efficiency ηGB [-] 0.96
Electrical machine efficiency [-] 0.98
Converter efficiency [-] 0.99
PMAD efficiency ηPMAD [-] 0.99
Specific power of electrical machines [kW/kg] 13
Specific power of converters [kW/kg] 19
PMAD/thermal management weight penalty 30%
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The changes in lift, drag, and propulsive efficiency due to the aerodynamic inter-
action between the OTW propellers and the wing are estimated using the numerical
method described in Ch. 8. The changes in lift ∆CL and drag ∆CD are then added to the
lift and drag of the airframe, where the latter is modeled using a symmetric parabolic po-
lar (see Eq. 4.4, with CL,minD = 0). To incorporate the “delta” terms in the sizing process
in a computationally efficient manner, a surrogate model is constructed, as described in
Appendix C.3. However, as mentioned previously, this method has several limitations.
For example, it does not account for the nacelles, pylons, or duct of the OTWDP sys-
tem. While it is reasonable to assume that a duct would only be included in the design
if it further improves the aerodynamic characteristics of the OTWDP system, the wetted
area of the nacelles and pylons is likely to lead to an increase in drag. These considera-
tions indicate that there is some uncertainty regarding the aerodynamic modeling, and
therefore in Sec. 10.3 the sensitivity of the aircraft performance metrics to the potential
uncertainty in the aerodynamic model is analyzed.

One key limitation of the aerodynamic model is that it cannot account for high-
lift or high-thrust conditions. More specifically, it cannot simulate flap deflection, and
provides inaccurate results if flow separation occurs beneath the propellers. Thus,
based on the validation study of Ch. 8, the aerodynamic model given by [∆CL , ∆CD ,
∆ηp] = f (CL,airframe,Tc,Re, M , xP/c,DP/c, iP) is limited to airframe-only lift coefficients
of CL,airframe < 1, and thrust coefficients of Tc < 0.4. These values are typically exceeded
during the mission analysis at the start of climb, as well as for several performance con-
straints. In that case, the model is likely to provide conservative estimates, since the lift
and drag benefits increase significantly with thrust setting. While this implies that the
“delta” terms are inaccurate in these conditions, the conservative approach ensures that
the overall potential of OTWDP is not over-estimated in this regard.

Furthermore, for the flight-performance constraints that are performed with the
flap deflected (take-off, approach, and balked landing), several simplifying assumptions
have to be made. Firstly, it is assumed that the net force produced by the propeller is
approximately aligned with the propeller axis. In that case, the thrust-vectoring com-
ponent T cosδP contributes to the effective lift increase. Secondly, it is assumed that
the stall angle of the OTWDP wing is not lower than the stall angle of the wing alone.
In other words, it is assumed that the inclined propeller postpones flow separation over
the (unslotted) flap sketched in Fig. 10.2, such that the maximum lift coefficient of the
wing is comparable to the maximum lift coefficient of the isolated wing with the original
(slotted) flap. This assumption is based on the qualitative observations of Ch. 7, though
these effects have not been quantified for a specific design of the system. And finally, it is
assumed that the increase in wing lift and reduction in wing drag due to the propellers,
for a given angle of attack and flap deflection, is similar to the value obtained at the
bounds of the surrogate model (flap retracted, CL,airframe = 1, Tc = 0.4). This is again con-
sidered a conservative assumption, since the experimental results of Ch. 6 showed that,
when the propeller is deflected with the flap, the ∆CL benefit is only reduced slightly,
while the pressure drag is reduced significantly (see Fig. 6.12). Although these simpli-
fying assumptions could not be verified within the scope of this research, they should
be revisited once a more detailed investigation of the high-lift characteristics has been
performed.
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10.3. BASELINE AIRCRAFT PERFORMANCE
In this section, the aircraft-level performance metrics of a baseline OTWDP configu-
ration are computed. The OTWDP aircraft is first compared to a conventional twin-
turboprop reference aircraft in Sec. 10.3.1. The sensitivity of the aircraft performance
to the uncertainty in the aerodynamic model is then assessed in Sec. 10.3.2. The values
of the OTWDP-system design parameters (i.e., geometrical parameters and the power-
split strategy) selected for this baseline are provided in Table 10.2. For both the reference
aircraft and the OTWDP configuration, two primary propellers are used (N1 = 2). The
size of these propellers is set to DP1/b = 0.146 and DP1/b = 0.126 for the reference and
OTWDP configurations, respectively, such that both configurations have the same ratio
between total propeller disk area and wing area as an ATR 72-600. For the entire mission
analysis, a shaft power ratio of ϕ = 0.5 is assumed. Note that the thrust-vectoring angle
in low-speed conditions is treated as a design variable for illustrative purposes. How-
ever, in practice, the thrust-vectoring angle would be equal to the angle of attack plus
the flap deflection angle, unless a more complicated mechanism is used to provide an
additional degree of freedom. Therefore, the propeller-wing-flap system would have to
be designed in more detail to ensure that the flap and propeller deflection together lead
to a determined overall lift coefficient. The influence of some of these design parameters
are discussed in Sec. 10.4.

Table 10.2: Design-parameter values assumed for the OTWDP system in the baseline configuration.

Parameter Value
Propeller axial position xP/c [-] 0.8
Span-fraction covered by DP system bdp/b [-] 0.53
Number of secondary propulsors N2 [-] 24
Propeller incidence angle iP [deg] 0
Thrust-vectoring angle, take-off δP,TO [deg] 15
Thrust-vectoring angle, landing δP,L [deg] 45
Thrust-vectoring angle, balked landing δP,bL [deg] 45
Shaft power ratio, cruise ϕcr [-] 0.5
Shaft power ratio, take-off ϕTO [-] 0.2
Shaft power ratio, landing ϕL [-] 1.0
Shaft power ratio, OEI sec. seg. climb ϕssc [-] 0.5
Shaft power ratio, OEI ceiling ϕcI [-] 0.5
Shaft power ratio, balked landing ϕbL [-] 0.5

10.3.1. COMPARISON TO REFERENCE AIRCRAFT
Figure 10.3 compares the propulsive-power constraint diagram of the OTWDP aircraft
to the one of the conventional reference aircraft. A comparison of Figs. 10.3a and
10.3b shows how the approach-speed constraint corresponds to higher wing loadings in
the OTWDP configuration, due to the effective lift enhancement in landing conditions.
Moreover, the cruise constraint allows for slightly higher power loadings in the OTWDP
configuration (as observed particularly in the top-right corner of the diagrams), due to
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the drag reduction of the OTW system. This cruise constraint is performed at the op-
timum cruise altitude for an aircraft whose wing loading equals the maximum allowed
wing loading: 4.0 and 4.5 kN/m2 for the conventional and OTWDP configurations, re-
spectively. The contours of PREE show that the energy consumption is lowest at the
design point of maximum wing loading, as observed in Ch. 9.
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Figure 10.3: Propulsive power-loading constraint diagrams of the conventional reference aircraft (left) and the
hybrid-electric OTWDP variant (right), including contours of PREE obtained in the feasible design space for a

fixed (top) and optimized (bottom) cruise altitude (Mcr = 0.41).

However, if the optimum cruise altitude is selected for each feasible combination of
wing- and power loading, the PREE contours of Figs. 10.3c and 10.3d are obtained in-
stead. Note that the cruise constraint at the original cruise altitude of Figs. 10.3a and
10.3b is shown in the diagram, though in reality the constraint varies depending on the
cruise altitude and, hence, on the selected combination of WTO/Sw and WTO/Pp. For
lower wing-loading values, the optimum cruise altitude is higher, and thus the actual
cruise constraint is less restrictive than the one depicted. In any case, the PREE con-
tours show that the optimum design point changes significantly in this case. Since the
cruise altitude is adapted for each wing loading such that the aircraft operates near the
optimum lift-to-drag ratio, the power loading plays a larger role in the location of the op-
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timum design point. This is especially evident for the OTWDP configuration (Fig. 10.3d),
where the optimum design point in terms of PREE corresponds to a very low wing load-
ing (i.e., a very large wing) and a very high power loading (i.e. a relatively small power-
train). This effect is more prominent in the OTWDP configuration due to the high power-
train weight fraction for this configuration. In practice, there would be a lower bound on
the feasible wing loading, since the wing span is limited by the airport gate category, and
the cruise altitude may be restricted by air-traffic constraints. In that case, the character-
istics of the drag polar (e.g., CL,minD ) would be adapted to ensure that optimum design
point is found at feasible wing-loading values. Given that numerous factors play a role in
the location of the optimum design point, the one corresponding maximum wing load-
ing is selected here for further analysis of the baseline configuration. This design choice
will be varied in Sec. 10.4.

The corresponding component power-loading diagrams of the gas turbine and elec-
trical machines are shown in Fig. 10.4. For both the conventional and OTWDP aircraft,
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the gas turbine is sized by the take-off requirement for the Mcr = 0.41 mission, but by
the cruise-speed requirement for the Mcr = 0.60 mission. The gas-turbine power load-
ing of the OTWDP configuration is lower than the conventional configuration because it
has to compensate the power that is dissipated in the electrical drivetrain. This shows
that the aerodynamic benefits of the OTWDP system during take-off do not outweigh the
losses in the electrical components. For this reason, a relatively low power share is used
during take-off (ϕTO = 0.2), and the electrical machines are not actively constrained by
the take-off condition. Instead, Fig. 10.4b shows that the generators (EM1) are sized by
the second-segment-climb constraint in case of component failure, since there are only
two generators, and thus they have to be over-sized by a factor 2. The electrical motors
(EM2), on the other hand, are not limited by the OEI constraints, since there are numer-
ous motors, and in this simplified analysis it is assumed that only one of them fails in the
OEI scenario. Hence, they are sized by the balked-landing constraint.

The aerodynamic, propulsive, and overall efficiency obtained throughout the nomi-
nal mission for the design point of maximum wing loading are shown in Fig. 10.5. Fig-
ure 10.5a shows that, for the selected OTWDP geometry, the interaction with the wing
leads to an appreciable increase in lift-to-drag ratio during climb and cruise. The average
propulsive efficiency of the OTWDP aircraft is comparable to the conventional one, be-
ing marginally higher during climb due to the higher thrust setting, while being slightly
lower during cruise. Note that several factors play a role in the average propulsive ef-
ficiency: the efficiency of the primary (tail-mounted) propellers, the isolated-propeller
efficiency of the OTWDP system, the change in efficiency of the OTWDP system due
to interaction with the wing, and the power split between the two propulsion systems,
ϕ. For this comparison, the same total disk area is assumed for the OTWDP and con-
ventional configurations. Therefore, the primary propellers of the OTWDP aircraft are
smaller than the ones of the conventional aircraft. If they would be the same size, then
the overall disk loading of the OTWDP configuration would be lower, leading to a slight
increase in propulsive efficiency. Finally, when considering the changes in lift-to-drag
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ratio, propulsive efficiency, and powertrain efficiency, the overall efficiency benefit of
OTWDP is marginal for the assumed design parameters and component technology lev-
els (Fig. 10.5c). It is highest during climb, due to the increase in L/D and ηp at higher
thrust settings.

The resulting weight breakdown of the two configurations is reflected in Fig. 10.6.
The figure shows that, for both sets of mission requirements, the minor increase in over-
all efficiency due to OTWDP is insufficient to offset the increase in take-off weight, and
thus the fuel consumption is slightly higher (in an absolute sense) for the OTWDP con-
figuration. The weight increase is a result of adding the electrical components on one
hand, and of requiring a larger gas turbine to offset the losses in the electrical drivetrain
(see Fig. 10.4) on the other. Nevertheless, the differences in take-off mass and energy
consumption between the baseline OTWDP aircraft and the reference aircraft are rela-
tively small.
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Figure 10.6: Mass breakdown of the conventional and OTWDP configurations, for the short and long-range
missions. Values are expressed in metric tons and as a percentage of take-off mass.

10.3.2. SENSITIVITY TO UNCERTAINTY IN AERODYNAMIC MODELING

The changes in lift, drag, and propulsive efficiency present some uncertainty for sev-
eral reasons. Firstly, for a given geometry of the wing and OTW propellers, the numerical
model itself presents a determined uncertainty (see Ch. 8), due to the assumptions made
in the formulation (modeling error) and the numerical implementation (discretization
and convergence errors) of the method. A comparison to experimental data showed that
it tends to under-estimate the lift and drag benefits, while over-estimating the propulsive
efficiency. Secondly, to apply this numerical method, several simplifying assumptions
have been made regarding the geometry of the system. Some of these simplifications are
likely to contribute to optimistic results (e.g., neglecting nacelles or pylons), some con-
tribute to conservative results (e.g., using a generic, un-optimized wing and propeller
geometry), and for others the effect on overall performance is not fully clear (e.g., the
incorporation of a duct). These simplifications are especially important in high-lift con-
ditions, where several additional assumptions have to be made for the method to be
applicable in the preliminary sizing phase (see Sec. 10.2).
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Therefore, to understand how sensitive the aircraft-level performance metrics are to
these uncertainties, two hypothetical limit cases are considered: a “conservative” sce-
nario, and an “optimistic” scenario. For the former, the change in lift, drag, and propul-
sive efficiency are simultaneously decreased, increased, and decreased, respectively.
For the optimistic scenario, the opposite is done. For the sectional changes in lift and
drag, the deviations from experimental data (approximately ∆cl ±0.02, ∆cd ±0.001) and
from the asymptotic value observed in the convergence study (approximately∆cl ±0.01,
∆cd ±0.0005) are considered. These values are scaled by the factor bdp/b (Table 10.2) to
convert them into three-dimensional force coefficients, ∆CL and ∆CD . For the propul-
sive efficiency, the indicative error band of ∆ηp ±0.01 discussed in Sec. 8.3 is used. An
overview of these values is provided for the two scenarios in Table 10.3.

Table 10.3: Modifications made to the “delta” terms to analyze the sensitivity to uncertainty in the
aero-propulsive model.

Scenario 1 Scenario 2
(conservative) (optimistic)

∆CL = ∆CL,computed −0.016 ∆CL,computed +0.016
∆CD = ∆CD ,computed +0.0008 ∆CD ,computed −0.0008
∆ηp = ∆ηp,computed −0.01 ∆ηp,computed +0.01

Figure 10.7 presents the aircraft performance indicators for the conservative, base-
line, and optimistic scenarios. All values are normalized with the corresponding param-
eter of the conventional reference aircraft. The parameters L/D , ηp, and ζ correspond to
average values obtained throughout nominal mission; i.e., diversion and loiter are not
included in the metric. Fig. 10.7a shows that the L/D benefit at aircraft level is dou-
bled and reduced to practically zero for the optimistic and conservative scenarios, re-
spectively. For both sets of mission requirements, the average propulsive efficiency is
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Figure 10.7: Effect of aerodynamic-model assumptions on aircraft performance parameters. All values are
normalized with the corresponding reference-aircraft values.
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slightly higher than the reference aircraft in the optimistic scenario, while being lower
in the baseline and conservative scenarios. These differences cascade into an overall
variation of the PREE of approximately ±5%, depending on the mission. The changes
in PREE are higher for the long-range mission because the fuel-weight fraction is higher
and the aero-propulsive benefit is exploited for a longer duration. Although these vari-
ations in PREE (±5%) and take-off mass (±3%) do not represent a specific confidence
interval, they can be considered a conservative indication of the potential error due to
uncertainty in the aerodynamic modeling.

10.4. INFLUENCE OF OTWDP DESIGN PARAMETERS

The OTWDP design-parameter values of the baseline configuration analyzed in the pre-
vious section were generically selected without any systematic sensitivity or optimiza-
tion study. While they provide insight into some of the key effects of OTWDP at aircraft
level, they do not indicate the actual benefit that can be obtained from these systems.
The purpose of this section is to investigate how the aircraft-level performance metrics
are affected by these parameters. The parameters are divided into two groups: those
that define the geometry of the OTWDP system, and those that define the power-split
strategy. These two categories are discussed in the two following subsections, respec-
tively. Finally, in the last subsection, the overall performance of the aircraft with the best
combination of OTWDP design-parameter values is discussed.

10.4.1. GEOMETRICAL PARAMETERS

To investigate the effect of the top-level parameters that describe the geometry of the
OTWDP system, the first seven parameters of Table 10.2 are varied: the axial propeller
position, the span-fraction covered, the number of propellers, the propeller incidence
angle, and the thrust-vectoring angle in the take-off, landing, and AEO balked landing
constraints. A design-of-experiments (DoE) is performed by distributing 1,000 points
equally among all dimensions using a Latin-hypercube sampling. The OTWDP aircraft
is then sized for the short-range mission (Mcr = 0.41, R = 825 nmi) for each combination
of parameters. The values of these parameters are limited to the bounds specified in
Table D.16 of the Appendix. The aerodynamic efficiency, propulsive efficiency, take-off
weight, and payload-range energy efficiency of the resulting designs are gathered in Fig.
10.8. Note that L/D and ηp correspond to the average values obtained throughout the
nominal mission.

Figure 10.8a shows that, even though the design parameters have been limited to
“reasonable” bounds, changes in the design of the system can have a significant impact
on the aero-propulsive efficiency of the aircraft. The trends observed at subsystem level
(Ch. 8) also apply at aircraft level; for example, a more aft OTW propeller position in-
creases the average ηp of the aircraft, but leads to a lower lift-to-drag ratio. Lower pro-
peller incidence angles are also found to increase the average propulsive efficiency. An
increase in the span fraction bdp/b, meanwhile, increases the relative influence of the
OTWDP system on the overall aerodynamic characteristics of the aircraft, and conse-
quently has a clearly distinguishable effect on the overall energy consumption.
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To illustrate these effects, four examples are shown on the top Fig. 10.8. The point
with lowest L/D , Point A, also presents roughly the maximum ηp benefit. This design
corresponds to a relatively small propeller placed near the trailing edge of the wing, with
a small nose-down angle. In this case, a very high average propulsive efficiency can be
achieved due to a combination of several factors: the reduction in local velocity near the
trailing-edge stagnation point, a small angle-of-attack effect on the propeller which con-
tributes to an increased thrust along the freestream direction, and a decreased disk load-
ing due to a higher total disk area of the aircraft. The opposite occurs for Point B, where
a series of larger propellers are placed further forward along the chord, and along a large
fraction of the wing span. In this case, the lift-to-drag ratio is increased by 7% relative
to the conventional aircraft, while the propulsive efficiency is reduced by approximately
9%. The design with the lowest PREE (Point C), on the other hand, corresponds to an
array of small propellers placed upstream of the flap, covering a relatively small portion
of the wing. Finally, the design which leads to the lowest energy consumption (Point D)
corresponds to an array which covers a large portion of the wing, with propellers that
present a negative incidence angle, and whose axial position is a compromise between
the propulsive-efficiency gain obtained near the trailing edge, and the drag reduction
obtained at more forward positions.
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10.4.2. POWER-CONTROL STRATEGY

The power-control parameters of a PTE architecture are the gas-turbine throttle and the
shaft power ratio. The former determines roughly how much thrust the propulsion sys-
tem produces, while the latter determines the thrust share between the primary pro-
pellers and the OTWDP system. Therefore, for a given thrust setting, the shaft power
ratio affects the aero-propulsive efficiency of the aircraft. To investigate the effect of the
shaft power ratio ϕ, a DoE with 1,000 data points is performed similarly to the previous
section. In this DoE, the ϕ values of the six performance constraints and of the climb,
cruise, descent, and loiter phases of the mission analysis are varied between 0 and 1.
A linear evolution of ϕ is assumed for each mission segment, and the same values are
applied for the nominal mission and the diversion. The full list of variables is provided
in the Appendix (Table D.16). In this analysis, the geometrical design parameters of the
baseline configuration are maintained (i.e. the best results of the previous section are
not used as starting point).

Figure 10.9 shows the aircraft performance metrics obtained for each combination
of shaft power ratios. For this OTWDP system geometry, the propulsive efficiency of the
aircraft does not vary significantly with ϕ, when compared to the effect of the geomet-
rical design parameters (Fig. 10.8a). However, the lift-to-drag ratio does vary, and is
particularly sensitive to the shaft power ratio during cruise. This occurs because higher
ϕcr values lead to higher OTWDP-system thrust coefficients during cruise, and therefore
to an increase in L/D during a large part of the mission. Nevertheless, the colors of the
data points show that higher a L/D does not necessarily correspond to a more efficient
aircraft in terms of the PREE. The reason for this is that the shaft power ratio not only af-
fects the aero-propulsive efficiency throughout the mission, but also the power require-
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Figure 10.9: Top-level aircraft performance metrics for various combinations of shaft power ratio ϕ, as
obtained from the DoE. Darker colors indicate higher PREE values. Mcr = 0.41, R = 825 nmi.
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ments of the powertrain components in the constraint diagrams. Therefore, the take-off
mass of the aircraft is much more sensitive to changes in the power-control strategy (Fig.
10.9b) than to changes in the geometrical parameters of the OTWDP system (Fig. 10.8b).
The shaft power ratio during take-off is found to have a particularly large influence on
the take-off mass and, consequently, on the PREE, since in many cases the take-off is the
limiting constraint for the powertrain components.

In Fig. 10.9a, the lift-to-drag ratio is more sensitive to the power-control strategy
than the average propulsive efficiency. However, a different trend may be observed for a
different geometry if, for example, small propellers are placed close to the trailing edge.
To ensure that the overall performance comparison between the OTWDP configuration
and the reference aircraft is representative, a third and final DoE is performed, where
both the geometrical and power-control parameters are varied simultaneously. In this
case, the wing loading is also treated as a design variable, since the results of Fig. 10.3
show that the OTWDP configuration may present a strongly sub-optimal performance
at maximum wing loading. Additionally, the span-fraction of the OTWDP system is kept
constant and equal to the baseline value, since in this Class-I approach the optimum
would be bdp/b = 1, but this is unfeasible due to the space required for the fuselage and
ailerons. This leads to a total of 21 design variables, which can be found in Table D.16
of the Appendix. The resulting design with maximum PREE is selected for further analy-
sis. For simplicity, that design is referred to as the “optimum” in subsequent paragraphs;
however, it should be noted that this corresponds to a well-performing design (as was
confirmed in posterior manual evaluations), and not to a global optimum. Also note
that the conventional reference aircraft is kept constant, since all design variables are
only applicable to the OTWDP system. One exception is the design wing loading, but a
different wing loading would lead to only minor improvements in PREE for the conven-
tional aircraft, as reflected in Fig. 10.3c.

The best-performing power-control strategy obtained from the DoE is shown in Fig.
10.10. The optimal shaft power ratio during take-off is comparable to the baseline value,
remaining around 0.2 in order to limit the power required from the electrical compo-
nents in the sizing condition. The shaft power ratio in the OEI second-segment climb,
OEI ceiling, and balked landing constraints are lower than in the baseline configura-
tion. This occurs because, in the baseline configuration, the electrical machines are
sized by these performance constraints (see Fig. 10.4). However, these requirements can
be alleviated by requesting more power from the primary propellers without affecting
the gas-turbine size, which is limited by the take-off constraint. The shaft power ratio
is also reduced in the landing constraint, which leads to a lower maximum wing load-
ing. This does not adversely affect the aircraft performance because the optimum wing
loading is below the maximum wing loading. In other words, the shaft power ratio and
thrust vectoring angle during landing do not affect the overall aircraft performance. In
practice, this would imply that a smaller high-lift system could be used without a reduc-
tion in aircraft performance, i.e. CLmax,airframe can be reduced until the optimum design
wing loading equals the maximum allowable wing loading. Analogously, since the pow-
ertrain is sized during take-off, the shaft power ratio in the cruise constraint does not
actively limit the powertrain size. Consequently, during the climb and cruise phases of
the mission analysis, the shaft power ratio can be increased slightly to enhance the aero-
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propulsive benefits without exceeding the installed power of the electrical components.
Finally, during descent, the shaft power ratio tends towards the upper bound, though it
has a negligible impact on the overall energy consumption since the thrust setting, and
therefore fuel consumption, is minimal during descent.
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Figure 10.10: Comparison of shaft-power-ratio values obtained for the OTWDP configuration in the
performance constraints (left) and throughout the nominal mission (right). Mcr = 0.41, R = 825 nmi.

10.4.3. OVERALL PERFORMANCE COMPARISON & DISCUSSION

To provide a concluding discussion regarding the potential of OTWDP systems for re-
gional transport aircraft, Table 10.4 compares the design parameters and aircraft-level
performance metrics of the baseline and optimized OTWDP configurations to the refer-
ence aircraft. Additional characteristics can be found in Table D.15 of the Appendix. The
optimal axial position and number of OTW propellers do not lie on the variables’ bounds
(0.75 < xP/c < 1.00, 20 < N2 < 40), indicating that the correct part of the design space has
been explored in the DoE and in Ch. 8. This also suggests that larger OTW propellers
are not necessarily better from an aero-propulsive perspective, contrary to what was ini-
tially hypothesized. While larger propellers would have a higher isolated-propeller effi-
ciency for the same total thrust requirement, the higher thrust coefficients required from
smaller propellers enhance the ∆ηp, ∆CL , and ∆CD terms, which appears to outweigh
the benefits associated to a lower disk loading. This is reflected in the average thrust co-
efficient of all propellers throughout the mission, Tc,mean: while in the baseline OTWDP
configuration it is 4%–6% lower than the conventional aircraft due to the reduced drag,
in the optimized configuration it is increased by roughly 3% because the OTW propellers
are purposely operated at a higher thrust setting during cruise. Moreover, the results
show that, for the given approach speed requirement and assumed CLmax,airframe, the
thrust-vectoring during the (balked) landing is not necessary. This is a consequence of
the higher HEP-component power loadings that can be achieved at lower wing loadings,
as discussed earlier.
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Table 10.4: Results of the OTWDP design-parameter optimization study. Percentages expressed relative to the
conventional aircraft for the same mission.

Conventional Baseline Optimal
Aircraft OTWDP OTWDP

Mcr [-] 0.41 0.60 0.41 0.60 0.41 0.60
R [nmi] 825 1500 825 1500 825 1500
xP/c [-] - - 0.80 0.80 0.776 0.782
N2 [-] - - 24 24 36 32
DP/c [-] - - 0.25 0.25 0.17 0.19
iP [deg] - - 0 0 -5 -5
δP,TO [deg] - - 15 15 0.2 27.9
δP,L [deg] - - 45 45 21.2 44.2
δP,bL [deg] - - 45 45 20.8 21.7
WTO/Sw [kN/m2] 4.00 4.00 4.50 (+12%) 4.50 (+12%) 4.04 (+0.9%) 3.91 (-2.4%)
Tc,mean ×10 [-] 1.13 1.09 1.06 (-5.9%) 1.05 (-4.0%) 1.17 (+3.4%) 1.12 (+2.8%)
L/D [-] 18.3 18.4 19.0 (+4.0%) 18.9 (+2.9%) 19.4 (+5.8%) 19.0 (+3.4%)
ηp [-] 0.86 0.86 0.86 (-0.2%) 0.86 (-0.2%) 0.91 (+6.0%) 0.90 (+5.0%)
ηPT [-] 0.33 0.33 0.32 (-3.4%) 0.32 (-3.1%) 0.31 (-4.3%) 0.32 (-3.4%)
ζ [-] 5.12 5.14 5.13 (+0.2%) 5.11 (-0.5%) 5.50 (+7.3%) 5.39 (+4.8%)
mTO [t] 21.9 25.6 23.5 (+7.0%) 26.8 (+4.8%) 22.4 (+2.1%) 25.5 (-0.5%)
PREE [-] 1.76 1.56 1.65 (-6.1%) 1.49 (-4.6%) 1.84 (+4.6%) 1.64 (+4.8%)

Table 10.4 shows that the average lift-to-drag ratio and propulsive efficiency of the
“optimized” OTWDP aircraft are approximately 6% higher than the reference aircraft,
for the short-range mission. The benefits are reduced to 3.4% and 5% respectively, for
the long-range mission. Part of these benefits are forfeited in the transmission losses
of the electric drivetrain, leading to an overall increase of 7.3% and 4.8% in ζ for the
short- and long-range missions, respectively. For the short-range mission, a portion of
this benefit is required to compensate the increase in aircraft weight due to the hybrid-
electric powertrain. In total, this leads to a roughly 2% increase in take-off mass, while
the PREE is improved by 4.6%. For the long-range mission, the increase in powertrain
weight is compensated by the reduction in fuel weight, and therefore the take-off mass
is similar to the reference aircraft. In this case, a PREE increase of approximately 5% is
achieved. The range of shaft power ratios (0.2 < ϕ < 0.5), changes in aero-propulsive
efficiency (9%–12%), and changes in PREE (∼ 5%) obtained in this study are also in line
with the values expected from Ch. 9, confirming that the additional simplifications made
in the design-space exploration studies of the previous chapter are valid.

These results indicate that hybrid-electric configurations with OTWDP can reduce
the energy consumption of regional transport aircraft for the 2035 timeframe. How-
ever, a 5% reduction in energy consumption is most likely insufficient to justify a rad-
ical change in the overall layout of the aircraft. Furthermore, the sensitivity analysis
of Sec. 10.3.2 suggests a PREE uncertainty of approximately ±5% due to uncertainty
in the aerodynamic modeling of the OTWDP system alone. Hence, additional detailed
studies on a particular OTWDP-system design would be required to determine whether
the PREE benefit lies closer to 0%, or to 10%. Moreover, the configuration analyzed in
this study (Fig. 10.1) presents a relatively large center-of-gravity excursion, which is not
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modeled in the present Class-I approach and may be a disadvantage compared to con-
ventional, wing-mounted propeller configurations. Thus, a more detailed, Class-II de-
sign loop is required to assess the performance benefit more accurately. Nevertheless,
the findings show that the aerodynamic benefits at subsystem level can indeed lead to a
benefit at aircraft level. Based on these considerations and the lessons learned in the pre-
vious chapters, the following scenarios are identified as potential configurations where
OTWDP may play a role in the future:

• High-efficiency regional transport: a regional aircraft with OTWDP could present
a more significant reduction in energy consumption if the aero-propulsive bene-
fits are increased beyond the ones estimated in this study. This may be achieved
with a more optimal design of the OTWDP geometry, or if the full span of the wing
can be covered without significant penalties in the structural weight or stability
and control of the aircraft. Advancements in HEP-component technology also play
an important role in this sense, since the PREE benefits increase significantly with
the efficiency and specific power of the electrical components (see Ch. 9). More-
over, as the aviation industry gains experience with the operation and certification
of (hybrid-) electric powertrain components for smaller aircraft, the entry barriers
for such technologies for larger regional aircraft will be reduced.

• Low-noise regional transport: this is considered separately from the previous
point, since the optimum OTWDP design in terms of aerodynamic efficiency (pro-
pellers near trailing edge) is likely to differ considerably from the optimum design
in terms of community noise. However, if the propellers are ducted and placed
more forward to exploit the shielding capabilities of the wing, a low-noise config-
uration may be achieved. In that case, the primary propellers would also have to
be installed in a low-noise configuration; for example, above a U-tail [306] or as
ducted propellers [175, 176]. Another advantage of OTWDP in this regard is the
reduced diameter of the primary propellers when compared to a twin-turboprop
with the same total disk area (see Table D.15), which can lead to lower blade-tip
Mach numbers.

• Small fully-electric aircraft: if smaller, fully-electric aircraft are used in the future
for inter- or intra-city transport due to lower operating costs or the absence of in-
flight emissions, then considerations such as STOL capabilities or flyover noise will
play a relatively larger role [307]. In that case, OTWDP can present several advan-
tages over conventional or LEDP configurations, without significantly increasing
the weight of the already electric powertrain. In addition to a potential increase in
cruise performance, OTWDP can increase the high-lift capabilities by deflecting
the propeller and flap and, in a limit case, enable VTOL operations. Furthermore,
the noise shielding can be an important advantage over leading-edge configura-
tions when operating close to urban areas. Depending on the type of runway, the
improved shielding from foreign-object damage (FOD) may also constitute an ad-
ditional benefit. Also for these applications it is important to keep in mind that the
optimal OTWDP designs in terms of cruise performance, high-lift performance,
and noise production are likely to differ considerably, and therefore not all bene-
fits can be maximized simultaneously.
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• Long-haul transport: the results of this chapter and the previous one confirm
that the increased aero-propulsive benefit leads to a larger benefit at aircraft level
for longer ranges. However, long-haul missions typically require transonic cruise
speeds. In these conditions, OTWDP would require divergent ducts and present
significant challenges due to shock formation on the upper side of the wing [152].
However, for very low diameter-to-chord ratios, it may still provide benefits. This
may be possible, for example, in a blended-wing-body configuration [295]. How-
ever, in that case, the diameter of the propulsors is comparable to the height of the
boundary layer, and many of the aerodynamic observations made in the present
study no longer hold or are no longer dominant. Instead, more attention has to be
paid to the boundary-layer ingestion effects.
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CONCLUSIONS AND

RECOMMENDATIONS

The objective of the research presented in this dissertation is to answer the question:

What are the effects of over-the-wing distributed-propulsion
on the energy efficiency of hybrid-electric aircraft?

The previous chapters have presented a series of theoretical, experimental, and numer-
ical investigations that aim to answer this question. Some of these investigations were
more fundamental in nature, while others were more applied and focused on the par-
ticular combination of hybrid-electric propulsion, distributed propulsion, and over-the-
wing propulsion. In this final chapter, the key findings of these investigations are sum-
marized. Moreover, several open questions are highlighted, which serve as recommen-
dations for future research.

11.1. CONCLUSIONS
The research performed to answer the question above is divided into three main
blocks: the development of a conceptual sizing method for hybrid-electric distributed-
propulsion (HEDP) aircraft, an investigation into the aerodynamic interaction effects
between the components of an OTWDP system, and an aircraft-level assessment of the
aerodynamic benefits of OTWDP. These blocks correspond to Parts II, III, and IV of this
dissertation, and their main findings are presented in the following subsections, respec-
tively.

11.1.1. THE SIZING PROCESS OF HYBRID-ELECTRIC AIRCRAFT
A sizing method for the conceptual design of aircraft with hybrid-electric or distributed-
propulsion systems has been developed. The method is intended for fixed-wing aircraft,
with a focus on tube-and-wing configurations. The formulation of this method shows
that:
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• The three main steps of traditional Class-I sizing methods (performance con-
straint analysis, mission analysis, and weight estimation) are also applicable to
HEDP aircraft, though they have to be modified to account for two factors: aero-
propulsive interaction effects, and the additional components of the hybrid-
electric powertrain.

• The aero-propulsive interaction effects of distributed-propulsion systems can be
accounted for by including a series of “delta” terms in the basic point-performance
equations of the aircraft. These terms represent the changes in lift, drag, and
propulsive efficiency of the aircraft due to the aerodynamic interaction between
the propulsors and the airframe, and must be estimated as a function of top-level,
non-dimensional parameters using simplified methods.

• Conventional, series, parallel, partial turboelectric, fully-turboelectric, and fully-
electric propulsion-system architectures can all be represented as limit cases of
a generic “series/parallel partial hybrid” architecture if the powers produced are
specified by means of three power-control parameters: the supplied power ratio,
the shaft power ratio, and the throttle setting.

• If constant transmission efficiencies are assumed for the powertrain components,
the powers produced by each component of a generic HEP architecture can be
computed for a given propulsive-power requirement or power-control strategy by
inverting a single matrix representing a set of linear equations.

• Different components of a HEP powertrain are generally sized in different flight
conditions, and therefore a power-loading diagram is required for each compo-
nent, instead of the single power-loading diagram used in traditional sizing meth-
ods.

• The energy requirements of HEP aircraft can be estimated using an analytical
range equation. However, for this, constant power-control parameters have to be
assumed, which leads to unrealistic results. Therefore, a time-stepping mission
analysis is recommended in the preliminary sizing phase.

To verify that the method was correctly formulated and implemented, a verification
study was performed by comparing the results to a separate, independently-developed
HEP aircraft sizing method. In this study, both methods were first used to size a 19-
seater commuter aircraft, and results were compared to existing reference data. Then, a
series of hybrid-electric variants, without distributed propulsion, were sized and the two
methods were contrasted against each other. This comparison showed that:

• For the conventional aircraft, both methods deviate from the reference data by less
than 4% in terms of maximum take-off mass.

• The trends in take-off mass and payload-range energy efficiency (PREE) obtained
from the two methods when varying mission range, battery technology level, or
the hybridization ratio, match each other and match the trends expected from lit-
erature.
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• The results of the serial and parallel architectures tend towards those of the con-
ventional, turboelectric, or fully-electric architectures in the limit cases of “0% hy-
bridization” and “100% hybridization”, confirming that the aforementioned matrix
representation of a generic HEP powertrain is consistent.

• When comparing the hybrid- and fully-electric aircraft configurations obtained
from the two methods, differences of up to 2% in take-off mass and 5% in PREE
are found, relative to each other.

This verification study confirmed that the sizing method is capable of modeling
hybrid-electric aircraft without aero-propulsive interaction effects. To ensure that
the method also provides confident results for configurations with significant aero-
propulsive coupling, the aero-propulsive models must be validated on a case-to-case
basis. To understand how these interaction effects influence the design of the aircraft, a
regional aircraft with leading-edge distributed propellers was sized and compared to a
conventional twin turboprop. This demonstrated that:

• The shaft power ratio and supplied power ratio play a fundamental role in the
weight of the propulsion system, since each component can be sized by a differ-
ent flight condition, and the power required for each flight condition depends on
these variables.

• The lift enhancement provided by leading-edge distributed propulsion during ap-
proach leads to a significant increase in wing loading (+50%). However, there is an
optimum wing loading for a given cruise altitude, speed, and drag polar, and thus
excessive lift enhancement during approach can be detrimental for the overall en-
ergy consumption.

• In this particular study, the serial and partial-turboelectric (PTE) configurations
present an increase in cruise lift-to-drag ratio of roughly 6% due to the increased
wing loading. However, the increase in powertrain weight—particularly for the
serial configuration—leads to an increase in energy consumption of 40% and 3%
for the serial and PTE configurations, respectively.

11.1.2. PROPELLER INTERACTION EFFECTS IN OTWDP SYSTEMS
The design considerations and typical operating conditions obtained from the previous
HEDP aircraft design study were used as a starting point for the detailed aerodynamic
analyses. The purpose of these analyses was to gain a more fundamental understand-
ing of the flow phenomena that take place when a propeller operates in close proxim-
ity to other elements of an OTWDP system, such as the wing, duct, or adjacent pro-
pellers. Given that these interaction effects are unsteady, three-dimensional, and viscous
in nature, a predominantly experimental approach was selected for these investigations.
These investigations were complemented with high-fidelity numerical analyses to ob-
tain more detailed information regarding the flow field in case of complex geometries,
and with a low-fidelity numerical analysis to rapidly estimate the effect of geometrical
parameters that could not be varied easily in an experiment. The key takeaways of these
aerodynamic investigations are divided into four categories: propeller–wing interaction
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in cruise conditions, propeller–wing interaction in high-lift conditions, propeller–duct
interaction, and propeller–propeller interaction.

PROPELLER–WING INTERACTION IN CRUISE CONDITIONS

Three different experimental setups were employed to investigate the propeller–wing
aerodynamic interaction in cruise lift and thrust settings: one focusing on the effect of a
single propeller on the wing, one focusing on the effect of a wing on a single propeller,
and one investigating the two-way interaction between a wing and three propellers. The
experimental data were used to validate a low-fidelity numerical method, which was in
turn used to perform sensitivity studies and complement the experimental data. The
results showed that the OTW propeller(s) had the following effects on the wing:

• When a single propeller is placed above a wing, the velocities induced by the pro-
peller on the wing can be decomposed into a change in the effective angle of at-
tack, and a non-uniform velocity component along the wing surface. The former
is more dominant for larger diameter-to-chord ratios, and leads to an increase in
lift, as well as to a reduction in drag due to the reorientation of the lift vector.

• The non-uniform velocities induced locally by the propeller lead to an increase
in suction immediately upstream of the propeller, an increase in pressure imme-
diately downstream of it, and an adverse pressure gradient directly beneath the
propeller disk. For a typical OTWDP configuration in cruise conditions, the mag-
nitude of the changes in surface pressure is of the order of∆Cp ≈±0.1. The effect of
these changes in pressure on lift and drag is highly dependent on the axial position
of the propeller: the lift increase is maximized if the propeller is placed towards the
rear of the airfoil, while the drag reduction is maximized if the propeller is placed
near the location of maximum airfoil thickness.

• Only the tangential vorticity component of the propeller vortex system induces
velocities outside the slipstream. Therefore, in cruise conditions, the effect of the
propeller on the wing is primarily a function of the relative size of the propeller
and the thrust coefficient. The blade count, shape, and pitch angle do not play a
major role.

• Propellers placed near the trailing edge have no significant upstream effect on the
boundary-layer transition location. Propellers placed ahead of the natural transi-
tion location move the transition point upstream.

• The propeller-induced pressure gradients lead to an increase in boundary-layer
thickness in cruise conditions, effectively de-cambering the airfoil and reducing
the lift and drag benefits with respect to inviscid flow. This effect is more promi-
nent at lower Reynolds numbers.

• In subsonic flight conditions (M < 0.6) and high Reynolds numbers (Re ≥ 107), the
Mach number has no significant impact on the changes in wing performance due
to the propellers.
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• For an array of OTW propellers (N À 1), the changes in sectional wing lift and drag
beneath the array are approximately constant in spanwise direction.

• For an array of three propellers located at 80% chord, with a diameter equal to 67%
of the wing chord, the average sectional lift-to-drag ratio beneath the middle pro-
peller is found to increase by 45% in typical cruise conditions (effect of nacelle,
duct, and pylons excluded). The lift-to-drag ratio benefit increases with thrust set-
ting, diameter-to-chord ratio, and Reynolds number, and decreases with tip clear-
ance and a more downstream position of the propeller.

Regarding the effect of the wing on the OTW propeller(s), the following conclusions can
be drawn:

• The velocity profile induced by the wing at the propeller location can be decom-
posed into four contributions: a change in the effective advance ratio, a change in
the effective angle of attack, a non-uniform velocity profile induced by the inviscid
wing, and a non-uniform velocity profile caused by the wing boundary layer.

• For a propeller positioned near the trailing edge, the non-uniform loading is pri-
marily caused by an angle-of-attack effect. This leads to differences in loading be-
tween the up-going and down-going blade sides. For a propeller positioned near
the leading edge, the non-uniform loading is primarily caused by the vertical gra-
dient of axial velocity. This leads to differences in loading between the top and
bottom sides of the propeller disk.

• The propeller performance is strongly dependent on the incidence angle relative
to the wing, iP. On one hand, the non-uniform loading due to non-axial inflow
reduces the efficiency along the propeller axis. On the other hand, given that the
local flow direction above the wing is not aligned with the freestream direction, a
small angle-of-attack effect can also increase the effective propulsive efficiency in
the flight direction.

• For the typical diameter-to-chord ratios envisioned for regional OTWDP aircraft
(DP/c ∼ 0.2), the wing boundary layer has a negligible effect on propeller perfor-
mance.

• Downstream of the propulsion system, the propeller slipstream is stretched in ver-
tical direction due to the vertical velocities induced by the wing. Moreover, for typ-
ical tip-clearance values (ε/c < 0.1), the bottom part of the slipstream deforms due
to the interaction with the wing wake.

• For an array of three propellers located at 80% chord, with a diameter equal to 67%
of the wing chord, the propulsive efficiency of the propeller is found to decrease
by 12% in typical cruise conditions (effect of duct, nacelle, and pylons excluded).

PROPELLER–WING INTERACTION IN HIGH-LIFT CONDITIONS

The interaction between an OTW propeller and the wing in high-lift conditions was first
analyzed in an exploratory test of a single propeller above a wing with a Fowler flap. Sub-
sequently, a dedicated test with a simplified wing geometry was performed to investigate
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the interaction between the propeller and the wing boundary layer with and without ex-
ternal pressure gradients. For this, the propeller was placed above the hinge line of a
plain flap. Moreover, unsteady RANS simulations were performed to investigate the ef-
fect of inclining the propeller together with the flap for this particular geometry. These
analyses showed that:

• When a propeller operates at a high thrust setting (CT = 0.35) close to a flat sur-
face (i.e, without external pressure gradients), a bubble of reduced axial velocity
is generated near the wall immediately behind the propeller. Behind this bubble
(x/R > 0.6), the slipstream approaches the wall and the boundary-layer thickness
is reduced. The axial extent of the bubble increases with tip clearance and de-
creases at higher thrust settings.

• When a propeller is placed above the hinge line of a plain flap and operated at
a high thrust setting, the propeller triggers flow separation over the flap. This is
predominantly caused by the time-averaged adverse pressure gradient induced by
the propeller. The unsteady interaction between the blade tip vortices and wing
boundary layer is not the dominant cause for flow separation.

• Increasing the tip clearance between propeller and wing is not a practical solution
to mitigate propeller-induced flow separation.

• Placing the propeller further upstream, such that the flap hinge is located imme-
diately behind the low-velocity bubble generated behind the propeller, leads to a
Coandă effect which postpones flow separation and increases system (i.e., wing +
flap + propeller) lift.

• Inclining the propeller by rotating it together with the flap around the flap hinge
delays the point of flow separation with respect to uninstalled conditions and leads
to an increase in system lift, primarily due to the contribution of the propeller
thrust and normal force to the net vertical force.

• For a propeller operating at a high thrust setting above a Fowler flap, deflecting
the propeller with the flap is found to provide a stronger drag reduction (∆CDp =
−0.008) than if the propeller is not deflected (∆CDp = −0.005), without an appre-
ciable change in wing lift. In both cases, the magnitude of the non-uniform load-
ing on the propeller is comparable.

• A comparison to experimental data shows that the magnitude of propeller-
induced flow separation was under-predicted by unsteady RANS simulations.

PROPELLER–DUCT INTERACTION

A duct may be beneficial to reduce the non-uniform inflow to the propellers of an
OTWDP system and provide additional noise shielding. However, based on the exist-
ing literature, it is not clear what a representative duct shape would look like. Therefore,
two simplified limit cases were analyzed: a circular ducted propeller and a square ducted
propeller. These simplified geometries were selected in order to draw more generalized,
qualitative conclusions regarding the typical interaction effects that may occur with the

276



11.1. CONCLUSIONS

11

corners and flat walls of ducted OTWDP systems, and avoid conclusions inherent to a
specific duct design. A numerical (RANS) approach was taken to obtain detailed infor-
mation regarding the blade loading and flow field inside the duct. A high thrust setting
was analyzed. The numerical analyses revealed that:

• The adverse pressure gradients created by the propeller inside the square duct lead
to flow reversal in the corners of the duct and create a spanwise velocity compo-
nent at the trailing edge which is oriented towards the corners. This contributes to
the formation of a pair of counter-rotating vortices.

• In the square duct, the non-axisymmetric inflow and varying end-plate effect per-
ceived by the propeller blades every 90o leads to an unsteady blade loading which
is especially prominent in the outboard part of the blade. For the setup analyzed,
at the radial location of maximum loading, the amplitude of the blade thrust fluc-
tuations is 9% of the mean blade thrust.

• For a given system (i.e., propeller plus duct) thrust setting, the contribution of the
duct thrust to the total thrust is higher for the circular duct than for the square one:
at Tc ≈ 1.0, they constitute 15% and 2.5% of the total system thrust, respectively. In
both cases, the ratio between duct thrust and system thrust increases with thrust
setting.

• For the geometry, blade-pitch setting, and advance ratio (J = 0.7) analyzed in this
study, the circular and square ducted propeller systems produce similar levels of
thrust (Tc ≈ 1.0), though approximately 7% less than the isolated propeller. In
these conditions, the circular ducted propeller system was found to be slightly
more efficient than the isolated propeller, while the square ducted propeller sys-
tem was found to be slightly less efficient.

• Based on the two-dimensional disturbance created above the wing in an OTWDP
configuration, the corner-flow effects encountered in the square duct, and the
changes in wetted area when going from a single ducted propeller to multiple
ducted propellers, a 2D envelope duct without walls between adjacent propellers
appears to be more beneficial in terms of aerodynamic performance than an array
of adjacent circular or square ducts.

PROPELLER–PROPELLER INTERACTION

If the propellers of an OTWDP array are placed in close proximity without a duct or with
a 2D envelope duct, then their aerodynamic characteristics are affected by the neigh-
boring propellers. To investigate this, an experiment was performed with three adjacent
propellers (without a wing). An evaluation of the interaction effects for different geo-
metrical design parameters and operating conditions showed that the performance of
the middle propeller was affected in the following ways:

• At the thrust setting corresponding to maximum propeller efficiency, the efficiency
of the propeller is reduced by 1.5% due to the presence of the additional propellers
on each side. This performance loss is caused primarily by the presence of the
adjacent nacelles.
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• The minor efficiency reduction due to aerodynamic interaction is higher for a pro-
peller placed slightly upstream of the neighbors (forward stagger), for a non-zero
angle of attack, or for lower thrust settings. It decreases with increasing separation
distance between the propellers and is independent of the rotation direction or
the relative blade-phase angle.

• The velocities induced by each propeller’s vortex system do not significantly affect
the time-averaged performance of the adjacent propellers, but do lead to the ap-
pearance of in-plane velocity components that generate unsteady blade loading.
The local changes in loading are of the order of 5%–10% of the average disk load-
ing of the propeller. They are primarily caused by the time-averaged influence of
each propeller slipstream on its neighbors, and not by discrete, unsteady blade-
to-blade interactions.

• For typical operating conditions encountered during forward flight, the interac-
tion does not lead to a significant deformation of the slipstreams: 1.2R behind the
propellers, the slipstreams retain a quasi-circular cross section.

11.1.3. PERFORMANCE OF HYBRID-ELECTRIC AIRCRAFT WITH OTWDP
After gaining several insights into the sizing process of HEDP aircraft and the aerody-
namic characteristics of OTWDP systems, the final part of this dissertation aims to de-
termine if, or under which conditions, the combination of HEP and OTWDP can lead to
a benefit at aircraft level. For this, first, a design-space exploration study was performed
by sizing a generic OTWDP aircraft for different combinations of mission requirements,
design parameters, and technology assumptions. These sensitivity studies revealed that:

• The benefit of OTWDP in terms of overall energy consumption increases with mis-
sion range, decreases with increasing cruise Mach number, and is practically inde-
pendent of the payload weight.

• For a fair comparison between HEDP and conventional configurations, each air-
craft should fly at the optimum cruise altitude, or the characteristics of the drag
polar (e.g. CL,minD ) should be adapted such that both configurations operate near
the optimum lift coefficient for a predetermined cruise altitude. If not, the benefits
of the increased wing loading enabled by the distributed-propulsion system may
be significantly over- or under-estimated.

• For typical pack-level battery energy-density values envisioned for the coming
decades (250 ∼ 750 Wh/kg), the use of batteries for aircraft propulsion is detrimen-
tal for the energy consumption of a regional HEDP aircraft—unless a very small
amount of batteries can appreciably increase the efficiency of the thermal engine
or other powertrain components.

• Serial and fully-turboelectric powertrains are not beneficial for regional trans-
port aircraft, due to the high weight of the electrical components. For this rea-
son, a partial-turboelectric architecture is considered the most promising for
distributed-propulsion applications.
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• For the aerodynamic benefits of HEDP to lead to a 15% reduction in energy con-
sumption for the 2035+ timeframe, an average increase of 17%–23% in aero-
propulsive efficiency is required throughout the mission. However, this benefit
must be achieved with low degrees of “hybridization” (ϕ∼ 0.2), and will therefore
be extremely difficult to reach in practice.

Based on these analyses, a regional aircraft with OTWDP and a partial-turboelectric
powertrain was sized for a short-range mission (R = 825 nmi, Mcr = 0.41) and a medium-
range mission (R = 1500 nmi, Mcr = 0.60). The design study was intended for an entry-
into-service of 2035, and focused on a configuration where the OTWDP system was in-
stalled on the flap. A simplified aero-propulsive model was used to estimate the effect of
the OTW propellers on wing performance and vice versa. No duct is included in the mod-
eling. This aero-propulsive model was applicable for cruise conditions, while for high-
lift conditions, several simplifying assumptions had to be made. In this design study:

• The optimal wing loading of the OTWDP configuration in terms of PREE corre-
sponds to the point of maximum power loading if the aircraft is sized at the opti-
mal cruise altitude.

• The optimal shaft power ratio is 0.2–0.25 in the sizing condition (take-off), de-
pending on the mission. For both missions, the shaft power ratio during cruise
is increased to 0.5–0.6 in order to maximize the aero-propulsive benefits in this
condition without exceeding the installed power of the powertrain components.

• For an OTWDP array covering 53% of the wing span, the best combination of ax-
ial propeller position and number of propellers is found to be xP/c = 0.78 and
N2 = 38, respectively. In this simplified modeling approach, in which the propeller
performance is not sensitive to Reynolds number, a negative propeller incidence
angle (e.g. iP =−5o) is beneficial for the aero-propulsive efficiency.

• The average aero-propulsive efficiency gains due to OTWDP are found to be 12%
and 9% for the short- and medium-range missions, respectively, compared to a
twin-turboprop reference aircraft. Of these benefits, approximately 4% is required
to offset the efficiency losses in the electric drivetrain.

• The uncertainties in take-off mass and PREE due to uncertainty in the aerody-
namic modeling are, conservatively, estimated to be ±3% and ±5%, respectively.

• The take-off mass and PREE are found to increase by 2% and 4.6% for the short-
range mission, respectively, compared to the reference aircraft. For the medium-
range mission, the take-off mass is comparable to the reference aircraft, and the
PREE is increased by approximately 5%.

11.2. DIRECTIONS FOR FUTURE RESEARCH
The research presented in this dissertation has shed a light on several aspects of hybrid-
electric aircraft, distributed propulsion, over-the-wing propulsion, and the combination
thereof. Nevertheless, there are still many aspects that require further investigation to
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gain a true understanding of these complex systems. The following paragraphs present
a series of topics that require further research, based on the limitations encountered in
this study, and some concluding remarks regarding the potential applications of OTWDP.

REGARDING THE CONCEPTUAL DESIGN OF HYBRID-ELECTRIC AIRCRAFT

The conceptual design approach taken in this research has focused particularly on
the aerodynamic characteristics of the distributed-propulsion system and the implica-
tions that it has in terms of aircraft performance. However, there are other aspects of
distributed-propulsion systems that can make or break the design. For more sound con-
clusions, the level of fidelity of the hybrid-electric powertrain modeling has to be in-
creased; for example, by accounting for the drag or weight penalties of the thermal man-
agement system, or by providing more realistic estimates of the weight and efficiency of
the electrical machines and combustion engine. Such methods have already been devel-
oped by other authors, and can be combined with the approach presented here to obtain
a more consistent level of fidelity across the different disciplines. Furthermore, several
of the “secondary” benefits or drawbacks of OTWDP, which are not accounted for in the
Class-I sizing phase, should be investigated in more detail. For example, the change in
structural weight due to the installation of HEP or OTWDP components should be in-
vestigated. One particularly important aspect in this sense is the effect of distributed
propulsion on stability and control. For example, the pitching moment created by the
OTWDP system—particularly if deflected with the flap in landing conditions—may af-
fect the required horizontal tail size and trim drag. On the other hand, the reduced mo-
ments in case of component failure and potential horizontal alignment of the thrust vec-
tor with the center-of-gravity of the aircraft may also have beneficial effects regarding tail
sizing.

The design method formulated in this research can be used as a starting point for
more advanced design routines that account for these effects, or it can act as an inte-
grator and be coupled to higher-fidelity modules. Expanding the method in this manner
will not only increase the accuracy of the modeling, but additionally open the door to
a wider range of aircraft configurations. For example, the aft pylon-mounted propeller
configuration that was combined with OTWDP in Chapter 10 may present disadvantages
when compared to other primary-propeller locations, such as tail-mounted, wing-tip-
mounted, or fuselage boundary-layer ingesting propellers. To be able to investigate such
configurations and perform a fair comparison, it is vital that aero-propulsive models are
developed for different integration strategies, following the parametrization and level of
fidelity that is appropriate of a conceptual design process.

REGARDING THE AERODYNAMIC CHARACTERISTICS OF OTWDP SYSTEMS

A significant fraction of the work presented in this dissertation has focused on under-
standing the aerodynamic interaction between a wing and an OTW propeller. However,
in this process, components such as the nacelles and pylons required to install the pro-
pellers have largely been ignored. The effect of these additional components on the in-
teraction between the propeller and wing should be assessed to gain a more representa-
tive estimation and understanding of the performance of OTWDP systems. For example,
the results of this research indicate that the nacelles have an influence on both the per-
formance of the wing and the adjacent propellers, though the effect of nacelle shape and
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position has not been investigated. A particularly relevant question in this regard is the
effect of the duct: what is the effect of a properly-designed duct on the performance
of the system? What is the optimal shape? Both fundamental aerodynamic investiga-
tions and more design-focused aerodynamic optimization studies would strongly sup-
port the development of OTWDP systems in this sense. For such studies, the effect of the
Reynolds and Mach numbers encountered throughout the flight envelop should not be
overlooked.

One of the most important limitations of the present research is, perhaps, the lack
of actual high-lift performance predictions. The investigations have provided insight
into some of the fundamental interaction effects between the propellers and the wing
and its boundary layer, and have shown that OTW propellers can increase the high-lift
capabilities of the system by either inducing a Coandă effect, or by deflecting the pro-
pellers with the flap. Moreover, the aircraft design studies have highlighted the tremen-
dous impact that the increase in wing loading due to aero-propulsive interaction can
have on the overall aircraft’s efficiency. However, it is currently unclear how much the
maximum lift coefficient or stall angle of the system can increase with OTWDP, or what
a well-performing high-lift design would look like. Research on this topic is challeng-
ing due to the importance of additionally matching the Reynolds number in experimen-
tal approaches. Moreover, as demonstrated in this research, high-fidelity numerical ap-
proaches struggle to capture the propeller-induced flow separation over a flap. Hence,
research into the high-lift performance for realistic Reynolds numbers and geometries is
not only important from a design perspective, but also to further the capabilities of nu-
merical methods. The datasets or prediction models stemming from such investigations
can subsequently be applied to the sizing method described in this research to assess
what the impact at aircraft level would be. It should be noted that, in this regard, not
only the maximum lift coefficient is important, but especially the trimmed maximum
lift coefficient. This may require dedicated research on its own, due to the coupling be-
tween thrust, lift, and pitching moment. Particularly the changes in pitching moment,
which have not been analyzed in this work, require further investigation.

Furthermore, even though the potential noise shielding benefit of OTWDP has been
mentioned several times throughout this dissertation, it has not been investigated as
such. Previous studies have shown that the wing can, in theory, shield the ground from
the noise produced by the propeller. However, the question remains whether this can
be done effectively for an aerodynamically-efficient design of the OTWDP system. The
aerodynamic interaction effects identified in this study lead to an appreciable unsteady
blade loading and already hint that there is a trade-off between aerodynamic and acous-
tic performance; for example, regarding the axial position of the propellers, or the sep-
aration between adjacent propellers. A more detailed investigation of the acoustic in-
terference effects in OTWDP systems can provide a more fundamental understanding of
the problem, and potentially make room for a low-noise HEDP aircraft configuration.

FUTURE RESEARCH INTO NOVEL AIRCRAFT CONFIGURATIONS

The design studies of Chapter 10 conclude that OTWDP can lead to a 5% reduction in
energy consumption for a regional turboprop aircraft, albeit with an uncertainty band
of comparable amplitude. This 5% reduction alone is most likely insufficient to justify a
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radical change in the design, production, operation, and maintenance of the aircraft—
especially when considering that the Class-I sizing method used to estimate this value
ignores some important factors such as tail sizing and trim drag. However, there at least
are three scenarios that can foment the use of OTWDP for regional transport, which are
not mutually exclusive. The first is if the efficiency and specific power of the electri-
cal components are increased beyond the values assumed in this study. Though this is
unlikely on the short term, an improvement in these components would have a non-
linear effect on the aircraft: for a percentage increase in transmission efficiency, the
benefits of OTWDP lead to more than a percent reduction in energy consumption. The
second corresponds to a scenario where the aero-propulsive benefits of OTWDP are in-
creased beyond the levels identified in this study. For example, by carefully integrating
the OTWDP system with the wing structure and control surfaces, a full-span OTWDP sys-
tem where the duct contributes to the cross-sectional inertia of the wing may be created.
And thirdly, if the aforementioned noise-shielding effects can be demonstrated without
hindering the aerodynamic performance, then the combined energy-consumption ben-
efits and noise benefits will present a strong case for such aircraft configurations.

The application of OTWDP for other missions and market segments should also be
explored. The recent developments in fully-electric general aviation are a good starting
point in this sense. If in the future only small, fully-electric aircraft are allowed to operate
in the proximity of urban areas, a reality which is becoming more and more common for
ground transportation, then OTWDP can offer aerodynamic (and potentially, acoustic)
benefits that conventional or leading-edge distributed propeller arrangements do not
present. While such applications would not significantly reduce the environmental im-
pact of the aviation sector as a whole, they can act as a seed to develop the technology
and facilitate its posterior application for larger aircraft. Similarly, the long-haul market
is a promising candidate for partial-turboelectric distributed propulsion, due to the large
fuel weight fractions required for such missions. OTWDP could be used for such mis-
sions if the cruise speed is reduced slightly and highly swept propellers are employed.
However, the use of OTWDP at transonic cruise speeds comes with its own challenges
in terms of shock formation, which would require additional dedicated research into the
interaction effects.

Finally, it should be noted that OTWDP can be combined with other advanced
propulsion technologies. For example, the potential benefits of alternative fuels such
as hydrogen could be superimposed to the aero-propulsive benefits provided by the
OTWDP system. Likewise, the benefits of supporting the combustion engine with bat-
tery power in off-design conditions may lead to an overall increase in powertrain effi-
ciency, since the batteries can also be used as a buffer or to directly power the OTWDP
system in particular off-design cases. Furthermore, as evidenced in this research, the
OTWDP system should be complemented by an additional propeller system. These
additional propellers may also be placed at strategic locations on the airframe to fur-
ther enhance the aerodynamic or propulsive efficiency of the aircraft; for example, in a
boundary-layer ingestion configuration. More detailed research into these radical air-
craft configurations will contribute to a better understanding of the underlying physics,
a more accurate comparison of the different configurations, and, ultimately, to a more
sustainable aviation industry.
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A
HYBRID-ELECTRIC POWERTRAIN

OPERATING MODES

Chapter 3 presents a simple powertrain model for conceptual aircraft sizing purposes.
For this highly simplified model, the components of the hybrid-electric powertrain are
represented by “black boxes”, each characterized by a constant transmission efficiency.
The serial/parallel partial hybrid (SPPH) is taken as a generic hybrid-electric powertrain
representation, since all other architectures can be obtained as limit cases of this archi-
tecture. In that case, the set of linear equations representing the power balances across
each component (Eq. 3.21) can be complemented by three closing equations and ex-
pressed as

A ·P = b, (A.1)

where A is a coefficient matrix containing the transmission efficiencies and power-
control variables, P is a column vector containing the unknowns (i.e., the ten powers
indicated in the top schematic of Fig. A.1), and the right-hand-side column vector b de-
pends on the constraints imposed to close the system of equations. This conceptually
and mathematically simple representation of a generic hybrid-electric powertrain allows
the designer to compute the power produced by each component by simply inverting the
matrix A.

For example, when both energy sources provide power, both propulsors generate
thrust, and excess power is sent from the gearbox to the electrical system, the set of equa-
tions becomes (copied from Eq. 3.22):
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

−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −ηPMAD 1 0 0 0
0 0 0 0 0 0 −ηEM2 1 0 0
0 0 0 0 0 0 0 −ηP2 0 1
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


·



Pf
Pgt
Pgb
Ps1
Pe1
Pbat
Pe2
Ps2
Pp1
Pp2


=



0
0
0
0
0
0
0
0
0

Pp


(A.2)

The last three rows of Eq. A.2 specify the supplied power ratio, shaft power ratio, and
total propulsive power. Therefore, this formulation can be used to determine the power
required from each component for an assumedΦ,ϕ, and a given total propulsive power.
This is for example the case in the constraint diagram, where the propulsive power re-
quirement stems from the flight-performance equations for the given flight condition.
This formulation does not specify the throttle setting or the maximum power that sys-
tem can produce.

On the other hand, once the powertrain size has been determined, it can be of in-
terest to specify the throttle setting, while leaving the propulsive power as a dependent
variable. This can occur, for example, during the climb phase of the mission analysis,
when the engines are operated at maximum continuous power, and the excess power is
used to accelerate or increase altitude. In that case, the set of equations can be solved as



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −ηPMAD 1 0 0 0
0 0 0 0 0 0 −ηEM2 1 0 0
0 0 0 0 0 0 0 −ηP2 0 1
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 ξGT 0 0 0 0 0 0 0 0


·



Pf
Pgt
Pgb
Ps1
Pe1
Pbat
Pe2
Ps2
Pp1
Pp2


=



0
0
0
0
0
0
0
0
0

PGT,max


(A.3)

In this case, the total propulsive power Pp = Pp1 +Pp2 is obtained for a given installed
gas-turbine power PGT,max and throttle setting ξGT.

The coefficient matrices A of both Eqs. A.2 and A.3 assume that all elements of the
solution vector P are positive. However, this is not necessarily the case, if for example
the battery is being charged, or the propulsors are windmilling. In those cases, the ele-
ments of the coefficient matrix change depending on the so-called “operating mode” of
the powertrain. Given that the gas turbine cannot produce a negative shaft power, and
that not all powers can simultaneously flow into or out of a given component, a total of
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Anine operating modes exist. These are conceptually represented in Fig. A.1. While most
of these operating modes may not be practical or feasible for a given powertrain design,
they are, theoretically, possible. For example, Fig. A.1.7 shows a situation where the pri-
mary propulsors are extracting power from the flow, which is diverted—together with the
gas-turbine power and battery power—to the secondary propulsors. This may be useful
in a situation where a series of LEDP propellers are operated at high thrust to increase
the wing lift as much as possible during landing, while the primary propulsors are wind-
milling to generate enough drag and maintain a sufficiently low approach speed. In that
case, the gas turbine may still produce a residual amount of power because it remains
in an idle setting. Another example may be the case depicted in Fig. A.1.9, where both
propulsor systems are harvesting energy and all power is diverted to the battery. This
scenario may be useful if drag has to be increased during the descent phase to allow a
steeper approach. In this case, part of the kinetic and potential energy of the aircraft
is stored in the batteries, which may lead to a (minor) reduction in overall energy con-
sumption or a reduction in turnaround time, if limited by the battery charging process.
This feature may also reduce the required spoiler size.
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Figure A.1: Overview of the nine possible powertrain operating modes. Blue arrows indicate negative Pi
values, following the convention defined as positive with the filled arrowheads in the top schematic.
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The coefficient matrices corresponding to these nine operating modes are presented
below. These matrices can be implemented in the sizing routine, and the designer can
select the corresponding one depending on the operating mode of the powertrain. How-
ever, for a generic combination of Φ and ϕ, the operating mode is unknown a priori. In
that case, the different options have to be probed, to find one where the assumed sign
of each variable Pi (for that operating mode) matches the sign of the solution variables.
It should be noted that, for powertrain architectures other than the SPPH configuration,
one or more of the powers Pi is zero. This means that multiple coefficient matrices can
provide the same physical solution. For example, for a serial configuration, ϕ = 1 (see
Table 3.1), and Ps1 = Pp1 = 0. In that case, operating modes 7, 8, and 9 will provide the
same solution as modes 1, 2, and 3, respectively. Also note that, while in the examples
below the same three closing equations are used as in Eq. A.2, for each operating mode,
alternative closing equations such as a specified throttle setting (Eq. A.3) can also be
used instead.

1. Battery and gas turbine provide power, both propulsor systems create thrust, and
excess power from the gas turbine is diverted to the electrical system (used in Eq.
A.2):

A1 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −ηPMAD 1 0 0 0
0 0 0 0 0 0 −ηEM2 1 0 0
0 0 0 0 0 0 0 −ηP2 0 1
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.4)

2. The gas turbine provides power to the battery and both propulsor systems:

A2 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −1 1 0 0 0
0 0 0 0 0 0 −ηEM2 1 0 0
0 0 0 0 0 0 0 −ηP2 0 1
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.5)
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A3. The gas turbine provides power to the battery and primary propulsors, while the
secondary propulsors are harvesting energy:

A3 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −1 ηPMAD 0 0 0
0 0 0 0 0 0 −1 ηEM2 0 0
0 0 0 0 0 0 0 −1 0 ηP2
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.6)

4. The battery provides power to both propulsor systems simultaneously:

A4 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB ηGB 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −1 0 ηEM1 0 0 0 0 0
0 0 0 0 −1 −ηPMAD 1 0 0 0
0 0 0 0 0 0 −ηEM2 1 0 0
0 0 0 0 0 0 0 −ηP2 0 1
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.7)

5. The primary propulsors are powerd by the gas turbine, the battery, and the (wind-
milling) secondary propulsors:

A5 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB ηGB 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −1 0 ηEM1 0 0 0 0 0
0 0 0 0 −1 −ηPMAD ηPMAD 0 0 0
0 0 0 0 0 0 −1 ηEM2 0 0
0 0 0 0 0 0 0 −1 0 ηP2
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.8)
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6. The secondary propulsors are harvesting energy, and the power is used to both
charge the battery and support the primary propulsors:

A6 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB ηGB 1 0 0 0 0 0 0
0 0 0 −ηP1 0 0 0 0 1 0
0 0 −1 0 ηEM1 0 0 0 0 0
0 0 0 0 −1 −1 ηPMAD 0 0 0
0 0 0 0 0 0 −1 ηEM2 0 0
0 0 0 0 0 0 0 −1 0 ηP2
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.9)

7. Primary propuslors are windmilling, and the power is diverted together with the
gas-turbine power and battery power to the secondary propulsors:

A7 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 ηGB 0 0 0 0 0 0
0 0 0 −1 0 0 0 0 ηP1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −ηPMAD 1 0 0 0
0 0 0 0 0 0 −ηEM2 1 0 0
0 0 0 0 0 0 0 −ηP2 0 1
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.10)

8. The primary propulsors are windmilling, and the power produced is combined
with the gas-turbine power to charge the battery and feed the secondary propul-
sors:

A8 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 ηGB 0 0 0 0 0 0
0 0 0 −1 0 0 0 0 ηP1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −1 1 0 0 0
0 0 0 0 0 0 −ηEM2 1 0 0
0 0 0 0 0 0 0 −ηP2 0 1
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.11)
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A9. Both propulsor systems are windmilling, and all the power produced is used to
charge the batteries.

A9 =



−ηGT 1 0 0 0 0 0 0 0 0
0 −ηGB 1 ηGB 0 0 0 0 0 0
0 0 0 −1 0 0 0 0 ηP1 0
0 0 −ηEM1 0 1 0 0 0 0 0
0 0 0 0 −ηPMAD −1 ηPMAD 0 0 0
0 0 0 0 0 0 −1 ηEM2 0 0
0 0 0 0 0 0 0 −1 0 ηP2
Φ 0 0 0 0 (Φ−1) 0 0 0 0
0 0 0 ϕ 0 0 0 (ϕ−1) 0 0
0 0 0 0 0 0 0 0 1 1


(A.12)
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B
RANGE EQUATION FOR

HYBRID-ELECTRIC AIRCRAFT

Estimating the energy required to fly a determined range is one of the main steps of
the conceptual aircraft design process. In most design studies, this is done by means of a
time-stepping mission analysis [45, 99, 104, 108, 309, 310]. However, this already requires
information regarding the aircraft layout and power-control strategy which may not be
available at the very beginning of a clean-sheet design process. In that case, a more
simplified approach can be used to estimate the energy consumption. For conventional
aircraft, this is typically done in the Class-I sizing phase by means of the well-established
Breguet range equation (see e.g. Refs. [85, 91, 92]), which can be expressed as:

R = ηGTηp

(
L

D

)(
ef

g

)
ln

(
WOE +WPL +Wf

WOE +WPL

)
, (B.1)

where WOE +WPL +Wf equals the take-off weight of the aircraft, WTO. This equation
shows that the range depends on the weight breakdown of the aircraft, the specific en-
ergy of the fuel used, and the propulsive efficiency (ηp), aerodynamic efficiency (L/D),
and combustion-engine efficiency (ηgt) of the aircraft. There is a logarithmic depen-
dency of range on fuel weight, since the fuel weight—and thus, the aircraft weight—
decreases throughout the mission.

A range equation can also be derived for fully-electric aircraft in a similar fashion.
In that case, the equation is simplified further, since the mass of the energy source
(batteries) remains constant throughout the mission. Numerous studies (see e.g. Refs.
[38, 105, 311, 312]) have already shown that, in this case, the range equation is given by:

R = ηEMηp

(
L

D

)(
ebat

g

)(
Wbat

WOE +WPL +Wbat

)
. (B.2)

Parts of this Appendix have been in published Ref. [308].
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Here, the efficiency factor ηEM comprises the efficiencies of all electrical components
connected in series between the energy source (batteries) and the propulsor shaft. Since
the aircraft weight remains constant, there is no logarithmic dependency, and the range
is directly proportional to the battery weight fraction Wbat/WTO instead.

Multiple authors have also derived range equations for hybrid-electric aircraft, which
combine the two energy sources. An overview of some existing works on this topic is
provided in Ref. [308]. However, the formulations encountered in literature are often
based on inaccurate assumptions, or are limited to a specific powertrain architecture
and control strategy. The purpose of this section is therefore to derive a simple range
equation for aircraft with hybrid-electric powertrain architectures that feature a single
propulsion system. Architectures with two propulsion systems (SPPH, partial turboelec-
tric, and dual-electric; see Sec. 3.2) are not considered for simplicity, although the same
rationale could be followed to derive a more generic expression which is compatible with
these architectures. In order to obtain a closed form of the range equation, a constant
power-split throughout the mission is assumed. In practice, it is unlikely that a constant
power-split will lead to the best design, and therefore it is important to analyze variable
power-control strategies early in the design process, as indicated in Chapters 5 and 9.
Nevertheless, a simplified range equation can be applied to discrete mission segments
with constant power split, or to determine initial values for more advanced design meth-
ods. Moreover, the derivation and application of the range equation helps to understand
the influence of some of the key parameters and design considerations involved in the
sizing process of hybrid-electric aircraft.

B.1. SIMPLIFIED POWERTRAIN REPRESENTATION

The simplified schematic representation of the different powertrain architectures used
in this study is based on the classification of Ch. 3. When considering hybrid-electric
powertrain architectures with only one type of propulsion system, one can distinguish
between powertrains with a mechanical node (a gearbox), and powertrains with an elec-
trical node (a power management and distribution system). Parallel and serial power-
trains are examples of such architectures, as shown in Fig. B.1a and B.1b, respectively.
Conventional, turboelectric, and fully-electric powertrains, on the other hand, can be
identified as simplified versions of these two architectures. Contrary to Ch. 3, for sim-
plicity, a distinction is made here between the electrical motor (EM) and the generator
(GEN), while the PMAD and GB boxes are not explicitly shown.

At this point the simplification is made that no power losses exist at the nodes. In
this case, the two powertrain types can be further simplified and merged into a single
schematic, shown in Fig. B.1c. This generic representation presents two energy sources
(fuel and batteries) and one energy sink (the ambient air). The three branches which
connect the node with the energy sources and sinks are labeled “1”, “2”, and “3” for sim-
plicity. Each branch is modeled by a single constant transmission efficiency η, which
encompasses different elements depending on the powertrain architecture. The relation
between each branch and the different architectures is summarized in Table B.1.
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Figure B.1: Simplified schematic representations of powertrain architectures.

Table B.1: Relation between powertrain branch efficiencies and component efficiencies for powertrains with
mechanical (conventional, parallel, or fully-electric architectures) and electrical (turboelectric, serial, or

fully-electric architectures) nodes.

Simplified Mechanical-node Electrical-node
representation architectures architectures

η1 = ηGT ηGTηGEN

η2 = ηEM 1
η3 = ηp ηEMηp

Finally, the supplied power ratio can be used to define how the power coming from
the two energy sources is shared at the node (see Sec. 3.2.2):

Φ= Pbat

Pbat +Pf
. (B.3)

The supplied power ratio is assumed to be constant in the present analysis, as discussed
earlier. Equation B.3 can be re-written as

Pbat =
Φ

1−ΦPf, (B.4)

where, in an intermediate step, both sides of the equation have been divided by the term
(1−Φ). This will lead to a singularity for Φ= 1, as discussed in Sec. B.3.
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B.2. DERIVATION OF THE RANGE EQUATION
The derivation starts by considering the power balance at the node of the powertrain,
P3 = P1 +P2, which can be written as

Pp

η3
= η1Pf +η2Pbat. (B.5)

The powers included on the right-hand side of Eq. B.5 are defined as positive when the
energy sources are being depleted, such that

Pf =−dEf

dt
, (B.6a)

Pbat =−dEbat

dt
. (B.6b)

The propulsive power included on the left-hand side of Eq. B.5 can be related to the
thrust required in the current flight condition, since Pp = T ·V . Given that the weight
of the aircraft decreases over time, the altitude of the aircraft will increase. However, the
resulting flight path angle γ is approximately zero, and thus quasi-level flight is assumed.
Under these conditions, the propulsive power can be expressed as

Pp = W ·V
(L/D)

. (B.7)

By inserting Eqs. B.4, B.6, and B.7 into Eq. B.5 and reorganizing terms, one obtains

V =−η3

(
L

D

)
1

W

dEf

dt

(
η1 +η2

Φ

1−Φ
)

. (B.8)

Since the flight speed is constant, the left-hand side of Eq. B.8 can be integrated to obtain
the range covered during a mission segment that starts at a generic time instance t1 and
ends at t2: ∫ t2

t1

V dt = R. (B.9)

Equation B.8 can therefore be re-written as

R = η3

(
L

D

)(
η1 +η2

Φ

1−Φ
)∫ t1

t2

1

W (t )

dEf

dt
dt , (B.10)

where the integral limits have been swapped to remove the minus sign. The aircraft
weight varies over time, since:

W (t ) =WOE +WPL +Wbat +Wf (t ). (B.11)

Note that the battery weight Wbat is not considered part of the operating empty weight.
When relating battery and fuel weight to battery and fuel energy, it is important to make
a distinction between the total energy capacity of the aircraft, and the remaining energy
at a given point along the mission. While the former is equal to the amount of energy
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B

available at the beginning of the mission, the latter varies over time. With this in mind,
the two weight components can be expressed as

Wf (t ) = g

ef
Ef (t ), (B.12a)

Wbat =
g

ebat
E0,bat. (B.12b)

In Eq. B.12b, ebat refers to the specific energy of the battery at pack level when it is
fully charged, which is constant and known a priori. This value should include a weight
penalty of the order of 20% [78] to ensure a minimum state-of-charge during the mission
and avoid detrimental effects on battery life.

Subsequently, by inserting Eqs. B.11, B.12a and B.12b into Eq. B.10, the following
expression is obtained:

R = η3

(
L

D

)(
η1 +η2

Φ

1−Φ
)∫ t1

t2


dEf

dt

WOE +WPL + g

ebat
E0,bat +

g

ef
Ef (t )

dt . (B.13)

The integral can be solved by recalling that d(ln(x))/dt = (1/x) ·dx/dt , such that

R = η3

(
L

D

)(
η1 +η2

Φ

1−Φ
)∫ t1

t2

ef

g

d

dt

(
ln

(
WOE +WPL + g

ebat
E0,bat +

g

ef
Ef (t )

))
dt , (B.14)

which, by evaluating the integral limits, leads to

R = η3
ef

g

(
L

D

)(
η1 +η2

Φ

1−Φ
)

ln

WOE +WPL + g

ebat
E0,bat +

g

ef
Ef (t1)

WOE +WPL + g

ebat
E0,bat +

g

ef
Ef (t2)

 . (B.15)

Equation B.15 can be used to determine the range of a discrete mission segment, if the
fuel energy Ef or fuel weight Wf (see Eq. B.12a) at the beginning and end of the segment
are known. This allows an evaluation of different mission phases with different power
splits or lift-to-drag ratios (e.g., cruise and diversion).

If all fuel is consumed, then Ef (t1) = E0,f and Ef (t2) = 0. Moreover, the fuel and bat-
tery energy carried on board at the start of the mission can be related to the total energy
E0,tot = E0,f +E0,bat by combining Eqs. B.6a and B.6b with Eq. B.3 and integrating them
over time, obtaining

E0,f = (1−Φ)E0,tot, (B.16a)

E0,bat =ΦE0,tot. (B.16b)
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Equations B.16a and B.16b show that, because the supplied power ratio is constant
throughout the mission, it is identical to the degree-of-hybridization of energy of the
aircraft (Φ↔ DOH). Equation B.15 is therefore reduced to

R = η3
ef

g

(
L

D

)(
η1 +η2

Φ

1−Φ
)

ln

WOE +WPL + g

ebat
E0,tot

(
Φ+ ebat

ef
(1−Φ)

)
WOE +WPL + g

ebat
ΦE0,tot

 . (B.17)

This equation can be used to estimate the range of conventional, serial, parallel,
turboelectric, and fully-electric aircraft, assuming that the supplied power ratio, flight
speed, lift-to-drag ratio, and transmission efficiencies are constant. Note that the weight
and energy components are expressed in their respective units to make the deriva-
tion easier to follow; however, when analyzing the range equation for different aircraft,
the use of normalized variables such as weight fractions or energy fractions is recom-
mended.

B.3. LIMIT CASES

A. FULLY FUEL-BASED CONFIGURATIONS

For fully fuel-based configurations, the supplied power ratio is equal to zero (Φ = 0).
Thus, Eq. B.17 is reduced to

R = η1η3
ef

g

(
L

D

)
ln

WOE +WPL + g

ef
E0,tot

WOE +WPL

 . (B.18)

For a conventional powertrain, (g /ef) ·E0,tot equals the fuel weight Wf of the aircraft and
η1η3 = ηGTηp (see Table B.1), and hence the conventional Breguet range equation of
Eq. B.1 is obtained. The same expression is applicable to turboelectric powertrains, al-
though in that case the additional efficiency contributions of the electrical components
are included (η1η3 = ηGTηGENηEMηp). This implies that, for the same aero-propulsive
efficiency and weight breakdown, a conventional aircraft will always outperform a
turboelectric variant.

B. FULLY ELECTRICAL CONFIGURATIONS

For fully battery-based configurations, the supplied power ratio is equal to one. However,
when substitutingΦ= 1 in Eq. B.17, an indeterminate ∞·0 is obtained, as expected from
Eq. B.4. Therefore, the limit Φ→ 1 has to be analyzed. By performing a Taylor series
expansion around Φ= 1, the limit can be computed as

lim
Φ→1

R(Φ) = a0b0n0

c0 +m0
+ a0n0(2(b0 −1)c0 +b0n0 −2m0)

2(c0 +m0)2 (Φ−1)+O
(
(Φ−1)2) , (B.19)
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B

where the dummy variables a0–n0 are given by

a0 = η1η3
L

D

ef

g
, (B.20a)

b0 = η2

η1
, (B.20b)

c0 =WOE +WPL, (B.20c)

m0 = g

ebat
E0,tot, (B.20d)

n0 = g

ef
E0,tot. (B.20e)

Therefore, by neglecting higher-order terms, in the limit of Φ→ 1 the range is equal to

R = η2η3

(
L

D

)
E0,tot

WOE +WPL + g

ebat
E0,tot

. (B.21)

Given that η2η3 = ηEMηp, irrespective of the type of powertrain node considered (see
Table B.1), in this case the range equation of the electrical architecture (Eq. B.2) is ob-
tained. It is interesting to note that, although Eq. B.17 differs from the equations derived
in literature (see Ref. [308]), in the limit Φ→ 1, the different approaches result in the
same expression. This is because, in the case of Φ = 1, the aircraft weight remains con-
stant and thus Eq. B.2 is valid for “hybrid-electric” aircraft. Moreover, in that case, the
order in which the two energy sources is used is irrelevant, since one of them contains
zero energy.
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C
AERO-PROPULSIVE MODELS FOR

CONCEPTUAL AIRCRAFT DESIGN

This appendix provides two aero-propulsive models which can be used to obtain a first
estimate of the ∆CL , ∆CD , and ∆ηp terms for wing-mounted distributed propellers in
the conceptual design process, as outlined in Ch. 3. For this, the simplified geometrical
parametrization of Sec. C.1 is used. The model employed for LEDP (Sec. C.2) is based on
simplified analytical relations and an empirical correction for finite slipstream height,
while for OTWDP (Sec. C.3) a surrogate model of numerical data is used.

C.1. GEOMETRICAL DESCRIPTION OF THE DP SYSTEM
A simplified geometrical layout of a wing-mounted distributed-propulsion system is
shown in Fig. C.1. While the axial and vertical positions of the propeller array are defined
differently for the leading-edge (Fig. C.1b) and over-the-wing (Fig. C.1c) arrangements,
the propeller size, separation distance, and span fraction are defined in the same way
(Fig. C.1a). This simplified representation assumes that the wing has a rectangular plan-
form of span b and chord c, and that the propulsors are not located near the wing root or
tip. The DP system is considered to be an array of Ndp propulsors of diameter DP (Ndp/2
propulsors per semi-wing, where Ndp is equal to N1 or N2 depending on whether the
DP system corresponds to the primary or secondary powertrain, respectively), aligned
in spanwise direction with a separation distance d . The propulsors are positioned at an
incidence angle iP relative to the wing chordline.

For a given number of propulsors and fraction of wingspan occupied by the DP array
(bdp/b), the diameter of the propulsors can be computed as

Dp = (bdp/b)

Ndp(1+d/DP)
b. (C.1)

Parts of this chapter have been published Ref. [203]
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c) Side view (OTWDP) 

a) Front view 

 

bdp/2

N/221

b/2

d Dp

-y

z

z

x

c

ε

xP

V∞
α iP

Propeller

b) Side view (LEDP) 

z

x

c

xP

V∞ α
iP

Propeller

Figure C.1: Simplified representation of the LEDP (Sec. C.2) and OTWDP (Sec. C.3) systems, indicating the
main geometrical parameters.

In Eq. C.1, Ndp and bdp/b are selected as design variables, while the diameter of the
propulsors is left as dependent variable. This approach is preferred since the span in-
terval along which propulsors are installed can be limited by structural or geometrical
constraints. Given that b =p

Sw A is an extensive parameter, and is therefore unknown
in the sizing process, the propulsor diameter must be expressed in a normalized manner
as

D2
p

W
=

(
(bdp/b)

Ndp(1+d/DP)

)2 A

(W /Sw)
, (C.2)

hereby defining a parameter which indicates how much propulsor-disk area is needed
per unit of aircraft weight W , as a function of geometrical parameters and the wing load-
ing of the aircraft. This parameter has units of m2/N, and can therefore be interpreted
as the inverse of a weight-oriented disk loading. This parameter can be used to compute
the thrust coefficient Tc

1 in the preliminary sizing phase without knowing the actual di-
ameter of the propulsors, since

Tc = 4

πNdp

χ(T /W )

q∞(D2
P/W )

, (C.3)

where T is the total thrust produced by the aircraft, including the non-DP system if
present. Furthermore, Eq. C.2 is useful to compute the diameter-to-chord ratio of the
propellers as a function of the aircraft-level design parameters, since

DP

c
=

√√√√(
D2

P

W

)(
W

Sw

)
A. (C.4)

1Note that a different definition of the thrust coefficient was used when this method was initially published in
Ref. [203].
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C.2. LEADING-EDGE DISTRIBUTED PROPULSION
A series of “Delta” terms (∆CL , ∆CD0 , ∆CDi , and ∆ηdp) must be estimated in order to
incorporate the aero-propulsive interaction effects in the design process. This section
proposes a method to estimate these terms for distributed propellers mounted ahead of
the wing leading-edge.

C.2.1. ESTIMATING THE CHANGES IN LIFT AND DRAG
Modeling the impact of tractor propellers on wing performance boils down to estimat-
ing the “Delta” terms of Eqs. 3.6, 3.4, and 3.5. Several assumptions are required in order
to obtain a reasonable estimation with the information available in the preliminary siz-
ing phase. Firstly, the propeller is modeled as an actuator disk in uniform axial inflow,
and thus the upstream effect of the wing on the propeller is neglected (∆ηdp = 0). Sec-
ondly, the effect of each propeller on the adjacent ones is neglected. Thirdly, the wing is
assumed to have a symmetric airfoil. Furthermore, the flow is attached, and the wing is
fully immersed in the slipstream, i.e., half of the slipstream flows under the wing and half
over the wing. And finally, the effect of the propellers on the wing is limited to the span-
wise interval occupied by the disks (bdp/b), and—within this spanwise interval—the ef-
fect on the wing is uniform in spanwise direction. Due to these strong simplifications,
the accuracy of this approach requires further investigation, especially in high-lift con-
ditions. Nonetheless, its simplicity and sensitivity to top-level design parameters make
it suitable for the preliminary sizing phase and useful to demonstrate the applicability of
the proposed sizing method.

The first step is to compute the axial induction factor at the propeller disk (aP) as a
function of the propeller thrust coefficient, given by Eq. C.3. From actuator disk theory
it is known that (see also Eq. 8.7):

aP = VP −V∞
V∞

= 1

2

(√
1+Tc −1

)
, (C.5)

where VP −V∞ is the velocity increase at the propeller disk. Due to contraction, the slip-
stream velocity impinging on the wing is higher than at the propeller disk. Following
to the derivation of Veldhuis [68], the contraction ratio of the slipstream at the wing
leading-edge (Rw/R) can be expressed as

Rw

R
=

√√√√√√
1+aP

1+aP

(
1+ xP/R√

(xP/R)2 +1

) , (C.6)

where xP/R is the axial position of the propeller with respect to the wing leading edge,
expressed as a fraction of its radius. From conservation of mass in incompressible flow
it follows that

aw = aP +1

(Rw/R)2 −1. (C.7)

With this, the velocity increase due to the thrust generated by the propellers at the
wing leading-edge is known. Following the derivation of Patterson and German [313]
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and modifying their equation to remove the singularity at cl = 0, one can compute the
sectional lift coefficient increase as

∆cl = 2π

[(
sinα−awβsin iP

)√
(awβ)2 +2awβcos(α+ iP)+1− sinα

]
, (C.8)

where α is the geometric angle of attack of the wing and β is a finite-slipstream correc-
tion factor. Since in the sizing process the angle of attack of the wing is unknown, it
has to be estimated using the three-dimensional lift coefficient. For this, the expression
presented by Roskam [314] can be used:

α≈ CLairframe

2πA

[
2+

√
A2(1−M 2)

(
1+ tan2Λc/2

1−M 2

)
+4

]
. (C.9)

In Eq. C.9, M is the freestream Mach number andΛc/2 the wing half-chord sweep angle.
Since the aero-propulsive model assumes a rectangular wing, in this case the sweep an-
gle is Λc/2 = 0. With the aforementioned simplifications and assuming that d/DP ¿ 1,
the sectional lift-coefficient increase obtained from Eq. C.8 can be related to the wing
lift-coefficient increase through

∆CL =∆cl · (bdp/b). (C.10)

Determining the finite-slipstream correction factor β of Eq. C.8 is a critical step in
the process. If this term is neglected, the lift increase can be significantly over-estimated,
especially for small ratios between the slipstream radius and wing chord [315]—as is the
case for distributed propulsion. To this end, Patterson [61] generated a surrogate model
based on CFD simulations of an actuator disk in front of a two-dimensional wing with a
modified NACA 0012 airfoil. The surrogate model is used in this study to compute β as a
function of aP, xP/c, and R/c (Eq. C.4). It is worth noting that this surrogate model uses
the induced velocity far downstream of the disk as input, which according to actuator
disk theory is equal to (1+2aP)V∞.

In order to evaluate the impact of the propeller on wing drag, several contributions
have to be analyzed. Firstly, the increase in zero-lift drag is related to the increase in
friction drag on the wing surface due to increased dynamic pressure in the slipstream.
This contribution can be calculated using

∆CD0 = a2
wCf(bdp/b), (C.11)

where Cf is the sectional skin friction coefficient, for which a typical value of 0.009 can be
used [316]. Since at this stage of the design process not enough information is available
to obtain a meaningful estimation of the change in wetted area when replacing one large
nacelle by multiple smaller ones, this contribution to ∆CD0 is neglected.

The increase in lift-induced drag can be attributed to an increase in C 2
L on one hand,

and to a change in the Oswald factor on the other. The former can be estimated by as-
suming a parabolic polar and expanding C 2

L such that

∆CDi =
∆C 2

L +2CL,airframe∆CL

πAe
. (C.12)
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The change in Oswald factor due to aero-propulsive interaction, meanwhile, is assumed
to be limited to a change in the span efficiency of the wing. However, the variation in
span efficiency depends on a large number of design parameters and operating condi-
tions, and is therefore difficult to estimate analytically. At high thrust settings, the in-
creased velocity and swirl in the propeller slipstream lead to pronounced peaks in the
spanwise loading distribution, decreasing the span efficiency. At low thrust settings, on
the other hand, the trends are less clear. While some studies predict a decrease in span
efficiency [61], others show an increase in span efficiency due to improved swirl recovery
[65]. Since these effects cannot be quantified with the information available in the pre-
liminary sizing phase, the change in span efficiency is neglected. This simplification is
more accurate for DP systems than for single-propeller systems, since the increase in lift
is distributed along the span of the wing instead of being concentrated at a determined
spanwise station.

C.2.2. VALIDATION OF THE AERO-PROPULSIVE MODEL
In order to verify that the simplified aero-propulsive model captures the ∆CL and ∆CD

trends correctly, the model is evaluated for a range of airframe lift coefficients and com-
pared to CFD simulations of the NASA X-57 demonstrator. The geometrical parameters,
operating conditions, and results are based on the studies of Deere et al. [317]. The
CFD simulations analyzed the high-aspect ratio wing (A = 15) with 12 propellers in ap-
proach conditions, with a flap deflection of 30o. For the comparison, an Oswald factor
of e = 0.8 was selected based on work of Patterson [61], and a propeller angle of attack
of αP = 0o was assumed. The changes in lift and drag coefficient predicted with the
aero-propulsive model are presented in Fig. C.2a along with the CFD results. The results
agree well in terms of ∆CL . A slight deviation is visible for high airframe lift coefficients
(CL,airframe > 2.5) as the maximum airframe lift coefficient of 2.7 is approached. Figure
C.2a also shows that the aero-propulsive model underestimates the increase in drag co-
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a) Distributed propulsion (Tc = 1.56, iP = 0o)

∆CL
∆CD
Predicted
CFD

-0.4 0.0 0.4 0.8 1.2
Airframe lift coefficient CL,airframe [-]

-0.04

0.00

0.04

0.08

0.12

Li
ft 

co
ef

fic
ie

nt
 in

cr
ea

se
 ∆

C L
 [-

]

b) Single propeller (iP = 2o)

Tc  = 0.649
Tc  = 0.387
Tc  = 0.173
Tc  = 0.041
Predicted
Experiment

Figure C.2: Comparison of the aero-propulsive model with a) CFD simulations of the NASA X-57 wing [317]
and b) experimental data of a single tractor propeller [65].
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efficient, which is expected since the impact of DP on the span efficiency is neglected1.
Counterintuitively, for the aircraft considered in this study, this discrepancy leads to a
conservative design. The main impact of DP on the aerodynamic performance of the
aircraft is an increase in L/D due to increased wing loading, and not due to improved
L/D for a given wing loading. The maximum wing loading is determined in landing con-
ditions, for which a higher drag coefficient is beneficial since more thrust is required
to maintain the same approach speed. This leads to an increase in ∆CL , which in turn
increases the maximum allowable wing loading.

The predictions are also compared to the experimental data of Sinnige et al. [65], to
check whether the model is accurate for other propeller configurations. These experi-
ments studied a single tractor propeller mounted on a low-aspect-ratio wing. The wing
airfoil was cambered, and the performance was evaluated at low lift coefficients. Ini-
tial comparisons between the analytical model and experimental data showed that the
model is not capable of directly capturing the performance trends. This is attributed
to several reasons. Firstly, at low lift coefficients, the symmetric-airfoil assumption be-
comes less accurate: at iP = 0o, α = 0o, a symmetric airfoil generates zero lift indepen-
dently of thrust, while a cambered airfoil produces more lift as thrust is increased. Sec-
ondly, the diameter of the propeller was not small when compared to the span of the
wing (DP/b = 0.32). Therefore, the propeller has a relatively larger impact on the lift
distribution outside the slipstream. Furthermore, the swirl in the slipstream has a larger
impact on the spanwise lift distribution. A more detailed analysis showed that the trends
could be estimated with reasonable accuracy if the effect of airfoil camber was repre-
sented by means of a small propeller incidence angle; in this case, -2o with respect to the
wing. The resulting ∆CL curves2 are shown in Fig. C.2b for four thrust coefficients. With
this correction, the trends predicted by the model can be applied to the preliminary siz-
ing process. Therefore, in summary, the verification procedure shows that the model is
applicable to high-aspect-wings at high lift coefficients and with a large number of pro-
pellers, while it is not accurate for wings at low angles of attack and with large propellers,
unless experimental or numerical data are available to correct the model for the setup
considered.

C.3. OVER-THE-WING DISTRIBUTED PROPULSION
This section presents a simplified aero-propulsive model to estimate the changes in lift,
drag, and propulsive efficiency of an OTWDP system. The model is intended for prelim-
inary aircraft-sizing purposes and is only applicable to moderate lift (CL,airframe < 1) and
thrust (Tc < 0.4) coefficients. Therefore, it cannot be used for take-off or landing condi-
tions. Analogously to the previous section, this model considers a simplified geometrical
representation shown in Fig. C.1, which assumes an array of Ndp À 1 propellers placed
above an unswept, untapered wing. The propellers are assumed to be far from the root
and tip, and the effect of nacelles, pylons, ducts, or other elements are not considered.

1Evaluation of the aero-propulsive model with an Oswald-factor penalty of -0.2 leads to a nearly perfect agree-
ment between the predicted ∆CD values and those obtained from CFD in Fig. C.2. However, this arbitrary
value would not be justifiable for other configurations or thrust coefficients.

2Wing drag data were not representative for comparison, due to the effect of the slipstream on trailing-edge
flow separation at low Reynolds numbers during the experimental campaign.
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The numerical method developed in Ch. 8 is used to estimate the “delta” terms. For
more information regarding the assumptions and accuracy of the method, the reader is
referred to Ch. 8. However, while this method uses the angle of attack and advance ratio
as independent variables, these variables are not known in the preliminary sizing phase.
Therefore, a surrogate model is created to estimate the “delta” terms as a function of the
airframe-only lift coefficient, wing-chord-based Reynolds number, Mach number, and
the propellers’ thrust coefficient, axial position, incidence angle, and diameter-to-chord
ratio. For this surrogate model, the separation between propellers (d/R = 0.1) and tip
clearance to the wing (ε/c = 0.0167) are selected based on Ch. 8 and kept constant.
Moreover, since the wing chord is unknown in the preliminary sizing phase, a refer-
ence chord length must be assumed to obtain a rough estimate of the Reynolds number.
The diameter-to-chord ratio and thrust coefficient, on the other hand, can be estimated
based on top-level aircraft design parameters using Eqs. C.3 and C.4. Note that, as in the
previous section, the number of propellers Ndp and the span fraction covered by the pro-
peller array (bdp/b) are taken as design variables, while the propeller size is computed.
The surrogate model can be expressed as:

∆cl , ∆cd , ∆ηp/ηp,iso = f
(
CL,airframe,Tc,Re, M , xP/c, iP,DP/c

)
. (C.13)

The coefficients ∆cl and ∆cd represent the average change in lift and drag of the wing
segment beneath a single propeller. Assuming that the OTW propellers have a negligible
effect on aircraft lift and drag outside the interval bdp, these “sectional” coefficients can
be related to the 3D lift and drag coefficients through:

∆CL =∆cl · (bdp/b), (C.14)

∆CD =∆cd · (bdp/b). (C.15)

Moreover, the ratio ∆ηp/ηp,iso is taken as output from the surrogate model because the
ratio between the installed and isolated propeller efficiencies is, for a given inflow dis-
turbance, independent of the blade pitch angle, as discussed in Ch. 8 and Ref. [283].
Therefore, assuming a variable-pitch propeller, or a fixed-pitch propeller that operates
near the advance ratio of maximum efficiency, the change in propulsive efficiency can
be obtained from

∆ηp =
(
∆ηp

ηp,iso

)
ηp,iso, (C.16)

where the propulsive efficiency of the isolated propeller ηp,iso can be computed for a
given thrust coefficient using e.g. Eq. 2.13.

Table C.1 provides an overview of the variables involved in the surrogate model. The
“LHS bounds” columns present the lower and upper bounds of the input parameters that
were varied in a design-of-experiments. The bounds were selected based on the limits
established in Ch. 8. In this DoE, 2,000 points were defined using a Latin-hypercube
sampling. The numerical model was then used to compute the isolated-wing lift coef-
ficient (which is assumed to be equal to the airframe-only lift coefficient), the propeller
thrust coefficient, and the three “delta” terms for each point. Subsequently, the changes
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in lift and drag (∆cl , ∆cd ) were fitted to the independent variables x1–x7 using a (seven-
dimensional) third-order polynomial fit. The ratio of the change in propulsive efficiency
(∆ηp/ηp,iso) was also fitted to the independent variables x1–x5 using a (five-dimensional)
third-order polynomial fit. Since the numerical method does not account for the effect
of the Reynolds and Mach numbers on the propulsive efficiency (see Ch. 8), these de-
pendencies are ignored. A third-order fit was selected because the parameter sweeps of
Appendix G showed that the physical response is smooth and can be modeled with a
relatively low-order polynomial. For simplicity, and given that it has a negligible effect
on the overall computational cost of the aircraft sizing routine, the same order was ap-
plied for all variables. However, it should be noted that a better fit can be achieved if the
dependency of each independent variable y on each dependent variable x is modeled
using a polynomial order that is physically representative. In that case, some of the less
significant terms of the polynomial will disappear.

For a third-order fit of N = 7 independent variables, the polynomial representing
one of the “delta” terms contains m = 120 monomials (see Appendix F.1). As discussed
in Appendix F.1, for a given dependent variable y̆i , this polynomial can be expressed as1

y̆i =
m∑

j=1

[
βi j

(
N∏

k=1
x̆

E jk

k

)]
, (C.17)

where βi j is the linear coefficient of the j -th monomial, and E jk the exponent of the
k-th independent variable of the j -th monomial. For Eq. C.17, the dependent (y̆i ) and
independent (x̆k ) variables are scaled from zero to one, in order to improve the quality
of the fit. In other words, x̆k can be obtained from the input value xk using

x̆k = xk −xL,k

xU,k −xL,k
, (C.18)

where xL,k and xU,k correspond to the lowest and highest values of the independent
variable xk sampled in the DoE, respectively. These values are provided in the last two
columns of Table C.1. Analogously, once the scaled variable y̆i has been calculated using
Eq. C.17, it can be un-scaled to the actual value yi with

yi = yL,i + y̆i ·
(
yU,i − yL,i

)
. (C.19)

The values of the coefficients and exponents of Eq. C.17 are tabulated in Table C.2.
These values can be used to compute ∆cl , ∆cd , and ∆ηp/ηp,iso with Eqs. C.17–C.19 and
the scaling factors given in Table C.1. The coefficients βi j were calculated with the pro-
cedure of Appendix F.1 using 90% of the data points. The remaining 10% were used to
evaluate the accuracy of the fit. The mean deviation of the test points from the surrogate
model was found to be below 0.04%, relative to the width of the interval

(
yU,i − yL,i

)
.

The maximum deviation observed was of the order of 10% of this interval. However, a
manual comparison of the surrogate model to the results of Sec. 8.4 showed that the
trends were correctly captured. Moreover, to avoid potentially inaccurate fits near the
variable bounds, the surrogate-model input was limited to the bounds indicated in Ta-
ble C.1 (“SM bounds”). For the geometrical parameters and Reynolds number, this did

1The integers i , j ,k are used as index variables here; i.e. no Einstein notation is employed.
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not constitute any limitation in the design studies of Ch. 10. While the Mach number
was exceeded in the cruise phase of the high-speed mission (Mcr = 0.6), the changes in
lift and drag are practically insensitive to Mach number in those conditions (see Sec. 8.4).
However, at the start of climb, the upper bounds of CL,airframe and Tc were exceeded. In
that case, limiting the variables to their values at the bounds was considered to lead to
conservative results, since the benefits generally increase with thrust setting.

Table C.1: Bounds and scaling factors of the independent (xk ) and dependent (yi ) variables used in the
surrogate model (SM).

Variable
LHS bounds SM bounds SM scaling factos

Lower Upper Lower Upper xL / yL xU / yU

α [deg] -3 8 - - - -
J [-] 1.4 2.6 - - - -

x1 = CL,airframe [-] - - 0 1.0 -0.0735 1.3248
x2 = Tc [-] - - 0 0.4 -0.0862 0.4516
x3 = xP/c [-] 0.70 1.05 0.75 1.00 0.7006 1.0494
x4 = iP [deg] -7 12 -5 10 -6.9683 11.9683
x5 = DP/c [-] 0.05 1.05 0.1 1.0 0.0517 1.0483
x6 = log10(Re) [-] 5.9 8.1 6 8 5.9037 8.0963
x7 = M [-] 0 0.55 0.05 0.50 0.0009 0.5491
y1 = ∆cl [-] - - - - -0.0627 0.3057
y2 = ∆cd [-] - - - - -0.0316 0.0044
y3 = ∆ηp/ηp,iso [-] - - - - -0.2441 0.2187

309



C

C. AERO-PROPULSIVE MODELS FOR CONCEPTUAL AIRCRAFT DESIGN

Table C.2: Coefficients and exponents of the OTWDP surrogate model.

Monomial Coefficients Exponents
j β1j β2j β3j E j1 E j2 E j3 E j4 E j5 E j6 E j7

1 0.3229 0.8795 0.7364 0 0 0 0 0 0 0
2 -0.0671 -0.0055 0.4397 1 0 0 0 0 0 0
3 -0.2650 -0.0498 0.0499 0 1 0 0 0 0 0
4 -0.1335 -0.0617 0.5132 0 0 1 0 0 0 0
5 -0.3796 0.0141 -0.6382 0 0 0 1 0 0 0
6 -0.4409 0.0361 -0.9801 0 0 0 0 1 0 0
7 -0.1108 -0.0030 0.0000 0 0 0 0 0 1 0
8 -0.2895 0.1002 0.0000 0 0 0 0 0 0 1
9 -0.2015 0.0855 -0.2020 2 0 0 0 0 0 0

10 0.1068 -0.1460 0.0424 1 1 0 0 0 0 0
11 0.1422 0.0189 -0.1144 0 2 0 0 0 0 0
12 -0.0862 -0.0685 0.2866 1 0 1 0 0 0 0
13 0.5291 0.1641 0.0133 0 1 1 0 0 0 0
14 0.1280 0.1465 0.1777 0 0 2 0 0 0 0
15 0.2590 0.0130 -0.9746 1 0 0 1 0 0 0
16 0.3976 0.0624 -0.0185 0 1 0 1 0 0 0
17 0.0890 -0.0534 -0.3503 0 0 1 1 0 0 0
18 0.4128 -0.0086 0.1715 0 0 0 2 0 0 0
19 -0.0371 0.1441 -0.9151 1 0 0 0 1 0 0
20 1.3705 -0.5230 -0.0611 0 1 0 0 1 0 0
21 -0.1282 0.0050 -0.8925 0 0 1 0 1 0 0
22 0.4117 0.0066 1.3958 0 0 0 1 1 0 0
23 0.0974 0.0238 1.2465 0 0 0 0 2 0 0
24 0.2096 0.0591 0 1 0 0 0 0 1 0
25 0.1448 0.0465 0 0 1 0 0 0 1 0
26 0.1427 -0.0967 0 0 0 1 0 0 1 0
27 -0.1334 -0.0043 0 0 0 0 1 0 1 0
28 0.0271 0.0228 0 0 0 0 0 1 1 0
29 0.0117 -0.0127 0 0 0 0 0 0 2 0
30 0.1456 -0.0929 0 1 0 0 0 0 0 1
31 0.2779 -0.1222 0 0 1 0 0 0 0 1
32 0.1831 -0.0438 0 0 0 1 0 0 0 1
33 0.0732 -0.0375 0 0 0 0 1 0 0 1
34 0.1125 0.0016 0 0 0 0 0 1 0 1
35 0.1236 0.0705 0 0 0 0 0 0 1 1
36 0.2582 -0.1269 0 0 0 0 0 0 0 2
37 0.1755 -0.0423 0.1591 3 0 0 0 0 0 0
38 -0.1188 0.0297 -0.0012 2 1 0 0 0 0 0
39 -0.0043 0.1269 -0.0116 1 2 0 0 0 0 0
40 -0.0003 -0.0379 0.0763 0 3 0 0 0 0 0
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Table C.2: (continued)

Monomial Coefficients Exponents
j β1j β2j β3j E j1 E j2 E j3 E j4 E j5 E j6 E j7

41 0.1153 -0.0322 0.0009 2 0 1 0 0 0 0
42 -0.2546 0.3152 -0.0376 1 1 1 0 0 0 0
43 -0.1356 0.0226 -0.0125 0 2 1 0 0 0 0
44 0.0912 -0.0836 -0.0841 1 0 2 0 0 0 0
45 -0.3542 -0.1428 0.0271 0 1 2 0 0 0 0
46 -0.0567 -0.0273 -0.2520 0 0 3 0 0 0 0
47 -0.0286 -0.0330 -0.0004 2 0 0 1 0 0 0
48 -0.0729 0.0236 -0.0423 1 1 0 1 0 0 0
49 -0.2491 -0.0173 0.0181 0 2 0 1 0 0 0
50 -0.0255 0.0549 -0.0776 1 0 1 1 0 0 0
51 -0.0512 -0.0935 0.0013 0 1 1 1 0 0 0
52 -0.0392 -0.0185 0.1870 0 0 2 1 0 0 0
53 -0.1426 -0.0358 0.2453 1 0 0 2 0 0 0
54 -0.0197 -0.0696 0.0184 0 1 0 2 0 0 0
55 -0.0355 0.0848 0.0568 0 0 1 2 0 0 0
56 -0.1730 0.0206 -0.0130 0 0 0 3 0 0 0
57 0.0453 -0.0124 -0.0903 2 0 0 0 1 0 0
58 0.0461 -0.5625 0.0127 1 1 0 0 1 0 0
59 -0.2207 -0.0700 0.0083 0 2 0 0 1 0 0
60 -0.0276 0.1421 -0.0530 1 0 1 0 1 0 0
61 -0.4329 0.5980 -0.0090 0 1 1 0 1 0 0
62 0.0530 -0.0593 0.1722 0 0 2 0 1 0 0
63 0.0152 -0.0133 0.5887 1 0 0 1 1 0 0
64 0.3165 0.2618 -0.0113 0 1 0 1 1 0 0
65 -0.0066 0.0193 0.0670 0 0 1 1 1 0 0
66 -0.0572 -0.0706 -0.2745 0 0 0 2 1 0 0
67 0.1513 -0.0943 0.4352 1 0 0 0 2 0 0
68 -0.4350 -0.1056 0.0474 0 1 0 0 2 0 0
69 0.1645 -0.1444 0.3797 0 0 1 0 2 0 0
70 -0.0351 -0.0245 -0.7235 0 0 0 1 2 0 0
71 -0.0364 0.0818 -0.5347 0 0 0 0 3 0 0
72 -0.1993 -0.0171 0 2 0 0 0 0 1 0
73 0.1607 -0.1819 0 1 1 0 0 0 1 0
74 -0.0084 -0.0508 0 0 2 0 0 0 1 0
75 -0.1280 0.0508 0 1 0 1 0 0 1 0
76 0.0588 0.1111 0 0 1 1 0 0 1 0
77 -0.0685 0.0359 0 0 0 2 0 0 1 0
78 0.0422 0.0021 0 1 0 0 1 0 1 0
79 -0.0122 0.0277 0 0 1 0 1 0 1 0
80 -0.0374 -0.0042 0 0 0 1 1 0 1 0
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Table C.2: (concluded)

Monomial Coefficients Exponents
j β1j β2j β3j E j1 E j2 E j3 E j4 E j5 E j6 E j7

81 0.0888 -0.0228 0 0 0 0 2 0 1 0
82 0.0308 -0.0488 0 1 0 0 0 1 1 0
83 0.2149 -0.1672 0 0 1 0 0 1 1 0
84 -0.0271 0.0322 0 0 0 1 0 1 1 0
85 0.0563 0.0069 0 0 0 0 1 1 1 0
86 -0.0669 0.0042 0 0 0 0 0 2 1 0
87 0.0530 0.0207 0 1 0 0 0 0 2 0
88 -0.1153 0.0597 0 0 1 0 0 0 2 0
89 0.0612 -0.0154 0 0 0 1 0 0 2 0
90 0.0215 0.0183 0 0 0 0 1 0 2 0
91 -0.0322 0.0284 0 0 0 0 0 1 2 0
92 -0.0270 -0.0127 0 0 0 0 0 0 3 0
93 0.0611 0.0445 0 2 0 0 0 0 0 1
94 -0.2044 0.0472 0 1 1 0 0 0 0 1
95 -0.0012 0.0400 0 0 2 0 0 0 0 1
96 0.0130 0.0295 0 1 0 1 0 0 0 1
97 -0.2599 0.0969 0 0 1 1 0 0 0 1
98 0.0178 -0.0380 0 0 0 2 0 0 0 1
99 -0.0244 0.0163 0 1 0 0 1 0 0 1

100 -0.0228 0.0379 0 0 1 0 1 0 0 1
101 -0.0172 -0.0126 0 0 0 1 1 0 0 1
102 0.0071 -0.0014 0 0 0 0 2 0 0 1
103 -0.0900 -0.0161 0 1 0 0 0 1 0 1
104 -0.0582 -0.0542 0 0 1 0 0 1 0 1
105 -0.0695 0.0303 0 0 0 1 0 1 0 1
106 -0.0460 0.0289 0 0 0 0 1 1 0 1
107 0.0158 -0.0195 0 0 0 0 0 2 0 1
108 -0.1701 -0.0648 0 1 0 0 0 0 1 1
109 0.0997 -0.1279 0 0 1 0 0 0 1 1
110 -0.0831 0.0459 0 0 0 1 0 0 1 1
111 -0.0028 -0.0054 0 0 0 0 1 0 1 1
112 0.0070 -0.0356 0 0 0 0 0 1 1 1
113 0.0159 -0.0040 0 0 0 0 0 0 2 1
114 -0.0565 0.0664 0 1 0 0 0 0 0 2
115 -0.1771 0.0905 0 0 1 0 0 0 0 2
116 -0.0669 0.0214 0 0 0 1 0 0 0 2
117 -0.0402 0.0164 0 0 0 0 1 0 0 2
118 -0.0322 0.0192 0 0 0 0 0 1 0 2
119 -0.0414 -0.0187 0 0 0 0 0 0 1 2
120 -0.0746 0.0373 0 0 0 0 0 0 0 3
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D.1. VALIDATION STUDY
This section lists the requirements, assumptions, design parameters, and results ob-
tained in the validation study presented in Chapter 4. In the following tables, “Method
A” refers to the method described in Ref. [104], while “Method B” refers to the method
used in this dissertation.

Table D.1: Additional design parameters and assumptions which are not included in Tables 4.1, 4.2, and 4.5.

Parameter Value Parameter Value
Number of propellers NP [-] 2 Take-off lift coeff. CL,TO [-]a 1.34
PMAD efficiency ηPMAD [-] 1.0 ∆CL,max, take-off flaps [-] 0.73
Gearbox efficiency ηGB [-] 1.0 ∆CL,max, landing flaps [-] 0.97
Fuel specific energy ef [MJ/kg]b 42.8 ∆CD ,min, take-off flaps [-]b 0.010
OEM/MTOM fraction [-]b 0.600 ∆CD ,min, landing flaps [-]b 0.045
OEM’/MTOM fraction [-]a 0.545 ∆CD ,min, landing gear [-]b 0.015
Ambient density ρ∞ [kg/m3] ISA ∆CL,minD, take-off flaps [-]b 0
Ambient temperature T∞ [oC] ISA ∆CL,minD, landing flaps [-]b 0
Coefficient of rolling friction [-]a 0.04 ∆e, take-off flaps [-]b 0.040
Max. lift coeff. (clean) CL,max [-] 1.70 ∆e, landing flaps [-]b 0.125
aParameters only required for Method A.
bParameters only required for Method B.
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Table D.2: Assumed aircraft properties per performance constraint and mission segment. A dash (-) indicates
that the quantity is not an input, but a computed value.

ξ [-] Velocity [m/s]
m/mTO Prop. Flap Landing

[-] eff. [-] setting gear

C
o

n
st

ra
in

ts Cruise 0.9 115 1 0.8 retracted retracted
Take-off 1 -a/1.2Vs

b,1 1 0.7 take-off extended
Landing 0.9 34.6 1 0.8 landing extended
AEO ROC 0.9 Vbest climb

a/1.2Vs
b,1 1 0.7 retracted retracted

OEI ROC 1 Vbest climb
a/1.2Vs

b,1 1 0.65 retracted retracted

M
is

si
o

n
an

al
ys

is

Climb 0.9 - - 0.8 retracted retracted
Cruise - 115 - 0.8 retracted retracted
Descent 0.10a/0.05b - - 0.8 retracted retracted
Div. climb 0.9 - - 0.8 retracted retracted
Div. cruise - 82 - 0.8 retracted retracted
Div. des. 0.10a/0.05b - - 0.8 retracted retracted
Loiter - 53a/Vmax endurance

b - 0.8 retracted retracted
aValues used for Method A.
bValues used for Method B.
1Stall speed in the flight condition considered.

Table D.3: Component masses and wing area obtained in the reference aircraft comparison.

Mission Method mTO [kg] mOE [kg] mPL [kg] mf [kg] mGT [kg] Sw [m2]
396 km Reference 6400 3900 1960 540 349 32.0

A 6641 3866 1960 615 356 32.3
B 6416 3865 1960 591 354 32.2

1280 km Reference 6400 3900 1325 1175 349 32.0
A 6434 3862 1325 1247 356 32.2
B 6403 3857 1325 1221 353 32.1

2361 km Reference 6400 3900 547 1953 349 32.0
A 6489 3895 547 2047 359 32.5
B 6188 3728 547 1914 341 31.0
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Table D.4: Taxi, take-off, and landing energy fractions assumed for Method B, based on the estimations of
Method A, for the three missions considered. Energy fractions expressed as a percentage of total installed

energy (including reserves). “N/A” indicates no converged design was obtained.

Short range Medium range Long range
R = 396 km R = 1280 km R = 2361 km

mPL = 1960 kg mPL = 1280 kg mPL = 2361 kg
Conv. Taxi out & take-off 2.6% 1.3% 0.8%

Landing & taxi in 1.6% 0.8% 0.5%
Parallel Taxi out & take-off 2.1% 0.9% 0.6%

Landing & taxi in 0.7% 0.3% 0.2%
Serial Taxi out & take-off 2.2% 0.9% N/A

Landing & taxi in 0.7% 0.3% N/A
Electric Taxi out & take-off 1.6% N/A N/A

Landing & taxi in 0.1% N/A N/A

Table D.5: Component masses and wing area obtained for the four different powertrain configurations in the
HEP comparison study. “N/A” indicates no converged design was obtained.

Config. R [km] Method
mTO mOE mPL mf mbat mGT mGEN mEM Sw
[kg] [kg] [kg] [kg] [kg] [kg] [kg] [kg] [m2]

Conv. 396 A 6216 3731 1960 525 0 343 0 0.0 31.1
B 6259 3770 1960 529 0 345 0 0.0 31.4

1280 A 6364 3820 1325 1219 0 352 0 0.0 31.9
B 6446 3883 1325 1238 0 356 0 0 32.3

2361 A 7083 4252 547 2285 0 391 0 0.0 35.5
B 7182 4325 547 2310 0 396 0 0.0 36.0

Parallel 396 A 6361 3803 1960 486 113 316 0 19.7 31.9
B 6385 3830 1960 481 115 317 0 18.9 32.0

1280 A 7058 4219 1325 1222 292 351 0 21.8 35.4
B 7102 4259 1325 1222 296 352 0 21 35.6

2361 A 13472 8054 547 3924 947 670 0 41.6 67.5
B 13363 8014 547 3863 939 663 0 39.5 66.9

Serial 396 A 8295 5490 1960 697 148 457 256 256 41.6
B 8246 5452 1960 686 148 453 243 244 41.3

1280 A 12518 8284 1325 2389 519 690 386 387 62.7
B 12354 8168 1325 2348 513 679 364 365 61.9

2361 A N/A N/A N/A N/A N/A N/A N/A N/A N/A
B N/A N/A N/A N/A N/A N/A N/A N/A N/A

Electric 396 A 8168 4704 1960 0 1504 0 0 252 40.9
B 8294 4784 1960 0 1550 0 0 245 41.6

1280 A N/A N/A N/A N/A N/A N/A N/A N/A N/A
B N/A N/A N/A N/A N/A N/A N/A N/A N/A

2361 A N/A N/A N/A N/A N/A N/A N/A N/A N/A
B N/A N/A N/A N/A N/A N/A N/A N/A N/A
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D.2. DESIGN-SPACE EXPLORATION STUDY
This section lists the requirements, assumptions, design parameters, and results ob-
tained in the sensitivity studies presented in Chapter 9.

Table D.6: Baseline aircraft requirements.

Parameter Value
Payload, mPL [kg] 7,500
Cruise altitude, hcr [ft] 17,000
Cr. Mach number, Mcr [-] 0.41
Range, R [nmi] 825
Take-off field length [m] 1333
Approach speed [kts] 115
OEI ceiling [ft] 12,000
OEI s. s. climb gradient [-] 0.024
Diversion altitude [ft] 10,000
Div. Mach number [-] 0.3
Diversion range [nmi] 250

Table D.7: Baseline design-parameter values. Asterisks
indicate parameters which are only applicable to the

hybrid-electric configuration.

Parameter Value
Aspect ratio, A [-] 12
Half-chord sweep [deg] 0
Taper ratio [-] 0.62
Wing root t/c [-] 0.18
No of primary props., N1 [-] 2
No of secondary props.*, N2 [-] 10
DP span fraction*, bdp/b [-] 0.5
Spacing between props.* d/DP [-] 0.01
Axial position of props.*, xP/c [-] 0.85

Table D.8: Baseline aerodynamic and mission properties assumed per constraint. All parameters are
non-dimensional. Asterisks indicate parameters which are only applicable to the hybrid-electric

configuration.

Cruise Approach Take-off OEI OEI
speed speed distance ceiling s. s. c.

Flap configuration clean landing take-off clean take-off
Landing gear position retracted extended extended retracted retracted
Zero-lift drag coeff., CD0 0.022 0.087 0.037 0.022 0.027
Oswald factor, e 0.8 0.95 0.9 0.8 0.9
Max. lift coeff., CLmax,airframe - 3 2.1 1.6 2.1
Prop. eff. (primary), ηp1 0.85 0.8 0.7 0.8 0.75
Aircraft weight fraction 0.98 0.95 1 0.98 1
Gas turbine throttle, ξGT 0.8 0.5 1 1 1
Supplied power ratio*, Φ 0.01 0.01 0.05 0.1 0.05
Shaft power ratio*, ϕ 0.5 1 0.5 0.5 0.5
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Table D.9: Values of the power-control parameters varied during the DOE. From left to right: baseline value,
lower bound in DOE, upper bound in DOE, and the “optimum” value found in the DOE in terms of
payload-range energy efficiency. Subscripts “1” and “2” indicate start and end of mission segment,

respectively.

Baseline Lower bound Upper bound Best value
Take-off Φ 0.05 0 0.5 0

ϕ 0.5 0 1 0.032
Climb ξGT1 0.85 0.5 1 0.651

ξGT2 0.95 0.5 1 0.998
Φ1 0.03 0 0.5 0
Φ2 0.01 0 0.5 0
ϕ1 0.5 0 1 0.165
ϕ2 0.5 0 1 0.357

Cruise Φ1 0.015 -0.05 0.05 0
Φ2 -0.01 -0.05 0.05 0
ϕ1 0.5 0 1 0.032
ϕ2 0.5 0 1 0.050

Descent Φ1 -0.01 -0.5 0.05 0
Φ2 -0.1 -0.5 0.05 0
ϕ1 0.5 0 1 0.160
ϕ2 0.5 0 1 0.811

Landing ϕ 1 0 1 0.827
OEI ceiling Φ 0.01 0 0.5 0

ϕ 0.5 0 1 0.187
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Table D.10: Main characteristics of the reference aircraft (conventional configuration, 2035 timeframe), the
reference aircraft evaluated at optimum altitude, the baseline HEP aircraft, and the improved HEP aircraft

evaluated at optimum altitude. Powertrain properties refer to the total installed power or mass, not per
component instance.

Reference Reference HEP HEP
(2035) (2035, (baseline) (improved,

opt. hcr) opt. hcr)
Take-off mass [t] 20.9 20.9 24.1 21.1
Operative empty mass [t] 11.8 11.8 14.1 12.0
Wing mass [t] 1.69 1.64 1.89 1.55
Gas turbine mass [t] 1.14 1.14 1.30 1.31
Generator mass [t] 0 0 0.16 0.11
Rectifier mass [t] 0 0 0.11 0.07
Electromotor mass [t] 0 0 0.19 0.10
Inverter mass [t] 0 0 0.13 0.07
Additional PMAD mass [t] 0 0 0.18 0.11
Fuel mass [t] 1.64 1.62 1.98 1.65
Batery mass [t] 0 0 0.61 0
Wing loading [kN/m2] 4.00 4.00 4.50 4.68
Wing area [m2] 51.3 51.1 52.6 44.3
Gas turbine WTO/P [N/kW] 49.7 49.7 49.5 43.1
Generator WTO/P [N/kW] N/A N/A 117.4 148.5
Electromotor WTO/P [N/kW] N/A N/A 94.0 156.2
Battery WTO/P [N/kW] N/A N/A 389.4 ∞
Gas turbine power [MW] 4.13 4.12 4.79 4.81
Generator power [MW] N/A N/A 2.02 1.40
Electromotor power [MW] N/A N/A 2.52 1.33
Battery power [MW] N/A N/A 0.61 0
Average cruise L/D [-] 17.86 18.45 18.41 18.50
Average cruise ηp [-] 0.850 0.850 0.825 0.851
Cruise altitude [ft] 17,000 21,500 17,000 18,000
Thrust vec. angle, take-off [deg] N/A N/A 0 10
Thrust vec. angle, landing [deg] N/A N/A 30 55
Fuel energy [GJ] 70.2 69.2 84.6 70.6
Battery energy [GJ] 0 0 1.09 0
Degree-of-hybridization [-] 0 0 0.013 0
PREE [-] 2.11 2.15 1.76 2.13
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Table D.11: Aeropropulsive efficiency increase necessary for a 15% increase in PREE with respect to a
fuel-based reference aircraft, for a cruise Mach number of M = 0.45.

Mission A Mission B
mPL [t] 20 15
R [nmi] 650 2000

CSP M [-] 0.45 0.45
Scenario [kW/kg] ηchain [-] ϕ= 0.2, 0.5, 1.0 ϕ= 0.2, 0.5, 1.0
Near-term 2 0.80 24% >45% >45% 23% 44% >45%
Mid-term 3 0.90 18% 28% >45% 17% 27% >45%
Long-term 5 0.98 15% 18% 24% 13% 17% 23%

Table D.12: Aeropropulsive efficiency increase necessary for a 5% increase in PREE with respect to a
fuel-based reference aircraft, for a cruise Mach number of M = 0.45.

Mission A Mission B
mPL [t] 20 15
R [nmi] 650 2000

CSP M [-] 0.45 0.45
Scenario [kW/kg] ηchain [-] ϕ= 0.2, 0.5, 1.0 ϕ= 0.2, 0.5, 1.0
Near-term 2 0.80 15% 34% >45% 15% 34% >45%
Mid-term 3 0.90 10% 18% 36% 9% 18% 37%
Long-term 5 0.98 6% 9% 15% 6% 9% 15%

Table D.13: Aeropropulsive efficiency increase necessary for a 15% increase in PREE with respect to a
fuel-based reference aircraft, for a cruise Mach number of M = 0.65.

Mission A Mission B
mPL [t] 20 15
R [nmi] 650 2000

CSP M [-] 0.65 0.65
Scenario [kW/kg] ηchain [-] ϕ= 0.2, 0.5, 1.0 ϕ= 0.2, 0.5, 1.0
Near-term 2 0.80 32% >45% >45% 27% >45% >45%
Mid-term 3 0.90 23% 37% >45% 20% 33% >45%
Long-term 5 0.98 18% 24% 33% 15% 20% 30%

Table D.14: Aeropropulsive efficiency increase necessary for a 5% increase in PREE with respect to a
fuel-based reference aircraft, for a cruise Mach number of M = 0.65.

Mission A Mission B
mPL [t] 20 15
R [nmi] 650 2000

CSP M [-] 0.65 0.65
Scenario [kW/kg] ηchain [-] ϕ= 0.2, 0.5, 1.0 ϕ= 0.2, 0.5, 1.0
Near-term 2 0.80 22% >45% >45% 20% 44% >45%
Mid-term 3 0.90 13% 27% >45% 12% 25% >45%
Long-term 5 0.98 8% 14% 24% 8% 13% 22%
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D.3. OTWDP AIRCRAFT PERFORMANCE STUDY
This section lists the some of the design parameters and results obtained in the design
studies presented in Chapter 10.

Table D.15: Powertrain and wing characteristics obtained in the OTWDP aircraft performance study.
Powertrain properties refer to the total installed power or mass, not per component instance.

Conventional Baseline Optimal
aircraft OTWDP OTWDP

Mcr [-] 0.41 0.60 0.41 0.60 0.41 0.60
R [nmi] 825 1500 825 1500 825 1500
hcr [ft] 22,400 39,800 19,100 36,900 22,100 40,000
No of primary propulsors 2 2 2 2 2 2
No of secondary propulsors N/A N/A 24 24 36 32
Take-off mass [t] 21.9 25.6 23.5 26.8 22.4 25.5
Payload mass [t] 7.5 7.5 7.5 7.5 7.5 7.5
Operative empty mass [t] 12.3 14.2 13.7 15.2 12.8 14.3
Wing mass [t] 2.2 2.6 2.3 2.6 2.3 2.6
Gas turbine mass [t] 1.2 2.3 1.5 2.2 1.2 2.2
Generator mass [kg] N/A N/A 98 112 72 96
Rectifier mass [kg] N/A N/A 93 106 51 68
Electromotor mass [kg] N/A N/A 136 155 75 100
Inverter mass [kg] N/A N/A 67 77 49 65
Additional PMAD mass [kg] N/A N/A 118 135 74 98
Fuel mass [t] 2.1 3.9 2.3 4.1 2.1 3.7
Wing loading [kN/m2] 4.0 4.0 4.5 4.5 4.0 3.9
Wing area [m2] 53.8 62.7 51.2 28.5 54.4 64.0
Wing span [m] 25.4 27.4 24.8 26.5 25.5 27.7
Diameter primary props. [m] 3.7 4.0 3.1 3.3 3.2 3.5
Diameter secondary props. [m] N/A N/A 0.52 0.56 0.36 0.44
Gas turbine WTO/P [N/kW] 47.9 27.8 40.4 30.9 48.2 29.1
Generator WTO/P [N/kW] N/A N/A 130 130 226 193
Electromotor WTO/P [N/kW] N/A N/A 180 180 235 201
Gas turbine power [MW] 4.5 9.0 5.7 8.5 4.6 8.6
Generator power [MW] N/A N/A 1.8 2.0 1.0 1.3
Electromotor power [MW] N/A N/A 1.3 1.5 0.9 1.2
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Table D.16: Overview of the OTWDP design parameters varied in the DoE. The gas-turbine throttle setting is
included for reference, though it was not varied. Subscripts “1” and “2” indicate start and end of mission

segment, respectively. Climb, cruise, and descent ϕ and ξGT settings are applied to both the nominal mission
and the diversion.

Bounds Baseline Optimal
Lower Upper OTWDP OTWDP

Mission Mcr [-] - - 0.41 0.60 0.41 0.60
requirements R [nmi] - - 825 1500 825 1500
Geometry xP/c [-] 0.75 1.00 0.80 0.80 0.776 0.782

bdp/b [-]a 0.25 0.75 0.53 0.53 0.53 0.53
N2 [-] 20 40 24 24 36 32
iP [deg] -5 10 0 0 -5 -5b

δP,TO [deg] 0 45 15 15 0.2 27.9
δP,L [deg] 0 45 45 45 21.2 44.2
δP,bL [deg] 45 45 45 45 20.8 21.7

Design point (WTO/Sw)/(WTO/Sw)max 0.4 1 1.00 1.00 0.99 0.88
Performance ϕcr 0 1 0.50 0.50 0.44 0.44
constraints ϕTO 0 1 0.20 0.20 0.21 0.25

ϕL 0 1 1.00 1.00 0.26 0.99
ϕssc 0 1 0.50 0.50 0.28 0.38
ϕcI 0 1 0.50 0.50 0.29 0.40
ϕbL 0 1 0.50 0.50 0.38 0.47
ξGT,cr - - 0.90 0.90 0.90 0.90
ξGT,TO - - 1.00 1.00 1.00 1.00
ξGT,L - - 0.90 0.90 0.90 0.90
ξGT,ssc - - 1.00 1.00 1.00 1.00
ξGT,cI - - 1.00 1.00 1.00 1.00
ξGT,bL - - 1.00 1.00 1.00 1.00

Climb ϕ1 0 1 0.50 0.50 0.26 0.18
ϕ2 0 1 0.50 0.50 0.29 0.21
ξGT,1 - - 0.80 0.80 0.80 0.80
ξGT,2 - - 0.90 0.90 0.90 0.90

Cruise ϕ1 0 1 0.50 0.50 0.58 0.50
ϕ2 0 1 0.50 0.50 0.61 0.53

Descent ϕ1 0 1 0.50 0.50 0.99 0.99b

ϕ2 0 1 0.50 0.50 0.99 0.99b

ξGT,1 - - 0.05 0.05 0.05 0.05
ξGT,2 - - 0.05 0.05 0.05 0.05

Loiter ϕ1 0 1 0.50 0.50 0.38 0.43
ϕ2 0 1 0.50 0.50 0.42 0.45

aThis parameter was varied in the geometry-oriented DoE, but kept constant in the final DoE.
bThese parameters were kept constant in the final DoE of the long range mission, since previous results

showed that they would tend towards the bounds.
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VERIFICATION OF NUMERICAL

APPROACHES

Three numerical investigations are performed in this research to assess the aerodynamic
interaction effects and performance of different components of the OTWDP system: two
RANS simulations, and one lower-order, panel/vortex-based method. For such compu-
tational approaches, a grid convergence study is an important step of the verification
process, used to quantify the discretization error. Since this step generally requires an
elaborate investigation and description but, once the characteristics of the “converged”
discretization settings are known, does not directly contribute to the interpretation of
results, it has been omitted in the main body of the dissertation. Nevertheless, it is in-
cluded here for transparency. Hence, the following three sections present the conver-
gence studies of the investigations performed in Sec. 6.2, Ch. 7, and Ch. 8, respectively.

E.1. PROPELLER–DUCT INTERACTION (RANS)
This section addresses the mesh convergence study performed for the RANS simulations
of Sec. 6.2. Additional information of this study can be found in Ref. [245]. The numer-
ical discretization error was estimated for the steady simulations of the isolated circular
duct, isolated square duct, and isolated propeller. The numerical error of the isolated
circular duct computations was estimated for both the 2D axisymmetric and the 3D se-
tups. The discretization error was analyzed by a performing grid convergence study for
each isolated configuration. The grids were modified by changing the cell size settings
in ANSYS meshing software so that each finer or coarser mesh would have the specified
refinement ratio with respect to the previous mesh, while keeping all the grids geomet-
rically similar (for each case), as recommended in Ref. [259]. The cell sizings relative
to inflation zones were chosen in order to keep the total height of each inflation zone
height constant, for the different grids. As the first cell height was also kept constant (in
order to maintain the same y+), the growth rate of the inflation layers had to be modified
in order to increase or decrease the number of layers inside each inflation zone.
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Table E.1 shows, for each grid, the number of elements and the grid refinement ratio
with respect to the finest grid, (hi /h1). The refinement ratios shown in Table E.1 were
calculated based on the number of generated cells, and differ from the ratios estimated
based on the specified sizings. The differences are assumed to be associated with the
grid generation algorithm used by ANSYS meshing. For the square duct and propeller,
less grids were considered than for the circular duct, due to convergence issues with the
remaining generated grids. Eça and Hoekstra [259] recommend the usage of at least 3
geometrically similar grids, in order to perform a convergence study.

Table E.1: Grids used in the convergence studies circular duct, square duct and propeller, in their isolated
configurations. “2D*” refers to a two-dimensional (axisymmetric) simulation in cylindrical coordinates.

Grid
2D* circ. duct 3D circ. duct Square duct Propeller

# of cells hi /h1 # of cells hi /h1 # of cells hi /h1 # of cells hi /h1

6 7.92×103 2.89 2.32×106 1.76 - - - -
5 14.18×103 2.16 2.60×106 1.70 - - - -
4 19.86×103 1.82 3.30×106 1.60 5.23×106 1.33 - -
3 28.46×103 1.52 4.61×106 1.40 7.08×106 1.20 4.01×106 1.59
2 42.88×103 1.24 7.00×106 1.22 9.26×106 1.10 7.96×106 1.27
1 65.95×103 1.00 12.7×106 1.00 12.3×106 1.00 16.2×106 1.00

Grids 4, 3, 1, and 2 were selected for the 2D axisymmetric duct, 3D circular duct,
square duct, and propeller cases, respectively. Grids 4 and 3, respectively for the 2D and
3D circular duct simulations, have similar cell size settings. The results from the differ-
ent grids were then used to estimate the numerical uncertainty based on the method
described in Ref. [259]. The method was adapted for the 3rd order discretization scheme
used in this study. Thus, the theoretical order of convergence of the studied quantities
was assumed to be 3. Considering this difference, the numerical uncertainty U of a given
quantity φ was estimated from:

U =


3∆φ for p ≤ 0 or oscillatory

min(1.25εφ+σ,1.25∆φ) for 0 < p < 0.95

1.25εφ+σ for 0.95 ≤ p < 3.05

max(1.25ε∗φ+σ∗,1.25∆φ) for p ≥ 3.05

(E.1)

where εφ is the difference between the estimated exact solution and the solution ob-
tained with the considered grid, σ is the standard deviation of the fit, p is the observed
order of convergence of the quantity and ∆φ is the maximum difference between all the
solutions obtained. ε∗φ and σ∗ are relative to the fits obtained considering p to be equal

to the theoretical order of convergence, p∗. The quantities analysed during the con-
vergence study were the drag coefficient, CD , for the isolated ducts, and the thrust, Tc ,
and torque, Qc , coefficients for the isolated propeller. The fits obtained for the duct and
propeller cases can be seen in Figs. E.1, E.2 and E.3. Table E.2 shows the values of the
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observed order of convergence, standard deviation of the best fit and fit with p = 3, and
the overall uncertainties calculated from each convergence study. For each case, the
standard deviation and the overall uncertainties are shown as a percentage of the value
corresponding to the grid which was finally selected.

The uncertainties gathered in Table E.2 suggest a low discretization error, ranging
from 0.1% for propeller loads, to 1%–2% for duct loads. However, when analyzing the

b) 3D circular duct
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Figure E.1: Circular duct grid convergence study.

b) Corner pressure distributions
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Figure E.2: Square duct grid convergence study.

b) Torque convergence
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Figure E.3: Propeller grid convergence study.
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convergence of the pressure- and friction-drag components of the ducts separately,
these quantities were found to converge in opposite directions, with friction drag in-
creasing and pressure drag decreasing with grid refinement. In fact, the uncertainty-
estimation method described above predicted a 25% and 21% uncertainty in pressure
drag for the (3D) circular and square ducts, respectively, and a 9.5% and 6.8% uncertainty
for the friction drag. Hence, when considering the relative impact of these two drag con-
tributions, the total drag uncertainty would be approximately 13% and 10% for the cir-
cular and square ducts, respectively. To verify whether these high uncertainties were
the consequence of a poorly resolved flow field or simply an artifact of the uncertainty-
estimation method, the pressure distributions on the ducts were monitored, and the 3D
circular-duct convergence was compared to the 2D one. For the 2D case, a wider range
of cell sizes could be evaluated due to the reduced computational costs, and in this case
the pressure drag, friction drag, and total drag all presented low uncertainties. More-
over, the observed order of convergence corresponded closely to the theoretical order of
convergence (p = 3), as visible in Fig. E.1a. While this was not the case for the 3D cir-
cular duct (Fig. E.1b), the drag values obtained matched closely with the ones obtained
from the 2D case (see Fig. 6.18), suggesting that the high uncertainties in pressure and
friction drag were an artifact of an over-conservative uncertainty estimation. For the 3D
square duct, no analogous 2D simulation could be performed, and the observed order of
convergence differed considerably from the theoretical one (p = 3), as can be observed
in Fig. E.2a. However, the pressure distribution over the duct surface was found to be
sufficiently converged for the selected grid (Grid 1), as shown in Fig. E.2b. The fluctu-
ations visible around x/c = 0.2 for the coarser grids were much higher in the corner re-
gion, shown in the figure, than along the rest of the duct, due to the unstructured mesh
in the corner. Based on these observations, the pressure- and friction-drag uncertainty
estimates were considered to be extremely conservative, and thus the overall grid uncer-
tainty was considered acceptable for this study.

Table E.2: Estimated grid convergence uncertainties for the isolated circular duct, square duct and propeller
configurations. “2D*” refers to a two-dimensional (axisymmetric) simulation in cylindrical coordinates.

2D* circ. duct 3D circ. duct Square duct Propeller
Quantity CD CD CD Tc Qc

p 2.41 9.85 0.015 -0.94 14.96
σ [%] 0.086 0.30 0.70 0 0.0064
σ∗ [%] 0.12 0.40 0.72 0.040 0.029
U [%] 1.32 1.64 1.18 0.095 0.0088

E.2. PROPELLER–BOUNDARY-LAYER INTERACTION (RANS)
This section analyzes the influence of the overset mesh and presents the mesh conver-
gence study of the RANS simulations of Ch. 7. Additional information of this verification
process can be found in Ref. [271]. In the following subsection, the effect of the overset
interpolation procedure on the velocity and pressure distributions is described qualita-
tively. Subsequently, a mesh refinement study is performed to estimate the discretization
error.
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OVERSET GRID

The overset mesh used in this investigation features a structured wing mesh that serves
as the background (Fig. E.4a) and a separate propeller mesh (Fig. E.4b) that is inserted
into the background mesh. On the inside, the propeller mesh is the same unstructured
mesh as in Fig. 7.6 for consistency. Towards the outside of the mesh, however, a struc-
tured grid is used for a sufficient overlap and transition to the structured wing mesh. The
resulting OTW configuration is depicted in Fig. E.4c. The overlap is minimized on cells of
similar volume where the propeller mesh has a higher grid priority to enforce a constant
position of the overset interface when the propeller rotates.

(a) Wing. (b) Propeller. (c) Wing + propeller.

Figure E.4: Overset mesh assembly of the baseline configuration.

The overset interface is in close proximity with the wing’s boundary-layer, and thus
the interpolation that is required between the stationary and rotating mesh may affect
the boundary-layer profile. To determine the potential error due to the overset imple-
mentation, simulations were run with the wing and an "empty" overset mesh. Figure
E.5a shows that the overset interface indeed results in a kink in the boundary-layer
profile at a distance of approximately z/c = 0.002 to the wing-surface. Hence, close
to the wing surface, the overset interface can cause an increase in wall shear due to
an increased vertical velocity gradient. However, this has a negligible influence on the
boundary-layer thickness δ99 indicated by the dots in Fig. E.5a, which increases by less
than 2%. The presence of the overset boundary also slightly affects the pressure distribu-
tion on the suction side of the wing, as shown in Fig. E.5b. This is because the increased
velocity gradient at the wing surface (Fig. E.5a) leads to a slight delay in flow separation.
Therefore, although the influence on integral lift and drag values is small, the observed
irregularities in the boundary-layer profile should be taken into account when analyzing
the interaction between the propeller and the wing’s boundary-layer in the propeller-on
configuration.

GRID CONVERGENCE & UNCERTAINTY QUANTIFICATION

The convergence history of the steady simulations of the wing geometry was such that
the residuals dropped at least five orders of magnitude and the change in lift and drag
over the last 100 iterations was less than 0.001%. Analogously, the isolated propeller
simulations were run until the iterative error of the thrust and torque coefficients over
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Figure E.5: Influence of the overset interface on the boundary-layer profile and pressure distribution of the
wing at the propeller location (xc /c = 0.79).

the last 100 iterations was less than 0.001% and the residuals dropped at least five orders
of magnitude. Therefore, the iterative error is relatively small, when compared to the
discretization error. The discretization errors for the wing and propeller were estimated
with four systematically refined grids by using a grid refinement ratio of 1.3. For each
of the meshes, the first-layer height and number of layers in inflation layers were kept
constant. The grids are denoted h1 to h4, where h1 is the finest one, as shown in Table E.3.

Table E.3: Grids of the mesh refinement study.

Grid
Wing Propeller

hi /h1 Cells hi /h1 Cells
Grid 1 1 208,212 1 14,463,300
Grid 2 1.27 128,342 1.25 7,346,487
Grid 3 1.62 79,404 1.55 3,909,325
Grid 4 2.04 50,224 1.87 2,192,981

In these simulations, the discretization error is determined by using an updated pro-
cedure by Eça and Hoekstra [276], which is similar to the one used in Appendix E.1. The
discretization error ε, is calculated by a power series expansion as ε = αhp

i where α is a
constant to be determined, hi is the representative grid cell size, and p is the observed
order of grid convergence. The lift and drag values appear to diverge as the grid is re-
fined, as shown in Figs. E.6a and E.6b. However, the resulting fits with the observed
order converges towards finer grids and results in a low standard deviation σ, as shown
in Table E.4 for grid 3. Moreover, the observed order of convergence is very close to the
theoretical order of two for both lift and drag. Although the observed order of conver-
gence for drag is larger than two, it is within the range 0.5 ≤ p < 2.1. Therefore, it is
considered as acceptable for monotonic convergence. The uncertainty in the numerical
results indicated by the errorbars in Figures E.6a and E.6b is then estimated for a general
quantity φ as:
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U =
1.25 ·εφ+σ+|φi −φfit| for σ<∆φ

3
σ

∆φ
(εφ+σ+|φi −φfit|) for σ≥∆φ (E.2)

where ∆φ is a data range parameter defined in Ref. [276]. The resulting uncertainty es-
timation has a confidence level of 95%. For grid 3, the relative discretization error and
uncertainty in lift and drag from Table E.4 are relatively large. However, this is due to the
low absolute lift and drag coefficients of the airfoil used in this investigation (c∼0.1). Fig-
ures E.6a and E.6b show that the absolute values of all four grids are already very close
to each other and the accuracy is only marginally improved with a finer mesh. Further-
more, Fig. E.6c shows that the velocity profile at the propeller location deviates hardly
between grid 3 and grid 1. Therefore, grid 3 is selected for the wing.

Table E.4: Results of the mesh refinement study for grid 3.

Parameter
Wing Propeller

cl cd CT CQ

p 1.98 2.05 1.72 1.98
ε [%] -2.4 4.2 0.9 -0.5
σ [%] 0.28 0.44 0.04 0.07
U [%] 4.0 6.1 1.1 0.8
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Figure E.6: Results of mesh refinement study of the two-dimensional wing section.

Figures E.7a and E.7b show that both the thrust and torque coefficients of the iso-
lated propeller converged with an observed order in the acceptable range. The thrust
distribution in Fig. E.7c shows no clear trend with grid refinement. Figure E.8a, however,
shows that at a distance to the propeller tip equal to the tip clearance used in the OTW
configuration, only grid 4 results in considerably weaker velocity fluctuations, caused by
the blade tip vortices, compared to the finer grids. This is attributed to an inaccurate
capture of flow gradients, close to the blade tip vortices, with the refinement level of grid
4. Moreover, the total pressure in the slipstream varies with mesh refinement only in the
region of the blade tip vortex, as is shown by the radial total pressure distributions in Fig.
E.8b. Only above r /R = 0.8 differences in total pressure can be found in the form of a
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stronger total pressure gradient for the finer grids, due to reduced numerical diffusion.
Therefore, the propeller grid 3 is used to keep the number of cells acceptable. This cor-
responds to a discretization error and uncertainty of the thrust and drag coefficients of
the order of 1%, as listed in Table E.4.
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Figure E.7: Results of the mesh refinement study for the isolated propeller.
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Figure E.8: Axial velocity and total-pressure profiles in the isolated propeller slipstream, extracted from (a)
axial (r /R = 1.0738) and (b) radial (x/R = 1) survey lines passing through the tip vortex.

E.3. CRUISE PERFORMANCE ( VORTEX/PANEL METHODS)
A slipstream vortex model and two panel methods are used in Ch. 8 model the interac-
tion between propeller and wing. To obtain an indicative estimate of the discretization
error of these components, Fig. E.9 presents the changes in sectional lift and pressure
drag estimated by the numerical model, for a series of discretization parameters. This
process was performed iteratively, and therefore the effect of each discretization param-
eter is presented while maintaining all other parameters constant and equal to the value
that was finally chosen. The geometrical parameters and operating conditions used for
this figure correspond to the ones of the experiment of Ch. 8.
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Figure E.9: Convergence behavior of the change in sectional wing lift and pressure drag coefficients due to the
propeller (α= 2o, J = 1.15, y/R =−0.7), for various discretization parameters.
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Regarding the discretization of the slipstream vortex model, Figs. E.9a and E.9b show
that the change in wing performance is captured for a slipstream length l (see Fig. 8.3)
above four times the wing chord. To ensure that this would also be the case if the pro-
peller were placed further upstream, a slipstream length of 5c was selected. The effect
of the vortex ring density in axial direction, meanwhile, is shown in Figs. E.9c and E.9d.
Based on these results, a density of 100 rings per chord length was selected, correspond-
ing to a spacing of 0.01c, or 500 rings in total per propeller slipstream.

The convergence behavior is less smooth when analyzing the discretization of the
wing sections. In Figs. E.9e and E.9f, the changes in lift and drag are plotted versus the
number of panels used in the PM, for four different numbers of CST coefficients. In all
cases, ∆cl appears to converge to a steady value above approximately 100 panels, while
∆cd gradually levels out beyond 200 panels. Based on this evolution, a panel density of
200 elements was selected for further investigation. However, even beyond 200 panels,
there are fluctuations in the lift and, especially, drag values. This is predominantly at-
tributed to the inverse design process, whose exact solution depends on the initial guess
for the design variables, the finite tolerance of the convergence criterion, and potentially
on the presence of local minima. The fluctuations in lift and drag appear to be of the
order of 10−4, and are therefore acceptable given the overall fidelity and accuracy of the
method.

Regarding the number of CST coefficients used to describe the airfoil shape, no clear
effect can be observed in terms of∆cd (Fig. E.9f). However, the∆cl values obtained with
6 and 8 CST coefficients lie above and below the values obtained with 12 or 20 coeffi-
cients, respectively. Additional values of NCST > 12 were evaluated (not shown here) and
were all found to produce similar results to the case with 20 CST coefficients. Therefore,
to limit the computational time, NCST = 12 was selected to represent the suction side of
the airfoil. Since the shape of the pressure side was not varied in the inverse design pro-
cess (see Sec. 8.1.2), 20 CST coefficients were employed to model the pressure side of the
original airfoil accurately, without an increase in computational cost.

Finally, the effect of the paneling density in XFOIL is shown in Figs. E.9g and E.9h.
In this case, the ∆cl values do not converge to a constant value, but appear to increase
gradually as the number of panels is increased. This was found to be a result of the vis-
cous analysis—even if the baseline airfoil was evaluated manually without any propeller
effects—while in the inviscid analysis the lift converged to a constant value at higher
panel densities. Since XFOIL has an upper bound on the number of panels that it can
model (Npanels ≤ 494), a value of 200 panels was selected for further analyses. This panel
density was selected because the slope of∆cl and the value of∆cd appear to be constant
beyond this value. Moreover, in this way, the number of panels in the PM and XFOIL are
identical. Nonetheless, Fig. E.9g suggests that the changes in lift predicted by the model
may differ from their converged value by ∆cl ∼ 0.01. The changes in drag differ by up to
∆cd p ∼ 0.0005, depending on the number of CST coefficients selected. While this error is
not excessive given the level of detail of the modeling, it should be taken as an indication
of the potential uncertainty band when analyzing the results.
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PROCESSING

The following sections present some of the data processing and data reduction tech-
niques used in this research. The methods described here are not based on an exhaustive
review of the existing literature or theory, and are therefore most likely neither the only
nor the optimal approach. Nevertheless, they are briefly summarized here to provide
transparency regarding some of the more complex data-processing steps taken in this
research, and to serve as a starting point for anyone encountering similar challenges.

F.1. N -DIMENSIONAL POLYNOMIAL FITTING
To reduce computational time and create a continuous response surface, it is often use-
ful to create a surrogate model which provides an estimate ŷ of a dependent variable y
(e.g., ∆CL , ∆CD , or ∆ηp) as a function of N independent parameters x1, x2, . . . , xN (e.g.
Tc, α, DP/c,...). A conceptually simple approach to this problem is to create an N -
dimensional polynomial fit. The order of the fit, P , must be selected based on criteria
such as the expected order of the underlying physical effects, or the number of available
data points. For example, in the case of a 2nd order fit (P = 2) of three variables (N = 3),
the model can be expressed as

ŷ = β̂0 + β̂1x1 + β̂2x2 + β̂3x3 + β̂4x2
1 + β̂5x1x2 + β̂6x1x3 + β̂7x2

2 + β̂8x2x3 + β̂9x2
3 . (F.1)

In a general sense, this can be written as

ŷ =
m∑

j=1
X j β̂ j = X β̂, (F.2)

where X and β̂ are row and column vectors of length m, respectively, and X j is the j -th
monomial, given by
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X j =
N∏

k=0
x

E j k

k . (F.3)

The exponents of the m monomials, E j k ∈Z | 0≤E j k ≤P , can be obtained as all possible
combinations of N repetitions of the set [1,2, ...P ] that satisfy

∑N
k=1 E j k ≤ N . It can be

shown that the number of monomials of order l in N variables is

ml =
(

l +N −1

N −1

)
= (l +N −1)!

l !(N −1)!
. (F.4)

Since the surrogate model a priori includes all terms from 0-th order (a constant) to P-th
order, the total number of monomials is equal to

m =
P∑

l=0

(
l +N −1

N −1

)
. (F.5)

To create the surrogate model, the coefficients β̂ of Eq. F.2 must be found. For a
sample of n > m data points determined by yi = f (X1i , X2i , . . . , Xmi ), the true response
of the function f can be modeled with a linear regression as

y = Xβ+ε, (F.6)

where ε is a column vector of length n which accounts for random error not captured
by the model. Note that, in this case, y and X are matrices of size n × 1 and n × m,
respectively, unlike the scalar equation given in Eq. F.2. Since in general there is no exact
solution for the model fit, an ordinary-least-squares approach is taken to find β̂, which
are the values of the coefficients β that minimize the residual sum-of-squares:

RSS = ∣∣∣∣y −Xβ
∣∣∣∣2 (F.7)

By differentiating Eq. F.7 with respect to β and equating it to zero, it can be shown that
the minimum S is achieved for

β̂= (
X T X

)−1
X T y . (F.8)

Note that, for this, the inverse of X T X must exist, for which the regressors X1, X2, . . . , Xm

must be linearly independent. This is generally the case (except for the null solution),
since each monomial X j is a distinct product of the original independent variables
x1, x2, . . . , xN , and can therefore not be expressed as a linear combination of the other
monomials.

By computing the monomials X as a function of the original input variables using Eq.
F.3 and subsequently solving Eq. F.8 for a given data set, an estimate of the independent
variable ŷ can be made using Eq. F.2. To ensure that the surrogate model is accurate,
some of the fit statistics should be monitored. The quality of the fit can be improved
by, e.g., scaling the input parameters or computing the p-value of the β̂ coefficients to
verify which ones are statistically significant. In Ch. 9 and Appendix C.3, for simplicity, all
coefficients are included, irrespective of their statistical significance. This is considered
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F

acceptable because it is known a priori that all the independent variables x1, x2, . . . , xN

have an effect on the dependent variable y . Nevertheless, to verify the quality of the fit
and ensure that no significant over-fitting occurs, only a fraction of the data points (e.g.,
90%) is used to compute the coefficients of the surrogate model. The remaining (10%) is
used to evaluate metrics such as the mean or maximum deviation of the predicted values
from the actual values, or the coefficient of determination, given by

R2 =
∑n

i=1

(
ŷi − ymean

)2∑n
i=1

(
yi − ymean

)2 , (F.9)

where ymean is the sample mean. The “testing points” are selected randomly from the
complete data set, to verify that repeated fitting procedures produce comparable results.

An example of a polynomial fitting result of Appendix C.3 is illustrated in Fig. F.1.
The scatter cloud presents a dependent variable versus two of the seven independent
variables. Note that two points which appear to lie close to each other in Fig. F.1 do not
necessarily lie close to each other in the N -dimensional space. Moreover, all variables
are scaled to the interval [0,1]. Circular markers indicate the original data points, while
dots indicate the values estimated by the polynomial fit. The blue data points are used
to create (or “train”) the model, while the red points are used to test the accuracy of the
model. In general, the differences between the true values and the predicted values are
comparable for both the training points and the test points, indicating that no signifi-
cant under- or over-fitting takes place. The statistics show a relatively high coefficient of
determination (R2 = 0.989) and that, on average, the values predicted by the polynomial
model deviate by 0.03% from the actual value at a determined location. However, the
maximum observed deviation is 0.075, indicating that at some locations the model may
present errors of up to 7.5% of the full-scale range. The model is more prone to such
errors if the input data present outliers, if the chosen order of the fit does not match the
physical trends, or if the data points are not properly distributed across the space and
some regions have less points (e.g. at the edges of the domain).
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Figure F.1: Example of the training and testing points used to create a surrogate model with 7 variables
(N = 3). Only 20% of the points used to create and test the model are shown.
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F.2. 3D VELOCITY-FIELD INTERPOLATION OF PIV DATA
In Ch. 7, phase-locked PIV measurements are performed on several parallel y-planes in
the slipstream of the propeller. The data of these planes is combined to provide a three-
dimensional velocity field for a given blade phase angle. However, due to the relatively
large spacing between planes, the out-of-plane resolution (2.5 mm vector spacing) is
much lower than the in-plane resolution (0.3 mm vector spacing). This can generate
misleading visualizations of the flow field, since in most processing software the default
interpolations used to produce isosurfaces are computed along the three components of
the Cartesian grid.

If it is known beforehand that the dominant flow features (e.g., a tip vortex) are con-
tinuous between subsequent measurement planes, the data can be interpolated onto
additional intermediate planes to improve the quality of the isosurfaces. For this, it is as-
sumed that the flow structures present in a measurement plane y1 are also present in the
adjacent measurement plane y2, but with an in-plane displacement (∆x,∆z), as shown
in Fig. F.2. This displacement vector is estimated by performing 2D cross-correlation in
an evaluation window surrounding each point (x, z) on a pair of subsequent measure-
ment planes. The evaluation window should be large enough to capture the dominant
flow feature on both planes. The flow-field quantities can then be computed on a series
of intermediate query planes yq by linearly interpolating between y1 and Z2 along the
interpolation direction obtained from the cross-correlation. However, the displacement
vector obtained at (x, z) on the plane y1 does not apply to that same (x, z) point on the
query plane, but to a slightly different location (xq, zq) given by

xq = x1 +∆x

(
yq − y1

y2 − y1

)
, (F.10)

zq = z1 +∆z

(
yq − y1

y2 − y1

)
. (F.11)

y1 

x
z

y

Computed
interpolation
direction

Evaluation
window

y2 yq 

(Δx, Δz)

Default
direction

Blade wake/
tip vortex

(x,z)

(xq,zq)

Figure F.2: Schematic representation of the interpolation process between two parallel measurement planes
y1 and y2, for the volumetric reconstruction of PIV data.

Therefore, the components of the displacement vector (∆x,∆z) at the location (x, z)
on the query plane yq must themselves be interpolated from the surrounding (xq, zq)
points, at which the displacement vectors are defined. Since the positions of these points
depend on the direction of each displacement vector, they do not form a Cartesian grid.
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Although the cross-correlation usually provides erratic or inaccurate results in the
absence of distinct flow features (e.g. in uniform flow), this is generally not an issue since
these flow regions present weak gradients, and therefore an interpolation along a slightly
different direction still provides roughly the same values. An example of the results of
this interpolation procedure is given in Fig. F.3. In the default isosurface generation (Fig.
F.3a), without any additional interpolation, the spacing of the PIV planes is clearly visi-
ble in the disconnected iso-vorticity surfaces of the blade wake. Since the blade wake is
oblique relative to the y-plane, the region of high vorticity in the blade wake at a deter-
mined (x, z) location is not present at the same (x, z) location on the adjacent plane, and
thus the default out-of-plane interpolation suggests that the flow feature ends on either
side of the plane. However, by applying the interpolation procedure described above
(Fig. F.3b), the continuity of the isosurfaces representing the vortex filaments and blade
wakes is ensured.

ωy = –150
ωy = –15~

~

*

*

x/R [-]
y/R [-]

-0.25

0.25

0.00

0.25

0.50

0.00
-0.25

0.25
0.00

z/
R 

[-
]

0.50

Tip
vortex

Outboard
blade
wake

Inboard
blade wake

Blade

x/R [-]
y/R [-]

-0.25

0.25

0.00

0.25

0.50

0.00
-0.25

0.25
0.00

z/
R 

[-
]

0.50

a) Without interpolation b) With interpolation

PIV plane spacing

ωy = +15~*

Figure F.3: Comparison of vorticity isosurfaces obtained from PIV data with and without interpolation. Data is
only shown downstream of the plane indicated with a dashed line, and is used for Fig. 7.16.

F.3. SURFACE-PRESSURE RECONSTRUCTION USING MICRO-
PHONE DATA

If the general behavior of the dominant flow structures in the vicinity of a surface is
known beforehand, then the data acquired using multiple adjacent unsteady-pressure
sensors (e.g. microphones) can be combined to provide a more detailed description of
the instantaneous surface-pressure distribution. This processing procedure takes ad-
vantage of the temporal information available at each location, and predicts the pres-
sure at a nearby location at a given time instance tq based on the pressure recorded at
the original measurement location at a different time instance t1. This procedure can
be used to artificially increase the measurement “resolution”, thus providing more in-
formative visualizations of the flow field, and allowing more accurate computations of
unsteady loads [239].
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A schematic representation of this process is shown in Fig. F.4. Assume that the pres-
sure history is known at two measurement locations x1 and x2 along the direction in
which the dominant flow structures move. These measurement locations must be suffi-
ciently close to each other for the pressure perturbations induced by the flow structures
to be recognizable in the two time (or in this case, phase angle φ) histories without an
excessive loss of coherence. In that case, the pressure at an intermediate query location
xq can be estimated for each “time” instanceφq using a linear interpolation. For this, the
convection velocity of the pressure perturbation must be known,

Vconv = 2πn
x2 −x1

φ2 −φ1
, (F.12)

such that the instants φ1, φq, and φ2 at which a given pressure perturbation is recorded
at the locations x1, xq, and x2, respectively, can be estimated. If the data at x1 and x2 are
recorded synchronously, then the convective velocity can be obtained from the cross-
power spectral density function of the two signals, as described in Ref. [144].

ϕ1

Cp
~

x1 xq x2 x

ϕq

ϕ2

ϕCp(x1,ϕ1)
~

Cp(x2,ϕ2)
~

Cp(xq,ϕq)
~

Figure F.4: Notional representation of the interpolation procedure between two consecutive microphones.
Figure adapted from Ref. [239].

This procedure is applied in Ch. 7 to compute the instantaneous pressure distribu-
tion on a flat wall beneath the propeller. However, as suggested by Fig. 7.13, in this case
the pressure perturbations do not necessarily travel in axial direction. Since the differ-
ent spanwise locations were sampled by traversing the propeller relative to the micro-
phones, the data were not acquired synchronously, and thus only the phase-averaged
waveforms are considered here, while random components are neglected. As discussed
in Sec. 7.2.2, upstream of the propeller (x/R < 0), the dominant pressure fluctuations fol-
low the movement of the blade tips, displacing in the negative y direction. Therefore, in
this region, the pressure at a generic x-coordinate is computed by linearly interpolating
between the upstream and downstream measurement location, without considering any
time delays. No interpolation is performed in y-direction, since the spanwise resolution
is sufficiently high to capture the pressure peaks. For x/R > 0.7, on the other hand, the
pressure fluctuations are caused by the blade wakes and tip vortices, and therefore they
displace mainly in axial direction. For each measurement location in this region, a cross-
correlation of the phase-averaged waveforms is performed with three downstream mea-
surement locations: one at the same y-coordinate, and one additional point on each side
in y direction. Of the three candidates, the point with the strongest correlation is then
selected as the direction of the local convective velocity, which presents a weak spanwise
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component in the “V”-shaped path of the tip vortices. Since this procedure can present
outliers, particularly in the absence of strong periodic features, the convective velocity
(i.e., the phase delay φ2 −φ1) is first computed for all points, and then a smoothing filter
is applied and outliers are removed. The resulting phase-delay distribution is then used
in the interpolation procedure of Fig. F.4 to, in this case, increase the number of axial
points by a factor ten. Finally, in the overlap region (0 < x/R < 0.7), a sigmoid weight-
ing function W (x) is applied to provide a smooth transition between the two regions, as
shown in Fig. 7.13.

Fig. F.5 compares the instantaneous (phase-averaged) pressure distributions ob-
tained for three time instances. While the values at the measurement locations are iden-
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Figure F.5: Comparison of phase-averaged unsteady surface-pressure distributions obtained from
microphone data on a flat wall beneath the propeller. Data presented with and without interpolation, for

three time instances. Dots indicate measurement locations.

339



F

F. ENGINEERING METHODS FOR DATA PROCESSING

tical in the original and interpolated fields, the general pressure distributions are signifi-
cantly different downstream of the propeller. In the interpolated pressure distributions,
the evolution of the tip vortex can clearly be identified, as indicated by the white dashed
line. However, in the original pressure distributions, the low axial resolution does not
allow for a meaningful interpretation of the pressure field in the propeller slipstream.
Nevertheless, even though the interpolated pressure fields match the expected physical
effects, the convective-velocity estimation can provide inaccurate results if the correla-
tions are weak, or if the phase delay estimated by the cross-correlation does not cor-
respond to the correct blade passage (i.e, if instead of estimating the correct φ2 −φ1, it
estimatesφ2−φ1+2π/B). For this reason, a cross-validation of the interpolated pressure
distribution with PIV data is performed in Fig. 7.15.
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SWEEPS

A parameter sweep is performed using the numerical method of Ch. 8 to investigate the
sensitivity of the changes in propeller and wing loads to the operating conditions and de-
sign parameters of an OTWDP system. For this analysis, the geometrical parameters of
the experimental setup of Ch. 8 are used as baseline. Several changes are made to the op-
erating conditions to ensure that the conclusions are more representative for full-scale
applications. Based on reference data of an ATR 72-600 [228], a typical cruise lift coeffi-
cient can vary between CL = 0.45 and CL = 0.7, while the wing chord-based Reynolds and
Mach number are of the order of 107 and 0.4, respectively. Assuming aircraft lift-to-drag
ratios of 15 and 17 for cruise at max speed and “economy” speed respectively, a pro-
peller thrust coefficient of 0.076 < Tc < 0.103 would be required for steady flight. Based
on these figures, a propeller blade pitch of β0.7R = 45o and an advance ratio fo J = 2.0
are selected as baseline. In these conditions, the propeller operates near to maximum
efficiency and produces a thrust coefficient of approximately Tc = 0.1 when installed
over the wing. The baseline angle-of-attack of α = 2o is maintained, corresponding to
propeller-on lift coefficients on the order of CL ≈ 0.6. Furthermore, the Reynolds and
Mach number are set to 107 and 0.4, respectively. For the sensitivity analyses, one pa-
rameter is varied at a time. Therefore, the sweeps are not performed at constant total
lift, thrust, or shaft power. The results obtained here should therefore not be used to
quantify the actual performance changes attainable with an OTWDP system.

For reference, Table G.1 provides the force coefficients of the isolated wing and pro-
peller in these conditions. For the isolated propeller, zero angle of attack is assumed.
Therefore, the axial force Fx is equal to −T , while the vertical force Fz is equal to the
normal force +N (see Fig. 2.6). Note, however, that the coefficients F∗

xc and F∗
zc are

normalized with the wing reference area Sref, and not with the propeller disk area SP,
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unlike Tc and Nc. The reader is also reminded that, for these aerodynamic force co-
efficients, the wing area covered by one propeller of the DP array is used as reference,
Sref = c · (D +d), and not a complete wing. In this way, the results are representative of
the average changes in lift and drag on a generic portion of a high aspect-ratio, rectangu-
lar wing with many OTW propellers (NP À 1), and are not inherent to the specific aspect
ratio of the wing.

The results are presented for four parameters representing the operating conditions
(angle of attack, advance ratio, Reynolds number, and Mach number) and eight geomet-
rical design parameters (axial propeller position, incidence angle, diameter-to-chord ra-
tio, tip clearance, number of propellers modeled, separation distance, airfoil thickness,
and airfoil camber) in Figs. G.1–G.3. The first two rows of these figures present the
changes in vertical and horizontal forces acting on the system as a result of the aero-
dynamic coupling between propellers and wing. Note that a positive ∆F∗

xc indicates a
thrust reduction. The third and fourth row present how wing lift-to-drag ratio and the
propeller’s propulsive efficiency are affected, relative to the isolated wing and propeller
operating in that same condition. The reader is reminded that the propulsive efficiency
considers the net force produced on the propeller alone in the direction of flight, |Fx |,
and not the thrust along the propeller axis. The lift-to-drag ratio in installed conditions
includes the contribution of the vertical forces on the propeller to the total system lift,
i.e.

(L/D)tot =
CL,iso +∆CL +F∗

zc

CD ,iso +∆CD
. (G.1)

Table G.1: Aerodynamic coefficients of the isolated wing and propeller, in the baseline operating conditions
selected for the parameter sweeps.

Parameter Value Parameter Value
Lift coefficient CL,iso 0.537 Thrust coefficient Tc,iso 0.111
Pressure drag coeff. CDp,iso 0.0027 Normal-force coefficient Nc,iso 0
Friction drag coeff. CDf,iso 0.0060 Prop. axial force coeff. F∗

xc -0.058
Drag coefficient CD ,iso 0.0087 Prop. vertical force coeff. F∗

zc 0
Lift-to-drag ratio (L/D)iso 62.0 Propeller efficiency ηP,iso 0.81
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effect of a given parameter on propeller performance is not accounted for in the numerical method.
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Figure G.2: Sensitivity of the changes in propeller/wing forces and efficiency to the propeller axial position,
propeller incidence angle, diameter-to-chord ratio, and tip clearance. Large markers indicate baseline values.
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Figure G.3: Sensitivity of the changes in propeller/wing forces and efficiency to the number of propellers,
separation between propellers, airfoil thickness, and airfoil camber. Large markers indicate baseline values.

“N/A” indicates that the effect of a given parameter on propeller performance is not accounted for in the
numerical method.
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