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Summary

On the liquid film in inclined annular flow. By R.J. Belt
In production tubing from gas wells, the gas flow is generally accompanied with a liquid
mixture of gas condensates, oil and/or water. Therefore, the flow regime in the pipes is
annular: the liquid is partly distributed as a thin and wavy film along the wall, and partly as
droplets in the turbulent gas core. In inclined pipes, due to gravity, the film is thicker and
rougher in the bottom than in the top of the cross-section. Although the gravitational forces
tend to drain the liquid from the top to the bottom of the cross-section, a film remains in
the top, and some mechanisms must occur that transport liquid from the bottom to the top.
These mechanisms are not fully understood in the literature, since they rely on the complex
interaction between the turbulent gas core and the thin wavy film. However, their modeling is
essential for the gas producing industry, since it allows to predict the phase distribution in the
cross-section, which is needed for the separation process of the two phases. The prediction
of the film thickness distribution is also required when operating old gas wells. Due to the
pressure decrease in old wells, the gas flow reduces, however, it must be avoided that the
drag on the film becomes smaller than the gravitational forces on it, which are both provided
by the film thickness. Otherwise, the liquid from the film will flow back to the well, and its
accumulation at the tubing entrance will block the gas production.
In vertical annular flow, the distribution of the phases, especially the film thickness, can
be predicted from the continuity and momentum balances on the film in the streamwise direction. The main term that must be closed in the momentum balance is the shear-stress exerted
by the gas flow on the film, since it is the main source driving the film upward. In inclined
annular flow, due to gravity, the film thickness distribution is a function of the angular position, and it can be predicted by considering the continuity and momentum balances on the
film in the circumferential direction, next to the balances in the axial direction. However, the
liquid redistribution mechanisms must be closed in those equations. Therefore, in the thesis,
we focus on (i) the interfacial friction, and (ii) two liquid redistributions mechanisms, related
to the secondary flow in the gas core and to the roll waves with a height varying around the
circumference. The three mechanisms are approached from a fundamental point of view, in
order to provide physically-based models that can be used in annular flow.
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Regarding the interfacial friction, we showed experimentally with a time- and spatiallyresolved film thickness measurement technique that the roll waves are the prominent interfacial structures and that they are akin to random roughness, since they are three-dimensional
structures, and their spatial distribution is stable and random. We showed that a physicallybased prediction of the interfacial friction can be simply obtained with the friction correlation for turbulent flows in rough pipes. The latter correlation contains the “hydrodynamical”
height of the roll waves, i.e. the sand-grain roughness, which can be predicted from the
frontal area of the roll waves, similarly to turbulent flows over rough walls. The results also
showed that existing correlations in the literature are based on an incorrect parameterization,
e.g. the Reynolds number should not appear in the correlation, since the roughness elements
are in the fully-rough regime. Therefore, these correlations might fail when applied to annular flows in practice with different fluids or different Reynolds numbers than those on which
they are based.
From a fundamental perpective, the friction correlation for turbulent flows over rough
walls can be used if the turbulence modulation by the roughness is restricted to the inner layer
of the turbulent flow. However, in the literature, the extent of the roughness effects is a point
of discussion. In the thesis, the effect of random roughness on a turbulent pipe flow is studied
using direct numerical simulations (DNS). The random roughness is mimicked in the DNS
by a random distribution of point-particles close to the wall, exerting a drag force on the flow.
The results showed that the profiles of the mean axial velocity and the Reynolds shear-stress
are very similar to those obtained from experiments in the literature, and therefore, a forcing
due to point-particles located at random close to the wall can correctly represent random
roughness. Furthermore, the detailed results from the DNS on the turbulence modulation due
to random “roughness” are conform to Townsend’s Reynolds number similarity hypothesis,
i.e. the turbulence modification is confined to the inner layer.
One of the mechanisms that redistribute the film around the circumference in inclined annular flow is the drag on the film in the circumferential direction due to the secondary flow in
the gas core. A theoretical study has been performed on the source of secondary flow, and is
supported by DNS and laser-Doppler anemometry experiments on simplified test cases. We
showed that a mean forcing in the streamwise direction, due to e.g. roughness or to droplets,
leads to a modulation of the turbulence, which is mostly due to the balance of streamwise
momentum. Depending on the forcing location, the forcing changes the Reynolds or viscous
shear-stresses, which, in turn, modifies the production of turbulence. Therefore, a streamwise
forcing distributed non-uniformly over the cross-section promotes a non-uniform turbulence
production and an anisotropy in the turbulence, which is, as we showed, the source of secondary flow. In inclined annular flow, it means that the non-uniform interfacial roughness
and the non-uniform droplet distribution can both promote a secondary flow in the gas core,
which is of the opposite sign as we showed. From the theory on secondary flow, a simple
model can be built to predict the magnitude of the secondary flow velocity in the gas core,
and the drag on the film. From these considerations, it appears that the effect of the secondary flow on the film redistribution is not negligible, but it cannot account for all the liquid
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redistribution.
Another mechanism that redistributes the film around the circumference is the action of
the roll waves. The film thickness experiments showed that the roll waves extend over a
large part of the circumference, and that they have a large contribution to the mean film
thickness distribution. Several mechanisms are proposed in the literature to explain that the
roll waves climb up the walls. The wave-pumping mechanism of Fukano and Ousaka (1989)
is modeled in the thesis with inviscid flow theory. However, it is showed in the thesis that the
wave pumping mechanism is probably not very important. Instead, the extension of the roll
waves around the circumference could be explained by e.g. the wave spreading mechanism
proposed by Butterworth (1972), or simply by kinematic effects, similar to the breaking of
waves on beaches. The necessary conditions for these mechanisms to occur are shown to be
present in the film thickness measurements.
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Samenvatting
Vloeistof film in kernringstromingen onder een hoek. Door R.J. Belt
Het gas dat in productiebuizen uit gasputten stroomt bevat vaak een vloeistofmengsel van
condensaat of olie en water. Het gas en de vloeistof stroomt in de productiebuizen als een
kernringstroming: de vloeistof is gedeeltelijk verdeeld als een dunne en golfachtige film langs
de wand, en gedeeltelijk als druppels in de turbulente gaskern. In buizen onder een hoek,
afwijkend van de vertikaal, is de film, door zwaartekracht, dikker en ruwer aan de onderkant
dan aan de bovenkant van de buis. Alhoewel de zwaartekracht de film naar de onderkant
trekt, blijft er een dunne film aan de bovenkant. Er bestaan dus mechanismes die de vloeistof
terug naar de bovenkant van de buisdoorsnede transporteren. De fysica van deze vloeistof
herverdelingsmechanismes is ingewikkeld, doordat het op de complexe interactie tussen de
turbulente gaskern en de dunne golfachtige film is gebaseerd. Niettemin is het modelleren
van deze mechanismes noodzakelijk voor de gasindustrie, om de vloeistofverdeling in de
buisdoorsnede te voorspellen. Dit is nodig voor het verbeteren van het scheidingsproces,
en voor de gasproductie uit oude gasputten, die veel water bevatten. Door de drukdaling in
oude gasputten verlaagt de gasstroming in de productiebuis. In zo’n situatie moet voorkomen
worden dat de gassnelheid zo laag wordt dat de afschuifkracht op de film kleiner wordt dan
de zwaartekracht op de film, die beide door de filmdikte bepaald worden. Anders stroomt de
film terug naar de gasput, en kan door eventuele accumulatie van vloeistof aan de buisingang
de gasproductie stoppen.
In een vertikale kernringstroming kan de vloeistofverdeling door de continuiteits- en impulsbalans in de stromingsrichting voorspeld worden. De belangrijkste term die gemodelleerd moet worden in de impulsvergelijking is de schuifspanning van de gasstroming op
het oppervlak van de film, die de stroming opwaards drijft. In een kernringstroming onder
een hoek is, door zwaartekracht, de filmdikte een functie van de positie in de buisdoorsnede,
welke voorspeld kan worden met de continuiteits- en impulsbalans in the tangentiële richting,
naast die in de stomingsrichting. Voor het oplossen van deze vergelijkingen moeten sluitingsrelaties voor de film herverdelingmechanismes geformuleerd worden. In ons onderzoek
concentreren wij ons op: (i) de schuifspanning aan het oppervlak, en (ii) twee film herverdelingmechanismes, die door de secundaire stroming in de gaskern en door de zogenaamde
rol-golven gedreven worden. Deze aspekten worden in dit proefschrift op een fundamentele
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wijze benaderd, om algemeen geldige fysische modellen voor gas/vloeistof kernringstromingen in buizen onder een hoek te verstrekken.
Met een techniek die de filmdikte veranderingen in tijd en in ruimte meet hebben wij
experimenteel laten zien dat rol-golven de prominente structuren aan het oppervlak zijn,
en dat ze op een willekeurige ruwheid lijken, doordat deze rol-golven drie-dimensionale
structuren zijn met een stabiele en willekeurige distributie in de ruimte. Wij hebben laten
zien dat een fysische voorspelling van de schuifspanning aan het oppervlak eenvoudig kan
worden verkregen met de standaard wrijvings-correlatie voor één-fase turbulente stromingen
door ruwe buizen. Deze correlatie bevat een hydrodynamische hoogte van de rol-golven,
de “zandkorrel” ruwheid, die weer voorspeld kan worden met het frontale oppervlak van
de ruwheidselementen, op dezelfde manier als voor één-fase turbulente stromingen door
ruwe buizen. De resultaten laten zien dat correlaties in de literatuur op onjuiste parameters berusten, het Reynolds getal mag bij voorbeeld niet in de correlatie voorkomen, omdat
de rol-golven in het volledig ruwheidsregime zitten en niet in een overgangsgebied. De correlaties in de literatuur kunnen daarom falen als ze gebruikt worden voor kernringstromingen
in de praktijk, met andere vloeistoffen en een ander Reynolds getal dan waarop zij gebaseerd
zijn.
Vanuit een fundamenteel standpunt kan de wrijvingscorrelatie voor turbulente stromingen
over ruwe wanden gebruikt worden als de verandering van turbulentie door ruwheid beperkt
blijft tot de binnenlaag van de turbulente stroming. Het bereik van ruwheidseffecten is echter
een punt van discussie in de literatuur. In dit proefschrift is het effect van een willekeurige
ruwheid op een turbulente stroming onderzocht door middel van directe numerieke simulaties. De “random” ruwheid is in deze simulaties nagebootst door een willekeurige distributie van punt deeltjes dichtbij de wand, die een meesleepkracht uitoefenen op de stroming. De
resultaten laten zien dat de profielen van de gemiddelde axiale snelheid en van de Reynolds
schuifspanningen gelijk zijn aan die gemeten in de literatuur. Een kracht door willekeurig
dichtbij de wand geplaatste puntdeeltjes kan een “random” ruwheid dus goed modelleren.
De details van de directe numerieke simulatie laten zien dat de verandering van de turbulentie door deze ruwheid overeenkomt met de Townsends hypothese: de veranderingen in de
turbulentie blijven beperkt tot de binnenlaag.
Een van de mechanismes die de film rond de omtrek herverdeeld bij kernringstromingen
onder een hoek is de meesleepkracht op de film in de tangentiële richting, die aangedreven
wordt door een secundaire stroming in de gaskern. Een theoretische studie, ondersteund
door directe numerieke simulaties en laser-Doppler anemometry experimenten op vereenvoudigde test-cases, is uitgevoerd naar de oorzaak van secundaire stroming. Wij hebben
laten zien dat een gemiddelde kracht in de stromingsrichting, bij voorbeeld door de ruwheid
of door de druppels, een verandering van de turbulentie veroorzaakt via de impulsbalans in
de stromingsrichting. Afhankelijk van de lokatie van de verstoring kan er een verandering
optreden in de Reynolds of de viskeuze schuifspanningen, die op hun beurt, de produktie van turbulentie veranderen. Dus een kracht in de stromingsrichting, die niet-uniform
in de buisdoorsnede is verdeeld, veroorzaakt een niet-uniforme turbulentie produktie en een
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anisotropie in de turbulentie, die de oorzaak is van secundaire stroming. Dit betekent voor
kernringstromingen onder een hoek dat de niet-uniforme ruwheid aan het filmoppervlak en
de niet-uniforme druppelverdeling in de buisdoorsnede beide een secundaire stroming in de
gaskern kunnen veroorzaken, met overigens een andere richting. Met behulp van de theorie
over secundaire stromingen kunnen vereenvoudigde modelen opgesteld worden die in kernringstromingen de sterkte van secundaire stroming en de meesleepkracht op de film kunnen
voorspellen. Met deze gegevens kan worden aangetoond dat het effect van secundaire stroming op de filmverdeling rond de omtrek niet verwaarloosbaar is, maar dat het deze niet
alleen kan bepalen.
Een andere mechanisme, dat de film rond de omtrek herverdeelt, is gerelateerd aan de
rol-golven. De filmdikte metingen in kernringstromingen onder een hoek hebben laten zien
dat de rol-golven zich rond de omtrek uitbreiden, en dat ze voor een groot deel de gemiddelde
filmdikte bepalen. In de literatuur zijn diverse mechanismes voorgesteld ter verklaring voor
het omhoogklimmen van de rol-golven tegen de buiswand. Een van deze mechanismes, het
pompen van vloeistof naar de bovenkant door de rol-golven dat door Fukano and Ousaka
(1989) gepostuleerd is, wordt in dit proefschrift gemodelleerd met behulp van niet-viskeuze
stromingsleer. Dit model laat zien dat het pompen van vloeistof door de golven waarschijnlijk
niet erg belangrijk is. Daarentegen kan de uitbreiding van de rol-golven rond de buisomtrek
worden uitgelegd door bij voorbeeld het spreidingsmechanisme van Butterworth (1972), of
door simpelweg kinematische effecten, die ook de oorzaak zijn voor het opbreken van golven
op stranden. Onze filmdikte metingen laten zien dat de noodzakelijke condities voor het
optreden van deze mechanismes, daadwerkelijk voorkomen in de kernringstroming onder
een hoek.

18

Samenvatting

1. Liquid loading in inclined annular flow

1.1

Problem formulation

In production tubing used for the production and transport of gas, the gas flow is generally accompanied with a liquid mixture of gas condensates, oil and/or water. For normally
operating gas wells, this liquid mixture is dragged by the gas flow from the well to the surface. However, in production tubing from old gas wells, the gas flow rate can be reduced
such that the gas is unable to drag the liquid mixture upward against gravity. At that point,
the liquid starts to flow back to the well and, eventually, it can accumulate at the entrance of
the production tube and block further the production of gas. For gas producing companies it
is essential to avoid this point of “liquid loading”.
In gas production tubing, the gas flow rate can be quite high. Therefore the flow configuration is often annular: the liquid flows partly as a thin and wavy film along the wall,
and partly as droplets entrained in the turbulent gas core (see figure 1.1). Related to this, in
literature, two explanations are proposed for liquid loading, which both provide reasonable
estimates of the start of liquid loading in vertical annular flow. The first explanation claims
that the gas flow is unable to drag upward the droplets in the gas core (see Turner et al., 1969),
whereas the second one is related to the film (see, e.g., Zabaras et al., 1986; Moalem-Maron
and Dukler, 1984; Hewitt et al., 1985). The first explanation is often used in the gas producing industry, however, the companion thesis of Van’t Westende (2008), which focused on the
droplet behaviour in inclined annular flow, shows that all droplets in annular flow are flowing
upward, even when liquid loading has started. Therefore, liquid loading must be closely related to the flow reversal in the film, which occurs when the film weight becomes larger than
the drag exerted by the gas flow on the film.
An extra degree of complexity comes with the inclination of the production tubing, which
can be from vertical to horizontal. In vertical annular flow, due to symmetry, the film thickness, i.e. the film weight, is constant around the pipe circumference. However, in non-vertical
annular flow, which will be referred to as inclined annular flow in the thesis, the film is thicker
and the interface is rougher in the bottom than in the top of the pipe cross-section due to
gravity (see figure 1.1 right). In that case, the interfacial shear-stress and the film weight vary
around the circumference of the pipe, and we can expect that liquid loading occurs only in the
portion of the pipe cross-section where the film weight is locally larger than the drag due to
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Figure 1.1: Schematic representation of the cross-section along the streamwise direction in vertical
annular flow (left) and of the cross-section perpendicular to the streamwise direction in inclined annular flow (right). Further in the thesis, whenever it is referred to the cross-section, the cross-section
perpendicular to the streamwise direction is meant.

the interfacial shear-stress. Then, from a practical perspective, the gas superficial velocity at
which liquid loading starts depends on the inclination angle of the tubing, as shown by Keuning (1998) (see figure 1.2), since the interfacial shear-stress is a function of the gas superficial
velocity, and the film thickness distribution and film weight are related to the inclination
angle.
Hence, the prediction of liquid loading in inclined pipes requires the determination of
the film thickness around the circumference. This, however, is complicated due to the many
mechanisms involved in sustaining the film in the top of the cross-section against gravity
(see, e.g., Fukano and Ousaka, 1989; Laurinat et al., 1985, Butterworth, 1972). In the thesis, we will focus on the mechanisms determining the film thickness variation around the
circumference in inclined annular flows.
1.2
1.2.1

Relation between the film and liquid loading in vertical annular flow
Explanation of liquid loading in literature

In vertical annular flow, two regimes for the film flow can be observed, which are evident
in the pressure gradient vs. gas flow rate curve (see figure 1.3). On either side of the minimum
in the pressure-gradient, the film structure is quite different. For gas flow rates larger than
that corresponding to the minimum in the pressure-gradient, the film is continually flowing
upward, with large roll waves propagating on the interface. Here, the pressure-gradient is
mainly balanced by the wall shear-stress and by the gravitational forces on the liquid film
and droplets. On the contrary, for gas flow rates at and below the minimum in the pressuregradient, the wall shear-stress fluctuates around zero, with its mean equal to zero (see Zabaras
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Figure 1.2: Superficial gas velocity UG S at the liquid loading onset as a function of the inclination angle
of the tubing from the horizontal, α, for a liquid superficial velocity UG S equal to 0.08 m/s. Measured
by Van’t Westende (2008).

et al., 1986). This means that the pressure-gradient is balanced entirely by the gravitational
forces on the film and droplets. Since the wall shear-stress fluctuates around zero, the flow
direction close to the wall also changes sign. Therefore, in this region, which will be defined
as the “liquid loading” region in the thesis, we have an intermittent flow upward and downward, with on average a flow upward. The liquid loading region starts at the minimum in
the pressure-gradient, and is delimited by the flooding point for small gas flow rates, below
which on average the film flow rate is directed downward.
The film structure for vertical annular flow in the liquid loading region is described in e.g.
Zabaras et al. (1986) and Hewitt et al. (1985). However, both descriptions are different in
a small number of points. According to experimental observations in Hewitt et al. (1985),
the liquid loading region is characterized by large waves flowing upward, which are mostly
responsible for the net flow upward. In between the waves, a small film is left, which initially flows upward behind the wave, but which velocity gradually decreases until the flow is
directed downward. Zabaras et al. (1986) and Moalem-Maron and Dukler (1984) propose a
mechanism for liquid loading based on their experiments. In their model, a laminar velocity
profile in the film is assumed, giving for the velocity profile and the film thickness in vertical
annular flow two distinct solutions for one pressure-gradient, i.e. interfacial shear-stress (see
figure 1.4). The solution with uniform upflow (see figure 1.4 left) is shown to represent reasonably the region above the minimum in the pressure-gradient. In the liquid loading region,
they found experimentally that the solution of uniform downflow next to the wall (see figure
1.4 right) is not stable, and that this solution switches with the solution of uniform upflow, to
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Figure 1.3: Mean pressure-gradient in the axial direction, −dP/dz, as a function of the superficial gas
velocity, UG S , in vertical annular flow, for different superficial liquid velocities, UL S .
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Figure 1.4: Schematic representation of the stable solution of the velocity profile and mean film thickness for uniform upflow (left), and the unstable solution for flow reversal (right), according to Zabaras
et al. (1986) and Moalem-Maron and Dukler (1984). τW is the wall shear-stress in the streamwise
direction.
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give on average a zero wall shear-stress. They also found that the switching between the two
solutions of the film thickness is rather arbitrary, instead of having a defined wave structure
flowing over the interface. Zabaras et al. (1986) also noted the occurrence of large waves,
similar to Hewitt et al. (1985), but claimed that switching is the dominant mechanism based
on the experimental results.
1.2.2

Prediction of liquid loading

In literature on vertical annular flow, the start of liquid loading is predicted using the
Froude number, the Kutateladze number or a combination of both dimensionless numbers
(see, e.g., Richter, 1981). For instance, a correlation of Wallis (1969) suggests that the minimum of the pressure-gradient occurs for a Froude number, Fr, defined as:
1/2

Fr

=

ρG UG S

(gD(ρL − ρG ))1/2

,

(1.1)

equal to a constant ranging usually between 0.7 and 1.0. In equation 1.1, ρG and ρL correspond to the gas and liquid densities, UG S to the gas superficial velocity, D to the pipe
diameter and g to the gravitational acceleration. This correlation gives experimentally good
results for small pipe diameters D . 0.05 m (see Richter, 1981). Another correlation for the
minimum in the pressure-gradient suggests that it is determined by a constant Kutateladze
number, Ku;
1/2

Ku

=

ρG UG S

(gσ(ρL − ρG ))1/4

(1.2)

equal to 3.2. In equation 1.2, σ refers to the surface tension. This correlation appears to
give good estimates for D & 0.15 m (see Richter, 1981). Using a simplified axial momentum
balance of the droplet-laden gas core, Richter (1981) derived an expression for the Froude
number Fr which recovers the equations 1.1 and 1.2 in the limit of small and large pipes,
respectively. In this derivation, however, Richter made several assumptions, which might
not be entirely correct. For instance, in his derivation, the entrainment is neglected, and the
amplitude of the roll waves is obtained by a balance between the surface tension and the
pressure difference between the top and bottom of the roll wave. It is however questionable
if surface tension can play a role on the scale of the large roll waves.
In practice, gas producing companies have observed that gas can be produced below
the pressure-gradient minimum in the liquid loading region, and that the production tubing
becomes filled with liquid far in the liquid loading region, close to the flooding point. Therefore, the prediction of the minimum in the mean axial pressure-gradient is not sufficient, and
it is preferable to be able to predict the annular flow whatever the axial pressure-gradient
is (in upflow annular flow and in the liquid loading region). Vertical annular flow could
be predicted using the continuity and the axial momentum balance in the film. Zabaras et
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al. (1986) showed with their experiments that indeed such an approach can predict annular
flow in the liquid loading region. In vertical annular flow, the axial momentum balance in a
fully-developed film is given by (see, e.g., Fore and Dukler, 1995):
−

dP
δ(D − δ) + τI (D − 2δ)
dz
− τW D − ρL gδ(D − δ) + RA (VD −CW )(D − 2δ) = 0

(1.3)

where −dP/dz is the axial pressure-gradient, δ the mean film thickness, τI and τW the interfacial and wall shear-stress, RA the atomization rate of droplets from the film, VD the centerline
velocity of the droplets, and CW the velocity of the roll waves, from which the droplets are
ejected. The first term in equation 1.3 represents a driving force of the flow, the second and
third term the transfer of momentum to and from the film, the fourth term the gravitational
forces on the film, and the fifth term the advection of momentum due to the atomization of
slow moving droplets from the film and the deposition of fast moving droplets back onto the
film.
Regarding the wall-shear stress, τW , the experiments of Zabaras et al. (1986) show that it
is equal to zero in the liquid loading region. In upward vertical annular flow, the liquid film
is usually very thin, and in most cases, the Reynolds number of the film is much smaller than
the Reynolds number at which a boundary layer starts to become turbulent (which is equal
to roughly 520 according to Schlichting, 1979). Therefore, the liquid film can be assumed
laminar, and the wall shear-stress can be expressed as a function of the laminar velocity
profile in the base film.
Two contributions in equation 1.3 which need special attention are the advection of axial momentum due to the entrainment/deposition process, and the interfacial shear-stress. In
Zabaras et al. (1986), the loss of momentum due to the entrainment/deposition of droplets
has been neglected in the axial momentum balance. However, in Fore and Dukler (1995),
it is shown that the entrainment and deposition processes can account for 20% of the axial
pressure-gradient, and therefore it cannot be neglected for an accurate prediction. The entrainment and deposition processes, and the modeling approach which can be used for it, is
discussed in the thesis of Van’t Westende (2007).
Regarding the interfacial friction, it can be predicted in upward vertical annular flow using existing correlations in literature. A widely used interfacial friction correlation is that of
Wallis (1969), which shows some analogy with the friction for single-phase turbulent flows in
fully-rough pipes. In fact, the Wallis correlation shows that the roll waves flowing over the interface are responsible for the extra drag, and that they have an impact on the gas flow similar
to random roughness. It has been shown, however, that the Wallis correlation predicts wrong
results in the liquid loading region (see Zabaras et al., 1986, and Lopes et al., 1986), and that
it can be improved in upward vertical annular flow (see, e.g., Fore et al., 2000). Over the
years, the Wallis correlation has been modified in order to fit better the experimental results
in upward annular flow. The changes consist mainly in ad-hoc modifications of the constants
and shape of the correlation, and are not physically-based. Instead, we will show in chapter 3
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that the interfacial friction can be determined quite accurately in upward vertical annular flow,
by applying the well-known theory on roughness in single-phase turbulent flows (see, e.g.,
Schlichting, 1979, Pope, 2000, or Jimenez, 2004, for the roughness theory). In principle, the
same approach as that used in chapter 3 could be applied to the liquid loading region in order
to provide an accurate estimation of the interfacial friction in that region, although it is not
done here. We note that, in literature, a controversy exists on the effects of roughness on a
turbulent flow (see, e.g., Jimenez, 2004), and the question is raised if the roughness theory in
single-phase turbulent flows can be applied to any kind of roughness. In chapter 2, we show
experimentally that, in upward vertical annular flow, the roll waves are the most prominent
interfacial structures, and that they are randomly distributed in space. Therefore, in chapter 5, we performed a fundamental study on the impact of random roughness on the turbulent
flow, and we show that indeed the well-known roughness theory can be applied to random
roughness, which result supports its use in annular flow.
1.3

Annular flow in inclined pipes

To first order, liquid loading starts when the gravitational forces on the film balance the
drag force on the interface. At the flow reversal onset, the Wallis correlation for the interfacial
friction can be assumed to give a reasonable estimate. Hence, from the equality between the
gravitational and drag forces on the film, we have to first order for the flow reversal onset:


δ
0.005
ρGUG2 1 + 300
∼ ρL g δ
(1.4)
2
D

This condition shows that, for a given annular flow, liquid loading starts for a mean film
thickness larger than a critical one. In inclined annular flow, liquid drains from the top to
the bottom of the cross-section due to gravity, and as a result, the liquid film is thicker in the
bottom than in the top. Therefore, liquid loading is expected to start first in the bottom of the
cross-section.
To predict liquid loading in inclined annular flow, it becomes essential to predict the
film distribution around the circumference, and particularly the mean film thickness in the
bottom. Once that thickness in the bottom can be predicted, similar to vertical annular flow,
the liquid loading occurrence can be predicted using the axial momentum balance, expressed
in the bottom of the cross-section. Because of symmetry, the axial momentum balance in the
bottom is similar to equation 1.3, except that the parameters in equation 1.3 must be defined
at the bottom.
The film distribution around the circumference depends on the mechanisms that oppose
the drainage of liquid from the top to the bottom of the cross-section. In upward annular flow,
some attempts made to understand and to predict the film thickness distribution around the
circumference (see, e.g., Laurinat et al., 1985, Lin et al., 1985, Fukano and Ousaka, 1989)
will be discussed below. In principle, the same mechanisms as in upward inclined annular
flow are expected to determine the mean film thickness distribution around the circumference
in the liquid loading region.
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1.3.1

Mechanisms determining the film distribution around the circumference in upward annular flow in inclined pipes

In inclined annular flow, gravity tends to drain the liquid from the top to the bottom of the
cross-section. For the annular flow to sustain, there must be a mechanism transporting liquid
from the bottom to the top. In literature, three mechanisms are proposed that can transport
liquid to the top:
• secondary flow in the gas core, which is promoted by the non-uniform interfacial
roughness or the non-uniform droplet concentration, and which exerts a drag on the
film (Darling and McManus, 1968, Laurinat et al., 1985, Lin et al., 1985, Flores et al.,
1994, Dykhno et al., 1994), see figure 1.5,
• wave pumping/spreading, which leads the roll waves and liquid to climb up the walls
(Fukano and Ousaka, 1989, Butterworth, 1972, Jayanti et al., 1990), see figure 1.6,
• net entrainment of droplets in the bottom and net deposition in the top (Butterworth,
1972, Laurinat et al., 1985, Lin et al., 1985, James et al., 1987, Mols, 1999).
In literature, different studies have been performed that were able to predict the film thickness distribution around the circumference using different mechanisms (see, e.g., Laurinat et
al., 1985, Lin et al., 1985, Fukano and Ousaka, 1989). Because of this, a large controversy
exists on which of the mechanisms are important in inclined annular flow. Apparently, the
modeling of the mechanisms is done inadequately, and probably the three mechanisms can
play a non-negligible role in the determination of the film thickness around the circumference in these studies (which were done for air/water annular flows in pipes of small diameter,
between 0.027 to 0.05 m). To obtain an accurate prediction, also for rather different situations, with a different pipe diameter and/or with different fluids, the mechanisms need to be
modeled correctly, which requires their physical understanding.
In the thesis, we will discuss the physics of two from the three mechanisms: the secondary
flow in the gas core and the impact of the roll waves on the film distribution. Regarding the
understanding of the entrainment/deposition processes, the reader is referred to the thesis of
Van’t Westende (2008).
1.3.2

Secondary flow in the gas core

The occurrence of secondary flow in the gas core of annular flow is shown schematically
in figure 1.5. According to horizontal annular flow studies of Laurinat et al. (1985) and Lin
et al. (1985), the drag on the film in the circumferential direction due to secondary flow has
an important contribution to the film distribution, especially in the top of the cross-section. In
chapter 4, we show that, indeed, secondary flow can play a significant role in redistributing
the film, and that its effect is to first order independent of the pipe diameter. Furthermore,
Van’t Westende (2007) shows that secondary flow has an impact on the droplet behaviour
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Figure 1.5: Schematic representation of secondary flow in the gas core of inclined annular flow.

and deposition in inclined annular flow. The occurrence of secondary flow in the gas core of
inclined annular flow has clearly been reported (see Flores et al., 1994, Dykhno et al., 1994),
although some studies claim that it is not present. We note however that those studies see
secondary flow as an instantaneous flow in the cross-section, which is not the case, since it is
a mean flow in the cross-section (see chapter 6 and 7).
Usually, the origin of secondary flow is attributed to (i) the non-circular geometry of the
gas core (see, e.g., Speziale, 1982, Brundrett and Baines, 1964, Demuren and Rodi, 1984),
which is promoted by the non-uniform film thickness, and to (ii) the non-uniform interfacial
roughness (see Darling and McManus, 1968, Van’t Westende, 2008). In most situations, the
thickness of the liquid film is small, and the influence of the non-circular cross-section on secondary flow is minor. Therefore, the secondary flow is mostly promoted by the non-uniform
roughness, and it flows upward along the walls (see Darling and McManus, 1968), such that
it can exert a drag on the liquid film toward the top. However, Dykhno et al. (1994) observed
that the presence of droplets can reverse the direction of the secondary flow above a stratified
gas-liquid flow. Even though Dykhno et al. (1994) observed that the presence of droplets
could change the pattern of the secondary flow, they did not provide a clear explanation of
the mechanisms involved.
In literature, secondary flow in upward horizontal annular flow is modeled based on the
measurements of Darling and McManus (1968), which were done in a single-phase pipe flow
with the wall roughened in the bottom (for one particular variation of the wall roughness
around the circumference). Hence, a modeling approach based on these results accounts for
the non-uniform roughness as source of secondary flow, but not for the non-uniform droplet
concentration. Since the experiments of Darling and McManus (1969) were performed for
one particular variation in the wall roughness, no dependence on physical parameters can
be extracted. Therefore, in order to fit the film distribution around the circumference, and
to include a dependence of secondary flow on the parameters governing the annular flow,
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Figure 1.6: Wave pumping/spreading in inclined annular flow.

Laurinat et al. (1985) expressed the interfacial shear-stress in the circumferential direction
as a function of the difference in the interfacial shear-stress in the axial direction between
the top and bottom of the cross-section. However, no further explanation is given for this
correlation.
Due to the lack in understanding of the source of secondary flow, a fundamental study
on secondary flow is made in chapter 6 and 7, using direct numerical simulations and laserDoppler anemometry experiments in well-defined situations. The driving force of secondary
flow is identified, for both the non-uniform roughness and the non-uniform droplet concentration, and it is modeled in chapter 4 in order to see its influence on inclined annular flow.
1.3.3

Wave pumping/spreading

The wave pumping/spreading mechanisms involved in the film redistribution are probably
the least understood. These mechanisms suggest that the roll waves in the bottom of the crosssection climb up the wall, which origin will be discussed shortly below. Hence, the wave
pumping/spreading mechanisms can be seen as a wetting of the wall due to the discharge of
liquid from the roll waves. In between the roll waves, liquid drains back to the bottom of the
cross-section due to gravity (see figure 1.6). In experiments on inclined annular flow, it is
observed that indeed the roll waves extend around the circumference.
The explanation for the extension of the roll waves around the circumference is however
less clear. Two mechanisms are proposed in literature: (i) the wave pumping mechanism by
Fukano and Ousaka (1989), and (ii) the wave spreading mechanism by Butterworth (1972).
In the wave pumping mechanism as proposed by Fukano and Ousaka (1989), it is assumed
that the roll waves promote a disturbance in the pressure field in the gas around the waves.
In the rear of the roll wave, the pressure in the gas is increased, which translates in a higher
pressure in the roll wave itself. Since the increase in the pressure is assumed to be a function
of the roll wave height, and since the height of the roll waves varies around the circumference,
a circumferential pressure-gradient exists in the roll wave, which according to Fukano and
Ousaka (1989) causes the roll wave to climb up the wall, and which pumps liquid in the roll
wave from the bottom to the top. In chapter 4, however, we show that the inertia of the gas
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flow is rather insufficient to promote an increase in the pressure in the wave, that could pump
the amount of liquid necessary to sustain part of the film in the top of the cross-section.
The other mechanism for the roll waves to climb up the walls has been proposed by
Butterworth (1972). This wave spreading mechanism of Butterworth (1972) assumes that the
wave velocity is higher where the film thickness is larger. In that case, the wave deforms, with
the wave part in the bottom being ahead to that in the top. Hence, the drag exerted on the wave
by the gas flow has a circumferential component, which could lead the wave to climb up the
walls. However, we show in the experiments in chapter 4 that the roll waves are not always
inclined (i.e. the wave in the bottom part being ahead of that in the top). This has been noted
also by Butterworth (1972), and it becomes questionable if the wave spreading mechanism is
the correct explanation for the extension of the roll wave around the circumference.
Based on experimental results and first order estimations, the wave pumping and wave
spreading mechanisms proposed by Butterworth (1972) and Fukano and Ousaka (1989) are
discussed in chapter 4. Also the comments given in literature on these mechanisms, e.g. by
Jayanti et al. (1990), are discussed in that chapter.
1.4

Scope

Inclined annular flow in the liquid loading regime is quite complex. The first difficulty
consists in the understanding of the mechanisms involved in the flow reversal. For instance, in
a vertical pipe, the reasons underlying the switching between the two solutions, as explained
by Zabaras et al. (1986) and Moalem-Maron and Dukler (1984), are not fully understood.
The second difficulty concerns the inclination of the pipe, which makes the mean film thickness not uniform around the circumference, and the occurrence of liquid loading localized
in the cross-section. Even for upward inclined annular flow, it is not exactly known which
mechanisms determine the film thickness distribution around the circumference, and how
these mechanisms can be modeled accurately.
Instead of providing an experimental correlation for liquid loading in inclined pipes,
which probably would be restricted to a small range of annular flows (air/water annular flow
in a pipe of 0.05 m in our case), a more fundamental approach has been chosen, which consists in understanding some of the mechanisms occurring in annular flow. In the thesis, these
mechanisms are applied to the more simple case of upward inclined annular flow. However,
it is expected that the mechanisms can be applied to inclined annular flow in the liquid loading regime with fully different situations (different pipe diameter, different fluids, etc.), once
their physics are understood.
Two mechanisms are studied in detail in the thesis. First, the interfacial friction is investigated, since it is the main force driving the liquid film upward. Second, a physical explanation
will be given for the secondary flow occurring in the gas core, since it appears that its impact
on the film redistribution is far from negligible. From the explanations of the mechanisms,
a modeling approach will be provided for both mechanisms. Finally, a discussion about the
impact of roll waves on the film redistribution, and its modeling, is started.

30
1.5

Chapter 1. Liquid loading in inclined annular flow
Outline

The thesis is organized as follows. First, in chapter 2, the interface of upward vertical
annular flow is reconstructed using the measurement technique presented in the appendix.
From the experimental data, the interfacial structures are described statistically. Chapter 2
focuses on the roll waves, which are known to play a major role in the interfacial friction
and the droplet entrainment process. Next, in chapter 3, a physically-based approach is presented to predict the interfacial friction in upward vertical annular flow, based on the theory
on roughness in single-phase turbulent pipe flows. Using the experimental results of chapter
2 on the roll waves, it is shown that the interfacial friction is in close agreement with theory. Chapter 4 provides experimental data on the film distribution around the circumference.
Based on the experimental data, the mechanisms that transport liquid from the bottom to
the top of the cross-section in upward inclined annular flow are discussed. Physically-based
models are provided for the secondary flow (based on the results in chapter 6 and 7) and for
the wave pumping/spreading, and their respective effects on the film distribution around the
circumference are shown.
The chapters 5, 6 and 7 deal with fundamental background studies on the effect of a
forcing, due to roughness or to droplets, on a turbulent flow, and are not restricted to annular
flow. These form the basis of the results in chapter 3 and 4. In chapter 5, the impact of random
roughness on a turbulent flow is investigated using direct numerical simulations. It shows that
the effects of random roughness are local and in good agreement with the standard theory on
roughness. In chapter 6 and 7, the occurrence of secondary flow driven by roughness and/or
droplets is explained, supported by the results from direct numerical simulations and laser
Doppler anemometry experiments. The chapters 6 and 7 clearly show the driving force of
secondary flow, which result is used in chapter 4 to model annular flow.
Finally, chapter 8 summarizes the most important conclusions from the thesis.
We note that the chapters are structured independently, using a “self-contained article
structure”, according to the new departmental policy. Therefore, some repetition and/or disconnection between the chapters occurs.
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2. Time and spatially resolved measurements of interfacial
waves in vertical annular flow

2.1

Introduction

Annular flow is a two-phase flow configuration which often occurs in pipes used for the
production and transport of gas. In annular flow, the liquid (e.g., gas condensates or oil)
flows partly as a thin and wavy film along the wall, and partly as droplets entrained in the
turbulent gas core. For improvement of the transport and separation of the two phases, it
is required to predict accurately the phase distribution in the pipe. In vertical annular flow,
the distribution is governed by the continuity and momentum balances in the axial direction.
From the quantities involved in the axial momentum balance, the gravitational force and the
interfacial shear-stress on the film clearly play a major role in the prediction. The gravitational
force on the film depends directly on the mean film thickness, which, in turn, is related to
the interfacial shear-stress and the amount of droplets entrained in the gas core. Therefore,
a key point in the prediction of vertical annular flow is the interfacial shear-stress and the
entrainment.
The interfacial shear-stress and the entrainment result from the interaction between the
gas flow and the liquid film at the interface, therefore they must be closely related to the
structures moving on the interface. Several types of interfacial structures can be observed
in annular flow, of which the “roll” or “disturbance” waves are the most prominent ones.
These surges have a height of about four times the mean film thickness, and they are coherent
in the streamwise direction, and move with an approximately constant wave velocity (see,
e.g., Azzopardi, 1997, Wallis, 1969). In pipes of diameter smaller than approximately 0.1
m, the roll waves cover the entire circumference of the pipe (see Azzopardi, 1997), and their
length is typically of the order of the pipe diameter. Although the length of the roll waves is
much larger than their height, they are quite different from hilly two-dimensional structures,
over which the turbulent gas core would be in a quasi steady-state. Instead, as can be seen
from pictures in Hewitt et al. (1990) or Badie et al. (2001), the heights of the roll waves
show large variations in the circumferential direction that evolve in time, such that the roll
waves are truly three-dimensional structures. Next to the coherent roll waves, other noncoherent structures exist. For instance, a large number of irregularities of small amplitude
cover the interface, which are not coherent over large distances. In literature, these structures
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are referred to as “capillary” or “ripple” waves, and are believed to be surface tension waves
(see, e.g., Asali and Hanratty, 1993). Also non-coherent structures of large amplitude, similar
to that of the roll waves, can occur on the interface. For instance, Wolf et al. (1996) have
recognized the occurrence of “ephemeral” waves, which look similar to roll waves. However,
they are less frequent, and have a velocity which is different from that of the roll waves, with
larger fluctuations. Therefore, these waves will merge with the roll waves, and have a short
lifetime. Finally, “bursts” have been observed by e.g. Badie et al. (2001), which correspond
to a localized peak of large amplitude on the interface, and which die out rapidly.
The interfacial structures promote an extra drag on the gas flow due to the pressure forces
acting on them, similar to roughness. Due to the large amplitude and the three-dimensional
character of the roll waves, it is likely that roll waves mainly contribute to the extra drag.
This is also suggested by the correlation for the friction factor in annular flow proposed by
Wallis (see Wallis, 1969), in which the sand-grain roughness of the interface is similar to the
height of the roll waves. However, it is shown in Fore et al. (2000) that the prediction of
the friction factor using the Wallis correlation can be improved in the limits of thick and thin
films. An improvement could be obtained using the existing theory on roughness in turbulent
pipe flows. However, that theory requires the knowledge of the frontal area seen by the gasflow, i.e. the distribution and the height of the roll waves, which is not well known. On the
other hand, Hanratty (see Hanratty, 1991) suggests that the interfacial friction is mainly due
to ripple waves on the film, which act like sand roughness. Although it can be questioned
if the impact of ripples on the extra drag can be that large to give the observed friction in
annular flow (the height of the ripples being not larger than roughly 30 wall-units, therefore
not exceeding the buffer layer in the turbulent gas flow), the structure of the ripples is also of
interest.
The amount of entrainment results from a balance between the entrainment and deposition
rate of droplets from and onto the film (see, e.g., Pan and Hanratty, 1997). For the entrainment
rate especially, a physically-based prediction is lacking. It is known that the entrainment of
droplets from the film occurs by removal of the small waves riding on the roll waves (see
Azzopardi, 1997, Woodmansee and Hanratty, 1969). Therefore, to get more insight into the
entrainment rate, a detailed representation of the roll waves is needed. For instance, it could
be suggested that the amount of entrained droplets depends on the wavelength and frequency
of the roll waves. For the ballistic deposition of large droplets (see James et al., 1987, Lopes
and Dukler, 1986), information on (i) the velocity of the droplet entrained from the roll wave,
which could be approximated by the roll wave velocity, and on (ii) the angle of the trajectory,
which could be related to the angle of the roll wave with respect to the axial direction, must
be known.
From the discussion above, it is clear that a detailed representation of the interfacial structures, especially of the roll waves, is needed to improve the understanding and modeling of
both the interfacial friction and entrainment of droplets from the film. Therefore, in this work,
we focus on the waviness of the interface, using experiments. Especially, we will pay attention to the characterization of the roll waves. To that purpose, we developed a non-intrusive
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film thickness probe able to reconstruct the interface with a high resolution in time and space,
and to give a quantitative description of the interfacial structures, which was not possible until
now.
First, the measurement technique will be explained, together with the experimental set-up.
Then, a qualitative picture of the interfacial waves measured in the study will be presented.
Next, we will present the approach used to extract the roll waves from the signals. Finally, we
will present the results on (i) the mean film thickness and the mean wave velocity, which are
directly appearing in the momentum balances in the axial direction, (ii) global statistics on
the interfacial structure, and (iii) the statistics of the roll waves, such as their height, length,
frequency and spatial distribution, which are necessary for the modeling of the interfacial
shear-stress and the droplet entrainment.
2.2

Experimental set-up and the film thickness measurement technique

The experimental set-up of the air/water annular flow consists of a vertical, cylindrical
pipe, made of perspex, of inner diameter D = 0.05 m and of total length L = 12 m (see figure
2.1). Dry air is injected with a compressor at the bottom of the pipe. Tap water is fed into the
pipe through a porous wall 1 m downstream of the gas inlet. The mass flow rates of air and
water entering the pipe are measured with rotameters. The film thickness sensor is placed
about 6.5 m (= 130 · D) downstream the water inlet. The liquid film is removed from the pipe
through an annulus about 2.5 m (= 50 · D) downstream the film thickness sensor, therefore
avoiding any exit effects on the film thickness measurements. In the water coming from
the annulus, temperature and conductivity of the water are measured. Both are necessary
to obtain the film thickness from the raw data of the film thickness sensor. After the film
withdrawal section, the droplet-laden gas core flows through 2 m of pipe (= 40 · D), after
which the water is separated from the air and then collected. Finally, the pressure-gradient in
the vertical annular flow is measured between 4 m (= 80 · D) and 7 m (= 140 · D) downstream
of the water inlet using a differential manometer (see Van’t Westende et al., 2005).
The results presented in this chapter correspond to the annular flow regime without flow
reversal, i.e. above or at the minimum of the pressure-gradient vs. gas flow-rate curve (see
Zabaras et al., 1986). Therefore, the gas superficial velocity UG S in the measurements is
larger than or equal to 22 m/s, as shown in table 2.1. The liquid superficial UL S is such that
the interface is wavy, except at the lowest one at which the Reynolds number Re L S , based on
the liquid superficial velocity and the pipe diameter, is equal to 238. Such a Reynolds number
is smaller than the critical one Recrit
L S , which is equal to approximately 250 − 350 in a pipe of
0.05 m diameter (see Azzopardi, 1997), and below which roll waves do not exist. The liquid
superficial velocities in the experiments are also shown in table 2.1.
The measurement technique of the film thickness is described in the appendix, and will
be introduced here shortly. In the case of a conducting liquid (e.g. water), the liquid film is
electrically conducting, with a conductance proportional to the film thickness, whereas the
droplet-laden gas core is not. Therefore, the idea of the measurement technique is to impose
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Table 2.1: Liquid and gas superficial velocities, UL S and UG S respectively, for the measurements presented here. ReL S and ReG S are the Reynolds numbers based on the pipe diameter and the liquid and
gas superficial velocity, respectively. We note that the values of the gas superficial velocities can vary
0.3 m/s maximum around the values in the tables at the different UL S .

UL S (m/s)

5.3 · 10−3

9.6 · 10−3

1.9 · 10−2

4.0 · 10−2

8.2 · 10−2

ReL S

238

431

855

1805

3705

UG S (m/s)

21.9

26.2

31.0

36.4

42.1

ReG S

75 · 103

89 · 103

106 · 103

124 · 103

143 · 103

an electrical potential between a pair of electrodes in contact with the liquid film and measure
the resulting current, which is a function of the conductance of the liquid film, hence of its
thickness. Such a technique has been used extensively in literature (e.g., Brown et al., 1978;
Zabaras et al., 1986; Jayanti et al., 1990; Paras and Karabelas, 1991; Fore and Dukler, 1995).
The main difference of the present technique with others in literature is that, in literature,
the time signal of the film thickness is measured at only a few positions in the annular flow,
whereas we are measuring the film thickness evolution in time at many positions (in our
case: 320 positions), giving us a spatial reconstruction of the film in the annular flow, and,
therefore, spatial information on the interface.
The film thickness sensor consists in a matrix of 10 measurement locations in the axial
direction times 32 measurement locations in the circumferential direction (see picture 2.2).
For the sensor used in the results presented below, the spatial resolution is 4.9 · 10 −3 m in
the circumferential direction and 19.5 · 10−3 m in the axial direction. The time resolution is
5000 Hz for each measurement location, i.e. much higher than the phenomena observed in
the annular flow. The film thickness sensor is non-intrusive: the conductance is measured
between two electrodes flush with the inner pipe wall. The separation distance between two
adjacent electrodes is 6 · 10−3 m in the axial direction. This separation distance dictates the
maximum film thickness which can be measured with this sensor (see Coney, 1973), and
which is equal to about 3.5 · 10−3 m (see appendix A). The accuracy on the film thickness
which is obtained with this sensor is about 12% of the film thickness.
2.3

Waves in vertical annular flow

Two snapshots of the interface, which are measured with the film thickness probe, are
shown in figure 2.3. The snapshot shows two consecutive roll waves, with in between ripple
waves. It is clear from figure 2.3 that the roll waves are the prominent interfacial structures,
that are three-dimensional and evolve in time. In the snapshots, 320 points are measured over
the sensor of length 0.176 m and of diameter 0.05 m. Therefore, the spatial resolution is sufficiently high to resolve large scale structures like roll waves, however, it fails to distinguish
the smaller structures flowing on the roll waves (i.e. those which are responsible for the en-
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Figure 2.1: Experimental set-up. At T , γ and P, the temperature, the conductivity and the pressuregradient are measured, respectively. The film thickness probe is located at F. At B, the mass flow rate
of water can be measured with a balance.

Figure 2.2: Picture of the film thickness sensor. The conductance is measured between a ring-electrode
and island-electrode flush with the wall.
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Figure 2.3: Raw instantaneous film thickness data (in µm) at two distinct instants t at the 320 measurement locations. The film flow is in the axial direction from the left to the right, over a distance of 0.176
m. The snapshots are separated by 0.002 s. The pipe is opened up for visualization purposes, i.e. the
front and the back of the plots are in reality in contact. The snapshots correspond to a vertical annular
flow at UL S = 0.08 m/s and UG S = 42 m/s.

trainment of droplets). On the other hand, these structures can be observed when considering
the film thickness signal in time, for which the temporal resolution is much higher (5000 Hz).
The three-dimensionality of the roll waves can even be better seen in figure 2.4, which shows
the height around the circumference of a roll wave passing by at one given axial location. We
note that the variations in the circumferential direction do not correspond to measurements
errors, since they have an amplitude much larger than the experimental error and exist much
longer than one sampling period. One could argue that these variations are due to eventual
bubbles entrapped in the roll waves. However, we do not expect such large bubbles in the
roll waves that can explain the large variations observed in the snapshots. Furthermore, large
variations in the roll wave height in the circumferential direction are also observed in pictures
made by Badie et al. (2001).
Figure 2.5 shows the evolution of the film thickness in time along the axial direction. The
resolution in the axial direction is limited, therefore the actual structure of the roll wave in the
axial direction cannot be measured. However, from figure 2.5, we can see that the length of
the roll wave is about 0.04 m (the distance between two measurement locations being 0.0195
m), and that the roll waves are quite different from a sinusoidal train of waves. The roll waves
are coherent in the axial direction, and move with an approximately constant wave velocity.
Furthermore, this figure shows that the roll wave height varies significantly when flowing
through the pipe, but on average it is roughly equal to four times the mean film thickness, as
stated in literature on annular flow.
In figure 2.6, we show the height of the ripples in between two consecutive roll waves,
for a gas and liquid superficial velocity UG S = 42 m/s and UL S = 0.02 m/s. In that particular
case, the height of the ripples, taken to be equal to twice the standard deviation of the heights
in figure 2.6, is roughly equal to 100 µm. This height corresponds to roughly 20 wall-units,
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Figure 2.4: Progress in time of the height of a roll wave at one axial location (the x-axis corresponds to
the circumferential position). The figures are separated by 0.002 s, the picture at t = 0 s corresponds to
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Figure 2.6: Behaviour of the ripple waves in between two roll waves, at one axial position (the x-axis
corresponds to the circumferential position). The dashed line corresponds to the mean film thickness.
The liquid and gas superficial velocities are equal to UL S = 0.02 m/s and UG S = 42 m/s, respectively.

using the friction velocity obtained from the measured pressure-gradient. This means that the
ripples do not exceed the buffer layer of the turbulent gas flow. Furthermore, when assuming that ripples behave like sand-roughness, as suggested by Hanratty (1991), the use of a
standard correlation for roughness in turbulent pipe flows shows that the height of the ripples
should be roughly 9 times larger to promote a similar pressure-gradient. This result suggests
that the impact of the roll waves on the interfacial friction is probably the most important
one, although the ripples can have a small effect. This point will be developed further in the
subsequent chapter.
Since the roll waves are the most striking interfacial structures in the figures discussed
above, and since they probably have the largest impact on the interfacial friction, we will focus in this study mainly on the characterization of the roll waves, and give only short general
information about the ripples. Finally, we would like to note here that it is questionable if roll
waves are truly waves in the classical sense in fluid mechanics, i.e. structures that transport
momentum with a propagation velocity but no mass. However, since these structures seem to
flow coherently with a constant velocity, we also will denote these structures by “waves”.
2.4

Experimental determination of the “roll” waves

In the statistics of roll waves, the non-coherent structures and the ripples must not be
accounted for. Therefore, to obtain unbiased statistics, a robust procedure is needed to determine all and only the roll waves from the time-signal of the film thickness (see Azzopardi,
1986). It is clear from the time-signal in figure 2.7 that a simple threshold will not be suffi-
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Figure 2.7: Typical example of two time-signals of the film thickness. The solid line corresponds to the
time-signal at a reference location, the dashed line to the time-signal at a different axial location, and
shifted in time with the spacing between the two points over the velocity of the roll waves. The dots
correspond to events which are qualified as roll waves. In between the roll waves, we can see (see text)
bursts of large amplitude (e.g., here, at t ≈ 1.1 s), which do not flow with the velocity of the roll waves,
and have a short lifetime.

cient in separating the coherent roll waves from the non-coherent structures, and, to a smaller
extent, from the ripples. As roll waves are primarily characterized by a correlation in the
streamwise direction with an approximately constant propagation velocity, whereas the noncoherent structures and ripples are not, we used here this criterion to determine the roll waves.
The roll waves are determined in three steps. First, the potential roll waves are listed (using
a threshold on the time-signal of the film thickness, the events higher than the threshold being considered as potential roll waves). Then, in two next steps, the larger ripple waves and
non-coherent structures are removed from this set of potential roll waves (using mainly the
correlation in the streamwise direction).
Since the amplitude of the roll waves is significantly larger than that of the ripples, using a
correct threshold, a large part of the ripples can be separated from the actual roll waves in the
first step. The correct amplitude of the threshold is chosen by considering the total amount
of waves as a function of the threshold (see figure 2.8). We can assume the ripples as being
(i) much smaller and more frequent than the roll waves, (ii) with a height varying randomly.
Therefore, the amount of ripples behaves like a Poisson distribution when increasing the
amplitude of the threshold. With a significant separation in the height of the roll waves and
ripples, above a certain threshold, the amount of “waves” will decrease more slowly, since
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Figure 2.8: Typical behavior of the amount of events N above the threshold δ threshold (solid line), with
its exponential fit (dashed line) in the region where the decay of the amount of waves N is a Poisson
distribution of the threshold δ threshold . Note that the origin of the threshold corresponds to the mean
film thickness. In the case presented in the figure, the threshold is set equal to 50% · 73 µm above the
mean film thickness, where the 50% corresponds to an arbitrary safety margin to ensure that all roll
waves are listed.

the actual roll waves do not obey to this Poisson distribution. This amplitude of the threshold
is the one used, but reduced by 50% to ensure that all roll waves are accounted for, in order
to perform a first crude separation between the roll waves and ripples.
Due to possible bubbles entrapped in the roll wave, or to a local disruption in the shape of
the roll wave, some waves exhibit two sharp peaks within a very short time-interval. When
considering the evolution in space of such a wave (i.e. when comparing the time-signals at
different positions in the streamwise direction), we can see that the two peaks merge into one
peak. Therefore, the two peaks must not be considered as individual distinct waves. However,
the two peaks will both have a good cross-correlation with the corresponding roll wave at the
different axial locations. To solve this, in the second step, we apply to the set of potential
roll waves a “dead-time” (i.e. a short time-interval after the occurrence of a wave, in which
no other wave can occur), in order to remove the multiple validation of a single wave. This
is similar to the multiple validation in Laser Doppler Anemometry (see, e.g., van Maanen,
1999). In this study, we use in the post-processing a dead-time between 10−2 s (for UG S = 42
m/s) and 2 · 10−2 s (for UG S = 22 m/s), which corresponds to about half the time needed for
the roll wave to flow over one pair of electrodes of the film thickness probe.
In the third step, we use the correlation to determine the roll waves from the events above

44

Chapter 2. Measurements of interfacial waves in vertical annular flow

the threshold: an event in the time-signal is accepted if a similar event is observed in the
time-signals at all other streamwise positions, but shifted in accordance with the mean wavevelocity. For instance, for the event at the time t and at the position (θ, z) to be accepted
as a roll wave, a similar event at the position (θ, z + d) must occur in the window on the
time-signal between t + d/CW − ∆/2 and t + d/CW + ∆/2, where CW is the mean velocity of
the roll waves (which is obtained from the cross-correlation between the positions (θ, z) and
(θ, z + d)), and ∆ the size of the window. The size of the window is taken here equal to the
dead-time used in the second step. In this way, a clean set of roll waves is obtained at each
position (θ, z).
2.5

Results

The statistical properties for each measurement are obtained from a time-signal of 119
s length in total. This means, for the roll wave properties in the case of a wavy interface,
about 350 roll waves (for the lowest gas and liquid superficial velocities) to 1400 roll waves
(for the highest gas and liquid superficial velocities) are accounted for. Furthermore, since
the vertical annular flow is assumed (i) fully-developed, and (ii) axisymmetric, all 320 measurement locations are used in calculating the mean properties in the vertical annular-flow.
It is also checked that the statistics do not differ significantly from point to point along the
circumference, which means that the pipe is carefully aligned with the vertical.
2.5.1

Mean film thickness and mean wave velocity

In figure 2.9 and 2.10, we show the mean film thickness δ and the wave velocity CW ,
respectively. As could be expected from the mass balance of the film, we can see in figure 2.9
that the mean film thickness δ increases with the liquid superficial velocity UL S , and decreases
with the gas superficial velocity UG S .
The interfacial velocity CW in figure 2.10 is calculated using the cross-correlation between
the time-signals measured at one reference axial location and at all other axial locations, for
the same circumferential position. The interfacial velocity CW is then defined as the ratio between the distance between the two measurement locations and the time-delay corresponding
to the maximum cross-correlation. Then, the average and standard deviation of the interfacial
velocity is obtained from the 9 × 32 data points. A typical example of the cross-correlation
function is shown in figure 2.11. We can see that the peak in the cross-correlation is sharp, the
width of the peak being similar to that of the auto-correlation function (which is shown below
in figure 2.17). This suggests that the large structures flow over the film with a quasi constant
velocity, and that their dispersion is negligible. In figure 2.12, we show the time-delay corresponding to the maximum cross-correlation as a function of the axial distance separating
the two measurement locations. The slope in figure 2.12 corresponds to the inverse of the
velocity of the large structures on the film. Since a linear function can be fitted to figure 2.12,
it means that the velocity of the structures on the film is roughly constant.
For ReL S larger than Recrit
L S , the measured interfacial velocity CW corresponds to the char-
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Figure 2.9: Mean film thickness δ as a function of the liquid superficial velocity UL S , for different gas
superficial velocities UG S .

acteristic velocity of the large roll waves, which might be larger than the mean velocity properly at the interface. For ReL S smaller than Recrit
L S , the cross-correlation is still possible due
to the small irregularities on the surface. In that case, CW is a measure for the actual velocity
at the interface, since the ripples are expected to flow over the interface with a velocity much
smaller than that of the interface, and isotropically (i.e. with a zero mean).
We can see from figure 2.10 that the interfacial velocity CW tends to an asymptotic value
when the liquid superficial velocity UL S increases, i.e. when the mean film thickness δ increases. In between the two lowest liquid superficial velocities UL S , the interfacial velocity
CW decreases sharply. Since the velocity of the roll waves can be larger than that of the base
film, this can be explained by the occurrence or not of roll waves, depending on the value
of ReL S compared to Recrit
L S . Also, the interfacial velocity CW increases with the superficial
gas velocity UG S in a way not far from linearity. A linear relationship between CW and UG S
has been suggested in Azzopardi (1986). Furthermore, the Rayleigh type of shear instability
(see, e.g., Marmottant et al., 2004), which could represent the instability of the interface in
annular flow, also predicts a linear relationship between CW and UG S .
In figure 2.13, we show the standard deviation of the film thickness rms(δ) as a function
of the mean film thickness δ. We note that rms(δ) does not correspond to the error, but to a
statistical representation of the film height variations and, therefore, of the interfacial waves.
We can see in figure 2.13 a linear dependence between rms(δ) and δ, for the different gas
and liquid superficial velocities. The linear dependence can be used to define the interfacial
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Figure 2.10: Mean interfacial velocity CW as a function of the liquid superficial velocity UL S , for
different gas superficial velocities UG S . The error bars correspond to once the standard deviation of the
interfacial velocity.
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Figure 2.13: Standard deviation of the film thickness rms(δ) as a function of the mean film thickness
δ. The closed symbols correspond to a wavy interface, the open ones to liquid mass flow-rates ṀL for
which the interface is quasi-smooth (i.e. no roll waves, or roll waves that start to appear). The dashed
line corresponds to a linear fit of the closed symbols, which slope is equal to 1.04.

friction factor as a function of the mean film thickness δ, as it is done in the Wallis correlation
(see Wallis, 1969), instead of its standard deviation rms(δ), which characterizes the height
of the interfacial roughness elements. The physical reason behind this linear relationship is,
however, not understood at the moment by the author.
2.5.2

Verification of the experimental results

Below, we will compare our experimental mean film thickness δ and mean wave velocity
CW with predictions, in the case the predictions are straightforward. Also, we will compare
our results with those of Fore and Dukler (1995), which are obtained at similar conditions in
a pipe of almost the same diameter and with the same fluids.
For a vertical annular flow, in the case of very small liquid flow rates, the mean film thickness δ and the mean wave velocity CW can be predicted easily. For instance, the Reynolds
number of the film ReF (defined as UL δ/νL , where UL is the mean velocity in the film) can be
sufficiently low such that the film may be assumed laminar. In that case, large roll waves do
not exist on the interface (see, e.g., Azzopardi, 1997). Therefore, the entrainment of droplets
from the film into the gas core is negligible (see, e.g., Azzopardi, 1997; Fore and Dukler,
1995), and the liquid mass flow-rate in the pipe ṀL equals the mass flow-rate in the film ṀL F .
The wave velocity CW , obtained from the cross-correlation of time-signals at different axial
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locations, then corresponds to the velocity of the interfacial ripples, i.e. of the interface itself
(see above). Considering this case of very small liquid flow rates, the momentum balances in
the axial direction of the gas core and of the liquid film can be simplified significantly.
From the momentum balance in the vertical direction on the fully-developed liquid film,
assuming that (i) there is no entrainment, therefore, no advection of momentum due to the
atomization and deposition of droplets (see, e.g., Fore and Dukler, 1995), and (ii) the liquid
film is laminar, the velocity profile u(y) inside the film can be derived:


1
dP
τi
y
y+
−
− ρL g δ −
u(y) =
y
(2.1)
µL
µL
dz
2

where y is the distance from wall, z the vertical coordinate, τi the interfacial shear-stress
(in the positive vertical direction), −dP/dz the pressure-gradient in the vertical direction, µ L
the dynamic viscosity, ρL the density of the liquid, and g the gravitational acceleration. For
simplicity, the equation is shown in cartesian coordinates, i.e. by opening up the pipe and
neglecting the curvature. However, we verified that the results obtained with the equations in
cylindrical coordinates are quasi the same (the predicted mean film thickness differs less than
1 µm). The measured “wave” velocity CW is equal to u(δ).
The continuity equation on the liquid film provides a second equation between the velocity u, the mean film thickness δ and the mass flow-rate of liquid ṀL . In cartesian coordinates,
it is:
ṀL = ρL

Z δ
0

u(y) πDdy

(2.2)

Hence, the mean film thickness δ and the velocity at the interface u(δ) can be calculated
using the momentum balance and the continuity equation in the film, if the liquid mass-flow
rate ṀL , the pressure-gradient −dP/dz and the interfacial shear-stress τi are known. The first
two values are measured and the interfacial shear-stress τi is estimated using the momentum
balance in the axial direction of the gas core. Since there is no convection of momentum due
to the entrainment of droplets (see Fore and Dukler, 1995), the axial momentum balance of
the gas core is simplified into:
−

4
dP
− ρG g − τ i
dz
D − 2δ

= 0

(2.3)

where ρG is the density of the gas. Solving the three equations gives the predicted mean film
thickness δ and the velocity at the interface u(δ).
We compare the predictions of the mean film thickness δ and the velocity at the interface
u(δ) in table 2.2 at the lowest liquid superficial velocity UL S and the two highest gas superficial velocities UG S in the measurements. At these conditions, we verified that no large roll
waves are found, using the algorithm described above. We note, however, that at the lowest
UG S in table 2.2 some roll waves may start to appear. For this reason also, no predictions
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Table 2.2: Comparison between the measurement and the prediction of the mean film thickness δ and
the interfacial velocity CW . Values for the film thickness are in µm, for the interfacial velocity in m/s.
ReF and ReG correspond to, respectively, the Reynolds number in the film and the Reynolds number
of the gas core, which is defined as UG (D − 2δ)/νG . The experimental values in the table correspond
to the average of the results obtained with the two sensors. The subscript “pred” corresponds to the
predicted values. The subscript “Fore” corresponds to interpolated values from the data in Fore and
Dukler (1995) to the same conditions of the measurements here.

ReL S

ReG

ReF

δ

rms(δ)

CW

δ pred

u(δ) pred

δFore

238
238

143 · 103

60
60

138
157

33
44

1.01
0.94

153
179

0.90
0.78

206
232

124 · 103

are done for lower ReG , since the assumptions made may start to be false. In table 2.2, we
also show the Reynolds number of the film ReF , which is very small, and much smaller than
the Reynolds number at which a boundary layer starts to become turbulent (equal to ≈ 520,
according to Schlichting, 1979). Therefore, the assumption made of a laminar velocity profile in the liquid film is probably valid for the situations in table 2.2. Furthermore, the root
mean square value of the film thickness rms(δ) is significantly smaller than the mean film
thickness, confirming the absence of large roll waves.
We can see from table 2.2 that the differences between our measurements and the predictions of the mean film thickness δ and the interfacial velocity u(δ) are small, taken into
account the assumptions made (i.e. the laminar flow in the film) and the accuracy of the
measurements of the pressure gradient −dP/dz, the mass flow-rates of water and air ṀL and
ṀG , and the film thickness δ. For instance, twice the standard deviation in the measurements,
calculated from the different mean film thickness around the circumference (i.e. the measurement error) is equal to 14 µm and 19 µm for the high and low gas Reynolds number Re G in
table 2.2, respectively. Furthermore, we can see that the measured mean film thickness δ is
about 10% smaller than the predicted one, whereas the measured interfacial velocity u(δ) is
about 10% larger than the predicted one, i.e. the differences are in agreement with the continuity equation. Therefore, we can conclude that the results of the measurement technique are
in reasonable agreement with the predictions.
We also compare our experimental results with those of Fore and Dukler (1995), which
are obtained at similar conditions in a pipe of almost the same diameter and with the same
fluids. From table 2.2, we can see that the differences between the predictions and the measurements of Fore and Dukler (1995) are larger compared to our results when the interface
is quasi-smooth. The entire set of mean film thickness δ and wave velocity CW obtained in
this set-up has been compared with the measurements of Fore and Dukler (1995) (i.e. also
with a wavy interface). We have a similar trend in the behavior of the mean film thickness
δ and of the wave velocity CW as a function of the water and air flow-rates. However, we
find again quantitative differences in δ and CW . The differences in the mean film thickness
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Figure 2.14: Auto-power spectrum density for a large range of frequency f , for the highest gas superficial velocity UG S and for different liquid superficial velocities UL S . The “linear” solid line corresponds
to a logarithmic slope of −4.

could be caused by an error in the measurement technique or calibration in the present work
or in that of Fore and Dukler (1995). However, the wave velocity depends only on the signal
fluctuations and not on the magnitude, and, therefore, is less likely to be measured wrongly.
The differences might be attributed to the relatively short developing length for the liquid
film in Fore and Dukler (1995), which is equal to 69 · D, instead of 130 · D here. We also note
that, for very low liquid flow rates as in table 2.2, the film thickness measurement technique
used by Fore and Dukler (1995) could lead to an overestimation of the mean film thickness
δ. For instance, in Fore and Dukler (1995), the film thickness is measured through the conductance between two parallel wires protruding through the film. Since the diameter of the
wires is approximately half of the film thickness at these conditions, the wires could induce
due to surface tension a local displacement of the liquid film and therefore increase the film
thickness.
2.5.3

Global characterization of the waves

The interfacial waviness is usually described in literature on annular flow using the autopower spectrum density (in frequency-space). In this work, we calculated the (mean square
amplitude) power spectra by windowing the data using a Bartlett window in 140 segments of
about 1 s. Therefore, the standard deviation of the spectral estimate at f will be about 8.5%
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Figure 2.15: Auto-power spectrum density for a small range of frequency f , for the highest gas superficial velocity UG S and for different liquid superficial velocities UL S .

of the value. In figure 2.14 and 2.15, we show the auto-power spectrum density, for a large
and small range of frequencies, respectively, and for different liquid superficial velocities UL S
at the gas superficial velocity UG S equal to 42 m/s. We can see from figure 2.14 and 2.15 that
the shape of the power spectra is quite similar for the different liquid superficial velocities
UL S , except for the lowest UL S , for which no roll waves exist at the interface. The power
contained in the signal is largest for the highest UL S , meaning that the waves are also largest
for the highest UL S . From figure 2.15, we can see that most of the energy is contained in
frequencies lower than ≈ 50 Hz. The frequency corresponding to the maximum in energy
ranges in between 3 and 12 Hz, which corresponds to the measured frequency of the roll
waves fW obtained by counting the coherent waves using the detection algorithm described
above. The mean frequency of the roll waves are shown in figure 2.16. The maximum in
energy shifts to higher frequencies for the higher liquid superficial velocities UL S , meaning
that the frequency of the roll waves is larger for higher UL S .
Furthermore, from figure 2.14, we can see that, for f ≥ ≈ 200 Hz, the energy decreases
with a power equal to approximately −4, for all liquid superficial velocities UL S , i.e. also
when no roll waves flow over the interface. The latter decay could be linked to the ripples
on the interface. We note that, in the literature on wind-generated gravity waves (see, e.g.,
Phillips, 1985), also a logarithmic slope of −4 has been found. This similarity should be
investigated further to see if the existing theory on wind-generated gravity waves in oceanography could be used in annular flow to characterize the ripples.
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Figure 2.16: Mean frequency of the roll waves fW as a function of the liquid superficial velocity UL S ,
for different superficial gas velocities UG S . The error bars correspond to once the standard deviation.

From the time-signal of the film thickness, the wave structure seems intermittent. From
the auto-power spectrum densities presented in figure 2.14 and 2.15, however, we cannot
drawn conclusions on the wave structure in space. In figure 2.17, we present the timeautocorrelation function, again for the different liquid superficial velocities UL S at the highest
gas superficial velocity. This shows that the autocorrelation function decreases very quickly
to zero. Apparently, the signal does not show any correlation or periodicity. The correlation at
very small time delays (τ ≤ ≈ 0.015 s for the cases considered in figure 2.17) corresponds to
the finite length of the waves. For instance, using the wave velocity CW and the first crossing
through zero in the time-autocorrelation, a characteristic wave length can be calculated. For
the different liquid superficial velocities UL S , except the lowest one, we obtain a characteristic length between 0.04 and 0.05 m. Below, when presenting the properties of the roll waves,
we will see that this characteristic length corresponds to the length of the roll waves, which
is equal to about D = 0.05 m and independent of the liquid and gas superficial velocities.
The large coherent structures contribute mainly to the time autocorrelation function of the
film thickness. Therefore, the non-correlation and the non-periodicity in the autocorrelation
function could suggest that the roll waves are distributed randomly in time at one location,
i.e. in space because of the constant velocity of the roll waves. Also a short-time frequency
analysis supports this idea. For instance, the short-time frequency analysis shows the evolution in time of the low-frequency part of the power spectrum of the film thickness. It is
obtained by sliding a box-window over the film thickness time-signal and by calculating the
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Figure 2.17: Autocorrelation function of the film thickness, for the highest gas superficial velocity UG S
and for different liquid superficial velocities UL S .

mean-square amplitude power spectrum of the time-signal in that window. To have a sufficient resolution for the time-evolution, the length of the box-window must be smaller than the
mean time-delay between the roll waves 1/ fW . The time-evolution of the power spectrum is
shown in figure 2.18, for UG S = 42 m/s and UL S = 0.08 m/s. For readability, only 2 s is shown
together with the corresponding time-signal. In this example, the length of the box-window
is 0.0512 s and every 0.01 s the power-spectrum of the windowed time-signal is calculated.
With this length for the box-window, the frequency resolution is rather low: it is equal to 19.5
Hz. However, in the time-dependent power spectrum of the film thickness, we can clearly see
the occurrence in time of energy bursts of low frequency. These bursts correspond to the
large roll waves or to a group of small roll waves/large ripples within a small time-interval.
From figure 2.18, we also can see that the time between the bursts of energy appears to be
not equidistant, i.e. the roll waves seem to be distributed randomly in time.
To verify the randomness in the occurrence of the roll waves, similarly to Laser Doppler
Anemometry (see, e.g., van Maanen, 1999), we can measure the probability density function
of the “time-between-waves”, as it is done in the next section.
2.5.4

Spatial distribution of the roll waves

The roll waves are determined from the time-signals as explained above. Therefore, the
probability density function of the time in between two successive waves can be determined,
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Figure 2.18: Short-time frequency analysis of the film thickness time-signal. Above: time-evolution of
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PSfrag replacements

56

Chapter 2. Measurements of interfacial waves in vertical annular flow
102
10

1

100
-1

p

10

0.08 m/s
0.04 m/s
0.02 m/s
0.01 m/s

10-2
-3

10

n=3
n=4
n=6
n=7

10-4
-5

10

10-6

0

0.1

0.2

t (s)

0.3

Figure 2.19: Probability density function p of the time-between-waves t, for different liquid superficial
velocities UL S at the highest gas superficial velocity UG S = 42 m/s. The closed symbols correspond to
the measured pdf, and the lines to the gamma distributions fitted to the measurements, with the order n
an integer.

which is shown in figure 2.19, again for the different liquid superficial velocities UL S at
the highest gas superficial velocity UG S ≈ 42 m/s. The data at the lowest liquid superficial
velocity UL S (corresponding to ReL S = 238) are not shown since almost no roll waves exist
on the interface at that ReL S . From figure 2.19, we can see that the pdf p of the time-betweenwaves can be very well fitted to a gamma distribution:
p(t ∗ ) =

nn ∗ n−1 −nt ∗
t
e
Γ(n)

(2.4)

where the order n is a constant, and t ∗ the time-between-waves made dimensionless with its
mean, i.e. 1/ fW with fW the mean frequency of the roll waves. As a result, the temporal
distribution of the roll waves can be described using the roll wave frequency, and the order n
as only parameter. Since the wave velocity is roughly constant for all roll waves for a given
UG S and UL S , the spatial distribution of the roll waves is proportional to the temporal distribution. Moreover, in figure 2.19, the pdf of the time-between-waves can be well represented
by a gamma distribution with the order n an integer. The order n increases with lower liquid
superficial velocities UL S , but appears to be independent of the gas superficial velocity UG S ,
as can be seen from figure 2.20. We note, however, that the pdf of the time-between-waves
changes at lower gas superficial velocities UG S , due to the frequency fW of the roll waves
(see the equation of the gamma distribution).
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Figure 2.20: Probability density function p of the time-between-waves t, for different gas superficial
velocities UG S at the highest liquid superficial velocity UL S = 0.08 m/s. The closed symbols correspond
to the measured pdf, and the lines to the gamma distributions fitted to the measurements, with the order
n an integer.

The gamma distribution of order n is obtained as an n-convolution of independent and
random exponential distributions (see Feller, 1971). Physically, a gamma distribution can
be observed e.g. for the pdf of the droplet sizes breaking from the ligaments of sprays (see
Marmottant and Villermaux, 2001). Since we also observed a gamma distribution for the
spacing-between-waves, by analogy to the formation of the droplet distribution in sprays, a
mechanism for the roll wave formation can be proposed.
A perturbation of the interface by the turbulent gas flow is a precursor to the formation of
a roll wave. In the early stage of the roll waves formation, the perturbations can be assumed
to be located randomly over the interface, due to the nature of the turbulent gas flow. Hence,
in the initial stage, the exponential (Poisson) distribution is the most probable shape for the
spacing-between-waves distribution. During their growth, the perturbations can interact with
the gas flow (e.g. damping or deformation by the gas flow), and with each other (e.g. coalescence or continuity effects in the liquid film). Provided the interactions occur randomly,
their cascade leads the spacing-between-waves distribution to evolve to a stable distribution
by self-convolution. The n-self-convolution of an exponential distribution is precisely the
gamma distribution, which is observed in our experiments. We note that the order n of the
spacing-between-waves distribution is independent of UG S and dependent of UL S , hence, it
suggests that the final stable distribution of the roll waves in space is determined by the random interactions between the perturbations, e.g. by coalescence, and not by the interaction
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Figure 2.21: Ratio of the mean height of the roll waves hW to the mean film thickness δ as a function of
the mean film thickness. Each line between the solid points corresponds to different liquid superficial
velocities UL S at one superficial gas velocity UG S .

of the gas flow with the perturbations.
From a practical point of view, roll waves are events randomly distributed in space, hence,
it suggests that the interfacial friction could be described by the theory on random or “K”
roughness in single-phase turbulent pipe flows. Such a theory was also used by Wallis (1969)
as a basis for his interfacial friction correlation.
2.5.5

Mean properties of the roll waves

Since the unbiased set of roll waves can be detected using the algorithm described above,
we can now describe the shape of individual roll waves and obtain unbiased statistics. Below,
we will show some mean properties describing the roll waves, such as their height and their
length. We define here the height of the roll wave hW as the distance between the top of the
roll wave and the mean film thickness δ. The definition of the length of the roll wave lW is
much more arbitrary (see the time-signal in figure 2.7). Here, we define the length of the roll
wave lW as the length between the two first minima enclosing the maximum of the roll wave
which are below the mean film thickness δ. We note that using the two first minima found
around the maximum (i.e. without the condition below the mean film thickness) to determine
the length of the wave would underestimate its actual size, because of the possible ripples
moving on the roll wave (see also Paras and Karabelas, 1991).
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Figure 2.22: Probability density function p of the wave height hW , for different liquid superficial velocities UL S at the gas superficial velocity UG S = 42 m/s.

Figure 2.21 shows the ratio between the mean height of the roll waves hW and the mean
film thickness δ, as a function of δ. The ratio is close to 4, as suggested in the interfacial
friction correlation from Wallis (1969). However, we can also see that the values can differ
from 4 by as much as 25%. Furthermore, it is not a function of the mean film thickness δ
only. Especially, the ratio tends to be smaller than 4 for the highest gas superficial velocities
UG S , and larger than 4 for the lowest UG S . We note that the ratio hW /δ shows a different
trend for UG S = 22 m/s compared to the other gas superficial velocities. However, it has been
verified that the set of roll waves for UG S = 22 m/s is correctly determined, and the different
trend could perhaps be linked to the start of the flow reversal around that value of the gas
superficial velocity.
In figure 2.22, we show the pdf of the wave height hW , again for the four different liquid superficial velocities UL S at the highest gas superficial velocity UG S = 42 m/s. We can
see that the most probable wave height is about the same for the different liquid superficial
velocities UL S . However, the exponential decay of the pdf to larger wave heights is smaller
for the larger liquid superficial velocities UL S . As a result, the pdf of the height of the roll
waves is much broader for the larger liquid superficial velocities UL S , giving also a larger
mean height of the roll waves hW for larger UL S . We note that, for the two smallest liquid
superficial velocities UL S , a small amount of ripple heights are contained in the pdf of the
height of the roll waves, which can be observed with the change in the slope of the pdf for
very small heights. However, the amount of ripples is very small compared to the amount of
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Figure 2.23: Probability density function p of the wave height hW , for different gas superficial velocities
UG S at the liquid superficial velocity UL S = 0.02 m/s.
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Figure 2.24: Mean length of the roll waves l W as a function of the liquid superficial velocities UL S , for
the different gas superficial velocities UG S .
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Figure 2.25: Probability density function p of the wave length lW , for different liquid superficial velocities UL S at the highest gas superficial velocity UG S = 42 m/s.

roll waves in the pdf of the wave height, and is not expected to have a strong effect on the
calculated mean quantities. Furthermore, this validates a posteriori the detection algorithm
of the roll waves. In figure 2.23, we show the pdf of the wave height hW , for the different gas
superficial velocities UG S at a liquid superficial velocity UL S equal to 0.02 m/s. We can see
that the maximum probability for the wave height, which is approximately independent of the
liquid superficial velocity UL S , now increases to larger wave heights for lower gas superficial
velocities UG S . Also, the exponential decay from the maximum to the larger wave heights
hW is lower for the lower gas superficial velocities UG S , making the pdf much broader for
the lower UG S . Again we can see that, at small wave heights, a small amount of ripples are
counted as roll waves.
In figure 2.24, we show the mean length of the roll waves l W , for the different liquid
and gas superficial velocities. In all cases, the mean length of the roll waves l W is slightly
larger than the pipe diameter and ranges mainly between 0.05 and 0.06 m. The mean length
lW appears to be more or less independent of the superficial velocities UG S and UL S . It is
remarkable that the length of the roll waves is very close to the pipe diameter D. At the
moment it is not clear what causes the approximately constant length of the roll waves. It is
also not clear at the moment how the pipe diameter, i.e. the circumferential direction, could
enter in an axial linear stability analysis of a very thin film, in the case the roll waves would
be formed by instabilities.
The pdf of the length of the roll waves is shown in figures 2.25 and 2.26, the first for
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Figure 2.26: Probability density function p of the wave length lW , for different gas superficial velocities
UG S at the highest liquid superficial velocity UL S = 0.08 m/s.

the different liquid superficial velocities UL S at the highest gas superficial velocity UG S = 42
m/s, and the second for the different gas superficial velocities UG S at the highest liquid superficial velocity UL S = 0.08 m/s. We can see that the pdf for all measurements are similar.
The maximum of the pdf corresponds to a length of about 0.04 to 0.05 m, which was also
the characteristic length derived from the autocorrelation function. The decay from the maximum of the pdf to the larger lengths lW is exponential. However, we are not sure if this is
physically-based. For instance, in a small number of cases, the local minima next to the roll
wave do not go below the mean film thickness δ, although clearly they are in the base film
in between the roll waves. In that case, the length of the roll wave is overpredicted using the
definition given above. However, the frequency at which this occurs is small and influences
only the tails. Therefore, only the tails of the pdf in figure 2.25 and 2.26 should be handled
with some caution.
2.5.6

Inclination around the circumference of individual roll waves

In vertical annular flow, due to symmetry, the roll waves must be aligned on average
perpendicularly to the flow direction. However, individual roll waves can flow with an inclination with respect to the mean flow direction. To quantify this, we measure the axial distance
between the two maxima of one individual roll wave at two different circumferential positions (a reference circumferential position θre f and a second distinct circumferential position
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individual roll wave at two distinct circumferential positions θre f and θ. The gas and liquid superficial
velocities are equal to UG S = 42 m/s and UL S = 0.08 m/s, respectively.

θ). The pdf of this axial separation distance is shown in figure 2.27, for different circumferential position θ with respect to the reference circumferential position θre f . We can see that
the pdf appears to be normally distributed around the zero separation distance, i.e. an alignment perpendicular to the mean flow direction. Furthermore, we can see that the spreading,
i.e. standard deviation, seems to become larger for a circumferential position θ further from
the reference circumferential position θre f . We note that the time cross-correlation between
different receivers in the circumferential direction is maximum at about zero time-lag, which
verifies that roll waves on average are aligned perpendicularly to the flow direction.
This observation on the inclination might be used to understand better the formation of
the roll waves, and their stability, since the drag force on the wave in the circumferential
direction resulting from the inclination will try to disrupt ultimately the roll wave.
2.6

Conclusion

In this chapter, we provided experimental data on the interfacial structure, using a time
and spatially resolved film thickness measurement device. We first presented a validated data
set of mean properties of the liquid film in an air/water vertical annular flow in a pipe of 0.05
m diameter. We showed how all and only the large coherent roll waves can be extracted from
the instantaneous time-signals of the film thickness, so that we could derive unbiased statistics
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on these roll waves: height, length, frequency, spatial distribution. The obtained statistical
data on the roll waves can be linked to physical mechanisms. For instance, it appears that
the large roll waves on the interface are randomly distributed in space, and that their stable
spatial distribution results from a cascade of random interactions (e.g. coalescence of the roll
waves) during their formation. Furthermore, it is observed that the length of the roll waves is
independent of the liquid and of the gas superficial velocities, and equal to a value close to
the pipe diameter. The height of the roll waves, usually assumed to be equal to four times the
mean film thickness (see the interfacial friction correlation of Wallis, 1969), is very broadly
distributed, around a mean value which can be different from 4 by as much as 25%. This
could suggest to revisit the correlation for the interfacial friction factor. Finally, it appears
that the spectrum of the ripples is quite similar to the one in wind-generated gravity waves
in oceanography. This analogy suggests that the existing theory on gravity waves in oceans
could be used to characterize the ripples.
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3. Prediction of the interfacial shear-stress in vertical
annular flow

3.1

Introduction

Annular flow is a two-phase flow configuration which often occurs in pipes used for
the production and transport of gas. In annular flow, a liquid (e.g. gas condensates or oil)
flows partly as a thin and wavy film along the wall and partly as droplets entrained in the
turbulent gas core. For gas production, the liquid film can cause trouble (see Zabaras et al.,
1986). For example, in old gas wells, the flow rate of gas can be reduced such that the gas
is unable to drag the film upward. At that point, the film starts to flow back to the reservoir
and, eventually, may block the gas production. To predict this point, we must have a good
estimate of (i) the weight of the film, i.e. the film thickness, and (ii) the interfacial shearstress the gas flow exerts on the film. Apart from this particular example, in annular flow, the
coupling between the wavy film and the turbulent gas core is mainly through the interfacial
shear-stress. Therefore, the prediction of the annular flow will depend for a large part on the
accuracy in estimating the interfacial shear-stress. In this work, we will focus on that point.
Due to the large density ratio between the liquid and gas phase, and the waviness of the
film with a random character (see chapter 2), the film can be seen as a rigid and rough wall
from the perspective of the gas flow. Therefore, in literature, a number of correlations have
been proposed for the interfacial friction which are more or less based on the analogy with
the friction in turbulent pipe flows due to rough walls (Wallis, 1969; Henstock and Hanratty,
1976; Asali et al., 1985; and Fore et al., 2000). The first correlation for the interfacial friction
has been proposed by Wallis (1969) and shows an analogy to a simplified form of the friction
correlation in fully-rough pipes, which is valid for a small range of roughness. Over the years,
the Wallis correlation has been modified in order to match (fit) the experimental results over
a larger range of roughness, i.e. film thickness. The modifications consist mostly into (i)
small changes in the form and in the constants of the Wallis correlation, and (ii) including a
Reynolds number dependency. According to Fore et al. (2000) and Lopes and Dukler (1986),
the introduction of the Reynolds number could be justified by transition roughness instead of
full roughness. However, no physically-based justification is given for this suggestion. Also,
it is not clear from their work how transition roughness should be correctly implemented in
the correlation.

68

Chapter 3. Prediction of the interfacial shear-stress in vertical annular flow

In this chapter, we will discuss the modifications of the Wallis correlation and propose
an extension which is more physically based. To this end, first, we will present the theory
on roughness in turbulent pipe flows, and how this has been applied (with its limitations) to
vertical annular flow. Next, we explain how the interfacial friction is obtained experimentally
in vertical annular flow and compare our experimental results, based on the data presented
in chapter 2, to the existing correlations. Finally, we show the limitations of the existing
correlations, and we propose a more physical approach to obtain the interfacial friction, based
on our experimental data.
3.2

Roughness in turbulent pipe flows

Roughness in single-phase turbulent pipe flows has been studied extensively (see, e.g.,
Schlichting, 1979; Pope, 2000; or Jimenez, 2004). From dimensional analysis, it can be
shown that, in the transition region between the viscous and inertial scales, the mean velocity
profile U(y) is logarithmic, similar to single-phase flow in a pipe with smooth walls. It is
expressed as:
 

y
1
ln
+ B0 kS+
U + (y) =
(3.1)
κ
kS

where the superscript + denotes the values in wall-units (i.e. made dimensionless with the
kinematic viscosity νG and the friction velocity uτ = (τ/ρG )0.5 , where τ is the wall shearstress, and ρG the density), y is the distance from the wall, kS the sand grain roughness, which
is a typical scale of the roughness elements (see below), κ the von Karman constant and B 0 an
additive constant depending on kS+ . We note that in principle the logarithmic velocity profile
is only valid in the log-law region, i.e., y+ ≥ 30 and y/D ≤ 0.3, with D the pipe diameter.
However, in practice, the deviations from the log-law in the central part of the pipe are small.
In general, the additive constant B0 is a function of the ratio between the viscous scales
and the scales of the roughness elements kS . However, for large roughness scales, the pressure forces on the roughness elements become dominant over the viscous stresses, and, on
dimensional grounds, the additive constant B0 should become a constant. In practice, B0 becomes equal to 8.5 for kS+ ≥ 70 − 100, which is denoted as the fully rough regime. The mean
velocity profile in equation 3.1 can also be expressed in terms of the log-law for smooth walls
when including an offset ∆U + :
U + (y)

=


1
ln y+ + B − ∆U +
κ

(3.2)

where B is the smooth wall log-law intercept, and ∆U + the roughness function, which is a
function of the sand grain roughness kS . With the log-law for fully-rough pipes written in
the form of equation 3.2, we clearly see that ∆U + , or equivalently, kS , represents the extra
drag due to roughness when compared to smooth walls. This means also that the sand grain
roughness kS is a hydrodynamic representation of the dimensions of the roughness elements,
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related to the drag, and must be related to the size of the roughness elements before it can be
used.
Assuming the log-law to be valid also in the central part of the pipe, for the fully rough
regime, the friction factor C f , defined as C f = τ/(ρGUB2 ), with UB the bulk velocity, can be
derived directly from equation 3.1. It is expressed as:


−2
D
1
Cf =
1.74 + 2.0 log
(3.3)
8
2kS
with the constants 1.74 and 2.0 instead of, respectively, 1.71 and 1.99, which would result
from the derivation. These constants are proposed by Schlichting (1979) to match better the
experimental results because of the small deviations from the log-law in the center. From
equation 3.3, we also clearly see that, for the fully-rough regime, the friction factor C f is only
a function of the sand grain roughness kS .
In next section, we will see how the theory on roughness can be applied to vertical annular
flow.
3.3

Roughness in vertical annular flow

In vertical annular flow, the interface has a wavy structure. Mainly two types of waves
exist on the interface: ripple waves of small amplitude, and large “roll” waves, which are
axially coherent over long distances, flow with an approximately constant wave velocity CW ,
and are randomly distributed in space (see chapter 2). Since the amplitude of the roll waves
is much larger than that of the ripple waves, the effect of the roll waves on the interaction
between the film and gas flow is also expected to be dominant over that of the ripple waves.
Furthermore, due to the large density ratio between the two phases, the inertia of the turbulent
fluctuations in the gas does not have a significant effect on the interfacial structure, which can
explain the coherence of the roll waves.
Using these considerations, from the perspective of the gas flow, the film can be seen as
a rigid and rough wall moving with the velocity −(UB − CW ), where CW is the velocity of
the roll waves in the reference frame of the laboratory. Therefore, using the definition of the
friction factor C̃ f ,i ,
C̃ f ,i

=

τi
,
ρG (UB −CW )2

(3.4)

a priori, the interfacial shear-stress τi could be predicted from the standard correlations of the
friction factor for turbulent flow in rough pipes (e.g., the generalized Churchill, the Colebrook
and White, or Haaland correlations, in the case transition roughness can play a role). This
definition of the interfacial friction factor will be used below, unless otherwise stated. We
note that, in the literature on annular flow, often a different definition of the interfacial friction
factor is used, in which the wave velocity CW is neglected compared to the bulk velocity UB
(and which will be denoted here by C f ,i , without the tilde referring to the wave velocity, and
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Table 3.1: Gas and liquid superficial velocities, UG S and UL S respectively, in our measurements. Values
for the superficial velocities are in m/s. ReG S and ReL S are the Reynolds numbers based on the pipe
diameter and the gas and liquid superficial velocity, respectively. We note that the values of the gas
superficial velocities can vary 0.3 m/s maximum around the values in the table at the different UL S .

UG S

21.9

26.2

31.0

36.4

42.1

ReG S

75 · 103

89 · 103

106 · 103

124 · 103

143 · 103

UL S

9.6 · 10−3

1.9 · 10−2

4.0 · 10−2

8.2 · 10−2

ReL S

431

855

1805

3705

where C f ,i = τi / (ρGUB2 )). However, we stress that CW should be included in its definition,
since (i) the shear in the gas phase is clearly related to UB − CW and not to UB , and (ii) the
inertia term in the denominator of equation 3.4 will be overpredicted by 10 to 17%, based on
our experiments, when CW is neglected.
For vertical annular flow, Wallis (1969) suggested a correlation for the interfacial friction
factor C f ,i , with an analogy to full roughness. In this correlation, the interfacial friction factor
is a linear function of the mean film thickness δ:


δ
C f ,i = 0.0025 1 + 300
(3.5)
D
This correlation corresponds to a linear fit of the friction factor for fully-rough pipes (equation
3.3), assuming that the sand grain roughness kS equals four times the mean film thickness δ,
and the ratio kS /D is less than approximately 0.025 (see Wallis, 1969).
Although the Wallis correlation is widely used for engineering purposes, it has been modified over the years to yield a better match to the experimental values of the interfacial friction
factor, in the limit of both thick and thin films. The corrections consist mostly of the inclusion into equation 3.5 of (i) the gas bulk Reynolds number, and (ii) an offset in the ratio δ/D
(see, e.g., Asali et al., 1985; and Fore et al., 2000). The appearance of the gas bulk Reynolds
number could be justified, according to Lopes and Dukler (1986) and Fore et al. (2000), by
transition roughness instead of full roughness, which was the basis of the Wallis correlation.
However, no fundamental proofs were given for this suggestion. The other assumptions made
in the Wallis correlation, i.e. the range of the validity of the fit and the relation between the
sand-grain roughness kS and the mean film thickness δ, are, generally, not questioned.
3.4

Experimental determination of the interfacial friction

For a vertical annular flow, the interfacial shear-stress τi can be derived from the momentum balance in the axial direction of the droplet-laden gas core. Consequently, the interfacial
friction factor C̃ f ,i can be calculated.
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Figure 3.1: Comparison of the interfacial friction factor C f ,i derived from our experiments (solid dots)
with the Wallis correlation (line) and with the modified Wallis correlation as proposed by Fore et al.
(2000) (open dots).

The momentum balance in the axial direction of the gas-core is given by (see Fore and
Dukler, 1995a):
−

4
4
dP
− (α ρG + (1 − α) ρL ) g − τi
+ (RACW − RDVD )
dz
D − 2δ
D − 2δ

= 0

(3.6)

where −dP/dz is the pressure-gradient, α the void fraction in the gas core, δ the mean film
thickness, RA and RD the atomization and deposition rates of droplets from and onto the film
respectively, and VD the centerline velocity of the droplets. The first term in equation 3.6
represents the driving force of the flow, the second term the gravitational forces on the gas
core, the third term the transfer of momentum to the film, and the fourth term the advection of
momentum due to the atomization of slow-moving droplets from the film and the deposition
of fast-moving droplets back onto the film.
In equation 3.6, the pressure-gradient −dP/dz, the film thickness δ and the wave velocity
CW are obtained from our measurements. These measurements are performed in an air/water
vertical annular flow, which is fully-developed, in a pipe of 0.05 m diameter and at atmospheric pressure. The measurements are performed in the annular flow regime without flow
reversal, i.e., above or at the minimum in the pressure-gradient (see Zabaras et al., 1986).
The gas superficial velocity UG S covers a range between 22 m/s and 42 m/s, while the liquid
superficial velocity UL S is between 0.01 m/s and 0.08 m/s (see table 3.1). In our work, how-
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Figure 3.2: Comparison of the linear fit of the friction factor for fully-rough pipes, which is used in
the Wallis correlation, with the actual friction factor for fully-rough pipes, for the range of sand grain
roughness in the experiments.

ever, the void fraction α, the atomization and deposition rates RA and RD , and the centerline
velocity of the droplets VD , are not measured and must be estimated correctly.
For instance, RA , RD and VD must be estimated accurately, since the loss of momentum
due to entrainment and deposition of droplets can account for approximately 20% of the
pressure-gradient, as shown in Fore and Dukler (1995a). First, we assume that our annular
flow is developed, therefore, RA and RD are equal due to continuity. The value of the deposition rate RD is obtained from interpolation of the experimental results presented in Fore and
Dukler (1995a). The annular flow studied in that work is similar to ours, and their method
of measuring the deposition rate RD is considered to be reliable. The centerline velocity of
the droplets VD is set in this work equal to the gas bulk velocity UB , which is a good estimate
according to the data in Fore and Dukler (1995a,b) and Van’t Westende et al. (2006). We
note that changing VD from 0.8 ·UB to 1.2 ·UB does not change the overall picture presented
below. The gravitational forces in the momentum balance are small compared to the other
terms. Therefore, the void fraction α will not play a large role in the momentum balance. Its
value is obtained from interpolation of the data on entrainment presented in Fore and Dukler
(1995a).
The friction factor C f ,i obtained from the momentum balance, as defined in the previous section (similarly to Fore et al., 2000), is shown in figure 3.1, together with the Wallis
correlation and the modified Wallis correlation as proposed by Fore et al. (2000), which is
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Figure 3.3: Ratio of the height of the waves hW to the mean film thickness δ in the experiments. Each
line connecting the points corresponds to one superficial gas velocity UG S .

fitted to a large set of data on annular flow. From figure 3.1, we can see that the interfacial
friction factor C f ,i derived from our measurements agrees very well with the modified Wallis
correlation. The difference is less than 25%, which is the scatter between the modified Wallis
correlation and the data sets used in its fit. This suggests that the interfacial friction factor is
correctly determined from the measurements, and this validates also our data.
We can see that the Wallis correlation tends to underpredict the interfacial friction factor C f ,i for a large film thickness (δ/D ≥ 0.02) and to overpredict at small film thickness
(δ/D ≤ 0.005), in agreement with the findings in other work (see, e.g., Fore et al., 2000).
The difference can be explained partly here: the correlation of Wallis (see Wallis, 1969) is
based on a fit of the interfacial friction factor, calculated from the total pressure-gradient
and not from the total pressure-gradient reduced by the advection of momentum due to the
droplets. The mechanism of transfer of momentum by the advection of droplets has been proposed later by Lopes and Dukler (1986) and Fore and Dukler (1995a), and can be relatively
important (i.e., it can equal as much as ∼ 20% of the total pressure-gradient, see Fore and
Dukler, 1995a). Therefore, the interfacial friction factor from the Wallis correlation tends to
an overprediction, as is observed for thin films. For thick films, the difference between the
experimental results and the Wallis correlation will be explained later.
Furthermore, we also see that the interfacial shear-stress can be described by a function
of the film thickness δ only, although the experimental results are obtained from experiments
conducted at different gas bulk velocities. Since the roughness height of the film is a function
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of the mean film thickness δ, as we will see below, the interfacial friction factor can be
described with a characterization of the roughness only. This suggests that the roughness is
in the fully-rough regime, and the Reynolds number of the gas flow is not a parameter of the
problem. Consequently, the Reynolds number should not be included in the correlation of the
interfacial friction factor.
The Wallis correlation is based on a linear fit of the friction factor for turbulent flow in
fully-rough pipes (equation 3.3), and on the assumption that the sand grain roughness is equal
to the wave height, taken as four times the mean film thickness. In figure 3.2, we compare the
actual friction factor for fully-rough pipes (equation 3.3) with the linear fit used in the Wallis
correlation, i.e. with kS = 4 · δ, for the range of sand grain roughness which is found in the
experiments (and which will be shown below). Obviously, the friction factor based on the
Wallis correlation can produce a correct estimation for kS /D ≤ 0.025, but overpredicts, up to
a factor of two, the actual friction factor for a large part of the range of sand grain roughness
found in the experiments. Furthermore, in figure 3.3, we show the ratio between the height
of the waves hW and the mean film thickness δ in the experiments. The ratio can take values
different from four by as much as 25%, and is not a function of the film thickness δ only.
Based on these results, to extend the Wallis correlation, we propose to use the existing
correlations for roughness in turbulent pipe flow, which are valid over a large range of sand
grain roughness, and to use a more accurate estimate of the sand grain roughness k S . This
will be developed in the next section.
3.5

Correlation for the interfacial friction factor

The correlations of the friction factor in rough pipes are, among others, a function of
the sand grain roughness kS , which characterizes the drag due to the roughness elements.
However, before the sand grain roughness can be used in predictions, it must be related to the
surface geometry (see Jimenez, 2004).
From the interfacial shear-stress τi obtained from the experiments, the corresponding
sand-grain roughness kS can be computed, using a standard relation for the friction factor.
Here, we use the generalized Churchill correlation (see Churchill, 1977):
C̃ f ,i
c1
c2

=



8
ReB

12

+

1

!1/12

(c1 + c2 )3/2
!!16


7 0.9
kS
=
2.457 · ln
+ 0.27
ReB
D − 2δ

16
37530
=
ReB

(3.7)
(3.8)
(3.9)

where ReB is the bulk Reynolds number, based on the relative mean gas velocity in the gas
core UB −CW and on the gas core diameter D−2δ. We note that the generalized Churchill cor-
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Figure 3.4: Sand grain roughness (in wall units) as a function of the film thickness δ. The two horizontal lines correspond to 70 and 100 wall units, which is the limit above which the roughness is
fully-developed. Each curve connecting the points corresponds to one gas superficial velocity UG S .

relation is valid for the K-type of roughness, i.e. the “normal” rough surfaces, for which the
sand grain roughness kS becomes proportional to the dimensions of the roughness elements
in the limit of very large roughness (when viscous effects become negligible). Furthermore,
the generalized Churchill correlation is also valid in the transition regime.
The computed sand grain roughness is shown in figure 3.4 in wall units (i.e., normalized
by the friction velocity uτ,i = (τi /ρG )0.5 and the gas kinematic viscosity νG ) as a function
of the film thickness δ. Figure 3.4 shows that, for the majority of the measurements, k S+ is
larger than 70 to 100 wall units, which represents the limit above which the roughness is in
the fully-rough regime. Also from the experiments of Fore and Dukler (1995a), we estimated
the value of kS+ , using their measured film thickness, the correlation of the interfacial friction
factor developed by Fore et al. (2000), which is partially based on the Fore and Dukler
(1995a) data set, and a sand grain roughness equal to four times the mean film thickness
(which is an underestimation of the actual sand grain roughness, as we will see below). In
the experiments of Fore and Dukler (1995a) also, the sand grain roughness is larger than
100 wall units. This suggests that the roughness in the majority of the experiments is in the
fully-rough regime. Therefore, the error in the prediction of the interfacial friction factor with
the original Wallis correlation has probably more to do with the erroneous fit of the actual
roughness friction factor than with transition roughness, as suggested by Lopes and Dukler
(1986) and Fore et al. (2000). Consequently, the correction of the Wallis correlation should
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Figure 3.5: Sand grain roughness (in outer units) as a function of the standard deviation of the film
thickness rms(δ), which is a global measure for the film roughness.

not include a gas Reynolds number dependence, since such a correction could completely fail
when using it for rather different situations (e.g. different pipe diameters or different fluids).
For K-roughness in the fully-rough regime, the sand grain roughness kS should become
proportional to the dimensions of the roughness elements. Therefore, in figure 3.5, we show
the sand grain roughness kS (in outer units, i.e. normalized by the pipe diameter) as a function
of the standard deviation of the film thickness rms(δ), which is a global measure of the film
roughness. We can see that, indeed, kS is a function of rms(δ) only, with experiments done
at different gas and liquid superficial velocities UG S and UL S . Figure 3.5 also shows that the
range of kS /D in the experiments is significantly larger than 0.025, which is approximately
the limit up to which the Wallis correlation is a correct fit of the actual friction.
Assuming that the roll waves are mostly responsible for the roughness, the size of the
roughness elements is mainly characterized by the wave height hW . Then, applying the approach of Schlichting (1936) and Jimenez (2004) to annular flow, the ratio k S /hW should
be a function of the roughness density, quantified by the solidity λ (which is equal to the
frontal roughness area per unit of wall area projected on the plane parallel to the mean flow
direction). In our experiments, the solidity λ is then defined by:
λ

=

Nf
· hW
CW

(3.10)

where N f is the mean frequency of the roll waves. In figure 3.6, we show the ratio kS /hW as
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Figure 3.6: Sand grain roughness kS as a function of the solidity λ. The drag coefficient Cd should
be set to ≈ 2.5 to match the results of Schlichting (see Jimenez, 2004, and Schlichting, 1936). It is
larger than the value of ≈ 1.25 suggested by Jimenez (2004) for two-dimensional spanwise obstacles,
based on the results in Tillman (1944). The line corresponds to the slope equal to unity, i.e. a linear
dependence between the x and y axes. The open dots corresponds to measurements of Schlichting on
“real” roughness elements presented by Jimenez (2004).

a function of the solidity λ. We can see that, for λ ≥ 0.002, the ratio kS /hW is proportional
to the solidity λ. This is consistent with the results on K-roughness in single-phase turbulent
pipe flows, which are presented in Jimenez (2004), and reported in figure 3.6. In a sparse
regime, where the roughness elements do not shelter each other, the drag due to the roughness
elements should be proportional to the frontal roughness area, therefore, kS /hW should be
proportional to the solidity λ. In figure 3.6, we can also see that, for a few points for which
λ ≤ 0.002, the ratio kS /hW becomes a very weak function of λ. These data correspond,
however, to the points for which kS+ is close to the range of 70 to 100 wall units, and therefore
can be in the transition regime. These points correspond also to the lowest superficial liquid
velocity UL S , for which the frequency of the waves is very low (∼ 2 - 3 Hz). Therefore, in
between the large waves, the viscous cycle of turbulence close to the interface may not be
completely disrupted, giving transition roughness.
The use of the solidity λ can give a robust modeling of the sand grain roughness k S . In
practive, however, the behavior of the wave frequency N f is not well known, and therefore,
we will also propose a pragmatic correlation easier to use. This will be developed in the next
section.
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Correlation for the sand grain roughness and interfacial friction factor

In figure 3.5, we showed that the sand grain roughness kS is a function of the standard
deviation of the film thickness rms(δ) only. Furthermore, in figure 3.7, we can see that rms(δ)
has a linear dependence on the mean film thickness δ. The reason for this linear dependence
is not understood for the moment by the author. However, from a pragmatic point of view, a
correlation must then exist between the sand grain roughness kS and the mean film thickness
δ, which is shown in figure 3.8, and which could be fitted well by a power law. Therefore, the
interfacial friction factor C̃ f can also be described by a function of the mean film thickness
δ only (see figure 3.9). From figure 3.9, we can see that, over the range of film thicknesses
considered in our vertical annular flow, a linear dependance exists between the interfacial
friction factor C̃ f ,i and the mean film thickness δ:
C̃ f ,i

= 1.158 · δ/D + 3.413 · 10−4

(3.11)

For clarity, this equation is obtained from the experimental data using the momentum
balance of the droplet-laden gas core (i.e. no correlation for the interfacial friction factor),
and is only valid for the range of film thickness in our water/air experiments (i.e. in the
fully-rough regime).
This linearity, which is also observed in the Wallis correlation, can be partly explained:
for the range of sand grain roughness kS observed in the experiments, the friction factor for
fully rough pipes can be very well approximated by a linear relationship with the sand grain
roughness kS , as can be seen from figure 3.2. The departure from the linearity is only observed
for very small sand grain roughness kS , i.e. kS /D . 0.02. Furthermore, as shown in figure
3.8, for the range of sand grain roughness kS in the experiments, kS also behaves linearly
with the mean film thickness δ for kS /D & 0.02 (corresponding to δ/D & 0.005). This can be
explained by the fully-rough regime, since, for this range, the sand grain roughness k S must
be proportional to the dimensions of the roughness elements, characterized by rms(δ), which,
in turn, is a linear function of the mean film thickness δ (see figure 3.7). Then, considering
both results, for kS /D & 0.02, a linear dependance must exist between the interfacial friction
factor C̃ f ,i and the mean film thickness δ. Furthermore, for kS /D . 0.02, the deviations from
linearity are in the opposite direction between (i) kS and C̃ f ,i , and (ii) kS and δ. We note,
however, that the relationship should be checked by using different fluids and different pipe
diameters than in our experiments.
3.7

Validation of the sand grain roughness

The values for the sand grain roughness kS found in the preceding sections are larger than
the wave height or larger than 4 times the film thickness δ as suggested by Wallis (1969). To
support the magnitude of the sand grain roughness kS found with the friction correlation of
Churchill, we can also determine kS from the profiles of the mean axial gas velocity using
equation 3.1. Profiles of the mean axial velocity in vertical annular flow are shown in Van’t
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Figure 3.7: Standard deviation of the film thickness rms(δ) as a function of the mean film thickness δ.
The line corresponds to a linear fit to the data and its slope is equal to 1.04.
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Figure 3.9: Interfacial friction factor C̃ f ,i as a function of the film thickness δ. The dashed line, of
equation 1.158 · δ/D + 3.413 · 10−4 , corresponds to a linear fit of the data.

Westende et al. (2007) for a superficial gas velocity UG S of 21 m/s and superficial liquid
velocities UL S of 0.01, 0.02 and 0.04 m/s, which are roughly the same conditions as some
results presented here.
The measured profiles of the mean axial velocity are shown in figure 3.10. We can see
that the mean axial velocity profiles U(y) in vertical annular flow shows a logarithmic behavior. This enforces the suggestion that the velocity behaves as in a turbulent flow over a
rough wall, and that the use of equations 3.1, 3.2 and 3.3 is justified. We note that the mean
axial velocity in figure 3.10 is not normalized by the friction velocity uτ , which explains the
different logarithmic slope in the profiles for different conditions. Nevertheless, we can use
equation 3.1 to determine from the logarithmic slope the friction velocity uτ (using a von
Karman constant κ equal to 0.41) and afterwards from the log-law intercept the sand grain
roughness kS (using for the constant B0 the value 8.5).
The resulting sand grain roughness kS and friction velocity uτ from the profiles of the
mean axial gas velocity are compared in table 3.2 with kS obtained from the Churchill friction
correlation and uτ = (τ/ρG )0.5 determined in the experiments (in which the wall shear-stress
τ is set equal to −∇P̄z · D/4, with −∇P̄z the axial pressure-gradient measured). Considering
the uncertainties in the measurement of the pressure-gradient and of the mean axial velocity
profiles (which are assumed to be equal to the velocity profiles in vertical annular flow of
the smallest measurable droplets of roughly 20 µm, see Van’t Westende et al., 2007), we can
conclude from table 3.2 that the sand grain roughness kS and friction velocity uτ obtained by
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Figure 3.10: Profiles of the mean axial gas velocity in vertical annular flow for different liquid superficial velocities UL S at the superficial gas velocity UG S of 21 m/s. The measurements are presented in
Van’t Westende et al. (2006). The two curves for each UL S correspond to the profiles measured at both
sides of the pipe.

both the friction factor correlation and the profile of the mean axial velocity are in reasonable
agreement. It is also clear from table 3.2 that the sand grain roughness kS obtained from
the mean axial velocity profile is larger than the wave height, since kS /δ is larger than 4,
which shows again that no one to one relation between the roughness height k and sand grain
roughness kS exists, which was implicitly suggested in the correlation of Wallis (1969).
3.8

Conclusions

The prediction of vertical annular flow depends for a large part on the modeling of the
interfacial friction, since the coupling between the gas flow and the wavy liquid film is mainly
realized through the interfacial shear. In the literature on vertical annular flow, the interfacial
friction is often calculated using the Wallis correlation (see Wallis, 1969) or slight modifications to it (see Fore et al., 2000). The Wallis correlation is based on a fit to interfacial friction
data in vertical annular flow, and shows an analogy to the friction for turbulent flows in rough
pipes, which can be explained by the waviness of the interface. For instance, the Wallis correlation corresponds to a fit of the friction factor for fully-rough pipes, for a small range of
roughness, assuming that the sand grain roughness is equal to the height of the roll waves,
which in turn is assumed to be equal to four times the mean film thickness. Some modifica-
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Table 3.2: Comparison of the values of the sand grain roughness k S and the friction velocity uτ obtained
by the Churchill friction factor and by the profile of the mean axial gas velocity, for a superficial gas
velocity UG S roughly equal to 21-22 m/s.

friction factor

velocity profile

UL S

uτ (m/s)

kS /D

kS /δ

uτ (m/s)

kS /D

kS /δ

0.01

1.97

0.036

4.40

2.00

0.030

5.45

0.02

2.24

0.063

5.25

2.09

0.045

7.39

0.04

2.65

0.114

10.25

2.46

0.115

10.04

tions to the Wallis correlation have been proposed, consisting mainly of the incorporation of
a gas Reynolds number, in order to match better the experimental results in the limit of both
thin and thick films. It is argued that the inclusion of the gas Reynolds number is justified
due to transition roughness of the wavy interface instead of full roughness.
In this work, the interfacial friction in vertical annular flow is investigated using the experimental data from chapter 2. Our results show that, for a range of conditions which is
similar to other work, the friction due to the wavy liquid film can be described by roughness. Moreover, the wavy interface is mainly fully-rough. Therefore, the interfacial friction
can be described by the size of the roughness elements only, and the gas Reynolds number
should not be included (else, its extrapolation to very different conditions, i.e. pipe diameter
or fluids, could become erroneous). The deviation between the Wallis correlation, which is
based on the fully-rough regime, and the experimental results can be explained by (i) a too
small region where its fit to the friction factor for fully-rough pipes is valid, (ii) a sand grain
roughness which is different from four times the mean film thickness, (iii) the neglect of the
interfacial velocity in the definition of the interfacial friction factor, and (iv) a fit based on
wrong interfacial shear-stress data, since the data used by Wallis (1969) were not corrected
for the advection of momentum due to the droplets (and which is not negligible, see Fore and
Dukler, 1995a, or Lopes and Dukler, 1986).
Instead, for the interfacial friction factor we suggest to use the well-known theory on
roughness in pipes, which is valid over a large range of sand grain roughness, and with the
appropriate application of the definitions to annular flow. The sand grain roughness is a hydrodynamic quantity of the roughness elements and must be related to their dimensions. We
propose for the sand grain roughness (i) a predicting tool, based on the roughness density, or
solidity, and verified with roughness in single-phase flows, and (ii) a pragmatic relation as a
function of the mean film thickness. For instance, in the first case, the sand grain roughness
can be predicted in a robust way using the roughness density (similar to Schlichting, 1936,
and Jimenez, 2004). We note, however, that in practice the roughness density can not be
easily predicted, since it involves quantities such as the frequency and the height of the roll
waves. Therefore, this prediction tool requires more knowledge on the stability, formation
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and dynamics of the roll waves. Instead, we also proposed, like Wallis (1969) has done, a
straightforward relation, found experimentally, between the interfacial friction factor and the
mean film thickness, which results from the simple relations between the interfacial friction
factor, the sand grain roughness and the dimensions of the roughness elements (characterized
here by the root mean square of the film thickness), or equivalently, the mean film thickness.
We note, however, that the physical grounds for these relations between (i) the sand grain
roughness, (ii) the mean film thickness and (iii) the root mean square of the film thickness,
are not fully understood at the moment. We also would like to note that the well-known
correlations for the friction factor in single-phase flows, which are valid for transition roughness, offers a straightforward way to implement transition roughness in the interfacial friction
factor, when extrapolated to conditions where transition roughness might play a role.
Finally, we note that the theory presented here is based on the logarithmic velocity profile
in the gas core with rough “walls”. However, we do not take into account the two-way
coupling effect of the droplets on the gas-phase. The modification of the turbulence and of
the mean gas velocity profile due to the forcing by the droplets starts to become of relevance
for a volume fraction of droplets larger than ∼ 10−6 (see Elghobashi, 1994), which is lower
than the volume fraction of droplets found in the experiments. Hence, some reservation must
be given to the validity for the use of the theory on roughness in single-phase turbulent flows,
although from the pragmatic point of view it can be directly used for an accurate prediction
of the interfacial friction.
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4. On the film redistribution mechanisms in inclined
annular pipe flow

4.1

Introduction

Annular flow is a two-phase flow regime, in which the liquid flows partly as a thin and
wavy film along the wall, and partly as droplets entrained in the turbulent gas core. In horizontal and inclined pipes, gravitational forces on the film tend to drain the liquid in the top of
the cross-section to the bottom. Hence, for the annular flow to sustain, there must be a mechanism that transports liquid from the bottom to the top. In literature, mainly three mechanisms
have been proposed:
• the secondary flow, which is a mean flow occurring in the gas core cross-section, exerts
a drag on the liquid film in the circumferential direction and drives liquid up the walls
(see, e.g., Darling and McManus, 1968, Butterworth, 1972, Laurinat et al., 1985, Lin
et al., 1985, Flores et al., 1994, Dykhno et al., 1994),
• the roll waves on the bottom film climb up and “wet” the walls in the top of the crosssection (see, e.g., Butterworth, 1972, Laurinat et al., 1985, Fukano and Ousaka, 1989).
• net droplet entrainment from the liquid film in the bottom of the cross-section, and net
deposition of droplets onto the film in the top (see, e.g., Butterworth, 1972, Laurinat et
al., 1985, Lin et al., 1985, James et al., 1987).
Despite many studies on the mechanisms redistributing the film around the circumference in
horizontal annular flow, it is still not clear what their relative importance is, and how they
scale. In fact, the studies of Laurinat et al. (1985), Lin et al. (1985), Fukano and Ousaka
(1989) and James et al. (1987) show that the film thickness distribution around the circumference can be correctly predicted using each of the above mentioned mechanisms, for similar
horizontal air/water annular flows in a pipe of small diameter, between 0.027 and 0.05 m.
Fukano and Ousaka (1989) claimed that the film thickness distribution can be recovered with
the action of the roll waves only, whereas Laurinat et al. (1985) showed that both the roll
waves and the secondary flow in the gas core are important redistribution mechanisms. Instead, Lin et al. (1985) predicted film thickness distributions in agreement with experiments
using only the mechanisms related to secondary flow and deposition/entrainment of droplets.
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Finally, James et al. (1987) found that the film thickness distribution can be calculated with
entrainment and ballistic deposition only. Probably, the three mechanisms occur in inclined
annular flow, and each one could have an impact on the film distribution around the circumference. However, it appears that the mechanisms involved are still insufficiently understood,
and that the predictive models are still inadequate.
In this chapter, we attempt to provide predictive models, or scaling laws, for two mechanisms: the drag on the film in the circumferential direction due to secondary flow, and the
impact of the roll waves. In the first part, we provide experimental results regarding the film
thickness distribution and the film behaviour around the circumference in inclined annular
flow, and compare when possible the conditions on the film (i) that are necessary for a mechanism to occur, and (ii) that are observed in the experiments. In the second part, we propose
models for the two mechanisms, based on the results of chapter 3, 6 and 7, and we discuss
their relative importance.
4.2

Experiments on the film behaviour around the circumference

The experimental set-up and the measurement technique for the film behaviour in inclined
annular flow is the same as that for vertical annular flow described in chapter 2, except that
the pipe is put under an angle α of 0◦ , 30◦ and 60◦ from horizontal. The reader is referred
to chapter 2 and the appendix for more details on the set-up, the measurement technique, the
measurement conditions and the procedure used for the determination of the roll waves.
We note that the results we obtained for α equal to 30◦ and 60◦ are qualitatively very
similar to those in horizontal annular flow. The quantitative changes consist in that the differences between the top and the bottom of the cross-section are less pronounced. Since we
want to focus in this chapter on the film redistribution mechanisms, we will only present the
experimental results for α = 0◦ , which can be compared to those presented in the literature.
Those results also show more conclusive trends, due to the larger differences between the
bottom and top of the cross-section. When qualitative differences are found between the different inclination angle α (as for the inclination angle of the roll waves), the results for the
different angles will be given.
Below, the angle θ will refer to the angular position in the cross-section, with θ = 0
corresponding to the bottom, and θ = π to the top. In the figures presented below, the bottom
θ = 0 is found by symmetry of the profiles.
4.2.1

Distribution of the mean film thickness and interfacial velocity around the circumference

For horizontal annular flow, the mean film thickness distribution around the circumference is shown in figure 4.1, for different liquid superficial velocities UL S at a gas superficial
velocity UG S equal to 41 m/s. Figure 4.1 shows indeed that, due to gravity, the mean film
thickness is larger in the bottom than in the top, and it is maximum at θ ≈ 0. The profile of
the mean film thickness is reasonably symmetric with respect to the vertical axis. It also ap-
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Figure 4.1: Mean film thickness distribution around the circumference in horizontal annular flow, for
different liquid superficial velocities UL S at a gas superficial velocity UG S equal to 41 m/s.
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Figure 4.2: Mean film thickness distribution around the circumference in horizontal annular flow, for
different gas superficial velocities UG S at a liquid superficial velocity UL S equal to 0.02 m/s.
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Figure 4.3: Interfacial velocity distribution around the circumference in horizontal annular flow, for
different liquid superficial velocities UL S at a gas superficial velocity UG S equal to 41 m/s. The errorbars
correspond to once the standard deviation, with thick lines for UL S = 0.04 m/s, and thin lines for
UL S = 0.01 m/s.

pears that the mean film thickness decreases significantly in the bottom for increasing θ, but
that it does not vary much in the top for θ & 2π/3. For the lowest liquid superficial velocity,
the film is even quasi-absent for θ & 2π/3. As expected, the mean film thickness profile is
higher for higher liquid superficial velocities.
In figure 4.2, the mean film thickness distribution around the circumference is shown for
horizontal annular flow, but now for different gas superficial velocities UG S at a liquid superficial velocity UL S equal to 0.02 m/s. It shows that the mean film thickness distribution
becomes less uniform for decreasing gas superficial velocity UG S : the mean film thickness
increases in the bottom of the cross-section, and decreases in the top, for decreasing UG S .
Therefore, it suggests that the film redistribution mechanisms become less effective for decreasing UG S , and that they probably scale with the inertia of the gas flow. Figure 4.2 also
shows that the decrease in the mean film thickness in the bottom is stronger and confined
to a smaller region for decreasing UG S , whereas the region of the pipe where the mean film
thickness is roughly constant is larger for decreasing UG S .
The film distributions around the circumference at a liquid superficial velocity of 0.02 m/s
and at the gas superficial velocities of 22 and 31 m/s can be compared with those obtained
at the same flow conditions in Paras et al. (1994), who also measured the film thickness
in horizontal annular flow in a pipe of 0.051 m, at θ = 0 and θ = π/4. The comparison
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shows that our measured film thickness at θ = 0 is lower than that of Paras et al. (1994),
whereas at θ = π/4 it is higher. The differences range roughly between 0 and 25%. It is
possible that our liquid film in horizontal annular flow is not entirely fully-developed, since
we measure the film thickness distribution 130 D downstream the liquid inlet, whereas Paras
et al. performed the measurements 300 D downstream the liquid inlet. However, we also note
that the measurements of Paras et al. (1994) at these flow conditions show differences with
those of Paras and Karabelas (1991), which were performed in the same experimental setup. Furthermore, their measurement time at one flow condition is rather short, which could
introduce a bias in their statistics. More data sets of film thickness distributions are needed
to conclude about these differences. However, the conclusions we make below regarding the
film redistribution mechanisms are not affected by a possible insufficient development of the
liquid film.
For horizontal annular flow, the interfacial velocity distribution around the circumference
is shown in figure 4.3, for two liquid superficial velocities UL S at a gas superficial velocity
UG S equal to 41 m/s. In figure 4.3, the errorbars correspond to once the standard deviation,
and they are a measure for the statistical error in the interfacial velocity. We can see that, in
the bottom of the cross-section for θ . 2π/3, the interfacial velocity is nearly constant, the
variations being smaller than the standard deviation. However, in the top of the cross-section,
the interfacial velocity decreases, and its statistical error becomes much larger.
The interfacial velocity is computed from the maximum cross-correlation between the
time signals measured at one reference axial location and the other axial locations, for the
same angular position θ. In the bottom of the cross-section, the maximum cross-correlation is
significantly larger than the noise typically observed at large time-delays, and it corresponds
to the roll waves travelling with a quasi-constant velocity over the interface. In the top,
however, the maximum cross-correlation is much less pronounced, which explains the larger
statistical error, and which suggests that the interfacial structures in the top are less coherent
in space. Below, we will show that, in the top of the cross-section, coherent roll waves do not
occur for the lower liquid superficial velocities UL S , while for the higher UL S they occur but
with a much smaller frequency compared to the bottom. Therefore, in the top, the interfacial
structures mostly contributing to the cross-correlation are probably the ripple waves, which
are known to be non-coherent in space over large distances, and the small number of roll
waves, if they occur. This explains the larger statistical error on the interfacial velocity. Also,
the roll waves in the bottom, which might extend occasionally to the top, could blur the crosscorrelation. We note that, if roll waves sometimes extend to the top, they are not accounted
for in the roll wave frequency, since only the roll waves coherent in the axial direction are
counted.
From this discussion, it appears that the interfacial velocity in the bottom of the crosssection corresponds to the roll wave velocity, but that, in the top, it is not clear what the
interfacial velocity exactly represents, and if its value is reliable due to the non-coherent
interfacial structures in the top.
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Figure 4.4: Roll wave frequency as a function of the circumferential position, θ, in horizontal annular
flow, for different liquid superficial velocities UL S at a gas superficial velocity UG S equal to 41 m/s.

4.2.2

Roll waves in inclined annular flow

The occurrence of roll waves in inclined annular flow is determined with the same procedure used for vertical annular flow in chapter 2. The reader is referred to that chapter for
details on the procedure.
4.2.2.1

Roll wave frequency distribution

In figure 4.4, we show the distribution of the roll wave frequency around the circumference in horizontal annular flow, for two liquid superficial velocities UL S at a gas superficial
velocity UG S of 41 m/s. We can see that, for a given liquid superficial velocity, the roll wave
frequency is roughly constant in the bottom of the cross-section for θ . π/3, and that it decreases with the angular position in the top for θ & π/3. For the higher liquid superficial
velocity in figure 4.4, roll waves occur over the entire circumference. However, the roll wave
frequency gradually decreases in the top, meaning that part of the roll waves in the bottom
cannot extent to angular positions θ in the top, which amount increases with θ. For the lower
liquid superficial velocity in figure 4.4, the roll wave frequency decreases sharply, and roll
waves do not even occur in the top of the cross-section for θ & 2π/3. It suggests that all roll
waves cannot extend to an angular position larger than a critical one, which depends on the
liquid and gas superficial velocity. Furthermore, we note that we do not have an explana-
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Figure 4.5: Distribution of the mean roll wave height around the circumference in horizontal annular
flow, for two liquid superficial velocities UL S at a gas superficial velocity UG S of 41 m/s. The errorbars
represent once the standard deviation.

tion for the higher roll wave frequency in the bottom for the lower liquid superficial velocity.
This result seems contra-intuitive, and it is contrary to the results in vertical annular flow (see
chapter 2).
Considering the roll wave frequency distribution for the lower liquid superficial velocity, a
first important conclusion regarding the film redistribution mechanisms can be drawn: since
the liquid film is present over the entire circumference (see figure 4.1), and since the roll
waves do not extend to the top, the film redistribution mechanisms related to secondary flow
and/or net droplet deposition must occur in the top of the cross-section in our annular flow, at
least for 2π/3 . θ ≤ π, to compensate the gravitational forces on the film.
4.2.2.2

Roll wave height and length

In figure 4.5, we show the distribution of the mean roll wave height around the circumference in horizontal annular flow, for two liquid superficial velocities UL S at a gas superficial
velocity UG S of 41 m/s. We note that the errorbars in figure 4.5 do not correspond to the error,
but to the statistical standard deviation from the mean roll wave height. Hence, a large errorbar means that the roll wave height is broadly distributed. In figure 4.6, we compare one of
those distributions with that of the mean film thickness, for the same flow conditions. The ratio between the mean roll wave height and the mean film thickness is shown in figure 4.7. We
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Figure 4.6: Distribution of the mean roll wave height around the circumference in horizontal annular
flow, for UL S = 0.01 m/s and UG S = 41 m/s. The solid symbols represent the mean roll wave height,
the open symbols the mean film thickness.

clearly see in figure 4.5, 4.6 and 4.7 that, in the bottom where roll waves occur, the roll wave
height is significantly larger than the mean film thickness. The ratio is roughly between 1.5
and 4 according to figure 4.6, i.e. it is slightly smaller than the factor of 4 usually assumed in
vertical annular flow. Figure 4.5 also shows that the roll wave height significantly decreases
with the angular position. Since the sand-grain roughness is proportional to the wave height,
as shown in chapter 3, we have a circumferential variation in the interfacial roughness, which
is a necessary condition for a secondary flow to occur in the gas core.
We can observe in figure 4.6 that the shape of the roll wave height distribution and that of
the mean film thickness distribution are similar in the region where the roll waves occur. Furthermore, the variations in the mean film thickness with the angular position θ become much
smaller in the region where roll waves are absent. Since the roll waves cover a large part of
the surface, equal to about 40% according to Paras and Karabelas (1991) and to a slightly
smaller value according to our results (see below), and since the roll waves are significantly
larger than the base film, the second important conclusion for the film thickness prediction is
that the roll waves contribute for a major part in the value of the mean film thickness in the
bottom, as confirmed by the shapes of the roll wave height and mean film thickness distributions in figure 4.6. Hence, the approach of predicting the mean film thickness distribution
from the mean equations might be awkward, since the effect of the roll waves must be modelled in such a formulation. Instead, if possible, the prediction of the roll wave height might
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Figure 4.7: Ratio between the mean roll wave height and the mean film thickness as a function of the
circumferential position θ in horizontal annular flow for two liquid superficial velocities UL S at a gas
superficial velocity UG S of 41 m/s.

perhaps lead to better results. From this discussion, it becomes clear that the fundamental
understanding of the roll waves behaviour is crucial.
In figure 4.8, we show pdf’s of the roll wave height for different angular positions θ,
in horizontal annular flow at a gas and liquid superficial velocity equal to 41 m/s and 0.04
m/s, respectively. We can see that the roll wave height is quite broadly distributed, with an
exponentional decay in the tail. The pdf is very broad in the bottom of the cross-section, but
narrows quickly for increasing θ. This is in agreement with the sharp decrease in the mean
roll wave height and in its standard deviation observed in figure 4.5.
In figure 4.9, we show the distribution of the mean roll wave length around the circumference in horizontal annular flow, for two liquid superficial velocities at a gas superficial
velocity of 41 m/s. First, we note that for both cases, the standard deviation is roughly equal
to 0.02 m, which, in this case, is a measure for the statistical deviation from the mean, and
not for the error. The two peaks at the extremities of the roll wave for the lower liquid superficial velocity cannot be explained for the moment, and it is not sure if it is an artefact
in the determination of the roll wave length, or a physical behaviour. Nevertheless, except
for these two symmetric peaks, figure 4.9 shows that, globally, the length of the roll waves
does not vary much over the circumference, although it is slightly larger in the bottom of the
cross-section. Furthermore, similarly to vertical annular flow, the roll wave length is close to
the pipe diameter (see chapter 2). Our values for the roll wave length are somewhat smaller
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Figure 4.9: Distribution of the roll wave length around the circumference in horizontal annular flow, for
two liquid superficial velocities UL S at a gas superficial velocity UG S equal to 41 m/s.
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Figure 4.10: Inclination of the roll waves (in m) with respect to the bottom of the cross-section in
horizontal annular flow, for two liquid superficial velocities UL S at a gas superficial velocity UG S equal
to 41 m/s.

than those in Paras and Karabelas (1991), which might be attributed to the definition of the
roll wave length. It is thought, however, that our definition is somewhat closer to reality,
since the sometimes quite large roll wave lengths given in Paras and Karabelas (1991) are
visually not observed in horizontal annular flows. From the length, velocity and frequency
of the roll waves, the axial length of the film covered by roll waves per unit length (i.e. the
intermittency) can be calculated, and it is equal to fW `/CW . Considering the results above,
the intermittency in the bottom of the cross-section is about 0.3, when assuming a roll wave
frequency fW of 12 − 16 Hz, a velocity CW of 2 − 3 m/s and a length ` of about 0.05 m. This
shows that the roll waves cover a large part of the interface. Since the roll wave height is
much larger than that of the base film, it reinforces the idea that the roll wave height mostly
determine the mean film thickness in the bottom of the cross-section.
4.2.2.3

Roll wave inclination

In figure 4.10, we show the mean inclination of the roll waves with respect to the bottom,
in horizontal annular flow for two liquid superficial velocities at a gas superficial velocity
of 41 m/s. The distance s(θ) in figure 4.10 corresponds to the mean distance between the
maximum of the roll wave at θ = 0 and that at θ. Figure 4.10 shows that, on average, the
part of the roll wave in the bottom is ahead of that at the side and the top of the cross-section.
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Figure 4.11: Schematical representation of the wave spreading mechanism according to Butterworth
(1972) (left) and to Jayanti et al. (1990) (right).

We note that the distance s found in our experiments are in agreement with those in Jayanti
et al. (1990), in which the corresponding time-delay between θ = 0 and θ = π/2 is given.
Furthermore, in figure 4.10 for θ & 2π/3, the distance s becomes very noisy, which can be
explained by the absence of roll waves in that region, and by the noise in the roll wave velocity
(see above).
The observation on the mean inclination of the roll waves can be related to the wave
spreading mechanism of Butterworth (1972), which is also discussed in Jayanti et al. (1990).
Butterworth (1972) suggested that the roll wave velocity is larger for a larger mean film
thickness, and therefore, that the roll wave travels faster in the bottom than in the top of
the cross-section. In that case, the roll wave becomes distorted, with the bottom being further downstream than at the side, which is indeed observed in figure 4.10. At that point, a
circumferential drag force is exerted by the gas flow on the roll waves, which according to
Butterworth (1972) can cause the roll wave to climb up the walls (see figure 4.11 left). Then,
the discharge of liquid from the wave in the top of the cross-section leads to a continuous
film there. On the other hand, Jayanti et al. (1990) argued that the roll wave velocity cannot
be significantly different between the bottom and top of the cross-section, else the roll waves
cannot be coherent over long axial distances, which fact is observed in experiments. Also
they claim that their measurements in horizontal annular flow do not show a difference in the
roll wave velocity between the bottom and top of the cross-section. Instead, they speculated
that roll waves are formed in the bottom of the cross-section, and that during their formation
process they become distorted through the mechanism of Butterworth (1972). They speculated further that, once formed, the roll waves are circumferentially coherent, and that they
act as a solid entity sweeping the liquid in front of the roll wave to the top of the cross-section
along the wave (see figure 4.11 right).
First, against the argument of Jayanti et al. (1990), we can state that a very small dis-
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persion in the roll wave velocity is needed for the roll wave to become inclined. In our
experimental set-up, the film behaviour is measured L = 130 D (i.e. 6.5 m) downstream the
liquid entrance in the pipe. Hence, the ratio of the roll wave velocity in the top and in the
bottom of the cross-section must be roughly equal to (L − s)/L to produce the observed mean
roll wave inclination. For a distance s in the order of 0.01 m, the difference in the roll wave
velocity cannot be measured with sufficient accuracy. Furthermore, we showed in figure 4.3
that, in line with Butterworth’s assumption, the roll wave velocity can be lower in the top
compared to the bottom of the cross-section. Second, it is not very probable that a roll wave
acts as a solid entity that sweeps liquid from the bottom to the top along the wave. Instead,
it is much more probable that the roll waves wet the walls by extending around the circumference. The extension of the roll waves around the circumference can be caused by the
wave spreading mechanism of Butterworth (1972), the wave pumping mechanism of Fukano
and Ousaka (1989), or by other possible mechanisms like the break-up of waves due to the
non-uniform wave velocity, similar to the break-up of waves on beaches.
Finally, we want to note that roll waves are not always inclined on average (i.e. with
the part of the roll wave in the bottom being downstream of that at the top), which has also
been noted by Butterworth (1972) himself. For instance, in figure 4.12, we show the distance
s in inclined annular flow with α = 60◦ , for different liquid superficial velocities at a gas
superficial velocity equal to 42 m/s. We can see that the roll waves are inclined on average
for the lower superficial velocities, but not for the higher superficial velocities. The reason
for this is not understood at the moment. However, from a pragmatical point of view, figure
4.12 states that the wave spreading mechanism cannot be the only mechanism that leads the
roll waves to climb up the walls.
4.2.3

Conclusions on experiments

From the experiments done in horizontal and inclined annular flow, it appears that the roll
waves contribute for a large part to the actual value of the mean film thickness, because their
height is much larger than that of the base film, and they cover a significant part of the film
area. Therefore, it is essential to understand what mechanism makes the roll waves to extend
around the circumference in inclined annular flow. The experiments also show that the wave
spreading mechanism proposed by Butterworth (1972) can occur, due to the distortion of the
roll waves by the circumferentially varying roll wave velocity. However, it is also shown that
wave spreading cannot be the only mechanism that leads to roll waves climbing up the wall,
since, in certain situations, the roll waves are not inclined (the part of the roll wave in the
bottom being ahead to that at the side and top of the cross-section), which is the necessary
condition for the wave spreading mechanism to occur.
Furthermore, it has been shown in the experiments that the impact of the roll waves on
the liquid film is not the only mechanism determining the film redistribution around the circumference. For instance, it has been shown that the roll waves do not extend to the top for
all flow conditions, whereas a liquid film remains. It means that secondary flow and/or net
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Figure 4.12: Inclination of the roll waves (in m) with respect to the bottom of the cross-section in
inclined annular flow (α = 60◦ ), for different liquid superficial velocities at a gas superficial velocity
UG S of 42 m/s. For visualization purposes, the noise at the angles θ where roll waves do not occur has
been removed.

droplet deposition in the top of the cross-section also have to contribute to the film thickness
distribution in the pipe. Furthermore, it has been shown that the conditions necessary for a
secondary flow to occur are present.
In the next sections, first an attempt will be made to model the drag in the circumferential
direction on the liquid film due to secondary flow. Next, a physically-based scaling law for
the wave pumping mechanism proposed by Fukano and Ousaka (1989) will be proposed, and
the impact of that particular mechanism on the liquid film will be discussed.
4.3

Effect of the anisotropy of the gas core turbulence

In annular pipe flow, the liquid film and the turbulent gas core interact on the interface. In
inclined annular flow, due to gravity, the liquid film is thicker and the interface is rougher in
the bottom compared to the top of the cross-section. Therefore, the boundary conditions for
the turbulent gas core (e.g. waviness, droplet atomization from the film, etc.) are not uniform
in the circumferential direction, which leads to an anisotropy of the gas core turbulence. In
turn, this anisotropy will have an impact on the film. It promotes a “secondary flow” in the
gas core, which is a mean flow in the cross-section, and which acts on the film through drag.
Besides this effect due to a mean flow, we have also the forcing exerted by the radial velocity
fluctuations in the gas core on the film, similar to a pressure forcing. Since the radial velocity
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fluctuations are non-uniform in the circumferential direction, we will have a net forcing on
the film, which also could contribute to the distribution of the film. This effect on the film is
similar to the pumping of liquid from the bottom to the top by roll waves (see Fukano and
Ousaka, 1989).
Secondary flow is known to occur in horizontal annular flow (e.g. Dykhno et al., 1994,
Flores et al., 1994), but it has not been modeled accurately. In literature, the assumptions
regarding secondary flow in horizontal annular flow are based on measurements of Darling
and McManus (1968), which are done in a single-phase pipe flow with the wall roughened
in the bottom (for one particular variation of the wall roughness around the circumference),
and which do not provide a dependence on physical parameters. Here, an attempt will be
made to model the drag on the film in the circumferential direction due to secondary flow
in a more physically-based approach. It is based on the driving force and scaling law for
secondary flow presented in chapter 6 and 7. The pumping in the film due to non-uniform
velocity fluctuations at the interface has not been presented before in literature. Its magnitude
will be estimated below through an order of magnitude analysis.
4.3.1
4.3.1.1

Drag due to secondary flow
Secondary flow promoted by anisotropy of the gas core turbulence

In fully-developed turbulent flows in straight pipes, the occurrence of secondary flow,
which is a mean flow in the cross-section, perpendicular to the mean streamwise flow direction, is related to the anisotropy of the Reynolds stresses in the cross-section (see, e.g.,
chapter 6 and 7, Speziale, 1982, or Brundrett and Baines, 1964). In inclined annular flow,
the anisotropy of the Reynolds stresses in the cross-section of the gas is promoted by (i)
the non-uniform interfacial roughness, (ii) the non-uniform droplet distribution, and (iii) the
non-circular geometry of the interface. Below, we will only consider the non-uniform interfacial roughness and the non-uniform droplet distribution as the sources of secondary flow.
In fact, both the effect of interfacial roughness and droplets on the gas core turbulence can
be described by the mean drag force they exert on the gas flow, as shown in chapter 5, 6 and
7. Therefore, the explanations for the secondary flow promoted by non-uniform interfacial
roughness and a non-uniform droplet distribution are quite similar.
Due to the balance of momentum in the axial direction, the mean axial forcing of the flow
exerted by interfacial roughness and/or droplets promotes a change in the viscous stresses, i.e.
the mean axial velocity, and the axial Reynolds shear-stresses. In turn, these changes lead to a
modification of the turbulence production and the axial Reynolds stress. Due to redistribution
of the axial turbulence to the cross-section, the Reynolds stresses in the cross-section are also
changed. For a non-uniform mean axial forcing, e.g. because of gravity, the changes in the
Reynolds stresses in the cross-section are non-uniform, which results in an anisotropy of the
Reynolds stress in the cross-section and in a secondary flow.
Depending on the location of the mean axial forcing, the turbulence production can be
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either increased or decreased (see chapter 6). For interfacial roughness, or droplets distributed
close to the wall, the forcing is mostly balanced by the viscous stresses, which results in an
increase of the turbulence production, as explained in detail in chapter 5 and 6, where this
mechanism is referred to as the “roughness” effect. On the opposite, for a mean axial forcing
distributed far from the wall, e.g. due to droplets, the forcing is compensated by a decrease
in the axial Reynolds stresses and the mean axial velocity, which results in a decrease of the
turbulence production. This “blockage” effect is also explained in chapter 6 and 7.
In chapter 6 and 7, we show that the driving force of secondary flow is the divergence
of the Reynolds stress tensor in the cross-section, and that, from a pragmatic point of view,
the secondary flow is in the same direction as the gradient of the circumferential Reynolds
stress with respect to the circumferential direction. Hence, the secondary flow direction can
be inferred from the patterns of the Reynolds stresses, which depend on the “roughness” or
“blockage” effect. For the case of an inclined annular flow, with a larger interfacial roughness
in the bottom than in the top, and with a small amount of droplets, a “roughness” effect will
occur, which increases the Reynolds stresses in the cross-section in the bottom compared
to the top. In that case, the secondary flow is upward along the wall, as observed in the
experiments of Darling&McManus (1968) and in the simulations of Van’t Westende et al.
(2007). On the opposite, for the case of an inclined annular flow with a large amount of
droplets in the bottom, the Reynolds stresses are decreased in the bottom compared to the
top, and a secondary flow downward along the wall is obtained. This can be linked to the
change in the secondary flow direction observed by Dykhno et al. (1994), when droplets
start to appear in the gas core. Hence, in inclined annular flow, we can have a secondary
flow upward or downward along the interface. The secondary flow can be made also of four
cells, if both the the “roughness” and “blockage” effects occur. Therefore, the drag due to
secondary flow can oppose or help to sustain a film in the top of the cross-section.
The scaling law for secondary flow, which will be presented below, is based on the “blockage” mechanism. For the “roughness” mechanism, the scaling law is similar, but its derivation
has small and subtle differences compared to the “blockage” effect, and will be given later.
Furthermore, for the scaling law of the “blockage” mechanism in inclined annular flow, we
assume the idealistic case that the droplets are predominantly in the bottom, and that the
interfacial roughness does not play a role in promoting a secondary flow.
The occurrence of secondary flow is an inertial effect. Integrating the Reynolds averaged
Navier-Stokes equations in the cross-section between the bottom and the top, and neglecting
the influence of the viscous forces, we get:
ρ∆|~V |2

∼ ∆τ̃

(4.1)

where ∆|~V |2 is the difference in the secondary flow velocity squared between the bottom and
the top, and ∆τ̃ the difference in the normal Reynolds stresses in the cross-section between
the same regions. The secondary flow velocity will be the largest where gradients in τ̃ are
strongest. Far from large gradients, the secondary flow velocity will be small, and ∆|~V |2 will
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be roughly equal to the secondary flow velocity itself. Consequently, we have:
ρ|~V |2

∼ ∆τ̃

(4.2)

Hence, the prediction of the maximum secondary flow velocity requires the prediction of the
Reynolds stresses in the cross-section.
In the top, the Reynolds stresses in the cross-section scale globally as:
τ̃T

∼ ρu2∇

(4.3)

where τ̃T corresponds to the Reynolds stresses in the cross-section in the top, and u∇ to the
friction velocity, based on the mean pressure-gradient in the axial direction, −∇ P̄z :
u∇

=



−∇P̄z D
ρ 4

0.5

(4.4)

In the bottom, due to the “blockage” effect, the Reynolds stresses in the cross-section
scale globally with the effective mean axial pressure-gradient in the cross-section, which is
the sum of the mean axial pressure-gradient (in the positive direction) and the mean axial
forcing (in the negative direction), according to the balance of axial momentum. Hence, we
have:
τ̃B

∼ ρu2∇ −

< F̄z >
4/D

(4.5)

where τ̃B are the Reynolds stresses in the bottom. From τT and τB , we obtain the scaling law
for the maximum secondary flow velocity, given by:
ρ|~V |2

∼

< F̄z >
4/D

(4.6)

Hence, the scaling of the secondary flow driven by the “blockage” mechanism due to
droplets summarizes into finding an accurate expression for the axial drag force they exert
on the gas flow. In chapter 7, we show that the scaling law 4.6 is quite well recovered in
well-defined experiments on secondary flow.
For the case of an inclined annular flow, in which the interfacial roughness is larger in
the bottom than in the top of the cross-section, and in which the amount of droplets is small
(i.e. for the idealistic case that the droplets do not change the Reynolds stresses in the crosssection), the secondary flow driven by “roughness” also scales as equation 4.6, where the
mean axial forcing represents the extra drag due to the waves. However, the explanation
given above for the derivation contains subtle differences, related to the fact that the mean axial forcing is balanced by viscous stresses in the “roughness” mechanism, instead of Reynolds
stresses as it is the case in the “blockage” mechanism. In the “blockage” mechanism, the internal forcing acts directly on the turbulence and the Reynolds stresses in the bulk flow, which,

102

Chapter 4. On the film redistribution mechanisms in inclined annular flow

in turn, determine the wall shear. In the “roughness” mechanism, the forcing determines the
boundary conditions for the bulk flow by acting on the viscous stresses, and leaves the turbulence behaviour in the bulk flow unchanged (e.g. gradients in the Reynolds shear-stress). The
decrease in the viscous stresses close to interface tends to shift the maximum in the mean axial velocity to the top. That maximum corresponds to roughly zero Reynolds shear-stress due
to the Boussinesq hypothesis, which usually works well in wall-bounded flows. Therefore,
the linear Reynolds shear-stress profile is shifted to the top, and the Reynolds shear-stress
is larger in the bottom than in the top. In other words, the pressure-gradient is balanced on
the top interface by viscous effects, and by viscous effects and the drag force on the bottom
interface. Hence, with “roughness”, the Reynolds stresses in the cross-section scale in the top
as:
τ̃T

∼ ρu2τ

(4.7)

where uτ is the wall-shear velocity, defined according:
= u2τ +

u2∇

< F̄z >
ρ4/D

(4.8)

In the bottom, the Reynolds stresses in the cross-section scale as:
τ̃B

∼ ρu2∇

(4.9)

The difference between τ̃B and τ̃T gives the scaling relation for secondary flow promoted by
“roughness”.
To see the importance of secondary flow drag on the film thickness distribution in the
circumferential direction, we can compare it with the gravitational forces on the film, i.e. we
can construct a Froude number:
Frs f

=

τI, s f
ρL g δ

(4.10)

where τI, s f is the component in the circumferential direction of the interfacial shear due to
secondary flow, and δ the mean film thickness. In the comparison between the gravitational
forces on the film and the drag due to secondary flow, the explicit dependence on the pipe
diameter disappears. Hence, the drag due to secondary flow might become important in pipes
of large diameter, where the impact of other mechanisms, such as wave pumping/spreading,
are expected to decrease. The drag in the cross-section τI, s f is given by:
τI, s f

= CF ρG |U|V

(4.11)

where |U| is the mean bulk velocity in the gas core, V the secondary flow velocity and CF the
drag coefficient, which is in principle a function of |U| and the size of the roughness elements
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(waves). Here, we will estimate the drag coefficient with the Wallis friction correlation for
annular flows (see Wallis, 1969). We note that the constants in the Wallis correlation are
chosen to match the friction in the axial direction, and a priori we are not sure if the constants
are valid for the friction in the circumferential direction. Nevertheless, without any better
predcition, the Froude number Frs f becomes, when using the Wallis correlation, a function
of the local mean film thickness δ, and the secondary flow velocity, which we will assume
constant in the circumferential direction, since the secondary flow results from the global
distribution of the Reynolds stresses.
Below, we will estimate the secondary flow in the gas core from the experimental data
of Paras and Karabelas (1991). Following the explanation given above, the secondary flow
velocity squared is roughly equal to the difference of the friction velocities squared in the
top and bottom. The friction velocity can be obtained from the Wallis correlation, since it is
equal to (CF )0.5 · |U|. Hence, the secondary flow velocity is roughly equal to:
V


0.5
300
= |U| 0.0025 ·
(δB − δT )
D

(4.12)

where δB and δT are the mean film thickness measured by Paras and Karabelas (1991) in the
bottom and top, respectively.
The estimation gives a secondary flow velocity varying between roughly 2 and 20% of the
bulk velocity. We note that the upper bound of the estimated values is quite high. However,
that value is obtained for the highest liquid superficial velocity equal to 0.2 m/s, which is
much higher than in our film thickness experiments, and for which the difference in the
mean film thickness between the bottom and top is quite large (δB = 3.90 · 10−3 m and δT =
0.25 · 10−3 m). For the experiments of Paras and Karabelas (1991) with liquid superficial
velocities closer to ours, the upper bound of the secondary flow velocity is roughly 13%.
In figure 4.13, we show the Froude number as a function of the local mean film thickness,
for a horizontal annular flow measured by Paras and Karabelas (1991) with the gas superficial
velocity equal to 31 m/s and the liquid superficial velocity equal to 0.03 m/s (case A in Paras
and Karabelas, 1991). For this case, the liquid superficial velocity is quite low, hence we can
expect that the entrainment of droplets is quite low, and that secondary flow will be driven
by the “roughness” effect, which is the way how we estimated the secondary flow velocity.
Figure 4.13 shows that drag due to secondary flow can partly compensate the gravitational
forces on the film: roughly 25% in the bottom and 55% in the top. Hence, it appears that
secondary flow can play a significant role in the film redistribution in horizontal annular flow.
Since the film thickness is smaller in the top of the cross-section compared to the bottom,
and since we assumed that secondary flow is a global effect, with a constant velocity along
the circumference, drag due to secondary flow has a larger impact on the film in the top than
in the bottom. The same conclusion has been given by Laurinat et al. (1985). We note that
the shape of the curves obtained for the other cases in Paras and Karabelas (1991) is very
similar, and that the Froude number is not very different in all cases (roughly 20 to 50% in
the bottom, and 50 to 80% in the top). Even for larger gas velocities, where the film thickness
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Figure 4.13: Froude number Frs f as a function of the local film thickness δ in a horizontal annular flow
with the gas superficial velocity equal to 31 m/s and the liquid superficial velocity equal to 0.03 m/s.
The line corresponds to the prediction, the points correspond to the mean film thickness measured by
Paras and Karabelas at nπ/4, with n an integer between 0 and 4.

becomes more uniform in the circumferential direction, similar Froude numbers are obtained,
since the drag due to secondary flow scales as |U|2 , and therefore tends to increase at higher
superficial gas velocities.

We note that the estimation of the drag coefficient in the circumferential direction might
be too large, since a relation for the drag in the circumferential direction is not known. However, even if the estimated value of the drag coefficient is twice too large, secondary flow has
a significant contribution to the redistribution of the liquid film. Furthermore, drag due to
secondary flow can have a positive and/or negative contribution in maintaining the film in the
top, since we showed that the secondary flow direction can be both upward and downward
along the interface. It also appears that it cannot sustain gravity alone, since the Froude number in the predictions is smaller than one, and other mechanisms must play a role. Finally,
it can be pointed out that, for the limiting case of a very large gas bulk velocity, in which
case the film and droplets are distributed uniformly over the cross-section, we do not have the
non-uniformity necessary for a secondary flow to occur, yet the film is distributed uniformly
in the circumferential direction. This point clearly shows that secondary flow cannot be the
only mechanism that redistributes the film around the circumference.
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Figure 4.14: Secondary flow driven by the net forcing on the flow by the droplets atomized from the
waves at the bottom of the pipe.

4.3.1.2

Secondary flow promoted by forcing in the cross-section

Above we discussed the effects in horizontal annular flow of secondary flow promoted
by the anisotropy of the gas core turbulence. However, a non-uniform forcing in the crosssection of the gas core, e.g. due to the droplets, can also induce a secondary flow, as shown
by Huber and Sommerfeld (1998) for pneumatic conveying, and explained in chapter 6 and
7. A similar mechanism to that in Huber and Sommerfeld (1998) can occur with droplets in
horizontal annular flow.
For instance, using Eulerian-Lagrangian simulations, Huber and Sommerfeld showed the
occurrence of secondary flow in a horizontal and uniformly rough pipe laden with particles,
due to the forcing of the particles. According to Huber and Sommerfeld, the roughness leads
to a larger bouncing angle of the particles, and therefore to a transfer of momentum from
the axial to the wall normal direction, which translates into a mean forcing of the flow in
the cross-section. Due to the non-uniform particle distribution because of gravity, this mean
forcing is larger in the bottom than in the top of the cross-section, and therefore it promotes
a secondary flow. Now, in annular flow, the entrainment rate is modeled as a linear function
of the local film flow rate (see, e.g., Williams et al., 1996). Therefore, in horizontal annular
flow, the entrainment rate is larger in the bottom compared to the top of the cross-section. For
simplicity, we will assume that the droplet deposition is uniform around the circumference.
In that case, we also have in horizontal annular flow a net transport of momentum from the
bottom to the center of the cross-section, due to the net entrainment of droplets from the film
in that direction (see figure 4.14).
The secondary flow induced by this forcing can be estimated using a balance of momentum. First, we can assume that the Reynolds number in the cross-section is large, and that,
to first order, the viscous forces can be neglected compared to the inertial forces on the fluid.
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Consequently, the forcing due to entrainment of droplets from the waves in the bottom must
be compensated by the inertia of the gas flow:
ρG

∆V 2
D

= Φ

(4.13)

where ∆V 2 is the difference in the secondary flow velocity between the top and the bottom
of the cross-section, and Φ the net mean forcing in the cross-section due to the entrained
droplets. The secondary flow velocity in the top of the cross-section can be assumed to be
much smaller than that in the bottom, where the secondary flow is generated. As a result, ∆V 2
can be approximated roughly by the secondary flow velocity squared itself (in the bottom).
The forcing in the cross-section is given by:
Φ

2
1
~ rel || (UD −V ) CD πd
= C ρG ||U
2
4

(4.14)

~ rel || the norm of the
where C is the number of droplets entrained per unit of volume, ||U
relative velocity between the fluid and the droplets, UD the normal component of the mean
ejection velocity of droplets from the waves, d the droplet diameter, and CD the drag coefficient equal to CD = 0.44 + 24/Re p (where the particle Reynolds number ReP is defined as
~ rel ||d/νG ). For typical values encountered in horizontal annular pipe flow (D = 0.05
Re p = ||U
m, C = 0.5 · 109 m−3 , UD = 1 m/s, d = 10−4 m), we get a secondary flow velocity between
roughly 2% and 3% of the bulk velocity, when decreasing the bulk velocity from 40 to 20
m/s. The velocity given here does not account for viscous effects, and it is based on a crude
approximation of the entrainment process at the bottom. Therefore, the actual secondary flow
velocity can be smaller. However, at the moment, we cannot say that the effect of the forcing
due to the entrainment of droplets in the bottom is negligible in promoting a secondary flow
in horizontal annular flow.
Using this value for the secondary flow velocity, the effect on the film of the secondary
flow promoted by the forcing due to the entrained droplets can be described as in the previous
section.
4.3.2

Pumping due to the non-uniform gas velocity fluctuations

Above, we have shown that the non-uniform turbulence in the gas core can help to sustain
the film in the top of the cross-section, by promoting a mean flow in the cross-section, which,
in turn, exerts on the interface a drag force in the circumferential direction. In this section,
we will show that, in principle, the turbulence velocity fluctuations can also directly act on
the distribution of the liquid film.
For simplicity, we will consider only the case of non-uniform gas turbulence promoted
by the circumferential variation of the interfacial roughness. Close to the interface, the radial
velocity fluctuation in the gas core scales with the local friction velocity:
rms(ur ) ∼ u∇

(4.15)
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Figure 4.15: Schematic representation of the radial gas velocity fluctuations in the gas core in horizontal
annular flow.

The local interfacial friction is mainly determined by the amplitude and frequency of the roll
waves. Since, in horizontal annular flow, the roll waves are larger in the bottom than in the
top of the cross-section, the radial velocity fluctuations in the gas core are larger in the bottom
than in the top (see figure 4.15).
The inertia of the radial gas velocity fluctuations at the interface ρG · rms(ur )2 translates
into a pressure force on the interface. Since we have from the bottom to the top of the crosssection a gradient in the inertia of the gas velocity fluctuations, we also have a mean circumferential pressure-gradient from the bottom to the top, which could pump liquid in the film
to the top. This circumferential pressure-gradient must be compared with the gravitational
forces on the film, i.e. we obtain the Froude number Fr f l :
Fr f l

=

∆ ρG rms(ur )2
ρL g D

(4.16)

For a Froude number Fr f l equal to one, the pressure-gradient in the film promoted by the
gradient in the gas velocity fluctuations balances the entire weight of the liquid film. We note
that, due to the balance between the pressure forces and the gravitational forces, the pipe
diameter D must now appear in the definition of Fr f l , instead of the mean film thickness δ as
in the definition of Frs f .
To estimate Fr f l , we can use the Wallis friction correlation for annular flows (see Wallis,
1969) to estimate the friction velocity. Using the Wallis correlation, we obtain for the Froude
number:
Fr f l

=

0.0025 · 300 · ρGUG2 (δB − δT )
ρL g D 2

(4.17)

We calculated the values of the Froude number for the experiments of Paras and Karabelas
(1991). In general, the Froude number is smaller than roughly 0.07, except for their higher
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liquid flow rates, in which case the difference between the mean film thickness in the bottom
and top becomes large, and the Froude number can attain maximally 0.2. Therefore, the
influence of the pressure-gradient promoted by the anisotropy in the gas turbulence is small,
i.e. one order of magnitude smaller than the film weight for a typical annular flow, and it is
presented here only for completeness.
4.4

Impact of the roll waves on the film redistribution

According to Fukano and Ousaka (1989), wave pumping can be an important mechanism
in the redistribution of the liquid film in horizontal annular flow, and it is associated to the
occurrence of roll waves. In this mechanism, a roll wave acts as a disturbance on the gas
flow, and promotes a pressure field in the gas flow around the wave, which gives rise to form
drag on the wave. Due to continuity of pressure at the interface, the pressure in the roll wave
is closely related to the pressure distribution in the gas flow, since static pressure and surface
tension are negligible.
Below we will show that the pressure in the roll wave is a function of the wave height.
Since in horizontal annular flow the wave height varies around the circumference, we have a
circumferential pressure-gradient in the wave from the bottom to the top of the cross-section.
Fukano and Ousaka (1989) suggested that, in principle, this pressure-gradient could pump
liquid in the wave from the bottom to the top of the cross-section. In between two waves,
however, such a pressure-gradient does not exist, and the liquid drains to the bottom due to
gravity. Hence, this mechanism can be seen as a wetting of the wall due to the discharge
of liquid from the roll wave, and the circumferential pressure-gradient in the roll wave is
one mechanism which leads to the extension of the roll wave around the pipe circumference.
We note that possibly other mechanisms can lead the roll waves to climb up the walls, e.g.
the break-up of waves due to the variation in depth of the liquid layer below the waves,
similar to waves on beaches. In that case, the inertia of the roll waves flowing partly in
the circumferential direction could be sufficient to counteract the gravitational forces on the
wave.
Below, we will attempt to model the circumferential pressure-gradient in the wave as
proposed by Fukano and Ousaka (1989), and see to what extent it can help in maintaining
the film in the top of the cross-section. Fukano and Ousaka (1989) modeled the pressure
in the roll wave as equal to the axial pressure-gradient over the wave, which they further
expressed as the difference in gas flow inertia between the rear and front of the roll wave,
together with a proportionality constant. They provide a correlation for the gas flow inertia
in the rear and front of the waves, but do not give further explanation how it was obtained.
In the 2D modeling approach used in Fukano and Ousaka (1989), the film flow is solved in
steady-state as a function of the normalwise and circumferential direction (i.e. no variation in
the streamwise direction). Therefore, an average effect of the roll waves is accounted for in
the equation for the mean film thickness. This means that the proportionality constant used in
Fukano and Ousaka (1989) implicitly contains information on the wave frequency and wave
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Figure 4.16: Piecewise linear profile that approximates the turbulent velocity profile.

length, which vary with the liquid and gas flow rates. Therefore, their proportionality constant
is not properly a constant, and Fukano and Ousaka (1989) changed its value for the different
flow conditions such that the experimental mean film thickness profiles were recovered. Quite
different values for the constant were needed, since it varied with a factor of 250, which
shows a handicap of their model for an a priori prediction. Finally, we can note that the wave
pumping model of Fukano and Ousaka (1989) does not show an explicit dependence on the
local wave or film height, which forms, however, the basis of the mechanism.
Contrary to what is claimed in Fukano and Ousaka (1989), Laurinat et al. (1985) also
modeled the action of the roll waves on the film redistribution around the circumference,
using a circumferential normal stress that is based on the liquid flow inertia in the axial
direction. Laurinat et al. (1985) showed that the circumferential normal stress must play an
important role in the redistribution of the mean film thickness around the circumference.
To obtain an order of magnitude of the pressure in the wave, we can calculate the pressure field around the wave using inviscid flow (see Batchelor, 2002). Since the gas flow is
turbulent, and since the height of the roll waves is sufficiently large, such that mostly pressure forces instead of viscous forces are acting on them (see chapter 3), potential theory is
expected to give an accurate order of magnitude and scaling of the pressure distribution in
the gas flow, hence, in the roll waves. Using potential flow, the drag force on the roll wave
is zero, but it could be estimated using perturbation theory (see, e.g., Belcher et al., 1993).
However, since we are interested in the order of magnitude of the pressure only, and not in
the pressure difference between the rear and front of the wave (i.e. drag force), which can be
much smaller, potential theory should provide a reasonable estimate.
For simplicity, we will approximate the turbulent flow over the roll wave by a shear flow
over half a cylinder of diameter hW . For that case, the solution is given in chapter 7 in
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Batchelor (2002), and the order of magnitude of the pressure in the roll wave becomes:
p

∼

1
ρG
8



dU
dy

2

2
hW

(4.18)

where dU/dy is the linear mean axial velocity gradient in the normalwise direction, y representing the distance from wall, and hW the height of the wave (half cylinder). Due to the
variation of the wave height and interfacial roughness around the circumference, both the
wave height hW and the mean axial velocity gradient dU/dy vary in the circumferential direction.
In a turbulent flow, the mean axial velocity profile is far from being linear. Here, we
approximated the turbulent velocity profile by a piecewise linear profile: it is constant and
equal to the maximum mean axial velocity UC , and linear profile close to the wall (see figure
4.16). For a first order scaling, we assumed for simplicity that the maximum mean axial
velocity is in the center of the cross-section, and not shifted due to the non-uniform interfacial
roughness. Furthermore, we do not account for the effects of the droplets on the velocity
profile. The piecewise linear velocity profile is given by:
U(r) =

UC

for r ≤ R − d

U(r) = UC (R − r) /d

(4.19)

for r ≥ R − d

where R is the pipe radius, r the distance from the pipe center (r = R − y), and d a parameter
of the piecewise linear velocity profile, which will be determined below. For a pipe flow,
assuming the log-law to be valid, the maximum mean axial velocity, UC , is related to the bulk
velocity, UB , as:
UC

= UB + uτ

3
2κ

(4.20)

where κ is the Von Karman constant. Finally, the mass conservation for the two profiles gives
an extra relation between the bulk velocity UB , the maximum mean axial velocity UC and the
parameter d:


d 4 d2
(4.21)
UB = Uc 1 − 2 +
D 3 D2
Using the above relations, we can express the linear mean axial velocity gradient dU/dy,
which is equal to UC /d, as a function of the bulk velocity UB and the friction velocity uτ , or
similarly, as a function of UB and the friction coefficient CF :
UC
d

=

4 UB
3 D





3
1 −
1 +CF0.5
2κ

4
1
−
3
0.5
3
3 1 +CF 2κ

!0.5 −1


(4.22)
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where CF is the Wallis friction coefficient equal to 0.0025 (1 + 300δ/D). Below, we will write
the gradient dU/dy as f (UB ;CF ). If we assume further that the wave height is roughly equal
to four times the mean film thickness in annular flow, we obtain that the pressure-gradient in
the circumferential direction in the wave scales as:


i
4ρG h
∂p
∼
f (UB ;CF,B )2 δ2B − f (UB ;CF,T )2 δ2T
(4.23)
R∂θ W
πD

where δ is the mean film thickness, and where the subscript B and T refer to the bottom and
top, respectively. We note that, for this expression to be valid, the wave height hW should not
exceed the parameter d of the piecewise linear velocity profile.
Since we are interested in the mean film thickness, the average effect of the circumferential pressure-gradient is needed. Therefore, the circumferential pressure-gradient in the
waves must be averaged in the axial direction. Since N f λ/CW represents the length of the
pipe covered by waves per unit length, where N f is the passage frequency of the roll waves,
CW their velocity and λ their length, the mean pressure-gradient in the circumferential direction is given by:


Nf
∂p
∂p
∼
λ·
(4.24)
R∂θ
CW
R∂θ W
To see if wave pumping can counteract the gravitational forces on the film, we can construct the Froude number Frwp , defined as:
Frwp

=

∂p 1
R∂θ ρL g

(4.25)

The Froude number Frwp is calculated for a water/air horizontal annular flow in a pipe of
0.05 m diameter, using the data of Paras and Karabelas (1991). It is checked that the wave
height hW is smaller than the distance d of the piecewise linear velocity profile. The Froude
number Frwp is equal to a value between 0.02 to 0.25 at a superficial gas velocity of roughly
31 m/s, a value between 0.02 and 0.04 at 46 m/s, and it is negligible at 65 m/s. Hence, it
appears that the effect of wave pumping on the film redistribution is smaller for high gas flow
rates, i.e. the effect of the wave height (which decreases with higher gas flow rates) is larger
than that of the mean axial velocity gradient (which increases with higher gas flow rates).
The highest Froude numbers Frwp at the gas superficial velocity of 31 m/s are obtained for
high liquid superficial velocities, which are much higher than in our experiments. For liquid
superficial velocities similar to our experiments, the Froude number Frwp is in between 0.02
and 0.08. Hence, the order of magnitude obtained for the Froude number Fr wp is small, and
the wave pumping mechanism as explained by Fukano and Ousaka (1989) appears to have a
relatively small impact on the film redistribution.
From the discussion above, it appears that the wave pumping mechanism as described by
Fukano and Ousaka (1989) does probably not play a major role in the redistribution of the
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film around the circumference. However, it does not mean that roll waves do not have a large
impact on the film redistribution. For instance, it is observed experimentally that roll waves
in horizontal annular flow cover a significant part of the circumference. The discharge of
water from each roll wave flowing in the pipe could be such that gravitational forces cannot
remove the film entirely.
Other mechanisms than wave pumping can lead the roll waves to climb up the walls. For
instance, the velocity of the roll waves could be a function of the depth of the base film over
which they flow. If roll waves are truly waves in the classical sense of fluid mechanics, then
shallow water theory predicts that the waves flow with a velocity proportional to δ 0.5 . On the
other hand, if roll waves are lumps of liquid that behave like “mini-slugs” on the base film, a
larger stress will be exerted on the liquid lump by the base film for a thinner film. Hence, the
velocity of the roll waves could decrease with the thickness of the base film. For a wave with
locally a different streamwise velocity, due to a kinematic effect, a velocity component in the
spanwise (circumferential) direction exists, which leads the roll waves to climb up the walls.
This mechanism is similar to the break-up of waves on the beach.
The wave spreading mechnism proposed by Butterworth (1972) is also based on the inclination of the waves, with the bottom part being ahead of the top part. However, it assumes
that the wave climbs up the walls due to the drag force exerted by the gas flow on the wave,
which has a circumferential component due to the wave inclination. The wave spreading
mechanism has been discussed in the experimental part of this chapter.
To model the circumferential velocity component of the roll waves, more information is
needed on the behaviour of the roll waves. Therefore, it will not be pursued further in the
thesis.
4.5

Conclusions

Spatial and time-resolved film thickness measurements have been performed for a horizontal and inclined annular flow of water/air in a pipe of 0.05 m diameter. The results show
that, for this flow, the film distribution around the circumference is determined by at least two
mechanisms. For instance, the results show that the roll wave height contributes for a large
part to the actual value of the mean film thickness, since the roll waves cover about 30% of
the interfacial area, and their height is much larger than that of the base film. Furthermore,
they extent over a large part of the circumference, and therefore, they determine for a significant part the mean film distribution around the circumference. In the literature, several
mechanisms have been proposed for the roll wave extension around the circumference, and
they are discussed in this chapter. Regarding the wave spreading mechanism proposed by
Butterworth (1972), the experiments show that the roll waves can be inclined, e.g. the part
of the roll wave in the bottom is ahead of that in the top, which is a necessary condition for
this mechanism to occur. However, for certain flow conditions, roll waves are not inclined
and other mechanisms must occur that lead the roll waves to climb up the walls. It has been
suggested in literature that the wave pumping mechanism proposed by Fukano and Ousaka
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(1989) could help the roll waves to extend around the circumference. The wave pumping
mechanism has been modeled in this chapter by inviscid flow theory, which shows that this
mechanism is probably not very important. Instead, it can be postulated that the spreading
of the roll waves around the circumference is more akin to the wave breaking on beaches,
which results from a pure kinematic effect of the waves, the velocity being probably slightly
different around the circumference.
It has also been shown in the experiments that the mechanism related to the occurrence
of roll waves is not the only mechanism determining the film distribution around the circumference. For instance, we observed that the roll waves do not extend to the top for all flow
conditions, whereas a liquid film remains. It means that secondary flow and/or net droplet
deposition in the top of the cross-section also contribute to the film thickness distribution in
the cross-section. Based on the theoretical results in chapters 6 and 7, we proposed a model
for the secondary flow amplitude, and for the drag it exerts on the film. Using the results
for the mean film thickness presented in Paras and Karabelas (1991), the model estimates
that secondary flow can play a significant role, up to about 50%, especially in the top of the
cross-section, where the mean film thickness is smaller.
4.6
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5. DNS of turbulent flows in rough pipes with roughness
modeled as a random forcing

5.1

Introduction

In industrial pipes, the surface roughness can have a large impact on the flow, which
becomes increasingly important at high Reynolds numbers. At high Reynolds numbers, the
viscous length scales of the turbulent pipe flow can become smaller than the size of the
roughness elements, and, in that case, the friction will become dominated by the pressure
forces exerted by the roughness elements on the flow, instead of the viscous forces as with
smooth walls. Therefore, for turbulent flows in rough pipes, the friction can become much
larger than that which would be obtained with smooth walls. The increase depends on the
modifications of the flow and the turbulence promoted by the presence of the roughness
elements. The direct interaction between the roughness elements and the flow leads to a
modulation of the turbulence in a “roughness layer” above the roughness elements. Usually, it
is assumed that the depth of the roughness layer is about 2 to 5 times the size of the roughness
elements k (see, e.g., Jimenez, 2004, Raupach et al., 1991). However, depending on the
roughness topology, the roughness can also influence the turbulence far from the wall, in the
outer layer. The prediction of the wall friction for any kind of roughness topology requires
therefore to understand the impact of the roughness on the turbulence, and its extent in the
outer layer.
Many experimental studies on the impact of roughness on the flow with random roughness, found in industrial pipes, but also with organized roughness structures, show that the
turbulence modulation is confined to the roughness layer, and that the outer layer is unaffected
(see, e.g., Flack et al., 2005 and Perry et al., 1987). In our Direct Numerical Simulations
(DNS) with “random roughness”, we also do not observe any roughness effect in the outer
layer. In that case, Townsend’s Reynolds number similarity hypothesis (see Townsend, 1976)
and the rough wall friction correlations based on the log-law (see Schlichting, 1979) yield a
good predictive tool for roughness effects. For instance, Townsend’s Reynolds number similarity hypothesis states that, at high Reynolds numbers, the momentum given to the flow
by the mean axial pressure-gradient must be transferred entirely to the wall by the Reynolds
shear-stress, which, in accordance, fully determines the turbulence in the outer layer. Therefore, the Reynolds number similarity hypothesis states that the turbulence in the outer layer
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with a rough wall is similar to that with a smooth wall at high Reynolds number. Using this
hypothesis for the log-law region, a physically-based correlation for the rough wall friction
factor can be obtained.
However, for some particular types of roughness, roughness effects have been observed
far into the outer layer, in which case the standard correlations of the friction in rough pipes
as presented by Schlichting (1979) can give poor results. For instance, e.g. Antonia and
Krogstad (2001) and Bhaganakar et al. (2004) measured roughness effects well into the outer
layer, the former experimentally in a boundary-layer flow with two types of organized roughness, the latter numerically in a channel with one wall having an egg-carton shaped surface.
It is not well understood what differences in the roughness topology make that roughness
effects can be observed in the outer layer. It could be associated to (i) the type of roughness,
or to (ii) the length scales of the roughness elements. The studies of Antonia and Krogstad
(2001) and Bhaganakar et al. (2004) are done for well defined roughness, i.e. roughness
with a clear repetition of a single unit. It is possible that, in certain cases, the organized wall
structures can interact, or resonate, with the flow structures such that an effect is observed in
the outer layer, as e.g. with riblets (see Walsh, 1990). In industrial pipes, however, the roughness structure is random, and such an interaction is not expected. The roughness effect in the
outer layer could also be associated to the length scales of the roughness elements, compared
to those of the turbulent flow. For structures with their top in the outer layer, the wall turbulence mechanisms can be disrupted too strongly, and roughness effects in the outer layer
can be expected (if there is a strong communication between the inner and outer layer). Possibly, the observation of Antonia and Krogstad (2001) and Bhaganakar et al. (2004) can be
explained by the quite large roughness used. The blockage ratio, defined as the ratio between
half the pipe diameter D/2 (or the boundary layer thickness) and the sand-grain roughness k S ,
is equal to roughly 14 and 5 for the two types of roughness in Antonia and Krogstad (2001),
and roughly to 8 in Bhaganakar et al. (2004). Thus, it is lower than the limit of 40, below
which, according to Flack et al. (2005), the wall turbulence mechanisms are disrupted and
roughness effects can be observed outside the roughness layer. However, the scaling issue is
not solved. Different scalings are proposed in literature (Jimenez, 2004, Flack et al., 2005),
which do not agree with each other, and which, as we will see, do not agree with the present
results.
In order to attempt to clarify some of the questions associated with roughness effects in
turbulent pipe flows, we performed DNS in pipes with “rough” walls. In the literature, the
DNS are done for roughness structures which are well-organized, and which effects could be
quite different from that of random roughness found in industrial pipes. Therefore, in this
study, we investigated the effects on turbulence of a purely random roughness structure, more
akin to roughness in industrial pipes. In the next section, we will explain the approach we
used to simulate random roughness elements. After, we will briefly summarize the results
from the standard roughness theory, and the numerical technique. Next, we will present (i)
the mean flow and turbulence statistics obtained from our simulations, (ii) the (absence of)
changes in the correlations of the velocity fluctuations, which are associated to the changes
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in the turbulence structure, and (iii) the energy budgets. Finally, we will conclude about
the main mechanism of turbulence modification in the roughness layer, and about a possible
approach to model random roughness.
5.2

Implementation of roughness

Simulations resolving the flow over roughness elements have been performed by e.g.
Bhaganakar et al. (2004), Cui et al. (2003) and Cherukat et al. (1998). A first approach
to fully resolve the flow over roughness elements is to fit a deformed grid to the roughness
elements (e.g. Cherukat et al., 1998; Cui et al., 2003). However, a non-cartesian grid complicates the computation method. Therefore, the second approach, which is now used more,
is the immersed boundary method (e.g. Bhaganakar et al., 2004; Cui et al., 2003), in which
a time-dependent body force is added to the momentum equations in order to force the fluid
velocity to be equal to zero at and in a virtual immersed boundary. The advantage of such
a method is that it can be used in standard numerical methods using an orthogonal cartesian
grid, and that it can simply be added to an existing DNS code for pipe/channel flow.
The simulations in Bhaganakar et al. (2004), Cui et al. (2003) and Cherukat et al. (1998)
are done for a well defined geometry for the roughness elements. For instance, the first
uses a 3D egg-carton-like shape for the roughness, while the latter are done for a sinusoidal
wave representing roughness. In industrial applications, however, the roughness elements
are randomly distributed without any clear repetition of a single unit. Furthermore, a priori,
it is not clear if a repetition of a defined structure can interact, or resonate, with turbulence
structures close to the wall, and therefore lead to results differing from standard roughness.
For example, riblets are intrusions in the flow that will interact with low speed streaks when
their spacings are similar, and which can lead to drag reduction instead of a drag increase as
for usual roughness (see Walsh, 1990). Therefore, in this study, we aim to study with DNS
the effects of random roughness on a turbulent flow.
First, random roughness introduces an extra random forcing on the flow. Second, the
geometry of the rough surface is not well defined, and precisely because of the randomness,
a detailed instantaneous description of the flow structures close to the roughness elements is
not useful. Therefore, in this study, the effect of roughness is modeled by a time-dependent
drag force of point-particles fixed randomly in a layer between the wall and 10, 20 or 30 wallunits. The drag force ~Fp of each point-particle is chosen to be equal to the local instantaneous
~ p with a proportionality constant −c.
fluid velocity U
Although the situation here might not fully represent reality, some insight in the physics
can be drawn, since, as shown below, the results are very similar to “real” roughness. For
instance, the roughness effects, e.g. kS or ∆U + , can be linked in this way directly to the
effective forcing on the fluid, which is a more physical parameter. More importantly, it can
be deduced that roughness effects are related obviously to the momentum transfer between
fluid and wall, and not to continuity of the fluid. This result is in agreement with the observed
roughness effects of canopies, such as forests or buildings, on an atmospheric boundary-
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layer, see Belcher et al. (2003), since canopies also are permeable for the fluid. Furthermore,
an accurate statistical description of the flow in the log-law region and outer layer can be
obtained without a purely physical one in the inner layer, suggesting that the communication
between the inner and outer layer is quasi-absent, or not of importance for the flow in the
outer layer. This conclusion is in support of the Reynolds number similarity hypothesis of
Townsend (1976), in the sense that the flow in the outer layer is only based on the total,
here Reynolds, shear-stress distribution in the core flow. Finally, we note that the method is
numerically efficient and very simple to implement in a single-phase DNS code.
In this study, a pipe flow is simulated with random roughness over the entire circumference, similar to industrial pipes. Such a flow is axisymmetric, giving the advantage of a
well-defined situation. Therefore, the analysis of the results becomes more conclusive than in
studies of a channel with one rough and one smooth wall, since, in that case, the channel midplane is not an axis of symmetry, i.e. the length scale used for the non-dimensionalization in
outer units becomes uncertain. For example, in Bhaganakar et al. (2004), one extra length
scale is introduced in the problem parameters to nondimensionalize variables in outer units,
which is the distance between the minimum in the velocity rms and the respective wall. Furthermore, with roughness implemented through the point-particle forcing, the wall position
is naturally defined, raising no questions about the appropriate length scales and the wall
position, and about the origin in the comparison with smooth walls.
The simulations are performed by keeping constant the Reynolds number Re ∇ = u∇ D/ν
based on the mean axial pressure-gradient, which is the driving force in the simulations, the
pipe diameter D and the fluid kinematic viscosity ν. The friction velocity u∇ is defined as:

0.5
−∇P̄z D
u∇ =
(5.1)
ρ 4

Without the point-particle forcing, the friction velocity u∇ is equal to the wall-shear velocity
uτ . With point-particle forcing, the mean axial pressure-gradient must balance the average
shear stress at the wall and the average point-particle forcing over the pipe-volume < F̄z >.
Therefore, the average point-particle forcing in the axial direction is given by:
 2
uτ
< F̄z >
=
1
−
(5.2)
u∇
ρu2∇ 4/D

From the perspective of the turbulence in the outer layer, the flow is governed by the axial
pressure-gradient, which balances both the wall shear-stress and the point-particle forcing.
Therefore, the quantities in wall units are made dimensionless using the fluid kinematic viscosity ν and the friction velocity u∇ , instead of the wall-shear velocity uτ . We note that, with
the friction Reynolds number maintained constant, the distance from the wall in inner units
scale linearly with the distance in outer units, with the same scaling for different cases of
roughness.
In this DNS study, the Reynolds number is quite low. The friction Reynolds number
Reτ , based on the friction velocity and the pipe diameter, is equal to 360, which corresponds
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to a bulk Reynolds number ReB equal to 5300 in the case of smooth walls. The size of the
roughness elements k+ here is equal to 10, 20 and 30 wall-units in order to have the roughness
covering at least part of the buffer layer. Even higher values for k are not used to avoid a too
large blockage of the pipe, since D+ /2 = 180 (from this sense, this study is different from
those in meteorology, where roughness canopies extend well into the outer layer). For the
sizes of roughness used here, we find a sand-grain roughness kS+ roughly between 5 and 15
wall units. Therefore, the ratio D/(2 · k), alternatively D/(2 · kS ), is much smaller than 40,
which is the limit as suggested by Jimenez (2004), alternatively Flack et al., (2005), below
which roughness effects can be observed in the outer layer. However, as we will show below,
in the present simulations, with roughness sizes confined to the buffer region, it does not
perturb the flow into the outer layer. This point may raise the question if inner units are not
more suitable than outer ones to quantify the blockage effect (i.e. no normalization by half
the pipe diameter D/2)
5.3

Effect of roughness on turbulent pipe flow

As we will show, in the present simulations, we do not observe effects in the outer layer,
and the results are similar to the standard theory of roughness for turbulent pipe-flows. To
support the explanation of the results, we will first summarize briefly the results from the
standard theory of roughness (see Schlichting, 1979, Townsend, 1976, Pope, 2000, Jimenez,
2004) below.
With roughness effects confined to the roughness layer, from dimensional analysis, it
can be shown that in the flow region in which we have a transition between the viscous and
inertial scales, the mean velocity profile U(y) is logarithmic, similar to single-phase flow in
pipes with smooth walls. It is expressed as:
 

y
1
+
(5.3)
ln
+ B0 kS+
U (y) =
κ
kS

where the superscript + denotes the values in wall-units (i.e. made dimensionless with the
kinematic viscosity ν and the friction velocity uτ = (τ/ρ)0.5 , where τ is the wall-shear stress,
and ρ the density), y is the distance from the wall, kS the sand-grain roughness, which is a
typical scale of the roughness elements (see below), κ the von Karman constant and B 0 an
additive constant depending on kS+ . We note that, in principle, the logarithmic velocity profile
is only valid in the log-law region, i.e., y+ ≥ 30 and y/D ≤ 0.3, with D the pipe diameter.
However, in practice, the deviations from the log-law in the central part of the pipe are small.
In general, the additive constant B0 is a function of the ratio between the viscous scales
and the scales of the roughness elements kS . However, for large roughness scales, the pressure forces on the roughness elements become dominant over the viscous stresses, and, on
dimensional grounds, the additive constant B0 should become a constant. In practice, B0 becomes equal to 8.5 for kS+ ≥ 70 − 100, which is denoted as the fully rough regime. The mean
velocity profile in equation 5.3 can also be expressed in terms of the log-law for smooth walls
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when including an offset ∆U + :
U + (y)

=


1
ln y+ + B − ∆U +
κ

(5.4)

where B the smooth wall log-law intercept, and ∆U + the roughness function, which is a
function of the sand-grain roughness kS . With the log-law for fully-rough pipes written in
the form of equation 5.4, we clearly see that ∆U + , or equivalently, kS , represents the extra
drag due to roughness when compared to smooth walls. This means also that the sand-grain
roughness kS is a hydrodynamic representation of the dimensions of the roughness elements,
related to the drag, and must be related to the size of the roughness elements before it can be
used. For typical ‘K’-roughness in the fully-rough regime, Jimenez (2004) proposes such a
relation, in which the ratio between the sand-grain roughness kS and the size of the roughness
elements k scales with the solidity, which is the total frontal roughness area per unit wallparallel area, and with a drag constant depending on the shape of the roughness elements.
The drag constants proposed in Jimenez (2004) are obtained for an organized distribution
of roughness elements. However, the way to extrapolate these drag constants to random
roughness, which is the roughness observed in practice in industrial pipes, is not clear. For
instance, the drag constant becomes equal to 1 only in the case the roughness is packed
similarly to the sand in the experiments of Nikuradse.
Assuming the log-law to be valid in the center of the pipe, and using equation 5.4 for both
a pipe with rough and smooth walls, we obtain that the velocity defect U + (y) −U + (D/2) is
identical for the rough and smooth pipe:


y
1
ln
U + (y) −U + (D/2) =
(5.5)
κ
D/2
where U + (y) represents the velocity profile for both the pipe with smooth and rough walls.
This means, for pipe flow in the outer and overlap region, the velocity profile is unaffected
by the conditions at the wall, except for the value of the friction velocity uτ . The velocity
defect law has been verified experimentally by e.g. Flack et al. (2005), and is consistent
with the Reynolds number similarity hypothesis of Townsend (1976), which states that, at
high Reynolds numbers, the changes in the flow dynamics due to roughness remain localized
around the roughness elements in the inner layer, and that, in the outer layer, the Reynolds
shear-stress, i.e. the turbulence, is fully driven by the transfer of stress from the walls through
the mean axial pressure gradient.
5.4

Numerical technique

We use direct numerical simulations (DNS) with the standard point-particle approach to
take into account the particle-forcing. In the point-particle approach, the volume occupied by
the particles is assumed to be very small, and the influence of the particles on the continuity
equation is neglected. The particles influence the continuous phase through an exchange of
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momentum. The continuity and Navier-Stokes for the continuous phase become:
~
∇ ·U
~
∂U
~ · U}
~
+ (∇U)
ρ{
∂t

= 0

(5.6)

~
~ +F
= −∇P + µ∇2U

(5.7)

~ , represents the force per unit of volume
The extra term in the Navier-Stokes equation, F
due to the point-particles:
~ (~r) = −
F

k=N p

∑

n=1

~Fp,n δ(~r − ~Pn )

(5.8)

where ~Fp,n is the force acting on the particle n, at the position ~Pn , and δ(~r − ~Pn ) is a Dirac
delta-function; i.e., the force of a particle on the fluid is considered applied at the point where
the center of the particle is located. In the present case, the point-particles are kept fixed and
we consider only Stokes drag, therefore the force acting on each point-particle is given by:
~Fp

~p
= cU

(5.9)

~ p is the velocity of the fluid at the particle position, and where c would be equal to
where U
3π µ d in the case of real spherical particles of diameter d.
The Navier-Stokes equations are discretized using a second order accurate finite volume
method on a staggered grid. In the streamwise and circumferential directions, we use an
uniform grid-spacing, with Nz = 128 and Nθ = 128 (the length of the computational domain
is equal to five pipe diameters). In the radial direction, we use a non-uniform grid (Nr = 64)
with an hyperbolic tangent stretching: the smallest spacing is at the wall (∆r + ≈ 1.3), and
the largest is at the center (∆r + ≈ 4). The average value of the Kolmogorov length scale Lk
can be estimated using the average dissipation rate of the turbulence kinetic energy, and gives
Lk+ ≈ 1.6.
The flow is driven by a pressure-gradient imposed along the streamwise direction. Noslip conditions are applied at the pipe wall, and periodic boundary conditions are used in the
streamwise and circumferential directions.
The continuous phase is solved using a standard two-step predictor-corrector solver for
~ is calculated (using the fluid
single phase incompressible flows. In the predictor step, F
velocity from the previous time-step), and a provisional fluid velocity is obtained, without
enforcing the continuity equation. In the corrector step, the continuity equation is enforced
by means of a Poisson equation for the pressure. The Poisson equation is solved applying
a Fourier transform in the two periodic directions, and solving tridiagonal matrices for the
remaining direction. The time step is determined by the Courant stability criteria, and is
much smaller than the Kolmogorov time scale. More details of the numerical procedure can
be found in Portela et al. (2003) and Eggels (1994).
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Figure 5.1: Mean axial velocity profile for roughness with “small” forcing at the three roughness heights
k+ , and for a smooth wall.

5.5

Results

The statistical results shown here are obtained by averaging in the circumferential direction and streamwise direction, and ensemble-averaging over a sufficient number of uncorrelated flow fields. The randomness of the point-particles is obtained by placing 10 6 pointparticles randomly in a layer between the wall and 10, 20 or 30 wall-units, designed here as
the roughness height k. For each roughness height k, the proportionality constant c in the
drag force on the point-particles is adapted such that we have an identical mean forcing on
the flow < F̄z > for the three roughness heights k. Furthermore, simulations are performed
for two < F̄z >, referred to as “large” and “small” forcing. The “small” and “large” forcings
are equal to 0.207 and 0.344, respectively, when normalized by ρu2∇ 4/D.
5.5.1

Mean axial velocity profile

The mean axial velocity profile for the three roughness heights k is shown in figure 5.1
and 5.2, for the “small” and “large” forcing, respectively. It shows a logarithmic behavior
between roughly 40 and 110 wall units, and it is shifted to lower values compared to the
profile obtained with a smooth wall, conform to equation 5.4. Therefore, the mean axial
velocity in flows over rough walls can be well predicted with roughness mimicked by an extra
forcing due to randomly distributed point-particles in the inner layer. As can be expected from
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Figure 5.2: Mean axial velocity profile for roughness with “large” forcing at the three roughness heights
k+ , and for a smooth wall.

figure 5.1 and 5.2, the velocity-defect law in equation 5.5 is also well recovered for y + larger
than roughly 50 wall-units (see figure 5.3). From the shift in the mean axial velocity profiles
due to roughness in figures 5.1 and 5.2, the roughness function ∆U + and the sand-grain
roughness kS+ can be determined. The values are shown in table 5.1. In the determination
of the sand-grain roughness kS+ , the log-law intercept for rough walls B0 is set equal to 8.5,
which is the value for fully rough pipes at high Reynolds number. The smooth wall log-law
intercept B and the von Karman constant κ are obtained from the best-fit of the mean axial
velocity profile for smooth walls between 40 and 110 wall units, and are equal to 4.64 and
0.346, respectively. Because of the low Reynolds number in this study, the velocity profile is
not properly logarithmic, as shown in figure 5.4 by the small variation in the log-law region
+
, i.e. the inverse of the von Karman constant κ. Therefore, the values
of the value y+ dU
dy+
of κ and B slightly differ from the usual ones at high Reynolds number (see Eggels et al.,
1994). However, figure 5.4 shows that the von Karman constant κ does not vary much when
the forcing due to fixed point-particles is added.
5.5.2

Velocity fluctuations

The axial rms velocity fluctuations u0+ for the three roughness heights are shown in figures 5.5 and 5.6, for the “small” and “large” forcing, respectively. We can see that in the outer
layer the profiles of u0+ perfectly match each other, also with the profile for smooth walls,
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Figure 5.3: Mean axial velocity in defect form U + (D/2) −U + (y) for the smooth and rough wall with
a “large” forcing, at the three roughness heights k + .
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Figure 5.4: Velocity gradient for a rough wall, with “large” forcing at the three roughness heights k + ,
and for a smooth wall.
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Table 5.1: Sand grain roughness kS+ and roughness function ∆U + for the different roughness heights k
and the two forcings. The error in ∆U + is in between 0.02 and 0.05, the error in kS+ in between 0.04
and 0.2, both increasing with kS+ .

“small”

“large”

k+

10

20

30

10

20

30

∆U +

1.18

2.05

2.31

1.95

3.44

3.88

kS+

5.7

7.7

8.5

7.5

12.5

14.6

whereas in the inner layer the value of u0+ decreases with the roughness height k, for constant
forcing. These results are similar to those obtained by Flack et al. (2005) on sand-grain and
woven mesh roughness.
On the other hand, figures 5.7 and 5.8 show that the rms velocity fluctuations in the crosssection, especially the radial one, barely change compared to the smooth wall in both the
outer and inner layer, when introducing and increasing roughness. We note that the very small
increase in the tangential rms velocity fluctuations might possibly be attributed to numerics,
since the resolution is at the limit of DNS. In Flack et al. (2005) also, no discernible changes
in the normal rms velocity fluctuations are measured between the rough and smooth wall over
the entire boundary layer flow. This result shows that the presence of roughness elements
changes the redistribution mechanism of axial turbulence to the cross-section, and will be
discussed below.
The Reynolds, viscous and total shear-stress τR , τV and τT are shown in figure 5.9 and
5.10 for the “small” and “large” forcing, respectively. Due to the axisymmetric geometry,
the shear-stresses must be equal to zero in the center, which is indeed the case. Therefore,
in the region outside of the roughness, the momentum balance in the axial direction enforces
the total shear-stress to increase linearly from the center to the wall with a slope equal to 2,
which is also the case, in order to balance the axial pressure-gradient. In the region inside of
the roughness, the pressure-gradient must balance next to the shear-stress gradient also the
forcing in the axial direction due to roughness:
−

dP
dτT
− F (y) +
dx
dy

= 0

(5.10)

Therefore, the gradient of the total shear-stress must decrease compared to the region outside
of the roughness, and become eventually negative in the case the forcing F is locally larger
than the mean axial pressure-gradient −dP/dx. Hence, the wall-shear stress, which is only
based on the viscous friction at the wall, will be lower than one when normalized by the friction velocity u∇ . However, this does not mean that the wall friction with roughness mimicked
by a point-particle forcing is lower than with a smooth wall. On the contrary, with roughness,
the total wall friction is made of the viscous stress at the wall and of the drag force due to
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Figure 5.5: Axial rms velocity fluctuations u0+ for roughness with “small” forcing at the three roughness
heights k+ , and for a smooth wall.
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Figure 5.6: Axial rms velocity fluctuations u0+ for roughness with “large” forcing at the three roughness
heights k+ , and for a smooth wall.
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Figure 5.7: Radial and tangential rms velocity fluctuations v0+ and w0+ for roughness with “small”
forcing at the three roughness heights k + , and for a smooth wall.
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Figure 5.8: Radial and tangential rms velocity fluctuations v0+ and w0+ for roughness with “large”
forcing at the three roughness heights k + , and for a smooth wall.
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the point-particles, which both promote a shift in the mean axial velocity to lower values, i.e.
a lower bulk velocity, while the axial pressure-gradient is maintained constant in the simulations. Therefore, the wall friction is naturally increased due to the balance of momentum
with the configuration in the simulations.
Very close to the wall, where the velocity and the forcing are small, the gradient dτ T /dy
is negative as in single-phase flow. However, further from wall, in all cases in the simulations,
the forcing is larger than the pressure-gradient and the gradient dτT /dy changes of sign. We
note that, although the forcing is locally larger than the axial pressure-gradient, the mean
axial velocity does not reverse sign, since the viscous shear-stress does not reverse sign.
In the outer layer, the viscous forces are smaller than the inertial ones, and the total shearstress is contributed mainly by the Reynolds shear-stress. Since, in the outer layer, and more
precisely, the region outside of the roughness, the total shear-stress behaves as with smooth
walls when normalized by the friction velocity u∇ , the Reynolds shear-stress also becomes
independent of the wall condition, as suggested by Townsend (1976). The very good collapse
between the different profiles of the Reynolds shear-stress in the outer layer suggests even
that any relevant communication between the inner and outer layer is absent for the outer
flow. Close to the roughness, the Reynolds shear-stress must decrease from a large value to
zero at the wall. Therefore, inside of the roughness, where viscous effects become important,
the viscous shear-stress mostly adapt to enforce the balance of axial momentum. For y larger
than roughly 40 wall-units, the profiles of the viscous stresses become equal in all cases. The
identical viscous shear-stress profiles confirms the logarithmic behavior of the mean axial
velocity for roughness, with the value of the roughness function ∆U + depending only on the
behavior of the viscous shear-stress inside of the roughness.
We note that the viscous shear-stress behavior is quite different for a roughness height of
10 wall-units compared to 20 and 30 wall-units. While for roughness heights k of 20 and 30
wall-units, the viscous shear-stress deviates from one curve at k only, possibly the viscous
shear-stress curve for the fully-rough regime, with k equal to 10, the viscous shear-stress
deviates already at roughly 5 wall-units from that curve to join the single-phase one. The
reason for this is not understood at the moment, but could perhaps be attributed to transition
roughness.
From the difference between the profiles of the viscous shear-stress with rough and
smooth wall, shown in figure 5.11, the roughness function ∆U + can be calculated. At the
distance from the wall y, it is equal to:
∆U +

=

Z y
0


τVS − τVR dy

(5.11)

From figure 5.11, we can see that the difference τVS − τVR becomes negligible at roughly the
roughness height k, therefore the integral in equation 5.11 is bounded by 0 and roughly k,
instead of 0 and y. This means also that the shift in the velocity profile becomes constant
from the roughness height k to the center D/2. A priori, the shape of the difference τVS − τVR
is not known. It is striking, however, that the shape is only a function of the roughness height
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Figure 5.11: Difference of the viscous shear-stress between the smooth (τVS ) and rough wall (τVR ). The
lines correspond to the “large” forcing, the lines with open dots to the “small” forcing, but multiplied
by the ratio of the forcings of the “large” and “small” forcing cases. At the wall, the difference is equal
to the forcing.

k, and of the amplitude of the forcing averaged over the cross-section < F̄z >, since for a
given roughness height k, the difference τVS − τVR varies linearly with < F̄z >. Therefore,
the difference in the viscous shear-stresses could perhaps be approximated at first order by a
triangle of base k and of height the difference between the viscous shear-stresses at the wall,
which by definition is equal to the forcing averaged over the cross-section < F̄z > / (ρ 4/D).
Nevertheless, whatever the modeling of the shape, such an approach gives the roughness
function ∆U + and the mean axial velocity profile as a function of the roughness height k
and the forcing < F̄z >, which are parameters physically more relevant than the arbitrary
hydrodynamic quantity of the sand-grain roughness kS .
5.5.3

Turbulence structure

The contour plot of the axial velocity at y+ = 24 is shown in figure 5.12 for the smooth
wall, the rough wall with a roughness height k of 20 and of 30, respectively. We can clearly
see the low-speed streaks occurring with smooth and rough walls. For the roughness height
k+ = 20 in figure 5.12 (center), the low-speed streaks show a structure very similar to the
smooth wall. For the roughness height k + = 30 in figure 5.12 (right), the low-speed streaks
are more meandering, however, this can be attributed to the presence of the point-particle
forcing, since the contour is made “inside” the roughness. Since the roughness is accounted
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Figure 5.12: Contour of the axial velocity in the x-θ plane at y+ = 24. Top for the smooth wall, center
for the “large” forcing with k = 20 and bottom for the “large” forcing with k = 30. The superscript ∗
denotes quantities normalized by the pipe diameter.
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Figure 5.13: Correlation function of the axial velocity in the tangential direction, at a distance of 24
wall-units from wall, for the “large” forcing with three roughness heights, and for the smooth wall.
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Figure 5.14: Correlation function of the axial velocity in the axial direction, at a distance of 24 wallunits from wall, for the “large” forcing with three roughness heights, and for the smooth wall.
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for only in the momentum equations, and not in the continuity equation, the contour does
not represent the physical behavior of low-speed streaks in true roughness. However, from a
fundamental point of view, it shows clearly the small impact of an axial forcing on the dynamics and structures close to the wall. In essence, it seems that the main effect of the axial
forcing is to act on the axial pressure-gradient through the mean axial forcing. Apparently,
the fluctuating axial forcing at fixed random positions does not disrupt much the turbulence
dynamics. This is opposed to particle-laden pipe/channel flows, where moving particles have
a large impact on the turbulence (see Li et al., 2001, in which by construction the flow is
forced by only a fluctuating component). The large impact of moving particles can be explained by the accumulation of the particles in regions of low vorticity and high strain, for
instance the low-speed streaks, where locally the forcing of the particle-cluster on the flow
can become important and interact with (reduce) the axial velocity. On the contrary, in these
simulations, no preferential region is forced by the roughness point-particles.
The correlation function of the axial velocity in the tangential and axial direction is shown
in figure 5.13 and 5.14, respectively, to quantify eventual changes in large turbulence structures. Figure 5.13 and 5.14 illustrates the “large” forcing case, at 24 wall-units from wall,
which is also the distance from wall in figure 5.12. In figure 5.13, we can see that the correlation function of the axial velocity in the tangential direction does not change much. The shift
at the negative peak in the correlation function corresponds to roughly half the low-speed
streak spacing, therefore, the average low-speed streak is in between 120 and 130 for the
smooth wall and for the rough wall with heights k of 10 and 20. For the roughness height of
30, the average low-speed streak spacing is slightly larger, i.e. between 130 and 140, which
can be explained by the presence of the point-particle forcing at the radial location at which
the correlation function is calculated (see above). In figure 5.14, the correlation function of
the axial velocity in the axial direction is very similar for the three roughness heights, and decreases to zero slightly more quickly than for the smooth wall. Since this correlation function
is a measure of the axial length of the structures (low-speed streaks), it appears that the axial
extent of the low-speed streaks is slightly decreased with roughness, or at least more meandering. Such an effect has been noted also by Bhaganakar et al. (2004), and can be explained
by the blockage of the flow by the roughness elements. We note that the total extent of the
low-speed streaks cannot be obtained from the correlation functions presented here, since
they do not completely decrease to zero because of the length of the computational domain,
which is 1800 wall-units. From the correlation functions, we know that the low-speed streaks
are on average larger than 900 wall-units. Since the correlation function at a shift of 900
is small, however, we expect that the axial extent of the low-speed streaks does not corrupt
the boundary conditions separated by 1800 wall-units, and therefore the simulations (which
would be the case if the low-speed streaks are completely straight over the computational
domain, giving the same boundary conditions at the same locations due to periodicity).
Finally, the correlation function of the radial velocity in the tangential direction is shown
in figure 5.15 for the smooth wall and the rough wall with “large” forcing, at 24 wall-units
from wall. We can see that the impact of the roughness forcing on this correlation function
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Figure 5.15: Correlation function of the radial velocity in the tangential direction, at a distance of 24
wall-units from wall, for the “large” forcing with three roughness heights, and for the smooth wall.

is small, similar to the correlation function of the axial velocity in the tangential direction in
figure 5.13. The differences between the smooth wall and the roughness heights k equal to
10 and 20 are negligible, while the roughness height of 30 is shifted roughly 5 wall-units to
larger shifts. Since the shift at the negative peak corresponds here to a measure of the mean
radius of the near-wall streamwise vortices, the size of the near-wall streamwise vortices is
not changed discernibly by the forcing for the roughness heights k equal to 10 and 20, perhaps
slightly increased for k equal to 30.
5.5.4

Energy budgets

Above we showed that (i) the axial Reynolds stress remains unchanged in the outer layer
(y+ & 50) when adding roughness, but is decreased for lower distances from the wall, and that
(ii) the cross-sectional Reynolds stresses are not affected much by roughness over the entire
flow domain. Therefore, roughness must have an impact on the redistribution mechanisms
of the turbulence energy for y+ . 50. The altered mechanisms can be distinguished when
considering the transport equation of the Reynolds stresses. In cylindrical coordinates, the
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Figure 5.16: Budget of the axial Reynolds stress for the smooth wall and for the rough wall with the
“large” forcing and roughness height k equal to 20. The lines correspond to the smooth wall and the
lines with dots (squares for the forcing term) to the rough wall. All terms are normalized by u ∇ and D.

transport equation for the axial Reynolds stresses is given by (see Eggels et al., 1994):
"
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∂r
where the first term represents the production (PR), the second the pressure-strain (PS), the
third the dissipation (DS), the fourth the turbulent diffusion (TD), the fifth the viscous diffusion (VD) of the axial Reynolds stress, and the last term (FU) the energy transfer from the
particles (wall) to the fluid by the feedback forcing. This is an extra term compared to the
transport equation given in Eggels et al. (1994), since no forcing was present in that work.
In figure 5.16 we compare these terms for the smooth wall and rough wall, with a “large”
forcing and a roughness height k of 20. First, we note that the amplitude of the terms for
smooth wall have been compared to those in Eggels et al. (1994), and are in excellent agreement. Only the dissipation is slightly underpredicted, which can be explained by the grid
size which is at the limit of DNS. In figure 5.16, we can see that the changes due to roughness in the production PR are very small for y ≥ k, and that it is decreased compared to the
smooth wall for y ≤ k. Also the viscous diffusion VD is similar for the smooth and rough
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wall down to the roughness height k. Below k the viscous diffusion term for the rough wall
follows a similar variation, but with a lower amplitude. On the other hand, the turbulent diffusion term TD and the dissipation term DS for the rough wall start to differ from the smooth
wall case below roughly 60 wall-units, i.e. well above the roughness height. Between k and
y+ ∼ 60, the decrease in the turbulent diffusion and the dissipation compensate each other.
The pressure-strain term PS is not changed by roughness over the entire flow domain. The
pressure-strain term takes energy away from the axial Reynolds stress and redistributes it to
the other components. The absence of changes in the pressure-strain term due to roughness
can possibly explain why the cross-sectional Reynolds stresses are not changed much by
roughness (see figure 5.8 and 5.9). Although not shown here, the same conclusions on the
changes in the terms in the axial Reynolds stress transport equation can be made for the other
cases with different roughness height and/or forcing.
The forcing term FU is negative by construction, since the axial velocity fluctuation is
equal to the slip velocity fluctuation, and Fz is a reactive force. Hence, the forcing term FU is
an extra dissipative term for the axial Reynolds stress. However, the amplitude of the forcing
term FU is small compared to the dissipation term DS, maximally 14% at y = k. Furthermore,
figure 5.16 shows that the forcing term FU only represents 9% at maximum of the singlephase production term PR, while the change due to forcing in the production term is ≈ 50%
at maximum when compared to the single-phase one. This suggests that the changes in the
axial Reynolds stress are not primarily promoted by the “direct” forcing term FU. Instead,
the changes are primarily caused by “indirect” effects, that correspond to changes in the
turbulence dynamics and the turbulence production, due to the interaction of the forcing with
turbulence structures and with the mean flow, respectively. In particle-laden turbulent pipe
flows, the freely moving particles interact with and cluster in turbulence structures, which
promotes changes in the turbulence dynamics and production (see, e.g., Li et al., 2001). In
the present case, the point-particles are fixed, and the interaction with turbulence structures is
limited, which resulted in no or small changes in the turbulence structures compared to singlephase flow with smooth walls (see section 5.5.3). Furthermore, the shape of the different
profiles in figure 5.16 is not very different between smooth and rough walls. Hence, it can
be suggested that the turbulence dynamics are not changed much in our case, and that the
turbulence modulation is mainly promoted by the changes in the turbulence production. Due
to the balance of mean momentum in the axial direction, the mean drag force exerted by the
roughness elements on the flow lead to changes in the viscous and Reynolds stresses, hence
in the production of turbulence. This point will be verified in next section.
In cylindrical coordinates, the transport equation of the radial Reynolds stress is given by
(see Eggels et al., 1994):
" 
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Figure 5.17: Budget of the radial Reynolds stress for the smooth wall and for the rough wall with the
“large” forcing and roughness height k equal to 20. The lines correspond to the smooth wall and the
lines with dots (squares for the forcing term) to the rough wall. All terms are normalized by u ∇ and
D. The figure is stopped at y+ = 140. Close to the center, which is a singularity point, some terms
containing 1/r can start to diverge.

where the first term represents the pressure-strain (PS), i.e. the production, the second the
dissipation (DS), the third the fifth the pressure diffusion (PD). the fourth the turbulent dissipation (TD), the fifth the viscous diffusion (VD) term of the radial Reynolds stress, and the
last term (FU) the interaction between the forcing and the radial Reynolds stress. We note
that the pressure-strain and the pressure diffusion terms are sometimes grouped together in
the velocity-pressure gradient term. Figure 5.17 shows the terms for the smooth wall and for
the rough wall, with the “large” forcing and the roughness height equal to 20. We compared
the terms in the transport equation of the radial Reynolds stress for the smooth wall also with
those in Eggels et al. (1994). Quantitatively we can observe small differences, probably
due to the not fine enough grid resolution, but all qualitative trends are correctly reproduced.
Furthermore, the grid resolution is the same for both the rough and smooth wall, making the
comparison between the two cases possible. We can see in figure 5.17 that the axial forcing
of the roughness does not have any major effect on all the terms in the transport equation
of the radial Reynolds stress. Also, the forcing term FU has a negligible contribution to the
transport equation of the radial Reynolds stress. The absence of changes explains again why
the radial Reynolds stress is not affected by the axial forcing.
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Effects of the mean forcing vs. fluctuating forcing

The changes in the turbulence can be promoted by the mean axial forcing, due to the
changes it causes in the mean axial velocity and the Reynolds shear-stress as a consequence
of the balance of axial momentum, and by the fluctuating part of the axial forcing, that can
interact with the turbulence. The latter mechanism is studied in particle-laden turbulent flows
(see, e.g., Boivin et al., 1998 and Li et al., 2001), where it is shown that the particle forcing
can promote (i) a “direct” modification, due to the momentum exchange between the fluctuating particle forcing and the particle surrounding, and (ii) an “indirect” modification, caused
by the changes the fluctuating particle forcing promotes in the turbulence dynamics.
In our case, the forcing is applied on point-particles, therefore, the distortion of the flow
occurs at scales smaller than the turbulence, and it does not interact with the turbulence. From
the energy budgets previously shown, it has been shown that indeed the direct effect of the
forcing is small compared to the changes in the turbulence production. Hence, the turbulence
modulation in the roughness layer can be promoted by two mechanisms, one associated to
the mean forcing, the other to the indirect effects of the fluctuating forcing. A priori, the
fluctuating part of the forcing has probably a small influence on the turbulence dynamics,
since the turbulence structures are not changed much (see section 5.5.3). To assess which
of the two mechanisms of turbulence modification is really dominant, we also performed
DNS with only a mean axial force, which is equal to that obtained in the DNS with both a
mean and fluctuating force. In the case the mean axial forcing is the dominant mechanism of
turbulence modification, the Reynolds stresses and their transport equations will be altered
very little in these new simulations with mean forcing only, compared to those having a mean
and fluctuating one. Below, the simulations with the mean forcing only will be denoted as
the “mean” case, whereas those with the mean and fluctuating one will be denoted as the
“instantaneous” case.
Figure 5.18 shows the changes in the mean axial velocity profile when removing the
fluctuating force. We can see that the profile has a similar shape, but slightly shifted to lower
values. The extra shift between the “mean” and “instantaneous” cases corresponds more or
less to the contribution of the fluctuating force. We note that direction of the shift is not
understood at the moment. The differences between (i) smooth walls and the “mean” case,
and between (ii) smooth walls and the “instantaneous” case, are shown in table 5.2. It shows
that the contribution of the fluctuating force is roughly constant. For the two largest roughness
heights k, the extra shift compared to that obtained with the mean forcing only is small, and
we can conclude that the fluctuating force has only a small impact on the mean axial velocity
profile, approximately −20%, compared to the mean force, which amplitude is about 6 times
larger.
Figures 5.19 and 5.20 show the profiles of the velocity fluctuations in the “mean” and “instantaneous” cases. Overall, the differences between the two cases are small, demonstrating
that the fluctuating force has a small effect on the turbulence here. This conclusion can be
drawn as well from figure 5.21 and 5.22, showing the budget of the axial and radial Reynolds
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Table 5.2: Roughness function ∆U + for the ”mean” and “ instantaneous” case, for different roughness heights k at the largest forcing, and the difference between the two cases, as a percentage of the
+
+ )/∆U + .
roughness function for the “instantaneous” case, ∆ = 100 · (∆Uinst
− ∆Umean
inst.

“instantaneous”

“mean”

∆

10
20
30

1.95
3.44
3.88

2.50
4.11
4.47

-28.2
-19.5
-15.2
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Figure 5.18: Changes in the mean axial velocity profile between the “mean” and “instantaneous” cases,
for the “large” forcing at the three roughness heights k. The lines correspond to the “mean” case, the
lines with open symbols to the “instantaneous” case.
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Figure 5.19: Changes in the axial velocity fluctuations between the “mean” and “instantaneous” cases,
for the “large” forcing at the three roughness heights k. The lines correspond to the “mean” case, the
lines with open symbols to the “instantaneous” case.
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Figure 5.20: Changes in the cross-sectional velocity fluctuations between the “mean” and “instantaneous”cases, for the “large” forcing at the three roughness heights k. The lines correspond to the
“mean” case, the lines with open symbols to the “instantaneous” case.
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Figure 5.21: Budget of the axial Reynolds stress for the “mean” and “instantaneous” cases, with “large”
forcing and roughness height k equal to 20. The lines correspond to the “mean” case, and the lines with
open dots (open squares for the forcing term) to the “instantaneous” case.

stress, respectively. The differences in the transport terms between the “mean” and “instantaneous” case are very small. In the “mean” case, the forcing term FU is by definition equal
to zero, this difference compared to the “instantaneous” case is mostly accounted for by the
production term PR for y close to k, and by the viscous terms DS and VD for y close to the
wall.
The results presented here have important consequences for roughness modeling. Since,
for large roughness, (i) roughness can be well described by a mean forcing close to the wall,
and (ii) the effects of a fluctuating force on the turbulence dynamics are smaller than those
of a mean forcing, a priori, it should be possible to obtain accurate predictions for flows
over rough walls by including a mean forcing in the balance of mean axial momentum, and
by using a good turbulence model valid for smooth walls. A slight improvement would be
obtained by including a model for the modification of the turbulence dynamics due to the
fluctuating force, which is subject to current research in the area of particle-laden flows.
We note also that, in essence, the effect of a mean forcing is not very different from a wall
function, since the wall function fixes the mean axial velocity in the outer layer, and the mean
axial forcing imposes the behaviour of the mean axial velocity through the balance of mean
momentum in the axial direction.
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Figure 5.22: Budget of the radial Reynolds stress for the “mean” and ”instantaneous” cases, with “large”
forcing and roughness height k equal to 20. The lines correspond to the “mean” case, and the lines with
open dots (open squares for the forcing term) to the “instantaneous” case.

5.6

Conclusions

Despite the great importance of wall roughness for fluid transport in pipes, many fundamental questions on the roughness effects on a turbulent flow are unanswered. Therefore,
here, we aimed to study the effects of random wall roughness in a turbulent pipe flow using
direct numerical simulations. Random roughness is implemented in a simple and efficient
way by modeling it using a random distribution of fixed point-particles, which exert a drag
force on the flow.
We showed that such a random distribution of axial forcing promotes changes in the
flow which are very similar to roughness, according to experimental results of e.g. Flack et
al. (2005). For instance, the profiles of the mean axial velocity and the turbulent velocity
fluctuations in flows over rough walls are well recovered, showing that roughness effects can
be well modeled by a random distribution of fixed point-particles, and that the axial forcing,
and not continuity, are mainly contributing to “real” roughness effects.
The results of the simulations show important fundamental results on the effects of an
axial forcing, or roughness, on a turbulent wall-bounded flow. For instance, it appears that
the main effect of the axial forcing is to decrease locally, through its mean, the axial pressuregradient. This results in a large modification of the turbulence production, redistribution and
dissipation mechanisms close to the wall, however, their modulation in the outer layer is very
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small. It appears that the near-wall turbulent structures are not changed much by the axial
forcing, except their strength, and that their influence on the flow in the outer layer is small.
In the outer layer, the Reynolds stresses are not changed compared to a turbulent flow over a
smooth wall when non-dimensionalized by the pressure-gradient. This is in agreement with
the Reynolds number similarity hypothesis of Townsend (1976), and experimental results
of e.g. Flack et al. (2005). In the inner layer, the axial Reynolds stress and the Reynolds
shear-stress are modified due to the presence of roughness. However, in agreement with the
experiments of Flack et al. (2005), the cross-sectional Reynolds stresses are not changed.
Therefore, in the inner layer, the transport equations of the Reynolds stresses must be altered
by roughness. For instance, it appears that the production of the axial Reynolds stress is
the main decreasing term, and therefore the axial Reynolds stress, but that the redistribution
term of energy to the other directions is not changed at all by the forcing, which explains the
absence of changes for the cross-sectional Reynolds stresses.
Our present results are in agreement with a number of studies on the absence of the roughness effects in the outer layer, but do not always agree with other numerical and experimental
ones. In those studies, real but organized roughness structures, with a large blockage ratio,
are investigated, while in our case the forcing due to roughness is distributed randomly, like
real roughness in pipes. Therefore, the results might disagree due to continuity effects from
their large blockage, and to the possible interaction between turbulence and their organization
of the roughness structures.
It appears that the mean forcing of the point-particles promotes the largest turbulence
modulation, and that the impact of the fluctuating part of the forcing is relatively small.
This shows that the modification of the turbulence in the roughness layer is akin to a flow
with a variable mean axial pressure-gradient close to the wall. Therefore, in a ReynoldsAveraged Navier-Stokes formulation, roughness could be simply implemented using a variable pressure-gradient in the cross-section, instead of the wall function close to the wall.
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6. Particle-driven secondary flow in turbulent pipe flows

6.1

Introduction

Under certain conditions, a fully developed single-phase turbulent flow in a straight pipe
can show a secondary flow, which is a mean flow in the pipe cross-section, perpendicular
to the mean primary flow direction. For instance, as shown schematically in figure 6.1, a
secondary flow exists in a pipe with (i) a non-circular cross-section (see, e.g., Brundrett and
Baines, 1964, Hinze, 1973, Speziale, 1982, Demuren and Rodi, 1984) or with (ii) a circumferential variation in the wall roughness (see Darling and McManus, 1968, Hinze, 1973, Van’t
Westende et al., 2006). The occurrence of secondary flow in fully-developed straight pipes is
associated with the anisotropy in the Reynolds stress tensor in the cross-section of the pipe.
In the first case, the anisotropy is due to the non-circular geometry, whereas in the second
case it is produced by the non-uniform wall roughness.
The occurrence of secondary flow can have a large impact on the flow from a practical
point of view. In single-phase flow, secondary flow can increase the heat transfer from the
walls. In particle-laden flows, the secondary flow can influence the particle dispersion. For
example, Van’t Westende et al. (2006) simulated a horizontal circular pipe laden with particles and with wall roughness decreasing from the bottom to the top. They show that the
decrease of the particle concentration in the top of the cross-section due to gravity is slower
with the occurrence of secondary flow. They also show that, for absorbing walls, the occurrence of secondary flow increases the deposition of particles onto the wall. Secondary flow
is also of importance in other two-phase flows. In horizontal annular flow, the liquid flows
partly as a thin film along the wall and partly as droplets in the turbulent gas core. Due to
gravity the film is thicker and rougher in the bottom than in the top of the cross-section. The
secondary flow promoted by the varying roughness could be one of the mechanisms helping
to sustain the liquid film against gravity in the top of the cross-section.
In particle-laden turbulent pipe flows, the particles can promote large changes in the structure of the turbulence through the (drag) forcing they exert on the flow (see Li et al., 2001). In
a horizontal pipe flow, in which the particles are distributed non-uniformly due to gravity, the
forcing will lead to a non-uniform modification of the turbulence, and to an anisotropy in the
Reynolds stresses in the cross-section. Therefore, the non-uniform forcing can also promote
the occurrence of a secondary flow (see Belt et al., 2005).
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Figure 6.1: Secondary flow in the cross-section of a square pipe (left) and in the cross-section of a
horizontal circular pipe roughened at the bottom (right).

The turbulence modification can be due to (i) the momentum exchange between the particles and the fluid, acting locally around the particles, (ii) the disruption in the turbulence
dynamics itself, promoted by the presence of the particles and (iii) the global changes in the
mean axial velocity profile and in the shear-stress, that are required to compensate the drag
of the particles (see, e.g., Squires and Eaton, 1990, Boivin et al., 1998, or Li et al., 2001).
The first mechanism is a “direct” effect, associated with the local distortion of the flow field
around the particles, whereas the other two mechanisms are “indirect” effects, associated with
the global turbulence dynamics and the balance of momentum. For small particles, the local
distortion of the velocity field occurs at scales smaller than the turbulence and it does not
interact with the turbulence scales. However, through the forcing, the particles can promote
significant indirect changes in the turbulence. In turbulent flows laden with small particles, a
very small particle forcing can lead to large changes in the turbulence structure and Reynolds
stresses (see Li et al., 2001), indicating that a secondary flow could be driven by the particle
indirect effects, as, indeed, was found by Belt et al. (2005).
A forcing in the pipe cross-section due to the particles can also introduce a secondary
flow. This forcing can be due to, for example, gravitational and buoyancy forces, but it can
also have more subtle causes. For instance, using Eulerian-Lagrangian simulations, Huber
and Sommerfeld (1998) showed the existence of a secondary flow due to the forcing of the
particles in an uniformly rough horizontal pipe. According to Huber and Sommerfeld, the
roughness leads to a larger bouncing angle of the particles, and therefore to a transfer of
momentum by the particles from the axial to the wall-normal direction, which translates
into a mean forcing in the pipe cross-section. Due to the non-uniform particle distribution
promoted by gravity, this mean forcing is larger in the bottom than in the top of the crosssection, therefore inducing a secondary flow. However, this secondary flow is not caused
by the anisotropy in the Reynolds stresses (Huber and Sommerfeld used a k − ε turbulence
model, which is isotropic and unable to predict a secondary flow, see Speziale, 1982); it is
directly linked to the effect of the pipe roughness on the particle-bouncing, and, as shown by
Huber and Sommerfeld, is absent in the case of smooth walls. Another subtle mechanism that
leads to the existence of a mean forcing in the pipe cross-section is a particle non-linear drag.
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Due to the turbulence velocity fluctuations, this non-linear drag results in a mean forcing in
the pipe cross-section, even in the absence of secondary flow. In an horizontal pipe, due to
the non-uniform particle distribution promoted by gravity, this mean forcing is not uniform,
therefore inducing a secondary flow. However, it can be shown though an order of magnitude
analysis that this effect is very small when compared with the modification in the Reynolds
stresses due to particle forcing.
Here, we used direct numerical simulations to investigate the relation between the particle
forcing distribution, the indirect changes in the turbulence due to this forcing, and the occurrence of secondary flow. To obtain a better fundamental understanding of the mechanisms
involved, we consider only the forcing of the flow by particles, in a very simple well-defined
situation: a non-uniform distribution of fixed point-particles with linear (Stokes) drag. “Wake
effects” due to the size of the particles are not present, and, since we use linear drag, in the
absence of secondary flow, the mean forcing in the pipe cross-section is equal to zero. Therefore, the secondary flow can only be driven by the indirect turbulence modification promoted
by the particles.
First, we present the theory regarding the driving mechanisms for secondary flow in fullydeveloped turbulent flows in straight pipes, and we discuss the different explanations given
in literature about the source of secondary flow. Then, we explain how a mean particle forcing modifies the turbulence in the pipe cross-section, and how the turbulence modification
depends on the particle forcing location. In the next section, we formulate the idealized problem. After, we briefly explain the numerical method used in the simulations, and, finally, we
present the results. In the results section, we show the changes in the momentum balance
of the primary flow due to the drag of the particles, which strongly depend on the particle
forcing location, the resulting changes in the Reynolds stress tensor in the cross-section, and
their relation to the occurrence of secondary flow. Next, we clearly show that the anisotropy
of the Reynolds stresses in the cross-section is the source of our particle-driven secondary
flow, and that it could be used for a robust prediction. After, we investigate the impact of
the different terms in the Navier-Stokes equations in the cross-section on the secondary flow.
Finally, we show that the mean particle forcing mainly contributes to the turbulence modification, suggesting that the anisotropy of the Reynolds stresses in the cross-section, hence the
particle-driven secondary flow, could be predicted to first order from the existing single-phase
turbulence models, when including the mean forcing in the mean momentum balances.
6.2

Theory

We consider a general situation consisting of a fully-developed turbulent flow in a straight
pipe of arbitrary cross-section, in a statistically steady situation (see figure 6.2). Since, by
definition, the secondary flow is formed by the projection of the mean velocity field onto
~ >, into a
the pipe cross-section, it is convenient to decompose the mean velocity field, < U
~:
component parallel to the pipe cross-section, ~V , and a streamwise component, W
~ >≡ ~V + W
~ ;
<U

~V ≡ Vx~ex +Vy~ey ;

~ ≡ W~ez
W

(6.1)
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By definition, the field ~V is the secondary flow. Since we do not assume any particular
symmetry, we can have very general secondary flow patterns.
In literature, there exist essentially two approaches to analyze the secondary flow: (i)
using the Reynolds stresses in the cross-section, which appear in the averaged Navier-Stokes
equation for ~V , (ii) using a balance of turbulence kinetic energy (TKE), or of mean energy.
The first approach is more fundamental, since it does not make any assumptions, and it reveals
the anisotropy of the Reynolds stresses in the pipe cross-section as the driving mechanism for
the secondary flow. The second approach was used by Hinze (1973) and Gessner (1973), and
is based on the idea that the secondary flow would be responsible for enforcing the balance
of TKE (Hinze, 1973) or mean energy (Gessner, 1973). However, as we will see below, the
second approach can require some extra assumptions, which might not necessarily be true,
and they do not reveal the driving mechanism for secondary flow. Essentially, they are simply
an a posteriori confirmation that the energy budgets have to be balanced, and that secondary
flow has an impact on the primary flow.
Here, we will only briefly explain the second approach, and we will focus mainly on the
first approach. The theory we present is quite similar to the one presented by Speziale (1982).
However, we introduce some changes in order to clarify some issues regarding the necessary
and sufficient conditions for the existence of secondary flow, which are not clear in the article
of Speziale.
6.2.1

Reynolds stresses

Since we are considering a fully-developed flow, ~V is determined by the averaged continuity and Navier-Stokes equations in the cross-section of the pipe, i.e. ~V is determined by the
following 2D equations:
∇ · ~V = 0
(6.2)
D~V
ρ
(6.3)
= −∇P̄ + µ∇2~V + ∇ · τ̃
Dt
where ρ is the density, µ is the viscosity, ∇P̄ is the projection of the gradient of the mean
pressure onto the pipe cross-section, and τ̃ is the projection of the Reynolds stress tensor onto
the pipe cross-section. Note that these are 2D equations, and all vector and tensor operations/definitions are for a 2D field. From equation 6.3, it is clear that the driving mechanism
for the secondary flow is the divergence of τ̃. Decomposing τ̃ into an isotropic part, τ̃i , and a
deviatoric part, τ̃d , and substituting into equation 6.3, we get:
D~V
τt
= −∇(P̄ − ) + µ∇2~V + ∇ · τ̃d
(6.4)
Dt
2
where τt is the trace of τ̃. By applying the curl to either equation 6.3 or equation 6.4 we obtain
the transport equation for the vorticity of ~V , ω (note that since ~V is a 2D field, ω is a scalar):
ρ

ρ

Dω
Dt

= µ∇2 ω + ∇ × (∇ · τ̃)

(6.5)
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Figure 6.2: Fully-developed turbulent flow in a straight pipe of arbitrary cross-section.

The secondary flow velocity, ~V , can be obtained from the axial vorticity, ω, using the generalized Helmholtz decomposition for an incompressible fluid in two dimensions (with the
no-slip condition for ~V at the wall):
~V (~x1 )

=

1
2π

Z

A

~r (~x1 ,~x2 )
× ω (~x2 )~ez dA (~x2 )
r2 (~x1 ,~x2 )

(6.6)

where A is the area of the cross-section, ~x1 and ~x2 position vectors in the cross-section, and
~r (~x1 ,~x2 ) the distance vector between x1 and x2 (i.e. ~r (~x1 ,~x2 ) = ~x2 −~x1 ). From equation 6.5,
it is clear that ∇ × (∇ · τ̃) is the source term for ω, and it follows immediately that a necessary
and sufficient condition for the existence of secondary flow is:
∇ × (∇ · τ̃)

6= 0

(6.7)

Condition 6.7 can be written in Cartesian tensor notation as:
εi j

∂2 τ jk
∂`i ∂`k

6= 0

(6.8)

Note that since we are dealing with 2D fields, the summation convention is from 1 to 2, and ε i j
is the 2D permutation symbol: ε12 = −ε21 = 1, ε11 = ε22 = 0. From the above condition, it is
clear that condition 6.7 is a condition on the anisotropy of the gradients of the Reynolds stress
tensor, and not on the anisotropy of the Reynolds stress tensor itself. Since ∇ × (∇ · τ̃i ) = 0,
the anisotropy of the Reynolds stress tensor is a necessary condition for the existence of
secondary flow. However, it is not a sufficient condition, as it was claimed erroneously by
Speziale. For example, obviously, by symmetry, there does not exist secondary flow in a 2D
channel and in a circular pipe without any forcing or variable roughness, however, in both
cases the Reynolds stress tensor, τ̃, is not isotropic. Clearly, due to the symmetry involved,
in both cases ∇ × (∇ · τ̃) = 0, which is the necessary and sufficient condition for the nonexistence of secondary flow.
In the prediction and modeling of the secondary flow, ~V , the divergence of the Reynolds
stress tensor in the cross-section, ∇ · τ̃, is required, since it is clear from the averaged continuity and Navier-Stokes equations in the cross-section that it is the driving force of secondary
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Figure 6.3: Vorticity as a source of secondary flow in a corner of a squared pipe.

flow. However, the prediction/modeling of ~V using equations 6.2 and 6.3 also requires the
mean pressure-gradient in the cross-section, −∇P̄, which behaviour is not known a priori.
The mean pressure is solution of the Poisson equation, hence, it depends on the mean flow
in the entire cross-section, which makes the non-local modeling of −∇P̄ complicated. A further complication is that the secondary flow is a global effect resulting from the combination
of two driving forces, (∇ · τ̃)x and (∇ · τ̃)y . As an alternative, the transport equation of the
mean axial vorticity, ω, can provide a simpler prediction for ~V . The transport equation of ω
involves only a scalar, and it is a diffusion equation with a source term, ∇ × (∇ · τ̃). Therefore, a locality will exist to first order between the vorticity, ω, and its source, ∇ × (∇ · τ̃).
From the predicted mean axial vorticity field, the secondary flow can be easily computed
using the generalized Helmholtz decomposition, i.e. it is the integral effect of the local mean
axial vorticity, which acts as a source of flow in the cross-section (see figure 6.3). From this
discussion, it is clear that the prediction/modeling of the secondary flow requires to compute
∇ × (∇ · τ̃) only from the 2D field of the Reynolds stress tensor in the cross-section, τ̃.
In the discussion above, we did not consider any forcing of the flow, for example by
particles. If a forcing is added, then equations 6.3 and 6.5 become:
D~V
Dt
Dω
ρ
Dt

ρ

= −∇P̄ + µ∇2~V + ∇ · τ̃ + ~Φ
= µ∇2 ω + ∇ × (∇ · τ̃) + ∇ × ~Φ

(6.9)
(6.10)

where ~Φ is the projection of the average forcing per unit of volume onto the pipe crosssection:
~ > −F̄z~ez ;
~Φ ≡< F

~ > ·~ez
F̄z ≡< F

(6.11)

In a horizontal particle-laden flow, the forcing in the pipe cross-section, ~Φ, can be due to the
gravitational and buoyancy forces by the particles. Non-linear drag by the particles also leads
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to a forcing in the cross-section, even in the absence of secondary flow. Due to the turbulence
velocity fluctuations, the non-linear drag has a component proportional to the Reynolds shearstresses τxz and τyz in the x and y directions, respectively.
In order to analyze the relation between the forcing and the existence of secondary flow,
it is convenient to decompose ~Φ into two parts: one independent of the secondary flow, ~Φo ,
and one dependent of the secondary flow, ~Φv , i.e., we define:
~Φv ≡ ~Φ − ~Φo ;

~Φo ≡ ~Φ(~V = 0)

(6.12)

From equations 6.9 and 6.10, it is clear that ~Φo and ∇ · τ̃ are the driving mechanisms for the
secondary flow, and the necessary and sufficient condition for the existence of secondary flow
becomes:
∇ × (∇ · τ̃) + ∇ × ~Φo

6= 0

(6.13)

In turbulent flows, it is possible to have a large forcing with zero ~Φo . For example, if the
forcing is proportional to the fluid velocity, which would be the case for a fixed distribution
of particles with linear drag. If ~Φo is equal to zero, then condition 6.7 remains the necessary
and sufficient condition for the existence of secondary flow. In the case of moving particles
and/or non-linear drag, ~Φo is not necessarily equal to zero, and, in principle, this can induce
a secondary flow. However, in particle-laden flows, a small particle forcing can lead to large
changes in the turbulence structure and Reynolds stresses (see Li et al., 2001). Therefore,
it is reasonable to expect that the effect of the particles on the formation of secondary flow
occurs mostly through the changes it promotes in the Reynolds stresses.
From the discussion above, it is clear that, if ~Φo is negligible: (i) the existence of secondary flow involves conditions on the anisotropy of the gradients of the Reynolds stress
tensor τ̃, and (ii) the driving force for the secondary flow is the divergence of τ̃. We will use
this approach in the analysis of our results.
6.2.2

Turbulence Kinetic Energy

The explanation of the secondary flow based on the balance of energy will be made below
for the turbulence kinetic energy only (i.e. the approach used by Hinze, 1973). However, the
same considerations could me made for the balance of mean energy, on which the explanation
by Gessner (1973) was based, or of any quantity defining the primary flow.
The transport equation for the turbulence kinetic energy can be expressed symbolically
as:
Dk
= Pk − ε + T k
(6.14)
Dt
where k is the turbulence kinetic energy, Pk the production, ε the dissipation and Tk the
turbulent diffusion transport of TKE (see e.g. Li et al., 2001). In a statistically-steady fullydeveloped flow, Dk/Dt = ∇k · ~V , and equation 6.14 becomes:
∇k · ~V

=

Pk − ε + T k

(6.15)
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From equation 6.15, it is clear that a necessary and sufficient condition for the existence of
secondary flow is:

Pk − ε + Tk 6= 0

(6.16)

Hinze (1973) made measurements in a rectangular pipe with variable roughness and
showed that Tk was very small. Therefore, he argued that the secondary flow was induced
by the difference between the production and dissipation of TKE. However, this explanation
requires the extra assumption of negligible Tk , which is not necessarily true. For example, in
a 2D turbulent channel flow, by symmetry there does not exist secondary flow, and T k is exactly equal to the difference between the production and dissipation of TKE. Therefore, there
is no need of a secondary flow in order to balance the difference between the production and
dissipation of TKE. Furthermore, this approach does not reveal the driving mechanism for
the secondary flow, and it is of limited predictive value, since it requires the knowledge of
the local dissipation, which is rather difficult to predict/compute accurately. Even in the case
that the production, dissipation and transport of TKE can be predicted accurately, an extra
equation is needed, since the convective term ∇k · ~V in the scalar equation 6.15 involves two
unknowns, the TKE and the secondary flow velocity. Finally, it is questionable if a reliable
estimate for the secondary flow velocity, ~V , can be anyhow obtained from equation 6.15,
since the prediction of ~V from that equation assumes an impact of the secondary flow on the
primary flow, while the secondary flow is a secondary effect made by the primary flow. Since
the convection term is small in amplitude compared to the other terms of equation 6.15, a
small error in the prediction of the production, dissipation and transport of TKE can lead to a
large error in the secondary flow velocity, ~V .
As discussed above for the Reynolds stresses, if a forcing is included, than the extra
production and dissipation due to the forcing needs to be included in the equations above.
In particle-laden flows the transport equation for the TKE includes an extra source/sink term
due to the direct interaction of the particles with the fluid:
Dk
Dt

=

Pk − ε + T k − ε p

(6.17)

where ε p denotes the extra source/sink due to the direct interaction of the particles with
the surrounding fluid (Bijlaard et al., 2002). However, even though the changes promoted
by the particles in the TKE and Reynolds stresses can be quite large, the value of ε p is
quite small, and can be usually neglected (Bijlard et al., 2002). Therefore, in principle,
equation 6.15 (with the possible inclusion of ε p , if needed) could be used to predict the
secondary flow, provided one would know how to predict the indirect particle effects on P k ,
ε and Tk . However, these indirect effects, which are due to the disruption that the particles
promote in the turbulence dynamics and in the momentum balance, are rather difficult to
predict (Bijlard et al., 2002). Here, we will not pursue this approach.

6.3. Turbulence modification by a particle forcing
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Turbulence modification by a particle forcing

In this section, we will explain the different mechanisms of turbulence modification by
a mean particle forcing, and, associated to the different mechanisms, we will present in next
section the different cases which will be simulated by direct numerical simulation.
In an actual particle-laden turbulent pipe flow, the particles acquire net momentum from
the fluid due to the momentum loss by the particle-particle and particle-wall inelastic collisions, and the forcing they exert on the flow has a non-zero mean and fluctuating component.
Also more subtle effects can lead to the occurrence of a mean axial forcing, even for elastic particle-particle and particle-wall collisions, e.g. the non-perfect correlation between the
particle and fluid path leads to the occurrence of a (mean) drift force (see, e.g., Viollet and
Simonin, 1994). The turbulent flow promotes the dispersion of the particles, which interaction with the secondary flow is not known a priori. Furthermore, for freely-moving particles,
a forcing in the cross-section , ~Φo , can occur, e.g. due to the gravitational force, and it can induce a secondary flow. Therefore, in order to gain a better fundamental understanding of the
mechanisms involved, we considered a simple well-defined situation, in which the particles
are kept at fixed positions in a non-uniform distribution, i.e. we have no particle dispersion.
The forcing of the flow by fixed particles is made of a non-zero mean and fluctuating component in the streamwise direction. We enforced the forcing in the cross-section ~Φo to be
exactly equal to zero by considering linear (Stokes) drag on the fixed particles. Finally, we
used different particle distributions to analyze the influence of the particle forcing location on
secondary flow, in accordance with the explanation below.
In the last section of the results, we will show that the turbulence modification is mainly
due to the impact of the mean forcing on the mean momentum balance and on the production
of turbulence, and that the disruption in the turbulence dynamics by the fluctuating force is
small. Due to the momentum balance in the axial direction, the mean axial particle forcing
interacts with the primary flow, i.e. the mean axial velocity and the total shear-stress. This
modification of the mean primary flow results in a change of the turbulence production in
the axial direction, which, in turn, leads to a change in the turbulence in the cross-section
by redistribution of the axial turbulence. Therefore, to understand the modification of the
Reynolds stresses in the cross-section, which are the source of secondary flow, we must first
consider the balance of mean axial momentum:
~V · ∇W

= −∇P̄z + F̄z + (∇ · τ)z

(6.18)

where the first term is the net axial momentum convected by secondary flow, the second
term the mean axial pressure-gradient, the third term the mean particle forcing in the axial
direction and the fourth term the total shear-stress gradient (made of the Reynolds and viscous
shear-stress gradient).
For fully-developed flow, the mean axial pressure-gradient is constant over the crosssection, hence, the mean axial particle forcing must be compensated by the total shear-stress
gradient, or by the convection of axial momentum by secondary flow. In the theory, we
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Figure 6.4: Impact of a non-uniform particle forcing close to the wall on the mean flow.

explained that secondary flow is driven by the anisotropy of the Reynolds stresses in the
cross-section, which is promoted by the non-uniform changes in the Reynolds and viscous
shear-stress gradient. Hence, the mean axial particle forcing must be compensated at least
partly by changes in the total shear-stress gradient. In turn, the convection of axial momentum
by secondary flow is the consequence of the changes in the total shear-stress gradient. In the
results, we will show that the impact of the particle forcing on the flow is mainly local (except
the secondary flow), i.e. the flow dynamics far from the particle forcing are not affected by
the dynamics around the particles. This can be related to Townsend’s Reynolds number
similarity hypothesis for rough walls (see Townsend, 1976), which states that the flow far
from the roughness elements is not affected by the forcing due to the roughness elements.
Therefore, to first order, the changes in the total shear-stress gradient will be determined
locally by the mean axial particle forcing.
The particle forcing can be compensated locally either by the viscous or by the Reynolds
shear-stress gradient, depending on the particle forcing location. Therefore, two particle
distributions will be discussed below. In the first distribution, the particles are located nonuniformly close to the wall, which will be referred to as the “roughness” distribution. In the
second distribition, the particles are located non-uniformly far from the wall, which will be
denoted as the “blockage” distribution.
Prior to the results on secondary flow obtained with a non-uniform particle distribution,
we present the results from direct numerical simulations of a turbulent pipe flow with fixed
particles located randomly close to the wall, but uniformly in the circumferential direction.
These simulations, which are easier to analyze due to symmetry, clearly show that the particle
forcing has a local impact, and the flow far from the wall in the outer layer is unaffected,
similar to random roughness. This is in good agreement with Townsend’s Reynolds number
similarity hypothesis. Therefore, in the outer layer, the Reynolds shear-stress is entirely
determined by the mean axial pressure-gradient and behaves as in a pipe with “smooth”
walls. Close to the wall, where the particle forcing is located, the Reynolds shear-stress must
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decrease to zero, and the effect of the particle forcing is mainly balanced by the viscous
shear-stress.
This result can now be used to explain the turbulence modification with particle distributed randomly close to the wall, but with a circumferential variation in the particle concentration (see figure 6.4). In order to focus on first order effects of the turbulence modification only, without the possible effect of secondary flow, we restrict the explanation to channel
flow with the bottom wall “rougher” than at the top, since in a channel a secondary flow cannot occur by construction. The particle forcing, which is larger at the bottom wall, offers a
larger blockage to the flow in the bottom. To first order, we can assume that the flow blockage is mainly balanced by a decrease of the viscous shear-stress gradient, the particle forcing
being a reactive force, and the Reynolds shear-stress gradients remain unaffected. Therefore,
for a constant mean axial pressure-gradient over the cross-section, the mean axial velocity
velocity is lower close to the bottom than close to the top. In the outer layer, the behaviour of
the mean axial velocity profile is unchanged by the particle forcing, and the maximum mean
axial velocity is shifted to the top. Using the Boussinesq approximation for the Reynolds
shear-stress, which in pipe flows usually works quite well, the total shear-stress is equal to
zero in the top of the channel, where the mean axial velocity is maximum. Since, in the outer
layer, the gradient of the total shear-stress is fixed by the mean axial pressure-gradient, the total shear-stress, almost equal to the Reynolds shear-stress in the outer layer, will be higher in
the bottom of the channel compared to the top at equal distance from the wall (see figure 6.4).
The higher Reynolds shear-stress in the bottom can only be obtained by a higher turbulence
production in the bottom. Therefore, to first order, the Reynolds stresses in the cross-section
(by redistribution of the axial turbulence) will be larger in the bottom than in the top. This
will be referred to below as the “roughness” effect.
For particles located non-uniformly in the bottom far from the wall, opposite effects on the
Reynolds stresses in the cross-section can be observed. Again, the explanation is restricted to
channel flow, in order to isolate the first order effects of the turbulence modification. In the
outer layer, the total shear-stress is mostly equal to the Reynolds shear-stress. Hence, from
the balance of momentum in the axial direction, the mean particle forcing must be balanced
by a decrease in the total, here, Reynolds shear-stress gradient. Since the particle forcing
has no influence on the turbulence dynamics far from the particle forcing region, close to the
wall, the turbulence behaves autonomously with the only constraint to match the Reynolds
shear-stress gradient far from the wall. Therefore, the Reynolds shear-stress is lower in the
bottom than in the top of the cross-section. Furthermore, close to the wall, the total shearstress gradient is also lower in the bottom than in the top, since it must match that far from
the wall. As a result, close to the wall, the viscous shear-stress, that mainly contributes to
the total shear-stress there, must decrease, and the mean axial velocity is lower in the bottom
than in the top. The reduction of the mean axial velocity gradient and the Reynolds shearstress in the bottom results in a smaller production of turbulence in the bottom, which, in
turn, leads to smaller Reynolds stresses in the cross-section. This effect will be referred to as
the “blockage” effect.
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The divergence of the Reynolds stresses in the cross-section, ∇ · τ̃, is the driving force
of secondary flow. Therefore, ∇ · τ̃ can be used to predict the secondary flow direction. For
a pipe, in cylindrical coordinates, the divergence of the Reynolds stresses in the radial and
circumferential directions is expressed, respectively, as:
(∇ · τ̃)r

=

(∇ · τ̃)θ

=

∂τrr 1 ∂τrθ τrr − τθθ
+
+
∂r
r ∂θ
r
1 ∂τθθ ∂τrθ 2τrθ
+
+
r ∂θ
∂r
r

(6.19)
(6.20)

where:
τθθ ≡ −ρ uθ uθ ;

τrr ≡ −ρ ur ur ;

τrθ ≡ −ρ ur uθ

(6.21)

In the results, it will be shown that the gradients of the Reynolds shear-stress in the crosssection τrθ are much smaller than the gradients of the normal Reynolds stresses in the crosssection τrr and τθθ . Apparently, the particle forcing does not have a large effect on the
Reynolds shear-stress in the cross-section (in single-phase flow in circular pipes, the Reynolds
shear-stress in the cross-section is equal to zero). We note that this is different from singlephase flow in square pipes, where the Reynolds shear-stress in the cross-section is not equal
to zero, and where it can play a significant role in determining the secondary flow (see, e.g.,
Demuren and Rodi, 1984). Therefore, in particle-laden pipe-flows of circular cross-section,
the patterns of the normal Reynolds stresses in the radial and circumferential directions determine the direction of secondary flow. Since the “blockage” and “roughness” effects have
opposite effects on the Reynolds stresses in the cross-section, the secondary flow promoted
by the two effects have an opposite direction.
6.4

Particle distributions

We considered in the simulations very simple and well defined test cases: a non-uniform
distribution of point-particles kept at fixed positions. The particle distributions are chosen
such that they are able to show the two types of turbulence modification by a mean particle
forcing, i.e. the “blockage” and “roughness” effects. The different distributions of fixed
particles can mimic different aspects of an actual particle-laden turbulent pipe flow, although
it is a very simplified representation of it with only its “mean” particle distribution.
In the “roughness” distribution (see figure 6.5), the point-particles are randomly distributed close to the wall (within 20 wall-units, based on the mean axial pressure-gradient),
with a linear variation with respect to the y axis to produce the anisotropy in the gradients of
the Reynolds stresses. A similar particle forcing distribution could be obtained in an actual
pipe with a circumferential variation of wall roughness, or in a horizontal particle-laden turbulent pipe flow governed by gravity and turbophoresis. Next to the roughness distribution
with a circumferential variation of the particle concentration, we also performed direct numerical simulations with “uniform roughness”, where the particles are randomly distributed
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within 20 wall-units, without the linear decrease in the y axis. For the uniform roughness
cases, because of symmetry, no secondary flow can be obtained. However, the simulations
clearly support the explanation of the “roughness” effect given above.
In the “blockage” distribution (see figure 6.5), the point-particles are randomly distributed
over the entire cross-section. The particle concentration is maximum on the vertical axis at
a radius equal to −0.3, and decreases to zero at the closest wall within a Gaussian function.
This particle forcing distribution could mimic a spray of droplets in the lower part of the pipe.
“Roughness” and “blockage” have opposite effects on the turbulence production, hence,
on the cross-sectional Reynolds stresses by redistribution of the axial turbulence. Therefore,
a different secondary flow pattern is expected for the two distributions. In the results, we will
show that, indeed, the secondary flow has the opposite direction in the two cases. In an actual
particle-laden flow, both the roughness and blockage mechanisms can be present. Therefore,
we performed a “combined” simulation, in which the roughness and blockage distributions
are combined. The particle distribution for the “combined” case is shown in figure 6.5. The
simulation with the “combined” case will show the influence of both mechanisms on the
occurrence of secondary flow, and present the transition between the two patterns obtained
with the “roughness” and “blockage” distributions.
The simulations are performed by keeping constant the friction Reynolds number Re ∇ =
u∇ D/ν, based on the mean axial pressure gradient (the driving force in the simulations), the
pipe diameter D and the kinematic viscosity of the fluid ν. In the present simulations, the
friction Reynolds number Re∇ is equal to 360, which corresponds to a bulk Reynolds number
ReB of 5300 when no particles are inserted . The friction velocity u∇ is defined as:
u∇

≡



∇P̄z D
ρ 4

0.5

(6.22)

Without particle forcing, the friction velocity u∇ is equal to the wall shear velocity uτ . With
particle forcing, the mean axial pressure gradient must balance the average shear-stress at the
wall and the average particle forcing over the pipe-volume < F̄z >. Therefore, the average
particle forcing in the axial direction is given by:
< F̄z >
ρu2∇ 4/D

= 1−



uτ
u∇

2

(6.23)

We use linear drag for the particle forcing to avoid any direct forcing ~Φo in the crosssection. For the use of linear drag to be justified, the particle Reynolds number Re p must be
small. Since the particles are fixed, the value of Re p is set by the particle diameter d and the
fluid velocity. For a friction Reynolds number Re∇ of 360, the maximum particle diameter
normalized with the pipe diameter D is about 2 · 10−5 in order to have Re p  1. In the
simulations, the particle diameters are equal to 2 · 10−5 and 1 · 10−5 when normalized with D.
The choice of the number of particles is made based on the desired ratio R∇P of the pressuregradient due to the fixed particles to the total axial pressure-gradient. Using equation 6.22,
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Figure 6.5: Particle distributions in the roughness, the blockage and the combined cases (from left to
right).
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and the bulk velocity to estimate the Stokes drag on the particles, the total number of particles
N p in a computational domain of length L is given by:
Np ≈

R∇P Re2∇ L
3 Re p D

(6.24)

where Re p is the particle Reynolds number based on the bulk velocity in the pipe. For a
computational domain with L = 5 · D (our case) and for Re p = 0.1, a pressure gradient due to
the particles of half the total axial pressure gradient corresponds roughly to N p = 106 , which
is the number of particles used in this study.
6.5

DNS simulations

We use direct numerical simulations (DNS) with the standard point-particle approach to
take into account the particle forcing.
In the point-particle approach, the volume occupied by the particles is assumed to be
very small, and the influence of the particles on the continuity equation is neglected. The
particles influence the continuous phase through an exchange of momentum. The continuity
and Navier-Stokes for the continuous phase become:
~
∇ ·U
ρ{

~
∂U
~ · U}
~
+ (∇U)
∂t

= 0

(6.25)

~
~ +F
= −∇P + µ∇2U

(6.26)

~ , represents the force per unit of volume
The extra term in the Navier-Stokes equation, F
due to the particles:
~ (~r) = −
F

k=N p

∑

n=1

~Fp,n δ(~r − ~Pn )

(6.27)

where ~Fp,n is the force acting on the particle n, at the position ~Pn , and δ(~r − ~Pn ) is a Dirac
delta-function; i.e., the force of a particle on the fluid is considered applied at the point where
the center of the particle is located. In the present case, the particles are kept fixed and we
consider only Stokes drag, therefore the force acting on each particle is given by:
~Fp

~p
= 3π µ d U

(6.28)

~ p is the velocity of the fluid at the particle position.
where U
The Navier-Stokes equations are discretized using a second-order accurate finite-volume
method on a staggered grid. In the streamwise and circumferential directions, we use an
uniform grid spacing, with Nz = 128 and Nθ = 128 (the length of the computational domain
is equal to five pipe diameters). In the radial direction, we use a non-uniform grid (Nr = 64)
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with an hyperbolic tangent stretching: the smallest spacing is at the wall (∆r + ≈ 1.3), and
the largest is at the center (∆r + ≈ 4). The average value of the Kolmogorov length scale, Lk ,
can be estimated using the average dissipation rate of the turbulence kinetic energy, and gives
Lk+ ≈ 1.6.
The flow is driven by a pressure gradient imposed along the streamwise direction. Noslip conditions are applied at the pipe wall, and periodic boundary conditions are used in the
streamwise and circumferential directions.
The continuous phase is solved using a standard two-step predictor-corrector solver for
~ is calculated (using the fluid
single-phase incompressible flows. In the predictor step, F
velocity from the previous time-step), and a provisional fluid velocity is obtained, without
enforcing the continuity equation. In the corrector step, the continuity equation is enforced
by means of a Poisson equation for the pressure. The Poisson equation is solved applying
a Fourier transform in the two periodic directions, and solving tridiagonal matrices for the
remaining direction. The time step is determined by the Courant stability criteria, and is
much smaller than the Kolmogorov time scale. More details of the numerical procedure can
be found in Portela et al. (1998, 2002, 2003) and Eggels (1994).
We performed two preliminary tests: (i) without particles (single-phase flow), and (ii)
with a uniform random distribution of particles. In both cases, we verified the non-existence
of secondary flow. The simulations are started without particles. After a steady-state is
reached, the particles are introduced in the flow at their fixed position. Once the statistically
steady-state with particle forcing is reached, the statistical results were obtained by averaging
over the axial direction and ensemble-averaging over a number of uncorrelated flow fields.
For the “uniform roughness” case, the fields are also averaged over the homogeneous circumferential direction. In the results presented here, enough uncorrelated flow fields were
used in order to get correct statistical results, with the required symmetry properties with
respect to the y axis of the pipe cross-section. The coordinate system used in the presentation of the results is shown in figure 6.2. Unless otherwise stated, all the results were made
non-dimensional using ρ, u∇ , and D.
6.6

“Roughness” effect

To support the explanation given above on the turbulence modification promoted by a
random particle forcing close to the wall, which is similar to “roughness”, we performed DNS
simulations of a turbulent pipe flow with fixed point-particles distributed randomly between
0 and 20 wall-units (based on the friction Reynolds number Re∇ and the kinematic viscosity
ν). Since for the simulations shown in this section, the particle concentration close to the
wall is uniform in the circumferential direction, the geometry is axisymmetric and secondary
flow does not occur. The simulations are performed with two different particle Reynolds
numbers, Re p , to study the influence of the back-forcing amplitude on the flow. The “small”
and “large” particle forcing are equal to 0.207 and 0.344, respectively, when normalized
by ρu2∇ 4/D. Note that the distance from the wall in inner variables scale linearly with the
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Figure 6.6: Mean axial velocity profile for a random particle forcing close to the wall without variation
in the circumferential direction.

distance in outer variables, with the same scaling in all cases, since the mean axial pressuregradient is maintained constant.
The mean axial velocity profile obtained with “uniform roughness” is shown in figure
6.6. The profile shows a logarithmic behaviour between roughly 40 and 110 wall-units, and
it is shifted to lower values compared to that obtained with a “smooth” wall (i.e. no particle forcing), conform to the velocity distribution in a rough pipe (see Schlichting, 1979).
From the shift in the mean axial velocity profile, we can determine the sand-grain roughness
kS+ , which is equal to 7.7 and 12.5 for the “small” and “large” forcing, respectively. In the
determination of kS+ , the log-law intercept for rough walls is set equal to 8.5, which is the
value for fully rough pipes at high Reynolds number. The smooth wall log-law intercept and
the Von Karman constant are obtained from the best-fit of the mean axial velocity profile for
the “smooth” walls between 40 and 110 wall-units (since they differ slightly from the usual
values due to the low Reynolds number, see, e.g., Eggels et al., 1994).
The profile of the axial rms velocity fluctuations w are shown in figure 6.7 for the “smooth”
wall and for “uniform roughness”. We can see that in the outer layer the profiles perfectly
match each other, also with the profile for smooth walls. However, in the inner layer, the particle forcing promotes a decrease in w, the decrease being larger for a larger forcing. These
results are similar to those obtained experimentally by Flack et al. (2005) on sand-grain
and woven mesh roughness. The profiles of the cross-sectional rms velocity fluctuations are
shown in figure 6.8. The cross-sectional rms velocity fluctuations, especially the radial one,

PSfrag replacements

162

Chapter 6. Particle-driven secondary flow in turbulent pipe flows

3
smooth
2.5

small
large

w

2
1.5
1
0.5

PSfrag replacements

0

0

30

60

90
`+

120

150

180

Figure 6.7: Profile of the axial rms velocity fluctuations for a random particle forcing close to the wall
without variation in the circumferential direction.
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Figure 6.8: Profile of the rms velocity fluctuations in the cross-section for a random particle forcing
close to the wall without variation in the circumferential direction.
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Figure 6.9: Profile of the Reynolds, viscous and total shear-stress τ R , τV and τT for a random particle
forcing close to the wall without variation in the circumferential direction. The lines without symbols
correspond to the total shear-stress τT , the lines with the squares to the Reynolds shear-stress τR and
the lines with the circles to the viscous shear-stress τV .

barely change in both the inner and outer layer compared to the smooth wall. In Flack et
al. (2005) also, no discernable changes in the normal velocity fluctuations are measured between the rough and smooth wall over the entire boundary layer. Here we can note that the
presence of the particle forcing disrupt locally the redistribution of the turbulence, since the
axial velocity fluctuations are decreased in the inner layer, whereas the cross-sectional velocity fluctuations are almost constant. Therefore, we have to keep in mind that the resemblance
between the cross-sectional and axial velocity fluctuations (or TKE) exists only at the first
order of approximation.
The profiles of the Reynolds, viscous and total shear-stress τR , τV and τT are shown in
figure 6.9. Due to the axisymmetric geometry, the shear-stresses must be equal to zero in
the center, which is indeed the case. Therefore, in the region outside of the roughness, the
momentum balance in the axial direction enforces the total shear-stress to increase linearly
from the center to the wall with a slope equal to 2, which is also the case, in order to balance
the mean axial pressure-gradient. In the particle forcing region close to the wall, the mean
axial pressure-gradient must balance next to the shear-stress gradient also the particle forcing:
−

dP
dτT
− F (y) +
dz
d`

= 0

(6.29)

Therefore, in the particle forcing region, the gradient of the total shear-stress must decrease
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compared to the region outside of the particle forcing region, and become eventually negative
in the case the forcing F is locally larger than the mean axial pressure-gradient, −dP/dz.
Hence, the wall-shear stress, which is based only on the viscous friction at the wall, will be
lower than one when normalized by the friction velocity u∇ . However, this does not mean that
the total friction with point-particles close to the wall is lower than with a smooth wall. On the
opposite, with the particle forcing, the total friction is made of the viscous stress at the wall
and of the drag force due to the point-particles, which both promote a shift in the mean axial
velocity to lower values, i.e. a lower bulk velocity, while the mean axial pressure-gradient
is maintained constant in the simulations. Therefore, the total friction is naturally increased
due to the balance of momentum with the configuration in the simulations. Very close to
the wall, where the velocity and the forcing are small, the gradient dτT /d` is negative as in
single-phase flow. However, further from wall, the forcing is larger than the pressure-gradient
and the gradient dτT /d` changes of sign. We note that, although the forcing is locally larger
than the axial pressure-gradient, the mean axial velocity does not reverse of sign, since the
viscous shear-stress does not reverse of sign. In the outer layer, the viscous forces are smaller
than the inertial ones, and the total shear-stress is contributed mainly by the Reynolds shearstress. Since, in the outer layer, and more precisely, the region outside of the particle forcing
region, the total shear-stress behaves as with smooth walls when normalized by the friction
velocity u∇ , the Reynolds shear-stress becomes independent of the near-wall dynamics (with
the particle forcing), as suggested by Townsend (1976). The very good collapse between
the different profiles of the Reynolds shear-stress in the outer layer suggests even that the
communication between the inner and outer layer is not relevant for the behaviour in the outer
layer. Close to the particle forcing region, the Reynolds shear-stress must decrease from a
large value to zero at the wall. Therefore, inside the particle forcing region, where viscous
effects become important, the viscous shear-stress mostly adapt to enforce the balance of
axial momentum. For ` larger than roughly 40 wall-units, the profiles of the viscous stresses
become equal in all cases. The identical viscous shear-stress profiles confirms the logarithmic
behaviour of the mean axial velocity with the particle forcing close to the wall, with the value
of the shift depending only on the behaviour of the viscous shear-stress inside the particle
forcing region.
From the discussion above, we can conclude that (i) a random particle forcing distribution
close to the wall promotes a turbulence modification similar to that observed in pipes with
random roughness, and (ii) the particle forcing close to the wall is mainly balanced by the
viscous shear-stress (and not by the Reynolds shear-stress). The results show that the turbulence modification can be explained by the mean component of the particle forcing. It will
be shown below that indeed the mean particle forcing in the axial direction determines the
changes in the turbulence, and the resulting secondary flow (for non-uniform point-particle
distributions). That observation could be important for the modeling of secondary flow. Finally, the results presented above support the “roughness” effect of a particle forcing close to
the wall on turbulence, which was explained in section 3.
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Figure 6.10: Norm and streamlines of the secondary flow for the “roughness” case (left) and for the
“blockage” case (right). The norm is in percentage of the bulk velocity.

6.7
6.7.1

Particle-driven secondary flow
Secondary flow

The streamlines and norm of the secondary flow are shown in figure 6.10 for the “roughness” and ”blockage” case. The secondary flow observed in both cases is quite significant:
the maximum velocity is equal to roughly 1.7% and 2.7% of the bulk velocity for the “roughness” and “blockage” case, respectively. A secondary flow with such an magnitude can have
a large impact on e.g. the particle dispersion in particle-laden flows (see Van’t Westende et
al., 2006). In both cases, the secondary flow consists of symmetric cells with respect to the
y axis. For the “roughness” case, the flow is downward along the y axis and upward along
the wall, with a pattern similar to that found experimentally by Darling and McManus (1968)
in a pipe with varying roughness. For the “blockage” case, the direction is the opposite, i.e.
it flows downward along the wall and upward along the y axis. The presence of at least two
cells is explained by symmetry, since the mean circumferential velocity on the y axis must be
zero.
We explained above the turbulence modification by the interaction of the mean axial particle forcing with the balance of axial momentum. The contours of the mean axial particle
forcing are shown in figure 6.11, in which we can see that it is non-uniform. It is concentrated
close to the wall in the “roughness” case, and far from the wall in the “blockage” case. The
maximum mean particle forcing is for both cases in the bottom part of the cross-section. The
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Figure 6.11: Mean axial particle forcing for the “roughness” case (left) and for the “blockage” case
(right).

magnitude can be compared with the mean axial presure-gradient, which is set equal to 4 in
the simulations.
6.7.2

Mean axial velocity

The contours of the mean axial velocity are shown in figure 6.12 for the “roughness” and
“blockage” case. The mean axial velocity profile on the y axis is also shown for the two cases
in figure 6.13. The mean particle forcing and the secondary flow (which was not included
in the explanations in section 3) disturb the mean axial velocity. In the “blockage” case, the
flow is clearly blocked in the bottom, and close to the wall, the mean axial velocity gradient
in the normalwise direction is larger in the top than in the bottom. Therefore, the maximum
mean axial velocity is shifted to the top compared to a single-phase turbulent pipe flow with
uniform boundary conditions. In the “roughness” case, the mean axial velocity is not far from
being axisymmetric. The maximum mean axial velocity is slightly shifted to the bottom.
In the case of no internal forcing and uniform boundary conditions (smooth walls or
uniform wall roughness), as in pipes of non-circular cross-section, the direction of the shift
in the mean axial velocity indicates the secondary flow direction (see, e.g., Brundrett and
Baines, 1964). For instance, in a square pipe, it has been observed that the iso-velocity lines
are displaced to the corners, which is also the direction of the secondary flow. This can be
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Figure 6.14: Reynolds shear-stress τrz for the “roughness” case (left) and for the “blockage” case (right).

easily explained by the balance of momentum in the axial direction. Due to secondary flow
there exists a net flow of momentum to the corner, which needs to be balanced by an increase
in the total shear-stress gradient along the bisector line. Especially close to the wall, where
the viscous effects are dominant, the increase in the total (here, mostly viscous) shear-stress
gradient leads to an increase in the mean axial velocity in the corner. However, the same
cannot be done with internal forcing or non-uniform boundary conditions, since the internal
forcing and/or non-uniform boundary conditions introduce changes in the axial momentum
balance, which also lead to changes in the mean axial velocity, and which are not related to
the occurrence of secondary flow. For instance, a wall roughness larger in the bottom than in
the top tends to shift the maximum mean axial velocity to the top, due to the blockage close
to the wall. For the “roughness” case presented here, the shift in the mean axial velocity
profile is small, meaning that the effects of the forcing (pushing upward) and the secondary
flow (pushing downward) on the mean axial velocity profile are about of the same amplitude.
6.7.3

Reynolds and viscous shear-stress

The contour of the Reynolds shear-stress τrz is shown in figure 6.14 for the “roughness”
and “blockage” case. We can see that, for the “roughness” case, the Reynolds shear-stress τ rz
is higher in the bottom than in the top of the cross-section, whereas for the “blockage” case,
it is the opposite, the Reynolds shear-stress is higher in the top than in the bottom. This in in

6.7. Particle-driven secondary flow

169

10 20 30 40 50 60 70 80 90
0.4

0.2

0

-0.2

-0.4
-0.4

-0.2

0

0.2

0.4

Figure 6.15: Production of turbulence kinetic energy for the “blockage” case.
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Figure 6.16: Reynolds shear-stress τθz for the “roughness” case (left) and for the “blockage” case (right).
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agreement with our explanation of the turbulence modification by a (mean) particle forcing,
which depends on the forcing location. Particular to the “blockage” case, we can see in figure
6.14 relatively large values of τrz in the region below the center close to the y axis. The large
value of τrz in that region can be related to the gradient of the mean axial velocity in the radial
direction occurring there due to the shift of W to the top (see figure 6.14), which increases
there the production of turbulence kinetic energy (see figure 6.15).
The contour of the Reynolds shear-stress τθz is shown in figure 6.16 for the “roughness”
and “blockage” case. In a fully-developed turbulent flow in a circular pipe without forcing,
τθz is exactly equal to zero. With particle forcing, for the “roughness” case, the Reynolds
shear-stress τθz is small, since it is an order of magnitude smaller than the Reynolds shearstress τrz , and it does not show a defined pattern in the cross-section. Apparently, in this case,
the particle forcing does not have a large effect on τθz . However, for the “blockage” case, the
Reynolds shear-stress τθz is of the same order of magnitude than τrz in the particle forcing
region. This large value of τθz can be explained by the occurrence of gradients of the mean
axial velocity in the circumferential direction in the particle forcing region (see figure 6.12),
which lead to a production of the Reynolds shear-stress τθz . Further from the particle forcing
region, where mean axial velocity gradients in the circumferential direction do not occur, the
Reynolds shear-stress τθz is small.
6.7.4

Axial momentum balance

In this section, we show the momentum balance in the axial direction obtained from the
DNS, in order to validate the explanations given in section 3 about the turbulence modulation
by “roughness” and “blockage” effects.
We show in figure 6.17 and 6.19 the integral of the axial momentum balance on the y
axis. In this form, the profile of the Reynolds shear-stress τyz appears as one component of
the integral momentum balance in the axial direction, and its modification by the mean particle forcing can be directly observed from the figures. In cartesian coordinates, the integral
momentum balance at position y is given by:
Z y
yo

t(y0 )dy0

= 0

(6.30)

where t are the different terms of the axial momentum balance on the vertical axis, and
yo the origin. Due to the non-uniform particle forcing, the flow in the cross-section is not
axisymmetric, and the gradients of ux uz and UxUz in the circumferential direction are not
equal to zero. Hence, these gradients also contribute to the axial momentum balance, e.g., the
term of the integral axial momentum balance related to the Reynolds stresses is given by:
τyz (y) − τyz (yo ) +

Z y
∂τxz
yo

∂x

(y0 )dy0 ,

(6.31)

instead of only τyz (y) as it is the case in axisymmetric flows. These terms and the convection term were not accounted for in the explanation given in section 3, however, we will
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Figure 6.17: Integral of the momentum balance in the axial direction for the “roughness” case. f represents the mean forcing in the momentum balance, rs the term related to the Reynolds stresses, cv the
convection due to secondary flow, dp the mean pressure-gradient, and vs the term related to the viscous
stresses.

show below that the basic idea of the “roughness” and “blockage” mechanisms of turbulence
modification still holds.
In single-phase flows with uniform boundary conditions, or in particle-laden channel
flows with a symmetric particle distribution with respect to the symmetry axis, the center
is the natural choice for the origin yo . On each side of the equilibrium position yo , the momentum given to the flow by the pressure-gradient is transferred to the wall by the Reynolds
shear-stress. In our case, due to the non-uniform particle distribution, the axial momentum
balance is modified, and the equilibrium position yo is not the center anymore. We fixed the
origin yo at the location on the vertical axis where the integral of the total convective stresses
(i.e. the stresses related to the Reynolds stresses and to the convection) is equal at both sides
of yo .
In figure 6.17, for the “roughness” case, we can see that the origin yo and the profile
of the pressure-gradient is shifted to the top. In the core of the pipe, the pressure-gradient
is mainly balanced by the Reynolds stresses, leading to larger values in the bottom of the
cross-section compared to the top (in agreement with the contours of the Reynolds stresses
presented above). Furthermore, figure 6.17 shows that the convection is negligible in the
bottom, but that it plays a role in the top of the cross-section, by decreasing even more the
Reynolds stresses in the top compared to the bottom at equal distance from the wall. At the
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Figure 6.18: Momentum balance in the axial direction for the “roughness” case. Same nomenclature as
in figure 6.17. Here, res refers to the residual of the momentum balance.

wall, the integrals of the Reynolds and convective stresses do not decrease to zero, although
the values of uy uz , Uy and Uz are equal to zero at the wall. This is explained by the convection, which leads to non-zero values of uy uz and UyUz at the origin yo , to which the values
at the wall are compared (see equation 6.31). Also, the last term of equation 6.31 has a contribution, since the gradients of uy uz and UyUz with respect to x are not equal to zero in the
control volume closest to the wall. We note, however, that the integrals of the Reynolds and
convective stresses are equal at the bottom and top wall, showing that the origin y o is correctly determined. Finally, figure 6.17 shows that the forcing and the viscous stresses interact
with each other, which can be seen especially in the bottom, at the location where the particle
forcing decreases sharply to zero.
The axial momentum balance itself for the “roughness” case is shown in figure 6.18, and
it supports that the viscous stresses mainly balance the forcing. It is clear from figure 6.18
that close to the wall, the viscous stresses change such that, with the forcing, they balance the
Reynolds stresses and the mean pressure-gradient. Since the profile of the Reynolds stresses
is not correlated with the variations of the forcing with y, it seems that the Reynolds stresses
behave autonomously from the mechanisms occurring close to the wall, in agreement with
Townsend’s Reynolds number similarity hypothesis (see Townsend, 1976). On the other
hand, in the core of the pipe, where viscous effects are negligible, the Reynolds stresses must
adapt to balance the convective stresses, as observed in the top part of the pipe core. Finally,
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Figure 6.19: Integral of the momentum balance in the axial direction for the “blockage” case. Same
nomenclature as in figure 6.17.

figure 6.18 shows that the residual of the axial momentum balance is much smaller than all
other terms.
Despite the changes in the axial momentum balance due to the convective stresses and
to the occurrence of gradients in the x directions, the basic idea of the “roughness” effect as
explained in section 3 is verified in figure 6.17 and 6.18: due to the blockage by the particle
forcing close to the wall, the origin yo and the profile of the pressure-gradient are shifted
to the top, resulting in larger Reynolds stresses in the bottom part of the pipe compared to
the top. Close to the wall, the viscous stresses change in order to balance the impact of the
particle forcing on the axial momentum balance.
In figure 6.19, we show the integral of the axial momentum balance for the “blockage”
case. Due to the blockage, the origin yo and the profile of the mean axial pressure-gradient are
also shifted to the top. However, for the “blockage” case, the pressure-gradient is balanced
for a large part in the bottom by the mean particle forcing, which is much larger than the total
convective stresses. In the top, the integral momentum balance behaves closer to single-phase
flow, with a behaviour of the Reynolds shear-stress similar to that of the mean axial pressuregradient. As a result, the Reynolds shear-stresses remain smaller in the bottom than in the
top of the cross-section. This also appears from figure 6.20, that shows the axial momentum
balance itself. The gradients in the Reynolds shear-stresses are much larger close to the top
wall than close to the bottom wall, which leads to larger values of uy uz close to the top wall.
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Figure 6.20: Momentum balance in the axial direction for the “blockage” case. Same nomenclature as
in figure 6.17.

Figure 6.20 also clearly shows that, in the bottom, the mean particle forcing balances for
a large part the mean axial pressure-gradient, and that the Reynolds shear-stresses globally
compensate he convective stresses. Furthermore, we note in figure 6.20 small-scale fluctuations in the mean particle forcing, especially in the center. These fluctuations are due to the
non-perfect random number generator used to make the particle distribution, and which has
a larger effect in the center due to the small grid size there (because of the cylindrical grid).
However, it is remarkable that these fluctuations in the mean particle forcing are entirely
compensated by the viscous stresses, showing again that the turbulence in the pipe core is an
autonomous large-scale process. From this, it can be concluded that the viscous stresses first
try to compensate the particle forcing. Far from the wall, viscous effects become small, and
the Reynolds stresses must adapt as only possible term in order to compensate the eventual
forcing and the convective stresses resulting from the non-uniform forcing.
6.7.5

Cross-sectional Reynolds stresses

The contours of the radial and circumferential Reynolds stresses are shown in figure 6.21
for the “roughness” case, and in figure 6.22 for the “blockage” case. For each case, the
contours of the radial Reynolds stress, τrr , and the circumferential Reynolds stress, τθθ , have
similar trends. For the “roughness” case, τrr and τθθ are larger in the bottom than in the top of
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Figure 6.21: Radial Reynolds stress τrr (left) and circumferential Reynolds stress τθθ (right) for the
“roughness” case.

the cross-section, whereas for the “blockage” case, it is the opposite, τrr and τθθ are smaller in
the bottom than in the top. The patterns close to the wall are to first order similar to that of the
Reynolds shear-stress, τrz . The changes promoted by the particle forcing on the flow are that
large that the turbulence is quite different between the top and bottom of the cross-section.
Therefore, second order effects, such as the disruption in the turbulence redistribution from
the axial direction to the cross-sectional directions, do not have any first order consequence
on the patterns of the Reynolds stresses.
We note that the contours of τrr and τθθ are not entirely symmetric with respect to the
y axis, the maximum in τrr and τθθ being shifted slightly to the right-hand side of the pipe
cross-section, for both the “roughness” and “blockage” case. This is probably due to the
insufficient number of flow fields in the averaging procedure. We also note that, for the
“blockage” case, the Reynolds stresses τrr and τθθ are quite large below the center, and show
oscillations in the circumferential direction. The relatively large values of τrr and τθθ can
be explained by the pattern of the production of turbulence kinetic energy in figure 6.15,
which shows relatively large values in the bottom close to the y axis. The fluctuations of
τrr and τθθ in the circumferential direction are proper to the definition of the stresses in
the cylindrical coordinate system, and can be understood with the patterns of the cartesian
Reynolds stresses τxx and τyy (in figure 6.23). For instance, figure 6.23 shows that, below the
center, the cartesian Reynolds stress τxx is larger than τyy , and that they do not fluctuate in

176

Chapter 6. Particle-driven secondary flow in turbulent pipe flows

-0.35 -0.3 -0.25 -0.2 -0.15 -0.1 -0.05

-0.5 -0.4 -0.3 -0.2 -0.1

0.4

0.4

0.2

0.2

0

0

-0.2

-0.2

-0.4

-0.4
-0.4

-0.2

0

0.2

0.4

-0.4

-0.2

0

0.2

0.4

Figure 6.22: Radial Reynolds stress τrr (left) and circumferential Reynolds stress τθθ (right) for the
“blockage” case.

the circumferential direction. By definition, the cylindrical normal Reynolds stresses can be
obtained from the cartesian ones using:
ur ur
uθ uθ

= cos2 θ ux ux + sin2 θ uy uy + 2 cos θ sin θ ux uy
2

2

= sin θ ux ux + cos θ uy uy − 2 cos θ sin θ ux uy

(6.32)
(6.33)

Since ux uy is much smaller compared to ux ux and uy uy , equations 6.32 and 6.33 explain
that the transformation of τxx and τyy (with different magnitudes) to τrr and τθθ induces a
sinusoidal variation in τrr and τθθ close to the center. Related to the different magnitudes
of τxx and τyy , from the comparison of the secondary flow streamlines in figure 6.10 for the
“roughness” and ”blockage” cases, it can be seen that, on the vertical axis, the streamlines
are almost parallel to the y axis from the top to the bottom for the “roughness” case, whereas
they are deflected from the y axis around the center for the “blockage” case. This deflection
can possibly be explained by the large value of the normal Reynolds stress in the x direction
below the center for the “blockage” case (see figure 6.23), which tends to push the flow away
from the vertical axis.
The contour of the Reynolds shear-stress in the cross-section τrθ is shown in figure 6.24
for the “roughness” and “blockage” case, respectively. Their value is much smaller than those
of the normal Reynolds stresses, and they do not have a clear defined structure. Apparently,
the particle forcing does not have a large effect on the Reynolds shear-stress in the cross-
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Figure 6.23: Normal Reynolds stress in the x direction (left) and the y direction (right) for the “blockage” case that explain the circumferential fluctuations in the center for the normal Reynolds stresses τ rr
and τθθ .
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Figure 6.25: Driving forces in the circumferential direction as a function of the angle, θ, in the righthand side of the cross-section, in a slab close to the wall 0.3 ≤ R ≤ 0.45, for the “roughness” case. rs
refers to the divergence of the Reynolds stress tensor in the circumferential direction, (∇ · τ̃)θ , and dp
to the circumferential mean pressure-gradient.

section, since, in single-phase turbulent flows in circular pipes, it is equal to zero. Therefore,
from equations 6.19 and 6.20, it is clear that the divergence of the Reynolds stress tensor
in the radial and circumferential direction is mostly determined by the gradient of τ rr in the
radial direction, and of τθθ in the circumferential direction, respectively.
Because of the symmetry with respect to the y axis, there exist al least two secondary flow
cells in the pipe cross-section, as is confirmed by our results. Due to this symmetry, in order to
determine the direction of the secondary flow, we only need to consider the divergence of τ̃ on
the y symmetry-axis and along the circumferential direction close to the wall. Therefore, we
show in figure 6.25 and 6.26 the circumferential component of the divergence of the Reynolds
stress tensor in the cross-section, (∇ · τ̃)θ , as a function of the angle θ in the right-hand side
of the cross-section, for the “roughness” and “blockage” case, respectively. Next, we show in
figure 6.29 and 6.30 the component in the y direction of the divergence of the Reynolds stress
tensor in the cross-section, (∇ · τ̃)y , on the y axis, for the “roughness” and “blockage” case,
respectively. Figures 6.25, 6.26, 6.29 and 6.30 also include the mean pressure-gradient in the
cross-section, i.e. figure 6.25 and 6.26 show the effective driving force for secondary flow
in the circumferential direction, (∇ · τ̃)θ − ∇Pθ , and figure 6.29 and 6.30 the effective driving
force in the y direction, (∇ · τ̃)y − ∇Py . We note that the profiles in figure 6.25 and 6.26 are
obtained by averaging the two sides with respect to the vertical axis, and by averaging the
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Figure 6.26: Driving forces in the circumferential direction as a function of the angle, θ, in the righthand side of the cross-section, in a slab close to the wall 0.3 ≤ R ≤ 0.45, for the “blockage” case. Same
nomenclature as in figure 6.25.

values in a slab in between R = 0.3 and R = 0.45. This was necesarry, since the gradients
in the circumferential involved in figure 6.25 and 6.26 are quite small. Hence, the smallscale fluctuations on the patterns of τθθ and P, due to the limited number of flow fields used
in the averaging, lead to a quite noisy profile for (∇ · τ̃)θ and −∇Pθ . Using this averaging
procedure, the profiles in figures 6.25 and 6.26 are slightly improved, and show conclusive
trends, although they remain noisy.
From figure 6.25 and 6.26, it is clear that the divergence of τ̃ in the circumferential direction pushes the flow (i) in the~eθ in the right-hand side of the cross-section for the “roughness”
case, and (ii) in the −~eθ in the right-hand side of the cross-section for the “blockage” case.
These directions correspond to those of the secondary flow cells in the right-hand side of
the cross-section. Furthermore, figure 6.25 and 6.26 show that the mean pressure-gradient in
the circumferential direction is has a behaviour similar to (∇ · τ̃)θ , even in the fluctuations,
but it is of the opposite sign, and overall slightly smaller in magnitude. Hence, the mean
pressure-gradient in the circumferential direction is a reactive force that almost counterbalances (∇ · τ̃)θ . For the “roughness” case, (∇ · τ̃)θ − ∇Pθ has a small positive value, and it
is maximum in between the bottom and top, where (∇ · τ̃)θ is largest. For the “blockage”
case, it is the opposite, (∇ · τ̃)θ − ∇Pθ is globally negative and extremum in between the top
and bottom. In the bottom close to the vertical axis, however, the driving force reverses of
sign, which can be attributed to the non-perfect symmetry in the Reynolds stresses in the
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Figure 6.27: For the “roughness” case, effective driving force in the circumferential direction, rs+dp,
from figure 6.25, and the convection in the circumferential direction due to secondary flow, cv, as a
function of the angle, θ, in the right-hand side of the cross-section in a slab close to the wall 0.3 ≤ R ≤
0.45. vs refers to the circumferential component of the divergence of the viscous stress tensor, and f to
the forcing in the circumferential direction.

cross-section (see figure 6.22). From these results, it appears that the convection of momentum by secondary flow is not the primary mechanism that balances the driving force in
the circumferential direction. Its prediction from (∇ · τ̃)θ using the momentum balance in
the circumferential direction is quite delicate, since the convection is a much smaller term.
Besides, the prediction of the convection due to secondary flow requires to know the mean
pressure-gradient in the circumferential direction, which is not known a priori.
In figure 6.27 and 6.28, we zoom in on the small terms of the momentum balance in the
circumferential direction. For the “roughness” case, we note that the residual is not entirely
negligible compared to the convective term, since the latter is very small. The residual can be
attributed to the limited flow fields in the averaging and to the fact that the axial direction is
the only homogeneous one (for the averaging). We verified that the residual decreases when
increasing the number of flow fields in the averaging, however, the decrease is slow, meaning
that many more flow fields are required to annihilate entirely the residual. Furthermore, we
verified that the residual is not caused by unsteady state, since the residual from a number of
flow fields in the beginning and in the end of the simulations give on average a similar value
for the residual. This again shows that the prediction of the secondary flow velocity from
the Reynolds averaged Navier-Stokes equations is quite delicate, due to the small influence
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Figure 6.28: For the “blockage” case, effective driving force in the circumferential direction from figure
6.26, and the convection due to secondary flow as a function of the angle, θ, in the right-hand side of
the cross-section in a slab close to the wall 0.3 ≤ R ≤ 0.45. Same nomenclature as in figure 6.27.

of the secondary flow on the circumferential momentum balance. However, from figure 6.27
and 6.28, it can clearly be concluded that the effective driving force, (∇ · τ̃)θ − ∇Pθ , is mainly
balanced by both the convection due to secondary flow and the divergence of the viscous
stress tensor. Since the secondary flow velocity, ~V , appears in both terms, they both determine
~V . It can also be seen that the convection in the circumferential direction by secondary flow
behaves much smoother than (∇ · τ̃)θ − ∇Pθ , since secondary flow results from an integral
effect. Furthermore, we note that the angular position at which the convection term changes
sign corresponds to roughly the maximum of secondary flow, as it can be verified in figure
6.10.
Figures 6.29 and 6.30 show that, for the two cases, the divergence of τ̃ in the radial
direction pushes the flow (i) toward the wall nearby the wall, in the bottom and in the top
of the cross-section, and (ii) toward a point situated slightly above the center in the central
region of the cross-section. However, the magnitude of (∇ · τ̃)y is much larger in the bottom
compared to the top for the “roughness” case, while for the “blockage” case it is much larger
in the top than in the bottom. For the two cases also, locally close to the wall, (∇ · τ̃)y is
much larger than the driving force in the circumferential direction, (∇ · τ̃)θ . However, the net
integral effect of (∇ · τ̃)y on the y axis should be regarded, as secondary flow results from
the global pattern of the divergence of the Reynolds stresses in the cross-section. The net
integral effect on the y axis can be obtained by integrating (∇ · τ̃)y , and it is positive for the
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Figure 6.29: Momentum balance in the y direction on the y axis, for the “roughness” case. rs refers
to the the divergence of the Reynolds stress tensor in the y direction, (∇ · τ̃)y , cv to the momentum
convected by secondary flow in the y direction, and dp to the mean pressure-gradient in the y direction.

“roughness” case and negative for the “blockage” case. Hence, the integral effect of (∇ · τ̃)y
on the y axis tends to push the flow in the −~ey direction for the “roughness” case and in the
~ey direction, which are the directions of the secondary flow on the y axis. Furthermore, from
figure 6.29 and 6.30, it appears that the mean pressure-gradient in the y direction, −∇Py ,
correlates well with (∇ · τ̃)y , but it is of the opposite sign. Hence, it almost cancels (∇ · τ̃)y .
To understand that the mean pressure-gradient in the cross-section is the primary mechanism that counterbalances the driving forces in the cross-section, the Reynolds stress tensor
in the cross-section, τ̃, can be decomposed into an isotropic part, τ̃i , and a deviatoric part, τ̃d ,
such that the divergence of τ̃ can be written as:
∇ · τ̃

= ∇

τt
+ ∇ · τ̃d
2

(6.34)

where ∇τt /2 is by definition irrotational. Using the Helmholtz decomposition, the divergence
of τ̃d is given by the sum of a solenoidal contribution, dv , and an irrotational contribution, de :
∇ · τ̃d

= dv + de

(6.35)

where the irrotational component is defined as de = ∇ψ. The divergence of the Navier-Stokes
equations in the cross-section (equation 6.4), in which the decompositions above are included,
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Figure 6.30: Momentum balance in the y direction on the y axis, for the “blockage” case. Same nomenclature as in figure 6.29.

gives the Poisson equation:


τt
= 0,
∇2 P − − ψ
2

(6.36)

since the secondary flow field V and the contribution dv are solenoidal. Due to the boundary
conditions, the solution of equation 6.36 is trivial, meaning that the pressure field compensates the isotropic part of the Reynolds stress tensor, and the irrotational part of the deviatoric
Reynolds stress tensor. Since ∇ × (∇ · τ̃) = ∇ × dv , the solenoidal part of τ̃d provides the
only driving force for the occurrence of secondary flow, i.e. it corresponds to the difference
between the contribution of the Reynolds stresses and the pressure in figure 6.25, 6.26, 6.29
and 6.30, and it could also be calculated using the generalized Helmholtz decomposition
(similar to equation 6.6). Physically, it can be understood that the pressure-gradient in the
cross-section adapts itself to the driving force in the cross-section in order to match the noflux condition through the wall. In single-phase turbulent pipe flows with uniform boundary
conditions, where the solenoidal contribution of the deviatoric Reynolds stress tensor, d v , is
equal to zero by symmetry arguments in the circumferential direction, (∇ · τ̃)r is exactly balanced by the mean pressure-gradient in the radial direction. In the cases of secondary flow
shown above, locally the turbulence is similar to that in single-phase turbulent pipe flows with
uniform boundary conditions, and dv has a small contribution compared to (∇ · τ̃). The contours of the pressure field for the “roughness” and “blockage” case are shown in figure 6.31,
and indeed show a behaviour and amplitude similar to that of the normal Reynolds stresses
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Figure 6.31: Pressure field for the “roughness” case (left) and for the “blockage” case (right). In the
figure, the pressure is defined such that its value is equal to zero at the wall.

in the cross-section.
To conclude, the determination of the secondary flow from the two driving forces, (∇ · τ̃)r
and (∇· τ̃)θ , is complicated by the presence of the mean pressure-gradient in the cross-section.
From the results above, it appears that mean pressure-gradient is the primary mechanism that
balances the two driving forces in the cross-section, and that the secondary flow is driven by
the rotational part of the deviatoric Reynolds stress tensor, which is small compared to the
Reynolds stress tensor itself. Furthermore, the mean pressure-gradient in the cross-section
depends on the global pattern of the two driving forces, since it results from the Poisson
equation in the cross-section. Therefore, in general, it is difficult to conclude a priori on how
the mean pressure-gradient in the cross-section reacts on each of the two driving forces, and
a simple prediction can only be made by removing its influence, i.e. by using the transport
equation of the mean axial vorticity, ω. Nevertheless, from a pragmatic point of view, (∇ · τ̃)θ
is different from zero when a secondary flow occurs, and its sign is in agreement with the
secondary flow direction.
6.7.6

Eigenvalues

Above, we explained the secondary flow direction based on the normal Reynolds stresses
in the cylindrical coordinate system. In single-phase flows with uniform boundary condi-
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Figure 6.32: Eigenvalues and streamlines of the corresponding eigenvectors for the “roughness” case.

tions, the radial and circumferential unit vectors form the eigenbase in the cross-section.
When including a non-uniform particle forcing in the flow, it appears that the secondary flow
is mostly determined by the turbulence close to the wall, where the changes are highest. To
ensure that nearby the wall, the radial and circumferential directions are close to the eigendirections of the flow with particle forcing, we computed the two eigenvalues and eigenvectors
in the cross-section. The driving force of secondary is fully-determined by the eigenvalues
and eigendirections in the cross-section, since it is equal to the gradients of the eigenvalues
along the eigendirections. The patterns of the eigenvalues will also be used in next section to
explain the source of the mean axial vorticity.
The two eigenvalues and corresponding eigenvectors are shown in figure 6.32 and 6.33
for the “roughness’ and “blockage” case, respectively. We note that the eigenvalues are the
intrinsic normal stresses on the principal axes, hence, by convention, the eigenvalues have
negative values. Figure 6.32 shows that, for the roughness case, the patterns of the eigenvalues are similar to that of the radial and circumferential Reynolds stresses. The eigendirections
in the ”roughness” case are also similar to those of the cylindrical coordinate system, except
in a small region below the center. We will show below in figure 6.36 that, in this region,
the turbulence is nearly isotropic, therefore, the eigendirections are not determined. Figure
6.33 shows that, for the “blockage” case, the eigenvalues and the eigendirections are similar
to those in the cylindrical coordinate system in the top part of the cross-section. However,
in the bottom of the cross-section, where the particles are concentrated, the patterns deviate,
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Figure 6.33: Eigenvalues and streamlines of the corresponding eigenvectors for the “blockage” case.

and they are more akin to those in the cartesian grid. Two singularity regions, which are symmetric with respect to the vertical axis, can be observed at roughly x = ±0.2, and correspond
to regions of isotropy of the eigenvalues. Close to the wall, however, the eigenvalues and
eigenvectors are not very different from those of the cylindrical coordinate system. We note
that, in the region where the “radial” eigendirections point outwards, the “circumferential”
eigendirections must form a closed streamline. In figure 6.32 and 6.33, we can see that this
is not always the case. The non-closed streamlines of the “circumferential” eigenvectors are
due to the approach used to calculate the streamlines (by integration) and the non-perfect
patterns of the eigenvectors.
To conclude, the turbulence modulation by the particle forcing is highest close to the
wall, hence the patterns of the eigenvalues close to the wall determine the secondary flow
direction. Close to the wall, the eigendirections are not far from those in the cylindrical
coordinate system, especially for the “roughness” case, and the explanation given above with
the normal Reynolds stresses in the cylindrical coordinate system is globally confirmed.
6.7.7

Mean axial vorticity and its source

The contour of the mean axial vorticity, ω, is shown in figure 6.34 for the “roughness”
and “blockage” case. For the two cases, it shows two regions of high vorticity at the location
of the two secondary flow cells, which are anti-symmetric with respect to the y axis. Since
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Figure 6.34: Mean axial vorticity, ω, for the “roughness” case (left) and for the “blockage” case (right).

a positive vorticity tends to turn the flow in the counter-clockwise direction, the sign of the
mean axial vorticity in these two regions is in agreement with the direction of the secondary
flow cells. We note that the maximum mean axial vorticity does not correspond exactly to the
center of the secondary flow cell, which is due to the wall-bounded medium.
According to the generalized Helmholtz decomposition, the integration of the mean axial vorticity field using equation 6.6 must provide the secondary flow field. We verified that
indeed the secondary flow fields shown in figure 6.10 are recovered from the mean axial
vorticity fields in figure 6.34, within 1% for the two cases. The generalized Helmholtz decomposition also explains the good anti-symmetry of the mean axial vorticity with respect to
the y axis, since the secondary flow fields have the required symmetry with respect to the y
axis.
Figure 6.34 also shows regions of high mean axial vorticity close to the walls. These
regions are the direct result of the no-slip at the wall. For instance, close to the wall, the
circumferential velocity is much larger than the radial velocity, and ω ∼ −V /∆r, where V
here is the circumferential velocity at a small distance ∆r from the wall. Therefore, for a
secondary flow in the positive direction, the mean axial vorticity will show a negative value
in the vicinity of the wall, which is indeed the case in figure 6.34.
From equation 6.5, ∇ × (∇ · τ̃) is the source of mean axial vorticity, and it is shown in
figure 6.35 for the “roughness” and “blockage” cases. Since the term ∇ × (∇ · τ̃) involves
two derivatives, its pattern becomes quite noisy due to the small-scale fluctuations on the
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Figure 6.35: Filtered patterns of the source of mean axial vorticity, ∇ × (∇ · τ̃), for the “roughness” case
(left) and for the “blockage” case (right).

Reynolds stresses, which are caused by the limited number of flow fields in the averaging.
Therefore, for visualization purposes, we show in figure 6.35 a filtered pattern of ∇ × (∇ · τ̃)
that captures only the large-scale fluctuations. In the filtering operation, we applied a lowpass filter on the data in Fourier domain in the circumferential direction, and a SavitskyGolay smoothing filter in the radial direction (see Press et al., 1992). In the circumferential
direction, the filter removes fluctuations of length scale larger than 1/6 of the pipe diameter
close to the wall, and the cut-off length decreases linearly to zero at the center. In the radial
direction, a quartic polynomial is fitted to the data in a moving window of length of about
1/3 of the pipe diameter, except close to the wall where the window size is reduced in order
to capture the near-wall behaviour.
The patterns of ∇ × (∇ · τ̃) are not as symmetric as those of the mean axial vorticity, ω,
which is related to the non-perfect symmetry in the patterns of the cross-sectional Reynolds
stresses. However, figure 6.35 shows that ∇ × (∇ · τ̃) behaves globally in a similar way to
the mean axial vorticity, ω. The regions of large ∇ × (∇ · τ̃) correspond globally to regions
of large ω, and they have the same sign. The regions of ∇ × (∇ · τ̃) that correspond to the
secondary flow cells are shifted somewhat to the wall compared to the pattern of ω. The
differences can be attributed to vorticity diffusion and convection by secondary flow (see
equation 6.14). This observation reinforces the idea of a locality between the mean axial
vorticity and its source, that can facilitate the modeling of secondary flow.
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The source of secondary flow, ∇ × (∇ · τ̃), can be formulated in term of the eigenvalues in
the cross-section:





1
∂
∂
1 ∂
1 ∂
∇ × (∇ · τ̃) =
(h1 λ2 ) −
(h2 λ1 )
(6.37)
h1 h2 ∂`1 h1 ∂`2
∂`2 h2 ∂`1
where λ1 and λ2 are the eigenvalues, `1 and `2 the distance along the eigendirections, and h1
and h2 the curvatures defined as:
h1 = |

∂r
|
∂`1

and

h2 = |

∂r
|
∂`2

(6.38)

with r the distance between the considered point and the origin. In the results of the DNS, the
values of the eigenvalues λ1 and λ2 vary more than those of the curvatures h1 and h2 , such that
equation 6.37 can be simplified. Before we noted that, close to the wall, the eigendirections
are close to the unit vectors of the cylindrical coordinate system. Making that assumption,
equation 6.37 can be simplified into:
∇ × (∇ · τ̃) ∼

∂2
1 ∂λ1
(λ2 − λ1 ) −
∂`2 ∂`1
`1 ∂`2

(6.39)

where the first term of the right-hand side is significantly larger than the first, since it involves
a gradient in the radial direction, which is much larger than the value itself close to the wall.
We note that, by convention, the z direction points outwards, and that the base (~e 1 , ~e2 , ~ez ) is
orthonormal. Hence, that base fixes the sign of the source of mean axial vorticity, and only
one of the two eigendirections of ~e1 or ~e2 is arbitrar,
Equation 6.39 suggests that the direction of secondary flow can be predicted from the
pattern of λ2 − λ1 , which are shown for the “roughness” and “blockage” cases in figure 6.36,
together with the eigendirections. Figure 6.36 shows that, in the pipe core for the “roughness” case and above the center for the “blockage” case, λ2 − λ1 is close to zero, hence the
turbulence in the cross-section in these regions is close of being isotropic. Close to the walls,
however, λ2 − λ1 is equal to a negative value different from zero, which is a direct result of
the anisotropy of the turbulence in the cross-section. Similar to single-phase pipe flow with
uniform boundary conditions, the no-flux condition through the wall leads to an eigenvalue
λ2 in the “circumferential” eigendirection higher in magnitude than the eigenvalue λ 1 in the
“normal” eigendirection to the wall.
Figure 6.36 shows a variation of the anisotropy of the cross-sectional turbulence with
the “normal” and “circumferential” eigendirections. For the “roughness” case, λ 2 − λ1 increases along the circumferential direction from the bottom to the top of the cross-section,
whereas for the “blockage” case it increases from the top to the bottom. According to equation 6.39, the source of mean axial vorticity, ∇ × (∇ · τ̃), is precisely equal to the gradients
of the anisotropy, λ2 − λ1 , along the two eigendirections. For the “roughness” case, the gradient of λ2 − λ1 in the “circumferential” eigendirection is positive from the bottom to the
top, and it is roughly largest at the crest of λ2 − λ1 (at R ∼ 0.44), where the magnitude of
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λ2 − λ1 is largest. With the convention as stated above, in the right-hand side of the crosssection, the gradient in the “radial” eigendirection of that gradient is positive in the region
between the pipe core and the crest, and negative in between the crest and the pipe wall.
These signs are in agreement with those of the source of mean axial vorticity, ∇ × (∇ · τ̃),
in figure 6.35. Figure 6.36 also shows that, for the “roughness” case, the largest changes in
λ2 − λ1 in the “circumferential” eigendirection occur in the region between the bottom and
the top of the cross-section, and therefore corresponds to the region of maximum ∇ × (∇ · τ̃).
For the “blockage” case, the gradient of λ2 − λ1 in the “circumferential” eigendirection is
positive from the top to the bottom, and is largest at the crest of λ2 − λ1 , which is located at
R ∼ 0.44 in the top and slightly more into the pipe core in the bottom of the cross-section. In
the right-hand side of the cross-section, the gradient in the direction opposite to the “radial”
eigendirection (from the wall to the pipe core) of the latter gradient is positive between the
wall and the crest of λ2 − λ1 , and negative between the crest and the pipe core. Again, the
sign is in agreement with those of the source of mean axial vorticity in figure 6.35. From
figure 6.36, it can be seen that the gradients of λ2 − λ1 in the “radial” and “circumferential”
eigendirections are largest at roughly θ = −π/4, where the magnitude of ∇ × (∇ · τ̃) in figure
6.35 is also largest. This can be understood, by noting that, locally, the streamlines of the
“circumferential” eigenvectors are not far of being the isocontours of λ2 − λ1 . At θ roughly
equal to −π/4, the streamlines of the “circumferential” diverge from each other. Hence, due
to a geometric effect, the changes in the “circumferential” eigendirection of the gradient of
λ2 − λ1 in the “radial” eigendirection have an extremum at the location where the streamlines
of the “circumferential” eigenvectors maximally diverge. This extremum corresponds to the
extremum of ∇ × (∇ · τ̃), as it can be observed from figure 6.35.
We showed that the variations of the anisotropy of the cross-sectional turbulence in the
two eigendirections are the source of mean axial vorticity, hence of secondary flow. In particular, the changes of the anisotropy in the circumferential direction are driving the secondary
flow. In single-phase turbulent pipe flows with uniform uniform boundary conditions, the
latter are absent, and secondary flow does not occur. Furthermore, as suggested in the explanation given above, and confirmed in the results which will be presented below, it appears
that the turbulence modulation is mainly due to the impact the mean particle forcing has on
the balance of momentum in the axial direction. Therefore, to first order, we can expect
that the redistribution mechanism of the axial turbulence to the cross-sectional turbulence is
not changed much, and that locally the ratio between the eigenvalues λ1 and λ2 is similar to
that in a single-phase turbulent pipe flow driven by the effective mean axial pressure-gradient
(made of the mean axial pressure-gradient and the axial particle forcing). Hence, it can be
suggested that the existing models for the turbulence redistribution in single-phase turbulent
pipe flows might be used with succes to predict the particle-driven secondary flow.
We noted above that, from a practical point of view, the circumferential Reynolds stress,
τθθ , determines the secondary flow direction. Above, we also showed that, nearby the wall,
τθθ is close to the value of the eigenvalue λ2 . Since λ2 is larger in magnitude than λ1 , and
since the turbulence is largest close to the wall, and therefore pushes the flow to the pipe
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Figure 6.36: Difference between the eigenvalues λ2 − λ1 , together with the streamlines of the eigenvectors, for the “roughness” case (left) and the “blockage” case (right).

core, from equation 6.39, the gradient of λ2 with respect to the “circumferential” eigendirection determine the sign of ∇ × (∇ · τ̃) and the secondary flow direction. However, the radial
Reynolds stress, τrr , (or the eigenvalue λ1 ) also contribute for a non-negligible part to the
actual value of ∇ × (∇ · τ̃) and of the mean axial vorticity, ω.
6.8

Reynolds stress tensor in the cross-section as driving force of secondary flow

In the theory and in the results, we showed that secondary flow is driven by the divergence of the Reynolds stress tensor in the cross-section, ∇ · τ̃. Furthermore, in the results,
we showed that the mean-pressure gradient in the cross-section is the primary mechanism
counterbalancing ∇ · τ̃. In this section, we want to reinforce that secondary flow is promoted
by the Reynolds stresses in the cross-section, and not by the axial ones, and that the mean
pressure-gradient in the cross-section is a reaction to ∇ · τ̃. To this purpose, we calculated the
secondary flow velocity from the 2D continuity and momentum balances in the cross-section,
using a prescribed distribution for the Reynolds stresses in the cross-section. Furthermore,
the 2D simulations allow to study the effect of each component of ∇ · τ̃ on the occurrence
of secondary flow, and the effect of a forcing in the cross-section due to secondary flow, ~Φv
(here, the drag on the fixed particles).
In the 2D calculation, the secondary flow is obtained iteratively starting from zero veloc-
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Figure 6.37: Norm and streamlines of the secondary flow for the “roughness” case (left) and for the
“blockage” case (right) obtained from the 2D simulations without the residual. The norm is in percentage of the bulk velocity (obtained from the DNS).

ity in the cross-section. In each iterative time step, a secondary flow velocity is predicted by
calculating the mean particle forcing, the diffusion and convection of mean momentum from
the velocity of previous step, and by using the given distribution of Reynolds stresses in the
cross-section. The predicted velocity is corrected for in a second sub-step to enforce continuity using the pressure field, which is obtained from the solution of the Poisson equation
in the cross-section based on the predicted secondary flow velocity. We verified that, for the
patterns of ∇ · τ̃ obtained from the “roughness” and “blockage” cases in the DNS (including
also the small residual as “driving” force), the patterns of the secondary flow velocity obtained from the 2D simulations is exactly equal to that of the DNS. Hence, it shows that the
occurrence of secondary flow is entirely determined by the mechanisms in the cross-section,
i.e. it is driven by the divergence of the Reynolds stress tensor in the cross-section, and not
by the balances in the axial direction as suggested by Gessner (1973). The only coupling
with the flow in axial direction occurs through the effect of the primary flow on the Reynolds
stresses in the cross-section (by redistribution of the axial turbulence to the cross-section).
In the DNS, the axial direction is the only homogeneous direction in which the results
can be averaged, and therefore a small residual occurs in the mean momentum balances in
the cross-section, due to the limited number of flow fields used in the averaging. Especially
for the “roughness” case, the residual is not entirely negligible compared to the convection
and viscous terms. To see the effect of the residual on the secondary flow, we performed 2D
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Figure 6.38: Norm and streamlines of the secondary flow for the “roughness” case (left) and for the
“blockage” case (right) obtained from the 2D simulations without the forcing in the cross-section due
to secondary flow. The norm is in percentage of the bulk velocity (obtained from the DNS).

simulations with ∇ · τ̃ obtained from the DNS, but without considering the residual. The secondary flows which are obtained for the “roughness” and “blockage” cases without residual
are shown in figure 6.37. The contours show that the patterns of secondary flow is not altered
much by the residual, however, the magnitude of the norm is. For the “roughness” case, the
norm is increased (the maximum increases from 1.7% to 2.4% of the bulk velocity), whereas
for the “blockage” case, the norm is decreased (the maximum decreases from 2.7% to 2.0%
of the bulk velocity). The increase or decrease is in line with the sign of the residual as can
be seen from figure 6.27 and 6.28. Furthermore, figure 6.37 shows that the patterns from
the 2D simulations without residual are more noisy and less symmetric with respect to the y
axis when compared to the DNS, especially for the “roughness” case, in which the residual
is more important compared to the convection and viscous terms (see the momentum balance
in the circumferential direction).
In the DNS, the fixed point-particles exert a forcing on the flow in the cross-section due
to drag. This drag force, ~Φv , is a consequence of the occurrence of secondary flow, and
its back-coupling effect on the secondary flow itself can be seen by removing ~Φv in the 2D
simulations. In figure 6.38, we show the contours of the secondary flow that are obtained
for the “roughness” and “blockage” cases without ~Φv . For the “roughness” case, the secondary flow pattern is very similar to that of the DNS, and the norm is slightly increased (the
maximum is increased from roughly 1.7% to 2.1% of the bulk velocity), since the drag on
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Figure 6.39: For the “roughness” case, norm and streamlines of the secondary flow obtained from the
2D simulations with the circumferential component of ∇ · τ̃ only (left) and the radial component of ∇ · τ̃
only (right). The norm is in percentage of the bulk velocity (obtained from the DNS).

the fixed point-particles is a reactive force to the secondary flow. For the “blockage” case,
however, the changes are larger: the secondary flow cells have the same direction, but in
the 2D simulations without ~Φv , the cells extend to the top wall, which is not the case in the
DNS. Furthermore, the norm is increased, the maximum being roughly equal to 3.1% of the
bulk velocity, whereas it is 2.7% in the DNS. In the “blockage” distribution, the particles
are mostly concentrated in the bottom close to the vertical axis. It appears that the drag on
the particles there is such that it can block the passage of secondary flow to the top of the
cross-section. From the results above, it is clear that ~Φv cannot be entirely neglected for the
prediction of secondary flow.
The impact of each component of the divergence of the Reynolds stress tensor in the
cross-section, (∇ · τ̃)r and (∇ · τ̃)θ , on secondary flow can be rapidly tested using the 2D
simulations by putting one of the components equal to zero. The secondary flows obtained
from the 2D simulations with only (∇ · τ̃)r or (∇ · τ̃)θ are shown in figure 6.39 and 6.40 for
the “roughness” and “blockage” particle distributions, respectively (we note that we also
put the residual in that direction equal to zero). For the “roughness” particle distribution,
(∇ · τ̃)θ promotes a secondary flow having two cells turning in the same direction as with the
two components of ∇ · τ̃. However, the centre of the cells are slightly shifted to the bottom
and to the center, and the norm of secondary flow is much larger (the maximum is equal to
8.8% of the bulk velocity). On the other hand, (∇ · τ̃)r promotes two secondary flow cells
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Figure 6.40: For the “blockage” case, norm and streamlines of the secondary flow obtained from the
2D simulations with the circumferential component of ∇ · τ̃ only (left) and the radial component of ∇ · τ̃
only (right). The norm is in percentage of the bulk velocity (obtained from the DNS).

which are smaller of size, and have the opposite direction compared to those obtained in the
DNS. The norm is also much larger than with the two components of ∇ · τ̃ (the maximum is
equal to 7.5% of the bulk velocity), but smaller than that obtained with (∇ · τ̃)θ only. The
secondary flow obtained in the DNS results from the combination of the two driving forces,
(∇ · τ̃)r and (∇ · τ̃)θ , which have competing effects on the occurrence of secondary flow. The
comparison between figure 6.39 and 6.10 shows also that the secondary flow in the DNS
is not just the sum of the secondary flows obtained with each of the two components of
∇ · τ̃. Its direction is the same as that obtained with (∇ · τ̃)θ only, which case gives a larger
secondary flow velocity than with (∇ · τ̃)r only. This is in agreement with our suggestion
that the circumferential Reynolds stress determine the direction of the secondary flow, since
their value and their gradients in the circumferential direction close to the wall are larger
than that of the radial Reynolds stress. This is also in agreement with equation 6.39, since
close to the wall, λ2 and ~e2 correspond to approximately the circumferential Reynolds stress
and circumferential direction, and λ1 and ~e1 roughly to the radial Reynolds stress and radial
direction. Furthermore, from figure 6.39, the patterns of secondary flow can be explained
easily by the patterns of the gradients of the normal Reynolds stresses.
For the “blockage” particle distribution in figure 6.40, the same observations can be made.
(∇ · τ̃)θ promotes a secondary flow in the same direction as in the DNS, whereas (∇ · τ̃)r leads
to a secondary flow in the opposite direction. The main difference is that each component of

196

Chapter 6. Particle-driven secondary flow in turbulent pipe flows

0.1 0.2 0.3 0.4 0.6 0.8 1 1.2
0.4

0.2

0

-0.2

-0.4
-0.4

-0.2

0

0.2

0.4

Figure 6.41: Norm and streamlines of the secondary flow obtained in the DNS for a “combined” particle
distribution. The norm is in percentage of the bulk velocity (obtained from the DNS). Note that the
scaling for the norm is not linear.

∇ · τ̃ does not promote a large secondary flow as for the “roughness” particle distribution.
In an actual particle-laden turbulent pipe flow, both the “roughness” and “blockage” effects can be present. Therefore, we performed (i) DNS with the “combined” distribution,
shown in figure 6.5, and (ii) 2D calculations with an artificial distribution for the Reynolds
stresses in the cross-section, that includes “roughness” and “blockage” effects. As we will
show below, four secondary flow cells are obtained in the cross-section, and this exercise
shows that we can manipulate the secondary flow pattern at will, by prescribing the distribution of the Reynolds stresses in the cross-section.
Figure 6.41 shows the secondary flow obtained from the DNS with the “combined” particle distribution. The secondary flow consists of four cells, which are symmetric with respect
to the symmetry axis. We can observe two strong cells in the bottom of the cross-section,
similar to those obtained in the “blockage” case, and two weak cells in the top, flowing in the
same direction as those obtained in the “roughness” case. In the “combined” distribution, it
appears that the particles are fixed such that the “blockage” effect is dominant. However, the
good symmetry validates the occurrence of the two cells related to the “roughness” effect,
although their velocity is small.
Figure 6.42 shows the secondary flows obtained in the 2D calculations, with fictive fields
for the Reynolds stresses in the cross-section. The fictive fields are made by adding a sinu-
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Figure 6.42: Norm and streamlines of the secondary flow obtained from the 2D calculations for fictive
patterns of the Reynolds stresses in the cross-section, that ressemble those of the DNS with the “combined” particle distribution. The figure left is without forcing in the cross-section, the figure right with
forcing due to drag by secondary flow of a fixed particle distribution. The norm is normalized in this
case with the frcition velocity. Note that the scaling for the norm is not linear.
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soidal variation with θ on the Reynolds stresses that were obtained for single-phase turbulent
pipe flow without forcing. In the present case, the Reynolds stresses in the cross-section decrease with θ below the x axis, and decrease slightly above the x axis (i.e. the maximum is
on the x axis). These patterns of the Reynolds stresses in the cross-section globally reproduce those obtained from the DNS with the “combined” case. Figure 6.42 (left) is without a
forcing in the cross-section, and figure 6.42 (right) is with a forcing in the cross-section, due
to the drag exerted by secondary flow on fixed particles. The fixed particles distribution is
chosen similar to that of the “combined” case in the DNS.
We can see that figure 6.42 (left) shows the occurrence of two secondary flow cells,
whereas figure 6.42 (right) shows four secondary flow cells, similar to the “combined” case
in the DNS. The occurrence of the two strong cells in figure 6.42 (left) and in the bottom of
6.42 (right) can be explained by the “blockage” effect, which effect is made stronger than the
“roughness” effect in the patterns of the artificial Reynolds stresses in the cross-section. It
appears that the drag force deflects the secondary flow cells due to “blockage” radially, and
avoids the secondary flow cells to flow to the top. We also noted this above by comparing
figure 6.10 and 6.38. Consequently, the secondary flow cells due to “roughness”, i.e. due
to the decrease of the Reynolds stresses in the cross-section toward the top, can develop in
the top of the cross-section. s shown in figure 6.42 (right). Such a radial deflection could
also be obtained by adding higher values of the (radial) Reynolds stresses in the centre of the
cross-section, similar to what we observed experimentally in chapter 7. These results show
that we can manipulate the secondary flow cells at will by adding to the Reynolds stresses
in the cross-section a “blockage” or “roughness” effect, or by acting on the forcing in the
cross-section.
6.9

Effect of the mean particle forcing vs. fluctuating forcing

The turbulence modulation can be promoted by (i) the mean axial particle forcing, due
to its impact on the mean momentum balance in the axial direction, which, in turn, causes
changes in the turbulence production, and (ii) by the interaction between the fluctuating particle forcing and turbulence. The latter mechanism is studied in particle-laden turbulent flows
(see, e.g., Boivin et al., 1998, Li et al., 2001, Squires and Eaton, 1991), where it is shown that
the particle forcing can promote a “direct” modification, related to the momentum exchange
between the fluid and the particles, acting locally around the particles, and/or an “indirect”
modification, caused by the changes the particle forcing promotes in the turbulence production and dynamics.
In our case, the forcing is applied on point-particles, and the distortion of the flow field
occurs at scales smaller than the turbulence. Hence the changes do not interact with the turbulence itself, and the “direct” effect of the fluctuating particle forcing is thought to be small.
Therefore, the turbulence modulation is promoted by the “indirect” effect of the mean, or of
the fluctuating forcing. To assess which of the two “indirect” effects is dominant, we performed DNS with a mean axial force only, which is equal to that obtained from the DNS
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with both the mean and fluctuating part of the particle force. If the mean axial forcing is
the dominant mechanism of turbulence modification, then the patterns of secondary flow and
Reynolds stresses in the cross-section will be altered little in the simulations with mean forcing only, compared to those presented above having a mean and fluctuating part. Below, the
“roughness” and “blockage” distributions simulated with the mean forcing only are referred
to as the “mean roughness” and “mean blockage” cases, respectively.
The streamlines and the norm of the secondary flow obtained for the “mean roughness”
and “mean blockage” cases are shown in figure 6.43, and can be compared to the secondary
flow obtained for the “roughness” and “blockage” cases shown in figure 6.10. We can see
that the patterns of secondary flow are very similar. The norm of the secondary flow velocity
is slightly different, since it is larger in the “mean roughness” case (the maximum is equal to
2.2% of the bulk velocity, whereas it is 1.7% for the “roughness” case), and it is smaller in the
“mean blockage” case (the maximum is equal to 1.1% of the bulk velocity, while it is 2.7%
for the “blockage” case). We note that the difference in the bulk velocity between the case
with mean forcing only and that with the mean and fluctuating part is less than 1%, which
means that the differences are entirely due to the secondary flow itself, and not to changes
in the bulk velocity. From this, it can be concluded that (i) the mean particle forcing is the
first order cause for the turbulence modification, since it determines the patterns of secondary
flow, and (ii) the impact of the fluctuating particle forcing is not negligible, but small, since
it affects mostly the magnitude of the secondary flow.
The contours of the Reynolds shear-stress τrz obtained for the “mean roughness” and
“mean blockage” cases are shown in figure 6.44, and can be compared to those obtained with
the mean and fluctuating part of the forcing, which were shown in figure 6.14. We can see that
the differences in the patterns are small, indicating that the Reynolds shear-stress is mainly
determined by the balance of axial momentum, on which the effect of the particle forcing is
much larger than the convection by secondary flow.
The cross-sectional Reynolds stresses, which are the driving force of secondary flow, are
made by redistribution of the axial turbulence to the cross-section. In Li et al. (2001), it
has been shown that the fluctuating force due to the drag of moving particles in a turbulent
channel flow has a quite large impact on the redistribution. However, if these effects are
smaller compared to the changes introduced in the Reynolds shear-stress τrz by the mean
axial forcing, then we can expect that the patterns of the Reynolds stresses in the cross-section
obtained in the simulations with mean forcing only are not altered much compared to those
having the mean and fluctuating part. In figure 6.45, we show for the “mean roughness” and
“mean blockage” cases the patterns of the difference between the eigenvalues λ 2 −λ1 , and can
be compared to those in figure 6.36 obtained for the “roughness” and “blockage” cases. The
very similar patterns of λ2 − λ1 between figure 6.45 and 6.36 explain the similar secondary
flow patterns obtained with mean forcing only compared to those with the instantaneous
forcing. Figure 6.45 also shows that the difference of λ2 − λ1 between the top and bottom
of the cross-section is slightly larger for the “mean roughness” compared to the “roughness”
case, and that it is slightly smaller for the “mean blockage” compared to the “blockage” case.
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Figure 6.43: Norm and streamlines of the secondary flow for the “mean roughness” case (left) and for
the “mean blockage” case (right), i.e. with the mean particle forcing only. The norm is in percentage of
the bulk velocity.
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Figure 6.44: Reynolds shear-stress for the “mean roughness” case (left) and for the “mean blockage”
case (right).
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Figure 6.45: Difference between the eigenvalues λ2 − λ1 , together with the streamlines of the eigenvectors, for the “mean roughness” case (left) and the “mean blockage” case (right).
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These differences can probably explain the difference in the magnitude of the secondary flow
as observed above.
6.10

Conclusions

It is known that single-phase turbulent flows in pipes of non-circular cross-section or/and
non-uniform boundary conditions (e.g. non-uniform roughness) show a secondary flow in
the cross-section, which is driven by the anisotropy of the Reynolds stress tensor in the
cross-section. Here, we show that a streamwise forcing on the flow can also give rise to
a turbulence-driven secondary flow. In particle-laden turbulent pipe flows, particles can promote large changes in the turbulence through the (drag) forcing they exert on the flow. In a
horizontal pipe flow, the particles are distributed non-uniformly due to gravity, and the particle forcing leads to a non-uniform turbulence modulation and to an anisotropy in the Reynolds
stresses in the cross-section, which causes the occurrence of a particle-driven secondary flow.
The turbulence modification can be due to “direct” effects, which are associated to the
local distortion of the flow field around the particles, and to “indirect” effects, which are associated to the changes the particles promote in the balance of momentum and in the global
turbulence dynamics. For small particles, as it is the case in our direct numerical simulations, the local distortion of the velocity field occurs at scales smaller than those of the
turbulence, and the turbulence modification occurs through the “indirect” effects. Direct numerical simulations with a non-uniform distribution of fixed point-particles with linear drag
were performed to investigate the relation between the “indirect” turbulence modification and
the occurrence of secondary flow. This linear drag force on the flow by the particles is made
of a mean and of a fluctuating component. We also performed direct numerical simulations
with only the mean component of the particle forcing from previous simulations. The comparison between the two simulations did not show large differences in the turbulence and
in the secondary flow, which means that the “indirect” effects are mainly associated to the
changes the particles promote in the mean momentum balance in the axial direction.
The comparison between different particle forcing distributions showed that two main
mechanisms of turbulence modification determine the pattern of the Reynolds stress tensor
in the cross-section, hence the pattern of the secondary flow. A mean particle forcing far
from the wall promotes a “blockage” effect, which consists in a reduction of the mean axial
velocity and the Reynolds shear-stresses due to the balance of momentum, which, in turn,
results in a decrease of the Reynolds stresses in the cross-section. On the contrary, a mean
particle forcing close to the wall promotes a “roughness” effect, by acting on the viscous
stresses, which, in turn, leads to an increase of the Reynolds shear-stress and the Reynolds
stresses in the cross-section.
We showed that the particle-driven secondary flow is driven by the divergence of the
Reynolds stresses in the cross-section, in which the gradients of the radial and circumferential Reynolds stresses are the dominant terms. Since the “roughness” and “blockage” effects
have an opposite impact on the Reynolds stresses in the cross-section, the secondary flows de-
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termined by the two mechanisms have an opposite direction. The prediction of the secondary
flow results from the combination of the two components of the divergence of the Reynolds
stresses in the cross-section. However, that prediction is complicated by the presence of the
mean pressure-gradient in the cross-section, which behaviour cannot be simply predicted a
priori, since it depends on the mean flow in the entire cross-section. Therefore, a simpler way
to predict secondary flow consists in considering the transport equation of the mean axial
vorticity. Our results show that a good locality exists between the mean axial vorticity and its
source. Since the secondary flow can be obtained directly from the pattern of the mean axial
vorticity using the Helmholtz decomposition, the prediction of the secondary flow amounts to
the prediction of the source of mean axial vorticity, that contains only the Reynolds stresses
in the cross-section.
Although not shown in this study, we would like to note that laser Doppler anemometry
experiments have been performed in a turbulent pipe flow with a non-uniform distribution of
fixed particles far from the wall. The results give experimental evidence for the occurrence
of particle-driven secondary flow, with a pattern similar to that in the “blockage” case, and
support our explanations on the Reynolds stresses in the cross-section as driving force for
secondary flow.
Finally, we would like to point out that, in turbulent pipe flows, the presence of a particledriven secondary flow might have a large impact on the dynamics of the turbulence modification by the particles, which might be quite different from that in particle-laden turbulent
channel flows, which are mostly studied in literature, and which, by symmetry, do not have a
secondary flow.
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7. Laser-Doppler anemometry experiments of
particle-driven secondary flow in turbulent pipe flows

7.1

Introduction

A secondary flow, which is a mean flow in the pipe cross-section, perpendicular to the
mean streamwise flow direction, can occur in single-phase fully-developed turbulent pipe
flow of straight cross-section under certain conditions. As shown schematically in figure
7.1, it occurs in pipes of non-circular cross-section (see, e.g., Speziale, 1982, Brundrett and
Baines, 1964, Hinze, 1973, or Demuren and Rodi, 1984), or in circular pipes with a circumferential variation in wall roughness (see Darling and McManus, 1968, or Van’t Westende, 2007). In fully-developed straight pipes, the occurrence of secondary flow is associated
with the anisotropy in the Reynolds stress tensor in the cross-section. In the first case this
anisotropy is due to the non-circular geometry, while in the second case it is due to the nonuniform boundary conditions at the wall.
In previous chapter, we showed using direct numerical simulations (DNS) that a nonuniform internal forcing in the streamwise direction, e.g. the drag force exerted by nonuniformly distributed particles in a particle-laden turbulent pipe flow, can also drive a secondary flow. Also in this case, the occurrence of secondary flow is related to the anisotropy
in the Reynolds stress tensor in the cross-section. In particle-laden turbulent pipe flow, the
particles can promote large changes in the turbulence through the (drag) forcing they exert on the flow (see Li et al., 2001). In a horizontal pipe flow, the particles are distributed
non-uniformly due to gravity, and the particle forcing leads to a non-uniform modification
of the turbulence and to an anisotropy in the Reynolds stresses in the cross-section. Due to
this anisotropy, the divergence of the Reynolds stress tensor in the cross-section promotes a
secondary flow.
The turbulence modification can be due to (i) “direct” effects, which are associated to
the momentum exchange between the particles and the fluid, acting locally around the particles, and to (ii) “indirect” effects, which are associated to the disruption in the turbulence
dynamics (see, e.g., Squires and Eaton, 1990, Boivin et al., 1998, or Li et al., 2001), and to
the global changes in the Reynolds and viscous shear-stress profiles, which are required to
compensate the mean drag force of the particles (see Belt et al., 2007). In the DNS of previous chapter, the particles were treated as point-particles. Therefore, the local distortion of
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Figure 7.1: Secondary flow in the cross-section of a square pipe (left) and in the cross-section of a
horizontal circular pipe roughened at the bottom (right).

the velocity field due to “direct” effects occurs at scales smaller than those of the turbulence,
and it did not interact with the turbulence. Hence, the secondary flow in the DNS is driven
by the “indirect” turbulence modification. Moreover, for the fundamental understanding of
the mechanisms occuring in our DNS, the particles were kept at fixed positions, in order to
avoid a forcing in the cross-section that can drive a secondary flow, and the interaction between particle dispersion and secondary flow, which is not known a priori. Since the particles
are fixed, the particle forcing is made of a mean and fluctuating component. The DNS results showed that the turbulence modification is mostly caused by the impact of the mean
drag force on the balance of mean momentum in the axial direction. They also showed that
the Reynolds stresses in the cross-section can be either increased or decreased in the particle forcing region, depending on its location. A mean particle forcing region far from the
wall promotes a “blockage” effect, which consists in a decrease of the mean axial velocity
and the Reynolds shear-stress, which, in turn, results in a decrease in the Reynolds stresses
in the cross-section. On the contrary, a mean particle forcing close to the wall promotes a
“roughness” effect, by acting on the viscous stresses, which, in turn, leads to an increase of
the Reynolds shear-stress and the Reynolds stresses in the cross-section at the location of the
particles. Since the changes in the pattern of the Reynolds stresses in the cross-section are in
the opposite direction, the “roughness” and “blockage” effect promote each a secondary flow
of the opposite direction.
A forcing in the cross-section can also promote a secondary flow. This forcing can be due
to e.g. the drag force exerted on the fluid by particles moving under the action of gravitational
and buoyancy forces. This forcing can also have more subtle causes. For instance, using
Eulerian-Lagrangian simulations, Huber and Sommerfeld (1998) showed the existence of a
secondary flow due to the forcing of the particles in an uniformly-rough horizontal pipe.
According to Huber and Sommerfeld (1998), the roughness leads to a larger bouncing angle
of the particles, and therefore to a transfer of momentum by the particles from the axial to the
wall-normal direction, which translates into a mean forcing in the pipe cross-section. Due
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to the non-uniform particle distribution promoted by gravity, this mean forcing is larger in
the bottom than in the top of the pipe cross-section, therefore inducing a secondary flow.
However, this secondary flow is not caused by the anisotropy in the Reynolds stresses (Huber
and Sommerfeld used a k-ε turbulence model, which is isotropic and unable to predict a
secondary flow; see Speziale, 1982); it is directly linked to the effect of the pipe roughness
on the particle-bouncing, and, as shown by Huber and Sommerfeld, is absent in the case of
smooth walls. Another subtle mechanism that leads to the existence of a mean forcing in the
pipe cross-section is a particle non-linear drag. Due to the turbulence velocity fluctuations,
this non-linear drag results in a mean forcing in the pipe cross-section, even in the absence of
secondary flow. In a horizontal pipe, due to the non-uniform particle distribution promoted
by gravity, this mean forcing is not uniform, therefore inducing a secondary flow.
The objective of this study is twofold. First, we will give experimental evidence for the
occurrence of particle-driven secondary flow with “real” particles, instead of point-particles,
as it is the case in the DNS. To obtain a better fundamental fundamental understanding of
the mechanisms driving secondary flow, similar to the DNS, we considered a simplified and
well defined situation: a non-uniform distribution of particles kept at fixed positions. With
fixed particles, the only existing force in the cross-section is related to the non-linear drag.
However, this forcing in the cross-section is much smaller than the drag in the streamwise
direction. Since the changes in the Reynolds stresses in the cross-section are, to first order,
proportional to the streamwise forcing, as we will show below, the secondary flow is mainly
driven in our experiments by the non-uniform turbulence modification. We note here that,
contrary to our DNS in Belt et al. (2007), “direct” effects, associated with the wake behind
the particles, can be present due to the finite size of the particles. We also note that the particle
distribution was random in our DNS, while in our experiments the particles are distributed
in an organized way, which could have an effect on the turbulence modification. Second, we
will investigate the scaling of the particle-driven secondary flow with the streamwise forcing,
which can be easily done in the experiments.
The theory has been presented in previous chapter. We first formulate the idealized problem and we present the experimental set-up that is used to measure the particle-driven secondary flow. After, we present the results, focusing on (i) the relation between the occurrence
of secondary flow and the turbulence modification caused by the mean particle forcing, and
on (ii) the scaling of secondary flow with the mean streamwise forcing.
7.2

Problem formulation

In an actual particle-laden pipe flow, for the dispersed phase, the momentum loss by
particle-particle and particle-wall inelastic collisions is compensated by the net momentum
it acquires from the fluid. Therefore, the forcing of the flow by the particles has a mean
and fluctuating component. The occurrence of a mean forcing can also have more subtle
causes. For instance, the non-perfect correlation between the particle and fluid path leads to
the occurrence of a drift force (see Viollet and Simonin, 1994). Furthermore, the turbulent
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flow promotes the movement and dispersion of the particles. Due to the dispersion, we have
a continual change in the particle forcing, which interaction with the secondary flow is not
known a priori. We showed in the theory of the previous chapter that a “direct” forcing in
the cross-section ~Φo , e.g. due to gravitational forces, can promote a secondary flow, which
is not related to the anisotropy in the Reynolds stresses. Therefore, in order to study the
turbulence modification by a non-uniform forcing, and the relation with secondary flow, we
considered a very simple and well defined test case: a non-uniform distribution of particles
kept at fixed positions. The particle distribution used in the measurements is shown in figure
7.2. With such a distribution, a non-uniform distribution of a mean and fluctuating forcing
of the flow is obtained, which could mimic the actual forcing in a particle-laden flow. Furthermore, the forcing of the flow by the particles is mostly in the axial direction within this
configuration, and the effect of the forcing in the cross-section ~Φo is smaller than that of the
turbulence modification, as explained below. Therefore, the occurrence of secondary flow in
the measurements will not be caused by ~Φo .
Since the particles have a finite size and are kept at fixed positions, the particle Reynolds
number Re p will be quite high, and the particle forcing on the flow will be non-linear. Due
to the turbulence velocity fluctuations, this non-linear drag results in a component in the
cross-section, even in the absence of secondary flow. For instance, ~Φo will have a component
proportional to the Reynolds shear-stresses ux uz and uy uz in the x and y direction, respectively.
Since the distribution of the particles is non-uniform, this mean forcing is not uniform, and
could induce a secondary flow. However, the forcing in the cross-section due to non-linear
drag is small compared to the axial forcing. For instance, the Reynolds shear-stress scales
with the friction velocity squared, and we have the scaling:
Φo

Fz

∼



u∇
uB

2

(7.1)

We will show in the results that the divergence of the Reynolds-stress tensor in the crosssection ∇ · τ̃ scales with the particle forcing in the axial direction. Therefore, we have:
Φo
∇ · τ̃

∼



u∇
uB

2

(7.2)

Since the bulk velocity is much larger than the friction velocity, the particle forcing in the
cross-section due to non-linear drag ~Φo is much smaller than the divergence of the Reynolds
stress tensor in the cross-section ∇ · τ̃. Consequently, ∇ · τ̃ will be the driving force of our
secondary flow.
The fixed particles are distributed more or less homogeneously in the bottom of the pipe.
The distance between the center of two neighbor particles is L p ≈ 0.1 · D in the axial direction
and in the pipe cross-section. The particle diameter is equal to D p = 0.02 · D. The influence
of the particle forcing on the flow is studied by considering two bulk Reynolds number of the
flow: ReB = 5300 and ReB = 10600. Single-phase pipe-flow experiments are also performed
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Figure 7.2: Distribution of the fixed particles. Coordinate system.

at the same bulk Reynolds numbers in order to provide comparison data for the flow with and
without particles. Furthermore, the single-phase pipe flow experiments at Re B = 5300 can be
compared with well known results of DNS at Reτ = 360.
7.3

LDA experiments

The present experiments are done in a closed circuit water loop (see figure 7.3). The
main part of the loop consists of a vertical, cylindrical pipe made of perspex, with an inner
diameter of D = 0.05 m and a length of Lpipe ≈ 9 m. Smooth entrance conditions are made
by feeding the pipe of water through an overflow vessel. At the entrance of the pipe, water
passes through a flow straightener (to suppress large swirl motions) after which it is tripped
with a trip-ring. The test section is approximately 6 m downstream the entrance, leaving
roughly 120 · D for the turbulent flow to develop. After the test section, approximately 2 m
(i.e. 40 · D) are left in order to avoid exit effects in the test section. At the exit of the pipe, the
water flows back into a large reservoir, from which it is pumped back to the overflow vessel.
The mass flow rate is measured at the exit of the pipe using a bucket and balance. The water
temperature is also measured at the exit of the pipe in order to have an accurate estimation of
the water density ρ and water viscosity µ (i.e. Reynolds number) from handbook tables.
The curvature of the pipe wall, together with the difference in refractive index between
water, perspex and air, leads to difficulties in the positioning and alignment along the x and
y axis (see figure 7.2 for the definition of the coordinate system) of the LDA measurement
volume in the vicinity of the wall. To solve this, the test section is made of a circular perspex
pipe with a small wall thickness of 1 mm and with an inner diameter of exactly D = 0.05 m.
Furthermore, a squared box filled with water is placed over the test section.
In the particle-driven secondary flow experiments, we decided to consider a simple well
defined test case, in which the particles are kept at fixed positions, to obtain a better fundamental understanding of the mechanisms involved. The non-uniform distribution of the
particles is shown schematically in figure 7.2 and in photo 7.4. To keep the particles at their
fixed positions, the lead particles of 1 mm diameter are put every 5 mm on a 0.1 mm fishing
line. The lines are attached on bars traversing the pipe below the trip ring, and are put under
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Figure 7.3: Experimental set-up. At T , the temperature is measured. At B, the mass flow-rate can be
measured with a balance.

Figure 7.4: Impression of the lead particles on fishing lines in the pipe.
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stress at the pipe exit through a tightening mechanism, in order to maintain them at the desired position (to counteract the drag of the secondary flow on the particles). Below, in the
explanation of the results, we will refer for simplification to the region y < 0 as the bottom of
the pipe, and y > 0 as the top part of the pipe.
Velocity measurements are made using a two-component, backscatter LDA standard TSIsystem (4W Spectra-Physics AR+ laser, TSI 9201 colorburst beam separator and TSI 9203
colorlink downmixer, see Harteveld, 2005). The output signal from the LDA system is processed using a TSI IFA-750 processor (see Harteveld, 2005). The length and width of the
measurement volume are ≈ 250 µm and ≈ 40 µm, respectively. The average value of the
Kolmogorov length scale can be estimated using the average dissipation based on the Blasius
relation, and is equal to Lk ≈ 218 µm and Lk ≈ 135 µm at ReB = 5300 and ReB = 10600,
respectively. Therefore, the velocity of the smallest scales in the flow can be measured with a
reasonable accuracy. The velocity signal is measured for 300 s at the measurement location,
giving on average a set of samples larger than 3 · 104 values in both directions. The tracer particles used are TSI spherical glass hollow beads, with a diameter of 8 − 12 µm and a density
close to that of water (≈ 1.05 − 1.15 kg/m3 ).
The velocity-components, which are measured with LDA, are in the plane of the laser
beams pair, and normal to the bisector of the two laser beams. Since the secondary flow
velocity is at least one order of magnitude smaller than the axial velocity, the alignment of
the laser beams planes along the x, y and z axis is crucial in order to avoid a ”leakage” from
the axial velocity component to the cross-sectional velocity components. Here, the alignment
procedure is made of three steps, which allowed us to measure with a good accuracy the
secondary flow, as will be shown in the results. The LDA probe is aligned by (i) aligning the
plane of the laser beam pairs with the plane of their reflections, (ii) aligning the plane of the
laser beams pair for the axial velocity component with the pipe wall, and (iii) checking that
symmetric velocity components in the cross-section are very small on the symmetry axis.
The LDA-probe is mounted on a traverse system allowing a traverse in all directions
within an accuracy of ± 5 µm. However, the absolute positioning of the measurement volume
in the pipe is not known with LDA, since the exact position of the wall is unknown. A first
guess of the wall position is obtained by traversing and searching at zero fluid flow for a
signal with a high noise level due to the reflections of a scattering particle on/in the wall. The
wall position, on the x and y axis in the single-phase flow experiments and on the x axis in
the particle-driven secondary flow experiments, is corrected for by computing the symmetry
axis in the profiles of the mean or rms velocity, knowing the exact value of the pipe diameter.
LDA data is subject to a variety of bias errors (see Tummers, 1999, van Maanen, 1999, or
Absil, 1995). The results presented in this study are corrected for the largest sources of bias
errors: (i) velocity bias, (ii) multiple validation, and (iii) noise. Velocity bias results from
the larger probability to sample the velocity of a tracer particle moving with a large velocity
through the measurement volume. Therefore, statistical quantities computed as arithmetic
averages will be erroneous. The interarrival time weighting (see Tummers, 1999) is used to
compensate the velocity bias, which is valid, since the criterion Ṅ ≈ 10/λT , where Ṅ is the
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mean data rate, and λT the Taylor time scale (see Tummers, 1999), is met. The velocity bias
correction of the data is found to be small (≈ 1.5% on average, with a maximum correction
close to the wall in the order of ≈ 5%). Multiple validation occurs when the burst generated
by one tracer particle is detected as generated by more than one tracer particles (see van
Maanen, 1999). This is corrected for by introducing a ”dead time” after the detection of a
tracer particle in the post-processing. It is verified that multiple validation has been removed
by considering the Poisson distribution of the interarrival time probability distribution. Also
the multiple validation correction is found to be negligible ( 1%, except very close to the
wall, i.e. ` / 0.8 mm, where it can be in the order of ≈ 3%).
Noise in the experiments can contribute to the value of the velocity variance, since the
variance of noise n2 is not equal to zero:

(u + n)2 = u2 + n2

(7.3)

In our LDA system operating in backscatter mode, noise can account for approximately
10 − 20% to the variance, and therefore it must be removed in the post-processing. It is
assumed that noise is uncorrelated in time. Therefore, noise has only a contribution to the
time autocorrelation function at zero time lag, and the autocorrelation function does not tend
to unity in the limit of zero time lag. An extrapolation of the fit of the autocorrelation function
at zero time lag gives an estimate for the noise-free part of the velocity variance. Because of
the irregular distribution in time of the velocity samples, the estimate of the autocorrelation
coefficient is calculated using a Local Normalization Fuzzy Slotting technique with Local
Time Estimation (see, e.g., Nobach, 2002, Benedict et al., 2000, Tummers, 1999, van Maanen, 1999, or Harteveld, 2005). We use the model based fit of the autocorrelation coefficient
proposed by Nobach (2002): Rk = a · c · exp(−b · k) − a · b · exp(−c · k), where Rk is the autocorrelation coefficient with lag k, and a, b and c are the model parameters to fit. The fit model
is verified to be adequate, and has the advantage to give directly an estimate for the Taylor
time scale λT = (2/(b · c))0.5 . The expression for the variance of the autocorrelation coefficients, as proposed by Tummers (1999), is used as weighting function in the fit. Details on
the procedure in the estimation of the noise-free variance can be found in Daalmans (2005).
The Reynolds shear-stresses are measured by applying a simultaneity criterion (through
a coincidence window) on the time signal during post-processing. The coincidence window
is set to 200 µs and 350 µs for ReB = 10600 and ReB = 5300, respectively, which is smaller
than the mean interarrival time and larger than the mean transit time. Finally, the samples
in the data set with a velocity larger/smaller than the mean velocity ±5 times the standard
deviation are considered as outliers and are rejected. This correction did not influence much
the statistical quantities (< 1%). Other sources of bias errors, such as velocity gradient bias,
amplitude bias, etc. are not corrected for and are considered as insignificant.

7.4. Results on single-phase turbulent pipe flow
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Table 7.1: Bulk Reynolds numbers in the experiments and simulations.

“low”

7.4

“high”

LDA

5600

9745

DNS/LES

5300

10600

Results on single-phase turbulent pipe flow

To ensure that we can measure with a reasonable accuracy (i) the secondary flow velocity, which is at least one order of magnitude smaller than the mean axial velocity, and
(ii) the Reynolds stresses in the cross-section, which are the driving force of the secondary
flow, we performed reference measurements of single-phase turbulent pipe flow, at roughly
the same bulk Reynolds numbers as in the particle-driven secondary flow experiments. The
two actual bulk Reynolds number ReB in the single-phase flow experiments, which are based
on the mean mass flow-rate obtained from the LDA results and the actual kinematic viscosity obtained from tables at the mean temperature of the experiments, are given in table 7.1,
and are denoted below by “low” and “high” bulk Reynolds number. The single-phase turbulent pipe flow measurements at “low” and “high” bulk Reynolds numbers are compared with
the results from DNS and Large Eddy Simulation (LES), respectively, at roughly the same
bulk Reynolds number. The DNS and LES are performed at ReB = 5300, i.e. Reτ = 360
and ReB = 10600, i.e. Reτ = 660, respectively. Details on the DNS and LES can be found
in Eggels (1994), Eggels et al. (1994) and Portela et al. (2002). We note that the present
DNS/LES results are obtained with a smaller grid spacing than those in Eggels (1994), Eggels
et al. (1994) and Portela et al. (2002). Although the comparison between simulations and
experiments is done at slightly different bulk Reynolds numbers, we do not expect any significant differences in the turbulence properties when normalized with the friction velocity,
uτ .
As stated above, the center of the pipe and the wall position are determined by determining the symmetry axis in the profiles. Since the measured profiles are very symmetric, we
present in the results the average of the two halfs of the profiles. The results shown for the
single-phase turbulent pipe flow are normalized by the friction velocity, uτ . In the experiments, uτ is determined from the mass flow rate obtained from the LDA results and the Blasius relation, which gives a good estimate of the friction factor, as shown by e.g. Van Doorne
(2004), and below in the profile of the total shear-stress.
The mean axial velocity profile is shown in figure 7.5. The experimental and numerical
results coincide very well all over the pipe, except very close to the wall (for ` / 0.8 mm
from the wall). The flow rate obtained by integration of the mean axial velocity profile gives
an error of ≈ −2.5% compared to the flow rate measured with a balance.
The profiles of the experimentally measured radial and tangential mean velocities, nor-
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Table 7.2: Bulk Reynolds numbers in the secondary flow experiments.

LDA

“low”

“high”

5494

10864

malized with the local axial velocity, are shown in figure 7.6. The radial and tangential
velocities are very small compared to the local axial velocities, except very close to the wall.
Over a large part of the pipe cross-section, the ratio of the cross-sectional velocity to the axial
velocity is smaller than 0.2%, which is one order of magnitude smaller than the expected
secondary flow velocity promoted by the particle forcing. However, very close to the wall
(i.e. for one or two first measurement points from the wall), the mean axial velocity is also
small, and the error can be larger. In figure 7.6, these points are outside of the figure, and
are not shown for readability reasons. Consequently, the particle-driven secondary flow can
be measured within a good accuracy. Furthermore, the ratio of the cross-sectional velocity to
the axial velocity is constant (except for the radial one at the “low” bulk Reynolds number),
indicating that is it caused by a small misalignment of the measurement volume in the order
of 0.1◦ .
The profiles of the turbulence velocity fluctuations are shown in figure 7.7 and 7.8 for the
“low” and “high” bulk Reynolds number, respectively. The velocity fluctuations in the experiments and simulations are in good agreement, especially in the central region, the difference
being less than 5%. The cross-sectional velocity fluctuations are more difficult to measure
accurately close to the wall, where, however, the trend and the order of magnitude is still
correctly measured. Considering the present results, we can measure accurately changes due
to particle forcing, which are larger than ≈ 14% of the velocity fluctuations.
The profiles of the viscous, Reynolds and total shear-stresses are shown in figure 7.9 and
7.10 for the “low” and “high” bulk Reynolds number, respectively. Again the agreement
between experiments and simulations is good in the center of the pipe. The total stress is
linear over all the pipe, except close to the wall (for r ' 0.4), where the discrepancy can be
explained by non-overlapping measurements volumes due to refraction at the curved wall.
It can be observed that the slope of the total-shear stress is close to 2. This means that the
normalization of the shear-stresses by the friction velocity squared, u2τ , which is computed
from the Blasius relation (with the bulk velocity uB obtained from the LDA measurements),
is correctly predicted.
7.5
7.5.1

Particle-driven secondary flow
Secondary flow velocity

The secondary flow experiments are performed at roughly the same bulk Reynolds number as in the single-phase pipe flow experiments. The actual values are given in table 7.2,
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Figure 7.5: Profile of the mean axial velocity in the single-phase pipe flow experiments the “low”
and “high” Reynolds numbers. The symbols correspond to the experimental points (open and closed
symbols for the “low” and “high” bulk Reynolds numbers, respectively), and the lines are corresponding
to the simulations (solid and dashed line for the “low” and “high” bulk Reynolds numbers, respectively).
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Figure 7.6: Profile of the cross-sectional velocities in the single-phase pipe flow experiments, in percentage of the mean local axial-velocity. Closed and open symbols correspond to the “low” and “high”
bulk Reynolds number, respectively. The squares and circles correspond to the mean tangential and
radial velocities, respectively.
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Figure 7.7: Profile of the velocity fluctuations in single-phase pipe flow at the “low” bulk reynolds
number. The symbols correspond to the experiments (the squares, circles and triangles to the tangential,
radial and axial velocity fluctuations, respectively) and the lines to the DNS.

(uz uz )0.5 , (ur ur )0.5 , (uθ uθ )0.5

3

(uz uz )0.5
(uθ uθ )0.5
(ur ur )0.5

2.5
2
1.5
1
0.5
0

0

0.1

0.2

0.3

0.4

0.5

`
Figure 7.8: Profile of the velocity fluctuations in single-phase pipe flow at the “high” bulk Reynolds
number. The symbols correspond to the experiments (the squares, circles and triangles to the tangential,
radial and axial velocity fluctuations, respectively) and the lines to the LES.
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Figure 7.9: Profile of the Reynolds, viscous and total shear-stress in single-phase pipe flow at the “low”
bulk Reynolds number. The symbols correspond to the experiments (the circles, squares and triangles
to the total shear-stress τTrz , Reynolds shear-stress τRrz and viscous shear-stress τVrz , respectively) and the
lines to the DNS.
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Figure 7.10: Profile of the Reynolds, viscous and total shear-stress in single-phase pipe flow at the
“high” bulk Reynolds number. The symbols correspond to the experiments (the circles, squares and
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based on the mean mass flow rate and the actual kinematic viscosity obtained from handbook
tables at the mean temperature in the experiments.
The velocity vector fields of secondary flow for the “low” and “high” bulk Reynolds
number are shown in figure 7.11 and figure 7.12, respectively. We do observe in figures 7.11
and 7.12 the occurrence of a secondary flow driven by particle forcing. The secondary flow
consists of (i) two large cells in the pipe bottom, which are perfectly symmetric with respect to
the y axis and of large amplitude, and of (ii) two elongated cells in the top of the cross-section,
which are symmetric with respect to the y axis and of small amplitude. The two large cells in
the bottom flow downward along the wall and upward on the y axis, whereas the elongated
cells in the top flow in the opposite direction, i.e. upward along the wall. The presence of
at least two secondary flow cells is explained by symmetry, since the mean circumferential
velocity must be zero on the y axis, which is the symmetry axis of the experimental set-up.
Furthermore, we observe that the secondary flow pattern is exactly the same at the “low” and
“high” bulk Reynolds numbers, but the velocity differs in amplitude.
The norm of the secondary flow velocity for the “low” and “high” bulk Reynolds number
is shown in figure 7.13 and figure 7.14, respectively. We can see that the magnitude of the
secondary flow velocity is significant, since its range is between 0 and 9% of the bulk velocity
uB . Furthermore, in figure 7.13 and 7.14, we can see that the differences in the norm of the
secondary flow velocity between the “low” and “high” bulk Reynolds number are small,
when normalized with the bulk velocity uB . This suggests that the particle-driven secondary
flow scales roughly with ReαB , with α close to one. Such a scaling has also been suggested
for secondary flow in non-circular pipes, where it seems to scale with Reτ (see Launder and
Ying, 1972, or Brundrett and Baines, 1964), which, in turn, scales globally with Re αB . In
particular, the least-square proportionality constant between the secondary flow velocities at
the “low” and “high” bulk Reynolds number is equal to ≈ 1.51, which corresponds to a value
of α equal to 0.59. Below we will show that the measured proportionality constant of ≈ 1.51
is close to that obtained through dimensional analysis.
The white contours in figure 7.13 and figure 7.14 correspond to values of the norm of
the secondary flow velocity lower than 0.5% of the bulk velocity, which is, according to the
single-phase flow experiments and the results below, an estimation of the measurement error
in the cross-sectional velocities. Since a large part of the vectors in the figures 7.11 and 7.12
are larger than the measurement error, we have with a reasonable certitude the four secondary
flow cells in the cross-section.
In fully-developed flow, the net transport of mass by secondary flow through the x and y
axis must be equal to zero. We show in figures 7.15 and 7.16 the profiles of the secondary
flow velocity components in the y and x direction along the x and y axis, respectively. Ideally,
the net integral of the curves in figure 7.15 and 7.16 must be equal to zero in fully-developed
flow. Moreover, in figure 7.16, the secondary flow component Vx must be small, since the y
axis is axis of symmetry, if the fixed particles are perfectly positioned. From figure 7.15 and
7.16, we can see that the net integral is indeed small. Normalized with the transport of mass
by the mean axial flow on the same x or y axis, the net transport of mass by secondary flow is
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Figure 7.11: Vector field of the secondary flow velocity for the “low” bulk Reynolds number. The
normalization of the vectors is arbitrary. Note that the missing vectors in the bottom part of the pipe are
due to the blockage of the laser beams by the fixed particles.
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Figure 7.12: Vector field of the secondary flow velocity for the “high” bulk Reynolds number. The
normalization of the vectors is the same as in figure 7.11. Note that the missing vectors in the bottom
part of the pipe are due to the blockage of the laser beams by the fixed particles.
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Figure 7.13: Norm of the secondary flow velocity for the “low” bulk reynolds number, made dimensionless with the bulk velocity ub . Note that in the bottom right (x ≥ 0 and y ≤ −0.01) the grid in the
measurements is quite large due to the blockage of the laser beams by the fixed particles, and, therefore,
the contours in the bottom right are crude.
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Figure 7.14: Norm of the secondary-flow velocity for the “high” bulk Reynolds number, made dimensionless with the bulk velocity ub . Note that in the bottom-right (x ≥ 0 and y ≤ −0.01) the grid in the
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Figure 7.15: Profile of the mean vertical velocity V y on the x axis, made dimensionless with the bulk
velocity ub , for the “low” and “high” bulk Reynolds number. The error bars represent the measurement
error, which is estimated to be equal to roughly 0.5%.
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less than 0.5%, which gives an estimation of the measurement error. This measurement error
is slightly larger than in single-phase flow. In single-phase flow, we verified the alignment
a priori (by also checking that the measured velocity in the cross-section was very small),
which could not be done for the measurements with particle-driven secondary flow. In figure
7.16, we can see that the secondary flow velocity through the symmetry axis is much smaller
than the maximum secondary flow measured. Therefore, below, we will use the y axis as true
axis of symmetry.
7.5.2

Mean axial velocity and Reynolds shear-stress

The contours of the mean axial velocity for the “low” and “high” Reynolds number are
shown in figure 7.17 and 7.18, respectively. They show that the mean axial velocity has a
good symmetry with respect to the y axis of symmetry, and that the particle forcing produces
a large shift of the maximum toward the top of the cross-section. This shift in the mean axial
velocity is in the same direction as that of the secondary flow velocity on the y axis in the
bottom of the cross-section. In the case of pipe flows with no internal forcing and uniform
boundary conditions, such as in pipes of non-circular cross-section, the shift in the mean
axial velocity gives the secondary flow direction. For instance, in a square pipe, it has been
observed that the iso-velocity lines are displaced toward the corners, which can be explained
with a simple balance of momentum in the axial direction. Due to secondary flow, there
is a net flow of momentum toward the corner, which needs to be balanced by an increase
of the shear-stress along the bisector line, which, in turn, leads to an increase in the mean
axial velocity in the corner. However, in the case of internal forcing and/or non-uniform
boundary conditions, the secondary flow direction cannot be inferred directly from the shift
in the mean axial velocity. The internal forcing and/or non-uniform boundary conditions
introduce changes in the momentum balance in the axial direction, which are not related to
the occurrence of secondary flow, and which also lead to a modification of the mean axial
velocity pattern.
In the absence of secondary flow, of for a negligible net flow of axial momentum due to
secondary flow, the balance of axial momentum on the y axis gives:
0

= −∇P̄z − F̄z +

∂τTyz
∂y

(7.4)

where −∇P̄z is the mean pressure-gradient in the axial direction, F̄z the mean axial forcing,
and τTyz the total shear-stress. We will consider the case of an internal forcing far from the
wall in the bottom part of thecross-section, as in our experiments. In fully-developed flow,
the mean pressure-gradient in the axial direction is constant over the cross-section, therefore,
the mean axial forcing far from the wall must be compensated by a decrease in the total
shear-stress gradient, which, far from the wall, is mostly equal to the Reynolds shear-stress
gradient. Using Townsends Reynolds number similarity hypothesis (see Townsend, 1976,
which is discussed in previous chapter), the mean axial forcing does not have an influence
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Figure 7.17: Contour of the mean axial velocity, normalized with the bulk velocity, u b , for the “low”
Reynolds number.
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Figure 7.18: Contour of the mean axial velocity, normalized with the bulk velocity, u b , for the “high”
Reynolds number.
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Figure 7.19: Contour of the cross-sorrelation ur uz = −τrz /ρ, normalized with the bulk velocity squared,
u2b , for the “low” Reynolds number.
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Figure 7.20: Contour of the cross-correlation ur uz = −τrz /ρ, normalized with the bulk velocity squared,
u2b , for the “high” Reynolds number.
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on the turbulence dynamics far from the forcing region, and the turbulence close to the wall
behaves autonomously with the only constraint to match the Reynolds shear-stress gradient
far from the wall. Therefore, due to the non-uniform forcing, the Reynolds shear-stress is
lower in the bottom than in the top of the cross-section. Furthermore, close to the wall, the
total shear-stress gradient is lower in the bottom than in the top, since it must match that far
from the wall. Since, close to the wall, the viscous shear-stress mainly contributes to the total
shear-stress, it must also decrease. In turn, the mean axial velocity will be lower in the bottom
than in the top. This mechanism is referred to as the “blockage” effect in previous chapter.
Close to the wall, the gradient of the mean axial velocity in the radial direction is decreased in the bottom compared to the top. However, further from the wall, the gradient of
the mean axial velocity in the radial direction becomes larger in the bottom than in the top,
due to the shift of the mean axial velocity profile toward the top. Furthermore, we can observe
in figure 7.17 and 7.18 the occurrence of gradients of the mean axial velocity in the circumferential direction in the bottom of the cross-section. We will see below that the distortion of
the mean axial velocity field will have a large impact on the production of turbulence kinetic
energy, which, in the log-law region, is proportional to the Reynolds shear-stress.
The contours of the Reynolds shear-stress −ρ ur uz are shown in figure 7.19 and 7.20
for the “low” and “high” bulk Reynolds number, respectively. It is computed using u r uz =
ux uz cos θ + uy uz sin θ, where ux uz and uy uz are the measured cross-correlations. Figure 7.19
and 7.20 show that the pattern of the Reynolds shear-stress, −ρ ur uz , normalized by ρu2b , is
very similar for the “low” and “high” bulk Reynolds number. They also show that, in the
top of the cross-section, the pattern of the Reynolds shear-stress, −ρ ur uz , is similar to that
in single-phase flow, with a local maximum close to the wall. In the bottom of the crosssection close to the wall, conform to the explanation given above on the “blockage” effect,
the Reynolds shear-stress is decreased. However, above the particle forcing region (−0.015
m / y / 0), the Reynolds shear-stress is significantly increased, and it is larger than e.g. the
Reynolds shear-stress close to the wall in the top of the cross-section. Such an effect was
not observed in the DNS in the previous chapter. The increase in the Reynolds shear-stress,
−ρur uz , could be explained by the “direct” effect of the particle forcing. Since the particle
Reynolds number Re p in our experiments is quite high, a wake will develop downstream each
particle, which increases the turbulence in the particle region.
With the measured patterns of the Reynolds shear-stress and the mean axial velocity, we
can investigate the effect of the particle forcing on the production of turbulence kinetic energy,
and on the turbulence velocity fluctuations in the cross-section.
7.5.3

Turbulence kinetic energy

The changes promoted by the particle forcing in the axial momentum balance lead to
changes in the production of turbulence from the mean flow. The production of turbulence
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kinetic energy (TKE), Pk , is given by:

Pk = −ui u j

∂Ui
∂x j

(7.5)

The pattern of the production of TKE, Pk , is shown for the “low” and “high” bulk Reynolds
number in figure 7.21 and 7.22, respectively. It is computed with the measured Reynolds
shear-stress and the mean axial velocity gradients in the cartesian coordinate system. Furthermore, we assumed that the terms in equation 7.5 with i, j equal to x, y and y, x is negligible, since it contains the secondary flow velocity and the Reynolds shear-stress in the
cross-section, which are both much smaller than the mean axial velocity and axial Reynolds
shear-stress, respectively. This assumption was also necessary, since the cross-correlation in
the cross-section, ux uy , cannot be measured with the current LDA system.
In figure 7.21 and 7.22, the low production of TKE in the bottom close to the wall is
caused by the decrease there of the Reynolds shear-stress and the gradients in the mean axial
velocity, because of the “blockage” effect. The large production of TKE in the top close to the
wall results from shear, similar to single-phase turbulent pipe flows. The high production of
TKE around the fixed particles is due to the non-negligible mean axial velocity gradient and
to the large Reynolds shear-stress, that is probably caused by “direct” effects in the particle
region.
In figure 7.23 and 7.24, we show the TKE for the “low” and “high” bulk Reynolds number,
respectively, for which the axial Reynolds stress −ρ uz uz is the main contribution in turbulent
pipe flows. The pattern of the TKE is similar to that of the production of TKE: a local
maximum close to the wall in the top part of the cross-section, which is not occurring in
the bottom due to the “blockage” effect of the particles, and a large value in and above the
particles that is probably due to “direct” effects of the particles. The resemblance between
the patterns of the TKE and the production of TKE, Pk , can be understood when assuming
a behaviour of −ρ uz uz proportional to that of the Reynolds shear-stress close to the wall,
which, in turn, is proportional to the production of TKE (or the axial Reynolds stress) in the
log-law region.
7.5.4

Reynolds stresses in the cross-section

In the theory section of previous chapter, we have shown that the divergence of the
Reynolds stresses in the cross-section, ∇ · τ̃, is the driving force for secondary flow. The prediction of the secondary flow also requires the mean pressure-gradient in the cross-section,
(−∇P)r and (−∇P)θ . The pressure field has not been measured in our experiments, however,
it is a reactive force to the isotropic part, and to the irrotational deviatoric part of ∇ · τ̃ (see
previous chapter). Assuming that the behaviour of the Reynolds stresses in the cross-section
is similar, i.e. that the pressure field does not counterbalance one of the two components of
∇ · τ̃ preferentially, the secondary flow direction can be inferred from ∇ · τ̃, hence from the
Reynolds stresses in the cross-section.
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Figure 7.21: Contour of the production of turbulence kinetic energy, P k , normalized by Ub3 /D, at the
“low” Reynolds number.
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Figure 7.22: Contour of the production of turbulence kinetic energy, P k , normalized by Ub3 /D, at the
“high” Reynolds number. We note that the small production of TKE in the top (for −0.01 / x / 0.01
and 0.02 / y ≤ 0.025) is probably a measurement error and a consequence of the determination of
gradients in a cartesian coordinate system close to the wall.
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Figure 7.23: Contour of the turbulence kinetic energy normalized by the bulk velocity squared u 2b , for
the “low” Reynolds number.
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Figure 7.24: Contour of the turbulence kinetic energy normalized by the bulk velocity squared u 2b , for
the “high” Reynbolds number.
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In cylindrical coordinates, the divergence of τ̃ in the ~er and ~eθ directions is given, respectively, by:
(∇ · τ̃)r

=

(∇ · τ̃)θ

=

∂τrr 1 ∂τrθ τrr − τθθ
+
+
∂r
r ∂θ
r
1 ∂τθθ ∂τrθ 2τrθ
+
+
r ∂θ
∂r
r

(7.6)
(7.7)

where:
τθθ = −ρ uθ uθ ;

τrr = −ρ ur ur ;

τrθ = −ρ ur uθ

(7.8)

The prediction of the secondary flow direction, using ∇ · τ̃, requires the Reynolds stresses
in the cross-section, which are made by redistribution of the axial turbulence to the ~e r and ~eθ
directions. Since the changes promoted by the particle forcing on the axial Reynolds stresses
are quite large, small subtle changes in the redistribution mechanism by the particle forcing
(see, e.g., Li et al., 2001, or chapter 5 and 6), will probably not have a major impact on the
distribution of the Reynolds stresses in the cross-section. Hence, the pattern of the Reynolds
stresses in the cross-section will be similar, to first order, to that of the axial Reynolds stress.
The contours of the radial Reynolds stress, τrr , for the “low” and “high” bulk Reynolds
number are shown in figure 7.25 and 7.27, respectively. Those of the circumferential Reynolds
stress, τθθ , for the “low” and “high” bulk Reynolds number are shown in figure 7.26 and 7.28,
respectively. The normal Reynolds stresses τrr and τθθ are obtained from the measured normal Reynolds stresses τxx and τyy , with the assumption that the Reynolds shear-stress in the
cross-section, τxy , is negligible compared to τxx and τyy . Justification for the assumption of
negligible τxy is given in the appendix of this chapter.
We can see in figures 7.25, 7.26, 7.27 and 7.28 that, indeed, the normal Reynolds stresses
in the cross-section have a quite similar distribution to the TKE. However, we also note
differences. In and close the particle forcing region, the Reynolds stresses in the cross-section
τrr and τθθ are maximum, similar to the TKE. On the opposite, the local maximum in τrr and
τθθ close to the wall in the top is not very pronounced, especially for the “low” bulk Reynolds
number, and for the radial Reynolds stress.
In the appendix, we show that the Reynolds shear-stress in the cross-section, τ rθ , is much
smaller than the normal Reynolds stresses in the cross-section, τrr and τθθ , and that the patterns of τrθ do not show strong gradients. Apparently, the particle forcing does not have a
large impact on τrθ , since in single-phase turbulent pipe flow, it is exactly equal to zero. We
note that this is different from square pipes, where the gradients of τrθ can play an important role in the determination of the secondary flow (see, e.g., Demuren and Rodi, 1984).
Therefore, in our experiments, the two components of ∇ · τ̃ are mainly determined by the
Reynolds stresses τrr and τθθ . Furthermore, figure 7.29 and 7.30 show that the radial component (∇ · τ̃)r is mainly determined by the gradient of τrr with respect to the radial direction,
since in equation 7.6 the term (τθθ − τrr ) /r represents at maximum 20% of the term ∂τrr /∂r.
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Figure 7.25: Contour of the radial Reynolds stress −ρur ur , normalized by ρu2b , for the “low” bulk
Reynolds number.
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Figure 7.26: Contour of the circumferential Reynolds stress −ρuθ uθ , normalized by ρu2b , for the “low”
bulk Reynolds number.
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Figure 7.27: Contour of the radial Reynolds stress −ρur ur , normalized by ρu2b , for the “large” bulk
Reynolds number.

Figure 7.28: Contour of the circumferential Reynolds stress −ρuθ uθ , normalized by ρu2b , for the “large”
bulk Reynolds number.
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Figure 7.29: Contour of the term (τθθ − τrr )/r compared to the term ∂τrr /∂r (in % and in absloute
value) in the driving force in the radial direction (∇ · τ̃)r for the “low” bulk Reynolds number. We note
that the values at the grid points denoted by + in the figure are not accounted for in the contour-plot,
since these values are abnormally high (mainly due to the division by r close to r = 0).
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Because of the symmetry with respect to the y axis, there exist at least two secondary
flow cells. Due to this symmetry, we only need to consider in the left-hand side of the crosssection (i) the gradient of τrr with respect to r, and (ii) the gradient of τθθ with respect to θ,
to predict the secondary flow direction. This reasoning needs to be made for only one bulk
Reynolds number, since the patterns of the Reynolds stresses τrr and τθθ are very similar for
the two bulk Reynolds numbers.
Figure 7.26 and 7.28 show that, close to the wall, the gradient of the circumferential
Reynolds stress with respect to θ pushes the flow (i) in the~eθ direction for θ between π/2 and
≈ 3π/4, and strongly in that direction for θ between ≈ 7π/6 and −π/2, and (ii) in the −~e θ
direction for θ between ≈ 3π/4 and ≈ 7π/6 (see the arrows in figure 7.28). The comparison
with the secondary flow fields in figure 7.11 and 7.12 show that, indeed, we have a strong
secondary flow velocity close to the wall for θ between ≈ 7π/6 and −π/2, i.e. in the same
direction as (∇ · τ̃)θ between these angles. The elongated cell of small amplitude in the top of
the cross-section flows in the same direction as that of the driving force in the circumferential
direction, (∇ · τ̃)θ , for θ between 3π/4 and ≈ 7π/6, but in the opposite direction for θ between
π/2 and 3π/4.
Figure 7.25 and 7.27 show that the gradient of the radial Reynolds stress with respect to
the radial direction pushes the flow mostly in the ~er direction, except in a small region in the
top of the cross-section between the local maximum close to the wall and the local minimum
in τrr , where the flow is weakly pushed in the −~er direction (see the arrows in figure 7.27).
The strongest driving force in the radial direction (∇ · τ̃)r is close to the wall at θ ≈ 7π/6,
and is in the ~er direction. The secondary flow velocity fields in figure 7.11 and 7.12 show
that, indeed, the two cells in the left-hand side flow in the ~er direction close to the wall at that
angle θ ≈ 7π/6.
The secondary flow results from the integral of ∇ · τ̃ in the cross-section. For the large
cell in the left-hand side bottom, the integration of (∇ · τ̃)θ at a small distance ` from the
wall for θ from ≈ 7π/6 to −π/2 is equal to τθθ (θ = −π/2) − τθθ (θ ≈ 7π/6), i.e. it leads to a
positive contribution in the~eθ direction, which is also the direction of the secondary flow cell.
The integration of (∇ · τ̃)r from the center to ` at θ ≈ 7π/6, and back to the center from that
same distance ` at θ = −π/2, is equal to τrr (θ ≈ 7π/6) − τrr (θ = −π/2), and it is a negative
contribution, in the opposite direction of the secondary flow cell. However, similar to singlephase flow, τrr is smaller in amplitude than τθθ close to the wall, which is due to the no-flux
condition through the wall for the radial velocity. This fact can also be seen by comparing
figure 7.25 and 7.26, and comparing figure 7.27 and 7.28. Therefore, the contribution in the
circumferential direction is larger than that in the radial direction, and it imposes the direction
of the secondary flow. A similar reasoning can be made for the elongated cell in the left-hand
side top, except that, in this case, the direction is mainly imposed by the radial Reynolds
stress, when performing the integration of ∇ · τ̃ between two radial positions close to the wall.
From the discussion above, it is clear that ∇ · τ̃ is the driving force of secondary flow and
that it can be used to infer the secondary flow direction. It also appears that the gradients
in the two normal Reynolds stresses in the cross-section are the most important terms in the
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determination of ∇ · τ̃.
7.6

Scaling of the particle-driven secondary flow with the mean axial forcing

The occurrence of secondary flow is an inertial effect. Integrating the Reynolds averaged
Navier-Stokes equations in the cross-section between two regions with and without particle
forcing, and neglecting the influence of the viscous forces, we get:
ρ∆|~V |2

∼ ∆τ̃

(7.9)

where ∆|~V |2 is the difference in the secondary flow velocity squared between the two regions
with and without particle forcing, and ∆τ̃ the difference in the normal Reynolds stresses in the
cross-section between the same regions. The secondary flow velocity |~V | will be the largest
where gradients in τ̃ are strongest. Far from large gradients, the secondary flow velocity will
be small, and ∆|~V |2 will be roughly equal to the maximum secondary flow velocity itself.
Consequently, we have:
ρ|~V |2

∼ ∆τ̃

(7.10)

Hence, the prediction of the maximum secondary flow velocity requires the prediction of
the Reynolds stresses in the cross-section. In the region far from the particle forcing, the
Reynolds stresses in the cross-section globally scale with the friction velocity squared, u 2∇ ,
which is based in the mean pressure-gradient in the axial direction. Hence, we have:
τ̃N

∼ ρu2∇

(7.11)

where τ̃N are the Reynolds stresses in the cross-section far from the particle forcing region,
and where the friction velocity, u∇ , is defined as:
u∇

≡



−∇P̄z D
ρ 4

0.5

(7.12)

with −∇P̄z is the mean pressure-gradient in the axial direction.
Close to the particle forcing region, and considering only the “indirect” effects on the
Reynolds stresses, i.e. the “blockage” effect, the Reynolds stresses in the cross-section globally scale with the effective pressure-gradient in the cross-section, which is the sum of the
mean axial pressure-gradient and the mean axial forcing. Hence, we have:
τ̃F

∼ ρu2∇ −

< F̄z >
4/D

(7.13)

where τ̃F are the Reynolds stresses in the cross-section close to the particle forcing region.
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From the difference between τN and τF , i.e. from ∆τ̃, we obtain the scaling law for the
maximum secondary flow velocity, given by:
ρ|~V |2

∼

< F̄z >
4/D

(7.14)

We note here that the “direct” effects promoted by the particle forcing will probably also scale
with the mean axial forcing, giving the same result as in equation 7.14. Using a standard drag
relation:

24 
CD =
1 + 0.15 · Re0.687
,
(7.15)
p
Re p
the scaling law for the maximum secondary flow velocity becomes, for fixed particles of
constant diameter in a flow with constant flow properties:
0.5

|~V | ∼ ReB0.5 1 + 0.15 · (d/D)0.687 ReB0.687

(7.16)

Our experiments show a good scaling of the secondary flow with the bulk Reynolds number.
An increase of the bulk Reynolds number by a factor 2 led to an increase of the secondary
flow velocity by a factor 1.51. The scaling law of equation 7.16 predicts an increase of 1.72
in the secondary flow velocity, which is quite close to our experimental value of 1.51. Due to
the low bulk Reynolds numbers considered here, probably viscous effects cannot be entirely
neglected, which could explain the discrepancy. We note that, in the limit of very large bulk
Reynolds numbers, or very large particle Reynolds number Re p , the secondary flow velocity
will scale with the bulk Reynolds number.
7.7

Conclusion

It is known that secondary flow occurs in single-phase fully-developed turbulent flows
in (i) pipes of non-circular cross-section, and/or (ii) in pipes with non-uniform boundary
conditions, and that it is related to the anisotropy in the Reynolds stresses in the cross-section.
In the previous chapter, we showed using DNS that a non-uniform internal forcing (e.g. the
forcing on the flow by particles distributed non-uniformly) can also promote a secondary flow.
In a turbulent pipe flow, a particle forcing can promote changes in the turbulence, which,
in the case of non-uniformly distributed particles, results in an anisotropy in the Reynolds
stresses in the cross-section that promotes a secondary flow. Here, we provide experimental
support to the occurrence of particle-driven secondary flow in a real fully-developed turbulent
pipe flow of circular cross-section.
Laser-Doppler anemometry (LDA) experiments were performed to measure the secondary
flow velocity field, that is promoted by a non-uniform distribution of fixed particles. A well
defined situation, in which the particles are kept at fixed positions in the pipe, has been chosen to study fundamentally the relation between the occurrence of secondary flow and the
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turbulence modification. Using this configuration, other mechanisms that could promote secondary flow, or obscure the relation between secondary flow and turbulence modification, e.g.
a forcing in the cross-section due to particle dispersion, are avoided. Our measurements show
the occurrence of a particle-driven secondary flow, which, with our particle distribution, consists of 4 cells having the required symmetry with respect to the symmetry axis, and which is
of relatively large magnitude (up to 9% of the bulk velocity).
A particle forcing in the axial direction can promote a turbulence modification due to
“direct” effects, which are associated to the local distortion of the flow field around the particles, and to “indirect” effects, which are associated to the changes the particles promote in
the balance of momentum and in the global turbulence dynamics. Our results showed the
occurrence of both the “indirect” and “direct” turbulence modification. Due to the balance
of axial momentum, the drag force has a “blockage” effect that reduces the mean axial velocity and the Reynolds shear-stress in the part of the pipe where the particles are located,
which, in turn, reduces the production of turbulence, and the turbulence itself. However, in
the proximity of the particles, “direct” or “wake” effects are observed, which consist in an
increase of the turbulence around the particles. “Wake” effects could be observed due to the
large particle Reynolds number in our experiments.
Our results showed that the divergence of the Reynolds stress tensor in the cross-section,
which depends on the turbulence modification, can be used to predict the direction of the secondary flow. It appears that the gradients of the radial and circumferential Reynolds stresses
(in the radial and in circumferential direction, respectively) are the dominant terms in the
divergence of the Reynolds stress tensor in the cross-section, and that they both determine
the secondary flow pattern.
We showed that the secondary flow velocity should scale with the root of the mean particle
forcing in the axial direction. The comparison of the measured secondary flow velocity at two
different bulk Reynolds numbers (e.g. two different particle forcings) showed indeed a clear
scaling relation, which is a function of the bulk Reynolds number, and which is close to the
scaling law we proposed.
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Appendix

The Reynolds shear-stress in the cross-section, τrθ , and τxy , cannot be measured with our
LDA set-up. However, gradients of τrθ with respect to r and θ appear in the divergence in
the Reynolds stress tensor in the cross-section, and τxy intervenes in the calculation of the
cylindrical stresses from the cartesian stresses. In the DNS of previous chapter, for the cases
which were simulated, τrθ was very small, and much smaller than the radial and circumferential Reynolds stresses, τrr and τθθ . Therefore, in our DNS, the effect of τrθ on the divergence
of the Reynolds stress tensor in the cross-section, i.e. on the secondary flow, was very small.
Apparently, the particle forcing does not have an impact on τrθ , since in single-phase turbulent pipe flow it is exactly equal to zero.
Here, we will compute the Reynolds shear-stress in the cross-section, τrθ , from an EddyViscosity Model with our measured LDA data, and show that (i) the predicted τ rθ is an order
of magnitude smaller than the radial and circumferential Reynolds stresses, and (ii) the predicted τrθ does not show any strong gradients.
The grid resolution in our experiments is too small to compute accurately τrθ from a
Reynolds stress model. Furthermore, a Reynolds stress model is complicated by the low
Reynolds numbers at which the experiments are performed, and at which local equilibrium
cannot be assumed. Instead, we will use the simple explicit Eddy-Viscosity Model, which
usually performs quite well for the Reynolds shear-stress in a pipe:


∂Ux ∂Uy
ux uy = −νt
+
(7.17)
∂y
∂x
where νt is the eddy-viscosity, which could be computed from e.g. the Smagorinsky model
and an adequate guess for the mixing length. Due to the low Reynolds number, however, an
accurate model for the mixing length cannot be easily specified, and instead, we calculate
its value using the above expression for the axial Reynolds shear-stresses, τxz and τyz , which
are measured. Both Reynolds shear-stresses τxz and τyz gave a similar value for the eddyviscosity. Also in our DNS, we checked that this approach gives a good estimate of τ rθ ,
except very close to a zero mean axial velocity gradient, which do not exactly correspond
to a zero axial Reynolds shear-stress (due to convection by secondary flow), and therefore,
which gives abnormally high values of the eddy-viscosity. However, in our experiments, the
grid resolution is too low to obtain exactly a zero gradient in the mean axial velocity, and the
approach does not give rise to erroneous values for the eddy-viscosity.
The Reynolds shear-stress τxy is shown in figure 7.31 and 7.32 for the “low” and “high”
Reynolds number, respectively. The magnitude of τxy is indeed much smaller than that of τxx
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and τyy , meaning that the Reynolds stresses τrr and τθθ are correctly predicted from τxx and
τyy , with τxy neglected.
The Reynolds shear-stress τrθ is obtained from the expression:
ur uθ

= ux uy (2 cos2 θ − 1) + cos θ sin θ(ux ux − uy uy ),

(7.18)

where the term associated to ux uy is neglected, and their values are shown in figure 7.33 and
7.34 for the “low” and “high” Reynolds number, respectively. Again we can see that the
Reynolds shear-stress τrθ is much smaller than τrr and τθθ , and that it does not show large
gradients in the r and θ direction. Hence, τrθ does not have an influence on the divergence of
the Reynolds stress tensor in the cross-section, and on secondary flow.
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Figure 7.31: Contour of the predicted Reynolds shear-stress in the cross-section τ xy for the “low”
Reynolds number.
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Figure 7.32: Contour of the predicted Reynolds shear-stress in the cross-section τ xy for the “high”
Reynolds number.
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Figure 7.33: Contour of the predicted Reynolds shear-stress in the cross-section τ rθ for the “low”
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8. Conclusions and recommendations

The thesis originally aimed to study the liquid loading phenomenon in inclined production
tubing from old gas wells. As shown in the study of Zabaras et al. (1986) in vertical annular flow, liquid loading is associated to the stability of the liquid film, since it occurs when
the gas flow is insufficient to drag the liquid film continuously upward. They show that, for
vertical annular flow, quite a simple mean axial momentum balance on the axisymmetric film
can give a prediction of the liquid loading occurrence. However, in inclined annular flow, i.e.
in non-vertical pipes, the film has a variable mean thickness around the circumference due to
gravity, and its distribution is complicated due to the many mechanisms that have an impact
on it. Hence, the prediction of the liquid loading occurrence becomes complicated, since the
drag and gravitational forces on the film depend directly on the film thickness distribution.
Therefore, prior to the modeling of liquid loading in inclined production tubing, a fundamental understanding of the film behavior in inclined annular flow is required. In the thesis,
we focused on the mechanisms that determine the film distribution around the circumference
and the film dynamics, which, finally, will help to model inclined annular flow, and the liquid
loading occurrence.
Primary mechanisms that must be modeled for the prediction of inclined annular flow
are (i) the interfacial friction, which is the main force driving the liquid film upward, (ii) the
action of the roll waves and of the secondary flow in the gas core on the film distribution
around the circumference. These three mechanisms are studied in the thesis, and the main
conclusions obtained will be given in next sections. In each section, conclusions will be given
that are of direct practical interest for the modeling of annular flow, but we will also provide
fundamental explanations of the mechanisms.
8.1

Interfacial friction

The friction correlation proposed by Wallis (1969) is widely used for engineering purposes. It is based on the concept that the roll waves on the interface are responsible for the
interfacial friction, and that their impact is similar to that of random roughness. Over the
years, the Wallis correlation has been modified in an ad-hoc manner in order to match better
the experimental results, and it has been postulated that the changes are related to transition
roughness (Lopes et al., 1985, Fore et al., 2000), or that the interfacial friction is mainly due
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to the ripples instead of the roll waves (Hanratty, 1991). In the thesis, we experimentally
showed that the basis of the Wallis correlation is correct, i.e. the interfacial friction can be
well predicted using the height and spatial distribution of the roll waves, and that an improvement of the Wallis correlation with respect to the experimental results can be obtained using
the friction correlation for turbulent flows in fully-rough pipes, instead of the fit proposed
by Wallis which is valid for only a very small region. From the perspective of the gas flow,
the roll waves behave like random roughness, since it is shown experimentally that (i) the
spatial distribution of the roll waves is stable and random within a gamma distribution, and
that (ii) the roll waves are 3-dimensional structures instead of smooth 2-dimensional structures, over which the flow would be in quasi steady-state and the drag force much smaller.
Since the roll waves extend into the outer layer of the turbulent gas flow, their effect is similar
to roughness elements in the fully-rough regime, and no direct dependence on the Reynolds
number should be included in the interfacial friction correlation, which, however, is done in
the modifications of the correlation proposed in literature. The sand-grain roughness, which
appears in the friction correlation for fully-rough pipes, is usually assumed to be equal to the
roll wave height. We showed that it must be proportional, but not necessarily equal to the roll
wave height, and that it can be well predicted in annular flow using the solidity concept (the
frontal area of the roll waves seen by the gas flow) of Schlichting (1936).
From a more fundamental perspective, the effect of random roughness on a turbulent flow
is studied in the thesis using direct numerical simulations. Random roughness is mimicked
in the DNS by a random distribution of fixed point-particles close to the wall. It is shown that
the effect of the drag exerted by the fixed point-particles on the turbulent flow is very similar
to random roughness: the profiles of the mean axial velocity and the Reynolds stresses are
very similar to those obtained from experiments presented in literature (e.g. in Flack et al.,
2005). The DNS results also show that the turbulence modulation due to the fixed pointparticles is confined to the inner layer, and essentially to the layer where the particles are
located. Although some studies on particular types of roughness have shown effects in the
outer layer (see, e.g., Jimenez, 2004, for a discussion), this observation is in agreement with
experiments on turbulent flows with standard rough walls, and it is conform to Townsend’s
Reynolds number similarity hypothesis (Townsend, 1976). In particular, the DNS show that
the drag due to the fixed point-particles promotes changes in the viscous stresses, and not
in the Reynolds stresses, that seem to behave autonomously from the wall dynamics and
on a larger scale. The theory on roughness in turbulent pipe flows described in Schlichting
(1979) is based on the assumption that the effects of random roughness are confined to the
inner layer. Therefore, from a practical point of view, the DNS results support the use of
the roughness theory for practical applications with random roughness, e.g. in annular flow,
since effects in the outer layer, which would require an adaptation of the roughness theory,
are absent. Furthermore, it is suggested that roughness effects are mainly due to the forces
exerted by the roughness elements on the flow, and not to continuity effects, since only drag
by the fixed particles is considered in our DNS. Hence, it can be suggested that random
roughness effects can be accounted for in e.g. simulations based on the Reynolds Averaged
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Navier-Stokes formulation by an extra body force close to the wall, or a variable mean axial
pressure-gradient in the cross-section.
8.2

Film distribution around the circumference in inclined annular flow

In the thesis, the film thickness distribution around the circumference is measured for
an inclined air/water annular flow in a pipe of 0.05 m diameter, using a spatially and timeresolved measurement technique. The experiments show that the roll waves in our annular
flow play a large role in redistributing the film around the circumference. However, the mechanisms related to the occurrence of roll waves (e.g. wave spreading and wave pumping) are
not the only mechanisms determining the film distribution in our annular flow, since, for certain conditions, roll waves are absent in the top of the cross-section, whereas a film is present
there. Hence, mechanisms such as (i) the drag on the film in the circumferential direction due
to the occurrence of secondary flow in the gas core, or (ii) a net droplet entrainment in the
bottom and a net deposition in the top of the cross-section, must play a role in our inclined
annular flow, especially in the top of the cross-section. Below, the results obtained in the
thesis for the action of the roll waves and of the secondary flow will be described.
8.2.1

Action of the roll waves

Experiments show that, for the part of the circumference where roll waves occur, the
profiles of the mean film thickness and the roll wave height around the circumference are
quite similar in shape. Furthermore, in the part where roll waves are absent, the profile of
the mean film thickness with respect to the angular position changes. This suggests that the
roll waves play a large role in the actual value of the mean film thickness, which is easily
understood when noting that the roll waves are roughly four times as large as the base film,
and that they cover a significant part of the interface (in the order of 1/3 of the interface). This
also suggests that an accurate prediction of the mean film thickness around the circumference
requires first an accurate prediction of the roll waves, and that the modeling of directly the
mean film thickness is rather awkward.
Nevertheless, we discuss in the thesis some models proposed in the literature that are
needed for the modeling of the mean film thickness. For instance, the wave pumping mechanism proposed by Fukano and Ousaka (1989) has been modeled with inviscid flow theory,
giving a relation between the height of the roll wave and the pressure distribution around
it, i.e. the pressure inside it. Due to the circumferential variation of its height, this leads
to an expression for the pressure-gradient in the circumferential direction inside the wave,
which could promote its extension around the circumference. However, it is shown that the
wave pumping mechanism can only account for a small part of the gravitational forces on
the wave, and therefore, that it is not the dominant mechanism redistributing the film. Instead, the extension of the roll waves around the circumference could be explained by e.g.
the wave spreading mechanism proposed by Butterworth (1972), or simply due to kinematic
effects, similar to the breaking of waves on beaches. To support the first mechanism, it has
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been shown experimentally that indeed the roll waves are inclined, i.e. the part of the roll
waves in the bottom is ahead of that in the top of the cross-section. In that case, the gas
flow could exert a drag force on the roll wave in the circumferential direction, which could
lead the wave to climb up the walls. However, it has also been shown experimentally that,
for certain conditions, roll waves are not inclined, whereas they are found in the top of the
cross-section. This suggests that wave spreading is not the only mechanism that forces the
roll waves to climb up the walls. The latter mechanism, i.e. the breaking of the roll waves,
requires that the wave velocity is not constant around the circumference. The circumferential
variation of the interfacial velocity is quite difficult to measure accurately, due to the small
differences. However, it is rather probable that the wave velocity is not truly constant around
the circumference, due to the circumferential variation in the base film height.
8.2.2

Secondary flow

In the gas core, a secondary flow, which is a mean flow in the cross-section, can occur
and promote a drag on the film in the circumferential direction. The occurrence and effects
of secondary flow in inclined annular flow are controversial in literature, however, it is shown
in the thesis that the sources of secondary flow are present in inclined annular flow, and that it
can account for a non-negligible part of the gravitational forces on the film, especially in the
top of the cross-section. For this reason, a theoretical investigation on the source of secondary
flow is performed, supported by direct numerical simulations and laser Doppler anemometry
experiments. This allowed to propose a robust modeling of secondary flow.
A secondary flow can be promoted by (i) a non-uniform forcing in the cross-section (e.g.
in inclined annular flow, the component in the cross-section of the drag force exerted on the
gas by the droplets, which are ejected from the film in the bottom of the cross-section), or
(ii) an anisotropy in the turbulence in the cross-section. This anisotropy can be caused by
the non-circular geometry of the gas core. However, more importantly, it is shown that a
non-uniform forcing in the streamwise direction, e.g. due to the circumferential variation of
the interfacial roughness, or to the non-uniform distribution of droplets accelerated by the
gas flow, promotes a non-uniform modulation of the turbulence, and therefore, an anisotropy
of the turbulence in the cross-section and a secondary flow. In this case, the turbulence
modification can simply be explained by the changes the streamwise forcing promotes in
the momentum balance in the axial direction. For instance, the occurrence of a streamwise
forcing close to the wall is balanced by the viscous stresses, which, in turn, leads to an
increase of the production of turbulence there. On the contrary, a streamwise forcing far from
the wall must be counterbalanced by the Reynolds stresses, which, in turn, leads to a decrease
in the production of turbulence. Since the effects of a streamwise forcing far and close from
the wall lead to opposite effects on the production of turbulence, the secondary flow obtained
with both cases have opposite directions. We showed that the secondary flow direction can
be predicted from the patterns of the normal Reynolds stresses in the cross-section. Since it
is shown that the effect of the mean forcing on the momentum balance and the turbulence
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production is larger than the disruption it promotes in the turbulence dynamics, it can be
suggested that the normal Reynolds stresses in the cross-section, and the resulting secondary
flow, can be predicted using the existing single-phase turbulence models, the mean forcing
appearing naturally in the momentum balances. Based on this concept, a scaling law for
secondary flow has been proposed, and has been verified using laser Doppler anemometry
experiments on an idealized test case with fixed particles. This scaling law can easily be
applied to inclined annular flow.
8.3

Recommendations

The roll waves seem to play a crucial role in inclined annular flow. They have a large
impact on the film redistribution around the circumference, and they are responsible for the
amount of liquid in the film (due to the entrainment of droplets from them, see, e.g., Azzopardi, 1997). In the thesis, their characteristics for vertical annular flow have been measured. However, a fundamental understanding, and therefore, a prediction tool is lacking.
For example, it is even not clear if the roll waves are truly waves in the classical sense of
fluid mechanics (no transport of mass), or lumps of liquid similar to slugs which transport is
determined by the gas flow. In the thesis, it has been suggested that, in the early stage of roll
wave formation, the coalescence of the waves determine their final spatial distribution. More
effort should be put in understanding the coalescence mechanism, since this could relate the
linear instability theory and the final distribution of roll waves observed.
Another point related to the occurrence of roll waves is the atomization mechanism of
droplets from the film. To the moment, the understanding of the atomization process in annular flow is lacking, while it is required to improve the modeling of the droplet entrainment and
deposition mechanisms. For instance, the atomization process determines the size distribution of the droplets, which is needed to conclude if ballistic deposition or turbulent deposition
(or both) govern the deposition mechanism. In the case of ballistic deposition, more information is needed on the roll waves (e.g. angles and velocities at which the droplets are ejected
from the roll waves, which must be closely related to the characteristics of the roll waves).
The film thickness measurement technique developed in the thesis, together with a photography technique, is well adapted to an experimental investigation of the interaction between
the gas flow and the roll waves.
Regarding the liquid loading problem, it can be suggested that its occurrence is explained
qualitatively by the gravitational forces on the film. For pipes inclined slightly from vertical,
experiments show that the film distribution becomes quickly assymmetric due to the gravitational forces in the cross-section. Therefore, compared to vertical annular flow, the weight
of the liquid film in the bottom of the cross-section increases, and the gas superficial velocity at which liquid loading starts must increase. On the opposite, for pipes inclined slightly
from horizontal, the gravitational forces on the film in the axial direction are small, and so
the gas superficial velocity at the liquid loading onset. However, a quantitative prediction of
the liquid loading occurrence requires the prediction of the mean film thickness distribution
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around the circumference. The latter could be calculated using the continuity and momentum balances in the circumferential direction, which depend on the three liquid redistribution
mechanisms in the cross-section. However, it appears that the film structure in the liquid
loading regime is quite different from that in upward annular flow, and more information is
needed on the film structure in the liquid loading region to close the models of the film redistribution mechanisms. Furthermore, the interfacial structure in the liquid loading regime
is also needed in order to predict accurately the interfacial friction (from the friction correlation for turbulent flows in fully-rough pipes). From this perspective, effort should be put in
measuring and understanding the behavior of the film structure in the liquid loading regime.
We note, however, that it is not a simple task. For instance, it is not sure if the measurement
device developed in the thesis is adequate, due to the many bubbles in the film. Therefore,
those results are not presented in the thesis.
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A. Time and spatially resolved measurement technique of
the film thickness in two-phase annular flows

A.1

Introduction

Annular flow is a two-phase flow configuration, which often occurs in pipelines used
for the production and transport of gas. In annular flow, the liquid (e.g, gas condensates
or oil) flows partly as a thin and wavy film along the wall and partly as droplets entrained
in the turbulent gas core. For optimization of the transport and gas separation, often the
exact distribution of the phases is required. However, its prediction requires the modeling
of several mechanisms, e.g the interfacial friction, the droplet atomization, etc., which are
not fully understood. Most of the mechanisms occurring in annular flow are related to the
interface and to the structures flowing on it. Therefore, we need to obtain experimentally
more information on the interfacial structure. To this purpose, we will present in this chapter
a measurement technique able to reconstruct the time-evolving film thickness in space, i.e.
around the circumference and in the axial direction, for vertical or inclined annular flow. The
measurement technique is a conductivity-based method using the distribution of the liquid
phase in annular flow: in the case of a conducting liquid (e.g. water), the liquid film is
electrically conducting, with a conductance depending on the film thickness, whereas the
droplet laden gas core is not. Therefore, the idea of the measurement technique is to impose
between a pair of electrodes in contact with the liquid film a potential and to measure the
resulting current in between, which is a function of the conductance of the liquid film, hence
of its thickness. Such a technique has been used extensively in the literature (see, e.g., Coney,
1973, Brown et al., 1978, Zabaras et al., 1986, Jayanti et al., 1990, Paras and Karabelas, 1991;
Fore and Dukler, 1995). The main difference of the present technique with others in literature
is that, in literature, the time signal of the film thickness is measured at only a few positions
in the annular flow, whereas we are measuring the film thickness evolution in time at many
positions (in our case: 320 positions), giving us a spatial reconstruction of the film in annular
flow, and, therefore, also spatial information on the interface. In this way, the measurement
technique is more akin to a flow visualization technique like electrode mesh sensors (see, e.g.,
Prasser et al., 1998), but transformed to the current situation in order to obtain a much higher
spatial resolution in the value of the film thickness. First, we will explain the measurement
technique in detail, together with the experimental set-up in which it is used. Next, we will
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Table A.1: Liquid and gas superficial velocities, UL S and UG S respectively, in the measurements presented here. ReL S and ReG S are the Reynolds numbers based on the pipe diameter and the liquid and
gas superficial velocity, respectively. Values for the superficial velocities are in m/s. We note that the
values of the gas superficial velocities can vary 0.3 m/s maximum around the values in the tables at the
different UL S .

UL S

5.3 · 10−3

9.6 · 10−3

1.9 · 10−2

4.0 · 10−2

8.2 · 10−2

ReL S

238

431

855

1805

3705

UG S

21.9

26.2

31.0

36.4

42.1

ReG S

75 · 103

89 · 103

106 · 103

124 · 103

143 · 103

present the calibration and the validation procedures of the measurement technique. Finally,
we will present some results on the film thickness obtained with the measurement technique
in annular flow.
A.2

Experimental set-up for the air/water annular pipe flow

The experimental set-up of the air/water vertical annular flow consists of a vertical, cylindrical pipe, made of perspex, of inner diameter D = 0.05 m and of total length L = 12 m (see
figure A.1). Dry air is injected with a compressor at the bottom of the pipe. Tap water is fed
into the pipe through a porous wall 1 m downstream of the gas inlet. The mass flow rates of
air and water entering the pipe are measured with rotameters. The film thickness sensor is
placed about 6.5 m (= 130 D) downstream the water inlet, leaving sufficient distance for the
liquid film to develop. The film is removed from the pipe through an annulus about 2.5 m
(= 50 D) downstream the film thickness sensor, therefore avoiding any exit effects on the film
thickness measurements. In the water coming from the annulus, the water temperature and
conductivity, which are necessary for the film thickness measurements as shown below, are
measured. The droplet laden gas core flows after the film withdrawal section through 2 m
pipe (= 40 D), after which the water is separated from the air and then collected. Finally, the
pressure-gradient in the vertical annular flow is measured using a manometer between 4 m
(= 80 D) and 7 m (= 140 D) downstream the water inlet (see Van’t Westende et al., 2007).
The results presented in this work correspond to measurements which are operated in the
annular flow regime without flow reversal, i.e. above or at the minimum in the pressuregradient vs. gas flow rate curve (see Zabaras et al., 1986). Therefore, the measurements
are performed at gas superficial velocities UG S higher than or equal to 22 m/s (see table A.1).
The liquid superficial velocities UL S are chosen such that the interface is wavy (see table A.1),
except at the lowest liquid superficial velocity, at which the Reynolds number Re L S based on
the pipe diameter and the liquid superficial velocity is equal to 238. Such a Reynolds number
ReL S is lower than the critical one, Recrit
L S , below which the interface is quasi smooth (no roll
waves, see Azzopardi, 1997). For instance, in a pipe of 0.05 m, Recrit
L S is roughly equal to
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Figure A.1: Experimental set-up. At T , γ and P, the temperature, the conductivity and the pressuregradient are measured, respectively. The film thickness probe is located at F. At B, the mass flow rate
of water can be measured with a balance.
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250 − 350 (see Azzopardi, 1997).
A.3
A.3.1

Measurement technique for the film thickness
Concept

In annular flow, the liquid is distributed partly as a film and partly as droplets in the gas
core. Therefore, for an electrically conducting liquid, the liquid film is conducting, whereas
the droplet laden gas core is not. By applying a potential between a transmitter and receiver
electrode in contact with the liquid film, we can measure the current in between the electrodes, which is proportional to the film conductance, which, in turn, is a function of the film
thickness.
The sensor used is an adaption of the electrode mesh sensor described in Prasser et al.
(1998) and Prasser et al. (2002) to our needs. It consists of 10 arrays, each with one “transmitter” ring electrode and 32 “receiver” island electrodes equally spaced around the circumference, as shown schematically in figure A.2 and in picture A.3. The electrodes are made
flush to the wall in order to avoid any disturbances of the liquid film, and, also, are always in
contact with the liquid film.
The signal acquisition can be explained using the simplified and schematic figure A.4 (for
which the sensor is reduced to two transmitters with each four receivers). During the signal
acquisition, the transmitter electrodes are activated successively, by supplying them with a
rectangular voltage pulse of duration 5.33 s. A full cycle necessary to activate 32 transmitters
takes 0.2 ms. Therefore, the total measuring rate is 5 kHz, despite of the fact that only 10
transmitter electrodes are actually used, the rest of the outputs are left idle and can serve to
extend the size of the sensor. The activation of the transmitter is done by closing alternatively
one of the semi-conductor switches S1-S2 in figure A.4. For each transmitter activation, in the
corresponding array, the resulting current is measured successively at the receiver electrodes:
it is preamplified and transformed into a voltage using operational amplifiers, and is sampled
by individual sample/hold circuits (see figure A.4). The analogue signal from the sample/hold
circuit is digitalized by analogue/digital converters and is stored in the signal acquisition unit.
The amplification can be changed in steps by a factor of 2 such that the signal covers a large
range of the 12 bit ADC.
A.3.2

Activation voltage

A rectangular voltage, with an amplitude equal to 5 V, is applied on the transmitter. Due to
the capacitance of the ion layers in the liquid, the ion double-layer at the electrodes, the sensor
and the cables, the current between the electrodes has a transient component. Therefore, the
current is sampled when the system has reached a steady-state. At that moment, the current
is a direct measure of the conductance of the liquid film, therefore, the film thickness, in
between the “control volume”, defined as the volume of fluid between the pair of receiver
and transmitter electrodes. It is checked that the current resulting from the rectangular pulse
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of duration τA = 5.33 µs has reached a steady-state. For instance, the response time τR = RC
of the equivalent electronic circuit of the liquid electrodes system is 125 to 250 smaller than
τA , for the entire range of film thickness in the measurements.
The advantage of a rectangular voltage pulse compared to a traditional sinusoidal voltage
activation is that no demodulation of the current is necessary to remove the carrier frequency.
For instance, in the case of a sinusoidal voltage, the changes in time of the fluid impedance
causes a modulation of the current. To retrieve the changes from the carrier signal, the current must be demodulated and low-pass filtered. However, this requires a carrier signal, i.e.
activation voltage, which frequency is an order of magnitude larger than the measurement frequency. On the contrary, in the present case with a rectangular voltage, a demodulation is not
required and the frequency of the carrier voltage is equal to the measurement frequency. This
makes it possible to achieve high measurement frequencies. In the measurements presented
here, each current at the receiver electrode is sampled with 5 kHz, which is much larger than
the physical phenomena governing the behavior of the liquid film.
The rectangular voltage pulse has both a positive and negative period of the same length
and the same absolute magnitude, therefore we do not have any direct current component,
which could lead to significant measurement errors due to electrolysis. The polarity of the
rectangular voltage pulse is achieved with the switch SP in figure A.4. The current is also
sampled at the end of both half periods of the activation pulse. The two samples are subtracted
digitally after the analogue/digital conversion, which allows to suppress low frequency noise.
A.3.3

“Cross-talk”

During the signal acquisition, a transmitter ring is activated and the current is sampled
at the receiver islands in the corresponding array. However, a part of the current from the
transmitter to the receivers which are sampled could also flow to the neighboring receivers
and transmitters from other arrays. First, this clearly results in a loss of spatial resolution
of the film thickness. Second, the receiver and transmitter electrodes in the other arrays
could get a non zero potential, and could in turn drive parasitic currents (or “cross-talk”) to
the receivers which are sampled. These parasitic currents would also decrease the spatial
resolution of the sensor, and increase the measurement error in the film thickness. To avoid
these parasitic currents to occur, the output and input circuits are designed with an impedance
significantly lower than the impedance of the fluid, which guarantees a zero potential at the
transmitter and receiver electrodes, except at the activated transmitter. Furthermore, between
each array containing the transmitter with its 32 receivers, rings with zero potential are placed
for insulation of the array.
A.3.4

Probes

Two different probes are made with two different distances between the transmitter and
receiver, to measure accurately in different ranges of film thickness. Ideally we want a short
distance between the transmitter and receiver to have a punctual measurement of the film
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Figure A.2: Schematic representation of a part of one array (n) of the sensor (the part consisting of the
transmitter ring Tn , 4 of the 32 electrode islands Rn and two insulation rings I). The cylindrical sensor
is opened in the representation. The distance L is equal to 3 mm and 6 mm for the “small” and “large”
sensor, respectively. The distances S and ` are equal to 3 mm. The diameter of the receiver islands d is
equal to 1.5 mm.

Figure A.3: Picture of the probe.

A.3. Measurement technique for the film thickness

257

R
−

i

+

R
−

i

+

R

i

+

−

S1

o

ADC

o

ADC

o

ADC

h

R

−

ADC

h

−

+

o

h

i

+

h
−
+

PSfrag replacements

S2

S/H

SP
− + − +

clock

t

S1

t

S2

t

SP

t

UT

t

IR

t

S/H

t
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data acquisition procedure, the voltage at the activated transmitter ring electrode is U T , the current at
the receiver island electrode is IR .
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thickness, since the signal measured is a function of the film conductance integrated over
the “control volume”. However, as shown by Coney (1973), the maximum film thickness
which can be measured corresponds approximately to the distance between the two electrodes. Therefore, lowering the distance between the electrodes will also diminish the measuring range in the film thickness. This can be seen in the calibration section below. In our
sensors, the distance between receiver and transmitter is 3 mm and 6 mm in the “small” and
“large” sensor, respectively. From the calibration curve in figure A.5, the small sensor allows
accurate measurements of the film thickness up to 2.5 mm, which is larger than the typical
maximal film thickness observed in annular flow at high air flow rates. The large sensor is
made to measure the film thickness at low air flow rates, where for instance flow reversal in
the liquid film starts to appear (Zabaras et al., 1986). The large sensor can typically measure
a film thickness less than 3.5 mm, according to the calibration curve of the large sensor in the
figure A.6.
The spatial resolution of the sensor in the circumferential direction corresponds to the
distance between the receiver islands, which are uniformly distributed around the circumference, and therefore equals π · D / 32 ≈ 4.9 mm. The spatial resolution in the axial direction
corresponds to the distance between two successive arrays, and equals 16.5 mm and 19.5 mm
for the small and large sensors, respectively.
A.4
A.4.1

Calibration and verification of the film thickness probes
Calibration

The sensor is calibrated using a static liquid film. It is made by inserting a non-conducting
insert of known diameter into the sensor, mimicking the gas core, and by filling the volume
left between sensor and insert with water. During the calibration, the water conductivity is
kept constant, and the inserts are correctly centered at the bottom and the top of the sensor.
The sensor is calibrated with a range for the film thickness which can exist in annular flow
(typically in the order of 0.5 mm). To prevent errors in the calibration due to variations in the
diameter of the sensor and the inserts over their length, the actual diameter of the sensor and
inserts, i.e. the gap thickness, are measured within an accuracy of 5 µm over their length. The
calibration is repeated several times to minimize errors due to non-correctly centered inserts
or to micro bubbles prisoned in the gap. For each pair of electrodes, the standard deviation
over the repeated static film calibrations was always less than 7% of the gap thickness, which
means that the calibrations are correctly reproducible.
Considering one gap thickness, the mean current from the 320 receivers shows a significant scatter. Therefore, one global calibration curve cannot be used for all the receivers.
A calibration curve is determined (using standard weighted least-square fitting routines) for
each receiver with the fit model A · (1 − exp(−B · δ)), where δ is the gap thickness, and A and
B the fitted parameters. Two examples of a curve fit for the small and large sensor are shown
respectively in figures A.5 and A.6.
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Figure A.5: Typical example for a calibration curve, for the small sensor, giving the relation between
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Figure A.6: Typical example for a calibration curve for the large sensor. Same legend as in figure A.5.

In the measurements, the water conductivity can vary due to temperature changes or eventual water contaminants. Therefore, it is likely that the measurements in annular flow are
performed with water at a different conductivity than that in the calibrations. Since the conductance of each control volume is proportional to the water conductivity, a correction must
be applied on the calibration curves, based on the actual conductivity during the measurements in annular flow. The correction is obtained by:
Ameas
Bmeas

γmeas
Acal
γcal
= Bcal
=

(A.1)
(A.2)

where γ is the water conductivity, and the subscripts “meas” and “cal” referring to the measurements and calibrations, respectively. It is checked experimentally, by doing calibrations
with a different but constant conductivity (using demineralized water with salt), that indeed
the parameter A is a linear function of the liquid conductivity γ (see figure A.7), and that the
parameter B represents a kind of characteristic length which is constant for the sensor (see
figure A.8). Furthermore, we note that, for a large film thickness, the instantaneous signal
can be larger than Ameas , due to the use of a fitted calibration curve and to experimental noise.
In that case, we calculate the instantaneous film thickness from an interpolation between the
two neighboring receivers. However, this occurs rarely. We also note that the calibration
depends on the amplification and the sampling rate. Therefore, the calibration is performed
at the same amplification and sampling rate as in the actual measurements.
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Figure A.7: Typical linear dependence of the parameter A in the fit model as a function of the conductivity γ. For the small sensor.
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The experimental calibration curves are verified by comparing them to those obtained
numerically from potential field calculations. In the numerical calibration, the potential field
equation is solved for a part of the sensor covered by a homogeneous layer of conducting liquid with a constant thickness. Figure A.9 shows the simulated part of the sensor, consisting
of 3 transmitter rings, 3 grounded insulation rings and 3 receiver islands. In the circumferential direction, a half of the distance between the receiver islands is taken into account, with
insulating boundary conditions on each side. In the axial direction, the domain is also limited
by insulating boundary conditions. Therefore, due to symmetry, each third transmitter ring
in the simulated sensor is supplied by an excitation voltage, while, in reality, this is only the
case for a single ring. The electrode ring left from the central receiver island is supplied by a
potential equal to unity to simulate the excitation, the potential at the other electrodes being
set equal to zero. We note that the curvature of the real sensor is neglected.
The liquid volume is discretized with a grid size of 0.125 mm. The total domain has
the dimensions of 49.5 × 2.5 × 5.0 mm3 (i.e. 316800 cubical elements) for the small sensor
and 67.5 × 2.5 × 5.0 mm3 (i.e. 432000 cubical elements) for the large sensor. The steadystate solution of the potential field equation is obtained numerically with a finite difference
scheme. The integration of the gradients at the surface of the conducting islands and rings on
the sensor surface supplies the currents caused by the excitation of the activated transmitter
ring and arriving at the receiver islands via the liquid film. The calculation is repeated by
varying the film thickness between 0.25 and 5 mm in steps of 0.25 mm, which corresponds
to adding 2 layers of cubical discretization elements at each increase of the thickness. The
result of the simulation with 10 mm film thickness is used as an approximate reference for
the case of an infinite film thickness. The free surface of the liquid layer is modeled by an
insulating boundary condition.
The comparison between the numerical and experimental calibration is shown in figure
A.10. The result from the simulations is proportional to the sum of all currents arriving
at all receiver islands on the same circumferential position, since they are connected in the
axial direction. An absolute comparison is difficult, therefore, the experimental results are
normalized with a constant factor obtained by averaging the ratio between the three last points
of the calibration curve and the corresponding calculation results, interpolated at the same
film thickness. Figure A.10 shows a good agreement between the experimental and numerical
calibration. The numerical calibration also confirms the tendency of a decreasing sensibility
of the sensor with increasing film thickness.
Moreover, the modeling allows assessing the cross-talk. The current arriving at the receiver island that is closest to the activated transmitter ring is superposed with currents that
arrive at more distant islands on the same circumferential position, i.e. the information on
the film thickness does not only origin from the region between activated transmitter ring and
receiver island. The share of the current coming from the second closest receiver island is
negligible until a film thickness of about 2 mm. At a thickness of 4 mm, it arrives at about
10% of the useful signal (see figure A.10). This is the order of magnitude of the loss of
resolution in axial direction, which is still acceptable. The current travelling to more distant
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the solid one for the small sensor and the dashed one for the large sensor. The open symbols correspond
to the experimental calibrations (see figure A.5 and A.6). The lines with symbols correspond to the
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islands remains negligible, because more grounded rings separate them from the activated
transmitter. Hence, the cross-talk in the axial direction is limited to the closest neighbouring
measuring position.
A.4.2

Validation

We performed two a posteriori validations of the measurement technique with their calibrations curves. The first validation consists in comparing the measured film thickness with a
predicted one, when its prediction is straightforward. For instance, for a vertical annular flow,
in the case of very small flow rates of liquid, the Reynolds number of the film Re F (which
is defined as UL δ/νL , where UL is the mean velocity in the film and νL the liquid kinematic
viscosity) can be sufficiently low that the film may be assumed laminar. Also, in that case,
roll waves do not exist on the interface (see, e.g., Azzopardi, 1997). Therefore, the entrainment of droplets in the gas core from the liquid film is negligible (see, e.g., Azzopardi, 1997,
Fore and Dukler, 1995), and the liquid mass flow rate in the pipe ṀL is equal to the mass flow
rate in the film ṀLF . Considering this case of very small liquid flow rates, the momentum
balances in the axial direction of the gas core and of the liquid film can be simplified in such
a way that the mean film thickness can be predicted easily.
From the momentum balance in the vertical direction on the fully developed liquid film,
assuming that (i) there is no entrainment, therefore, no advection of momentum due to the
atomization and deposition of droplets (see, e.g., Fore and Dukler, 1995), and (ii) the liquid
film is laminar, the velocity profile u(y) inside the film can be derived:


τi
y
1
dP
u(y) =
y
(A.3)
y+
−
− ρL g δ −
µL
µL
dz
2
where y is the distance from wall, z the vertical coordinate, τi the interfacial shear-stress
(directed in the positive vertical direction), −dP/dz the pressure-gradient in the vertical direction, µL the dynamic viscosity, ρL the density of the liquid, and g the gravitational acceleration. For simplicity, the equation is shown in cartesian coordinates, i.e. by opening up
the pipe and neglecting the curvature. However, we verified that the results obtained with the
equations in cylindrical coordinates are quasi the same (the predicted mean film thickness
differ less than 1 µm).
The continuity equation on the liquid film provides a second relation between the velocity
u(y), the mean film thickness δ and the mass flow rate of liquid ṀL :
ṀL = ρL

Z δ
0

u(y) πDdy

(A.4)

Therefore, the mean film thickness δ and the velocity at the interface u(δ) can be predicted
using the momentum balance and the continuity equation in the film, if the liquid mass flow
rate ṀL , the pressure-gradient −dP/dz and the interfacial shear-stress τi are known. The first
two values are measured and the interfacial shear-stress τi is estimated using the momentum
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Table A.2: Comparison between the measurement and the prediction of the mean film thickness δ and
the interfacial velocity u(δ). Values for the film thickness arein µm, for the interfacial velocity in m/s.
ReF and ReG correspond to, respectively, the Reynolds number in the film and the Reynolds number
of the gas core, which is defined as UG (D − 2δ)/νG . The values rms(δ) and e(δ) correspond to the
root mean square value of the film thickness fluctuations δ0 and the error in the mean film thickness
δ, respectively. The experimental values in the table correspond to the average of the results obtained
with the two sensors. The subscript “pred” corresponds to the predicted values. The subscript “Fore”
corresponds to interpolated values from the data in Fore and Dukler (1995) to the same conditions of
the measurements here.

ReL S

ReG

ReF

δ

238
238

143 · 103

60
60

138
157

124 · 103

e(δ) rms(δ0 ) u(δ)
14
19

33
44

1.01
0.94

δ pred u(δ) pred

δFore

153
179

206
232

0.90
0.78

balance in the axial direction on the gas core. Since there is no convection of momentum due
to the entrainment of droplets (see Fore and Dukler, 1995), the axial momentum balance of
the gas core is simplified into:
−

dP
4
− ρG g − τ i
dz
D − 2δ

= 0

(A.5)

where ρG is the density of the gas. Therefore, solving the three equations gives the predicted
mean film thickness δ and the velocity at the interface u(δ), which are shown in table A.2.
We compare the predictions of the the mean film thickness δ and the velocity at the
interface u(δ) in table A.2 at the lowest liquid superficial velocity UL S and the two highest
gas superficial velocities UG S in the measurements. At these conditions, we verified that no
roll waves are found. We note, however, that at the lowest UG S in table A.2 some roll waves
may start to appear. For this reason also, no predictions are done for lower Re G , since the
assumptions made may start to be false. In the experiments, the velocity at the interface u(δ)
is obtained by cross-correlation of the time signals obtained at different axial locations. Even
if large roll waves do not exist on the interface, the cross-correlation is still possible due to the
occurrence of small ripple waves on the interface (i.e. the measured velocity corresponds to
the characteristic velocity of the ripples in the reference frame of the laboratory). In table A.2,
we also show the Reynolds number of the film ReF , which is very small, and much smaller
than the Reynolds number at which a boundary layer starts to become turbulent (equal to
≈ 520, according to Schlichting, 1979). Therefore, the assumption made on the laminar
velocity profile in the liquid film is valid for the situations in table A.2. Furthermore, the root
mean square value of the film thickness fluctuations rms(δ0 ) is significantly smaller than the
mean film thickness, and which, therefore, shows the absence of roll waves.
We can see from table A.2 that the differences between our measurements and the predictions of the mean film thickness δ and the interfacial velocity u(δ) are small, taken into
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account the assumptions made (i.e. the laminar flow in the film) and the accuracy of the measurements of the pressure gradient −dP/dz, the mass flow rates of water and air ṀL and ṀG ,
and the film thickness δ. For instance, the measurement error e(δ) in the mean film thickness
δ, calculated as twice the standard deviation of the different mean film thickness measurements around the circumference, is equal to 14 µm and 19 µm for the high and low gas
Reynolds number ReG in table A.2, respectively. Furthermore, we can see that the measured
mean film thickness δ is about 10% smaller than the predicted one, whereas the measured
interfacial velocity u(δ) is about 10% larger than the predicted one, i.e. the differences are
in agreement with the continuity equation. Therefore, we can conclude that the results of the
measurement technique are in reasonable agreement with the predictions.
We also compare our experimental results with those of Fore and Dukler (1995), which
are obtained at similar conditions in a pipe of almost the same diameter and with the same
fluids. The mean film thickness data in Fore and Dukler (1995) is fitted using the model:
δFore

β

= c ·UGα S ·UL S · (1 − E)β

(A.6)

where E is the entrainment (also presented in Fore and Dukler, 1995), and c, α and β constants. The residue between the fit and the original data is less than 6%. The interfacial
velocity u(δ) in Fore and Dukler (1995) could not be interpolated to the current situations,
due to the lack of a good model and the occurrence of large gradients in the interfacial velocity
at low liquid superficial velocities UL S .
From table A.2, we can see that the differences between the predictions and the measurements of Fore and Dukler (1995) are larger, compared to our results, when the interface is
quasi-smooth. The entire set of mean film thickness and interfacial velocity obtained in this
set-up has been compared with the measurements of Fore and Dukler (1995) (i.e. also with a
wavy interface). We have a similar trend in the behavior of the mean film thickness and of the
interfacial velocity (here, the characteristic velocity of roll waves) as a function of the water
and air flow rates. However, we find again quantitative differences in the mean film thickness
and the wave velocity. The differences in the mean film thickness could be caused by an
error in the measurement technique or calibration in the present work or either in Fore and
Dukler (1995). However, the wave velocity depends only on the signal fluctuations and not
on the magnitude, and, therefore, is less likely to be measured wrongly. On the other hand,
the differences might be attributed to the relatively short developing length for the liquid film
in Fore and Dukler (1995), which is equal to 69 · D in that work, instead of 130 · D here. We
also note that, for very low liquid flow rates as in table A.2, the film thickness measurement
technique used by Fore and Dukler (1995) could lead to an overestimation of the mean film
thickness δ. For instance, in Fore and Dukler (1995), the film thickness is measured through
the conductance between two parallel wires protruding through the film. Since the diameter
of the wires is approximately half of the film thickness at these conditions, the wires could
induce a local displacement of the liquid film due to surface tension, and therefore increase
the film thickness.
In the second validation, we verified the measurement technique from a dynamical point
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Figure A.11: Measured wave frequency, fW , as a function of the piston frequency, f P .

of view, to ensure that the waves in annular flow can be measured accurately. In the sensor
placed horizontally, we created waves on a static thin film using a piston, and we compared
the measured wave frequency with the piston frequency, which should be equal.
In figure A.11, we show the wave frequency measured with the sensor, fW , as a function
of the piston frequency, f P . Considering the errorbars of the measured wave frequency, fW ,
we have a very good agreement, and therefore, the time evolution of waves in annular flow
can be measured accurately. The errorbars on the measured wave frequency are caused by
the determination of fW , since we assumed it equal to the fundamental frequency in the autopower spectrum density (ASPD) in frequency space. The APSD is obtained by windowing
the time series in segments of 1 s to reduce the standard deviation of the estimated ASPD.
Therefore, our frequency resolution in the ASPD is 0.15 Hz. An example of the ASPD is
shown in figure A.12, which shows that the time series are made of a single frequency due to
the sinusoidal waves.
We note that the comparison of the wave statistics with the theory on waves in shallow
water is complicated due the non-uniform thickness of the base film, and to surface tension
effects on the boundary of the film in the circumferential direction (see figure A.13). Therefore, such a comparison will not be pursued.
A.5

Results

In the data acquisition, because of the large amount of data, the length of the time signals
at each of the 320 measurement locations is limited by the hardware to 17 s. Therefore, 7 time
signals obtained at the same conditions are ensemble averaged to obtain significant statistics.
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Figure A.12: Example of the auto-power spectrum density (in frequency space) in the second validation
procedure.
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Figure A.13: The mean thickness of the static film in the second validation procedure.
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Furthermore, in the results of the vertical annular flow, which is assumed fully developed, and
axisymmetric, all 320 measurement locations are used in calculating the mean properties.
A.5.1

Raw data

In figure A.14, we show two 3-D snapshots of the raw film thickness measured in vertical
annular flow at the 320 measurement locations, with a time separation between the two snapshots equal to 0.002 s. In the snapshots, two roll waves flow over the interface in the axial
direction from the left to the right. We can clearly observe the three-dimensional shape of the
roll waves, which makes the technique suitable for an accurate determination of roll waves
properties (e.g. height, width, length, inclination). In figure A.15, we show six contours of
consecutive snapshots separated by roughly 0.006 s, which corresponds to the time needed
for a roll wave to travel from one axial measurement location to the next. Here, we see also
that the roll waves can flow with an inclination with respect to the streamwise direction, and
that their height can vary in the circumferential direction. Furthermore, figure A.15 shows
that roll waves are solitary structures, which do not form a train of sinusoidal waves.
We note that the ratio of the axial and circumferential spatial resolution in figure A.14
and A.15 corresponds to the real aspect ratio of the sensors. Although a clear picture of the
spatial variations in the height can be obtained from the technique, the spatial resolution is
too small, especially in the axial direction, to apply spatial signal analysis tools on the data.
Therefore, the spatial properties of the interface must be determined from the comparison
between time signals at different circumferential or axial measurement locations (i.e. time
cross-correlations or time cross-power spectral densities), for which the resolution, equal to
5 kHz, is much larger. This can be seen in figure A.16, in which a time signal measured at
one receiver electrode is shown, and in which the interfacial structures, such as ripples and
roll waves, can be identified with sufficient resolution.
A.5.2

Mean film thickness and mean wave velocity

In figure A.17 and A.18, we show the mean film thickness δ and the wave velocity CW ,
respectively, obtained with the two different sensors. We first note that no significant difference in δ and CW can be found for the range of film thickness where both sensors can
be used. The small differences can be attributed to (i) the differences in the gas superficial
velocity, UG S , and to a smaller extent, in the liquid superficial velocity, UL S , between the experiments, and to (ii) the experimental error (e.g. noise and calibration) in the film thickness
measurements. Hence, the distance between the electrodes, over which the instantaneous film
thickness is averaged, is sufficiently low to capture accurately the interfacial structures, such
as roll waves, since they have a significant contribution to the mean film thickness and to the
interfacial velocity.
As could be expected from the mass balance in the film, in figure A.17 we can see that the
mean film thickness δ increases with the liquid superficial velocity UL S , and decreases with
the gas superficial velocity UG S . The wave velocity CW in figure A.18 is calculated using
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Figure A.14: Three-dimensional representation of the raw instantaneous film thickness (in µm) at two
instants t separated by 0.002 s at the 320 measurement locations. The film flow is in the axial direction
from the left to the right, over a distance of 0.176 m (large sensor). The pipe is opened up for visualization purposes, i.e. the top and the bottom in the plots are in reality in contact. The snapshots are made
for a vertical annular flow with UL S = 0.08 m/s and UG S = 42 m/s.
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Figure A.15: From left to right, six consecutive contours of the raw instantaneous film thickness (in
µm), which are separated by the time needed for a roll wave to travel from one axial location to the
next, and is equal to roughly 0.006 s. The pipe is opened up for visualization purposes, i.e. the top
and the bottom in the contours are in contact. The snapshots are made for the small sensor in a vertical
annular flow with UL S = 0.02 m/s and UG S = 42 m/s.
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Figure A.16: Time signal of the film thickness at one receiver electrode (measured with the large sensor). In this example, the gas and liquid superficial velocities are equal to UG S = 42 m/s and UL S = 0.08
m/s, respectively.
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Figure A.17: Mean film thickness δ as a function of the liquid superficial velocity UL S , for different gas
superficial velocities UG S . The solid line with the closed symbols correspond to measurements done
with the large sensor, the dashed line with the open symbols to the small sensor.
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the cross-correlation between the time signals measured at one reference axial location and
at all other axial locations. The wave velocity CW is defined as the ratio between the distance
between the two measurement locations and the time delay corresponding to the maximum
cross-correlation. The average and standard deviation of the interfacial velocity are obtained
from the 9 × 32 data points. For ReL S larger than Recrit
L S ≈ 250 − 350, the measured interfacial
velocity CW corresponds to the characteristic velocity of the roll waves and might be larger
than the mean velocity properly at the interface. For ReL S smaller than Recrit
L S , the crosscorrelation is still possible due to the small irregularities on the surface. In that case, CW is a
measure for the actual velocity at the interface, since the ripples are expected to flow over the
interface with a velocity much smaller than that of the interface, and isotropically, i.e. with a
zero mean.
We can see from figure A.18 that the interfacial velocity CW tends to an asymptotic value
when the liquid superficial velocity UL S increases, i.e. when the mean film thickness δ increases. In between the two lowest liquid superficial velocities UL S , the interfacial velocity
CW decreases sharply. Since the velocity of the roll waves can be larger than that of the
base film, this can partly be explained by the occurence of roll waves, which depends on the
value of ReL S compared to Recrit
L S . Furthermore, the interfacial velocity CW increases with the
superficial gas velocity UG S in a way not far from linearity.
In figure A.19, we show the variation of the mean film thickness δθ around the circumference in vertical annular flow. Ideally, in the case the flow is fully developed and the pipe
perfectly vertical, no differences in the mean film thickness around the circumference should
be found. We can see that δθ fluctuates around the mean δ, due to experimental noise and
possible errors in the calibrations. The fluctuations are quantified using the standard deviation of the 32 values of the mean film thickness around the circumference δθ and are shown
in figure A.20. Here, the standard deviation really corresponds to the error, and not to a statistical description of the waviness. The standard deviation is equal to about 6% of the mean
film thickness δ for the large sensor, whereas it is equal to about 4% for the small sensor,
and appears to be more or less independent of the gas and liquid superficial velocities. At the
moment, no explanation can be given for the difference in the measurement error between
the two sensors.
A.6

Conclusion

Due to the complexity of annular flow, we need detailed experimental information on
the film thickness and on the interfacial structures to understand better the physical aspects
governing the flow. To this purpose, we presented in this work a non-intrusive measurement
technique able to reconstruct the interface in time and in space. Since, in air/water annular
flow, the liquid film is electrically conducting, whereas the gas core is not, the technique is
based on the measurement of the instantaneous film conductance between two electrodes,
which is a function of the instantaneous film thickness. To achieve a spatial reconstruction of
the interface, similar to electrode mesh sensors, we measured the film thickness between 320
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Figure A.18: Mean interfacial velocity CW as a function of the liquid superficial velocity UL S , for different gas superficial velocities UG S . The solid line with the closed symbols correspond to measurements
done with the large sensor, the dashed line with the open symbols to the small sensor. The error bars
correspond to once the standard deviation of the interfacial velocity.
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Figure A.19: Variation of the mean film thickness δθ around the pipe circumference in vertical annular
flow, for different liquid superficial velocities UL S at the gas superficial velocity UG S = 42 m/s. The
solid line with the closed symbols correspond to measurements done with the large sensor, the dashed
line with the open symbols to the small sensor. nr is the number of one of the 32 receiver island
electrodes around the circumference.
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Figure A.20: Standard deviation of the mean film thickness measured around the circumference (δ θ as
a function of the liquid superficial velocity UL S , for the different gas superficial velocities UG S . The
solid line with the closed symbols correspond to measurements done with the large sensor, the dashed
line with the open symbols to the small sensor.

pairs of electrodes placed uniformly in the streamwise and in the circumferential direction.
Although the principle of the technique is quite simple, we presented some concepts of
the electronic part that are needed to achieve a high resolution in time with our number of
electrodes, and we detailed the calibration procedure. The experimental calibration is compared to a numerical one, obtained from potential field calculations, and a good agreement
between the two calibrations is observed. To validate the sensor, we showed that a good
agreement is achieved between the mean film thickness and the interfacial velocity obtained
from measurements and from predictions in vertical annular flow, when the latter are straightforward. The sensor measures a film thickness which is spatially averaged between the pair
of electrodes. The results obtained from two different sensors, having a different separation
distance between the electrodes, in vertical annular flow showed that the mean film thickness
and the interfacial velocity were very similar. Hence, the distance between the electrodes in
our two sensors is sufficiently low to have a punctual measurement, and therefore, to measure
the interfacial structures in annular flow accurately. We showed that the roll waves travelling
on the film, and their three-dimensional character, can be captured with our measurement
technique. Therefore, our technique is suited for the determination of roll wave statistics,
such as their shape (and variations in it), and their inclination with respect to the streamwise
direction. Next, if the assume the calibration perfect, we showed that the measurement error
with our technique in annular flow is about 4 to 6% of the mean film thickness.
Finally, we would like to note that non-conducting gas bubbles may be entrapped in the
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liquid film, and, therefore, distort the measurement technique. Since the size of the gas
bubbles is much smaller than the spatial resolution of the technique, the bubbles cannot be
detected and be corrected for. However, we note that, although not shown here, photos of
annular flow show that the occurrence of bubbles is small for high superficial gas velocities at
which the measurements are performed in this work, and that it only increases significantly
for gas superficial velocities smaller than those at which flow reversal in the liquid film starts.
Therefore, with the validations presented in this work, the measurement technique is expected
to deliver a reliable description of the interface in annular flow for gas superficial velocities
at least larger than that at which flow reversal starts.
A.7
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